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Part I—Special Cases 

Case #1: Vibration in Hydroelectric Dam 

The entire structure of a hydroelectric dam would begin to vibrate whenever a hydroelectric turbine operated in a certain 
load range. The vibration problem was identified as Rheingan’s Influence. Rheingan's Influence is caused by spiral vortex 
filaments that rotate at a speed lower than the rotational speed of the turbine. In this case, the load range at which the 
Rheingan's Influence occurred varied with the upstream and downstream water level. The vibration supervisory system 
did not register any excessive levels during the vibration transient, so the operators, who were located at a remote 
location, did not know what load ranges to avoid. 

Vibration spectra were taken from shaft proximity probes while the problem was occurring. The plots, taken with a 
spectrum analyzer that was DC coupled, showed that there was no difficulty in detecting the vibration. The vibration 
supervisory system had not detected the 15 cpm vibration caused by the Rheingan effect because the AC coupling 
capacitor filtered out the vibration. Modifications to the supervisory system to allow DC coupling are being considered. 
This will allow the operators to avoid the unstable load ranges, because nothing can be done to prevent the Rheingan 
Influence. 

Case #2: Vibration of Steel Strip Caused by an Induction Furnace in a Steel Mill 

An induction furnace in a steel mill was used to heat and diffuse galvanize (zinc) into the steel ships. A loud, high pitch 
frequency would radiate from the steel plate during the induction heating process. When the sound began, vertical stripes 
would also appear on the plating. The stripes on the galvanized strips caused the steel to be rejected. 

An FFT analyzer was set up to determine the frequency of the sound, the vibration frequency of the induction furnace, 
and the frequency of the current being supplied to the induction coils. In all three cases the frequency was 7250 cycles/s. 
Since the plate vibration frequency corresponded to the operating frequency of the induction furnace, the furnace 
frequency was increased to 9000 FIz to see whether a change in frequency would eliminate the problem. When the 
furnace was operated at the higher frequency the stripes did not disappear, but merely moved closer together. 

It was determined that the induction furnace was exciting the natural frequencies of the plate, creating standing waves that 
resulted in the stripes being formed as the molten zinc flowed to the wave nodes. The thin plate had several natural 
frequencies within the normal operating range of the furnace, so changing from one frequency to another did not 
eliminate the striping problem. Increasing the frequency made the stripes closer together, and decreasing the frequency 
resulted in the stripes being further apart. A solution to the striping problem was found by analogy with rotor stabilization 
in the turbine industry. 

When turbine generators are brought to operating speed there are several speeds that match the natural frequencies of the 
various blades. The natural frequency of a blade will depend on blade length as well as other material/geometric 
parameters. It is necessary, due to thermal stress and other considerations, to operate in the range of blade speeds where 
vibration problems can occur while the rotors get thermally stabilized. The speed on the turbine is continually varied 
during the thermal soak period, and this continual variation prevents damage to the turbine blades. This continual 
variation approach was applied to the striping problem. Rather than operating the induction furnace at one frequency, the 





furnace control circuit was designed to continuously vary the frequency. This modification in operating conditions 
completely eliminated the striping problem. 


Case #3: Vibration of Microscope in Hospital Microsurgery Room 

A microscope used by surgeons during operations that involve replanting limbs was mounted from the ceiling of a 
surgery room. The chief surgeon complained that the image was jittery and that it was very tiring to operate under these 
microscopic conditions, particularly when the scope was set for maximum magnification. 

Vibration was clearly noticeable under test conditions when the scope was set to its greatest magnification, and printed 
material placed on the operating table was examined. Vibration spectra taken on both the table and the microscope 
showed that the level of vibration on the table was very low across the spectrum, and that the levels of vibration on the 
microscope were significant. Examination of the vibration spectra revealed peaks at 225 cpm and 435 cpm. 

To trace the source of the problem, vibration levels were measured on the top of the microscope’s isolator and on the 
structural steel supporting the isolator. It was discovered that the levels on the isolator were 7x higher than the levels on 
the steel support. This meant that instead of isolating the microscope from the structural vibration, the isolators were 
actually amplifying the vibrations from the I-beam. To find the cause of the amplification, an impact test was performed 
on the microscope to determine its natural frequencies. The natural frequency of the scope on its isolation system was 
found to match the vibration on the I-beam. 

Isolators function by creating a system with a natural frequency tuned much lower than the expected disturbing 
frequency. This, in turn, creates a mechanical low pass filter which will not pass the higher frequencies. However, a 
problem may occur if a frequency near the low tuned natural frequency of the isolated system is present. In this case, 
instead of isolating the frequency, the isolators actually amplified the vibration levels. 

The solution to the microscope vibration problem was to ground the isolators. With the isolators grounded, the vibration 
levels on the microscope dropped to acceptable levels. The frequencies that were removed by grounding had previously 
existed because isolators on the roof fans were tuned to the same frequencies as the microscope. Flow excitation in the 
fans excited the fans' isolated natural frequencies that were transmitted through the structural steel and amplified by the 
microscope's isolators. Grounding of isolators should only be tried if nothing else works. When the isolators are 
grounded, higher frequencies, if any are present, will obviously pass through the ground. However, in this particular case, 
grounding out the isolators did not introduce any significant higher frequency vibrations and did reduce the microscope 
vibrations to an acceptable level. 

Case #4: Torsional Vibration on a Reciprocating Pump 

A 66 rpm reciprocating water pump driven by a gear box and belt reduction experienced excessive torsional vibration that 
was being picked up at the gear case when the pump was operated. 

Torsional testing generally is performed using either one of two methods. The first is the use of a strain gage to measure 
the alternating torsional strain. The second method involves measuring the change in the passing frequency of equally 
spaced gear teeth or equally spaced reference marks. The change in passing frequency of equally spaced marks on a shaft 
is an indication of corresponding changes of angular velocity. This data can be integrated to evaluate the angular 
displacement and torsional strain. 

For this test, both the strain gage and equally spaced reference mark techniques were used so that a comparison between 
the two methods could be made. A strain gage was mounted at a 45° angle on the drive shaft and between the gearcase 
and the belt used to drive the reciprocating pump. An FM transmitter and a battery were also mounted on the drive shaft 
to transmit the strain information to an antenna and subsequently to an FM receiver-demodulator. The experimental setup 
was calibrated by putting one end of the drive shaft in a vice and applying 100 lbf torque to the other end. While the 100 
lbf torque was applied, the output of the demodulator was measured with a voltmeter. The calibration constant from this 
test was then input into an FFT analyzer, resulting in readings directly in lbf at each frequency present. Equally spaced 
photoreflective tapes were placed at 20 locations around the output hub of the gearcase for the second measurement. A 
photocell device was then mounted to pick up the pulse train of the reflective tapes. The output from the photocell 
provided the input to a torsional-demodulator-integrator that produced an output of 200 mv/° peak to peak. With the 
above combination it was possible to measure the torque being fed to the gear case from the pump and the resulting 
amount of angular displacement. When the pump was operating against no appreciable back pressure, there was 1.5° of 
angular displacement present at the gearcase hub at 66 cycles/min. The torque from the strain gage at this condition was 
27 lbf. As the back pressure on the pump was increased, both the displacement and torque also increased. When the 
output pressure from the pump was 180 psi, the torsional vibration had increased to 8.79° and the alternating torque to 
123 lbf. The pump speed was 66 cycles/min during these measurements. These data showed that the alternating torque 
peaks from the pump were too high. To correct this problem, a flywheel was added to level the torque peaks by absorbing 
energy during one half of the cycle and return in energy to the system during the other half cycle. The alternating torque 
values were reduced by a factor of three with the addition of the flywheel. 



This case history shows how two different measurement techniques or test methods led to the same conclusion. The test 
method used will depend on the needs of the investigator, the test equipment available, and the accessibility of the 
machinery to be tested. Another interesting note concerning the test results is that when coherence was measured between 
the two signals with a dual channel analyzer the level of correlation was 0.98. This shows a direct correlation between the 
alternating torque on the drive shaft and the displacement on the gearcase hub. 

Case #5: Ghosts 

The residents of a small Midwestern town complained that they felt movement of their houses, particularly at night. One 
of the residents stated that her sister would no longer come visit her because she thought the house was haunted by ghosts. 
She felt this way because lampshades would move, pictures would rattle, and rocking chairs would rock without anyone 
being in them. 

Vibration measurements were made at several of the houses in the community, along the sidewalks, and at a factory 
located near the houses. The testing was performed with an SD-380 analyzer that used a 1000 rnv/g low frequency 
seismic accelerometer to convert the mechanical motion into an electronic signal. 

The vibration signature taken at one of the houses where complaints had been registered showed vibration-induced 
displacements at a level of 1.22 mils at 300 cpm. It was also observed that the amplitude of the vibration would oscillate, 
indicating the possibility of a beat frequency and suggesting the presence of more than one driver frequency. (Beat 
frequencies are generally produced by two or more closely spaced frequencies adding and subtracting as they go in and 
out of phase.) The zoom feature of the SD-380 analyzer was used to determine if there was more than one frequency 
present. A 16:1 zoom plot of the vibration at one of the residences clearly showed the presence of several frequencies, all 
close to 300 cpm. 

The next step in the investigation was to make a survey of the vibration present at the nearby factory. The factory was a 
foundry containing several vibratory conveyors that moved parts from one area to another. Zoom plots were taken at each 
conveyor to determine their vibration frequencies. Exact matches were found between the frequencies present at the 
houses and several of the vibratory conveyors in the factory. Additional testing confirmed the correlation between the 
operation of the conveyors and the vibration at the houses. 

These studies demonstrated that, rather than having ghosts, the residents of the small town were experiencing low 
frequency vibrations from the operation of the vibratory conveyors in a nearby factory. The 5 Hz (300 cpm) frequency is 
easily perceived by the human body, particularly at night when other motion and noise are at a minimum. It also can 
excite low stiffness tructures such as lampshades and rocking chairs. The factory installed balancing devices to reduce the 
amount of force entering the ground from the conveyor systems that induced the highest offsite vibrations, consequently 
removing the “ghosts” from the community. 

Case #6: Vibration of Nuclear Magnetic Resonance Machine 

A Nuclear Magnetic Resonance (NMR) instrument used to test chemical samples was moved from a second floor location 
to a third floor room. After the move, the NMR instrument performed poorly even though testing demonstrated that 
everything was operating properly within the unit. The technician conducting the tests thought that vibration might be the 
cause of the problem, so a vibration analysis was performed. 

A signature taken at the probe of the NMR unit showed vibratory accelerations of 8190 micro g's at a frequency of 26 Hz. 
At the same frequency, the floor beside the NMR unit showed accelerations of 1550 micro g's. The readings meant that 
the vibration on the NMR unit was 5.2x higher than the level measured on the floor at the 26 Hz frequency. A resonance 
check was performed to determine the cause of the amplification. The floor was impacted and the response was measured 
on the detector of the NMR unit. The transfer function clearly showed a peak at 26 Hz, indicating that the unit was 
resonant at the frequency that was present on the floor. 

It was concluded that fans in an HVAC room near the third floor location were providing the 26 Hz forcing function. The 
resonant condition was significantly amplifying the vibration. It was recommended that the NMR unit be installed on 
isolators that were 95% efficient in attenuating the 26 Hz vibration. The 95% reduction in the forcing function resulted in 
vibration levels that were lower than the unit had experienced in its original location and allowed for satisfactory 
operation of the NMR. 

Case #7: Vibration Induced by Sound 

The installation and operation of a rotary casting conveyor apparently caused high levels of vibration of the walls and 
windows in the control room of a foundry. 

The windows in the control room displayed the highest levels of vibration. A plot of the vibration measured on the 
foundry windows showed a level of 39.2 mils of displacement near the center of one of the windows. A frequency of 885 
cpm was predominant in the spectrum. The 885 cpm vibration on the windows was also found to be present on the walls 



of all the offices in the foundry. This frequency matched the vibration frequency of the rotary casting conveyor. Vibration 
measurements next to the conveyor, however, were low. The conveyor was mounted on springs and also fitted with 
dynamic absorbers—which were apparently working as designed, considering the low levels of vibration observed on the 
floor next to the conveyor. 

The next test involved taking measurements with a microphone. The output from the microphone was analyzed on an FFT 
analyzer, and it was found that the sound level at 885 cpm (14.75 FIz) was over 100 dB. It seemed that this sound level 
would not have a negative effect because the frequency is below normal hearing range for humans; it could be felt, 
however, and caused a sheet of paper held in front of the conveyor to move noticeably. 

The final test involved performing a resonance check on the window. A plot of the response of one of the control room 
windows showed that the natural frequency of the window was very close to the frequency of the pressure waves being 
emitted by the rotary casting conveyor. 

The rotary conveyor clearly caused the vibration problem, but the transmission path was through the air rather than 
through the structure. The windows being resonant near the operating frequency of the conveyor were further amplifying 
the problem. It was recommended that the windows be fitted with cross braces to move their natural frequencies away 
from the operating frequency of the conveyor and that a sound absorbing enclosure also be built around the conveyor. 

Case #8: Machine Tool Vibration 

A machine that cut chamfer on wrist pin holes on piston rods for automotive engines produced a loud, high-pitch sound 
during the backside chamfer operation. Examination of the rods showed that the surface that was machined was very 
rough and completely unacceptable to the customer. The machine manufacturer suggested that the problem might be due 
to heal ings or gearing within the chamfer head. Test data proved that this was not the case. 

During the 900 rpm cutting operation, a vibration spectrum was taken on the machine being used to cut the chamfer. The 
data was taken on the chamfer head in the vertical direction. The frequency of the vibration was at approximately 115,000 
cycles per min (1916 FIz). Data were captured in the digital buffer of a spectrum analyzer during the transient. It could be 
determined from the captured data that the vibration would build up and then abruptly quit when the cut was completed. 
The peak level of vibration measured on the part being machined reached a level of 0.82 in./s. Another test performed 
with the machine operating at 1200 lpm showed that the vibration frequency produced on the machine and the part was 
the same as the frequency produced when the machine operated at 900 rpm. The observation that the frequency did not 
change when the tool rpm was varied was evidence that a natural frequency was being excited. An impact test on the 
cutting tool, the most likely source of the problem, showed a resonance peak at 114,750 cpm. Profiling the imaginary 
components of the transfer functions taken along the surface of the tool produced a mode shape of the first natural 
frequency of the tool. The 114,750 cpm mode was found to be the first cantilever mode of the cutting tool. To complicate 
matters, it was discovered that the paid in its holder had a natural frequency near that of the tool. 

It was recommended that the tool be modified to separate its natural frequency from that of the part. It was also 
recommended that the basic process be reviewed, because the problem only occurred when the backside chamfer cut was 
made. This observation suggests that the problem may have originated when the tooling bar was under tension rather than 
in compression. 

Case #9: Extremely High Levels of Vibration on the End Cap of a Large Pipe 

A large pipe (37 in. diameter) at a refinery had levels of vibration over 4.0 in./s on an end cap that was located after an 
expansion joint. Additionally, there had been failure of several of the expansion joint retaining rods. 

A vibration spectrum taken on the end cap showed a 4500 cycles/min vibration with a level of 4.47 in./s. The area 
surrounding the pipe was checked for rotating equipment operating at that frequency. No machinery operating anywhere 
close to that speed was found. 

A visual exam of the pipe showed that there was a large butterfly valve upstream of the end cap. The end cap was on a 
dead end section of a tee. Conversations with plant personnel determined when the vibration had stalled and what, if 
anything, had been done to the piping prior to the onset of the high vibrations and the retaining rod failures. The first 
response was that work had been performed on the expansion joint, however, “nothing had been changed.” Further 
discussions and examination of the piping drawings showed that one thing had indeed changed: a baffle had been 
removed just upstream of the expansion joint. The baffle was a thick flat plate with two small holes in it. The plant 
personnel were not aware that it served any purpose; however, an overall review of the system showed that it was very 
important. The butterfly valve was causing flow disturbances and was found to be operating only 30% open. This resulted 
in pressure pulsations in the pipe. The baffle was acting as a low pass filter which allowed the static pressure to equalize 
but would not let the dynamic pressure pulsations pass. The pressure pulsations were probably small, but there were two 
design features that caused the vibration levels to be high. The first was the amount of area on the end cap. A 37 in. 
diameter end cap has 1075 in. 2 of surface area. Therefore, even a small pressure pulsation can generate a large force when 



acting on such a large area. The second reason for the vibration-induced damage was the low stiffness of the 20 ft long 
retaining rods. 

The vibration problem was shown to result from pressure pulsations within the pipe acting on a large area with low 
stiffness. The removal of the baffle was a key element in the problem. The plant was advised to install short bolts across 
the expansion joint until the unit was brought down for its next outage. The puipose of this action was to stiffen up the 
system and provide a backup to the long bolts that had been failing. This action was possible because the piping was 
already at its maximum temperature, so the joint did not need to accommodate any further expansion. During the next 
outage the baffle was reinstalled in the pipe and the short bolts across the expansion joint were removed. The vibration 
problem was entirely eliminated. 

Case #10: Vibration Noise Affecting Dolphins 

The Indianapolis Zoo had recently erected a new whale and dolphin building. It was a state of the art facility that allowed 
observation of the dolphins from a large area above the water and also from a restaurant below the facility. The dolphins 
arrived with much fanfare and their Paining began. A problem arose, however, when the dolphins seemed a bit confused 
and had some trouble concentrating during their training sessions. 

The trainers noticed a sound in the auditorium area and requested that tests be performed to trace down its source. A 
spectrum of the sound identified the noise as a pure tonal at 1200 Hz. The level was 52 dB. The sound was traced to the 
motor on one of the large vent fans built into each end of the building. The metal shell of the motor was functioning as a 
speaker radiating the 1200 Hz frequency. The problem was easily resolved. The vent fans were on variable speed drives 
and the speed at which this frequency occurred was programmed out of the drive. With the 1200 Hz frequency eliminated, 
there were no further sound related difficulties and the dolphin training resumed. 

Case #11: High Vibration on Plate Glass Window 

An office building had an open atrium that extended from ground level to the roof. In the center of the atrium was a hu ge 
flowing fountain surrounded by meeting rooms. Each meeting room had a large plate glass window, approximately 8 ft 
tall by 12 ft wide, that allowed individuals in the meeting room to view the fountain. These large plate glass windows 
were vibrating at a frequency of 240 cycles/min. 

The floors and walls were all tested and no significant level of the 240 cpm vibration was observed in any location. The 
doors were also tested, and the doors that were not held tight against their latches also exhibited the 240 cpm vibration. It 
was concluded that the vibration was airborne and affected those items that had large surface areas and low stiffness 
values (plate glass windows and loose doors). 

The search began for the source of the 240 cpm stimulus. The most obvious location to look for airborne transmission of 
pressure pulses was in the air handler area in the penthouse located at the top of the building. The search was difficult 
because the frequency was so low that it did not match any fan speed and certainly not any blade pass frequency. A 
breakthrough occurred when, walking by an air handler, it was noticed that the pipe to the cooling coils in the discharge 
duct of the fan was vibrating. The spectrum on the pipe matched the 240 cpm vibration on the window. When that 
particular air handler was shut down the vibration on the windows several stories below immediately stopped. 
Examination of the fan system revealed that the screws in the braces that connected the heating coil to the ductwork were 
missing. Impact tests of the coils showed that the natural frequency was 240 cpm. Without the supports the coil was 
cantilevered off of the heating pipes, resulting in a low natural frequency. When the fan was in operation, broad band flow 
energy excited this natural frequency causing the coil to vibrate in the duct at 240 cycles/min. Because the coil was 
approximately 6 ft x 6 ft, the vibrations generated significant energy pulses. The pulses were fed directly into the atrium 
area where they excited the large windows. The windows responded with high levels of vibration due to their very large 
cross sectional area and very low stiffness. Proper attachment of the pipe and cooling coils within the ductwork 
eliminated the problem. 

Case #12: Vibration on Piping Connected to an Engine Driven Reciprocating Compressor 

A large gas piping company called about a problem with one of their reciprocating natural gas compressors. The site 
operator thought there was a vibration problem on the suction bottle of the compressor. Reciprocating compressors have 
suction and discharge bottles to absorb the pressure pulsations from the pistons. This is similar to adding a capacitor to an 
electrical circuit to absorb the voltage ripple. 

Because the compressor unit was variable speed, the spectrum analyzer was set in the peak hold mode to capture the 
highest level at any particular frequency. The engine speed was then varied from 600-800 rpm. The peak hold plot 
showed that the primary frequency of interest was 2x the engine speed. This is not surprising considering that a 
reciprocating engine was driving a reciprocating compressor. The highest peak in the peak hold data was 46.5 mils at 
1410 cycles/min. Therefore, when the compressor speed was at 705 lpm, the vibration was a maximum and 2x the 



compressor speed. Due to a high level of frequency dependent response a resonance test was performed by impacting the 
suction bottle in the direction of the highest motion. The test confirmed that a natural frequency of the suction bottle was 
being excited by the 2x component of the compressor. The solution was to add stiffeners to the suction bottle. 

Case #13: Paper Machine Roll Vibration 

A large tissue machine capable of manufacturing a 20 ft wide section of paper at 5000 ft/rnin was experiencing vibration 
problems on one of its tension rolls. The vibration would get as high as 1.0 in./s in some instances. The manufacturer was 
in the process of building an identical unit in Europe, and there was a great deal of concern that if this was a design 
problem it might also occur in that unit. 

During the first series of tests it was apparent that the problem was a resonance in the roll support. The manufacturer 
disagreed and said that the roll was merely out of balance. Because the machine was under warranty, the manufacturer 
removed the roll, had it balanced, and reinstalled it. This reduced the vibration. However, when a couple small flat lead 
weights used to balance a tire were installed to test the sensitivity the amplitude went back up to a high level. This showed 
that even a slight change in balance of the large roll would result in very high levels of vibration, again suggesting a 
resonance problem. 

Three measurement techniques were used to evaluate the resonance theory. The first was to obtain a peak hold plot at 
various manufacturing speeds, the second was a map plot produced during the speed change, and the third test was an 
impact test using a dual channel spectrum analyzer. All three techniques confirmed that the roll support resonance was the 
problem. The most revealing plot was the map plot. It showed that as the speed was increased two of the other rolls would 
also excite the resonance as their speeds matched its natural frequency. This evidence demonstrated the futility of the 
manufacturer in frying to solve the problem by balancing the large roll and showed that the design needed modification. 
The ultimate solution was a complete redesign of the tension roll support. 

Case #14: Drag Line 

Large drag lines arc used to remove the soil above a strip of coal. Sometimes the soil layer is over 100 ft thick. The drag 
lines may weigh 5000-7000 tons, and their buckets can remove 100 or more cubic yards at a time. Typically there are 
several motor-generator sets that generate DC current for the drag and hoist motors. One drag line of interest had five 
very large motor-generator sets. A motor generator set for this drag line consisted of a large synchronous motor and two 
generators on one side of the motor and three generators on the other side. All the motors and generators were solidly 
coupled and there was only one bearing per generator (the motor had two bearings). The motors were synchronous, which 
means that all the units operated at exactly the same speed—in this case, 1200 rpm. To make the situation worse, all the 
motor generator sets were located on the same metal deck. There was a total of 30 rotating elements (five synchronous 
motors and 25 generators) operating on one metal deck, all rotating at the exact same speed. 

The vibration problem occurred at 1200 cycles/min. The whole structure, even the boom, was shaking at 1200 cpm. 

With minimal investigation it was found that the vibration was higher on one of the motor generator sets. Efforts were 
made to balance that unit, where the highest displacement reading was 11 mils in the vertical direction on the outboard 
generator. The first balance shot was installed in that rotor. The balancing reduced the vibration levels in the horizontal 
direction and increased the levels in the vertical direction. Therefore, the influence coefficients indicated that it would not 
be possible to balance the unit in that rotor. 

In an attempt to simplify the problem, two of the generators were uncoupled from the motor. Even uncoupled the 
generator vibration on the outboard generator was still 7.9 mils. 

Because the largest component in the motor generator train was the synchronous motor, a balance shot was placed in that 
rotor. When a trial shot was added, all the response vectors indicated that a solution could be obtained by adding the 
proper amount of weight at the proper angular location on the rotor of the synchronous motor. Fifty ounces of weight had 
to be added along a 30 in. radius on the motor. When this was done, the vibration level on the whole unit returned to 
normal. This solution was found by using the adage, “When in doubt, add the trial weight to the rotor with the largest 
polar moment of inertia.” 

Case #15: Sound and Vibration from Pulse Furnaces 

A building recently constructed at a university had objectionable levels of both sound and vibration. Both problems were 
related to the three pulse furnaces used to heat the building. The furnaces were located in the basement, and the flues ran 
under the floors, up a chase, and out through short stacks in the roof. 

Vibration and sound spectra were taken in the office areas where there were problems. The primary frequency in both the 
sound and vibration spectra was approximately 31 Hz, which was the pulse firing frequency of the furnaces. At the end of 
the building next to the offices with the highest levels was a hollow square tower that only contained stairs. The tower 
went up past the rooftop much like a church steeple. In the area of tower that stood above the roof, directly across from 



the furnace exhaust stacks, there was a three ft diameter circular window. It was discovered that this window was 
vibrating at extremely high levels at the furnace pulsing frequency. When a resonance test was performed, it was 
discovered that the natural frequency of the window was very close to the pulse firing frequency of the furnaces. The 
window near the top of the tower was effectively functioning as a speaker, three ft in diameter, pumping energy into the 
tower. Complicating the matter was the height of the open tower, approximately 30 ft, which matched the wavelength of 
the 37 Hz frequency. 

To resolve the problems, mufflers were installed on the flue lines and the height of the flues was raised to well above that 
of the window in the tower. Raising the flue height prevented the excitation of the window, and these combined actions 
solved both the noise and vibration issues. 

Part II—Turbines, Pumps, and Compressors 

Case #1: High Vibration on a High Pressure Core Injection Pump at a Nuclear Plant 

Operators of nuclear power plants are required to comply with section XI of the ASME code regarding In Service 
Inspection. When vibrations on a steam turbine driven pressure core pump on a boiling water nuclear reactor were 
measured prior to the time of this case history, the code stated that base line readings were to be taken in mils 
displacement, and action had to be taken if the base line readings doubled. The code was then changed to recognize 
velocity as the acceptance criteria. 

The machine train for the pressure core pump consisted of a turbine driver, a high-pressure pump, a gear case, and a low 
pressure booster pump. Vibration spectra were obtained for all the bearing locations on the pump train. The readings were 
at normal levels everywhere except in the horizontal direction on the high pressure (HP) pump. A level of 1.4 in./s was 
present at what appeared to be twice the running speed of the unit. A cascade plot of vibration on the HP pump in the 
horizontal direction from the inboard end to the outboard end showed that the vibration was high at each end of the pump 
but was nearly zero in the center. Due to the large difference between the vertical and horizontal readings and the 
presence of an apparent rigid body-pivoting mode, a horizontal resonance was suspected. 

An impact test was performed on the pump, and a natural frequency at nearly twice running speed was found. This mode 
matched the response found while the pump was running (i.e., high on the ends and low in the middle). Because the 
vibration was predominately at what appeared to be twice running speed, it was suspected that misalignment might be the 
source exciting the horizontal structural resonance. 

The alignment was found to be out of specifications. The alignment was corrected and a test was run on the unit. There 
was no improvement in the level of vibration; in fact, the vibrations were slightly higher on the test run than on previous 
runs. This change in the level of vibration followed a pattern that showed that the vibration in the 2x cell would vary from 
0.9 to 1.6 in./s from one test run to another. 

In an attempt to determine the phasing of the vibration, a once per revolution pulse was used as a reference digger for the 
FFT analyzer, and a signature was taken in the synchronous time average mode. As the number of averages increased, the 
vibration at what appeared to be twice running speed disappeared. This was one of the breakthroughs in the analysis of 
the problem: it meant that the vibration was not phase locked to the high-pressure pump shaft. 

Following the results of the synchronous time average test, the pump train drawings were reexamined. It was found that 
the gearcase had a 1.987:1 reduction. In addition, it was discovered that the low pressure pump had a four vane impeller. 
The pieces were beginning to come together. 

The pump manufacturer was contacted with this information. He recalled that there had once been a case of an acoustical 
resonance with a similar pump. To determine if this could be contributing to the problem, the piping between the low 
pressure and high pressure pump was measured. It was found that the length of pipe connecting the pumps was equal to 
one half wave length of the low pressure pump blade pass frequency. Since the low pressure pump had 4 vanes and the 
gear reducer had a 1.987:1 reduction, the vane pass frequency appeared to be twice the running speed of the high pressure 
pump. 

As a final test to confirm this theory, a tach pulse was put on the low pressure shaft. The vibration pickup was placed on 
the high pressure pump. The vibration on the HP pump was found to indeed be phase locked to the low pressure pump. 
The problem on the high pressure pump was not at twice the HP pump running speed as it had originally appeared, but 
was actually at the vane pass frequency of the low pressure pump. It appeared to be at twice the HP pump running speed 
because of the 4 vane impeller in the LP pump and the almost exact 2:1 speed reduction between the two pumps. The 
problem was amplified by the acoustical resonance of the pipe connecting the discharge of the LP pump to the suction of 
the HP pump. The vibration was further amplified by the horizontal structural resonance of the HP pump casing. The 
major clue to the solution of the problem was that the vibration on the HP pump was not phase locked to the shaft on that 
pump and was, therefore, originating from another source. The final clue was the past acoustical resonance problem 
encountered by the pump manufacturer. The recommended solution was to remove the 4-vane impeller and replace it with 
a 5-vane design. The impeller change solved the problem. 



Case #2: Boiler Feed Pump Alignment Change Causing Pump Failure and Turbine Pedestal Cracking 


A boiler feed pump on a 500 mW turbine generator at a new generating station failed after being in operation only a few 
months. The inboard seals and the stage next to the coupling were destroyed. Due to the type of failure, the plant initiated 
an alignment study. 

Dynalign bars were mounted between the pump and the turbine driver to determine the amount of movement from the hot 
to cold condition while the unit was in operation. When the unit was brought off line there were no significant changes 
recorded. However, a few minutes later, the Dynalign/Dodd bar system was found to be entirely out of range. When the 
operators were questioned as to what had happened during that period, they replied that the only thing they had done was 
to break vacuum on the main turbine. 

To determine if the vacuum had anything to do with the apparent alignment change, the bars were reset and long-range 
probes were installed to increase the measurement range of the Dodd bars. The vacuum was then reapplied to the system. 
Everything appeared normal until the vacuum reached 11 in. of Hg. At that point the gap voltages of the Dodd bar probes 
started to change. By the time full vacuum was achieved, the relative motion between the turbine and the pump was over 
0.100 in. When the vacuum was released the readings moved 0.100 in. in the opposite direction. The test was repeated 
with identical results. An examination of the system was then performed. 

A 20 ft pipe descended downward from the turbine and intersected with a horizontal pipe that was capped on one end and 
connected to the condenser on the other end. The horizontal pipe had three expansion joints. The puipose of the expansion 
joints was to isolate the boiler feed pump turbine from stresses induced by thermal growth of the horizontal condenser 
pipe. Thrust canceling rods were installed between the end cap and the main condenser. The thrust canceling struts 
transmitted the atmospheric pressure load (14.7 psi) on the end cap to the condenser. The source of the problem was that 
threaded studs in the thrust canceling struts were sliding into the struts. This was the result of failed welds on large nuts 
located on the backside of the strut end plates. The net result of the failure was that atmospheric pressure, which was 
being applied to the six ft diameter end cap, was pushing on the 20 ft vertical run of pipe attached to the bottom of the 
feed pump turbine. This large force, applied to the 20 ft lever provided by the vertical pipe run, had the capability of 
generating nearly 1 million lbf torque against the turbine. Examination of the concrete turbine base showed that the 
turbine foundation had several cracks that were attributed to the bending torque. 

The thrust canceling struts were repaired and the alignment changes were rechecked as vacuum was reapplied. Following 
the repair, there were no significant changes in alignment as a result in variations in vacuum. 

Case #3: Cavitation Destroying Impellers on Large Circulating Water Pumps 

The impellers on large, low rpm, 156,000 gpm circulating water pumps on a cooling lake at a large power plant were 
failing. The failure mode appealed to be cavitation. The impellers looked as though they had been attacked by metal 
eating termites. 

A vibration spectrum showed a large amount of broad band energy with no distinct peaks. The key to the analysis, as is 
the case with a good percentage of pump problems, was to examine the flow head curve. The flow head curve indicated 
that at the design flow of 156,000 gpm the back pressure would be equivalent to 30 ft of water. However, when the back 
pressure was measured, it was only 10 ft. It was found that during cold weather, when the lake water was cool, operations 
was using only one pump to reduce power consumption. The system was designed to operate against the back pressure 
produced by two pumps in parallel. With only one pump in use the system back pressure dropped, and that pump went 
into cavitation. 

Case #4: Low Pump Flow Destroying Antifriction Bearings in a Pump 

Three identical double suction, single stage pumps sat in a row at a power plant. The heal ings were failing on one of the 
pumps every few months. The other two pumps had no failures. Alignment was checked and different bearings were tried, 
but the problem was not relieved. 

It was noticed that while the pump was in operation the shaft vibrated in the axial direction. This type of vibration is 
called axial shuttling and can occur when a pump is operating against too much back pressure. The suction and discharge 
pressure were consequently measured and compared to the flow head curve. It was discovered that most of the time the 
pump was operating at its shutoff head. The system was examined based on this observation. 

The pump in question pumped water from a tank located in the basement to another tank that was seven stories above 
ground level. The tank on the upper floor had a level switch that shut a control valve when the tank was full. When this 
occurred, water from the pump flowed through a bypass line back to the tank in the basement. The flow through this 
recirculation line was controlled with an orifice plate. Stamping on the orifice plate said that it had a two in. diameter 
hole; however, specifications indicated that the hole should have been three in. The actual hole in the plate was 
discovered to be only one in. in diameter. This small hole caused the pump to effectively operate at its shut off point when 
the control valve to the upper tank was shut, causing the axial shuttling that destroyed the pump bearings. 



Case #5: Cracks in Large Vertical Pump Shafts 


Large vertical pump shafts were cracking every few weeks. Due to the severity of the problem, underwater proximity 
probes, casing probes, and torsional instrumentation were installed on one of the pumps. High levels of subsynchronous 
vibration were observed when the pump was put into operation. Natural frequency and mode shape measurements 
determined that the subsynchronous vibration was centered about the shaft's 1st lateral natural frequency. 

The cause of the problem was traced to a maintenance superintendent purchasing impellers from a non-OEM source. The 
design of the impellers varied significantly from the original design. This caused high levels of turbulence that excited the 
natural frequency of the shaft. Nonsynchronous vibration produced stress reversals that, in turn, caused the shafts to fail 
by fatigue. 

Case #6: Problems with Boiler Feed Pumps 

Two similar boiler feed pumps would operate successfully for several months, then the running speed levels would start 
Lending upward. The feed pumps had a history of vibration problems and were overhauled. Following the overhauls the 
pumps would operate smoothly, but after a few months the vibration levels would start to increase. 

Testing showed that the pumps were operating near a critical speed when fully loaded. This was determined when 
changes in speed resulted in large amplitude changes and shifts in the phase angles. A newly overhauled pump did not 
show these same traits. Further testing determined that the pump seals were wearing and that this wear reduced the 
Lomakin stiffening of the shaft, allowing the natural frequency of the more compliant shaft to drop into the operating 
range. 

Case #7: Containment Spray Pump-Mass Addition 

The containment spray pumps at a two-unit nuclear power plant had a history of high vibration at the vane pass frequency 
of the pumps. The pumps were vertical units that turned at 1785 rpm. The pump impellers had 4 vanes. This resulted in a 
vane pass frequency of 119 Hz. The highest levels of vane pass vibration occurred at the bottom of the motor in line with 
the discharge line. Because the levels were much higher in line with the discharge line as compared to 90° out, a 
resonance was suspected. An impact test was performed and there was a resonance identified at 111 Hz. 

Based on the natural frequency, the forcing frequency, and the damping, an amplification factor of 5.4 was computed by 
using the following equation: 


X 1 



Forcing frequency = 119 Hz 
Natural frequency = 111 Hz 

Damping = .05 (calculated by phase slope and 2power method) 
co = Forcing frequency 
oo^ = Natural frequency 
^ = Damping 
X = Response 

X o = Unamplified response 

In an attempt to understand why the level was the highest at the bottom of the motor, impacts were made at several points 
along the motor and the pump. The imaginary parts of the transfer functions were then used to plot the mode shape of the 
111 Hz resonance. The mode shape agreed with the data in that the maximum response of the mode was at the base of the 
motor. 

Based on this information, mass was added at the base of the motor to lower the natural frequency, thereby reducing the 
amplification factor. Calculations showed that the addition of 950 lb of mass at the base of the motor would drop the 
natural frequency to 101 Hz. According to the calculations, assuming the same damping, the amplification factor would 



be reduced to 2.5. This amount of weight was added by installing channel iron around the base of the motor and clamping 
lead weights between the two pieces of channel. The pump was tested after the addition of the mass. The vane pass levels 
dropped to 0.26 in./s. After this same modification was made to all four pumps at this facility, all the pumps easily passed 
ISI surveys. 

Case #8: Coupling Lock Up of Nuclear Steam Generator Feed Pump Turbine 

A steam turbine driven feed pump experienced high levels of twice running speed vibration. The orbits indicated that the 
problem was misalignment. According to the plant personnel the unit had been aligned per the specifications. When the 
unit was brought down for an outage the coupling was examined. Its teeth were severely worn, the lubricant had failed, 
and it had evidently locked up. 

Based on this evidence, a study of the operating alignment was made. It was determined that the original specification 
was wrong. Originally the pump had been set high relative to the turbine. The final setting required that the pump be set 
0.020 in. lower than the turbine. The specification change was due to considerations of the vacuum draw down of the 
turbine and an incorrect assumption as to the amount of pump growth. 

Case #9: Resonance Destroys Generator 

A 500 mW, two pole generator at a fossil plant was destroyed when the phase lead insulation failed due to a 120 Hz 
resonance. A massive failure resulting from a phase to phase short led to testing of the natural frequencies of phase leads 
on generators of a particular manufacturer. 

The testing showed that the phase leads on this style of generator can have resonances just above 120 Hz. This is very 
dangerous because 60 Hz current is used in the U.S., and, thus, the two magnetic poles pass by a stationary structure at 
120 Hz. This passage provides strong excitation at that frequency. It was discovered that the phase lead natural 
frequencies tend to drop as the phase leads loosen with operating time. It was then determined that yearly testing was 
required to find and correct approaching resonance problems prior to future failures. These tests were performed until a 
major design change was made and the resonance frequency was changed. During several years of operation before the 
design was changed, many approaching problems were identified and corrected without any further failures. 

Case #10: Oil Whip in a 500 Megawatt Turbine 

A large, 500 mW steam turbine had very peculiar behavior characteristics. It would operate with no problems for months 
at a time, but if it had to come off line for a few hours it could not be restarted. A high vibration from oil whip in the first 
LP rotor bearing apparently prevented the restart. However, if the restart was delayed for a day or so, restart could be 
accomplished without any problem. The turbine would also restart immediately after being brought off line. Such a 
situation has all the signs of a thermally related alignment problem. 

Because normal alignment equipment cannot be used on an operating turbine, a special system was developed to measure 
the elevation changes of the bearings. This system showed that when the vacuum was drawn on the unit the low pressure 
rotor healings dropped significantly. When the vacuum draw down effect was combined with differential thermal 
shrinkage as the unit cooled (the LP hood cooled quicker than the HP section), it resulted in the first LP bearing being 
unloaded enough to cause oil whirl. As the unit came up to speed, the oil whirl locked onto the rotor's first natural 
frequency and developed into oil whip. The installation of a tilt pad bearing in the first LP position eliminated the hot 
startup problem. 

Case #11: Oil Whirl in a Chiller Unit 

The inboard bearing of the steam turbine driving a chiller at a university campus heating facility experienced repeated 
failures. Examination of the bearing showed that the top half had been fatigued to the point that babbit was separating 
from the base metal. Vibration spectra contained high levels of subsynchronous vibration. Because the bearing was 
located next to the coupling and oil whirl was present, misalignment was suspected. 

A series of alignment measurements were made across the coupling, and it was found that there was significant relative 
motion during the first hour of operation. A laser was set up with a receiver mounted on an I-beam to establish which 
machine was moving, and it was found to be the chiller. The root cause was determined to be the suction line on the 
chiller shrinking as the unit cooled. This shrinking caused the chiller to rock back, subsequently lifting the shaft unloading 
the turbine bearing and causing it to become unstable. 


Case #12: Centrifugal Air Compressor with 4x Bull Gear Vibration on 1st Stage Compressor Wheel 



A compressed air facility had experienced severe difficulties in bringing its main compressor unit into service. The first 
stage shaft of the compressor had a natural frequency near - its operating speed of 16.200 rpm. The problem was so severe 
that the compressor had to be redesigned to accommodate a new shaft. 

Following the redesign, the compressor was brought into service. It was noticed that the vibration level on the 1st stage 
was still higher than was desired. When a signature was taken, it was discovered that there was another frequency present 
besides the running speed. The frequency turned out to be 4x the bull gear speed. Readings taken on the casing also 
showed the presence of the 4x bull gear - frequency. A survey of the casing discovered that an oil pump cantilevered to the 
case was vibrating at 3.0 in./s at the 4x frequency. This was found to be the lobe mesh frequency of the pump. When an 
impact test was performed, the cantilevered natural frequency of the pump matched the 4x frequency. 

The level of vibration dropped significantly when a brace was installed on the pump. In addition, the 4x bull gear 
vibration that was present in the signature of the 1st stage proximity probes nearly disappeared. When the brace was 
removed, it reappeared. It was determined that the oil pump had been shaking the compressor case. The natural frequency 
of the newly modified 1st stage was close enough to the 4x bull gear frequency that it amplified the response relative to 
the casing and was picked up on the proximity probes. The installation of a permanent brace on the oil pump eliminated 
the problem. 

Case #13: Coupling Unbalance in High Speed Compressors 

A 6000 lpm turbine driving a chiller compressor was in alarm following an overhaul. The vibration level was only high 
on the proximity probes on the inboard bearing next to the coupling. Because the vibration on the other end was low and 
the critical speed vibration was also low, weights were added to the coupling. It took only 3.8 grams/mil to balance and 
eliminate the problem. The vibration level on the probes dropped to below 0.5 mil. 

A few months later the unit was down for another inspection and the coupling was disassembled. It was discovered at that 
time that the coupling had not been assembled with the match marks aligned during the previous overhaul. The match 
marks were put in line and the unit was restarted. The vibration was again high, but when the balance weights were 
removed the vibrations level was again under 0.5 mil. 

This is a case that illustrates the importance of carefully match marking couplings on high speed units. Couplings 
represent overhung weight, and because the proximity probes are often located near the coupling, high speed machines 
are very sensitive to any changes in coupling unbalance. 

In another case involving a 10,000 rpm ammonia compressor, the owner had spent over $100,000 trying to reduce the 
vibration to below the alarm setting. The unit had been disassembled three times and finally was sent back to the factory 
for a stack balance. When it came back, the problem had not changed. 

The data showed that when the rotor went through its critical at 6000 rpm there was very low response. Flowever, from 
about 8000-10,000 lpm the vibration on the coupling end probes increased to well above the alarm level. A point of 
interest is that there was no phase shift during the 8000-10,000 rpm range. It took one 11 gram washer on one of the 
coupling bolts to solve the problem. Several years later the customer called with a similar - problem on the same unit. The 
compressor was balanced in the coupling during the phone call using the same sensitivity and lag angle that had been 
calculated for the previous coupling shot. 

Part III—Fans and Motors 

Case #1: Balancing a Large Fan 

A 5000 F1P 720 rpm fan at a power plant showed above normal levels of unbalance. Several attempts were made to 
balance the unit, all of which were unsuccessful. After attempting several balance shots in an I.D. fan, the casing vibration 
levels were reduced to around 2-3 mils but would not go any lower. 

Because there was difficulty in balancing the fan, shaft stick measurements were taken to determine the absolute motion 
of the shaft. The shaft movement was discovered to be over 17 mils. Because the bearing clearance was only eight mils, 
there was a strong indication that the bearing was moving in the housing. A large plunger bolt at the top of the bearing 
was tightened to reduce the bearing movement. After tightening, the casing vibration increased to 21.5 mils. The fan was 
then easily balanced to below the one mil level desired by the plant personnel. The bearing movement in the housing had 
caused a nonlinear response that made balancing nearly impossible. 

Case #2: Incorrect Selection of Isolators 

A number of air handler units in a large city all had the same symptoms. The fans operated with acceptable levels of 
vibration; however, the motor drivers all had high levels of vibration in the vertical direction. When the spectra were 
examined it was discovered that the primary component of the motor vibration was at the fan's operating speed. 



An investigation found that the isolators under the motor were sized improperly and were too stiff. This resulted in the 
natural frequency of the isolated system matching the operating speed of the fans. The isolators were therefore acting as 
amplifiers of the fan vibration rather than isolators of the motor vibration. Apparently the same size isolators were used 
for the motor as were used for the heavier fans in similar service. 

Case #3: High Axial Vibration on a Fan Due to a Disk Wobble Natural Frequency 

The axial vibration of a belt driven exhaust fan operating at 1200 rpm was always high. The fan would be balanced, but 
within a few weeks the axial vibration would again increase to unacceptable levels. Due to the sensitivity of the fan to 
unbalance, a resonance was suspected and natural frequency tests were performed. There was no natural frequency match 
when the fan was struck in a lateral direction. However, when the fan was impacted axially there was a match with 
running speed. 

The mode shape was measured to gather more information. It was found that the shaft was the node point and that the 
opposite sides of the fan were out of phase. This is commonly called a disk wobble natural frequency. Fans that have this 
problem exhibit sensitivity to unbalance, particularly in the axial direction. The solution in this case was to simply change 
the speed of the fan. If this had not been an option, stiffening of the back plate of the fan wheel would have been 
necessary. 

Case #4: High Cross Effect from Fan to Motor 

A motor/fan combination had high levels of vibration. The motor vibration levels were higher than on the fan, so a 
representative from the motor shop tried to balance the motor—with no success. 

Past experience on other large fans indicated that the fan may have been unbalanced rather than the motor. When the 
phase angles were measured, the fan angles were leading the motor angles. Based on this data, the fan was balanced even 
though it had lower levels than the motor. Balancing the fan brought the motor levels down to very acceptable amplitudes. 
It is important to remember that the fan rotor will generally have a much higher level of polar rotating inertia than a 
motor. It is quite common for a large fan to shake a motor, but much less common for a motor to shake a fan. 

Case #5: Unequal Air Gap 

An electric motor at a foundry was exhibiting high levels of vibration. In addition to having above normal levels of 
unbalance, it had almost 0.4 in./s of 120 Hz vibration. 

When the motor was examined, it was discovered that there was a 0.035 in. variation in the air gap from the top to the 
bottom of the motor. Air gaps are measured by using long feeler gages to measure the clearance between the rotor and the 
stator. This was a static air gap deviation, meaning that when the rotor was turned the narrow gap remained in the same 
location. The problem was resolved by making adjustments on the end bells to insure that the rotor was centered in the 
stator. 

Case #6: Large 3600 rpm Motor in Venezuela with a Thermal Vector 

An engineer at a refinery in Venezuela described an unusual sounding problem during a telephone conversation. Their 
large motor was not running well after it had been balanced. Further information helped clarify the situation. When the 
plant was brought down for an outage, the motor was run unloaded. During the unloaded operation it was noted that the 
vibration on the proximity probes was over three mils. Based on this amplitude the plant personnel had elected to balance 
the motor. After balancing the amplitude was approximately 1.5 mils. Everything seemed to be going well until the plant 
was restarted and load was applied to the motor. As the motor was loaded the amplitude went up to nearly 4 mils. The 
plant engineer tape recorded the proximity probe signals along with a tach pulse signal and sent the data to the U.S. for 
vibration analysis. 

The analysis showed that the motor had a hu ge thermal vector and that the motor had been compromised balanced in the 
past. The compromise shot had been designed to let the motor have high levels of vibration in the low load condition 
where it seldom operated. This decision was made so that when the thermal vector, which was 180° out phase from the 
low load vibration, took effect the motor would operate with low vibration levels at full load, where it spent most of its 
time. When plant personnel had balanced the motor at low load they had undone the compromise balance shot. 

The story became more involved from that point. Due to the presence of the large thermal vector, plant management 
elected to purchase another motor. No specifications were given regarding thermal vectors in the new motor, and only a 
vibration limit of two mils was mentioned in the purchase specifications. When the new motor was tested, it also revealed 
a thermal vector. In fact, the manufacturer stated that they routinely had to put in compromise balance shots on that 
design of their motors. They had performed approximately 128 such balancing operations. 



This example serves as a reminder when dealing with two pole motors above 1000 HP that the lx running speed vibration 
may vary significantly from low to high load. It is imperative that phase angles be recorded along with the amplitude to 
identify this type of situation. For instance, a motor might have two mils at 90° unloaded and two mils at 270° in the 
loaded condition. If only amplitude is recorded there would appear to be no problem. However, if phase is taken into 
account it becomes apparent in the previous case that there has been a four mil change from low load to high load. 
Consequently, that is a situation where balancing out the two mils at low load would increase the vibration at full load. 

Case #7: Feed Pump Motor with Thermal Vector 

A large 4000 Hp 3600 lpm feed pump motor was sent out for routine inspection and cleaning. Upon return from the 
motor shop it was put into operation, and after 45 min high vibration destroyed its bearings. It was returned to the motor 
shop where it was repaired and rebalanced. When the motor was returned to the plant it again destroyed the bearings. It 
was then sent back to the manufacturer where it was put in a high speed balance pit and balanced at speed. When it was 
reinstalled back at the plant it destroyed the bearings for a third time. 

Due to the nature of the problem, proximity probes were installed on the motor. When it was first started the vibration 
was normal. However, as the motor was loaded the vibration level increased to the point that the motion was nearly equal 
to the bearing clearance. It was determined that the motor had a thermal vector. The solution was to balance the motor in 
the loaded condition. 

It was discovered that the motor shop had dropped the rotor during its first visit. The laminations were damaged, causing 
a hot spot to develop. This hot spot on one side caused the rotor to bow as it heated up, resulting in the sensitivity to load. 
This motor operated successfully for several years with a thermal compromise shot installed. 

Case #8: Cracked Rotor Bars 

A noticeable variation in the sound pattern of an 1800 lpm 250 Hp service water motor was noted during operation. The 
current meter also showed oscillations in current draw. Based on these symptoms the motor was connected to a 
dynamometer and spectra of the current were obtained. The spectra, taken at various loads, showed the presence of side 
bands spaced at the number of poles times the slip frequency in both the current and vibration spectra. This is a sign of 
broken rotor bars, so the motor was disassembled and the rotor was re-barred. After the repairs the side bands as well as 
the sound and current oscillations disappeared. 

Case #9: Cracked End Rings 

A series of motors was tested at a processing facility. The motors all powered large centrifuge units. The test consisted of 
putting the output from a current probe that was clamped around one of the phase leads into a spectrum analyzer that was 
connected to a computer. The computer had an expert system program that checked the current spectrum for side bands 
related to problems with the rotor. 

The amp meter of the motor in the electrical equipment room showed significant oscillation of the current. In addition, the 
vibration on the motor and the sound coming from the motor varied in a periodic manner. The observations were 
consistent with a motor that has either broken rotor bars or cracked end rings. The expert system indicated that the motor 
was in good condition, but because there was so much evidence to the contrary the current spectrum was examined. 

There was a very large lower side band 210 cpm (3.5 Hz) below 60 Hz. The side band was only 15 db below the 60 Hz 
signal. The expert system was overruled and the motor was sent in for an examination. Three cracks all the way across 
one end ring were discovered. 

The expert system had missed the problem because the motor was in such poor condition that the amount of slip had 
increased to a point where it pushed the side bands out of the normal search range of the system. A normal four pole 
motor might have from 15-30 cpm slip, which would put the search range at 60-120 cpm (1-2 Hz) above and below 60 
Hz. This motor had 52.5 cpm of slip, which placed the side bands at 210 cpm (3.5 Hz) above and below 60 Hz. 

Case #10: Rotor Eccentricity 

The field of vibration analysis never fails to present new challenges to even its most experienced professionals. The 
following case is a good example. 

This problem occurred on a 3600 lpm ash sluice pump motor. The motor had high levels of lx running speed vibration 
that varied significantly in a periodic manner. The motor was also producing a sound that had a consistent beat. 

A high-resolution zoom spectrum made it clear that the variation in level was not due to a beat, which results from two 
closely spaced frequencies, but was instead due to modulation. When there is a beat the two vectors of the signals add 
together. When modulation is present one signal is multiplied by the other, producing side bands. The zoom spectrum 
showed that there were side bands in this case 70 cpm above and below the operating speed of the motor. The operating 



speed of the motor was 3565 rpm. This meant that the side bands were appearing at the number of poles (2) times the slip 
frequency (35) above and below the running speed. This is a classic sign of either broken rotor bars or cracked end rings, 
so a current probe was used to perform a current spectrum check. 

In the current spectrum, the side bands are generated at the number of poles times the slip frequency around 60 Hz (50 Hz 
in countries with 50 cycle current). A problem is likely if the side bands in the current spectrum arc larger than -55 dB as 
compared to the 60 Hz current. When the current spectrum was examined, it was discovered that the side bands were -65 
dB down from the 60 Hz component; therefore, it was very improbable that there was an electrical flow path problem 
with the rotor. 

Because the running speed vibration was high, a coast down curve using the peak hold feature of a spectrum analyzer was 
performed. The coast down curve showed that the lx running speed vibration dropped off rapidly as the rotor coasted 
down—an indication of a resonance—so an impact test was performed on the rotor. In order to get the effect of the sleeve 
bearing's oil film, the rotor was rotated during the impacting. The results of the impact test indicated that the rotor had a 
natural frequency of 3525 cpm. Through conversations with the plant personnel, it was discovered that the rotor had been 
changed out on this motor. The original motor had an aluminum cast rotor. The rotor with the natural frequency problem 
was a laminated design with copper bars. 

Based on the field test results, the rotor was bowing when it was at operating speed due to the proximity of the operating 
speed to the 1st natural frequency. This bow resulted in a rotating air gap deviation. As the magnetic poles passed the 
narrow part of the gap there was extra magnetic pull that was translated into modulation of the running speed vibration. 
The rate at which the magnetic fields passed the rotating air gap was, as would be expected, the number of poles times the 
slip frequency. 

In order to test this theory, it was decided to finely tune the balance level on the rotor. The supposition was that even 
though there was a resonance, with the forcing function being reduced the rotor would bow less and the side bands would 
be reduced. The rotor was then balanced to as low a level as was practical. When it was tested after the balance work, the 
side bands had completely disappeared. Due to the reduced forcing function the rotor was no longer operating in a bowed 
conditioned, thereby eliminating the rotating air gap and the resulting side bands. It was recognized that the problem 
would most likely reappear due to the close proximity of the operating speed to the natural frequency. 

Case #11: Loose Base 

When analyzing motors, it is easy to read more into a problem than that which actually exists. This case history illustrates 
the need to look for the simple solution first. 

While at a power plant working on a large fan, the vibration analyst requested that a large mill motor be examined. The 
motor had been sent out to motor shops twice. In each instance, the vibration remained high when the motor was put back 
into operation. Unsuccessful attempts were made to field balance the motor. The motor continued to have amplitude of 
eight mils of vibration, all at its operating speed. 

The first thing to be checked was the tightness of the motor to its base plate. All the bolts were tight. Next, the tightness of 
the base plate to the concrete pedestal was verified. The bolts felt tight, but motion between a bolt head and the base plate 
was apparent. It was found that the bolt had bottomed out. This meant that even though the bolt felt tight with a wrench, 
no force was applied between the bolt head and the plate. 

After the installation of a washer, the vibration dropped from 8 mils down to less than 1 mil. Over $30,000 had been spent 
on this large motor at the repair shops, and the problem had been nothing more than the need to add a washer to a bolt. 

Case #12: A DC Motor and Bad SCR's (Silicon Controlled Rectifiers) 

l_ 

On three phase motors with rectified current, six SCRs fire every 60of a second. This results in a normal firing pattern of 
360 Hz. The 360 Hz signal will often appear on normally operating DC motors. 

In the case of this particular motor, a 120 Hz signal appeared. A 120 Hz signal is not that uncommon in an induction 
motor because that is the rate at which magnetic poles pass a stationary element. However, when 120 Hz appears on a DC 
motor it is an indication that there is an SCR or firing problem. The motor that was being tested had the 120 Hz signal as 
well as several harmonics of 120 Hz. In addition, it was noisy and had been overheating. When a current probe was used 
to examine the waveform it was discovered that the SCRs were not firing properly. 

Case #13: DC Motor Overheating Due to Unstable Control 

A DC motor on a press roll at a paper mill experienced repeated failures due to overheating. In addition, the vibration 
levels were high at a frequency of undetermined origin. 

Analysis of the current indicated that there was instability of the drive. The drive was trying to alternately speed up and 
then slow down the motor at a rapid rate (similar to rapidly accelerating and braking in a car). The result was high 



vibration and above normal temperature levels. The drive was retuned by adjusting the response settings and the electrical 
damping, and both the vibration and the heat problem disappeared. 

Case #14: DC Motor Process Related Vibration 

An unidentified vibration was detected on the DC motor driving a couch roll at a paper mill. The frequency of the 
vibration did not match any known source. A current spectrum was taken on the motor and it was discovered that the 
same frequency appeared in the current spectrum. It was found that the motor was being loaded and unloaded at that 
particular' frequency. 

The source of the loading oscillations was traced to the fan pump blade pass frequency. The fan pump was generating 
pressure pulsations that caused oscillations in the head box pressure. This, in turn, resulted in variations in the pulp 
thickness. When the thicker areas passed the vacuum rolls the suction pulled harder against the fabric. This increased 
tension in the fabric caused the tangential force to increase on the couch roll, resulting in increased torque demand on the 
motor, and, thus, varying the amount of current draw. The fan pump was eventually replaced with one that generated 
much lower pressure pulsations. This improved the paper quality and eliminated the vibration on the couch roll drive. 

Case #15: Line Harmonics 

A manufacturing facility sought assistance in finding the cause of a series of motor failures. A consultant informed the 
plant management that the source of their problem was the local utility supplying power that had several harmonics of 60 
Hz. The utility requested that tests be performed to determine if they were at fault. Harmonics in the current supplied to 
motors or other electronic components cause excess heat buildup and premature failure. A dual channel analyzer was used 
for the tests. A voltage input from a transformer was input into channel A, and a current input from a current probe was 
input into channel B. 

When the first measurement was made, an unusual amount of the 5th harmonic of the line frequency was noted. On the 
time waveform it was also noted that instead of being smooth, the wave had a rough erratic appearance. It was possible 
that the rough appearance could be resulting from the rapid firing of SCR drives. The plant did have several such drives in 
use, but the drives had been in operation for a number of years and the failures had only started to increase during the 
previous few months. The plant engineer was then asked if any changes had been made to the electrical system. The only 
change he could recall was that power factor correction capacitors had been added to reduce their electrical bill. 

With this information, additional tests were performed. The current waveform and spectra were obtained with the power 
factor correction capacitors racked out and then remeasured with various amounts of added capacitance. The results were 
dramatic. With the power factor correction capacitors all in the system, the 5th harmonic increased to a level that was 
25% of the 60 Hz frequency. That indicated that if 100 amps was flowing to a motor there would be 25 amps of 300 Hz 
current also flowing through the motor, resulting in severe overheating in motors or transformers. The utility company 
was unrelated to the problem. The SCR drives were supplying the stimulus and the power factor correction capacitors, in 
combination with the other electrical components, formed a circuit that resonated at 300 Hz. 

To solve this type of situation it is necessary to have a power engineer design filters to lower the 300 Hz stimulus. Based 
on tests at other facilities, the 7th and 11th harmonics can also cause problems. 

Related Information 

Y. Chen, Cavitation Erosion, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 
1002-1012 

W.T. Becker and S. Lampman, Fracture Appearance and Mechanisms of Deformation and Fracture, Failure Analysis and 
Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 559-586 


Investigation of a Passenger Airline Crash 

From: Investigation of a Passenger Airline Crash, Practical Failure Analysis, Vol 1 (No. 1), Feb 2001, p 10 


Abstract: On 31 January 2000, a McDonnell Douglas MD-83 airplane crashed off the California coast while en route from Puerto 
Vallarta, Mexico, to San Francisco. Approximately 90% of the aircraft was recovered from a depth of about 700 ft. (213 m). Among 
the recovered components were parts of the jackscrew assembly, including the jackscrew with an internal torque tube, the gimbal 
nut, and the upper and lower mechanical stops. The jackscrew was connected to the horizontal stabilizer and controlled its 
movement. Multiple damage features, indicative of contact with another object, were observed on the upper surface of the lower 
mechanical stop. Damage to the spline teeth was also observed on the lower mechanical stop. The stripping pattern and offset 
circumferential marks were consistent with the lower stop being at two or more skewed angles to the splines of the jackscrew during 
stripping. This investigation is continuing. 




Keywords: Aircraft components; Commercial planes; Crashes 


Material: Passenger airline materials (Materials, general) 
Failure type: (Other, miscellaneous, or unspecified) failure 


The National Transportation Safety Board simultaneously investigates major accidents in different modes of 
transportation at any time. The services of the materials laboratory are available to support any of those investigations. 
The following describes the materials laboratory involvement in a particular investigation. As this was an ongoing 
investigation at the time this article was written, the information provided in this article is restricted to factual information 
that is publicly available. The analyses, determination of probable causes, and issuance of any safety recommendations 
will be undertaken in the future, and the National Transportation Safety Board will publish the results. 

On 31 January 2000, a McDonnell Douglas MD-83 airplane crashed off the California coast while en route from Puerto 
Vail art a, Mexico, to San Francisco. All 83 passengers and 5 crewmembers were fatally injured and the aircraft was 
destroyed. A plot of the altitude readings from the transponder radar data for the final 14 minutes of the flight is shown in 
Fig. 1. At the time corresponding to the initial descent, the autopilot disengaged. Simultaneously, the horizontal stabilizer 
trim moved to the full nose down position in six seconds, remaining in that position until the final upset. As recorded on 
the cockpit voice recorder, the crew commented that they were not able to maintain vertical control. After about a minute 
of rapid descent at more than three times the normal rate of descent, the aircraft leveled off in what may be characterized 
as controlled flight. After approximately nine minutes of controlled flight, the aircraft pitched over in its final descent, 
dropping from 17,900 ft. (5456 m) in about a minute. 
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Fig. 1 A chart of the preliminary altitude data for the final minutes of Alaska Airlines flight 261. 

With assistance from the United States Navy, approximately 90% of the aircraft was recovered from a depth of about 700 
ft. (213 m). Among the recovered components were parts of the jackscrew assembly, including the jackscrew with an 
internal torque tube, the girnbal nut, and the upper and lower mechanical stops. 

In the MD-80 series aircraft design, the jackscrew is connected to the horizontal stabilizer and controls movement of the 
horizontal stabilizer. A torque tube, located at the center of the hollow jackscrew, has a threaded end with a nut and 
washer that are tightened against the lower end of the jackscrew. A trim motor, activated by cockpit controls, produces 
rotation of the jackscrew within a girnbal nut that is attached to the vertical fin. Thus, longitudinal movement of the 
jackscrew relative to the girnbal nut is generated with corresponding movement of the horizontal stabilizer. Upper and 








lower electric stops set limits on the jackscrew movement. Outside of those limits, upper and lower mechanical stops 
provide additional limits to the jackscrew movement. The mechanical stop assemblies are attached to upper and lower 
splined regions on the jackscrew with positions set by alignment pins. The mechanical stops are secured to the screw by 
tangential (clamp) bolts that pass through circumferential grooves in the splined regions. 

The jackscrew and gimbal nut were recovered separately. Views of the recovered jackscrew and girnbal nut are shown in 
Fig. 2 and 3, respectively. The lower threaded end of the torque tube and the torque tube nut and washer were separated 
from the remainder of the jackscrew assembly and were not recovered at the time this article was written. The lower 
mechanical stop was also separated from the jackscrew and was recovered separately. Strips of material, consistent in 
composition with the gimbal nut threads, were wrapped around the threaded portion of the jackscrew as shown in Fig. 2. 
The threads of the gimbal nut were missing from the gimbal nut interior. 


Fig. 2 A view of the recovered jackscrew. 





Fig. 3 A view of the recovered gimbal nut. 

Multiple damage features, indicative of contact with another object, were observed on the upper surface of the lower 
mechanical stop, shown after cleaning in Fig. 4. These features ranged from light marks in the primer to severe dents and 
deformation of the metal. Based on relative locations and feature shapes, features labeled a to j in Fig. 4, were all 
consistent with contact between the upper surface of the mechanical stop and various portions of the lower end of the 
gimbal nut, shown in Fig. 3. In general, rotational scoring was observed within the damage areas. Shown in Fig. 4, raised 
lips of metal were observed at the edge of location b where it mated with the damage of location a, indicating that damage 
associated with location a occurred before the damage at location b. 





Fig. 4 The upper surface of the lower mechanical stop viewed from above. Arrows a through j and r indicate 
locations of damage on the upper surface. Arrow p indicates a through hole for an alignment pin. 

Damage to the spline teeth was also observed on the lower mechanical stop. Rotational stripping was present on different 
circumferential regions of the upper and lower portions of the spline teeth. (Stripping was defined as being present in any 
region where individual spline teeth were nearly indistinguishable from each other.) The middle portion of the splines, 
approximately 0.25 in. (6.4 mm) wide, was damaged but not stripped at any circumferential location. This middle portion 
corresponds to the groove in the jackscrew splines for the stop clamp bolt. The circumferential scoring marks associated 
with the stripped areas of the spline teeth were slightly offset from directly circumferential. The stripping pattern and 
offset circumferential marks were consistent with the lower stop being at two or more skewed angles to the splines of the 
jackscrew during stripping. 

The materials laboratory involvement in this investigation is continuing, and complete documentation of the observations 
will be detailed in several laboratory reports. 


Failure of an External Tank Pressure/Vent Valve. 


From: R.S. Charlton, J.A. Hanck, F.H. Meyer, and L.J. Korb, Corrosion in the Aircraft Industry, Corrosion, Vol 13, ASM Handbook, ASM 
International, 1987, p 1019-1057 


Abstract: An external tank pressure/vent valve regulates the external tank fuel feed system, which transfers fuel under pressure to the 
internal tanks of the aircraft. A dual-position valve was found to be sticking at the intermediate positions. Also, service air check 
valves located on the incoming lines contained poppets that were being stuck in a closed or partially closed position because of 
suspected corrosion product. Residue taken from the check valve poppet and from the dual-position valve was chemically analyzed. 
Chloride was present in both samples. It was suspected that moisture entering the service air lines left a chloride-containing 
compound upon evaporation within the air check valves and pressure/vent assembly. This compound subsequently reacted with the 
anodized, dichromate sealed check valve housing to lock the check valve poppets in a closed or partially closed position, decreasing 
the actual pressure being supplied to the pressure/vent valve. It was recommended that an inspection be conducted to ensure that 
the service air check valves are operating properly prior to removal and servicing of the pressure/vent valve assembly. It was also 
recommended that dry-film lubricant be checked to ensure that it meets specifications for the pressure/vent valve assembly. 

Keywords: Aircraft components; Chlorides; Fuel tanks; Lubricants 


Material: Valve material (Materials, general) 


Failure types: (Other, general, or unspecified) corrosion; Surface treatment related failures 


The pressure/vent valve shown in Fig. 1(a) was submitted for laboratory analysis. The external tank pressure/vent valve 
regulates the external tank fuel feed system, which transfers fuel under pressure to the internal tanks of the aircraft. It is 










stated in the technical order that when the solenoid of the pressure/vent valve (part A, Fig. lb) is energized, service air at 
448 kPa (65 psig) shifts the dual-position valve (part B, Fig. lb). 



(c) (d) 

Fig. 1 Overall view (a) of external tank pressure/vent valve, (b) Partially disassembled valve. A, solenoid 
switch; B, dual-position valve; C, valve housing, (c) Segment of air line showing residue on check valve poppet 
(arrow), (d) Close-up view of check valve poppet 

It was reported that the dual-position valve was found to be sticking at the intermediate positions. In addition, it was 
found that service air check valves located on the incoming lines contained poppets that were being stuck in a closed or 
partially closed position because of suspected corrosion product (Fig. lc and d). These two factors prevented full 
pressurization of the external tank and caused a subsequent degradation in fuel flow to the internal tanks. 

Investigation. Residue taken from the check valve poppet and from the dual-position valve was chemically analyzed. 
Only small samples (103 mg) of residue could be obtained from the parts for analysis. For this reason, each of the samples 
could be analyzed only for a single element. Chloride was selected for the analysis and was present in both samples. The 
residue found inside the check valve had a reddish color, indicating that the chloride-containing compound reacted with 
the anodized, dichromate sealed check valve housing. 

It was noted that the dry-film lubricant applied to the dual-position valve was of different consistency and was heavier 
than that found on an identical valve assembly also submitted to the laboratory. In addition, the coating of the failed valve 
was flaking off. Although it did not cause the initial malfunction of the pressure/vent valve assembly, subsequent 
application of the lubricant without the complete removal of previous coats was a potential for longer-term binding 
problems. 

Conclusions. It was suspected that moisture entering the service air lines left a chloride-containing compound upon 
evaporation within the air check valves and pressure/vent assembly. This compound subsequently reacted with the check 
valve housing to lock the check valve poppets in a closed or partially closed position, decreasing the actual pressure being 
supplied to the pressure/vent valve. 

Recommendations. It was recommended that an inspection be conducted to ensure that the service air check valves 
are operating properly prior to removal and servicing of the pressure/vent valve assembly. It was also recommended that 
the dry-film lubricant be checked to ensure that it meets specifications for the pressure/vent valve assembly. 


Analysis of Failed Nuclear Plant Components* 

D.R. Diercks, Materials and Components Technology Division, Argonne National Laboratory 


From: D.R. Diercks, Analysis of Failed Nuclear Plant Components Journal of Materials Engineering and Performance, Vol 2 (No 6) Dec 
1993 p 799-806 


Abstract: Argonne National Laboratory has conducted analyses of failed components from nuclear power-generating stations since 
1974. The considerations involved in working with and analyzing radioactive components are reviewed here, and the 
decontamination of these components is discussed. Analyses of four failed components from nuclear plants are then described to 
illustrate the kinds of failures seen in service. The failures discussed are (1) intergranular stress-corrosion cracking of core spray 
injection piping in a boiling water reactor, (2) failure of canopy seal welds in adapter tube assemblies in the control rod drive head of 
a pressurized water reactor, (3) thermal fatigue of a recirculation pump shaft in a boiling water reactor, and (4) failure of pump seal 
wear rings by nickel leaching in a boiling water reactor. 

Keywords: Corrosion; Decontamination; Intergranular stress corrosion cracking (IGSCC); Nuclear power plants; Nuclear reactor coolant 
piping; Nuclear; Pump seal wear rings; Pump shaft cracking; Stress corrosion cracking 


Materials: 304 (Austenitic wrought stainless steel), UNS S30400; Cemented carbide (Cermet) 


Failure types: Stress-corrosion cracking; Dealloying/selective leaching 


1. Introduction 

Approximately 113 nuclear electrical power-generating plants are presently operating in the United States, with a 
combined generating capacity of 106,905 MWe. In 1990, they generated 20.6% of the nation's electrical energy demand. 
1 Component failures occur from time to time in these plants, and the rigorous in-service inspection procedures to which 
the plant components are subjected often result in the detection of flaws or other incipient failure processes before actual 
component failure has occurred. As with any major technology, determination of the cause of failure is important in 
developing remedial actions to prevent future similar failures and thus improve plant reliability and safety. 

Argonne National Laboratory (ANL) has conducted analyses of failed nuclear components since 1974. During that time, 
several dozen analyses have been performed, and considerable experience has been gained in the procedures for working 
with and analyzing these components and in the types of failures commonly observed in nuclear power plants. The 
considerations and precautions required in working with these components will be summarized here, and a few 
representative failures will be described. 

2. Radioactivity Considerations 

The principal feature of components from nuclear power plants that sets them apart from other failed components is the 
likely presence of radioactive contamination. In virtually all cases, the failed components come from areas of the plant 
that receive no significant neutron radiation from the reactor core, so no bulk activation of the component has occurred. 
Contamination instead results from the deposition on component surfaces of radioactive isotopes that has previously been 
activated in the reactor core. In the typical sequence of events, 2 corrosion products from reactor coolant piping, 
feedwater heaters, valve trim, and other upstream cooling-circuit components are carried by the coolant into the reactor 
core, where they are activated by neutrons from the core to form radioactive nuclides. Radioactive contamination of 
downstream components occurs when particles of these activated corrosion products are deposited on the component 
surfaces or when oxides growing on the component surfaces incorporate activated metallic ions dissolved in the coolant. 
As a result of this process, the radioactive contamination present on the surfaces of nuclear reactor cooling-circuit 
components typically consists of a complex mixed oxide made of primarily transition metal spinels. The principal 
radionuclides present in this surface layer typically include 58 Co, 60 Co, 51 Cr, 55 Fe, 59 Fe, 54 Mn, 63 Ni, and 65 Zn. Of these, 
60 Co is by far the most important, emitting intense gamma radiation at energies of 1.17 and 1.33 MeV and having a 
relatively long half-life of 5.27 years. It is not surprising then that 60 Co radiation accounts for approximately 80% of the 
exposure received by US nuclear plant workers during operation, inspection, and maintenance activities. 3 This 
radionuclide also normally accounts for the bulk of the radioactivity present on failed components. 

On rare occasions, contamination by radionuclides emitting alpha radiation may also be present on components. This 
condition generally indicates contamination from the nuclear fuel and its daughter products. Because alpha emitters can 
pose a significant health hazard if ingested, components with significant alpha contamination require remote handling in a 
glove-box or hot cell. Fortunately, such components are seldom encountered in nuclear power plant failure analyses. 





3. Component Decontamination 


Because the radioactive contamination present on nuclear plant components is normally caused by surface deposits rather 
than bulk activation, decontamination is essentially a matter of removing these surface deposits. Component 
decontamination is desirable both from the standpoints of reducing personnel exposure to radiation and of reducing the 
likelihood of subsequent contamination of laboratory space and equipment. In failure analysis, the need to decontaminate 
the failed component must always be balanced against the desirability of retaining as much information as possible related 
to the cause of failure. 

Radioactive contamination is normally present in two forms, loose (or smearable) and fixed. Loose contamination is that 
which can be readily transferred to a cloth or other material wiped across the surface of the contaminated component, 
whereas fixed contamination cannot be readily removed in this manner. Fixed contamination generally produces most of 
the radiation field, and therefore most of the potential personnel radiation exposure, associated with a contaminated 
component. Flowever, loose contamination poses the greatest hazard for secondary contamination of personnel and 
equipment. In general, the goal of decontamination is essentially to eliminate the loose contamination and reduce the 
fixed contamination to as low a level as practical. Complete elimination of radioactive contamination is usually not 
practical or even possible without severely damaging or destroying the surfaces of the component to be analyzed. 

The general approach that has been taken to component decontamination is to use as gentle a procedure as possible to 
minimize damage to the physical evidence related to the failure cause. In many cases, scrubbing or ultrasonic cleaning of 
the component surfaces with detergent and water essentially eliminates loose contamination and substantially reduces the 
overall contamination level. Frequently, the component can then be sectioned to isolate the regions of interest, and the 
consequent reduction in the volume of material being handled results in acceptably low values of fixed contamination for 
subsequent examinations. Where decontamination cannot be accomplished in this fashion, commercially available 
buffered acid decontaminating solutions, sometimes used sequentially with oxidizing permanganate solutions, are used in 
the scrubbing or ultrasonic cleaning procedure instead of detergent and water. In rare situations, dilute FIC1 or FINO 3 is 
used to dissolve persistent contaminant surface oxide films, but this treatment almost always results in some damage to 
the underlying component surface. 

Laboratory personnel are required to wear radiation-monitoring devices when working with radioactive nuclear 
components. The success of the author's decontamination procedures is borne out by the levels of radiation received by 
personnel as measured by these devices. US Department of Energy regulations permit radiation workers to receive a 
maximum whole-body radiation exposure of 5000 mrem/year. Flowever, ANL has set an administrative limit of 1500 
mrem/year as the maximum exposure. Annual doses received by personnel working with failed nuclear plant components 
consistently fall well below this 1500 mrem/year limit and, in many cases, do not greatly exceed the 360 mrem/year 
average dose received by the general US population from natural radiation sources and medical treatment. 4 

4. Examples of Nuclear Component Failures 

4.1 Intergranular Stress-Corrosion Cracking of Core Spray Injection Piping in a Boiling Water 
Reactor 

Isolated incidents of intergranular stress-corrosion cracking (IGSCC) of austenitic stainless steels in boiling water reactor 
(BWR) piping first began to occur in the late 1960s, shortly after the commercial introduction of this reactor concept. 5 
By the mid 1970s, the problem was recognized as both significant and generic to the BWR technology, rather than plant- 
specific. 6 Although the early incidents of pipe cracking involved the smaller 100-mrn (4-in.) diameter bypass lines and 
250-mm (10-in.) diameter core spray lines, Danko 7 reported in 1982 that several incidents of cracking had occurred in 
610-mm (24-in.) and 710-mm (28-in.) main recirculation piping and that a total of 287 incidents of IGSCC in BWR 
piping had been reported worldwide. Marston and Jones 8 placed the total number of incidents of IGSCC in BWRs at 
more than 1000 from 1974 through 1991. 

It is well established that the occurrence of stress-corrosion cracking requires the simultaneous presence of a susceptible 
material, a tensile stress, and a corrosive environment. In the case of IGSCC in BWR piping, these conditions are 
typically present in the heat-affected zone (FIAZ) of type 304 stainless steel base metal piping immediately adjacent to 
welds. Flere, the thermal treatment associated with the welding process sensitizes the steel, i.e., it causes the precipitation 
of chromium carbides along the grain boundaries, with a consequent depletion of dissolved chromium in these regions 
and a resulting loss of corrosion resistance. In addition, the weld thermal treatment produces significant residual tensile 
stresses. The corrosive environment is provided by the relatively high dissolved oxygen content of the reactor coolant 
water. 

Efforts to solve the problem have focused on all three of the contributing factors, and considerable progress has been 
made in controlling IGSCC in BWR piping. Several approaches have been demonstrated as effective, including the use of 
resistant materials, residual stress improvement to eliminate or reduce residual tensile stresses, and better control of water 
chemistry. 8 The use of more resistant materials requires the replacement of susceptible type 304 stainless steel with an 



alloy such as type 316NG (nuclear grade) stainless steel, which has reduced carbon to prevent sensitization and increased 
nitrogen to compensate for the loss in strength caused by the carbon reduction. Mechanical or thermal processes can be 
used to place the inside surface of piping near welds into a state of residual compressive stress. Improved water chemistry 
control requires that the dissolved oxygen content of the coolant water be reduced to well below the level of 0.2 ppm 
(where IGSCC problems are most severe) by such measures as the injection of hydrogen (hydrogen water chemistry). 9 
As operating BWR plants have put these preventative measures into practice, incidents of IGSCC have steadily declined. 
A rather comprehensive failure analysis performed by the author approximately 10 years ago illustrates the general 
features of this type of failure, and it also includes some additional unique and interesting features. This analysis has been 
described in detail elsewhere, 10 and only its general features will be repeated here. 

The failure involved the 25-mrn (10-in.) diameter core spray injection piping from the Quad Cities Unit 2 BWR. This 
piping is used to inject coolant into the reactor pressure vessel in the event of a loss-of-coolant accident, and under normal 
operating conditions, it is filled with more or less stagnant cooling water at a temperature of 205 to 260 °C (400 to 500 
°F) and a pressure of 6.9 MPa (1000 psi). In addition to wrought type 304 stainless steel piping material, the affected 
portion of the loop included a 90° elbow and an adjacent 15° elbow (or wedge), both forged of type 304 stainless steel. 
The weld filler metal was type 308 stainless steel in all cases. 

A pressure test of the reactor pressure vessel conducted approximately 8 years after the plant was put into operation 
revealed a coolant leak near the region where the 90° elbow and adjacent wedge were welded into the piping loop. A 
subsequent ultrasonic inspection indicated several cracks near the welds joining the wedge and elbow to each other and to 
the adjacent piping. The portion of the injection line that included the suspect elbow, wedge and short lengths of adjacent 
piping on either end was removed from the reactor and sent to ANL for analysis. 

After the component was decontaminated with a commercial buffered acid solution, the suspect weld regions were cut 
from the piping and split axially into semicircular pieces. Dye-penetrant examinations and radiographic inspection 
revealed the presence of approximately 40 cracks at the inner surface in the three circumferential weld regions examined. 
Virtually all of the cracks were in the base metal HAZ of the forged elbow and wedge material on each side of the weld; 
no cracks were initially observed in the adjacent wrought piping. The hu ge majority of the cracks extended longitudinally 
along the axis of the components, with lengths typically about 10 to 15 mm (0.4 to 0.6 in.). This axial crack orientation is 
unusual; IGSCC cracks typically extend circumferentially around the affected components in the HAZ because of the 
orientation of the residual and externally applied stresses. A few faint dye-penetrant indications were seen at the outer 
surface of the components, and at least three of these were believed to be associated with leaking through-wall cracks. 
Selected regions containing cracks were cut from the larger pieces, sectioned through the thickness of the elbow or 
wedge, and examined by optical metallography. The cracks were found to be intergranular and highly branched, and the 
majority of the cracks stopped at the base metal/weld metal interface or extended only a short distance into the weld 
metal. These features are very typical of IGSCC in nuclear reactor components. However, radiographic examinations 
suggested that at least one longitudinal crack extended from the wedge base metal HAZ, completely through the 
circumferential weld metal (approximately 7 mm thick at the thickest location examined), and into the HAZ of the 
adjacent wrought piping base metal. This was confirmed by optical metallography, and it is believed to be the first 
reported incident in which an IGSCC crack in a nuclear component completely penetrated a weld. Weld metal is generally 
considered to be highly resistant to the propagation of IGSCC. 

The other microstructural feature noted in the optical metallography was the presence of pronounced banding of delta 
ferrite along the axial direction of the forged elbow and wedge material. Stringers of delta ferrite paralleled the flow lines 
in the forged microstructure; no delta ferrite phase was observed in the pipe material, which was not forged. The delta 
ferrite stringers also paralleled the axial cracks in the elbow and wedge. 

Samples of elbow, wedge, and pipe material near and away from the HAZ of the weld were tested for sensitization 
according to ASTM Procedure A 262, Practice A. As expected, all of the samples from the HAZ were found to be heavily 
sensitized, and all of the samples from outside the HAZ showed little or no sensitization. Other tests and analyses on the 
component material included chemical analyses of the pipe, wedge, elbow, and weld filler metal; delta ferrite 
determinations for the weld filler metal; microhardness measurements on the elbow material as a function of distance 
from the weld; and room-temperature tensile tests on the pipe and elbow material. None of these tests or analyses 
revealed anything out of the ordinary. 

It was concluded that the elbow and wedge components failed by IGSCC, with the welding process sensitizing the type 
304 stainless steel and providing the residual tensile stresses. The semistagnant nature of the coolant water in the core 
spray injection lines helped to ensure a high level of dissolved oxygen, thus increasing corrosivity with respect to IGSCC. 
It was further suspected that the axial banding of the delta ferrite stringers in the forged elbow and wedge components 
contributed to the axial orientation of the cracks. 

4.2 Failure of Canopy Seal Welds in Adapter Tube Assemblies in a PWR Control Rod Drive Head 


The problem of IGSCC in recirculation coolant system piping is peculiar to BWRs, because the dissolved oxygen content 
of the coolant in pressurized water reactors (PWRs) is normally much too low to support this failure mechanism. 



However, SCC failures, both transgranular and intergranular, can occur in both PWRs and BWRs under other sets of 
coiTosive conditions. The failure described here provides an example of transgranular stress-corrosion cracking (TGSCC) 
in a PWR component. 

Portions of three control rod drive head adapter tube assemblies were removed from a PWR and sent to ANL because of 
suspected leaking cracks. Each assembly was approximately 200 mm (8 in.) in diameter and 250 to 460 mm (10 to 18 in.) 
long. Each included a heavy-walled cylindrical cap threaded to an externally threaded pipe or tube, both fabricated of type 
304 stainless steel, with a circumferential canopy weld sealing the joint between the two pieces. This weld provided the 
seal between the pressurized coolant at approximately 15.2 MPa (2200 psi) and the outside environment. The seal welds 
were made by placing a consumable ring insert of type 308 stainless steel weld metal between the base metals of the cap 
and tube and fusing the weld region with a gas tungsten arc process. The general configuration of these components and 
an enlarged view of the canopy seal weld region are shown schematically in Fig. 1. The leaking cracks were suspected to 
be at or near these welds. 



Fig. 1 Schematic of portion of control rod drive head adapter tube assembly, showing enlarged view of canopy 
seal weld region. 

Upon receipt of the components, a hole was drilled in each of the canopy seal welds, and samples of entrapped coolant 
were removed for chemical analysis. The region beneath one of the welds was dry; consequently, high-purity water was 
injected through the drilled hole, allowed to remain in place for 4 days, and then removed for analysis. The heavily 
contaminated components were then decontaminated with a dilute aqua regia solution (HC1 + HNO 3 ) after commercial 
solutions failed to produce satisfactory results. 

Analysis of the extracted coolant samples generally revealed high B levels (400 to 1000 ppm) due to the H3BO4 added to 
the coolant for reactivity control. The high-purity water injected into the dry weld cavity was found to contain only ~2 
ppm B. The only other cations found in significant quantities in any of the samples were Mn, Na, Ni, and Si, all present at 
levels of~5 ppm or less. The Na and Si detected may have been contaminants from the glass bottles used to contain the 




water samples. Among the anions analyzed, Cl" was detected at levels of <0.1 to 0.75 ppm and S0 2+ 4 at levels of 0.31 to 
1.8 ppm. 

Nondestructive examinations of the three components by dye-penetrant, ultrasonic, and eddy current techniques revealed 
several possible flaw indications in the weld regions, but none could be clearly identified. To facilitate X-radiography and 
to permit subsequent metallographic examination, the circular weld regions were cut from all three components. X- 
radiography by conventional and high-resolution microfocused techniques again revealed several possible flaw 
indications. 

The nature of the failure was finally revealed by metallography. In a normal canopy seal weld, the consumable weld metal 
insert is completely fused and blends smoothly into the adjacent base metal. In contrast, the appearance of a failed weld 
region is shown in Fig. 2. The insert is incompletely fused, and a crack has initiated at the resulting crevice between the 
unfused portion of the insert and the tube base metal below the insert. This highly branched crack completely penetrated 
the weld metal at this point, resulting in a leak. Similar cracks were observed at other locations in the welds where 
incomplete fusion of the consumable insert produced a crevice or stress concentrator. 



Fig. 2 Appearance of failed weld region, with incomplete fusion of consumable weld metal insert. 

Figure 3 shows a location where a crack apparently initiated in the base metal in the crevice region rather than at the root 
of the crevice. This crack then grew transgranularly through the base metal and then through the adjoining weld metal. 
Minor attack of the unfused consumable metal insert opposite the main crack can also be seen in Fig. 3. 



Fig. 3 Transgranular crack that initiated in base metal in crevice region. 

It was concluded that the observed crevices between the consumable weld metal inserts and the base metal were produced 
by failure to maintain the welding electrode exactly on the center line of the weld joint, thereby causing one side of the 
insert to be incompletely fused during the welding process. The resulting crevice provided a suitable environment for the 
buildup of corrosive species, particularly Cl" and S0 2+ 4 , and also sometimes served as a point of stress concentration. 
These factors combined with the residual stresses from welding to cause the austenitic stainless steel base and weld metal 
to fail by TGSCC. It has been shown that dissolved sulfate levels as low as 0.1 to 1 ppm can significantly accelerate 
stress-corrosion cracking at 200 to 300 °C (390 to 570 °F) in lightly sensitized austenitic stainless steels in the 
simultaneous presence of 0.2 ppm dissolved oxygen. 11 Dissolved oxygen levels are normally much lower than this in 
PWR coolant systems, but higher levels of both oxygen and Cl" and S0 2+ 4 can develop in crevices. The aggressive 
environment that was present in the crevices is indicated by the apparent attack of the unfused consumable weld metal 
insert opposite the main crack. 

Transgranular stress-corrosion cracking from another cause was also observed in one of the components. An indentation 
resulting from an apparent hammer blow was present at one location on the outer surface of the weld region of the 
component, and cold work and TGSCC was observed in the underlying base metal. Here, the cold work from the impact 
blow and the resulting high residual stresses were apparently sufficient to drive TGSCC in this environment even in the 
absence of a crevice. At another location, relatively shallow TGSCC originated at geometrical discontinuities in the weld 
bead. 

Subsequent seal weld failures have been repaired with an Inconel 625 weld overlay, and a video inspection is made of the 
welds during each plant outage to detect any additional failures. Because these components are located in a high radiation 
field, these inspections and repairs must be done remotely. 

4.3 Thermal Fatigue of a BWR Recirculation-Pump Shaft 

The thermal fatigue cracking of main coolant pump shafts has become a significant and recurrent problem in both BWR 
and PWR nuclear power plants. 8 , 12 These pumps circulate reactor coolant at temperatures of about 288 °C (550 °F) and 
are equipped with elastomer seals that must be maintained at about 55 to 65 °C (130 to 150 °F). Thermal fatigue cracking 
of the shaft typically occurs where the seal cooling water mixes with the hot reactor coolant. The analysis to be described 
here illustrates this type of failure. 

The shaft to be analyzed came from a BWR recirculation coolant pump that had been disassembled after -20,000 h of 
service. It was fabricated of type 316 stainless steel, and a chro mi um plating had been applied over a portion of the shaft 
length to enhance resistance to galling during installation. The impeller was removed from the shaft at the plant, and a 
dye-penetrant inspection of the shaft was performed. This inspection revealed numerous cracks, primarily axial in 
orientation, immediately above the position where the impeller fits on the shaft. This location corresponds to the region 
where the BWR coolant at 288 °C (550 °F) mixes with the seal purge cooling water at -57 °C (135 °F). A complete 
failure analysis was requested. 




The shaft was given a preliminary chlorofluorocarbon decontamination at the plant and was subsequently scrubbed with 
deionized water after its arrival at ANL. These procedures removed most of the loose activity, and the residual fixed 
activity was measured at <10 mR/h gamma and -400 mR/h of beta. This unusually high level of fixed beta activity 
required that eye protection be worn when working with the component. More aggressive decontamination procedures 
were avoided to prevent damage to the shaft surface and, in particular, to any cracks that might be present. 

A dye-penetrant examination was performed after decontamination, and typical results are shown in Fig. 4. The relief 
groove at the end of the shaft keyway is visible, and extensive cracking was evident around the entire circumference of 
the shaft in the vicinity of this groove. The cracks were relatively uniform in length, with a typical length of 13 to 19 mm 
(0.5 to 0.75 in.). They were typically spaced -6 mm (0.25 in.) apart on this side of the shaft and slightly farther apart on 
the opposite side. Of the approximately 75 cracks detected, essentially all were axial in orientation, except for the few 



Fig. 4 Axial cracks on recirculation pump shaft revealed by dye-penetrant examination. 

A diffuse, wavy circumferential line marking the lower boundary of the chromium surface plating may also be seen in 
Fig. 4 immediately above the relief groove. The region above this line is plated, and a portion of the cracking lies within 
this region. The shaft was sectioned circumferentially near the center of the relief groove. This cut intersected the 
majority of the axial cracks near their midpoint. A second cut was then made -20 mm (0.75 in.) above the first, producing 
a disc-shaped slice that contained approximately half the length of the majority of the cracks present. This slice also 
included most of the boundary between the chromium-plated and unplated portions of the shaft. 

Two pie-piece segments, each of which included -50 mm (2 in.) of the shaft circumference, were cut from this slice and 
again examined by dye-penetrant to determine the depth of the cracking. The typical depth was found to be -2 to 3 mm 
(0.08 to 0.012 in.), and the maximum depth observed was -4 mm (0.16 in.). Optical metallography showed the cracks to 
be transgranular and straight, and most exhibited very little branching (Fig. 5). At higher magnifications, the crack tips 
were sharp, and the cracks were relatively free of oxide. In a few instances, moderate crack branching was observed, with 
oxide-filled secondary cracks. The chromium plating apparently did not contribute to or influence the nature of the 
cracking. No significant grain boundary sensitization of the shaft material was observed, and the ASTM grain size was 
typically 2 to 3. 




Fig. 5 Metallographic cross section of cracked region in BWR recirculation pump shaft. 

Scanning electron microscope (SEM) fractography was performed on two crack fracture surfaces. These specimens were 
prepared by cutting out crack segments and carefully trimming them so that the crack extended almost entirely through 
the cut piece. The pieces were then broken open to expose the fracture surfaces, including the crack tip regions. The 
fracture surfaces were examined both before and after cleaning ultrasonically and with acetate replica shipping to remove 
any oxide and surface deposits. These cleaning procedures significantly improved the level of detail that could be 
observed. 

The principal feature to be noted on the fracture surfaces was the presence of regions containing striations suggestive of 
fatigue. Virtually all of these striation-containing regions were observed within about 0.5 to 0.7 mm (0.020 to 0.030 in.) 
of the crack tip. Presumably, at greater distances from the crack tip, the surface surfaces had been exposed to the 
environment for a sufficient length of time that the striations were obliterated. Striation spacing was typically about 0.5 to 
1 pm. 

Energy-dispersive X-ray analyses of selected areas of the fracture surfaces were performed before the surfaces were 
cleaned. The heavy deposit on much of the uncleaned surface was found to contain low to moderate levels of P, Si, and 
sometimes S and Ca, in addition to the metallic elements Fe, Cr, and Ni that would be expected. 

It was concluded that the cracking observed on the pump shaft was produced predominantly by thermal fatigue, although 
stress-corrosion cracking may have made a minor contribution in some regions. This conclusion is supported by the 
appearance of the cracks, most of which were relatively straight, had sharp tips, and were generally free of gross oxide 
buildup. It is further supported by the presence of apparent fatigue striations on the fracture surfaces, particularly in the 
crack tip regions. In addition, the relatively uniform orientation, spacing, and depth of the cracks suggests that the cyclic 
stresses responsible for the fatigue were thermal in nature. Finally, the service conditions of the shaft were conducive to 
thermal fatigue. 

Several strategies have been developed to deal with this problem. The pump shafts are being monitored for cracks using 
mechanical vibration and mechanical resonance techniques, and cracks are weld repaired as they are discovered. In some 
cases, the transition region of the pump cover has been modified to reduce the thermal gradient responsible for the cyclic 
stresses. In addition, the surfaces of new and repaired shafts are being shot peened to produce residual compressive 
stresses before they are placed into service. 

4.4 Nickel Leaching in Pump Seal Wear Rings 

The final failure to be described here is representative of several that have been seen by the author in cemented WC wear 
rings used in BWR pump seals. These wear rings are typically -250 mm (10 in.) in diameter and -15 mm (0.6 in.) wide, 
and they are fabricated of WC particles cemented in a nickel matrix. The rings ride on a very thin film of water against a 



matching graphite ring surface, and proper sealing requires extremely close tolerances on flatness and surface finish. 
Several failures of these rings have occurred, in which the WC wear ring sealing face has become grooved and 
roughened. In some cases, fine, regularly spaced radial cracks are present on the failed surface. 

Figure 6 shows the sort of damage observed on the sealing face of a failed ring. The circular grooves and surface 
roughening observed on this face have a maximum depth of -130 pm (0.005 in.), which is far in excess of the design 
tolerance on flatness for this surface. The fine parallel radial cracks mentioned above are also visible. 



Fig. 6 Damage observed on the sealing face of a failed wear ring. 

A metallurgical cross section through this region of surface roughening reveals the microstructure shown in Fig. 7. A 
porous, cracked layer -20 pm (0.001 in.) thick is visible, although in some regions its thickness was as great as -150 pm 
(0.006 in.). Energy-dispersive X-ray analyses reveal that these porous regions are depleted in nickel. The nickel binder 
phase is apparently dissolving or being leached out of the composite, leaving a porous mass of WC particles that are 
rather easily dislodged. This process leads to the surface roughening and grooving observed, and further damage is 
produced by the abrasive action of the extremely hard WC particles. The fine cracking appears to be caused by thermal 
stresses created by the heating of the ring after surface roughening and the resulting breakdown of the lubricating water 
film. 
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Fig. 7 Nickel-depleted porous regions (light gray area with cracks) present at damaged surface of failed wear 
ring. 

The corrosion rate of nickel in a high-purity nuclear reactor coolant environment containing less than 0.02 ppm dissolved 
oxygen has been experimentally determined to be about 2.5 to 5.0 pm/year (0.1 to 0.2 mils/year) under dynamic 
conditions. 13 However, other data have indicated that substantially greater corrosion rates can be expected under 
conditions of high dissolved oxygen, 13 such as may occur in BWR coolant trapped in a crevice. In addition, it has been 
observed 14 that surface passivation of nickel may not occur in acidic and neutral water at temperatures in excess of 100 
°C (212 °F). Some acidification of the solution trapped in the crevice between the wear rings is possible under static 
conditions because of hydrolysis effects and the buildup of impurity species in the crevice. Loss of passivation by the 
nickel would leave it more susceptible to general corrosion and to galvanic corrosion in contact with the mating graphite 
ring. 

The solution to this problem appears to be the use of an alternate material for the wear ring. The other commonly used 
binder phase in cemented WC composites is cobalt, but its use in nuclear plants is precluded because of concerns about 
cobalt dissolution in the coolant and subsequent activation in the reactor core to 60 Co. Monolithic ceramic wear rings are 
presently being explored as an alternative to cemented WC. 

5. Summary 

Failed components from nuclear power-generating stations have been handled successfully and analyzed for a number of 
years with the procedures described here. Relatively simple decontamination procedures are generally sufficient to reduce 
the radioactivity of these components to safe levels for subsequent examination and analysis. Where these simple 
procedures are not satisfactory, more aggressive chemical procedures can be used, although at the risk of damage to the 
component surfaces. Two of the analyses summarized here deal with failure modes commonly observed in the industry, 
i.e., IGSCC of BWR coolant piping and thermal fatigue of BWR recirculating pump shafts. The remaining two failures, 
namely TGSCC of PWR primary system components and leaching of the nickel binder phase in a cemented WC pump 
seal wear ring, represent less commonly observed modes of corrosive failure. 
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Thermal Fatigue Failure of a CrN-Coated Restrike Punch 
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From: S. Dhar, F. Mohammed, L. Xu, R. Fontana, Failure Characterization of Coated Tools, MC95 International Metallography 
Conference (Proceedings of the International Metallography Conference, Colmar, France, 10-12 May 1995) ASM International, 1996, 
p 335 

Abstract: A CrN coated restrike punch was made of WR-95 (similar to FI-11), which was fluidized bed nitrided. The coated punch was 
used on hot Inconel at about 1040 deg C (1900 deg F). Fiowever, a water-soluble graphite coolant was used to maintain the punch 
temperature at 230 deg C (450 deg F). Visual and binocular inspection at 64+ revealed presence of cracks and complete washout of 
coating in the working area of the failed punch. Comparison of metallographic cross-sections of used and unused punches revealed a 
significant microstructural transformation in case of the used punch. Presence of a yellow porous layer was clearly evident between 
the nitrided layer and the coating, in case of the used punch. Cracks were observed to propagate from the outer surface into the 





bulk. Oxidation was evident along the cracks. The microstructural transformation observed in the case of the used punch was a clear 
indication of high temperature exposure (due to insufficient cooling) during application. The most probable cause of failure was 
thermal fatigue. 

Keywords: Grain boundaries; Precipitation; Punches 

Materials: WR-95 (Hot-work tool steel); Chromium nitride coating (Nitride-base ceramic) 

Failure type: Thermal fatigue fracture 


Background 

The CrN coated restrike punch was made of WR-95 (similar to H-l 1) which was fluidized bed nitrided. The coated punch 
was used in hot Inconel at about 1040°C (1900°F). However, a water-soluble graphite coolant was used to maintain the 
punch temperature at 230°C (450°F). An unused coated punch was obtained for comparison puipose. 

Observations And Results 


Visual and binocular inspection at 64x revealed presence of cracks and complete washout of coating in the working area 
of the failed punch. Comparison of metallographic cross-sections of the used and the unused punches revealed a 
significant microstructural transformation in case of the used punch. Presence of a yellow porous layer was clearly 
evident between the nitrided layer and the coating, in case of the used punch. Cracks were observed to propagate from the 
outer surface into the bulk (see Figure la). Oxidation was evident along the cracks. Also, extensive grain growth with 
grain boundary coarsening (indicating grain boundary precipitation) 1, 2 was observed (Figure lb). EDS of the yellow 
layer indicated an increase in N and O peaks. In case of the unused part, no yellow layer was observed and the 
microstructure with respect to grain size, composition, etc., appears to be normal. Measurement of coating properties did 
not reveal any difference in case of the two punches. 
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Fig. 1 Photograph showing transformed microstructure (a) with crack ( 350 x), (b) grain coarsening ( 600 x). 

Discussion And Conclusion 

The microstructural transformation observed in the case of the used punch is a clear indication of high temperature 
exposure (due to insufficient cooling) during application 2. The most probable cause of failure was thermal fatigue 3. 
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Failures of TiN-Coated Wobblers in a Hydraulic Assembly 
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From: S. Dhar, F. Mohammed, L. Xu, R. Fontana, Failure Characterization of Coated Tools, MC95 International Metallography 
Conference (Proceedings of the International Metallography Conference, Colmar, France, 10-12 May 1995) ASM International, 1996, 
p 335 

Abstract: Extensive slipper/wobbler failures occurred in the integrated drive generators that incorporated TiN coated wobblers, during 
the production acceptance test. Similar coated wobblers had passed the application tests. The nature of the failure was extensive 
gouging of the wobbler surface with discoloration and coating removal. The substrate material was E52100 which was through- 
hardened to HRC 55-60. The slippers that were in contact with the coated wobbler surface were made of AISI 06 material. A 
synthetic oil was used as the hydraulic fluid in the application. The failure in the wobblers was caused by lack of temperature control 
during application which resulted in localized surface rehardening. It was established that there was a significant difference in the 
grade of the hydraulic fluid that was used in the two test programs. Use of superior grade of hydraulic fluid was recommended in 
this case for the production acceptance tests. 

Keywords: Coating removal; Gouging; Hydraulic assemblies; Wobblers 

Materials: 52100E (Chromium alloy steel), UNS G52986; Titanium nitride coating (Nitride-base ceramic) 

Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Extensive slipper/wobbler failures had occurred in the integrated drive generators that incorporated TiN coated wobblers, 
during the production acceptance test. Similar coated wobblers had passed the application tests. The nature of the failure 
was extensive gouging of the wobbler surface with discoloration and coating removal. The substrate material was E52100 
which was through-hardened to Re 55-60. The slippers that are in contact with the coated wobbler surface were made of 
AISI 06 material. A synthetic oil was used as the hydraulic fluid in the application. 

Observations And Results 

Binocular examination at 64x of the failed wobblers, from the production acceptance tests, revealed severely gouged 
surface with smeared pick up material. In some cases, coating could be observed underneath the pick up. Some 
discoloration of the coating was also observed. Such features were not observed in case of the wobblers that passed the 
application tests. 

Complete characterization of coating properties revealed no significant difference in case of the wobblers used in the 
production acceptance test (failed) and the application test. The res ults are summarized in the following table. 


Coating Properties 

Good Wobbler 

Failed Wobbler 

Average Thickness (pm) 

1.28 + 0.05 

1.3 + 0.01 

Average Surface Roughness (A°) 

378 + 31 

421 + 25 

Coating Hardness (Hv) 

3421+ 183 

3327 + 128 










Upper Critical Load 


65 + 5 


72 + 5 


However, metallographic analysis indicated significant difference in the microstructure of the two wobblers. In case of 
the failed wobbler, presence of a white hardened layer was clearly evident as shown in Figure la. Untempered martensitic 
1 structure was evident near the surface of the wobbler (see Figure lb). This was confirmed by a hardness profile. The 
hardness of the white layer was found to be Re 66. The bulk hardness (where the microstructure appears to be normal) 
was found to be Re 56.5. As seen in Figure la, coating was still intact in certain regions. The smeared material on the 



surface was identified as the slipper material, using EDX detection unit 


Fig. 1 Photomicrographs showing (a) white hardened layer near surface, (b) untempered martensitic structure, 
at lOOOx 

In case of the good wobbler, the substrate microstructure appeared to be normal with coating well adhered to the substrate 
(see figure 2). _ 


Fig. 2 Microstructure of the good wobbler. 


Discussion And Conclusion 


The failure in the wobblers was caused by lack of temperature control during application which resulted in localized 
surface rehardening. It was established that there was a significant difference in the grade of the hydraulic fluid that was 
used in the two test programs. Use of superior grade of hydraulic fluid was recommended in this case for the production 
acceptance tests. 
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Pitting of TiN-Coated Back Surgery Wires 
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p 335 

Abstract: TiN coated back surgery wires were made of Ti6AI4V. The reported failure was the presence of pits located in the uncoated 
area of the wires. The uncoated area of the wire is where the wire is fixtured in the coating chamber during coating. Examination 
and analysis of the pits using SEM/EDX detection unit revealed significant peaks of B, O, Zr and Fe. Moreover, the shape of the pits 
was similar to an arc crater. The formation of pits in the wire was caused during coating due to microarcing. A contaminated fixture 
used during the coating most likely caused the microarcing. 

Keywords: Arcing; Pitting (wear); Surgical implants; Wire 

Materials: Ti-6AI-4V (Alpha-beta titanium), UNS R56406; Titanium nitride coating (Nitride-base ceramic) 

Failure types: Surface treatment related failures; (Other, miscellaneous, or unspecified) wear 


Background 

The TiN coated back surgery wires were made of Ti6A14V. The reported failure was the presence of pits located in the 
uncoated area of the wires. 

Observations and Results 


The uncoated area of the wire, is the area where the wire is fixtured in the coating chamber during coating. Examination 
and analysis of the pits (shown in Figure 1) using SEM/EDX detection unit revealed significant peaks of B, O, Zr and Fe. 



Moreover, the shape of the pits was similar to an arc crater. 





Fig. 1 Photograph showing arc-like pit (150x) 


Discussion And Conclusion 

The formation of pits in the wire was caused during coating due to microarcing. Contaminated fixture that was used 
during the coating most likely caused the microarcing and hence the failure. 
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Discoloration of Furnace Insulation 
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From: S.J. Suess, Characterizing Surface Discoloration, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003, p 12 


Abstract: Several glass wool insulation sections from a heat-treat furnace showed visible, but only cosmetic discoloration. EDS showed 
the presence of silicon, aluminum, and oxygen in the nondiscolored region, and these elements are consistent with glass wool. 
Relatively high levels of chromium and nickel were detected in the discolored area, along with lower amounts of iron, manganese, 
sodium, calcium, cobalt, and sulfur, in addition to the surrounding glass wool elements. Results of this limited evaluation showed the 
discoloration was caused by the presence of elevated levels of chromium, nickel, and aluminum. The visual appearance, along with 
the EDS findings, suggested these elements were present in the form of oxides. These oxides were likely deposited from adjacent 
structural components of the furnace, which had oxidized during operation. 

Keywords: Chemical analysis; Discoloration; Insulation 


Material: Glass wool (Oxide-base ceramic) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Several glass wool insulation sections from a heat-treat furnace showed visible discoloration. The insulation was 
originally white but exhibited a gray discoloration in some areas, as shown in Fig. 1. As in the coin example, this 
discoloration was considered a cosmetic issue and did not interfere with the function of the insulation. 



Fig. 1 Furnace insulation exhibiting a gray discoloration 

Nondiscolored and discolored areas were analyzed via EDS, and the results are shown in Table 1. These findings show 
the presence of silicon, aluminum, and oxygen in the nondiscolored region, and these elements are consistent with glass 
wool. Relatively high levels of chromium and nickel were detected in the discolored area, along with lower amounts of 
iron, manganese, sodium, calcium, cobalt, and sulfur, in addition to the surrounding glass wool elements. The aluminum- 
to-silicon ratio in the discolored region was significantly higher than that which was observed in the nondiscolored area, 
indicating the presence of elevated aluminum levels in the discolored area. No organic materials associated with the 
discoloration were disclosed by FTIR. 






Table 1 EDS Results of Insulation 


Element 

Relative Weight Percent 


Nondiscolored 

Discolored 

Iron 


0.9 

Manganese 


0.5 

Chromium 


20.3 

Nickel 


17.7 

Silicon 

65.4 

27.7 

Aluminum 

34.6 

28.8 

Sodium 


1.5 

Calcium 


1.1 

Cobalt 


0.9 

Sulfur 


0.6 

Oxygen 

Medium 

Medium 


The results of this limited evaluation showed that the discoloration was caused by the presence of elevated levels of 
chromium, nickel, and aluminum. The visual appearance, along with the EDS findings, suggests that these elements were 
present in the form of oxides. These oxides were likely deposited from adjacent structural components of the furnace, 
which had oxidized during operation. 

Concluding Remarks 

An investigation of discoloration, like any other failure investigation, requires an arrival at the correct conclusions and 
suitable recommendations for corrective action. The process of obtaining the correct conclusions and making the correct 
recommendations is based on an accurate understanding of the paid history, a thorough knowledge of the materials, proper 
analysis using appropriate instrumentation and techniques, and pertinent experience. Adequate contaminant substance 
identification is achievable with relatively little analysis in some instances, while in others, more comprehensive studies 
are required and multiple analytical techniques must be applied. The extent of analysis that is conducted in a discoloration 
characterization study is virtually always limited by time and cost constraints. Techniques that require special sample 
preparation, as well as techniques that are lengthy to run or interpret, have a tendency to be expensive and even cost 
prohibitive in some instances. Therefore, an understanding of the advantages and limitations of analysis techniques will 
facilitate adequate, cost-effective, and timely identification of the causes of surface discoloration. 
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Delayed Fracture of Tempered Glass Panels Due to Nickel Sulfide Inclusions 

Roland Huet, Joel M. Wolf, and Piotr D. Moncarz, Failure Analysis Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The spontaneous breakage of tempered glass spandrel panels used to cover concrete wall panels on building facades was 
investigated. Between January 1988 and August 1990, 19 panel failures were recorded. The tinted panels were coated on their 
exterior surfaces with a reflective metal oxide and covered on the back surfaces with an adherent black polyethylene plastic. Macro 
fractography, SEM fractography, EDX analysis, and photo elasticimetry were conducted on four of the shattered panels. Small nickel 
sulfide inclusions were found at the failure origins. Failure of the panels was attributed to growth of the inclusions, coupled with high 
residual stresses. Fracture mechanics analysis showed that the residual stresses alone were high enough to cause fracture of the 
glass, with a flaw of the size observed. 

Keywords: Facades; Sheet glass; Stress cracking 


Material: Tempered glass (Unclassified ceramic material) 


Failure type: Brittle fracture 


Background 

Tempered glass spandrel panels used to cover concrete wall panels on building facades began breaking spontaneously 
about 4 years after installation. Between January 1988 and August 1990, 19 spandrel glass panel failures were reported. 

Applications 

Tempered glass spandrel panels were installed on a group of recently constructed two-story commercial buildings. Glass 
spandrel panels are an architectural feature, used in this case to cover the exterior surface of concrete wall panels. The 
construction behind a glass spandrel panel is shown in Fig. 1. The aluminum frame supporting the spandrel glass is bolted 
to the face of the concrete panels with steel brackets. An air space approximately 100 mm (4 in.) wide is formed between 
the glass and the concrete face. 






Fig. 1 Construction behind broken glass spandrel panel. 


Circumstances leading to failure 

Construction of the buildings began around 1984. The first record of glass spandrel breakage was in January 1988; 
however, unrecorded breaks may have occuncd prior to this period. Between January 1988 and August 1990, 19 of the 
approximately 450 glass spandrel panels shattered spontaneously. The shattered glass was partially or sometimes fury 
retained in the frame by the plastic adhesive backing on the back surface of the glass. The glass breakage was reportedly 
concentrated on the south, west and east faces of the buildings. 

Pertinent specifications 


1 

The building specifications for the spandrel glass call for a 6.4 mm (4 in.) heat-strengthened, gray-tinted glass intended 
for installation with a backup wall. The specified glass product has a transparent metallic oxide coating on the outer 
surface and a solid color ceramic frit on the back surface. 
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The installed glass differed from the specifications in three areas: (1) it was 5.6 MM (32 in.) thick rather than 6.4 mm (4 
in.), (2) it was tempered instead of heat strengthened (as determined by photoelastic techniques), and (3) in place of the 
black ceramic frit, an adhesive black plastic was fixed to its back surface. 

Performance of other parts in same or similar service 

Thermal breakage of spandrel glass is a concern of the glass industry. Large temperature differences across the face of the 
glass can create tensile stresses high enough to cause failure. This occurs when the censer of the glass reaches higher 
temperatures than the edges of the glass, placing the edge in tension. A rough cut along the edge of the glass can create 
relatively large flaws, which can propagate catastrophically when subjected to modest tensile stresses. For this reason, it 
is recommended that spandrel glass be heat strengthened or tempered. To be classified as tempered glass or heat- 
strengthened glass, the compressive stresses at the edge of the glass must be at least 67 or 38 MPa (9700 or 5500 psi), 
respectively. 

Visual Examination of General Physical Features 

The adhesive plastic backing on the glass held most of the glass fragments together after each of the four failures that 
were inspected. The overall fracture pattern looked like a starburst pointing to the origin of fracture, which never occurred 
at the edges of the glass sheet. A fracture origin at the edge of the glass would be expected if the breakage were related to 
thermal stresses. 


Testing Procedure and Results 




Surface examination 



Macrofractography. The direction of propagation was easily determined from surface markings on the fracture 
surfaces in the origin area. Cracks were traced to the origin. In each of the four sheets examined, the origin was a small 
inclusion near the midthickness of the glass sheet (Fig. 2). Mist and hackle markings, typical of glass fractures, were 
observed in the midplane region of the glass sheet, as shown in Fig. 2(a). On two of the sheets, a faint but distinct 
semicircular marking partially surrounded the inclusion (Fig. 3). 


(a) 



(b) 

Fig. 2 Typical fracture origin, (a) Fracture surface. The two semielliptical features on either side of the 
inclusion are the mist and hackle regions, (b) SEM micrograph showing spherical inclusion at origin. 





Fig. 3 Faint semicircular marking on fracture surface around inclusion. 

Scanning Electron Microscopy/Fractography. The scanning electron microscope (SEM) clearly showed 
spherical inclusions at all of the origins (Fig. 2b). 

Chemical analysis/Identification 

Material. An energy-dispersive X-ray (EDX) analysis was performed on the inclusions remaining in the glass fracture 
surfaces. At each of the four origins, the only elements detected were nickel and sulfur in similar amounts, indicating that 
the inclusions at fracture origins were composed of nickel sulfide. 

Mechanical properties 

The fracture toughness (K ic ) of soda-lime glass is reported to be approximately 0.75 MPa V !1 - (0.68ksi \/lll.). 

Stress analysis 

Experimental. Thermal stresses were considered as a possible cause of glass breakage. An original glass panel was 
instrumented with thermocouples to determine the variation in temperature across and through the glass face. The selected 
panel was located on a building face where several previous glass panel failures had been reported. Figure 4 shows the 
location of thermocouples on the selected glass panel. This panel was subjected to partial shading, which provides a 
maximum temperature differential across the glass face. Temperatures were recorded every 15 min through the summer 
months of 1990. 




Fig. 4 Location of thermocouples on the selected glass panel. + Outer thermocouple -Inner thermocouple Not 
shown: One thermocouple in air space One thermocouple on concrete One ambient thermocouple 

The maximum recorded glass temperatures were about 53 °C (130 °F) near the center of the glass panel. The maximum 
temperature difference across tile face of the glass was 6.7 °C (12 °F). The coolest temperatures were at the edge of the 
glass panel. The maximum temperature difference through the glass thickness was 1 °C (2 °F). These low temperature 
differences would result in an insignificant stress level in the glass. The rough rule-of-thumb used by the glass industry to 
compute thermal tensile stresses at the edge of a glass panel leads to a similar conclusion. The rule is that a 0.6 MPa 
tensile stress is generated for every 1 °C (50 psi for every 1 °F) temperature difference between the wanner central region 
and the cooler edge of the glass. In this case, the rule yields a tensile stress of approximately 4 MPa (600 psi). This is 
substantially less than the 67 MPa (9700 psi) edge compressive stress in tempered glass. Thermal stresses were 
conclusively ruled out as a cause of the glass failures. 

Some of the larger fragments from the windows were sliced to measure the residual stresses by photoelasticimetry. The 
stresses measured on the slices were corrected to account for the stress relieving caused by the slicing operation. The 
calculated tensile stresses at the center of the glass sheet before failure ranged from 40 to 42 MPa (5800 to 6100 psi). 
Fracture Mechanics Predictions. Assuming a circular flaw around the inclusions, a simple fracture mechanics 
analysis can predict the critical flaw size given the measured level of tensile residual stresses. For a circular flaw of 
diameter D in a uniform tensile stress field a: 



Using an average value for the fracture toughness of soda-lime glass, K lc = 0.75 MPa V L (0.68 ksi V 1H.) and the 
calculated values for the tensile stress, (a = 40 to 42 MPa (5800 to 6100 psi), flaw diameters were calculated as 0.50 mm 
to 0.55 mm (0.020 to 0.022 in.) at the time of final fracture. These flaw sizes are very close to the sizes of the faint 
semicircular marks on the fracture surfaces, the diameters of which were measured to be 0.50 and 0.53 mm (0.020 and 
0.021 in.). 




Discussion 


The delayed fracture of tempered glass due to nickel sulfide inclusions has been well documented. When nickel sulfide 
solidifies from the glass melt, it does so in a high-temperature, relatively dense phase. Below a transition range of 379 to 
282 °C (714 to 540 °F), the thermodynamically stable phase is different and has a volume about 3 to 4% higher than the 
high-temperature phase. The transformation kinetics are slow, so that after quenching during the glass tempering process, 
any nickel sulfide inclusion is still in the high-temperature phase. 

Over months or years, these inclusions may slowly transform to the low-temperature phase, with a corresponding volume 
increase. This creates a very high tensile stress in the glass immediately surrounding the inclusion and eventually 
nucleates a small circular crack around it, which slowly grows as the volume of the inclusion increases. If the crack 
happens to be in a region of overall tensile stress, such as the midthickness region of tempered glass, it will initiate a fast 
fracture if it grows beyond its critical size. 

In this particular set of failures, the predicted critical crack size for the observed residual stresses was very close to the 
crack size measured from markings on the fracture surface. It was concluded that the nickel sulfide inclusion expanded, 
creating a circular crack that grew slowly until it reached the size indicated by the markings, at which point it was large 
enough to cause catastrophic failure under the residual stress field. 

Conclusion and Recommendations 

Most probable cause 

The failures were caused by the presence of nickel sulfide inclusions in the tempered glass; these inclusions slowly 
expanded and created cracks that eventually grew large enough to cause catastrophic failure. Thermal stresses were 
negligible and played no significant role in the failures. 

How failure could have been prevented 

Some glass manufacturers have developed heat treatments aimed at preventing delayed failures in the field. These heat 
treatments are done on tempered sheets and are usually performed by heating the glass slightly below the nickel sulfide 
transition temperature to accelerate the kinetics of phase transformation. Susceptible glass sheets break during heat 
treatment rather than in the field. 
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Failure of a Nylon Filtration Unit 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A component of a water filtration unit failed while being used in service for approximately eight months. The filter system had 
been installed in a commercial laboratory, where it was stated to have been used exclusively in conjunction with deionized water. 
The failed part had been injection molded from a 30% glass-fiber- and mineral-reinforced nylon 12 resin. Investigation, including 
visual inspection, 118x SEM images, 9x micrographs, energy-dispersive x-ray spectroscopy, micro-FTIR in the ATR mode, and TGA, 
supported the conclusion that the filter component failed as a result of molecular degradation caused by the service conditions. 
Specifically, the part material had undergone severe chemical attack, including oxidation and hydrolysis, through contact with silver 
chloride. The source of the silver chloride was not established, but one potential source was photographic silver recovery. 

Keywords: Glass fiber reinforced composites; Hydrolisis; Oxidation 


Material: Glass-reinforced nylon 12 (Thermoplastic polymer matrix composite) 


Failure type: Environmental cracking (plastics) 





A component of a water filtration unit failed while being used in service for approximately eight months. The filter 
system had been installed in a commercial laboratory, where it was stated to have been used exclusively in conjunction 
with deionized water. The failed part had been injection molded from a 30% glass-fiber- and mineral-reinforced nylon 12 
resin. 

Tests and Results. A visual examination of the filter component revealed significant cracking on the inner surface. 
The cracking ran along the longitudinal axis of the part and exhibited an irregular pattern. The surfaces of the part 
presented a flaky texture, without substantial integrity, and displayed significant discoloration. The irregular crack 
pattern, flaky texture, and discoloration were apparent on all surfaces of the part that had been in contact with the fluid 
passing through the component. Several of the crack surfaces were further examined using SEM. The fracture surface 
exhibited a coarse morphology, as illustrated in Fig. 1. The reinforcing glass fibers protruded unbounded from the 
surrounding polymeric matrix. The fracture surface also showed a network of secondary cracking. Overall, the 
observations made during the visual and SEM inspections were consistent with molecular degradation associated with 
chemical attack of the filter component material. 



Fig. 1 Scanning electron image showing features characteristic of severe degradation of the filter material. 
118 x 

To allow further assessment of the failure, a mounted cross section was prepared through one of the cracks. The cross 
section, as presented in Fig. 2, showed a clear zone of degradation along the surface of the part that had contacted the 
fluid passing through the filter. The degradation zone extended into the cracks, which indicated massive chemical attack. 
The prepared cross section was analyzed using energy-dispersive x-ray spectroscopy, and the results obtained on the base 
material showed relatively high concentrations of silicon, calcium, and aluminum, with lesser amounts of sulfur and 
sodium in addition to carbon and oxygen. The results were consistent with a mineral- and glass-filled nylon resin. 
Analysis of the surface material, which exhibited obvious degradation, showed a generally similar elemental profile. 
However, significant levels of silver and chlorine were also found. This was important, because aqueous solutions of 
metallic chlorides are known to cause cracking and degradation within nylon resins. 




Fig. 2 Micrograph showing the cross section prepared through the filter component. 9x 

The filter component material was further analyzed using micro-FTIR in the ATR mode. Analysis of the base material 
produced results characteristic of a glass- and mineral-filled nylon resin. Flowever, analysis of the surface material 
showed additional absoiption bands characteristic of substantial oxidation and hydrolysis of the nylon. A spectral 
comparison showing this is presented in Fig. 3. The presence of these bands is consistent with the high level of molecular 
degradation noted during the visual and SEM examinations. 



Wave numbers (cm -1 ) 

Fig. 3 Fourier transform infrared spectral comparison showing absorption bands associated with hydrolysis at 
3350 cm" 1 and oxidation at 1720 cm" 1 in the results obtained on the discolored surface 

Comparative TGA of the base material and the surface material also showed a significant difference. In particular, the 
results obtained on the surface material showed a lower temperature corresponding to the onset of polymer 
decomposition. This is illustrated in Fig. 4. 




Fig. 4 Thermogravimetric analysis weight-loss profile comparison showing a reduction in the thermal stability 
of the discolored surface material relative to the base material 

Conclusions. It was the conclusion of the evaluation that the filter component failed as a result of molecular 
degradation caused by the service conditions. Specifically, the part material had undergone severe chemical attack, 
including oxidation and hydrolysis, through contact with silver chloride. The source of the silver chloride was not 
established, but one potential source was photographic silver recovery. 
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Compression Fracture of a Graphite-Epoxy Test Structure Due to a Buckling 
Instability 

From: B.W. Smith and R.A. Grove, Failure Analysis of Continuous Fiber Reinforced Composites, Failure Analysis and Prevention, Vol 
11, ASM Handbook, ASM International, 1986, p 731-743 


Abstract: A graphite-epoxy tapered-box structure, which consisted of two honeycomb skin panels fastened to a spanwise spar with 
intermediate chordwise ribs, fractured during testing. Hingeline deflection of the front spar was revealed. Through-thickness cracks 
in the forward and trailing edges of the compression-loading skin panel were revealed by non destructive visual examination. A band 
of de-lamination between the areas of through-thickness skin fracture at the front and rear spar was revealed. A map of the local 
directions of crack propagation over the fracture surface was generated by the orientation of river patterns and resin microflow 
during microscopic examination of sectioned samples of the panel. It was discovered that crack initiation occurred at the periphery 
of a fastener hole located at the front spar. Propagation occurred chordwise across the compression-loaded skin panel. As a 
corrective measure, the fastener spacing was reduced to prevent the buckling mode that precipitated fracture 
Keywords: Delamination; Fasteners; spacers 







Material: Graphite-epoxy (Thermoset polymer matrix material) 


Failure type: BUCkMnQ 


Figure 1 illustrates a portion of a graphite-epoxy tapered-box structure that fractured during testing. This graphite-epoxy 
box consisted of two honeycomb skin panels fastened to a spanwise spar with intermediate chordwise ribs. 



Fig. 1 Schematic of fractured component showing orientation and direction of applied load and approximate 
fracture location. Source: Ref 1 

Investigation. A review of the test history revealed that premature fracture occurred during hingeline deflection of the 
front spar (Fig. 1). Initial nondestructive visual inspection of the fractured box revealed through-thickness cracks in the 
forward and trailing edges of the compression-loading skin panel. Upon further examination, some localized buckling of 
the skin panel was evident between each of these through-thickness fractures. To define areas of nonvisible damage, that 
is, delamination, a nondestructive evaluation was performed with TTU. This analysis revealed a roughly 10-cm (4-in.) 
wide band of delamination between the areas of through-thickness skin fracture at the front and rear spar. 

Following the definition of the type and extent of fracture, tests were performed to determine if any major material 
discrepancies existed in either fabrication or processing. Accordingly, sections of the skin, spar, and rib panels were 
examined to verify the lay-up and to determine the overall panel quality. In addition, thermomechanical analyses (TMA) 
were performed to verify the extent of cure. Dimensions of panel, spar, and rib details were also measured and checked 
against required dimensions and tolerances. For each of these analyses, the spar, ribs, and skin panels were found to be in 
compliance with the drawing requirements. 

Because no discrepancies were identified, fractographic examinations were selected as the next investigative operation. 
Primary emphasis was placed on identifying the direction of crack propagation, origin, and any anomalous conditions that 
could be associated with fractures. To facilitate examination, fractured areas of the panel were sectioned into roughly 15- 
x 15-cm (6- x 6-in.) squares and examined optically. These optical examinations were performed at 400x, which provided 
a rapid and effective means of identifying characteristic fracture features. Scanning electron microscopy was performed 
on selected areas of interest to examine and document specific fracture-surface features. The orientation of river patterns 
and resin microflow (Fig. 2) observed on the fracture surface generated a map of the local directions of crack propagation 
over the fracture surface. 







Fig. 2 Crack-propagation direction and origin identified on fracture test component, (a) Optical micrograph. 
0.4x. Crack origin is indicated by circled area, (b) Scanning electron micrograph of the circled area shown in 
(a). 5000x. Note river marks that coalesce in the direction of overall crack growth. Source: Ref 1 

Conclusions and Recommendations. By reconstructing the fracture process, it was discovered that crack 
initiation occurred at the periphery of a fastener hole located at the front spar. Subsequently, propagation occurred 
chordwise across the compression-loaded skin panel. Inasmuch as no anomalies were identified at the origin area that 
might explain premature fracture, detailed stress analyses of this area were initiated. Both the basic in-plane strains and 
the buckling stability of the origin area were evaluated. These analyses revealed that premature skin buckling occurred 
because of a relatively large fastener spacing. As a result, further attention was paid to this design detail, and fastener 
spacing was reduced to prevent the buckling mode that precipitated fracture. 
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Overheating of Aircraft Engine Cylinders 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
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From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part III, Metals Engineering Quarterly, Vol 15 (No 1) Feb 1975 p 33-39 


Abstract: Cylinder fatigue can result from abnormal heating in service. Fatigue can be experienced also by piston heads, exhaust 
valves, and turbosupercharger housings (castings). Pistons from different engines series can sometimes fit, but because of slight 
design modifications, they may not function properly. Circumferential cracks and fractures near the head-to-barrel junctions have 
occurred on numerous cylinders of reciprocating piston engines. In most instances, cracks were caused by high cyclic pressures and 
high temperatures resulting most probably from detonation. At times, fractures or cracks (or both) were also caused by a 
combination of unfavorable temperature distribution (and possibly excessive pressures around the cylinder barrel), un-nitrided 
internal surfaces of cylinder barrels, and inadequate thread contours, which caused high stress concentrations at the thread roots. 
One example of the most common type of cylinder failure is illustrated. 
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Material: Ferrous engine cylinders (Ferrous alloy, general) 


Failure type: (Other, general, or unspecified) fracture 




Cylinder fatigue can be due to abnormal heating in service, also experienced by piston heads, exhaust valves, and 
turbosupercharger housings (castings). As a note, pistons from different engines series can sometimes fit, but due to slight 
design modifications, they may not function properly. Always make sure that the correct piston is used for a specific 
engine model. 

Either or both circumferential cracks and fractures near the head-to-barrel junctions have occurred on numerous cylinders 
of reciprocating piston engines. In most instances, cracks were caused by high cyclic pressures and high temperatures 
resulting most probably from detonation. At times, fractures or cracks (or both) were also caused by a combination of (1) 
unfavorable temperature distribution and possibly excessive pressures around the cylinder barrel, (2) un-nitrided internal 
surfaces of cylinder barrels, and (3) inadequate thread contours, which caused high stress concentrations at the thread 
roots. Figs. 1 and 2 illustrate one example of the most common type of cylinder failure. 



Fig. 1 When opened, crack on cylinder dome surface was found to be progressive and old. 



Fig. 2 The crack (arrow) extended at the exhaust valve seat counterbore where the failure originated (Fig. 1). 
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Failure of a Press 
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From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society of Metals, 1974 p 170 


Abstract: An automatic press for making burlap bags had been used for several years. The press failed after being shipped by truck for 
a distance of about 400 miles. The objective was to determine whether failure occurred during or before shipment. The large piece 
which broke off the press included a section of the ways and a heavy adjustable mechanism which normally rides on these ways. 
The weight of the broken section was estimated at several hundred pounds. There was no support for the broken piece beyond the 
point of breakage. The material was a commercial cast iron, and the largest proportion of the fracture area was fresh and bright. It 
was concluded that this was a fresh fracture which occurred during shipment, and the crack itself was not present prior to shipment. 
The fact that a material defect of some sort was present and probably determined the location of the crack was apparently not 
significant as far as its usage was concerned. The failure could have been avoided by providing support underneath the overhanging 
member. 
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Material: Irons and steels (Ferrous alloy, general) 


Failure type: Casting-related failures 


An automatic press for making burlap bags that had been used for several years failed after being shipped by truck for a 
distance of about 400 miles. There were no reports of failures of this type involving similar presses. The problem was to 
determine whether failure occurred during or before shipment. 

The press was examined visually at its warehouse location, and the operation of similar presses was also observed. The 
large piece which broke off the press included a section of the ways and a heavy adjustable mechanism which normally 
rides on these ways. 





The weight of the broken section was estimated at several hundred pounds. There is no support for the broken piece 
beyond the point of breakage. The two fracture surfaces are shown in Fig. 1. It is clear from observation that the material 
is a commercial cast iron, and that the largest proportion of the fracture area is fresh and bright. In one corner of one 
fracture surface, however, there was a major casting defect. Further investigation of this defect was not possible. Cutting a 
piece off of the way would have precluded repair. 



Fig. 1 There is a major casting defect in this fracture surface. But evidence indicated that the part failed 
because improper procedures were used in shipping. 

In spite of the limited nature of the investigation, it was possible to conclude that this was a fresh fracture which must 
have occurred during shipment, and that the crack itself was not present prior to shipment. The fact that a material defect 
of some sort was present and probably determined the location of the crack was apparently not significant as far as its 
usage was concerned. It is obvious from a review of the shipping procedures that the failure could have been avoided by 
providing support underneath the overhanging member. 
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Fatigue Failures, With Special Reference to Fracture Characteristics 

G. A. Cottell, M.Sc., A.I.M. 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Fundamentals of fatigue failure are outlined. Addressed are fatigue crack characteristics, basic crack types, uni-directional 
bending, alternate bending, rotary bending, torsion, direct stress, and combined stress. Stress cycle, endurance limits, under- and 
over-stressing, stress concentration, and surface condition are discussed. Sections are devoted to fatigue crack assessment, 
corrosion relation to fatigue failure, and the micro-mechanisms of fatigue failure. Materials considered include steels. Photographs of 
service failures are used to illustrate features alluded to in the text. 




Keywords: Bend properties; Corrosion fatigue; Fatigue (materials); Fracture characteristics; Mechanics; Stresses; Torsional fatigue 
Material: Irons and steels (Ferrous alloy, general) 


Failure type: Fatigue fracture 


Introduction 

In carrying out an investigation into the cause of breakdown of some engine or machine that has been damaged or 
wrecked while working, it is essential to be able to recognize a fatigue failure of some component part. The ability to 
interpret the various features exhibited by the surfaces of the fracture is also important, as they frequently provide 
evidence that is invaluable in arriving at a true understanding of the cause or causes of the mishap. The main purpose of 
the following article is to provide some information on these aspects, which it is hoped will be found useful by engineers 
who may be called upon to examine damaged machinery. The fundamentals of the phenomenon of fatigue failure are 
outlined only so far as appeal's necessary to ensure an appreciation of the broad background of this mode of failure and of 
its complexity; the subject as a whole is far too extensive to be dealt with adequately in an article of this nature and for the 
convenience of the reader who desires to pursue it further a short list of publications is given in the bibliography. As far as 
possible, photographs of service failures have been used to illustrate some of the features alluded to in the text. Many of 
them exhibit features additional to the particular one under discussion—the ideal fracture is seldom met with in a service 
failure because other factors almost invariably intervene and bring about some modification—and, while this is 
inconvenient in some respects, it has the advantage of showing what actually occurs in practice. 

As the design of engineering plant has progressed there has been an enormous increase in the extent to which metals are 
used under conditions involving repetitions or reversals of stress. Most of the early structures made from metals were 
subjected to stresses of approximately constant magnitude, and where cyclic variations did occur, e.g., in parts of beam 
engines, the frequency was low so that the total number of stress cycles imposed in the course of the working life was 
comparatively small. The early engineers were concerned primarily with “ static ” stresses and interested themselves 
particularly in the 99 static ” mechanical properties of materials, of which the tensile test came to be regarded as the most 
important. In course of time this test became the standard of reference for engineers and there evolved the practice of 
designing on the basis of the tensile strength of the material, a “ factor of safety ” being introduced to provide a safety 
margin. The sovereign remedy for a service failure was to increase the dimensions of the part on the assumption that it 
had broken because it was too weak, the ultimate result being that the majority of early engines and machines were often 
extraordinarily massive, the dimensions in many cases being greatly in excess of the requirements of the imposed loads. 
About the middle of the last century it was realised by some engineers that fluctuating loads were potentially more 
dangerous than Static ones of the same magnitude. In 1843 Rankine 1, who later became famous for his work on 
mechanics, recognized the distinctive character of fatigue fractures and drew attention to the danger of abrupt changes of 
section; Fairbairn 2 carried out a number of tests under fatigue conditions, but it was not until the classical researches of 
Wohler 3, were published that engineers in general began to appreciate the importance not only of fluctuations in stress 
but also of changes of form that gave rise to stress concentrations. The “fatigue” aspect of design became of increasing 
importance with the arrival of the high speed steam and, later, the internal combustion engine because of the need to 
reduce the scantlings in order to minimise both inertia effects and total weight, and it was then no longer practicable to 
strengthen parts by simply increasing their dimensions. With the turn of the century the problem of fatigue failure had 
assumed serious proportions and research into the primary causes was begun in earnest. More recently, the National 
Physical Laboratory has carried out important researches in this country; in America the Society for Experimental Stress 
Analysis was created in 1942 for the purpose of studying stresses in machine parts; in 1946 the American Society for 
Testing Materials held a Symposium on the Fatigue of Metals and in the same year another important Symposium on this 
subject was held at the University of Melbourne. While a great deal of light has been thrown on the phenomenon of 
fatigue failure, certain aspects remain obscure or are controversial, especially in regard to what occurs on a 
submicroscopic scale in the incipient stages of failure. In recent years the problem has been brought very much to the fore 
by the development of high-speed machinery and in particular the aeroplane, a structure that is almost unique in the 
complexity of the fluctuating loads it is called upon to withstand and where the emphasis is on minimum weight, and 
aircraft manufacturers and others have been responsible for a great many developments in connection with the 
investigation of fatigue failures, especially the fatigue testing of full-size components. 

Fatigue Crack Characteristics 

The most important characteristic of a fatigue failure, and one that greatly puzzled the early engineers, is that some 
component, e.g., a bolt or shaft, made from a ductile material such as mild steel, fractures without revealing any 




indications of prior plastic deformation and usually does so after having performed its function unimpaired up to the 
moment of final rupture. It was also most disquieting to find that such failures generally occurred at stress values below 
the “elastic limit” of the material. This fact, coupled with certain features in the appearance of the surface of the fracture, 
gave rise to the erroneous conception that such failures were primarily attributable to some change that had taken place in 
the material itself due to the influence of fluctuating stresses, whereby it became “crystalline” and, therefore, brittle, a 
misconception that lingers in some quarters even today. It is now well known that a fatigue failure starts on a microscopic 
scale as a minute crack at some point of high stress concentration, conveniently termed a it sensitive spot,” and gradually 
extends under the influence of stress fluctuations until rupture supervenes. This type of crack is aptly termed a “ creeping 
crack,” and is sometimes referred to as a “ spreading crack.” As rupture occurs under the conditions of severe restraint 
that exist at the apex of a crack, plastic deformation is generally almost entirely inhibited and the surface presents a 
crystalline appearance, hence the misconception that the material has become crystalline. The fractured parts can usually 
be fitted together in register with one another. 

Fatigue cracks are most easily recognized when they occur in ductile materials, especially those in the ferrous group ; in 
the case of cast materials, more especially cast-iron and some of the cast aluminium-base alloys, it is, unfortunately, 
generally very difficult to determine whether a fracture has been preceded by a slowly developing crack unless there has 
been some mutual abrasion of the crack surfaces or the ingress of some fluid medium has resulted in staining of these 
surfaces. 

The essential feature by which a simple fatigue failure in ductile material may he recognized is the presence of two 
distinct zones on the fracture surface; one exhibits a characteristically smooth appearance and more often than not shows 
conchoidal markings, this being the fatigue crack proper, while the other shows a crystalline, or occasionally fibrous, 
appearance and is the zone that ruptured suddenly. An example of such a crack is shown in Fig. 12. The extent to which a 
fatigue crack develops before complete failure occurs is often quite astonishing, the zone of final rupture being in some 
cases as little as 10% of the original cross-sectional area, or even less where the part is relieved of load as the crack 
progresses, e.g., failure of individual bolts in a multiple bolt assembly. 

The conchoidal markings, sometimes referred to as “beach markings,” represent stages in crack development, in much the 
same way as the rings present in the trunk of a tree indicate stages in its growth. A fatigue crack generally progresses 
intermittently in service, depending on the loading conditions, e.g., in its early stages a crack in a crankshaft may only 
extend under full load conditions, and if the engine normally works at less than full load, then there may be considerable 
periods during which the crack does not extend and which provide ample time for the full development of a conchoidal 
mark at each stage of progression. As a crack deepens, so the paid becomes progressively weaker, and it follows, 
therefore, that if the abnormal load responsible for periodical extension of a crack attains about the same magnitude each 
time, then the extent to which the crack deepens at each application stage should show a progressive increase. 

Conchoidal markings are invaluable as an indication of the location of the crack origin. In this connection a rather useful 
analogy is to regard them as akin to the system of waves that spread across the surface of water when a stone is thrown 
into it, the point of entry of the stone corresponding to the origin of the crack. This analogy must not be pressed too far, 
however, for whereas waves on water form concentric circles, there is usually some distortion of the form of a developing 
crack front and this tends to become more pronounced as the distance from the origin increases. 

An abrupt change in contour or direction of a crack front is indicative of some modification of the stress system 
responsible for its development. This may be due to the presence of the crack itself or to some change in the loading 
conditions. It is probable that if all the conditions to which an affected part had been subjected in the course of its working 
life were known, then some correlation could be established between changes in the crack front and incidents in service. 
Unfortunately, it is comparatively rare for an investigator to have such information. One of the few cases known to the 
writer in which changes in the crack front could be related to incidents in service is described in Ref. 4, and the crack 
surface is shown in Fig. 9 in the present article. 

So far, only cracks with a single origin have been considered, although most of the foregoing remarks are equally 
applicable in cases of multiple cracking. Where a crack has a single origin it may he presumed that the stress intensity at 
the affected part has been just sufficient to start a crack at the most sensitive spot present. A multiple origin is therefore 
generally indicative of a more severe stress than a single origin, i.e. in addition to the most sensitive spot others have been 
involved in decreasing order of sensitiveness. It must not be overlooked, however, that this is probably only true when the 
crack origins are separated from one another to an appreciable extent; if they are situated in close proximity then the 
stress-raising effect at the ends of the first crack may cause others to break out in its immediate vicinity. The true single¬ 
origin crack is uncommon and it is more usual to find that several independent cracks have originated very close together 
and, after developing individually for a short distance, have merged to form one. In the extreme case a series of quite 
independent cracks develop around the whole circumference, forming a concentric crack system, and it is then fairly safe 
to assume that the nominal stress has been high. 

Where a number of independent fatigue cracks develop in proximity to one another they almost invariably show a 
pronounced tendency to merge ultimately to form a single crack. This behaviour is to be expected because each individual 
crack will modify the stress distribution in its vicinity and, as the stress field will tend to a maximum just in advance of 
each crack front and cracks extend preferentially into regions of high tensile stress, they will ultimately run together. 



There are, of course, exceptions to this generalisation, and these can usually be related to the geometry of the part 
concerned or to some external influence. 

In addition to the evidence afforded by conchoidal markings, another important aid in tracing the direction of crack 
development is the presence of ridges, which are generally orientated normal to the direction of propagation of the 
advancing crack front and are an infallible indication of multiple cracking. These ridges arc simply due to differences of 
level in the planes of individual cracks; they are usually most pronounced close to the surface from which the cracks 
originated, and are sometimes associated with machining marks, one crack originating in one mark and another in a 
parallel mark a little distance away, of which an example is shown in Fig. 3. 

The rate of development of fatigue cracks appears to be very variable. This is unfortunate, because if it could be shown 
that the development rate fell within certain limits it would be possible in some cases to form an estimate of when a crack 
started. It is known that fatigue cracks may propagate very slowly. For instance, in some tests carried out under 
alternating direct stresses at the National Physical Laboratory the first crack was observed after 1.8 x 10 6 , cycles and 
complete failure did not occur until after a further 1.8 x 10 6 cycles although the load was maintained constant so that the 
average stress on the part that remained unbroken must have increased continuously. In other tests, carried out on large 
bars of mild steel containing very shaip “ V ” notches, a crack formed within 10 4 cycles but showed no observable 
advance after a further 25 x 10 6 cycles. On the other hand, fatigue cracks may propagate very rapidly. In a previous 
Report 5 reference was made to the rupture of the crankshaft of a large Diesel engine ; the shaft had been built up by 
welding and complete rupture occurred after only 35 hours subsequent running, a series of fatigue cracks extending from 
the thermally disturbed zone in the parent metal. These cracks showed all the usual characteristic conchoidal markings 
and ridges and there was nothing to indicate that they had developed in a matter of hours and not years. This case 
illustrates, incidentally, the fallibility of the belief held by some that a crack showing pronounced conchoidal markings 
has developed slowly. Occasionally the extent of interfacial rubbing and/or corrosion that has taken place may suggest 
that a crack has been of very slow development but such evidence is seldom to be relied upon. Whether or not interfacial 
abrasion occurs depends largely on the nature of the applied load; if the load alternates from tension to compression then 
abrasion invariably occurs, while under wholly tensile stressing it may not occur at all. The extent of any corrosion 
depends not only on the nature of the corroding medium but on the degree of access it obtains to the crack surface, i.e. 
corrosion is more rapid when opening and closing of the crack arising from changes in load is sufficient to facilitate the 
flow of the medium into and out of the crack. The present state of knowledge on the subject does not permit any reliable 
estimate being made of the “ life ” of a fatigue crack. There are grounds for believing that the first visible crack appears 
after about 85-90% of the total endurance to fracture, and that the speed of crack propagation is proportional to the square 
of the crack depth. In test pieces containing grooves, cracks may develop at only about half the number of stress cycles to 
rupture. The rate of stressing appears to have little influence, and this is also true of periods of rest between stress cycles. 

Characteristic Features of Basic Crack Types 

The characteristic features of fatigue cracks that arise in service will now be considered. Most of them can be reproduced 
in fatigue tests on suitable specimens, as has been ably shown by Bacon 6, who has done much work in correlating test 
specimen results with service failures. The conclusions drawn are broad generalisations only and, while they are true in 
the majority of cases, there are occasional exceptions that arise from unusual stress distribution, faults in the material and 
other causes that can be misleading. The question of the stress cycle is dealt with later, but it is desirable at this stage to 
mention that the term “ fluctuating ” implies a stress of constant sign but variable magnitude, while “alternating” implies 
a change of sign, i.e., tension and compression, the magnitude of the stresses being equal in the majority of cases. The 
following should be read in conjuction with the diagrams shown in Figs. 1, 2 and 3, which illustrate the various basic 
crack types in idealised form: 
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• A. Cylindrical bar subjected to a fluctuating unidirectional bending moment evenly distributed along the length considered. 

• {a) As the section is uniform, the maximum tensile stress in the plane of bending will be constant, as indicated by the thin arrows, the 
lengths of which are proportional to the stress intensity in any of the diagrams in which they appear. The axial location of the start of a 
fatigue crack will therefore be determined by some minor stress-raiser such as a surface defect. 

• ( b ) Conchoidal markings of the form shown are indicative of the crack having a single origin^ at the point indicated by the arrow. It will be 
noted that the crack front is symmetrical with respect to the origin and that it retains, a concave form throughout, this showing that it has 
not extended preferentially in the region of the periphery. Both the single origin and the smallness of the zone of final rupture suggest a 
low nominal stress. 

• (c) The increased area of the final rupture zone suggests a higher nominal stress than in the case of ( b ). 

• (d) This crack differs from ( b ) and (c) in having originated as several individual cracks that have ultimately merged to form a single crack 
front. Such a multiple origin is usually indicative of a high nominal stress, in this case sufficiently high to have initiated cracks at three 
sensitive spots. The presence of ridges between the cracks will he noted. 

• B. In this example a change of section has been introduced, of a form giving a moderate stress concentration, the loading conditions being 
as in A. 

• (a) The relative magnitude and location of the stress concentration produced by the change of section is indicated approximately by the 
arrows in the diagram, and it will be noted that it attains a maximum just within the fillet. As might be expected, service failures generally 
occur at this point. 

• ( b ) On comparing the crack front depicted with that shown in A (b) it will be noted that prior to rupture it changes from concave to convex. 
This change shows that there has been some preferential extension of the crack in the region of the periphery arising from the presence of 
the stress concentration. The single origin and the small final rupture area are again suggestive of a low nominal stress. 

• (c) The remarks under A (c) are applicable. 

• (d) The remarks under A (d) are largel applicable. 

• C. In this example the change of section is such as to produce a severe stress concentration, the loading remaining as before. 

• (a) The peak stress arising from the stress concentration is located within the larger section as depicted, consequently the crack extends 
past the plane of the shoulder in the manner indicated. This feature is very characteristic of service failures in parts of this form, e.g., at the 
junctions of bolt shanks and heads ; a crack surface contour of this type (convex with respect to the smaller section side) is almost always 
indicative of an abrupt change of form. 



• ( b ) The essential difference between this and the one depicted in B (b) is that convexity of the crack front has developed more rapidly due 
to the higher stress in the peripheral zone. 

• (c) The rate of peripheral extension of the crack has been greater than in the case of C (b), and the zone of final rupture is surrounded by 
the crack, indicative of a higher nominal stress. 

• ( d ) This differs from C (c) in that the crack has a multiple origin, suggestive of a still higher nominal stress. 

It should be noted that in cases of the foregoing type where there is no reversal of load, the surface markings may be 
rather indistinct and evidence of actual interfacial abrasion is generally absent. 

Alternating Bending 

Where the applied bending moment is alternating and not simply fluctuating as in the previous case, both sides of the bar 
in the plane of bending arc subjected alternately to a tensile stress. If the bending moment is of equal magnitude in either 
direction, two cracks of approximately equal extent usually develop with origins diametrically opposite each other and 
often in the same plane if the bending moment is unequal, then the cracks differ in extent. The stress distribution has not 
been indicated in the diagrams, this being the same as that shown in the diagrams relating to I but present on opposite 
sides of the bar. The general features already alluded to have the same significance. 

• D. Cylindrical bar subjected to a reversing bending moment evenly distributed along the length considered. 

• (a) While the cracks are shown developing in the same plane, they sometimes lie on slightly different planes depending on the location of 
the stress-raisers that may have initiated them. 

• (b) The crack origins are shown diametrically opposite to each other but they are sometimes slightly displaced by the location of any stress 
raisers that gave rise to them. The position of the origins indicates approximately the orientation of the plane in which bending has 
occurred and this information is of particular value when considering cases of suspected resonant vibration. The equal depth of the cracks 
suggests that the bending moment has been of equal magnitude in both directions; where the magnitudes differ it is usual for one crack to 
extend at a greater rate than the other. 

• E. and F. The diagrams shown have been included to indicate the change in the shape of the zone of final rupture that occurs with 
increasing stress concentration and do not call for further comment. 

Under the foregoing loading conditions each crack is alternately subjected to a tensile and compressive load, with the 
result that the, surfaces are forced into contact with one another during the compression cycle and abrasion occurs, which 
in the extreme case may be sufficient to obliterate many of the characteristic markings, the surfaces becoming polished. 

Rotary Bending 

A high proportion of service failures by fatigue cracking occur in rotating shafts subjected to bending stresses. There is, of 
course, no difficulty in designing a shaft to withstand a given bending stress, but in some cases the actual stress is greatly 
in excess of that visualised by the designer because the loading conditions may not be known with sufficient accuracy or 
an unforeseen bending stress may be present due, for instance, to improper alignment, excessively tight driving belts, 
overloading, and stress-raisers arising from rough machining. 

The essential difference between a stationary and rotating shaft subjected to the same bending moment is that in the 
former case the tensile stress is confined to a portion of the periphery only, whereas in the latter every point on the 
periphery sustains a tensile stress once every revolution. For a given bending moment, therefore, a rotating shaft is more 
liable to fail by fatigue cracking than one that is stationary because the area of the surface on which the tensile stress acts 
is increased and in consequence the number of potential sensitive spots is greater. It is well known that large components 
are more likely to fail by fatigue cracking than geometrically similar small ones, and it is generally agreed that this is 
largely on account of the increase in the number of sensitive spots that accompanies an increase in size and hence surface 
area. 

Fatigue fractures in rotary bending show a marked similarity to those arising from bending alone but there are important 
differences that generally enable the one to be distinguished from the other. 

• G. Cylindrical bar subjected to a constant or fluctuating bending moment during rotation, with a change of section giving a moderate 
stress concentration. 

• (a) The crack occurs at about the same part of the fillet as in the case of plain bending. 

• ( b) The most important difference introduced by rotation is asymmetrical development of the crack front, this showing a marked tendency 
to extend preferentially in a direction opposite to that of rotation. This phenomenon has been termed “crack slip" by Bacon 6, the crack 
front usually swinging round to the extent of about 15° or more. This feature not only serves to show that the affected part has rotated in 
service but also indicates the direction of rotation, but it must not be inferred from its absence that the part has not rotated, because if the 
direction of rotation is reversed periodically the crack front tends to develop symmetrically. As before, the single origin suggests a low 
nominal stress. 



• (c) The other important difference arising from rotation is in the distribution of the points of origin when the crack is of the multi-origin 
type. In uni-directional plain bending the origins are located in a group in the region of the maximum tension zone, or in two diametrically 
opposite groups in the case of reversed bending, but in rotary bending every point on the periphery is subjected to a tensile stress at each 
revolution, consequently a crack may be initiated at any point on the periphery as indicated in the diagram. A multi-origin is, of course, 
again suggestive of a high nominal stress. 

• H. This example shows the effect of introducing a severe stress concentration. 

• (a) As in the case of C and F, the fracture extends initially past the plane of the shoulder into the larger section. 

• ( b ) The crack shows an increased rate of development at the peripheral zone due to the effect of the stress concentration. 

• (c) This illustrates a type of multi-origin failure indicative of a high nominal stress; in the extreme case the number of individual origins 
may be so large as to give the superficial impression that there is only one continuous peripheral crack. 

As in the case of alternating bending the crack surfaces are pressed together during the compressive component of the 
stress cycle and mutual abrasion occurs. One unfortunate and rather common aftermath of final rupture is that rotation of 
one part relative to the other frequently causes severe damage to the fracture surfaces and obliterates many of the 
markings. As, however, the high spots on one surface abrade the high spots on the other, the markings are retained in the 
hollows and, as the latter are mirror-images of the damaged high spots on the opposing surface, they provide useful 
evidence, hence the desirability of examining both parts of a cracked component. 

Torsion 

If a bar is subjected to a unidirectional torque of a magnitude sufficient to rupture it, failure occurs by shearing on a plane 
at right angles to the axis in the case of a ductile material and by rupture along a helicoidal path in brittle materials such as 
cast-iron. The shear type of failure sometimes arises in service and it is usually due to an abrupt arrest of motion, such as 
occurs if a train of gears becomes jammed, the angular momentum of the rotating parts sufficing to cause rupture. In the 
case of a fatigue failure due to fluctuating or reversing torsion, however, a creeping crack invariably develops on a helical 
plane which is orientated at an angle of about 45° to the axis of rotation. The reason for this behaviour is that a pure shear 
stress is equivalent to a bi-axial stress system of one compressive and one tensile principal stress, each of a magnitude 
equal to the shear stress. This can best be illustrated by considering a small area in the form of a square on the surface of a 
round bar as depicted in Fig. 4 (a). When a torque is applied to the bar the square is deformed in the manner shown in (b), 
the effect of this being to change the dimensions of the diagonals, one being lengthened and the other shortened, with the 
consequent development of tensile and compressive stresses mutually at right angles as shown by the arrows. As a fatigue 
crack develops normal to the direction of the maximum tensile stress it is to be expected that it will do so in the direction 
indicated in (c) if the fluctuating torque is unidirectional ; if the torque is of a reversing character, however, then the stress 
system is also reversed and there arise two cracks mutually at right angles as depicted in ( d ). Therefore the presence of a 
fatigue crack orientated at 45° to the axis of rotation indicates a unidirectional torque of a fluctuating character, while if 
two cracks are present at right angles to each other it is safe to assume that the torque has been of a reversing character. 
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The relative extent of development of two cracks mutually at right angles affords some indication of the magnitude of the 
torque reversals that have been applied, e.g., if the cracks are of approximately the same extent the indications are that the 
torque reversals have been of equal magnitude. This applies, however, only so long as the cracks are in a comparatively 
early stage of development, as beyond this stage one crack usually takes the lead and such inferences are no longer 
justified. If a shaft transmits a unidirectional torque only, e.g., the crankshaft of a non-reversing engine, but there develop 
two cracks mutually at right angles, then it is usually safe to presume that the conditions have been such as to give rise to 
torsional vibration, i.e. the torque has, in fact, been of a reversing character. If a bending stress is applied to a shaft that is 
transmitting a torque, then the angle at which any fatigue crack develops will be modified; if, therefore, the angle differs 
significantly from 45°, then the presence of a bending stress is indicated. 

Fatigue cracks arising from torsional stresses do not differ in their essential characteristics from those produced by 
bending or direct stresses ; they show the same conchoidal markings and ridges and it is generally only in the later stages 
of development, when their presence has greatly modified the stress system, that they begin to pursue what is often a very 
complex path. As is to be expected, the presence of stress-raisers favours their initiation, and it is necessary to remember 
that longitudinal stress-raisers, which under bending or direct stresses are comparatively innocuous, are as important as 
circumferential ones; the worst stress-raiser is of course one orientated at about 45°, fortunately seldom met with in 
practice. This sensitivity to longitudinal stress-raisers is of considerable practical importance, because inclusions in the 
material almost invariably run parallel to the axis of rotation and it is not unusual to find a torsion fatigue crack that has 
originated a t some longitudinal inclusion or surface mark and then branched as depicted in Fig. 4 ( e ) and also i n Fig. 13. 
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In the examples hitherto considered the loading conditions have been such as to establish a stress gradient through the 
section, the maximum stress occurring at the surface. In the case of direct tensile loading the stress is uniformly 
distributed across the section. True direct loading is seldom found in practice because of inaccuracies in machining and 
assembly, so that an element of bending is almost invariably present. The important difference from the fatigue point of 
view between direct loading and bending or torsion is that internal defects are of much greater significance in the former 
case than in the latter. For example, take the case of a shaft containing axial defects, such as may arise from some 
discontinuity in the centre of the ingot from which it was forged. If it is subjected to bending or torsion, the axis will be a 
zone of minimum or zero stress so that the defects are unlikely to give rise to fatigue cracks. But if it is subjected to direct 
loading, then the axial zone will be as severely stressed as the remainder of the section and the defects are liable to initiate 
cracks which, because they develop from the inside, are extremely difficult to detect. Fortunately, this mode of failure is 
uncommon in practice. Fatigue cracks arising under direct loading conditions show the same essential characteristics as 
those that develop under bending, and they do not therefore call for special comment. 

Combined Stresses 

The presence of stress systems acting in combination can sometimes he deduced from a study of a fatigue fracture. For 
instance, if a component is nominally subjected to an alternating bending moment of equal magnitude in either direction 
but one crack has developed to a considerably greater extent than another on the opposite side to it, then it may he 
inferred that a unidirectional bending moment has been superimposed. Again, if a bolt or stud, nominally under direct 
loading, shows a fatigue crack developing from one side only, then non-axial loading may be suspected. As already 
mentioned, a fatigue crack due to stressing in torsion is orientated at about 45° to the axis of rotation ; if the angle 
happens to be significantly greater, then there is justification for assuming that a bending stress has been present as well. 
Fatigue cracks arising as a result of the action of combined stress systems show the same general characteristics as those 
that develop from “ simple ” stress, the main differences being in the direction and relative extent of then - development. 

As will be apparent from the foregoing, a detailed study of the surfaces of fatigue fractures generally provides useful, and 
sometimes invaluable, evidence regarding the nature and distribution of the stress systems that gave rise to them. The 
following are some practical examples: 

Examples of Service Failures 

Considerations of space preclude giving examples of all the various crack types discussed. The majority of those shown 
have some unusual feature of interest. 


g! 

• 1. Figure 5 depicts the fracture surface of a press column with a buttress-type thread, L Tin. diameter, subjected to tensile 
loading. The thread roots were shaip and cracks developed at a number of them. The markings show three crack systems, the 
main one (indicated by the long arrows) and a secondary one at either side (shown by the short arrows), that originated at the 
thread root and developed independently. The preferential extension of the main crack front in the region of its mid-width 
suggests a high stress in the central zone of the column, probably due to a residual tensile stress following heat treatment. 

• 2. A most uncommon fatigue fracture is depicted in Fig. 6. It occurred in a lug on an engine frame, the part illustrated being 
subjected to a fluctuating tensile load applied in the location indicated. The crack originated in the zone A and progressed, in 
stages as shown by the conchoidal markings, as far as B, when for some unknown reason it ceased to extend and corrosion 
occurred as revealed by the discoloration. The crack then extended, again in stages, and when it had developed as far as C 
brittle fracture supervened. This latter feature, common to most fatigue failures that reach the rupture stage, is only rarely 
indicative of inherent brittleness of the material; it arises from the presence of the tri-axial tensile stress conditions that 
develop slightly in advance of any crack front of appreciable width. It will be noted that the brittle fracture zone does not 
extend through to the sides of the affected part, the zones D having separated later as a result of the development of a series 
of small creeping cracks that extended outwards from the boundaries of the brittle zone. This lateral limitation of the brittle 
fracture zone is a consequence of the stress-relief afforded by contraction of the material adjacent to the free surfaces at the 
sides of the part, the tri-axial stress system thus being modified to a bi-axial one by the plastic deformation that was able to 
occur. This resulted in local contraction at the sides, which was measured and the results are shown in the illustration. A 
feature that was at first rather puzzling was the reason why brittle fracture had not extended right through the upper part of 
the section, but it was found that when the lug deflected in the direction of the applied load following the onset of brittle 
fracture, it had come into contact with an abutment that supported it and thus reduced the load below that necessary to 
maintain propagation of the fracture. Subsequently, the abutment became loosened and its supporting effect decreased, when 
a fresh system of creeping cracks started and developed again in stages, up to the line F, at which stage the crack was 
discovered and the lug broken off by hammering. The small dark patches G are rust spots. 

• 3. Fatigue failures of crankshafts usually occur by cracking at the junctions of the crankpins or journals with the webs. Such 
failures may arise from bending and/or torsional stresses, and in any investigation of such a mishap it is important to 
ascertain which of the two stress systems predominated. In the case of plain bending, the crack extends more or less 
transversely through the web tangential to the crankpin or journal fillet and it does not run circumferentially round the fillet 
to a significant extent. An example of such a failure is illustrated in Fig. 7, from which it will be observed that, as is so often 



the case in fatigue failures, a series of small cracks broke out in two zones, merged together later to form two main crack 
fronts and then ultimately developed into one. But when the crack extends round the fillet to an appreciable extent before 
turning into the web, the influence of torsional stressing is indicated. Where there is considerable overlap of the crankpin and 
journal, however, a “bending” crack may run round the fillet to some degree and thus give a misleading indication. In some 
cases where torsional stressing has been predominant the crack round the fillet is of saw-tooth formation, the example that is 
shown in Fig. 6 being of this type but lacking the regularity of tooth “ size and profile that is sometimes an outstanding 
feature. The interpretation of service fractures in crankshafts is complex ; it has been dealt with by Peterson 7 and some 
interesting information is also to be found in another references 8. 

4. Figure 8 concerns a failure in the cylindrical part of a ladle manipulating rack that had been subjected to tension plus 
alternating bending loading in service. Two cracks, designated A, developed diametrically opposite to one another, indicative 
of bending in both directions in the plane X-X; subsequently, one of them extended as indicated by the zone B, rupture 
finally occurring across the remaining area. 

5. The crack shown in Fig. 9 developed in a turbine shaft that had bent and been straightened a number of times, and is an 
excellent example of a single origin failure in rotary bending. It originated at A and advanced in stages as indicated by the 
conchoidal markings, all of which are not visible in the photograph. These markings show several well-defined changes of 
direction, particularly towards the right-hand side, and there is little doubt that these changes were related to the straightening 
operations, which were carried out in the years recorded on the right of the illustration. The preferential development of the 
crack in a clockwise direction indicated that the direction of rotation of the shaft was anti-clockwise when viewed as depicted 
in the photograph, and this proved to he so. The shaft was broken in a press after discovery of the crack. 

6. The fracture surface of a large mine winding engine crankshaft is shown in Fig. 10. The shaft, 15 in. in diameter, had been 
in service for sixteen years and had replaced one that fractured, after a life of twenty-three years, in an almost identical 
manner. The markings indicate that the crack systems originated at the ends of two keyways and extended as shown by the 
arrows. In the case of both shafts the keyways had been cut square at the ends, with the result that their stress-raising effect 
was more pronounced than it would have been if they had been rounded or of the sled-runner type. 

7. An example of an annular multiple origin crack is shown in Fig. 11. It occurred in a guide roller in a saw-bench table, a 
component subjected to heavy loading with an element of shock. Failure was due to the development of a multitude of tiny 
cracks at a sharp groove that had been machined in the roller adjacent to a bearing race and formed a severe stress-raiser; the 
cracks rapidly merged to form a single front that progressed inwards, and the relatively large area of the zone of final rupture 
is consistent with the heavy loading conditions. 

8. Percussion loading sometimes gives rise to a system of fatigue cracks that are often indistinguishable from those due to 
tensile loading or bending. Fig. 12 depicts the fracture surface of the piston rod of a pneumatic hammer, the third to fail 
similarly in thirteen months. The cracks were caused by tensile stresses developed due to non-axial loading, which were 
probably supplemented by compressive stress waves that became tensile when reflected. The small radial ridges near the 
periphery show that a series of cracks broke out there and joined together to form several crack fronts separated by the large 
ridges; ultimately, the crack fronts merged into a single annular one surrounding the zone of final failure. 

9. A typical example of a failure arising from torsional vibration is illustrated in Fig. 13. It occurred in an oil engine 
crankshaft, at the journal nearest the flywheel, after a service life of two years. A heavy driving pulley had been attached to 
the end of the shaft remote from the flywheel and calculation showed that this had reduced the natural period of torsional 
vibration so that it was only slightly above the normal running speed. Microscopical examination of the material revealed the 
presence of many non-metallic inclusions at the journal surface and it was from one of these that the crack started, hence its 
longitudinal orientation initially. 

10. A failure due to reversing torsional loading is shown in Fig. 14. It originated at a hole drilled in the keyway of the shaft 
of an electric motor. The motor drove a washing machine and its direction of rotation was reversed every seven seconds—in 
the absence of this information the cracking might reasonably have been ascribed to torsional vibration. The hole formed -a 
severe stress-raiser and two creeping crack systems, mutually orientated at right angles, developed from it, the path of one of 
them being as indicated by the arrows. 

11. Spline shafts generally fail due to the development of longitudinal cracks in the roots of the splines close to their 
terminations as shown in Fig. 15, which is a section through an excavator driving shaft. The presence of cracks of 
approximately equal depth at both corners of the splines indicates that the load was of a reversing character and of about the 
same magnitude in either direction. The fracture surface is generally extremely complex, as shown in Fig. 16, due to the 
longitudinal cracks finally turning at right angles; the appearance suggests that the material has a coarsely fibrous structure, 
but this is only rarely the case. 
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Fig. 16 

Detection of Fatigue Cracks 

It is extremely important to detect the presence of a fatigue crack at as early a stage in its development as possible. A 
number of non-destructive tests are available for detecting cracks that have developed beyond the incipient stage. It is 
fortunate that fatigue cracks almost invariably originate at the surface, because the tests to be described, whilst capable of 
revealing clearly cracks communicating with a free surface, are unsuitable or are not to be relied upon implicitly for 
detecting any beneath the surface. 

Magnetic ParticleMethod. This method of crack detection is extensively used in industry and by inspecting 
organisations for revealing all types of cracks and certain other discontinuities. A Limitation is that it is only applicable to 
materials that can be magnetised. It is based on the fact that the presence of a crack or similar discontinuity markedly 
increases the local magnetic reluctance, the crack acting as an air gap and giving rise to a flux leakage field. A magnetic 
flux is set up in the paid under examination so that the principal plane of any suspected crack is substantially at right 
angles to the direction of the flux, and to obtain some visible indication of the flux leakage field there are applied to the 
paid some very finely divided particles of ferro-magnetic material, such as iron, magnetic iron oxide, etc., usually 
suspended in a liquid medium such as paraffin. When this detecting fluid, as it is termed, is allowed to flow over the 
suspected area the particles carried in mechanical suspension collect preferentially at any flux leakage fields and thus 
reveal their presence. The required flux can he obtained by the use of permanent or electromagnets, by winding a 
conductor around the paid under investigation or passing it through a convenient hole. Alternatively, direct or alternating 
current may be passed through the part, the former being preferable when an indication of sub-surface defects is required. 
In some cases the flux is maintained during the examination, while in others the residual magnetic field suffices. 
Considerable care in interpretation is necessary as false indications are liable to arise from abrupt changes of section, cold 
worked regions and surface irregularities, and “ magnetic writing ” due to accidental touching of the paid with steel tools 
that have become magnetised. It is often an advantage to treat the suspected area with quick-drying white paint, such as a 
suspension of zinc oxide in acetone with a little cellulose to act as a binding agent, as this increases the contrast. In some 



cases it is advisable to demagnetise the paid afterwards. The method can be used for detecting defects below the surface if 
conditions are favourable. 

Fluid Penetration Method. A well-known and long-established method of revealing cracks is to soak the suspected 
paid in thin oil, wipe it clean and dust with French chalk, or paint over rapidly with the zinc oxide paint mentioned in the 
previous paragraph. It is then preferable to stress the paid if possible so as to open and close any crack that may he 
present, or moderate heating may be employed. Oil that has penetrated into the crack is drawn to the surface by capillary 
action, or expelled if the part is suitably stressed or heated, and the crack is revealed as an oily line in the chalk or zinc 
oxide coating. The test is of considerable value in the absence of facilities for applying a more refined method. 

A more modern version of the foregoing is the use of a fluorescent liquid in the form of a penetrating solution. This is 
applied generously to the suspected surface, or preferably the part is immersed in it, the surplus is removed and the paid 
examined by ultra-violet light. Cracks, etc., are revealed by fluorescence of the penetrant which seeps out of them. The 
method can be readily adapted to the inspection of very large parts, if necessary in situ, and is applicable to all metals and 
many other materials. Use is also made of penetrant dye solutions, which evaporate and leave a coloured trace outlining 
the crack. 

Fluid penetration methods are only applicable when the crack communicates with the surface. Fluorescent or penetrant 
dye methods are not to be relied upon if the affected part has run in oil, e.g., shaft journals, because the oil in the crack 
prevents ingress of the fluid. Removal of oil from a crack is both difficult and uncertain. 

Etching Method. A well-established and fairly reliable method of detecting cracks is to etch the suspected surface 
with a suitable acid and examine it under a low-powered microscope. The etching reveals a crack by preferential attack of 
the edges, while any acid that may penetrate into the crack tends to seep out again and causes staining in its vicinity. The 
method has its uses but is rather more suited to the laboratory than to an examination on site. 

Radiographic Method. Both X- and gamma- ray techniques have been used to some extent for the detection of 
cracks. The method has two serious objections and is of limited practical value. In the first place, a crack may be so fine 
that the method is not sufficiently sensitive to reveal it; secondly, even if the crack dimensions are such that they fall 
within the sensitivity limits, it may not be revealed unless the radiation beam is parallel to or within a few degrees of the 
plane of the crack. The method also involves access to both sides of the paid being examined so that the beam can be 
projected from one side and the photographic film placed at the other. It is not used extensively. 

Ultrasonic Methods. It is an old practice to strike a suspected part and listen to the acoustic radiations from it with a 
view to detecting any damping effect that may be introduced by the presence of a crack, but this sonic test is of little 
practical use in the case of the majority of components that require to be examined for the presence of cracks. Of recent 
years ultrasonic methods have been developed for this puipose. Essentially, they are based on the transmission of 
ultrasonic waves through the part under test, the presence of any cracks or other discontinuities being revealed by the 
effect they exert on the transmitted waves, giving rise to cut-off or reflection of these. The method calls for a generator of 
ultrasonic vibrations and of, a receiver, and it is usual for the waves picked up by the receiver to be rendered visible on 
the screen of a cathode-ray oscillograph. The method has something in common with the echo-sounding used for the 
detection of submarines during the war. It is coming into increasing use for the examination of forgings, plates and similar 
parts with the object of detecting cooling cracks, laminations and other discontinuities ; it has also been used to a limited 
extent for the detection of fatigue cracks but in this respect it has limitations, one of the most serious being that it cannot 
be applied conveniently to certain locations where fatigue cracks are particularly liable to develop, such as the fillets of 
crankshaft journals. It is particularly useful for detecting cracks in such parts as the wheel seatings of railway axles ; these 
are normally concealed by the wheel hub, but can readily be detected from the axle end by ultrasonic means. 

Of the foregoing methods, probably the most reliable and in many respects the most convenient is the magnetic particle 
test. There are now a considerable number of testing sets available, some of which incorporate special high-energy 
permanent magnets, thus rendering the operator independent of any source of electricity. The fact that the method is only 
applicable to ferromagnetic materials is not as serious an objection as would appear at first sight, because the majority of 
parts that require to be tested for the presence of cracks are made from such materials. Where, for one reason or another, 
this method cannot be used, then the fluid penetration method, using a fluorescent penetrant, is probably the most reliable 
if the crack is not already filled with oil. Where, ultra-violet light cannot be made available there is much to he said for 
the method in which oil is used as the penetrant. 

If a fatigue crack is discovered, then there is no question but that the affected part must be replaced or effectively 
repaired, as such a crack will almost inevitably extend and ultimately lead to rupture. It is not always practicable, 
however, to effect immediate replacement or repair, and in these circumstances something must be done if possible to 
minimise further progress of the crack. Whether or not this is permissible depends largely on the extent to which the crack 
has developed and the consequences that are likely to result from sudden rupture should this occur; where there is any 
likelihood of rupture causing personal injury, then clearly the paid cannot be allowed to continue In service. A well- 
known and effective way of stopping further progress of a crack is to drill a hole at each termination, the result being to 
reduce its stress-raising effect very considerably, but this treatment will not necessarily prevent it extending in depth. 
Alternatively, the cracked part may be reinforced by affording some additional support that eases the loading conditions 
in the region of the crack, or strengthened by some form of lacing across the crack as in a well-known proprietary process. 



In either case the loading conditions should be eased if at all possible. In certain circumstances a welding repair may be 
permissible but this is often inadvisable for the reasons given in the section “Misuse of Welding,” (see also Ref. 5). 

Fundamentals of Fatigue Failure 

The more important factors that require to be taken into account when considering fatigue failures are outlined in the 
following sections. The treatment is necessarily of an introductory character, consequently the reader interested in the 
subject is advised to refer to the publications listed at the end of the bibliography. 

The Stress Cycle 

The type of cyclic loading giving rise to fatigue failure may be tension, tension and compression, bending, torsion or a 
combination thereof. The stress may, therefore, be wholly tensile but of variable magnitude or it may alternate from 
tensile to compressive of equal or unequal magnitude, it may he due to a shear loading arising from unidirectional or 
reversed torsion, or it may arise from a highly complex system of loading. In the case where bending and direct loading 
combine the stress system remains the same and only the stress gradient across the section is affected, but where bending 
and/or direct loading are combined with torsion the stress system becomes extremely complex, as has been shown by 
Gough and Pollard. 9 

In both fatigue tests and service conditions the stress cycle is frequently of sinusoidal form, e.g., rotary bending and 
resonant vibration. The diagram, Fig 17, illustrates a stress cycle of this type in which there is superimposed on a mean 
stress of constant value, f c , an alternating stress, f a . The stress range, R, is the algebraical difference between the 
maximum and minimum values of the stress, and the limiting values of the stress are f c + f a and f c - f a . 
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Fig. 17 

Th e. fatigue range is the stress range within which an infinitely large number of stress cycles will not cause failure. The 
endurance limit, or fatigue limit as it is often called, is the maximum stress that can be applied during a given stress 
cycle without eventually producing failure; it is applicable only in the case of steels, there being no limiting value for the 
non-ferrous metals, i.e. in theory, fatigue fail-ire will occur ultimately in such metals if any stress is applied for a 
sufficient number of times. The term endurance sometimes refers to the number of cycles required to bring about failure 
when a specimen is tested under a constant range of stress. 

The fatigue limit varies with the mean stress; if the mean stress is zero the limiting stress range may have a value 
approaching the ultimate tensile strength, but if it verges on the latter then, obviously, the safe range of stress will be 
small. Attempts have been made to correlate the endurance limit with the mean stress. Goodman 10 has postulated a 
relationship which assumes the endurance limit to be a 1 inear function of the mean stress, but steels as a rule conform 
more closely to a parabolic relationship suggested by Gerbers 11; while experimental values have been obtained that are 
in good agreement with the predictions of either, no exact method is known for calculating the effect of a mean stress on 
the endurance limit. 

The importance of the stress range is well exemplified in the case of bolts. If a bolt, such as a big-end bolt, is subjected to 
fluctuating stress in service, adequate tightening of the nut is essential if the maximum service life is to be obtained. If the 
nut is tightened so that the tensile pre-stress exceeds the maximum working stress of the cycle, then practically no 
fluctuating stress will be set up in the bolt and it will remain under a substantially static stress even though the applied 
load fluctuates. The importance of adequate pre-stressing has been shown by Almen 12, who ascribes 82% of the service 








failures of bolts under fatigue conditions to inadequate tightening of the nuts. He carried out a series of fatigue tests on 3 
in. diameter bolts to assess the effect of initial tension and the results were as follows: 


Operating Load— 

Initial Tension — 

-tons Fluctuating Tension —tons 

Load Change —tons 

Stress*" Range 

Average Life —cycles 

0.64 

Oto 4.12 

3.48 

0.85 

5,960 

2.65 

Oto 4.12 

1.47 

0.36 

35,900 

3.23 

Oto 4.12 

0.89 

0.215 

214,500 

3.77 

Oto 4.12 

0.35 

0.087 

5,000,000+ 

(a) Stress range = 1 

- (Minimum Stress/Maximum Stress) 





The initial pre-stress recommended is 80%, of the tensile yield stress of the bolt. 


Endurance 

Endurance limits and endurance or fatigue strengths have been published for the majority of engineering materials. The 
figures are generally based on tests earned out on small specimens that have been very carefully prepared. It should be 
noted that limits determined in rotary bending tests are too low if applied to service conditions involving push-pull 
loading; in such cases push-pull test data should be applied. The results are often shown graphically by means of what is 
known as an S-N diagram, in which the applied range of stress, S, is plotted against the number of cycles, N, endured 
before failure occurs. In the case of steels it is found that on reducing the applied stress to a certain value, further failures 
of specimens do not occur irrespective of the number of stress cycles, the curve becoming asymptotic as indicated in the 
diagram Fig. 18, the stress at which this occurs being the endurance limit. In the case of the non-ferrous metals the curve 
continues to fall, and it is usual to specify the endurance strength at N stress cycles, usually 50 x 10 6 . 



Fig. 18 

It has been found as a result of such tests that the effect of the mean stress is relatively unimportant unless it is sufficient 
to cause appreciable plastic deformation; it is the range of applied stress that is important, the greater the range of stress 
the less the endurance. It is the aim of most fatigue tests to define the relationship between S and N as a guide to the 
designer, who must remember that the majority of tests of this type are earned out on very carefully prepared specimens 
which are not, therefore, representative of a component as turned out by the forge or machine shop in the matter of 
surface finish and other respects. 












Some indication of the probable endurance limits of steels under different modes of stressing can be obtained from the 
results of “static” tests. The limiting range of stress in rotary bending is approximately equal to the ultimate tensile stress 
but, as it is conventional to define a cycle of alternating stress in terms of the semi-amplitude, the endurance limit 
approximates to. about half the ultimate tensile stress. For plain carbon steels it is about 0.45 x U.T.S., while in the case 
of alloy steels the factor is in the region of 0.55. Experimental results indicate that under conditions of direct stress the 
endurance limit is slightly lower, being about 0.75 of that in rotary bending. In the absence of rotation the endurance limit 
in bending is slightly above the rotary bending value. Where torsion is involved, since any principal direct stress produces 
a shear stress of half the magnitude of the direct stress across a section orientated at 45° to the principal plane, it is to be 
expected that the torsional fatigue limit will be about half that under direct stress or bending conditions, and a factor of 
0.55 is commonly used to derive the torsional fatigue limit from that in bending in the case of ductile materials. This 
suggests that it is the magnitude of the alternating shear stress that is significant. Where torsion combines with bending or 
direct stresses, however, the stress system is profoundly altered and the effect on the endurance limit difficult to predict. 
Gough and Pollard 9 have shown that the endurance limit under any combination of plain bending and torsion can be 
computed approximately from experimentally determined results. 

The size of a component has a considerable influence on its fatigue strength. As will be explained later, a fatigue crack 
starts at a “sensitive spot,” e.g., a small discontinuity at or near the surface, and since cracks start at the surface, the larger 
the surface area the greater will be the chance of such a spot being present. This fact is of considerable practical 
significance. In the first place, it shows that data obtained as a result of tests on small specimens cannot safely be applied 
to large components, ant it also indicates the importance of avoiding stress-raisers and ensuring satisfactory quality of the 
material, particularly as regards freedom from discontinuities and surface defects. This “size effect” has been investigated 
by a number of workers and it may be considerable, as is shown by the following figures: 13 


Rotating Beam Specimen 

Material Dia. of Spec: ins. 

Endurance limit: t/sq. in. 

Per cent 

Medium axle steel 0.30 

14.7 

100 

1.50 

12.5 

85 

6.50 

7.8 

53 


As the strength and hardness of steel are increased by cold working or heat treatment, the endurance limit of specimens 
free from major stress-raisers tends to increase also, but the endurance limit of severely notched specimens only increases 
slightly in the soft to moderately hard range and actually falls in the moderate to very hard range owing to the increase in 
the notch-sensitivity of the haider steels, hence the undesirability of using steels with an ultimate tensile strength 
exceeding about 65 tons per sq. in. for components incorporating stress-raisers and subjected to fluctuating stresses. It is 
thought by some that a material showing ductility in the tensile test or having a high notched-bar value as measured by the 
lzod or Charpy test must be comparatively free from notch-sensitivity but such is not the case; annealed copper is a highly 
ductile material and it also has a high notched-bar value, yet it is notch-sensitive in fatigue; Grey cast-iron has an 
extremely low ductility and also a low notched-bar value, but it is almost devoid of notch-sensitivity in fatigue. All 
experimental evidence shows that sensitivity to the presence of notches under fatigue conditions is not a simple function 
of the ductility as shown in a tensile test nor the resistance to rupture when tested as a notched bar. In fatigue, a crack 
originates at a sensitive spot and it also develops away from that spot without the accompaniment of any major plastic 
deformation, consequently ductility and toughness are called upon only on a microscopic or sub-microscopic scale in the 




immediate vicinity of a potential point of crack initiation or slightly ahead of an advancing crack front. Moore 14 has 
assigned the term “crackless plasticity” to that desirable characteristic that enables a metal to deform locally on a 
microscopic scale without the formation of a crack. It has not yet been definitely established that this desirable property 
can be measured directly by any mechanical test, but the view is strongly held in some quarters that the information may 
be obtained from measurements of damping capacity. 15 

In recent years the measurement of dynamic stresses under working conditions by means of strain gauges and other 
techniques has made rapid strides and has not only thrown a good deal of light on problems of fatigue failure but has also 
been of great assistance to designers in making clear to them the actual stress conditions that -arise in service. 

Under- and Over- Stressing 

An improvement in fatigue properties arises from a phenomenon designated “under-stressing.” If an S-N curve is plotted 
from tests on a group of specimens that have been previously subjected to a large number of stress cycles at or slightly 
below the endurance limit, the “new” limit will be found to be considerably higher than that shown by virgin specimens. 
The endurance life can be greatly improved by gradually increasing, in a series of steps, the stress to which a specimen is 
subjected, a process to which the term “coaxing” has been given. For instance, Lea 16 quotes a case in which a mild steel 
with an ultimate tensile strength of 32 tons per sq. in. and an endurance limit under axial loading of 14.3 tons per sq. in. 
had its endurance at a stress of 17.8 tons per sq. in. raised from 12,500 to 42,000,000 cycles by a process of progressive 
under-stressing. 

A related phenomenon that has an important influence on fatigue properties is the effect of over-stressing. This is often 
very detrimental to endurance life, but it was established by Moore and Kommers 17 many years ago that a considerable 
over-stress, i.e. a stress above the endurance limit, applied for a few cycles, or a lesser over-stress for a few thousand 
cycles, did not cause damage to the test specimen. Subsequent tests by other workers have confirmed these conclusions. 

It is now regarded as firmly established that the virgin endurance of a steel can be changed by various combinations of (a) 
under-stressing, (b) over-stressing and (c) the number of cycles of application, so that the endurance limit is not a fixed 
quantity. A small over-stress applied for a few cycles may increase the endurance limit, but a higher over-stress or an 
increase in the number of cycles will cause damage to the material, to a greater extent as the stress and number of cycles 
is increased. 

It does not appear to be generally realised that the foregoing phenomena are of great practical importance. There is no 
reason why the behaviour of some component paid of an engine or machine should differ from that of a test specimen as 
regards the effect of under- and over-stressing, and there seems to be no doubt that the stressing during the early service 
life must have an effect on the ability to withstand the working conditions. It follows, therefore, that “running-in” a new 
engine is not simply a question of enabling the wearing surfaces to accommodate themselves to one another, as is 
generally supposed, but it also permits the endurance of component parts subjected to fatigue ' conditions to be improved 
by under-stressing, in the ideal manner by the process of “ coaxing.” It also appears that moderate over-stressing may not 
be detrimental if the stress magnitude and the number of cycles over which it is applied arc below the values necessary to 
cause damage to the material in the affected region. Thus, if a new engine is run during its early life under conditions 
involving abnormally high stress peaks, there will be an increase in its liability to break down later as the result of a 
fatigue failure that may have been initiated at that time. If, however, the running-in conditions are such that the loading is 
increased progressively with time, then the beneficial effects of under-stressing will have an opportunity to develop and 
liability to subsequent breakdown will be lessened. 

French 18 has done pioneer work in determining what he refers to as the “damage line” and also much to facilitate an 
understanding of what occurs following over-stressing. The procedure in determining the damage line for a particular 
material is as follows: The S-N curve is plotted from fatigue test results in the usual way and the endurance limit 
ascertained. A further series of tests is then carried out in which a number of specimens are pre-stressed at different values 
of over-stress and for different numbers of cycles, and they are then tested, as if they were virgin specimens, at a stress 
equivalent to the endurance limit. Some rupture and some do not, and if the results are plotted on the S-N diagram a line 
differentiating between those that fail and those that do not may be drawn as indicated in Fig. 18. From the results of such 
tests it would appeal - that under the conditions prevailing below the damage line the material has not suffered as a result of 
the over-stress since its virgin endurance limit has not been lowered, but in the case where the test results he in the region 
above the damage line the endurance limit has been reduced, from which it is evident that the magnitude of the overstress 
or the number of times it was applied has been sufficient to produce some permanent damage. This damage, however, is 
not irreparable if it is not too severe, as if a specimen that has been over-stressed to an extent sufficient to give rise to 
damage is subsequently subjected to progressively increasing cyclic under-stressing, the endurance limit may be restored 
to its original value or even slightly increased. 

From the foregoing evidence it seems clear that the early stage of damage is not the formation of an actual crack, as it is 
most unlikely that a crack could be eliminated by cyclic under-stressing. To what extent the phenomena of under- and 
over- stressing affect service failures has not been established. In the case of certain highly stressed components, e.g., 
connecting rod bolts in some aircraft engines, fatigue tests have been carried out under conditions simulating as closely as 



possible those arising in practice and at the estimated working stress, and the number of cycles required to reduce the 
virgin endurance limit has been ascertained. Once this is known the bolts can be with drawn from service after a specified 
number of hours, i.e., after a number of stress cycles just insufficient to cause permanent damage. Unfortunately, this 
procedure is practicable in a minority of cases only. It is certainly a very commendable practice to renew very highly 
stressed components periodically, even though there may be nothing visible to indicate that replacement is necessary. 

Stress Concentrations 

Fatigue cracks almost invariably start at some zone of stress concentration, conveniently termed a “ stress-raiser,” 
resulting from a change of form or some other factor that affects the stress distribution. The most common stress-raiser is 
a change of form or some discontinuity such as a screw thread, oil or bolt-hole. In a few cases the mathematical theory of 
elasticity may he used to calculate the intensification of stress that occurs ; it is well known, for instance, that the 
calculated peak stress at the edge of a circular hole in a plate subjected to tensile loading is approximately three times the 
nominal stress assessed on the cross-sectional area in the plane of the hole. A few other simple cases have been evaluated 
mathematically but the majority do not lend themselves to this treatment because of their complexity. Mathematical 
theory postulates an ideal isotropic material free from any discontinuity, a strictly accurate profile, and an increase in 
stress concentration due solely to the change in form. As determined experimentally, the stress intensification is affected 
not only by a change in form but to an unknown extent by the anisotropy of the material and inherent defects in it, local 
readjustments of stress due to plastic yielding, surface irregularities, and the heterogeneous structure of the material itself. 
In general, stress concentration factors determined experimentally are rather less than calculation indicates. 

Under static loading conditions a stress-raiser has little or no effect in the majority of cases provided that the material is 
ductile. If the stress exceeds locally the yield point of the material, then plastic deformation occurs, there is a 
redistribution of stress and, provided that the amount of plastic deformation has not been excessive, no trouble need he 
anticipated. But if the part is subjected to fluctuating or alternating stresses, then, since a fatigue crack may be initiated at 
a stress below the yield point of the material, stress redistribution by plastic yielding will not occur and the full effect of 
the stress-raiser will be operative. 

It is, usual to refer to the effect of a stress-raiser in terms of a “stress concentration factor,” this being the ratio: 

Lndurance limit without stress concentration 


Endurance limit with stress conccnnation 


While a knowledge of the probable severity of the effect of, say, a particular change of form is very useful, stress 
concentration factors require to be applied in practice with discretion because quite minor variations in profile or surface 
finish are liable to introduce considerable modifications, while the size of the part concerned compared with that of the 
test specimen used to determine the stress concentration factor requires to be taken into consideration. The effect of small 
changes of form has been well shown by Hall, 19 who found that the stress concentration effect of the standard American 
thread is about 40% greater than that of the corresponding Whitworth thread, the superiority of the latter arising from the 
rounding of the thread root. It must also be remembered that stress concentrations affect different materials differently; 
heat-treated steels, for instance, are more susceptible to the effects of stress-raisers than are normalised or annealed steels, 
while cast-iron is relatively immune. 

In visualising the distribution of stress at a change of form it is helpful to consider the paid in terms of a flow of electricity 
through a conductor of similar cross-section ; in fact, such a method has been used experimentally to assess stress 
concentration factors 20. In diagrammatic form, stress “flow” can be represented as a series of parallel lines, the stress 
intensity being inversely proportional to the distance between the lines, i.e., these bunch together in regions of high stress. 
The series of diagrams depicted in Fig. 19 show the stress flow in the case of a few stress-raisers that arise in practice. 
Diagrams (1), (2) and (3) indicate the progressive stress increase with decreasing fillet radius, and the relative magnitude 
and distribution of stress in the case of (2) is indicated broadly in (5) ; diagram (6) shows the effect of the presence of an 
integral collar of considerable width, while (7) shows the decrease in stress concentration that accompanies a decrease in 
collar width, and the position is very similar when collars or similar parts are pressed or shrunk into position. The stress 
flow at the junction of a bolt head with the shank is of the form depicted in diagram (8). In view of the frequency with 
which it is employed, the case of a screw thread is of particular - importance. A single notch introduces a considerably 
greater stress concentration effect than does a continuous thread and the reason for this is clear when the stress flow is 
considered. The concentration effect of a single notch is as depicted in diagram (9), and on comparing this with the part of 
the thread to the right of the arrow “X” in diagram (10), it will be noted that the stress concentration is very similar to that 
which arises in the case of a narrow collar, as depicted in (7), this being due to the mutual relief afforded by adjacent 



threads. To the left of the arrow, however, the last thread is relieved from one side only and in consequence there is a 
considerable stress concentration, this being the reason why bolts so often fail in the plane of the last full thread. 
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Fig. 19 

A type of stress-raiser that arises very frequently is a key-way. A fatigue crack usually starts in the root of the key-way 
when the stress is predominantly torsional and this is to be expected from the disturbance of the stress flow induced by the 
presence of the key-way; in diagram (11) the normal torsional stress distribution is as indicated by (a) and the 
modification thereto arising from contact between the key and the side of the key-way is as shown in ( b ). When the 
keyway is formed with a shaip step at the end a further concentration of stress occurs, especially in the presence of 
bending stresses, and failure very often begins at this point. This further stress concentration can be reduced considerably 
by making the key-way of the sled-runner type in which the transition at the end is gradual. The subject has been 
extensively dealt with in many publications and is frequently referred to in papers dealing with fatigue failures Ref 21, 22, 
23, 24, while Roark 21 includes much useful data on stress concentration factors. 

In many cases it is impracticable to avoid discontinuities of form that constitute stress-raisers but their effects can often be 
mitigated and in a few cases almost eliminated. The practice of drilling a hole at the end of a crack to stop it extending 
further is a classical example of stress mitigation, the cylindrical surface of a hole being much less of a stress-raiser than 
is the apex of a crack. It is well known that the form of the transition at a change of section should be as gradual as 
possible but all too often this knowledge is not translated into practice, with the result that many avoidable fatigue failures 
occur. Sometimes a fillet of small radius is unavoidable, as when the inner race of a rolling bearing must butt against a 
shoulder, and in such cases a re-entrant fillet can be provided or, preferably, the larger section can be machined as 
indicated in diagram (4), Fig. 19, this being an example of reducing the effect of one stress-raiser by introducing another, 
as occurs in the case of the continuous thread versus a single groove. Many useful examples of good and bad design from 
the stress concentration point of view are referred to by Florger and Buckwalter 26 and also MacGregor, Burn and Bacon. 
27 

A method of reducing the effect of stress concentrations that has come into increasing use during recent years is cold¬ 
working of the surface in the vicinity. Extreme cold-working has an adverse effect under fatigue conditions since it gives 
rise to minute cracks in the material or at least predisposes it to develop such cracks. If the optimum degree of cold-work 
is applied, however, then the improvement in the endurance is appreciable. For instance, it is known that a screw thread 
produced by rolling is more resistant to fatigue conditions than one that has been cut, while surface-rolling or shot- 
peening, especially of springs, has been successfully employed in many applications. Apart from the increase in the 
endurance limit of the surface layer of the material arising from the work-hardening, the stress system is modified 





considerably. Diagram (12) ( a ) Fig. 19. shows the stress distribution in a specimen notched at one side by machining and 
then subjected to a tensile load. If the notch is subsequently cold-worked, then the residual stress system is as depicted in 
diagram ( b ) and when the specimen so treated is, subjected to a tensile load the stress distribution is as indicated in 
diagram (c), the stress peak having been largely removed due to the presence of residual compressive stresses. If the 
degree of cold-work is so adjusted that the residual compressive stress reduces the peak tensile stress below the endurance 
limit of the material, then fatigue failure will not occur. It is very difficult in practice, however, to ensure the concct 
degree of cold-working and the method has practical limitations. Indiscriminate cold-working intended to improve the 
endurance of a part is to be deprecated. It may be mentioned that there is some experimental evidence to indicate that the 
magnitude of any residual stresses arising from cold-working is reduced by subsequent cycles of varying stress, to which 
the term “ fading ” has been applied. Residual compressive surface stresses only improve fatigue strength under 
conditions involving bending and torsional stresses. In the case where the stress is purely tensile it may reduce the 
endurance for the following reason: the compressive stress at the surface is balanced by a zone of tensile stress just below 
it and, as in tensile loading the stress is uniformly distributed across the section, it is augmented by the residual tensile 
stress and failure is likely to take place by cracking just beneath the surface of the part. 

Another method of reducing the effect of stress concentrations that has somewhat limited practical applications is to raise 
the endurance limit of the material in the zone of high stress by flame hardening, carburising or nitriding. Properly earned 
out, any of these processes are beneficial in raising the fatigue strength, but the extent of the treated zone requires to be 
carefully chosen otherwise failure is very liable to occur at one of the junctions between the treated and untreated zones. 

Surface Condition 

The condition of the surface layer of a component that is required to withstand fluctuating stresses is extremely important. 
In the majority of cases the maximum stress is developed at the surface, and this is often so even when the loading is 
ostensibly axial, consequently the surface is the most vulnerable part. It follows that if the material in the region of the 
surface is inherently less fatigue-resistant than that of the interior, then the likelihood of a fatigue crack being initiated 
will be enhanced and the crack will ultimately extend into the more fatigue resistant material below. A common cause of 
reduced fatigue strength of steel components is decarburisation of the surface during heat treatment, which markedly 
lowers the fatigue-resistance; the effect is naturally more serious in the medium and higher carbon steels than in mild 
steels, and it is especially so in the case of springs. When surface decarburisation is complete, as arises occasionally, then 
the endurance of the material approximates to that of iron. The converse is equally true; the fatigue resistance of a 
component may be increased if the surface layer is made more fatigue resistant such as by case-carburising or nitriding 
provided, of course, that the treatment is carried out properly so as to avoid defects such as carbide films at the grain 
boundaries and quenching or grinding cracks. 

The presence of discontinuities in the material, such as non-metallic inclusions situated at or close to the surface, is 
detrimental because these act as stress-raisers and form suitable points for the initiation of fatigue cracks. The larger the 
number of discontinuities the greater the liability to fatigue failure, but there seems to be an upper limit to this 
generalisation because if discontinuities are very numerous, e.g., graphite flakes in cast-iron or sulphide inclusions in 
free-cutting steels, mutual stress-relief occurs, on the principle of the single groove versus the continuous thread, and the 
material tends to become less sensitive to fatigue conditions. 

Surface finish is of great importance and some service failures can be ascribed to the effects of rough machining. The 
majority of components subjected to fatigue conditions are machined, and it is well established that heavy cuts and 
residual tool marks enhance liability to fatigue failure. There are two reasons for this behaviour. In the first place, rough 
machining produces surface irregularities that act as stress-raisers, and in this connection it may he noted that a series of 
parallel grooves, such as result from a turning operation for instance, is less severe in its effect than the odd isolated 
groove because of the mutual stress-relief that occurs. Secondly rough machining damages the material to an appreciable 
depth. A tool does not cut in the accepted sense of the word but removes metal by a process of shearing, with the result 
that the surface is torn and also work-hardened to an extent that depends largely on the depth of the cut, the form of the 
tool and the characteristics of the material. Components intended to withstand fatigue conditions should therefore be 
finished with a fine cut or preferably ground, and the direction of the final cut should be parallel to that of the principal 
tensile load whenever practicable. It is probable that the “ironing-out” of surface irregularities that follows rolling or 
peening of the surface is partly responsible for the improvement in fatigue life that results from either of these operations. 
Electro-plating, especially with chromium, is liable to reduce very considerably the endurance of components so treated. 

Effects Of Corrosion 

It was shown by Flaigh 28 that corrosion of a specimen before test reduced its endurance only slightly, but that the effect 
of corrosion during the test was enormous. The influence of corrosion on fatigue strength therefore requires to be 
considered from two viewpoints. 



In the first case, corrosion that has occurred before stressing is comparable in its effect with surface irregularities and 
similar defects, and its deleterious action is due largely to stress concentrations at corrosion pits, analogous to notch 
effects. If the corrosive attack is concentrated at the grain boundaries, as is apt to occur under certain conditions, then its 
influence on fatigue strength is greatly increased. Service failures due primarily to previous corrosion are comparatively 
rare. 

In the second case, where corrosion takes place simultaneously with fluctuating tensile stressing, the effects combine and 
are mutually accelerative, a mode of failure that has been aptly termed “corrosion-fatigue.” It should be noted that the 
liquid medium need not be “corrosive” in the accepted sense of the word, as ordinary fresh water is an effective corroding 
agent under fatigue conditions. The endurance strength, based on a 10 s stress cycle basis, of the majority of steels falls to 
about 7 tons per sq. in. when tested while wetted with fresh water, even in the case of those steels possessed of the best 
mechanical properties, while in the presence of salt water the corresponding figure is only about 3 tons per sq. in. Since 
most alloy steels (other than stainless steel) are hardly more resistant to corrosion-fatigue than are carbon steels, their use 
does not confer additional strength under conditions where this mode of failure is liable to occur. It has been shown by 
Gough and Sopwith 29 that tests carried out in the atmosphere are, in reality, corrosion-fatigue tests in a medium 
comprising, inter alia, oxygen, nitrogen and water vapour, and it was found that endurance limits were appreciably greater 
when tests were earned out in vacuo. 

Much work on the effects of corrosion has been done by McAdam 30, who used a rotating cantilever specimen, the 
corroding medium being either fresh water, or salt water with a saline content about one-sixth that of sea water. His main 
conclusions were as follows: Corrosion-fatigue occurs in two stages. The first is the formation of pits at a stress intensity 
below the endurance limit of the material, the pitting being due to electrolytic action and not to fatigue. The pits thus 
formed act as stress-raisers and when the stress concentration at the bottom of a pit exceeds the endurance strength under 
the particular conditions the second stage begins, and a crack starts and extends in the form of a fissure, at a continually 
increasing rate. When the initial stress is above the endurance strength the second stage becomes operative at once. 
Corrosion-fatigue is a common cause of failure in service of parts that work under conditions involving wetting by water, 
continuously or intermittently. The shafts of rotary pumps, for instance, often fail from this cause and it is sometimes 
found in various parts of machines that operate in wet locations. It is very prevalent in boilers and some other steam plant. 
The well-known grooving that occurs in boilers is simply a broadening of one or more corrosion-fatigue fissures due to 
subsequent corrosion on a gross scale. What appeal - superficially to be cracks in boiler plates are often found to be 
corrosion-fatigue fissures when examined microscopically. Such fissures also occur sometimes in steam-containing plant, 
such as steam receivers and piping, due to intermittent wetting with condensate which is at a temperature below that of 
the metal. In such cases the wetting is responsible for both the corrosion and the fluctuating tensile stress that is necessary 
to initiate this type of defect, the stress arising from contraction due to chilling when the condensate evaporates. 

The characteristic features of corrosion fatigue failure are: 

Firstly, the presence of a fissure, or more usually several parallel fissures, extending into the affected part in a direction 
normal to the surface and lying on a plane at right angles to the direction of the tensile stress that assisted in their 
formation. In the case of a flat, or nearly flat, plate chilled intermittently in the manner referred to in the preceding 
paragraph, fissures tend to develop in the form of crazy networks. But if the plate is curved, such as the shell of a 
cylindrical vessel or pipe, they almost invariably run circumferentially because the stress system is modified by the ability 
of the plate to deform in a circumferential direction and so relieve the contraction stress, whereas axially it cannot do this 
so readily and the stress is not appreciably relieved in this direction. 

Secondly, fissures almost invariably extend in one plane, i.e. they do not follow a devious path as is generally the case 
with pure fatigue cracking. Microscopical examination also shows that corrosion-fatigue fissures are predominantly 
transgranular, although they may follow the grain boundaries for a short distance. 

Thirdly, their terminations as revealed by the microscope are blunt so long as they remain true corrosion-fatigue fissures. 
In some cases, however, a fissure ultimately extends as a true fatigue crack. This is not surprising when it is borne in mind 
that a fissure is a severe stress-raiser and that when a certain stage in its development is reached the stress at its apex may 
have risen to a value sufficient to start a fatigue crack, which then extends rapidly and is not generally affected 
significantly by corrosion although this may take place subsequently. 

A typical example of a corrosion-fatigue failure is shown on Fig. 20. The specimen was cut from a water-wall side box of 
a water tube boiler, the external surface of which had been chilled intermittently due to wet fuel coming into contact with 
it. It will be observed that the fissures have developed normal to the plate surface and most are sensibly straight, and that 
near the surface they are considerably broader as a result of corrosion subsequent to their initiation. It will also be noted 
that the deepest fissures are associated with the widest grooves on the plate surface. Fig. 21 depicts the termination of a 
fissure of the foregoing type and shows the blunt form that is characteristic of this mode of failure. 





Fig. 20 



Fig. 21 

Another type of corrosion that sometimes plays a part in fatigue failures is known as fretting corrosion. If two 
components are assembled by means of a forced fit and the assembly is subjected to fluctuating loads, minute movements 
at the interfaces result in mutual abrasion with the formation of oxidation products, red oxide of iron (FeiCF) in the case 
of steels. It also occurs at the mating faces of keyways, spline shafts, taper fits, etc., and at the seats of rolling bearing 
races and similar locations. As a result of slight relative movement between the parts, minute particles of metal are torn 
off and, as these present a large surface area and it is impracticable to exclude oxygen, they are rapidly oxidised. The 
oxide thus formed also acts as an abrasive and makes matters worse. The presence of this type of corrosion is often 



revealed by “ breeding ” from the joint, i.e., the exudation of a red-coloured powder or oil in the case of steel parts. It is 
very difficult to prevent this form of deterioration, as most lubricants and surface treatments are ineffective. The subject 
was investigated by Tomlinson, Thoipe and Gough 31 at the National Physical Laboratory, and Cornelius 32 has dealt 
with its effect on fatigue. 

The importance of fretting corrosion in relation to fatigue is that it normally occurs in zones where there is a stress 
concentration and it reduces the endurance by virtue of its damaging effect on the metal surfaces, analogous to that which 
occurs in the early stages of corrosion-fatigue. A further objectionable feature is that the fatigue cracks usually originate 
within the joint, consequently they are not, visible unless the parts are separated. 

Micro-Mechanism of Fatigue Fracture 

Despite the large amount of research into the problem of the failure of metals under repeated stresses, the mechanism by 
which the initial crack is produced is not yet fully understood. This aspect is of great importance because if the factors 
responsible for the onset of the initial crack were known it might be found possible to modify them in such a manner that 
the ability of a material to withstand stress conditions of the type in question could be improved, thus ensuring greater 
reliability in service. 

It is well established that in the case of steels and many other metals, fatigue cracks rarely follow the boundaries between 
the crystals but pass through the crystals themselves. It may therefore be assumed that the weakness lies within the 
crystals and it is considered probable that in many cases the chief culprit is an individual crystal, some abnormality of 
structure or particularly unfavourable orientation bringing it into the same category as the “ sensitive spot alluded to 
earlier. 

Of recent years the use of X-ray techniques has thrown considerable light on fatigue phenomena. The arrangement of the 
constituent atoms of a crystal is such that there exist certain planes along which relative movement by shearing forces 
takes place most readily. Now the orientation of the crystals comprising a metal is a random one, so that when a stress is 
applied the weaker planes in some crystals will coincide more or less with the planes of maximum shear stress. It is 
known from work on single crystals that slip across crystallographic planes may take place under cyclic stresses of a 
small magnitude, this having a beneficial effect by virtue of the strain-hardening that occurs provided that the process is 
not carried too far. But X-ray investigation shows that above a limiting value of shearing force a crystal begins to 
disorientate, forming small crystals with an orientation quite different from that of the parent crystal. It seems highly 
probable that it is during this stage that an embryo fatigue crack is initiated. It has been shown by Gough and Wood 33 
that the local disintegration of the crystal structure that occurs in fatigue failures is very similar to that which takes place 
on a larger scale in failure under static loading. 

More recent work by Wood and Head 34 employing X-ray diffraction methods shows this essential difference between 
static and cyclic stressing: static stressing produces an extensive and progressive disorientation of the essential structure 
of the crystals, whereas under cyclic stressing this is largely suppressed, the degree of suppression depending in part on 
the alternating character of the deformation under cyclic stress and also on the rate of alternation, there being, apparently, 
a critical rate above which suppression sets in abruptly. It was found that for copper under alternating tensile and 
compressive stress this critical rate was between 300/400 cycles/minute. Wood and Head infer from their observations 
that if a crystal is subjected suddenly to a stress in excess of the yield stress and is then allowed to deform in its own time, 
there is a delay period before any appreciable plastic strain occurs and this Is clearly a feature of crucial importance in 
relation to the difference in behaviour of a metal under static and cyclic stressing. They also consider that this inhibition 
of unidirectional deformation at ranges of cyclic stressing above the critical rate transforms a normally ductile metal into 
a brittle one so far as its localised behaviour is concerned, thus accounting for some of the basic factors in fatigue failure. 
It may be anticipated that a crack will be initiated equally under static or cyclic stressing in a disorientated zone 
associated with deformation on a microscopic scale, but the conditions for propagation will be quite different. The 
application of a stress for a period longer than the delay period will permit micro-movements to produce the macro-strains 
associates with unidirectional plastic deformation. But if the stress is applied for a period less than the delay period 
relatively few micro-movements occur; if the stress is quickly reversed, again only a few movements will take place and 
these will be opposite in direction to the first, this latter case corresponding to rapid cyclic stressing. Therefore under 
static or slow cyclic stressing considerable plastic deformation and disorientation of the structure will occur in the 
immediate vicinity of a crack apex, accompanied by some resultant decrease in the stress peaks which will tend to inhibit 
propagation. But if this deformation is suppressed-by rapid cyclic stressing then failure will occur in the absence of 
deformation, i.e. it will do so in a brittle manner and the crack may be propagated with little expenditure of energy and its 
path will be redominantly transgranular. 
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Footnotes 


* For practical purposes a tiny group of cracks that can only be resolved into individuals when magnified may be 
regarded as a single origin. 


** When the endurance limit is determined by means of rotating beam specimens, it is the maximum tensile or 
compressive stress that is reported, i.e., half the stress range, not the sum of the tensile and compressive stresses. 


Cracking in a Yankee Dryer Shell. 

From: Tappi J., Vol 78 (No. 7), July 1998, p 101, as published in T. Service, Finite Element Modeling in Failure Analysis, Failure 
Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 380-389 


Abstract: Cracking was found in the heads on large Yankee dryers, large, cylindrical, rotating, pressurized, high-temperature, cast iron 
pressure vessels (ASME Boiler and Pressure Vessel Code Section VIII, Rules for Construction of Pressure Vessels), used to remove 
moisture from sheets of tissue paper during manufacturing. The typical components consist of a cast iron shell, two cast iron 
concave heads, and a large cast iron internal center stay attached to journals. The heads are attached to the shell and center stay 
with high-strength bolts. FEA and metallurgical investigation supported the conclusion that the cracking was caused by an 
unexpected type of load placed on the machine, namely corrosion product buildup at the head/shell interface causing the joint to 
displace open. It was also found that compressive bolting loads could slightly open the head/shell interface at the periphery. 
Recommendations included design changes in the head/shell joint, and detailed preventive maintenance inspection procedures were 
also suggested. 

Keywords: Bolts; Cracking (fracturing); Design; Paper machines; Pressure vessels; Preventative maintenance; Yankee dryer 
Material: Cast iron (Cast iron, general) 


Failure types: (Other, general, or unspecified) fracture; (Other, general, or unspecified) corrosion 


A Yankee dryer is a critical mechanical component in the manufacture of tissue paper. It is a large, cylindrical, rotating, 
pressurized, high-temperature, cast iron pressure vessel that has evolved in design since the early 1900s. A wet sheet of 
paper is placed on the rotating face of the dryer, which is located toward the back end of a crepe papermaking machine. 
As the dryer rotates, contact with the high-temperature face removes considerable moisture from the paper by the time it 






is removed from the dryer. The drying process only occurs while the paper is in contact with the high-temperature face 
during approximately one dryer rotation. 

The demand for more efficient papermaking has led to larger and faster machines. Current Yankee dryers can be 5.5 m 
(18 ft) in diameter with a 6.1 m (20 ft) face length, operating at 175 °C (350 °F), 830 kPa (120 psi) internal pressure and 
rotating at 110 revolutions per minute. This translates to making a 5.5 m (18 ft) wide sheet of tissue paper at over a mile a 
minute. The extremely high temperature and pressure of these machines means that there is an enormous amount of stored 
energy that must be safely contained through proper design and analysis. The case study, as documented in Ref 1, is 
summarized here on the use of FEA in the original design of the dryers and in a failure analysis investigation to 
understand a cracking problem that developed. 

The typical components of a Yankee dryer consist of a cast iron shell, two cast iron concave heads, and a large cast iron 
internal center stay attached to journals. The heads are attached to the shell and center stay with high-strength bolts. The 
primary design requirements for this type of equipment are governed by the ASME Boiler and Pressure Vessel Code 
Section VIII, “Rules for Construction of Pressure Vessels.” Individual dryer manufacturers also have internal design 
requirements based on their own experience and expertise. Although these are voluntary codes and standards, owners of 
the machines and insurance companies always require that the dryer manufacturers demonstrate that the equipment meets 
these design safety requirements. 

The complexity in design detail of Yankee dryers has increased significantly from when the first 3.0 to 3.7 m (10 to 12 ft) 
diameter machines were used a hundred years ago, even though the basic design has not. Past design analyses tended to 
be hand calculations based on the rules specified in the ASME design requirements. These rules specify minimum 
material thickness to account for pressure, thermal, and rotational loads. The relatively low pressures and operating 
speeds of early dryers combined with the high factors of safety required by the code resulted in robust designs. 

Over the years the basic design has remained essentially the same with a general evolution toward larger size, higher 
temperature and pressure, and faster machines. Current machines are so large and the operating conditions so aggressive 
that the only way to accurately determine the stresses in the dryer and the corresponding design safety factor is through 
the use of FEA. There are considerable thermal, pressure, and rotational loads on an operating dryer that must be 
quantified. Figure 1 shows a typical axisymmetric finite element model that is used to model a Yankee dryer. The model 
accounts for the overall thermal expansions and localized thermal gradient through the shell due to the heat removal of the 
paper, the internal pressure, and rotational loads. It also evaluates the effects of the head/shell interface and the attachment 
bolts. Combining all these loads results in a FEA stress and displacement profile that the design engineer compares to the 
code requirements. The results of these analyses show that an area with the most complex stress state is at the head/shell 
interface. Analyses similar to this have shown that the dryer design meets all the necessary code and standard 
requirements. This could not be done easily without the use of FEA. 



(a) 



(b) 


Fig. 1 Finite element model used in the design of a Yankee dryer, (a) Finite element analysis (FEA) model, (b) 
Deformed shape showing stress state resulting from thermal, pressure, and rotational loads. Source: Ref 1 

Several years after the introduction of the larger generation of Yankee dryers, routine inspections uncovered a cracking 
problem in the heads of some machines. These were circumferential cracks located in the bolt-hole region of the head. 
The discovery of the cracking prompted an investigation by the industry to understand the causes of the problem and 
propose changes to eliminate the problem. Metallurgical failure analyses were performed as well as reviews of the design. 
The results showed that there were no material or manufacturing-related causes. The investigation also showed that the 
design operational stresses in the region were not high enough to initiate or propagate any form of cracking. What was 
discovered was a layer of corrosion inside the head/shell interface that initiated at the periphery and progressed radially in 
the joint interface. Given this information, analyses were performed to determine if this could be the cause of the 
cracking. 

Figure 2 shows the proposed mechanism that includes corrosion product buildup at the head/shell interface causing the 
joint to displace open. This “corrosion jacking” was modeled using FEA by prescribing a displacement of the joint 
interface equal to those measured on actual machines. The results showed that relatively small displacements of the 
interface at the region where corrosion was observed could cause stresses high enough to cause the observed cracking. 
The results also showed that the compressive bolting loads could slightly open the head/shell interface at the periphery. 
Based on the results of these analyses, design changes in the head/shell joint were made and retrofitted on machines in 
service. Detailed preventive maintenance inspection procedures were also initiated. 




Corrosion jacking 



Fig. 2 Finite element model showing analysis of corrosion jacking in the head/shell interface. Source: Ref 1 
The cause of this problem was not inadequate design analysis of the original design, rather, it was the result of an 
unexpected type of load placed on the machine that would have been difficult to anticipate. The problem also did not 
appear immediately but progressed with time as the corrosion product accumulated. It is also an example of how the 
design evolution process of scaling up smaller designs to meet the needs of larger designs has limits before problems 
arise. Smaller Yankee dryers with similar head/shell designs did not have this problem. It was only when the machine size 
and operating conditions reached current levels that the problem was manifest. This illustrates how codes and standards 
set only minimum requirements and that it is up to the design engineer to be careful with any new design and to be as 
thorough and diligent in the analysis as possible. Even then unexpected conditions can arise. 
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Cavitation Damage to Diesel Engine Cylinder Liners 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Cavitation damage of diesel engine cylinder liners is due to vibration of the cylinder wall, initiated by slap of the piston under 
the combined forces of inertia and firing pressure as it passes top dead center. The occurrence on the anti-thrust side may possibly 
result from bouncing of the piston. The exact mechanism of cavitation damage is not entirely clear. Two schools of thought have 
developed, one supporting an essentially erosive, and the other an essentially corrosive, mechanism. Measures to prevent, or 
reduce, cavitation damage should be considered firstly from the aspect of design, attention being given to methods of reducing the 
amplitude of the liner vibration. Attempts have been made to reduce the severity of attack by attention to the environment. 
Inhibitors, such as chromates, benzoate/nitrite mixtures, and emulsified oils, have been tried with varying success. Attempts have 
been made to reduce or prevent cavitation damage by the application of cathodic protection, and this has been found to be effective 
in certain instances of trouble on propellers. 

Keywords: Diesel engines 


Material: Cast iron (Cast iron, general) 


Failure type: Cavitation W63T 


The rapid wastage, leading to ultimate failure, of ship propellers, pump impellers, and other components, as a result of the 
effects of cavitation is fairly widely experienced and recognized. What may not be so well known is that a specific mode 






of attack occasionally seen on the water-side surface of diesel engine cylinder liners may also result from the same basic 
cause. 

Cavitation damage has been defined as the dynamic consequence of the hydro-mechanical phenomenon of cavitation, 1 
which occurs when a liquid in motion is subject to forces at right-angles to the direction of flow, so that the cohesive 
strength of the liquid is exceeded leading to the formation of bubbles in those region which fall below the absolute vapour 
pressure. The bubbles are of only momentary duration and collapse at rapid rates of acceleration to produce shock waves 
of very high intensity, and the repeated collapse of the bubbles against a metallic surface gives rise to pronounced local 
damage. Although in many instances this action results in the ultimate production of cavities, the word “cavitation” 
describes the events which occur within the liquid and not the effect on the metal, i.e., the liquid cavitates with the 
production of cavitation damage. 

Cavitation is generally induced by a rapid increase in the velocity of the liquid, as may arise from the sudden divergence 
of flow initiated by the presence of objects, or from vibration of adjacent metal surfaces. Cavitation from the latter cause 
can, therefore, occur when the liquid itself is in a relatively static condition. 

A symposium on the subject was held in November, 1965, by British Rail Chemical Research Division, and the 
subsequent report 2has been largely drawn upon for this article which is a general survey of the subject illustrated by 
examples from our experience. 

Damage to cylinder liners thought to be due to this cause takes the form of deep pitting of a honeycomb nature. It is 
restricted to certain specific locations on the waterside surface and is found principally on the thrust side of the cylinder 
liner, i.e., that subjected to the thrust from the piston on the firing stroke, and occasionally on the diametrically opposite, 
or anti-thrust, side — a typical example is shown in Figure 1 this being associated with ultimate perforation of the liner; a 
portion of another liner is shown in Figure 2. The pitting may extend for the full length of a liner or be restricted to the 
lower regions, as seen in the examples, and may in certain circumstances, as shown in Figure 2, result in disruption. In 
most cases the liner as a whole is relatively free from corrosion and rust deposits. The rate of development of the pits may 
reach 0.10 in. in 1,000 hours, whereas ordinary corrosion is only of the order of 0.002 in. during the same time. The 
extent of the pitting varies from engine to engine and may also differ on the liners of any one engine. Cavitation damage 
is more prevalent in engines in transport service, where speed variation is more pronounced, and the onset in some 
engines may be associated with the operation of reboring where a significant reduction in the wall thickness has resulted. 







Fig. 2 Typical examples of cavitation damage in service. 

The cavitation damage of liners is considered to be due to vibration of the cylinder wall, initiated by slap of the piston 
under the combined forces of inertia and firing pressure as it passes top dead centre. The occurrence on the anti-thrust side 
may possibly result from bouncing of the piston. In the laboratory it has been possible to reproduce the effects of 
cavitation by vibrations induced by ultrasonic or other transducers. 

Although cavitation damage appears to result basically from a mechanical cause, the exact mechanism is not entirely clear 
and two schools of thought have developed, one supporting an essentially erosive, and the other an essentially corrosive, 
mechanism and thus the terms “cavitation erosion” and “Cavitation corrosion” have arisen to describe the effect. With the 
former, it is considered that shock impact on the metal surface produces local stresses in excess of the fatigue limit of the 
material. Cracks develop and, ultimately, small particles of metal become detached. The fact that cavitation damage can 
be produced experimentally in materials such as plastics or glass tends to support the view that it is an entirely mechanical 




phenomenon, as does the evidence that it can also be produced in non-electrolytic environments. On the other hand, there 
are aspects that lend support to the corrosion hypothesis. It is considered that the impact forces may only serve to remove 
the protective oxide film normally present on the surface, and that the hare regions thus produced become anodic to the 
remainder and local corrosion cells are set up, the anodic regions suffering a preferential attack. In addition, the existence 
of regions of differing stress levels, or zones of cold work resulting from the impacts can also result in small anodic areas. 
Further, valuations in the flow rate over the surface result in different rates of oxygen diffusion and could also promote 
local corrosion. 


Microscopical examination of sections cut from pitted regions of liners affected by cavitation damage show that the 
relatively mechanically weak phosphide eutectic is often left proud, in the pits. The examination of several pits which 
developed in the liner shown in Figure 1 showed this feature, as is evident from Figure 3. If erosion was the major factor 
it is considered that the eutectic should be preferentially removed. This fact, together with the observation that the 
corrosion products remain in the cavities, suggests that cavitation damage may be due to a mechanism which is primarily 
of a corrosive nature. It would be reasonable to assume that cavitation results from a combination of these processes, 



Fig. 3 Section through pitted region showing eutectic standing proud. (x400). 

R. W. Wall, in one of the papers in the symposium previously mentioned, refers to laboratory experiments, the results of 
which indicated that corrosion at metal surfaces is accelerated by vibration and, in the case of iron in water, corrosion 
occurs in the form of isolated pits rather than in a uniform manner, suggesting that pitting could occur as a result of 
cylinder vibration only and may not necessarily be a consequence of cavitation in the water. Once pits develop, one would 
expect them to develop at a fairly rapid rate, due to the combination of a small anode and a large cathode. It is also 
thought that vibration increases the access of oxygen to the corroded surface, this being utilized in the cathode reaction to 
reduce the polarising action of hydrogen. 

Damage to other portions of liners, that which is seen in the piston ring grooves, under flanges, or on the portion adjacent 
to the lower scaling ring (as seen on the liner shown in Figure 1) is considered to result, not from cavitation, but from 
differential aeration-a more common cause of corrosion, particularly where stagnant conditions may obtain. 



Measures to prevent, or reduce, cavitation damage, should be considered firstly from the aspect of design, attention being 
given to methods of reducing the amplitude of the liner vibration. Piston slap can be reduced by minimizing the clearance, 
but attempts to reduce this too far could result in scuffing and increased wear. Other workers have suggested the use of a 
cam-ground piston with this end in view. Much greater success in reducing the severity of the piston impact has attended 
work done by the Admiralty Research Laboratories, using a specially designed piston incorporating an annular belt of oil 
between upper and lower rings, the oil acting as a viscous damper to cushion the motion of the piston and eliminating the 
tilting at the ends of the stroke. 

In certain circumstances it may be possible to alter the design of the liner. In severe cases, longitudinal ribs can be 
employed or an additional support provided at about the mid-length, in an attempt to avoid resonant conditions. Measures 
of a palliative nature can be introduced by surface treatment of the liners, and in this respect the use of hard chromium 
plating or chromium plating on nickel has been found to be effective in certain conditions. Sprayed metals or the use of a 
ceramic coating based on alumina, applied by flame-spraying, have also been recommended. Other workers favour a 
resilient coating, such as nylon, but with materials of this type it may be difficult to effect a satisfactory bond and the 
attendant effect on heat conductivity must also be considered. 

Attempts have been made to reduce the severity of attack by attention to the environment. Inhibitors, such as chromates, 
benzoate/nitrite mixtures, and emulsified oils, have been tried with varying success. Unfortunately, some inhibitors may 
not be suitable for use at temperatures approaching 100°C. and others may break down under conditions of cavitation; 
organic compounds, for instance, may be degraded and lead to precipitation. 

Cavitation damage tends to fall off as the temperature is raised and, in one case, damage which was shown to be at a 
maximum at 50°C diminished significantly at 80°C. Raising the temperature of the cooling water is stated to be effective 
where anti-freeze additions based on ethylene glycol are employed. 

Attempts have been made to reduce or prevent cavitation damage by the application of cathodic protection, and this has 
been found to be effective in certain instances of trouble on propellers. Its application to cylinder liners, however, is 
particularly difficult, and it is understood that no large measure of success has been obtained. Its effectiveness in any 
situation must be related to the particular parts played by the electrochemical and the mechanical factors in the case. The 
fact that cathodic protection has been found to be effective in counter-acting trouble with ships propellers, supports the 
view that cavitation damage results primarily from an electro-chemical, rather than a simple mechanical cause. 

Little success has attended efforts to obtain relief by changes in the type of material. Iron with a higher elastic modulus 
should assist in reducing damage by modifying the vibration characteristics of the liner. More corrosion-resistant irons 
alloyed with chromium and nickel would possibly show an advantage, but unfortunately they possess inherently poor 
weai - resistance. 

Among other measures that have been advocated is pressurization of the cooling system, and this has effected a cure in 
certain cases experienced by the French Railways, possibly by preventing the formation of bubbles. It has also been 
suggested that it would be beneficial to remove the electrochemical factor entirely and to employ fuel oil as a coolant, but 
obviously a modification of this nature could only be adopted in certain instances. 

In one case within our experience, corrosion in a six-cylinder diesel engine driving a small locomotive showed itself on 
cylinders Nos. 2, 5 and 6 after three years' service. After a further year, the No. 5 liner had to be replaced. The 
replacement gave only one further year's service, and the new one which was installed showed slight pitting after three 
months or so. The affected portion of the liners was in all cases adjacent to an internal rib on the engine frame as shown in 
Figure 4 and it is presumed that the trouble was associated with local turbulence, resulting from restriction in the water 
spaces. A slight attack was also shown on the frame itself in this vicinity. In this case, a 1% emulsified oil was added to 
the cooling water, which was also made alkaline, and no recurrence of the cavitation was seen during the subsequent six 
years. 
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Fig. 4 

In diesel engines trouble from cavitation damage is also found in coolant circulating pumps, main and big end bearings, 
and in the fuel injection equipment. With bearings, damage is thought to result from flow-induced cavitation, while in 
pumps and injection equipment it is associated with violent fluctuations that may occur when the flow is suddenly 
interrupted, It is found mainly in unloaded areas of bearings where the oil film pressure is low and, therefore, results from 
a cause different from that responsible for the more usual type of failure shown by these components. Its occurrence can 
be minimised by design changes, so that the oil pressure is maintained, or possibly by a change in material, a tin-base 
babbitt being more resistant than a lead-base alloy of the same hardness. 

In conclusion, it would appear that the precise cause of the type of damage described is not yet known with certainty. 
Although-it is often ascribed to cavitation within the cooling water the evidence is largely of a circumstantial character 
based on the similarity between it and the damage shown by propellers and pump impellers. It is fairly certain that it 
stems basically from vibration of the liner, but whether or not mechanical forces are the primary or only factor is still a 
matter of doubt. With regal'd to alleviation of the trouble, it would appear that if the severity of either the mechanical or 
electrochemical factors is diminished, then the cavitation damage as such may be reduced to more tolerable proportions. 
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Fracture of Teeth in an Oil-Pump Gear Because Ductility Was Inadequate for 
Shock Loading in Service. 

From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: Two oil-pump gears broke after 4 months of service in a gas compressor that operated at 1000 rpm and provided a discharge 
pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and stops. The large gear was sand cast from 
class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The smaller gear was sand cast from ASTM A536, grade 100- 
70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) at 241 HB. Analysis (visual inspection and metallographic examination) 
supported the conclusion that excessive beam loading and the lack of ductility (brittle fracture of the teeth) in the gray iron gear teeth 
were the primary causes of fracture. During subsequent rotation, fragments broken from the gray iron gear damaged the mating ductile 
iron gear. Recommendations included replacing the large gear material with ASTM A536, grade 100-70-03, ductile iron to be normalized 
at 925 deg C (1700 deg F), air cooled, reheated to 870 deg C (1600 deg F), and oil quenched. The larger gear should be tempered to 
200 to 240 HB, and the smaller gear to 240 to 280 HB. 

Keywords: Gears; Materials selection; Oil pumps; Residual stress 


Materials: 100-70-03 (Ductile (nodular or spheroidal graphite) cast iron), UNS F34800; Class 40 (Gray (flake or lamellar graphite) cast 
iron), UNS F12801 


Failure types: Casting-related failures; Brittle fracture 


The two oil-pump gears shown in Fig. 1 broke after 4 months of service in a gas compressor that operated at 1000 rpm and 
provided a discharge pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and stops. The 
large gear was sand cast from class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The smaller gear was 
sand cast from ASTM A536, grade 100-70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) at 241 HB. 

Ductile iron, grade 100-70-03 

Dtamefrol pitch, 8; pitch diameter, 6.5 in.; 
face width, 0.75 in.; bore diameter, 0.875 in. 



Gray iron, class 40 

Diametral pitch, 8; pitch diameter, 8.0 in.; 
face width, 1.25 in.; bore diameter, 4.43 in. 



(b) 


Fig. 1 Sand-cast oil-pump gears, (a) ASTM A536, grade 100-70-03, ductile iron, (b) Class 40 gray iron that 
fractured because of improper material selection. 0.25x 

Investigation. Visual examination of the larger gear revealed that several teeth had cracked and fractured at the root and 
that many other teeth were crushed and pitted at the top. The smaller gear displayed one area in which a segment of the rim 


had broken away. The remainder of the teeth on this gear showed relatively little wear in light of the battered condition of the 
larger gear with which it meshed. 

Metallographic examination disclosed that both gears had normal microstructures. The ductile iron consisted of a pearlitic 
matrix containing well-shaped nodules of graphite generally surrounded by ferrite envelopes. The gray iron exhibited a 
pearlitic matrix containing type A graphite flakes. There were no metallurgical causes of failure other than the inherent 
brittleness of gray iron, and there was no evidence of machining imperfections that could have contributed to the fractures. 
Conclusions. Brittle fracture of the teeth of the gray iron gear resulted from high-impact loading that arose from the 
sudden starts and stops of the compressor. During subsequent rotation, fragments broken from the gray iron gear damaged the 
mating ductile iron gear. Excessive beam loading and the lack of ductility in the gray iron gear teeth were the primary causes 
of fracture. 

Corrective Measures. Both gears were subsequently cast from ASTM A536, grade 100-70-03, ductile iron and were 
normalized at 925 °C (1700 °F), air cooled, reheated to 870 °C (1600 °F), and oil quenched. The larger gear was tempered to 
200 to 240 HB, and the smaller gear to 240 to 280 HB. These hardness levels provided the desired resistance to shock and 
wear yet retained high strength and good ductility. No further gear failures occurred. 

Casting Design. The shape of a casting can contribute to residual stresses if it entails sections of markedly different 
thicknesses, which can undergo different cooling rates in the mold. This effect can be minimized if the thinner sections are 
well insulated so that they cool at a lower rate. The use of chills to accelerate cooling of heavy sections can also be helpful. 
Stress relief can diminish internal stresses if the cast alloy is amenable to such treatment. 
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Ductile Overload Failure of a T-Hook That Fractured in Service 


From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: A ductile iron T-hook hook was reported to have fractured in service. It was further reported that the hook had been subjected to 
a load that did not exceed 5900 kg (13,000 lb) at the time of fracture. No information was provided regarding the type of metal used to 
manufacture the hook. A failure analysis was requested to determine the cause of fracture. Two hooks were submitted for examination. 
Analysis (visual inspection, 2.7x light fractography, chemical analysis, llOx SEM fractography, 27x/110x/215x nital-etched micrographs) 
supported the conclusions that this component fractured in service as a consequence of ductile tensile overload. Evidence indicates that 
the fractured region was subjected to a load exceeding the capacity of the material. Because the information available from the service 
application indicated that the component had not been subjected to a stress that exceeded 5900 kg (13,000 lb), the observations made 
in this investigation suggested that either the load was underestimated or that the indicated load was applied at a more rapid rate 
(perhaps with a jerk), which would tend to increase the effective force of the load. 

Keywords: Castings; T hooks 


Material: 60-40-18 (Ductile (nodular or spheroidal graphite) cast iron), UNS F32800 


Failure type: DUCtile fracture 


Two ductile iron T-hooks were submitted for evaluation. One of the hooks (Fig. 1) was reported to have fractured in service. 
It was further reported that the hook had been subjected to a load that did not exceed 5900 kg (13,000 lb) at the time of 
fracture. No information was provided regarding the type of metal used to manufacture the hook. A failure analysis was 
requested to determine the cause of fracture. 




Fig. 1 Overall view of fractured T-hook. See also Fig. 2, 3, 4, and 5. 0.35x 

Investigation. Examination by light fractography (Fig. 2) revealed the presence of graphite nodules, indicating the 
probability that the component was manufactured from a ductile cast iron. The fractured surface also exhibited the presence 
of a dark region toward the center, suggesting the possibility of a shrinkage defect. The estimated area of this defect was 
approximately 3% of the cross-sectional area. No other defects or discontinuities were observed. 


Fig. 2 Additional views of the fractured T-hook shown in Fig. 1. (a) Fractograph at 1.6x. (b) Close-up view of 
fracture showing dark region (the result of a shrinkage defect) near the center. 2.7x 

The circular section at the fracture had a diameter of 19 mm (0.75 in.) and a cross section of 2.85 cm 2 (0.44 in. 2 ). The 
chemical composition of a portion of the T-hook was determined to be: 


Element 

Composition, % 

Carbon 

3.57 

Manganese 

0.32 

Phosphorus 

0.024 



Sulfur 

0.013 

Silicon 

2.46 

Nickel 

0.28 

Chromium 

0.05 

Molybdenum 

<0.03 

Copper 

0.18 

Tin 

<0.03 

Magnesium 

0.043 

Iron 

rem 


This composition is typical for ferritic ductile cast iron, grade 60-40-18 or 65-45-12. 

Scanning electron microscope fractography indicated a dimpled fracture morphology. The central portion of the fracture 
displayed interdendritic shrinkage porosity, confirming that observed visually. Figure 3 shows the dimpled fracture and the 
shrinkage porosity. An identifiable fracture-origin site was not found. No fatigue striations or evidence of embrittlement was 
observed. The T-hook hardness was 143 HB, the minimum acceptable level for a 60-40-18 grade of ductile iron. 



Fig. 3 SEM fractographs of the T-hook. (a) Dimpled morphology is evident. 25x. (b) Central portion of fracture 
showing shrinkage and porosity. 110x 

Metallographic examination included a section through the fractured surface, including the dark region at the center of the 
fracture. The structure in the unetched condition shown in Fig. 4 has a spheroidal graphite distribution of an estimated 90% 
ASTM type 1 and type 11 nodules with 150 nodules/mm 2 . The matrix microstructure was predominantly ferritic with 3 to 5% 
pearlite (Fig. 5a to c). The darkened region toward the center exhibited a curved profile, as shown in these photomicrographs. 



This provided additional evidence of shrinkage at the dark region observed on the fractured surface. This region also 
exhibited an oxide coating (Fig. 5b) not visible in other regions of the fracture. 
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Fig. 4 Graphite structure in the areas of the shrinkage condition. An estimated 90% is ASTM types I and II, with 
150 nodules/mm 2 . As-polished. 54x 


Fig. 5 Microstructures from the T-hook. (a) At the fracture surface, nodular graphite and a ferrite matrix. 27x. (b) 
At the shrinkage site, a ferrite matrix with a surface oxide film. llOx. (c) and (d) Higher magnification views of the 
fracture surface and of the interior of the part, respectively. Both 215x. All etched with nital 

Close examination of the pearlite shown in Fig. 5(d) revealed the initial stage of decomposition to spheroidization. This 
suggested that the component had been subjected to a subcritical anneal treatment to promote a ferrite matrix structure. This 
is an acceptable procedure to achieve the 60-40-18 grade of ductile iron. 

The profile of the fractured surface exhibited a rough texture that is typically associated with the ductile tensile overload 
observed using SEM. No evidence was found to indicate that this texture had an orientation other than perpendicular to the 
fracture surface. Such a condition suggested that shear was not a factor in the fracture. Except the relatively minor amount of 
shrinkage that was detected, the structure was not found to contain any other undesired defects or discontinuities. 
Conclusions. This component fractured in service as a consequence of ductile tensile overload. Evidence indicates that the 
fractured region was subjected to a load exceeding the capacity of the material. The dimpled fracture morphology observed 
by SEM fractography and the rough fracture-surface texture confirm a ductile tensile overload fracture. 

The hardness and microstructure indicated that the T-hook was manufactured from a ductile iron heat treated to the 60-40-18 
grade. This grade has minimum expected properties of 414 MPa (60 ksi) tensile strength, 275 MPa (40 ksi) yield strength, 
and 18% elongation in 50 mm (2 in.). With this minimum strength value and a 2.85-cm 2 (0.44-in. 2 ) cross-sectional area, a 
minimum load of 12,000 kg (26,500 lb) would be necessary to cause the fracture. 

Because the information available from the service application indicated that the component had not been subjected to a 
stress that exceeded 5900 kg (13,000 lb), the observations made in this investigation suggested that either the load was 
underestimated or that the indicated load was applied at a more rapid rate (perhaps with a jerk), which would tend to increase 
the effective force of the load. Although some shrinkage was found on the fractured surface, the amount of area occupied by 
this shrinkage was estimated to be not more than 5%. This defect would detract from the strength available to the cross- 
sectional area and would reduce the ability of the component to support the load. However, the amount of shrinkage observed 
was not sufficient to lower the strength of this cross section to the 5900-kg (13,000-lb) load reported from the field. 

Other grades of ductile iron with higher strength capacities are available. However, if this component was originally specified 
to be manufactured from a 60-40-18 grade of ductile iron, the material for this component satisfies those requirements. No 
other metallurgical reason was observed that could account for the fractured condition of the component. It was concluded 
that the T-hook was overloaded. 
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Failure of High-Temperature Rotary Valve Due to Expansion and Distortion 
Caused by the Effects of Excessive Operating Temperature 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 

Abstract: An experimental high-temperature rotary valve was found stuck in the housing due to growth and distortion after approximately 
100 h. Gas temperatures were suspected to have been high due to overfueled conditions. Both the rotor and housing were an annealed 
ferritic ductile iron similar to ASTM A395. Visual examination of the rotor revealed unusually heavy oxidation and thermal fatigue 
cracking along the edge of the gas passage. Material properties, including microstructure, composition, and hardness, of both the rotor 
and housing were evaluated to determine the cause of failure. The microstructure of the rotor was examined in three regions. The shaft 
material, the heavy section next to the gas passage and the thin edge of the rotor adjacent to the gas passage. The excessive gas 
temperatures were responsible for the expansion and distortion that prevented rotation of the rotor. Actual operating temperatures 
exceeded those intended for this application. The presence of transformation products in the brake-rotor edge indicated that the lower 
critical temperature had been exceeded during operation. 

Keywords: Critical temperature; Pearlite; Phase decomposition 

Material: 60-40-18 (Ductile (nodular or spheroidal graphite) cast iron), UNS F32800 

Failure types: Thermal fatigue fracture; (Other, general, or unspecified) distortion; Fligh-temperature corrosion and oxidation 



An experimental high-temperature rotary valve was found stuck in the housing due to growth and distortion after 
approximately 100 h. Gas temperatures were suspected to have been high due to overfueled conditions. Both the rotor and 
housing were to have been an annealed ferritic ductile iron similar to ASTM A395. 

Investigation. Visual examination of the rotor revealed unusually heavy oxidation and thermal fatigue cracking along the 
edge of the gas passage (Fig. 1). Material properties, including microstructure, composition, and hardness, of both the rotor 
and housing were evaluated to determine the cause of failure. 



Fig. 1 Oxidation and thermal fatigue cracking of a cast ductile iron rotor. See also Fig. 2, 3, 4, 5, 6, and . 

The microstructure of the rotor was examined in three regions. The shaft material consisted of spheroidal graphite in a matrix 
of ferrite with approximately 50% partially spheroidized pearlite (Fig. 2). Because the shaft material would not be directly 
exposed to the high-temperature gas, it would be most representative of the rotor material before use, which should exhibit a 
ferritic matrix. The heavy section next to the gas passage exhibited a ferritic matrix, with only a small amount of badly 
decomposed pearlite remaining (Fig. 3). The oxide layer on the outside diameter of the rotor was approximately 0.3 mm 
(0.012 in.) deep (Fig. 4). 




Fig. 2 Microstructure of the rotor shown in Fig. 1. (a) General structure. 60x. (b) Graphite nodules in a matrix of 
ferrite and pearlite. 300x. Both etched with nital 



Fig. 3 Microstructure of the heavy section adjacent to the gas passage in the rotor, (a) General structure. 60x. 
(b) Nodular graphite in a ferrite matrix with some decomposed pearlite. 300x. Both etched with nital 



Fig. 4 Oxide layer on the outside diameter of the rotor. Etched with nital. lOOx 
The thin edge of the rotor adjacent to the gas passage exhibited a ferritic matrix with transformation products that were lacy 
in appearance (Fig. 5a and b). The fine distribution of spheroidal graphite interspersed with more massive graphite nodules 
would be a feature of the original casting rather than a result of operating temperatures. The thermal fatigue cracks in this 
section were surrounded by regions of oxidation that appeared to facilitate crack propagation (Fig. 5c). 




Fig. 5 Microstructure near the thin edge of the rotor adjacent to the gas passage, (a) General structure. 60x. (b) 
Ferritic matrix with transformation products. 300x. (c) Oxidation surrounding a thermal fatigue crack. 60x. All 
etched with nital 

The general microstructure of the housing was satisfactory. It consisted of spheroidal graphite in a ferritic matrix with a small 
amount of spheroidized pearlite (Fig. 6). 


Fig. 6 Microstructure of the rotor housing, (a) General microstructure. lOOx. (b) Ferritic matrix with spheroidized 
pearlite. 500x. Both etched with nital 

The chemical composition of the rotor was: 


Element 

Composition, % 

Carbon 

3.47 

Manganese 

0.24 

Phosphorus 

0.014 

Sulfur 

0.008 




Silicon 

2.7 

Nickel 

0.27 

Chromium 

0.06 

Molybdenum 

<0.01 

Copper 

0.32 

Aluminum 

0.02 

Magnesium 

0.052 

Iron 

rem 


The composition of the housing wa s: 


Element 

Composition, % 

Carbon 

3.59 

Manganese 

0.2 

Phosphorus 

0.014 

Sulfur 

0.005 


2.5 

Nickel 

0.30 

Chromium 

0.07 

Molybdenum 

<0.01 


Copper 


0.36 























Aluminum 

0.02 

Magnesium 

0.05 

Iron 

rem 


The compositions conform to the material requirements. Average hardness values of the rotor and housing were 145 HB and 
156 HB, respectively. 

Conclusions. The excessive gas temperatures were responsible for the expansion and distortion that prevented rotation of 
the rotor. The hardness and composition conformed to the material requirements and were acceptable for the intended use. 
However, the actual operating temperatures exceeded those intended for this application. Both the decomposition of pearlite 
and the heavy surface oxidation would have contributed to growth of the rotor. The presence of transformation products in 
the brake-rotor edge indicated that the lower critical temperature had been exceeded during operation. The excess pearlite in 
the microstructure was not compatible with the experienced temperature regime. 
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Fatigue Fracture of a Stuffing Box That Originated at the Inner End of a 
Lubrication Hole. 


From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: A stuffing box (sand cast from ASTM A 536, grade 60-45-10, ductile iron) began leaking water after two weeks of service. The 
machine was operating at 326 rpm, with discharge water pressure of 21.4 MPa (3100 psi). Investigation (visual inspection, mechanical 
analysis, and nital etched lOOx magnification) supported the conclusion that the crack initiated at the inner edge of a lubrication hole 
and had propagated toward both the threaded and flange ends of the casting. An appreciable residual-stress concentration must have 
been present and caused propagation of the crack. The residual stress might have been caused when a fitting was tightly screwed into 
the lubrication hole, and it might have been concentrated by notches at the inner end of the hole that were created when the drill broke 
through the sidewall to the stuffing box. 

Keywords: Crack propagation; Residual stress; Residual stresses; Sand castings; Stress concentraion; Stuffing box 


Material: 60-45-10 (Ductile (nodular or spheroidal graphite) cast iron) 


Failure types: Casting-related failures; Fatigue fracture 


The stuffing box shown in Fig. 1(a) was sand cast from ASTM A 536, grade 60-45-10, ductile iron and began leaking water 
after two weeks of service. The machine was operating at 326 rpm, with discharge water pressure of 21.4 MPa (3100 psi). 
The stuffing box was removed from the machine after a crack was discovered in the sidewall. 




Ouctil* irofl (ASTM A536, grad* 60-45-10) 



Fig. 1 Stuffing box sand cast from ASTM A 536, grade 60-45-10, ductile iron, (a) Configuration and dimensions 
(given in inches), (b) Micrograph showing the structure consisting of graphite nodules in a ferritic matrix with 
remnants of a pearlite network. Etched with nital. lOOx 

Investigation. The vertical portion of the crack passed through a tapped 8 mm (0.3 in.) diameter lubrication-fitting hole 
that was centered on the parting line of the casting (Fig. la.) The direction of the crack changed abruptly to nearly horizontal 
at an internal shoulder approximately 100 mm (4 in.) below the top of the externally threaded end (view A-A,Fig. la). A 
second nearly horizontal crack (faintly visible in view A-A) at the bottom of the vertical crack extended to the right and 
slanted slightly downward from the parting line for at least 19 mm (0.75 in.). This second crack was very tightly closed. 

The surface of the fracture was closely examined, and indications of fatigue beach marks were found. As is normal for fatigue 
of cast iron, these indications were faint. The beach marks may originally have been slightly more distinct, but if so, they 
were partly eroded by leakage of water through the crack at high velocity. 

A metallographic specimen cut from the casting displayed a structure consisting of well-rounded graphite nodules in a ferrite 
matrix that also contained remnants of a network of pearlite (Fig. lb). Evidently, the heat treatment of the stuffing box had 
not been fully effective in eliminating the pearlite. The mechanical properties, however, were acceptable: 527 MPa (76.5 ksi) 
tensile strength, 393 MPa (57 ksi) yield strength, and 12% elongation in 50 mm (2 in.) at 179 HB. 

Conclusion: Examination of the fracture surface suggested that the crack had been initiated at the inner edge of the 
lubrication hole and had propagated toward both the threaded and flange ends of the casting. An appreciable residual-stress 
concentration must have been present and caused propagation of the crack, because the operating pressure of 21.4 MPa (3100 

5 

psi), combined with the inside radius of 41 mm (1 Sin.) and the section thickness at the roots of the external threads of 16 mm 
5 

(S in.), indicated a hoop stress of only about 69 MPa (10 ksi). The residual stress might have been caused when a fitting was 
tightly screwed into the lubrication hole, and it might have been concentrated by notches at the inner end of the hole that were 
created when the drill broke through the sidewall to the stuffing box. 
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Mobile Harbor Crane Wheel Hub Fatigue Failure 

J. Shirokoff, Associate Professor of Engineering, Faculty of Engineering and Applied Science, Memorial University of 
Newfoundland 


From: J. Shirokoff, Mobile Harbor Crane Wheel Hub Fatigue Failure, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003, p 81-84 

Abstract: Failure analysis of a mobile harbor crane wheel hub that included SEM and EDS analyses demonstrated that the mechanism of 
failure was fatigue. The wheel hub was a ductile cast iron component that had been subjected to cyclic loading during a ten-year service 
period. The fracture surface of the fatigue failure also contained corrosion deposit, suggesting that cracking occurred over a period of 
time sufficient to allow corrosion of the cracked surfaces. Replacement and alignment of the failed wheel hub was recommended along 
with inspection of the nonfailed wheel hubs that remained on the crane. 

Keywords: Corrosion; EDS; SEM 

Material: 65-45-12 (Ductile (nodular or spheroidal graphite) cast iron) 

Failure type: Fatigue fracture 


Introduction 

A large mobile harbor crane commissioned in the early 1990s operated for more than ten years. Operations included lifting 
containers off ships and tractor-trailer transportation vehicles. Generally, the crane operates in a stationary, fixed-and- 
anchored position; however, on one occasion when it was mobile the crane experienced a wheel hub failure. The crane was 
being moved to a new location on the docks when the failure occurred. The crane has six axles, weighs approximately 345 

tons, and is driven in a mobile mode during relocation processes. Approximately 6of the 345 ton load (57.5 tons) is carried 
by each axle. The failure occurred when the crane was making a turn down a gradual paved slope. This turn and 
accompanying downward motion increased the stress on the wheels on one side of the crane, and one of the six wheel hubs 
on that side of the crane failed. The wheel failure led to an axle failure while the crane was still moving. The failed wheel was 
the second in line and the leading drive wheel for the crane (the drive wheels are the second and third wheels in line). 

A general view of two of the six axles and their wheels along the side of the crane is shown in Fig. 1. In between the two 
axle/wheel assemblies is the failed axle with wheel assemblage removed. The photograph in Fig. 2 shows an axle, wheel hub, 
wheel, tire, and steering arm of an axle assemblage that is in good working order. 







Fig. 1 General view of two crane wheel sets and one failed axle (middle) with wheel and wheel hub removed. The 
wheels are turned at different angles. 


Fig. 2 View of a nonfailed axle, wheel hub, and steering arm (top) 

Experimental 

Several test methods were employed to evaluate the failed wheel hub. The fracture surfaces on sections of the failed wheel 
hub were examined visually and with a scanning electron microscope (SEM). A piece of the failed wheel hub was chemically 
tested and metallographically sectioned to verify the material and metallurgical microstructure. An energy-dispersive 
spectroscopy (EDS) system attached to the SEM provided elemental analysis for elements sodium and higher on the periodic 
table. Carbon analysis was performed using an element analyzer connected to an isotope ratio mass spectrometer. Ultrahigh- 
purity helium was used as a carrier gas for the carbon analysis. Optical metallography was performed on polished and etched 
(5% nital) samples from the failed wheel hub. Similar samples were used for microhardness measurements. 

Results and Discussion 

The microstructure of the wheel hub was spheroidal graphite dispersed in a ferrite metal matrix. This microstructure is typical 
of a ductile cast iron (also known as nodular iron). 1 A micrograph of the wheel hub microstructure near a fractured surface 
is shown in Fig. 3. This microstructure is representative of the entire component (near-fracture areas and bulk metal), thus 
suggesting the local variations in microstructure did not contribute to the failure process. Elemental analysis of the metal 
wheel hub using EDS on the SEM revealed that the primarily iron alloy contained 1.328 wt.% silicon (Fig. 4), and the carbon 
analysis (3.57 wt.%) was within the range of 3.5 to 3.8% reported for nodular iron. 1 





Fig. 3 Optical metallograph of ductile cast iron showing the spheroidal graphite phase in a ferrite matrix. 250x 
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Fig. 4 Energy-dispersive spectroscopy of the ductile cast iron 

The average Vickers hardness number (VHN) of the polished and etched samples was 137. This hardness converts to a 
Rockwell B hardness of 74 and corresponds to a tensile strength of approximately 65,000 psi (448.3 MPa). This tensile 
strength is consistent with the tensile strength of 55,000 to 70,000 psi (380 to 480 MPa) 1 generally reported for ferritic 
ductile (nodular) iron. Therefore, the microstructure, chemical analysis, and hardness test/tensile strength confirm that the 
wheel hub was made from the appropriate material, a ductile cast iron. 

The failed wheel hub and axle are shown in Fig. 5. Much of the fracture surface appears rough and granular, consistent with 
macroscopic appearance of overload fracture. Such fracture would occur after the load-carrying capabilities of the component 






had been reduced by the presence of fatigue cracks. 2 Additional examples of overload fracture are presented in Fig. 6, where 
a side view of the fractured wheel hub components are shown. Another smoother, flatter, and less shiny region of the fracture 
surface is shown in Fig. 7. Regions on this portion of the fracture appear as brown stains (arrow). The brown area was 
chemically analyzed by EDS on the SEM and found to be primarily iron with a minor presence of sodium, silicon, sulfur, 
chlorine, potassium, calcium, manganese, and zinc. The brown stain is assumed to be primarily iron oxide (the EDS system 
does not capture X-ray emissions from oxygen). Scanning electron microscopy fractograph and optical fractograph of the flat 
oxidized portions of the fracture surface (Fig. 9 and 10) are consistent with a ductile fatigue fracture failure without the 
presence of fatigue striations. 3, 4 These fracture features are also consistent with the lack of embrittlement in the nodular cast 
iron. 5, 6, 7 


Fig. 5 Failed wheel hub (side view) showing fracture surface and area where material has broken away 



Fig. 7 Fracture surface of the failed wheel hub showing the brown discoloration or stain area (arrow) 








Fig. 8 Energy-dispersive spectroscopy of the discolored surface of Fig. 7 
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Fig. 10 Fractograph of the wheel hub fatigue failure 

The state of stress on the crane wheel hubs is typically one of compression when the crane is not in motion. During crane 
relocation (driving motion of the crane), the addition of forward and lateral (centrifugal) forces are operating. These 
additional stresses, if great enough, could lead to overloading the allowable design stress of the wheel hub and result in a 
failure, or overloading the wheel hub after it has experienced some weakening due to the presence of fatigue cracks and the 
resulting stress raisers. 

The crane has a gross weight of 345 tons distributed over six axles carrying approximately 6of the load, or 57.5 tons each. 
The turning motion down a slope would provide a lateral stress to the hub, while the driving axles would torque the wheels. 
The wheel hub is made of ductile cast iron, a material generally selected for its strength in compression, damping 
characteristics, and cost. The presence of an oxidized fatigue fracture surface, coupled with the rougher morphology of the 
overload fracture regions, suggests that the fatigue crack developed during prior service and concentrated the stresses 
generated by crane motion. When the stress concentration (the combined effects of crack length and motion-induced stresses) 
reached a critical value, the wheel hub failed. 

Conclusions 

The wheel hub failure was due to the service-induced growth of a fatigue crack and stress-concentrating effects of that crack 
on motion-induced stresses. The cause(s) of fatigue crack initiation and growth was(were) not established, but misalignment 
of the hub is considered a likely candidate. 

Recommendations 


1. A new nodular cast iron wheel hub and axle should be used to replace the failed component. 

2. The installation process should assure that the new wheel hub and axle are properly aligned. 

3. The nonfailed wheel hubs should be examined for cracks using traditional inspection methods such as liquid dye penetrant. 


4. A more detailed analysis of wheel hub stresses may be beneficial, especially if any additional cracks are found in the nonfailed 
assemblies. This analysis would require data and engineering drawings of the wheel hub assemblage from the crane manufacturer 
and could incorporate stress measurement of the wheel hub using strain gages. 
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Fracture of Ductile-Iron Pistons for a Gun Recoil Mechanism as Affected by Type 
of Graphite. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: The gun mount used for two types of self-propelled artillery involved a recoil cylinder and a sand-cast (MIL-I-11466, grade 
D7003) ductile-iron piston containing orifices through which oil was forced in order to absorb the recoil energy of the gun. A rod attached 
to the gun tube engaged a thread inside the small end of the piston. The piston was stressed in tension by oil pressure on the flange at 
the large end, opposing the direction of motion of the rod. The specification stipulated that the graphite be substantially nodular and 
required a metallographic test for each lot of castings. Investigation (visual inspection, fatigue testing, 0.25x/0.35x/50x magnifications, 
2% nital etched 60x/65x magnifications, and SEM views) supported the conclusions that most of the service fractures occurred in pistons 
containing vermicular graphite instead of the specified nodular graphite. Brittleness caused by massive carbides might have shortened 
the service lives of a few pistons. Recommendations included ultrasonic testing of pistons already in the field to identify and reject those 
containing vermicular graphite. In addition, metallographic control standards were suggested for the production of new pistons to ensure 
structures containing substantially nodular graphite and no massive carbides. 

Keywords: Graphite structure; Graphitization; Guns; Pistons; Sound castings; Ultrasonic testing; Vermicular graphite 


Material: D7003 (Ductile (nodular or spheroidal graphite) cast iron) 


Failure types: Brittle fracture; Casting-related failures 


The gun mount used for two types of self-propelled artillery (175 mm guns and 205 mm howitzers) involved a recoil cylinder 
and a sand-cast ductile-iron piston containing orifices through which oil was forced in order to absorb the recoil energy of the 
gun. A rod attached to the gun tube engaged a thread inside the small end of the piston. The piston was stressed in tension by 
oil pressure on the flange at the large end, opposing the direction of motion of the rod. Several pistons that had cracked or 
fractured in service were submitted for analysis. 



Investigation. Figures 1(a) and (b) show two views of a piston, illustrating the orifices specially designed to control oil 
flow and the pattern of cracks that developed. In Fig. 1(c), which shows a composite of the fractures found in several pistons, 
the piston surface has been developed as a flat-plan view. Orifices A and B correspond to those in Fig. 1(a) and (b), 
respectively; orifices A' and B' are 180° from orifices A and B. The vertical fracture (arrow) shown in Fig. 1(a) is unusual in 
origin and direction of propagation; most of the fractures originated at the upper right-hand comers of the large orifices (A 
and A', Fig. lc) and propagated in an approximately horizontal direction. Some of these nearly horizontal cracks intersected 
the small orifices (B and B', Fig. lc); others propagated around the piston to the opposite large orifice, joining it at the left 
side of the narrow opening at top left. 



Fig. 1 Piston for a gun-recoil mechanism, sand cast from ductile iron conforming to MIL-I-11466, grade D7003, 
that fractured in fatigue because of vermicularity of graphite, (a) and (b) Two different views of the piston showing 
fractures; A and B indicate orifices (see text). Approximately 0.35x. (c) Flat-plan view showing composite pattern 
of fractures in several pistons, (d) Fracture surface showing mottled structure caused by vermicular graphite; 
arrow points to a fatigue zone. Approximately 0.25x. (e) to (h) Micrographs showing graphite with nodularity of 
rank 2, at 50x (e); rank 8, at approximately 60x (f); rank 13, at 50x (g); rank 16, at approximately 65x (h). 
Specimens in (e) and (g) were not etched; specimens in (f) and (h) were etched with 2% nital. 

Figure 1(d) shows the surface of one of the horizontal fractures, which has a blotchy, mottled appearance. The pattern was 
created by the graphite present; there was relatively little of the massive, hypereutectic carbide that is, by definition, present 
in iron with a mottled structure. The arrow in Fig. 1(d) indicates a location that exhibits the characteristics of a fatigue zone. 
The uppermost fracture shown in Fig. 1(a) is met by the more or less vertical break at virtually a right angle. This signifies 
that the upper fracture took place earlier. 

Because some of the pistons exhibited regions with an appearance suggesting fatigue (Fig. Id), SEM fractographs were 
prepared to attempt to locate fatigue striations and to estimate the number of cycles to failure. These fractographs showed 
configurations similar in appearance to fatigue striations, but it was concluded that they were pearlite lamellae, because the 



spacings agreed with pearlite dimensions observed in optical micrographs. Scanning electron microscope views of the area of 
final fracture revealed dimples in some regions and features resembling cleavage facets in others. However, what appeared to 
be facets may have been interfaces of pearlite lamellae oriented nearly parallel to the direction of crack propagation. 

The castings were made according to the specifications of MIL-I-11466, grade D7003, which requires minimum properties of 
690 MPa (100 ksi) tensile strength, 483 MPa (70 ksi) yield strength, and 3% elongation in 50 mm (2 in.); these properties are 
usually acquired by heat treatment (normalizing for these castings). The specification stipulated that the graphite be 
substantially nodular and required a metallographic test for each lot of castings. There was no requirement concerning the 
matrix. Of 17 pistons that were sectioned for testing (2 or more test specimens per piston), 11 averaged 814 MPa (118 ksi) 
tensile strength, but the remaining 6 averaged only 535 MPa (77.6 ksi); 13 met the yield strength requirement, averaging 552 
MPa (80 ksi), while 4 did not, averaging 399 MPa (58 ksi); in elongation, 9 pistons were satisfactory, averaging 4.7%, but 8 
averaged only 2.1%. However, depending on how the 690 MPa (100 ksi) specification is defined (i.e., from separately poured 
test bars or specimens cuts from casting), those variances may be expected. 

Examination of the microstructures of these 17 pistons, along with those of additional pistons, revealed that 77% of those that 
failed did not contain the required nodular graphite. The range in nodularity was sufficient for establishment of a 
microstructure rating system in which quality of graphite was ranked from 1 (nodular) to 16 (vermicular with essentially no 
nodules). Structures containing graphite ranked 2, 8, 13, and 16 are shown in Fig. 1(e) through (h), respectively. Figure 1(h), 
which shows the structure of the piston with the mottled surface in Fig. 1(d), exhibits massive carbides but not enough to 
form a mottled structure in the usual sense of the term. For this application, graphite ranked from 1 to 7 was considered 
acceptable, graphite ranked from 8 to 12 borderline, and graphite ranked from 13 to 16 unacceptable. 

The degree of nodularity of the graphite was correlated with the results obtained in ultrasonic testing in order to appraise the 
quality of pistons that had already been installed. It was found that vermicular graphite damped the back-reflection signal to a 
significantly greater degree than nodular graphite did. Comparison of the results obtained in the ultrasonic tests and in the 
metallographic examinations yielded a correlation coefficient of 0.84—an indication of a high degree of correlation. 
Smooth-bar rotating beam tests were performed on specimens prepared from pistons specifically selected for a comparison of 
fatigue test behavior and graphite structure. Fatigue tests in simple tensile loading were conducted on new, complete pistons 
containing nodular graphite. Four tests at a stress corresponding to the gun recoil load produced fatigue fractures at 20,000 to 
35,000 cycles. All these fractures, unlike most of those observed in service, occurred at the base of the threads in the top of 
the piston, which is the region of the upper crack shown in Fig. 1(a) and (b). The section through the threads had been 
calculated during design as the location of maximum stress under simple tension. Because nearly all service fatigue cracks 
did not occur at the threads but initiated from the oil orifices, cracking can likely be attributed to slight misalignment that 
caused bending as well as tension and to the force of the oil on the surface immediately above and below the large orifices, 
increasing the stresses at the comers of these orifices. These tests showed that the life of the pistons was about 20,000 recoil 
loadings instead of the indefinite service life that had been anticipated. 

Conclusions. Fracture of the pistons occurred under high strain-rate axial tension modified by superimposed bending loads 
from oil pressure and/or normal alignment tolerance. Most of the service fractures occurred in pistons containing vermicular 
graphite instead of the specified nodular graphite. Brittleness caused by massive carbides might have shortened the service 
lives of a few pistons. 

Corrective Measures. Ultrasonic testing was adopted for inspection of pistons already in the field to identify and reject 
those containing vermicular graphite. Metallographic control standards were applied to a production of new pistons to ensure 
structures containing substantially nodular graphite and no massive carbides. 
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Brittle Fracture of a Ductile Iron Brake Drum by Thermal-Contraction Overload 

From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: A 58.4-cm (23-in.) diam heavy-duty brake drum component of a cable-wound winch broke into two pieces during a shutdown 
period. Average service life of these drums was 2 weeks; none had failed by wear. The drums were sand cast from ductile iron. During 
haul-out, the cable on the cable drum drove the brake drum, and resistance was provided by brake bands applied to the outside surface 
of the brake drum. Friction during heavy service was sufficient to heat the brake drum, clutch mount, and disk to a red color. 
Examination of the assembly indicated that the brake drum would cool faster than its mounts and would contract onto them. Brittle 
fracture of the brake drum occurred as a result of thermal contraction of the drum web against the clutch mount and the disk. The inside 
diameter of the drum web was enlarged sufficiently to allow for clearance between the web and the clutch mount and disk at a 
temperature differential of up to 555 deg C (1000 deg F). With the adoption of this procedure, brake drums failed by wear only. 

Keywords: Alignment; Clearances; Diameters; Sand castings; Spacers; Winches 


Material: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron) 


Failure type: Brittle fracture 


A 58.4-cm (23-in.) diam heavy-duty brake drum that was a component of a cable-wound winch broke into two pieces during 
a shutdown period. Other drums had failed in a similar fashion. Average service life of these drums was 2 weeks; none had 
failed by wear. The drums were sand cast from ductile iron because this material had been successful in a similar application. 
This brake drum, however, was a relatively new design. 

The winch was used to move large loads, which were carried by gears and clutch plates during haul-in and by the brake drum 
during haul-out. Figure 1(a) shows the arrangement of the parts. The brake drum was aligned by and bolted to both the clutch 
mount and the disk, which was bolted to the cable drum. The disk and the clutch mount fitted radially against the inside edge 
of the web of the brake drum with a clearance of 0.064 to 0.19 mm (0.0025 to 0.0075 in.). 




Fig. 1 Sand-cast ductile iron brake drum from a cable-wound winch that fractured from overload caused by 
thermal contraction, (a) Schematic of the clutch/brake drum assembly. Dimensions given in inches, (b) Heat 
checks on the surface of the drum, (c) A fracture surface of the drum showing regions affected by heat checking 
(A) and final-fracture region (B) 

During haul-in, the brake drum idled freely. During haul-out, the cable on the cable drum drove the brake drum, and 
resistance was provided by brake bands (not shown in Fig. 1 a) applied to the outside surface of the brake drum. According to 
the operator, the friction during heavy service was sufficient to heat the brake drum, clutch mount, and disk to a red color. 
Investigation. The severity of the friction on the surface of the brake drum is illustrated by the heat checks shown in Fig. 
1(b). The heat checks completely penetrated the rim of the drum, as shown by regions A in Fig. 1(c). The final-fracture area 
(region B, Fig. lc) comprised the entire web and part of the rim. The regions of the fracture surface produced by heat checks 
were oxidized. Final fracture was the result of a single tensile overload. 

Measurements of the two fragments of the drum revealed that the diameter of the drum had expanded along the plane of the 
fracture, indicating the release of internal stress. Cracks found between the inside surface and the bolt holes also indicated the 
existence of internal stress, but these cracks were considered of secondary importance. A ridge of heavy oxidation was 
observed along the inside surface of the web, located between the areas of contact with the clutch mount and the disk. This 
oxide confirmed the observation of the red color during haul-out, indicating a service temperature of at least 650 °C (1200 
°F). 







Examination of the assembly indicated that the brake drum would cool faster than its mounts and would therefore contract 
onto them. The contraction of the inside surface of the web as the drum cooled from about 650 °C (1200 °F) would be 0.33 
mm (0.013 in.) per hundred degrees Fahrenheit, and the maximum clearance of 0.19 mm (0.0075 in.) would be closed tightly 
within less than the first hundred degrees Fahrenheit of temperature decrease. Therefore, cooling of the brake drum would 
generate thermal tensile stresses of such a magnitude that the thickness of the rim remaining after heat checking would be 
insufficient to withstand the stresses, and the result would be fracture. 

Conclusion. Brittle fracture of the brake drum occurred as a result of thermal contraction of the drum web against the 
clutch mount and the disk. 

Corrective Measures. The inside diameter of the drum web was enlarged sufficiently to allow for clearance between the 
web and the clutch mount and disk at a temperature differential of up to 555 °C (1000 °F). Aluminum spacers were used for 
alignment during assembly, but melted when heated in service and thus caused no interference. With the adoption of this 
procedure, brake drums failed by wear only. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis and 
Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 671— 
699 


Premature Engine Failure Due to Improper Surface Finish Caused by Carbon 
Flotation. 


From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: Nodular cast iron crankshafts and their main-bearing inserts were causing premature failures in engines within the first 1600 km 
(1000 miles) of operation. The failures were indicated by internal noise, operation at low pressure, and total seizing. Concurrent with the 
incidence of engine field failures was a manufacturing problem: the inability to maintain a similar microfinish on the cope and drag sides 
of a cast main-bearing journal. Investigation supported the conclusion that the root cause of the failure was carbon flotation due to the 
crankshafts involved in the failures showing a higher-than-normal carbon content and/or carbon equivalent. Larger and more numerous 
cope side graphite nodules broke open, causing ferrite caps or burrs. They then became the mechanism of failure by breaking down the 
oil film and eroding the beating material. A by-product was heat, which assisted the failure. Recommendations included establishing 
closer control of chemical composition and foundry casting practices to alleviate the carbon-flotation form of segregation. Additionally, 
some nonmetallurgical practices in journal-finishing techniques were suggested to ensure optimal surface finish. 

Keywords: Bearing journals; Carbon flotation; Crankshafts; Segregations; Surface finish 


Material: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron) 


Failure type: Casting-reiated failures 


Premature failures were occurring in an engine within the first 1600 km (1000 miles) of operation. The failures involved the 
nodular cast iron crankshaft and its main-bearing inserts. These failures were indicated by internal noise, operation at low 
pressure, and total seizing. Concurrent with the incidence of engine field failures was a manufacturing problem: the inability 
to maintain a similar microfinish on the cope and drag sides of a cast main-bearing journal. The failure analysis and 
investigation of the manufacturing problem showed that the cause was related to this manufacturing problem. 

Investigation. During the in-plant investigation, it was found that the surface finish of the cope side was rougher than that 
of the drag side. The surface roughnesses of the 50 sample crankshaft main bearings checked ranged from 0.4 to 0.8 mm (15 
to 30 mils) on the cope side and from 0.25 to 0.5 mm (10 to 20 mils) on the drag side. The requirement was 0.5 mm (20 mils) 
maximum. 

Surface micrographs were taken for comparison purposes at the cope and drag sides of the main-bearing journals to identify 
the cause of the nonuniform surface finish. Figure 1 illustrates the finishes on the cope and drag sides. The cope side had 
areas where the surface was broken open, and it showed some raised areas. The drag side indicated fewer raised areas and 
almost none of the broken-open surface areas. 




Fig. 1 Micrographs of a failed crankshaft main-bearing journal, (a) Cope side showing the surface broken open 
with raised areas, (b) Drag side, with fewer raised areas and almost no broken-open surface. Both 50x 


Longitudinal metallographic sections were made of the cope and drag portions of the main-bearing journal. Figure 2 shows 
that the cope portion had larger and more numerous graphite nodules and ferrite envelopes than the drag portion. At the 
higher magnification shown in Fig. 3, the areas of the cope side that had the appearance of a broken-open surface in Fig. 1(a) 
were confirmed. The broken-open areas are called ferrite caps. Due to the pressure and heat of polishing during manufacture, 
the larger graphite nodules break open, and the ferrite envelopes (caps) become actual burrs. These burrs rise 4 to 13 pm 



above the normal surface (Fig. 3) 








Fig. 3 Micrograph from the cope side of the main-bearing journal. Ferrite caps, which partially cover the graphite 
nodules and cause the broken-open surface condition, are shown. The burrs rise above the surface from 4 to 13 
pm. Etched with nital. 220x 

The height of these protrusions above the normal surfaces explains the variance in surface finish of cope versus drag areas. 
This evidence confirms the cause of crankshaft and crankshaft-bearing failures. The ferrite caps (burrs) can shear the 
lubricating oil fdm. Also, the burrs can actually penetrate the bearing-insert material. In either case, the net result is failure of 
the crankshaft and crankshaft-bearing insert interface due to heat generation or physical damage. 

Conclusions. The root cause of the failure is carbon flotation. Chemical analysis of the crankshafts involved in the failures 
showed a higher-than-normal carbon content and/or carbon equivalent. Therefore, during the casting process, the carbon or 
graphite would tend to rise in the mold to the cope side, resulting in larger and more numerous graphite nodules in that area 
and in the presence of more ferrite and less pearlite on the cope side. This layer could be 2.5 mm (0.1 in.) below the surface. 
The larger nodules break open, causing the ferrite caps or burrs. They then become the mechanism of failure by breaking 
down the oil film and eroding the beating material. A by-product is heat, which assists the failure. 

Recommendations. Steps were taken to establish closer control of chemical composition and foundry casting practices to 
alleviate the carbon-flotation form of segregation. Additionally, some nonmetallurgical practices in journal-finishing 
techniques were modified to ensure optimal surface finish. 
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Repeated Failure of Rubber Slurry Pump Impellers and Liners in a Flue Gas 
Desulfurization Plant 

Peter F. Ellis II, Radian Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The repeated failure of rubber-covered rotors and volute liners in a flue gas desulfurization system after conversion from lime 
slurry reagent to limestone slurry reagent was investigated. The pump was a horizontal 50 x 65 mm (2 x 2.5 in.) Galiger pump with a 
split cast iron case and open rotor (impeller). Both the case and the ductile iron rotor core were covered by natural rubber. Analyses 
conducted included surface examination of wear patterns, chemical analysis of materials, measurement of mechanical properties, and in- 
place flow tests. It was determined that the proximate cause of failure was cavitation and vortexing between the rotor and the lining. 
The root cause of the failure was the conversion from lime to limestone slurry without appropriate modification of the pump. Conversion 



to the limestone slurry resulted in fluid dynamics outside the operational limits of the pump. The recommended remedial action was 
replacement with a pump appropriately sized for the desired pressures and flow rates for limestone slurry. 

Keywords: Abrasive erosion; Catastrophic wear; Impingement erosion; Rotors; Slurry pipelines 

Material: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron) 


Failure types: Corrosive wear; Erosive wear 


Background 

Rubber-covered rotors and volute liners in a flue gas desulfurization (FGD) system underwent repeated failures after 
conversion from lime slurry reagent to limestone slurry reagent. 

Applications 

The pump was a horizontal 50 x 65 mm (2 x 2.5 in.) Galiger pump with a split cast iron case and open rotor (impeller). The 
case was lined with a two-piece removable natural rubber liner. The ductile iron rotor core was covered by cast natural 
rubber, forming a one-piece integral unit. 

The pump used a John Crane packing seal without flush water (environmental regulatory concerns make use of flush water 
undesirable). The reverse or shaft face of the rotor was equipped with shallow expeller vanes, which sling the slurry outward, 
reducing the rpessure at the shaft. According to the manufacturer, in some cases the pressure at the shaft may be 
subatmospheric. 

Circumstances leading to failure 

Three pump liner/rotor sets failed between June 1987 and March 1988. The original liner and rotor were placed in service 
pumping lime slurry (30 wt% nominal, 90% pass 325-mesh, specific gravity of 1.25) with a nominal temperature of 50 °C 
(120 °F). This liner and impeller were specified to have durometer (shore) hardnesses of 55A. Some time after June 1987, the 
lime slurry was replaced with limestone slurry having the same nominal solids loading, particle size, and specific gravity. 
Early in February 1988, slurry began leaking from the shaft seal of the pump. Repeated tightening of the packing was not 
effective and the leak worsened. The pump was removed from service in late February 1988, and severe material loss from 
the expeller face of the rotor and the matching half of the casing liner was found. 

Because no original specification liners were immediately available, the original liner and rotor were replaced with 
components of identical design, but with a material hardness of 40A. After 11 days, the replacement liner and impeller also 
failed, exhibiting the same symptoms. Another liner and impeller, again of 40A material, were installed and failed after 4 
days. The three failed impellers and casing liners were sent to a laboratory for determination of the cause of the repeated 
failures. 

Visual Examination of General Physical Features 

Figure 1 shows one of the pump rotors in place in its mating liner. The suction (impeller face of the rotor is shown. In Fig. 2, 
the impeller is tilted away, showing the damage to the liner. It is clear that this damage is greatest just down-rotation of the 
volute cuttwater, the region of lowest pressure. 




■MHH I HH l ll l l P tt H 



Wear Patterns. Figure 3 shows a detail of the liner damage. The damage becomes less pronounced progressing clockwise 
(the direction rotation). All of the liners were similar in appearance, although the extent of damage varied. In some liners, 
there was no detectable damage in the final sector prior to the pump discharge. 
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Fig. 3 Detail of damage to the suction volute liner. 

Figure 4 shows the damage to the distal ends of the expeller vanes of the rotor in Fig. 3, Note the peculiar “wormholes” that 
penetrate through the expeller vanes. The radial locations of the wormholes coincide with the band of damage to the casing 
liner. 



(.) (b) 

Fig. 4 Damage to the expeller face (a) and edge (b) of the rotor. Arrows indicated direction of rotation. 

Other rotors showed more extensive damage, including shedding of the rubber cover. It was evident that these rotors 
exhibited a progression of the damage shown in Fig. 4. 


Chemical analysis/identification 



The composition of the rubbers was investigated using attenuation total reflectance infrared spectroscopy (ATR-IR). ATR-IR 
confirmed that the polymer was composed of isoprene blocks, consistent with the “natural rubber” designation of the liners 
and impeller coatings. 

Mechanical properties 

Hardness was determined using a Shore A durometer. The hardness of each component was within ±5 units of the 
specified nominal hardness, acceptable for most rubber products. 

Simulation tests 

In-place flow tests with limestone slurry were conducted to determine actual pump performance after installation of a new set 
of liners and rotors. In the “normal operation” test, the system was operated in the normal manner, with the pump elevating 
the dense (specific gravity, 1.25) slurry about 9m (30 ft.). In the “recirculation test,” the systm was temporarily replumbed so 
the that the slurry was returned directly to tthe recycle tank from which it is normally pumped. 

Results are shown in Table 1. Under normal operating conditions, the discharge pressure was 179% of design and equaled the 
maximum recommended pressure for the casing. Under these conditions, the slurry flow rate was 3.7 times the design value. 


Table 1 Pump performance test results 


Parameter 

Desin 

Normal operation Recirculation test 

Reagent 

Lime 

Limestone 

Limestone 

Solids,% 

30 

30 

30 

Specific gravity 

1.25 

1.25 

1.25 

Rotor speed, rev/min 

1700 

1700 

1700 

Flow, L/min (gal/min) 

115 (30) 

415 (110) 

570 (150) 

Discharge, kPa (psig) 

290 (42) 

520 (75) 

410 (60) 

NPSH, m (ft) of slurry 

1.2 (4) 

1.2-2.4 (4-8) 

1.2-2.4 (4-8) 


When the pump discharge was redirected directly back to the reagent slurry tank (recirculation test) the discharge pressure 
dropped, as was expected because of the elimination of vertical head to the discharge point, and the slurry flow rate rose to 
five times the design value. 

Discussion 

The series of failure was did not appear to be the result of defective materials. The components examined were all within 
reasonable material tolerances. No evidence of defects was found, nor was there any of the usual evidence of rubber 
degradation: crazing, swelling, embrittlement, or softening. Caraful review of the installation history of the pumps provided 
no indication that the impellers had been improperly installed or “spaced out” within the pumps. 

The proximate cause of failure was cavition and cortexing between the pump rotor and the lining. The appearance and 
location of the damage, particularly the peculiar wormholes in the distal ends of the expeller vanes, are all consistent with this 




diagnosis. Cavitation—the transient formation of vapor- or vacuum-filled voids in the liquid—occurs whenever either of the 
following two conditions occurs: 


• The velocity-induced pressure drop due to Bernoulli's effect depresses the local pressure below the vapor pressure of the liquid at 
the operating temperature 

• Local shear forces in the liquid are sufficient to rupture or part the medium 

The cavitation voids promptly implode as soon as the local pressure rises or the sheer forces decrease, producing shock waves 
with overpressures of several kilobars. Cavitation in capable of rapidly damaging virtually all engineering materials. 

Both the bernoulli pressure drop and fluid sheer forces increase at the square of the fluid velocity. While fluid velocity on the 
expeller face of the rotor was fixed by rotor speed, the velocity of the fluid across the suction face and in the volute annulus 
was 3.7 to 5 times the design value. It was concluded that the disparity in velocities in the non compressible medium resulted 
in vortexing and cavition in the gap between the rim, the rotor, and the adjacent liner. The peculiar wormholes in the trailing 
edges of the expeller vanes initiated and propagated from anchor points of trailing vortex filaments. 

Conclusion and recommendations 

Most probable cause 

The root cause of failure was the conversion from lime to limestone slurry without appropriate modification of the pump. The 
viscosity of limestone slurry is much lower than that of lime slurry. The conversion to limestone slurry without altering the 
pump speed or impeller design resulted in fluid dynamics outside the operational limits of the pump. 

Remedial action 

The recommended remedial action as replacement with a pump appropriately sized for the desired pressures and flow rates 
for limestone slurry. 

Related Information 

Corrosive Wear Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 989-994 
T.A. Adler, Erosive Wear Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
995-1001 


Microstructural Features of Prematurely Failed Hot-Strip Mill Work Rolls: Some 
Studies in Spalling Propensity 

Amitava Ray, M.S. Prasad, S.K. Dhua, S.K. Sen, and S. Jha, Physical Metallurgy Group, Research and Development 
Centre for Iron and Steel, Steel Authority of India Limited 


From: A. Ray, M.S. Prasad, S.K. Dhua, S.K. Sen, and S. Jha, Microstructural Features of Prematurely Failed Hot-Strip Mill Work Rolls: 
Some Studies in Spalling Propensity Journal of Materials Engineering and Performance, Vol 9 (No 4) Aug 2000 p 449-456 


Abstract: Work rolls made of indefinite chill double-poured (ICDP) iron are commonly used in the finishing trains of hot-strip mills (HSMs). 
In actual service, spalling, apart from other surface degeneration modes, constitutes a major mechanism of premature roll failures. 
Although spalling can be a culmination of roll material quality and/or mill abuse, the microstructure of a broken roll can often unveil 
intrinsic inadequacies in roll material quality that possibly accentuate failure. This is particularly relevant in circumstances when rolls, 
despite operation under similar mill environment, exhibit variations in roll life. The paper provides an insight into the microstructural 
characteristics of spalled ICED HSM work rolls, which underwent failure under similar mill operating environment in an integrated steel 
plant under the Steel Authority of India Limited. Microstructural features influencing ICDP roll quality, viz. characteristics of graphite, 
carbides, martensite, etc., have been extensively studied through optical microscopy, quantitative image analysis (QIA), and electron- 
probe microanalysis (EPMA). These are discussed in the context of spalling propensity and roll life. 

Keywords: Hardness; Hot-strip mill; Rolling mill rolls; Spalling 


Materials: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron); Gray iron (Gray (flake or lamellar graphite) cast iron) 



Failure types: Fatigue fracture; Rolling-contact wear 


1. Introduction 

In the finishing trains of hot-strip mills (HSMs), work rolls made of indefinite chill double-poured (ICDP) iron are commonly 
used owing to their resistance to wear and thermal fatigue. 1 These ICDP rolls are characterized by a “shell” (or chill) of alloy 
cast iron and a softer core of gray/nodular iron. During service, these rolls may fail prematurely owing to improper mill 
operating environment and/or inadequacies in roll material quality. The problem of such failures is relatively more acute in 
modem high-performance HSMs, where work rolls are subjected to higher mechanical stresses owing to demands of mill 
productivity and superior product quality. 2 Work rolls used in the finishing stands of HSMs may suffer from surface 
degeneration and banding, firecracking, surface indentation, and spalling. 3 While roll surface deterioration by the first three 
phenomena are progressive in nature and can be remedied from time-to-time by roll grinding operations, this nevertheless 
reduces the working diameter and in turn the useful roll life. Spalling, on the other hand, can culminate in catastrophic roll 
failures leading to considerable reduction in roll life and mill productivity. 

Spalling involves a fatigue phenomenon, where fracture occurs by generation and propagation of several microcracks under 
applied stresses imposed during rolling. Although spalling is often a consequence of mill-related factors, 4 the influence of 
roll material quality in inducing such failure is by no means insignificant. This is particularly relevant in circumstances when 
rolls, despite operation under similar mill environment, exhibit variations in roll life. 5 In such instances, the microstmcture 
of a failed roll can often provide insight into intrinsic quality deficiencies that possibly accentuate premature spalling. It is in 
this perspective that an extensive microstructural investigation has been carried out on spalled samples of ICDP work rolls 
used in the finishing stands of a HSM. The study pertains to an integrated steel plant under the Steel Authority of India 
Limited, where large variations in HSM work roll life were observed even under similar mill operating environment. 

The paper discusses microstructural aspects such as graphite morphology and content, carbide characteristics, and nature of 
the martensite matrix in spalled ICDP HSM work rolls in the context of spalling propensity and roll life. 

2. Experimental 

Spalled samples were collected from the barrel portion of prematurely failed HSM work rolls, which gave varying roll lives 
under similar mill operating environment. The fragmented samples of spalled rolls were cleaned with acetone and examined 
with respect to their visual appearance, fracture features, and microstructural characteristics. 

For optical microscopy, specimens of around 25 x 10 x 15 mm dimensions were cut along the radial cross sections of spalled 
rolls. These specimens were ground and polished to a scratch-free finish for metallographic observation. Polished and 
unetched specimens were examined by optical microscopy at magnifications of 500x and lOOx to observe the graphite 
morphology and distribution, respectively. The unetched roll specimens were also observed for non-metallic inclusions 
(NMI) at 500x magnification. Microstructural examinations were also carried out on natal-etched specimens (2 m l, 
concentrated HN0 3 in 98 mL ethyl alcohol) of failed rolls to observe characteristics of matrix phases such as martensite, 
retained austenite, and carbides. Microhardness [Vickers pyramid number (VPN)] measurements were concurrently carried 
out on different phases to corroborate their identity. For determining the microhardness of hard martensite and carbide 
phases, a 50 g indenting load was applied, while a lower load of 10 g was used for the softer graphite phase. 

Quantitative image analysis (QIA) was carried out in a “Quantimet-600” (LEICA Imaging Systems Ltd., Cambridge, United 
Kingdom) model equipment to determine the volume fractions of different phases present in the failed roll samples. The 
volume fractions of graphite were determined from polished and unetched specimens, while nital-etched specimens were 
used for estimating the contents of other microstructural constituents such as martensite, retained austenite, and carbide. In 
estimating the volume fractions of carbide and retained austenite, thresholding and image editing were performed selectively 
since both these phases appeared white under brightfield microscope illumination. Initially, thresholding was done by 
selecting a video level to capture both the carbide and retained austenite phases, and the overall volume fraction (i.e., carbide 
plus retained austenite) was determined for a particular microscopic field. Subsequently, the carbide phase in the same field 
was selectively delineated by binary image editing and its volume fraction determined. The difference in the values of the 
aforesaid two volume fraction measurements gave the volume fraction of retained austenite. Since ICDP rolls primarily 
consist of four microstructural constituents (graphite, carbide, martensite, and retained austenite), the volume fraction of 
martensite in a particular field was empirically determined by subtracting the total volume fractions of graphite, carbide, and 
retained austenite from 100%. For ensuring measurement authenticity and accuracy, QIA was carried out over a large number 



(at least 50) of microscopic fields at 200x magnification to determine the average volume fractions of various microstructural 
constituents. 

Fractographic observations of failed roll samples were carried out at lOOOx magnification in a “JSM-840A” (JEOL Ltd., 
Akishima, Tokyo) model scanning electron microscope (SEM) to study the general surface topography and features 
associated with the failure. In parallel, electron-probe microanalysis (EPMA) was carried out in a “JCXA-733” (JEOL Ltd.) 
model EPMA, on polished and unetched roll specimens to identify elements present in the graphite phase and matrix regions, 
as well as to characterize non-metallic impurity. The EPMA investigations were also carried out on nital-etched roll 
specimens to determine elemental enrichment in the carbide phase. Qualitative and quantitative analyses of carbides were 
carried out by using JEOL proprietary “QLAN'’ and “PACM” application software, respectively, under 15 kV accelerating 
voltage and 5 x 10 8 A probe current. 

3. Results and Discussion 

3.1 Roll Particulars 

The ICDP work rolls used in the finishing stands of this particular HSM are of 810 mm barrel diameter (nominal) and 2000 
mm barrel length. The hardness on the working surface of new rolls ranges between 80 and 85° shore “C.” The normal 
chemistry (in wt.%) of the “shell” material in such ICDP rolls is 3.30 to 3.40 C; 0.75 to 0.95 Mn; 0.85 to l.OOSi; 4.10 to 
4.30Ni; 1.50 to 1.95Cr, and 0.30 to 0.40Mo. The rolls are commissioned in the mill at their initial diameter of 810 mm and 
are scrapped in normal usage when the working diameter wears down and reaches 750 mm. This means that the shell region 
in these ICDP work rolls is around 30 mm [(810 to 750 mm)/2] on the radius. 

The details of the spalled HSM work rolls investigated with regard to their identification number, roll life (i.e., tonnage rolled 
prior to failure), and roll diameter at spalling stage are shown in Table 1. It is clearly evident from this table that out of the 16 
roll samples investigated, 10 samples (HSMs #1, 2, 3, 4, 5, 6, 7, 9, 11, and 14) pertained to the working surface of rolls that 
spalled at higher diameter (773 to 808 mm), i.e., possibly from the shell regions of these rolls. On the contrary, the other six 
roll samples (HSMs #8, 10, 12, 13, 15, and 16) were virtually obtained at the scrap diameter (749/750 mm) stage, i.e., almost 
at the initiation of the roll “core” region. 


Table 1 Roll particulars and life data 


Roll sample 

Supplier 

Roll diameter at spalling stage (mm) 

Roll life (tonnes) 

Average roll life (tonnes) 

HSM #1 

A 

808.35 

6,142 


HSM #2 

A 

803.00 

25,224 


HSM #3 

B 

801.90 

38,045 


HSM #4 

C 

800.85 

42,869 


HSM #5 

B 

796.50 

54,268 

48,387.22 

HSM #6 

A 

780.75 

63,513 


HSM #7 

C 

793.35 

63,786 


HSM #8 

B 

750.20 

69,328 













HSM #9 

C 

791.95 

72,310 


HSM #10 

C 

749.10 

113,173 


HSM #11 

B 

783.50 

113,843 


HSM #12 

D 

750.80 

137,001 


HSM #13 

C 

750.35 

146,664 

146,101.71 

HSM #14 

C 

773.75 

157,615 


HSM #15 

B 

750.20 

171,730 


HSM #16 

A 

750.60 

182,686 



The roll lives depicted in the aforesaid table were found to vary widely and ranged between 6142 to 182,686 tonnes. It is 
expedient to mention that roll life in steel mills is customarily indicated in terms of tonnage of material rolled (i.e., 
cumulative quantity of rolled material produced in several campaigns prior to discard/failure of a given roll) rather than hours 
of operation. This is because time related data often involves breakdown/maintenance activities, whereas mill production data 
(i.e., tonnage rolled) is more authentic. 

In the first nine rolls (HSMs #1 to 9), the lives varied between 6142 and 72,310 tonnes, with an average value of 48,387 
tonnes, whereas in the subsequent seven rolls (HSMs #10 to 16), the lives ranged between 113,173 and 182,686 tonnes, with 
an average value of 146,101 tonnes. It can thus be seen that the average life obtained in the latter seven rolls (HSMs #10 to 
16) was almost three times the average life obtained in the first nine rolls (HSMs #1 to 9). Table 1 also reveals that of the 16 
rolls investigated, 25% of rolls exhibited lives less than 50,000 tonnes, 31.25% of rolls between 50,000 and 75,000 tonnes, 
and 43.75% of rolls greater than 100,000 tonnes. 

3.2 Microstructural Features 

Graphite Characteristics. Out of ten spalled samples pertaining to the shell region (i.e., where the diameter at spalling 
was >750 mm), nodular graphite morphology was observed in the optical microstructures of four roll samples: HSMs #7, 9, 
11, and 14, which gave an average roll life of 101,888 tonnes. These four rolls exhibited comparatively higher average roll 
lives than the other six rolls: HSMs #1 to 6 (average roll life = 38,343 tonnes) showed flake graphite. Typical optical 
micrographs showing nodular and flake graphite morphologies in roll samples HSM #14 (life = 157,615 tonnes) and HSM #4 
(life = 42,869 tonnes) are shown in Fig. 1 and 2, respectively, at lOOx magnification. 













Fig. 1 Optical micrograph showing mostly nodular graphite morphology in the shell region of roll sample HSM 
#14; magnification 100x 
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Fig. 2 Optical micrograph showing typical flake graphite morphology in the shell region of roll sample HSM #4; 
magnification lOOx 

The graphite morphologies of the other six roll samples (HSMs #8, 10, 12, 13, 15, and 16), which also spalled at the scrap 
diameter stage, were flaky. This is expected since the core structure of ICDP rolls usually consists of flake-like graphite. 6 
Thus, in this case, the role of graphite morphology in influencing roll life cannot be opined. The graphite morphology in roll 
sample HSM #16, which gave the highest roll life (182,686 tonnes), was partly nodular and partly flaky. Although this 
particular sample was obtained at a scrap diameter of 750.60 mm, the coexistence of both nodular and flake graphite 
morphologies at the scrap diameter stage is indicative of a shell-core transition zone. It can therefore be inferred that the 
graphite morphology in the shell region of roll HSM #16 was nodular. 

The favorable effect of nodular graphite morphology in the shell microstructure toward enhancing roll life is thus evident 
from the above studies. This finding is corroborated by the fact 7 that spheroidal irons by virtue of their lower thermal 
conductivity, higher elastic modulus, and greater tensile strength than flake irons are more crack resistant under conditions of 
higher induced thermal stresses. However, crack generation was possible even in spheroidal irons under very high thermal 
stresses owing to its insufficient yield and creep resistance. This could have possibly happened in HSMs #7 and 9, which, 
despite having nodular graphite morphology, failed to perform to the desirable extent. Horvath, 8 in his studies on the 
relationship between roll surface breakdown and scale formation, has clearly mentioned the importance of graphite 



morphology in influencing crack initiation. In his studies on ICDP rolls, it was observed that flake graphite acted as a 
potential stress raiser, leading to the initiation of microcracking in rolls. In contrast, spheroidal graphite particles did not act 
as stress raisers and, hence, were less susceptible to thermal fatigue cracking and removal from the roll surface. 

Matrix Characteristics. The nital-etched microstructures of all failed roll samples showed martensite (dark gray to 
black) with retained austenite in needle interstices, carbide (white), and graphite phases. The carbide phase was of eutectic 
type and appeared in continuous networks. Typical micrographs of nital-etched roll specimens HSMs #8, 14, and 1 are shown 
in Fig. 3, 4, and 5, respectively, at 500x magnification. It is clearly seen from these micrographs that, although 
microstructural constituents (martensite, retained austenite, and carbide) are essentially the same in all three roll samples, 
microstructural degeneration is manifested as microcracking in the carbide phase and could only be observed in roll samples 
HSM #8 (life = 69,328 tonnes) and HSM #1 (life = 6142 tonnes). The microcracks in the carbide phase might possibly have 
generated during rolling and propagated under applied stresses to ultimately result in premature spalling. It has been reported 
9 that cracks may occur in large eutectic carbides concomitantly with thermal fatigue cracks that form on the roll surface. The 
cause of such cracking of carbides has been attributed to thermal reasons or, more likely, could be mechanically induced by 
work roll/backup roll contact stresses, or by rolling stresses. The microhardness values of martensite, carbide, and graphite 
phases were determined for all of the failed roll samples and are shown in Table 2. It can be seen that, while the 
microhardness of martensite ranged from 541 to 644 VPN, that of the carbide phase varied between 1000 and 1345 VPN. The 
microhardness of graphite, however, was found to be consistent and ranged between 50 to 54 VPN in all of the spalled roll 
samples. 



Fig. 3 Nital-etched microstructure of roll HSM #8 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting microcracking; magnification 500x 



Fig. 4 Nital-etched microstructure of roll HSM #14 showing acicular martensite with retained austenite at needle 
interstices, white carbide phase, and dark-gray graphite nodule; magnification 500x 



Fig. 5 Nital-etched microstructure of roll HSM #1 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting pronounced microcracking; magnification 500x 

Table 2 Microhardness values of different phases in HSM work roll samples 


Average microhardness (VPN) 

Roll sample 

Martensite Carbide 

Graphite 

HSM #1 

644 1345 

50 



HSM #2 615 1150 54 


HSM #3 

633 

1180 

53 

HSM #4 

603 

1120 

54 

HSM #5 

595 

1200 

52 

HSM #6 

603 

1100 

54 

HSM #7 

603 

1120 

53 

HSM #8 

585 

1105 

52 

HSM #9 

598 

1100 

53 

HSM #10 

562 

1050 

52 

HSM #11 

585 

1095 

51 

HSM #12 

541 

1000 

51 

HSM #13 

562 

1050 

54 

HSM #14 

566 

1095 

51 

HSM #15 

567 

1072 

54 

HSM #16 

566 

1050 

51 


The data in Table 2 reveal that the carbide microhardness of the first nine rolls (HSMs #1 to 9) ranged between 1100 and 
1345 VPN, with an average value of 1157.77 VPN. On the other hand, carbide microhardness in the other seven rolls (HSMs 
#10 to 16), which gave significantly higher roll lives ranging between 1000 and 1095 VPN, with an average value of 1058.86 
VPN. It is thus evident that carbide microhardness in the latter group of seven higher life rolls (average roll life = 146,101 
tonnes) was about 100 VPN lower than the former group of nine lower life (average roll life = 48,387 tonnes) rolls. 

It can also be seen from Fig. 3, 4, 5 that the amount of microcracking is particularly pronounced in roll sample HSM #1 (roll 
life = 6142 tonnes), which incidentally exhibited a very high microhardness (1345 VPN) of the carbide phase. A close 
examination of the roll life data (Table 1) and the carbide microhardness values (Table 2) shows the vulnerability of rolls 
exhibiting carbide microhardness higher than 1100 VPN. This condition could possibly enhance microcracking propensity 
and, hence, lead to subsequent spalling of rolls. 


3.3 Volume Fractions of Microstructural Phases 


















The volume fractions (in %) of constituent microstructural phases in the spalled roll samples were determined by OlA. The 
image analysis data pertaining to average volume fractions of graphite, carbide, martensite, and retained austenite are shown 
in Table 3. The volume fraction of martensite was found to range between 42.09 and 61.25%, carbide phase between 20.60 
and 43.05%, retained austenite between 5.86 and 16.32%, and graphite between 2.51 and 5.18%. It is interesting to observe 
that the graphite volume fraction (Table 3) in nine rolls (HSMs #1 to 9), which exhibited lower roll lives (i.e., 6142 to 72,310 
tonnes; average: 48,387 tonnes), varied from 2.51 to 4.49%, with an average value of 3.38%. In contrast, the other seven rolls 
(HSMs #10 to 16), which exhibited superior roll lives (i.e., 113,173 to 182,686 tonnes; average: 146,101 tonnes), showed 
higher graphite volume fractions, ranging between 4.05 and 5.18%, with an average value of 4.44%. It is apparent from the 
aforesaid observations that, while graphite volume fractions in the range of 4 to 5% are conducive to better roll life, a lower 
volume fraction (<4%) is deleterious. As a matter of fact, six rolls (HSMs #1, 2, 3, 5, 7, and 8), which had particularly low 
roll lives, showed graphite volume fractions in the range of 2.51 to 3.54%. 

Table 3 QIA data showing volume fractions of different phases in spalled roll samples 


Volume fraction (%) 

Roll sample 

Martensite 

Carbide 

Retained austenite 

Graphite 

HSM #1 

46.57 

38.99 

11.82 

2.62 

HSM #2 

49.80 

37.17 

9.49 

3.54 

HSM #3 

46.16 

37.86 

13.12 

2.86 

HSM #4 

53.99 

34.53 

6.99 

4.49 

HSM #5 

48.46 

43.05 

5.86 

2.63 

HSM #6 

52.40 

34.68 

8.90 

4.02 

HSM #7 

42.09 

38.82 

15.92 

3.17 

HSM #8 

52.91 

33.14 

11.44 

2.51 

HSM #9 

50.68 

34.15 

10.56 

4.61 

HSM #10 

60.14 

20.60 

14.37 

4.89 

HSM #11 

58.35 

30.08 

7.52 

4.05 


HSM #12 51.94 27.36 16.32 4.38 


















HSM #13 


56.35 


22.71 


15.76 


5.18 



Iron carbide that can comprise up to 40% by area of the roll microstructure has a profound effect on the properties and mill 
performance of iron rolls. 10 Investigators 11 have reported that pitting commonly observed in the last three stands of HSMs 
is associated with loss of mass from the roll surface. This phenomenon is aggravated as large primary dendritic carbides stand 
out without any mass support and fragment or come out completely from the martensitic matrix. Table 3 shows that the 
volume fraction of martensite ranged between 42.09 and 53.99% (average: 49.23%) in the nine roll samples (HSMs #1 to 9), 
which exhibited lower average (48,387 T) lives. In contrast, martensite volume fraction was found to be higher (range: 51.94 
to 61.25%; average: 57.27%) in the seven roll samples (HSMs #10 to 16), which showed superior lives It is therefore evident 
that the lower volume fraction of martensite (average: 49.23%) in the nine low life roll samples (HSMs #1 to 9) offered less 
matrix support area to hard carbides than that in the seven superior life rolls (HSMs #10 to 16), where average volume 
fraction (57.27%) of martensite was higher. The fragmentation of carbides, therefore, might have been presumably aided by 
less matrix (martensite) support area in lower life rolls. 

The volume fraction of retained austenite was found to vary between 5.86 and 15.92% (average: 10.45%) in the low life roll 
samples (HSMs #1 to 9) and between 7.52 and 16.32% (average: 13.23%) in the seven higher life roll samples (HSMs #10 to 
16). In this case, however, no clear relationship between volume fraction retained austenite and roll life was observed. 

The carbide volume fractions in nine samples (HSMs #1 to 9), which gave lower roll lives, were found to vary between 33.14 
and 43.05%, with an average value of 36.93%. In contrast, the carbide volume fractions in the other seven rolls, which gave 
relatively higher lives (HSMs #10 to 16), ranged between 20.60 and 30.20%, with an average value of 25.05%. It can 
therefore be seen that while a carbide volume fraction in the range of 20 to 30% is conducive to higher roll life, a higher 
carbide volume fraction (in the range of 35 to 45%) is deleterious. There is therefore a critical limit of carbide volume 
fraction, which can adversely influence the performance, and life of HSM work rolls. These findings are also corroborated by 
Lecomte-Mertens, 12 who observed that roll hardness was a direct function of carbide content and that carbides play an 
important role in the cracking process. According to Hertz theory, stress concentrations are located 3 or 4 mm below the 
surface of rolls. Additional stress concentrations arise from interaction between the more ductile matrix and the harder 
carbides, giving rise to the splitting of the matrix-carbide interface or breakage of the carbides, which are prone to fracture, 
due to low tensile strength. Once cracks appear in the broken carbides or along them, they propagate and join together in a 
pattern that leads to spalling. In ICDP rolls, the carbide phase is characteristically continuous and, hence, the propagation of 
cracks is more rapid along carbides. It is thus expedient to mention that, although higher carbide volume fractions enhance 
hardness, abrasion, and wear resistance, they nonetheless increase the propensity to cracking. 

3.4 Fracture Characteristics 

The SEM examinations were carried out at both low and high magnifications to obtain a general image of the fracture 
topography as well as for observing surface features in greater detail. The general fracture topography of all spalled rolls 
showed brittle features. Figure 6(a) shows the SEM photograph of the fracture surface of roll sample HSM #9 at lOOOx 
magnification. The fracture topography is brittle and shows the decohesion of a graphite nodule. The fracture surface of the 
same sample at another region is also shown in Fig. 6(b) at lOOOx magnification. It is evident from Fig. 6(a) that, although 
the fracture topography is essentially brittle, it is also associated with localized ductile regions (dimpled appearance) in the 
vicinity of the graphite nodule. The fracture features observed in Fig. 6(b) are, however, primarily brittle (cleavage) and show 
manifestations of intergranular cracking and cleavage steps. 





Fig. 6 SEM fractographs of roll sample HSM #9 showing (a) brittle features and small ductile zone as well as 
decohesion near graphite nodule and (b) essentially brittle area exhibiting intergranular cracking and cleavage 
steps; magnification lOOOx 

3.5 EPMA of Phases and Inclusions 

The EPMA of nodular graphite particles in roll samples HSMs #7, 9, 11, 14, and 16 revealed the presence of Al, Si, Mg, and 
Ca in addition to C, while graphite flakes in the other 11 spalled roll samples did not show the presence of Mg. This clearly 
indicated that magnesium was used as an inoculant for the manufacture of rolls exhibiting nodular iron in the 'shell' regions. 
The matrix regions in all the spalled roll samples, however, showed the presence of Fe, Si, Ni, and Cr. The back-scattered 
electron (BSE) image of typical nodular graphite particles observed in roll sample HSM #9 is shown in Fig. 7(a) at 180x. The 
corresponding x-ray dot-mapping images of C, Si, Cr, and Ni are shown in Fig. 7(b), (c), (d) and (e), respectively. 



Fig. 7 EPMA scans of nodular graphite particles in roll sample HSM #9 showing (a) BSE image, (b) C x-ray map, 
(c) Si x-ray map, (d) Cr x-ray map, and (e) Ni x-ray map; magnification 180x 

The EPMA investigations of typical NMls present in the spalled HSM roll samples revealed the existence of both TiN- and 
MnS-type inclusions. The BSE and x-ray dot mapping images of a typical TiN associated MnS inclusion found in roll sample 
HSM #3 (roll life = 38,045 tonnes) are shown in Fig. 8(a) to (d) at lOOOx magnification. It is expedient to mention that, 
although MnS inclusions were observed in many roll specimens, rolls exhibiting lower roll life were found to show a higher 
incidence of brittle and angular TiN inclusions. 


100 pim 












Fig. 8 EPMA scans of TiN associated sulfide inclusion in roll sample HSM #3 showing (a) BSE image, (b) Ti x-ray 
map, (c) Mn x-ray map, and (d) S x-ray map; magnification lOOOx 

Quantitative EPMA was carried out to determine the chemistry and also to ascertain the type of carbides present in the 
spalled HSM roll samples. For analytical authenticity, a number of carbides in each spalled roll sample were analyzed. Table 
4 shows the ZAF (Z: atomic number correction factor; A: absorption correction factor; F: fluorescence correction factor) 
corrected quantitative EPMA data of typical eutectic-type carbides observed in roll sample HSM #16. It can be seen from the 
aforesaid table that the carbon content of the carbide phase is 7.853 wt.%. The carbide essentially contains Fe (88.018 wt.%) 
and Cr (4.669 wt.%), with little amounts of Mn (1.149 wt.%) and Mo (0.201 wt.%). The atom percentage of carbon in this 
carbide is 27.912%, while the combined atom percentage of the other associated elements (i.e., summation of Fe, Mn, Cr, and 
Mo) in the carbide was found to be 72.088%. This implies that the carbide phase in the spalled roll samples was essentially of 
M 3 C type. 

Table 4 ZAF-corrected quantitative EPMA analysis of a typical M 3 C-type eutectic alloy carbide in roll 
sample HSM #16 


Concentration Concentration 

Element (wt.%) 

(at.%) 

K(%) 

ZAF 

Z 

A 

F 

C 

7.853 

27.912 

2.956 

2.6566 

0.8264 

3.2146 

1.0000 

Cr 

4.669 

3.833 

5.613 

0.8318 

1.0213 

1.0046 

0.8107 

Mn 

1.149 

0.893 

1.104 

1.0410 

1.0398 

1.0012 

1.0000 

Fe 

88.018 

67.273 

85.959 

1.0240 

1.0203 

1.0035 

1.0000 

Mo 

0.201 

0.089 

0.163 

1.2279 

1.1092 

1.1087 

0.9985 


101.890 

100.00 

95.796 

(PAC1) 

(PH-TX) 




K: intensity ratio of a particular element in unknown sample and a pure standard 
ZAF: atomic number, absorption, and fluorescence correction factor 
Z: atomic number correction factor 
A: absorption correction factor 
F: fluorescence correction factor 

PH-TX: Philibert-Tixier's formula for atomic number correction 
PACT file name for JEOF's quantitative analysis program for metals 

4. Conclusions 

The following conclusions have emerged from the present study. 

• Longer roll life is associated with a nodular graphite morphology in the shell (outer) portion of a roller; also, a graphite volume 
fraction 4 to 5% appears optimal. 

• Among the different types of microstmctural constituents observed in ICDP iron work rolls, the characteristics of the carbide 
phase have been found to exert a profound influence on roll spalling. 

• Microstmctural examination of low life rolls revealed pronounced microcracking of carbides. The tendency of such 
microcracking was particularly noticeable in higher hardness (>1100 VPN) carbides. 




• OIA revealed that higher life rolls exhibited lower carbide volume fractions (range: 20.60 to 30.20%; average: 25.05%) than 
lower life rolls, where the carbide volume fraction (range: 33.14 to 43.05%; average: 36.93%) was higher. Thus, although 
carbides are indispensable for hardness, abrasion, and wear resistance of ICDP iron work rolls, a higher carbide volume fraction 
may enhance fragmentation and microcracking propensity and, in turn, accentuate subsequent spalling. 
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Fracturing of Gray Iron Door-Closer Cylinder Castings Caused by Lack of Foundry 
Control Over Chemistry 



From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: Door-closer cylinder castings manufactured of class 30 gray iron were breaking during machining. The manufacturing source 
reported that a random sampling of castings from this lot had hardnesses from 180 to 210 HB. Based on the color of the components, 
heat treatment of these castings was suspected. Metallurgical examination on two representative castings supported the conclusions that 
the cracks in these gray iron door closers that were present either before or during the heat treatment were attributed to a substandard 
microstructure of the wrong type of graphite combined with excessive ferrite. This anomalous structure is caused by shortcomings in the 
foundry practice of chemical composition, solidification, and inoculation control. Judging from the microstructure, the strength of the 
material was lower than desired for class 30 gray iron, and the suspected heat treatment further reduced the strength. 
Recommendations included that the chemistry and inoculation should be controlled to produce type A graphite structure. The chemistry 
control should aim for a carbon equivalent close to 4.3% to achieve adequate fluidity for thin sections and to alleviate gas defects. 

Keywords: Cracking (fracturing); Cylinders; Foundry practice; Porosity 


Material: Class 30 (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


Door-closer cylinder castings manufactured of class 30 gray iron were breaking during machining. The manufacturing source 
reported that a random sampling of castings from this lot had hardnesses from 180 to 210 HB. Based on the color of the 
components, heat treatment of these castings was suspected. Metallurgical examination on two representative castings 
revealed the cause of failure. 

Investigation. The first casting (arbitrarily identified as fractured) had separated into three pieces (Fig. la). The outer- 
edge portion of the fractured surfaces exhibited a dark gray color, while other regions of the fractured surfaces had a light 
gray color. No defects or discontinuities were evident on this fractured casting. 



Fig. 1 Failed gray iron door-closer cylinder, (a) Overall view showing positions of fractures. 0.3x. (b) Parting line 
that was cracked on another casting. 1.5x 

The second casting (identified as cracked) was cracked along the parting line and through a region exhibiting the presence of 
a void. Further examination revealed that the bore was not centered, indicating a core-shift condition during casting. The void 
had characteristics of a gas defect. Figure 1(b) illustrates the conditions observed in this casting. 

The chemical composition of the so -called fractured casting was: 


Element 

Composition, % 

Carbon 

3.21 (a) 

Manganese 

0.62 






Phosphorus 

0.022 

Sulfur 

0.064 

Silicon 

2.05 

Nickel 

0.05 

Chromium 

0.09 

Molybdenum 

0.03 

Copper 

0.55 

Tin 

<0.02 

Vanadium 

0.05 

Iron 

rem 


This casting had a carbon equivale nt of 3.90. The composition of the cracked casting was: 


Element 

Composition, % 

Carbon 

3.25 (a) 

Manganese 

0.61 

Phosphorus 

0.024 

Sulfur 

0.060 

Silicon 

2.21 

Nickel 

<0.05 


Chromium 0.09 























Molybdenum 

0.04 

Copper 

0.55 

Tin 

<0.02 

Vanadium 

0.05 

Iron 

rem 


The carbon equivalent of the cracked casting was 3.99. These data indicate that both castings have a composition closer to 
class 40 than to class 30 gray iron. Although class 40 gray iron is normally stronger than class 30, the low combined carbon 
values (<0.8%) indicate a probable high-ferrite matrix. Because ferrite tends to lower the strength of the material, heat 
treatment may have been attempted to achieve the desired hardness. Hardness values were: 193 HB for the fractured casting 
and 184 HB for the cracked part. Both were within the expected hardness range for class 30 gray iron. 

Metallographic examination of the fractured casting revealed an ASTM type B and D graphite structure, with type B 
predominating (Fig. 2a). Type A graphite is the proper type for classes 30 and 40 gray iron. Types B and D graphite indicate 
a rapid cooling rate during solidification. The matrix microstructure was a mixture of pearlite and ferrite (Fig. 2b). The 
approximate 70% ferrite content is excessive for this type of cast iron. 






Fig. 2 Microstructures of the fractured door-closer cylinder casting, (a) Casting showing types B and D graphite. 
Fracture is at top, and outside surface is at left. As-polished. lOOx. (b) Pearlite/ferrite microstructure of casting 
containing about 70% ferrite. Etched with nital. 400x. (c) Same as (a), but etched with nital to reveal the ferrite 
skin indicative of decarburization. 53x 

The outer and fractured surfaces of the fractured casting had a predominantly ferritic condition indicative of decarburization. 
Although a ferrite skin can be expected on the outside cast surface, a ferrite layer along a fractured surface indicates the 
presence of the fracture during heat treatment with an oxidizing atmosphere. This suggests that the fracture was present 
before machining. Figure 2(c) shows the decarburized surface. 

The cracked casting had an essentially type D graphite structure with very little type B and no type A graphite. Figure 3(a) 
illustrates the graphite formations. Near the gas defect, temper carbon (Fig. 3b) was detected. Temper carbon gives evidence 
that the primary carbides had dissociated due to a heat treatment. In the area slightly removed from the gas defect, type D 
graphite predominated (Fig. 3c). The matrix structure consisted of pearlite, with approximately 70% ferrite (Fig. 4a). At the 
region of the observed gas defect, carbides were observed in the microstructure (Fig. 4b). 





Fig. 3 Microstructures of the cracked door-closer cylinder casting, (a) Fracture region showing predominantly type 
D graphite. This region was along the partling line of the thin section. 100x. (b) A primary type D graphite 
structure adjacent to the gas defect (bottom). The outside of the casting is at the top. 63x. (c) A zone remote 
from the gas defect; type D graphite predominates. lOOx. All as-polished 



Fig. 4 Microstructures of the cracked casting, (a) Ferrite/pearlite matrix is representative of the cracked casting. 
lOOx. (b) Structure of cracked casting adjacent to the gas defect. The white constituents in the dark pearlite zone 
are carbides. White regions in the fine type D graphite are ferrite. 400x. Both etched with nital 

Conclusions. The cracks in these gray iron door closers that were present either before orduring the heat treatment are 
attributed to a substandard microstructure of the wrong type of graphite combined with excessive ferrite. This anomalous 
structure is caused by shortcomings in the foundry practice of chemical composition, solidification, and inoculation control. 
Judging from the microstructure, the strength of the material was lower than desired for class 30 gray iron, and the suspected 
heat treatment further reduced the strength. 

Recommendations. The chemistry and inoculation should be controlled to produce type A graphite structure. The 
chemistry control should aim for a carbon equivalent close to 4.3% to achieve adequate fluidity for thin sections and to 
alleviate gas defects. 
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Failure of Three Valve Body Castings 

George M. Goodrich, Taussig Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Three sprinkler system dry pipe valve castings (class 30 gray iron), two that had failed in service and one that had been rejected 
during machining because of porosity, were submitted for examination. The two failures consisted of cracks in a seating face. All three 
were from the same heat. Visual examination showed that the casting had cracked through a thin area in the casting sidewall. Evidence 
of a sharply machined corner at the fracture site was also discovered. Tensile testing and metallographic analysis revealed no 
metallurgical cause for the failure. It was recommended that the manufacturer work with the foundry to evaluate the criticality of core 
placement and to eliminate the undesired thin section. 

Keywords: Foundry practice; Sprinklers; Valves 


Material: Class 30 (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


Background 

Three gray iron dry pipe valve castings were submitted for metallurgical analysis. Two of the valves had failed in service; the 
third had been rejected by the manufacturer because of porosity found during machining. The valves were reportedly from the 
same heat. 

Testing Procedure and Results 

Surface examination 

Visual. The submitted valves were visually examined to determine the crack location. The crack in casting 1 was found in 
the drain area. The crack extended radially through the seating surface and the internal casting wall adjoining the drain. 
Figure 1 illustrates the crack observed on the top of the seating surface in casting 1. Figure 2 documents the crack 
propagation through the seating surface to the cavity below; Fig. 3 illustrates the depth of the crack through the wall of the 
casting and location of the crack with reference to the casting drain. 



Fig. 1 Overall view of casting I, showing the general location of the crack 


Fig. 2 Detailed view, showing crack extending into the cavity 



Fig. 3 Crack extending from the seating surface inner diameter through the wall of the casting into the drain area 
The mating ring was removed from casting 2 to identify crack locations. Radial fractures were located in the seating surface 
in a location similar to that found in casting 1. 

Macrofractography. A section containing the seating surface above the cavity and a portion of the adjacent casting wall 
were removed to expose the fracture surface found in casting 1. The area removed displayed a reduced wall section at the 

3 

fracture site. The minimum section thickness was 9.5 mm (8 in.) through the fractured area. Adjacent walls, by comparison, 
5 

were 16 mm (8 in.) thick. Figure 4 illustrates the fractured surface in the thin section. The arrows indicate minimum section 
thickness. The fractured surface revealed no identifiable fracture origin. No voids from shrinkage or misruns were observed. 




Fig. 4 View of fractured surface. Arrows indicate area of reduced wall thickness. 

5 

The same internal wall area was removed from the other two castings. The minimum thickness was 16 mm (8 in.) in casting 

2 and 13 mm (2 in.) in casting 3. Casting 2 exhibited a sharp 90° machined corner on the outer diameter of the seating 
surface. A more generous radius had been machined in the other casting. Figure 5 illustrates the section removed from casting 
2. The arrow indicates the sharp corner at the outer edge of the seating surface. Gray iron is notch sensitive and can easily fail 
at stress risers such as sharp corners. 



Fig. 5 View of removed section above cavity adjacent to drain. Arrow indicates sharp machined corner and outer 
diameter of seating surface. 

Figure 6 represents the section removed from casting 3. The outer diameter of the seating surface had been machined with a 
radius rather than a sharp corner. In comparing Fig. 4, 5, 6, note the variation in wall thickness between the seating surface 
and the cavity for the three castings. 



Fig. 6 Section removed from area over cavity adjacent to drain in valve 3. Arrow indicates corner with desired 
radius. 

Metallography 

Two sections were removed from casting 1 for metallographic analysis. One section was taken from the top flange of the 
casting to represent the general microstructure of the casting. A second section was taken from the fracture site to be 
examined for detrimental conditions capable of inducing or contributing to cracking. The samples were mounted and 
metallographically prepared and were examined in the unetched and etched conditions. 

The unetched structure in the sample taken from the fractured area contained flake graphite (ASTM type A, sizes 3 to 4). 
Type A flake graphite is preferred for optimum mechanical properties. Figure 7 illustrates the graphite type and size observed 
in the fractured sample. No significant differences were discovered in the graphite type and size observed in the sample taken 
from the flange. No evidence of cold shuts, shrinkage voids, slag, or dross was observed at the fracture site. 



Fig. 7 Micrograph showing flake graphite observed in the fractured sample. Unetched. 62x 
Etching revealed a matrix of lamellar pearlite in both samples. The presence of steadite was also noted. No evidence of 
steadite networks was found along the fractured surface of the sample. Primary carbides or ferrite constituents were not 
visible. No significant differences between the body of the casting and the fracture area was observed. Examination of both 
samples revealed microstructures typical of class 30 gray iron with no metallurgical defects. Figure 8 illustrates the etched 
microstructure. 



Fig. 8 Micrograph showing matrix microstructure of fractured sample. Dark constituent is pearlite; lighter 
constituent is steadite. Nital etch. 248x 

Chemical analysis/identification 

A portion removed from the top flange of casting 1 was subjected to quantitative chemical analysis. The results, presented in 
Table 1, indicated that casting 1 had a composition typical of a class 30 gray iron. 

Table 1 Results of chemical analysis 


Element 

Percent 

Total carbon 

3.49 

Combined carbon 

0.73 

Manganese 

0.58 

Phosphorus 

0.096 

Sulfur 

0.118 

Silicon 

1.59 




Nickel 

0.11 

Chromium 

0.14 

Molybdenum 

0.04 

Copper 

0.26 

Tin 

<0.02 

Vanadium 

0.01 


Mechanical properties 

Tensile Properties. A tensile test specimen was machined from the top flange of casting 1. Tensile strength was 
determined to be 205 MPa (29.8 ksi), which is characteristic of a class 30B gray iron casting with a wall thickness of 13 mm 

(2 in.). 

Discussion 

Cracking was not caused by the metallurgical quality of the castings. The submitted castings were manufactured from gray 
cast iron with metallurgical characteristics and quality representative of the designated class 30B gray iron. Mechanical 
properties, composition, and microstructure were judged to be typical of class 30 gray iron. Metallographic analysis also 
revealed no evidence of metallurgical defects, such as cold shuts, voids, or slags, in the body of the casting or at the fracture 
surfaces. 

Conclusion and Recommendations 

Most probable cause 

Two separate nonmetallurgical conditions caused failures. A thin section was observed at one fracture site—the consequence 
of core placement, core assembly, or shift. Evidence of core placement differences was apparent in the three castings (Fig. 4, 
5, 6). The thin section resulting from the core placement caused the failure of casting 1. A sharp machined corner on the 
seating surface was responsible for the failure of casting 2. 

Remedial action 

It was recommended that the manufacturer work with the foundry to evaluate the criticality of core placement and to 
eliminate the undesired thin section. Avoiding sharp corners is also critical in a notch-sensitive material such as gray iron. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Fracture of Teeth in an Oil-Pump Gear Because Ductility Was Inadequate for 
Shock Loading in Service. 




From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: Two oil-pump gears broke after 4 months of service in a gas compressor that operated at 1000 rpm and provided a discharge 
pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and stops. The large gear was sand cast from 
class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The smaller gear was sand cast from ASTM A536, grade 100- 
70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) at 241 HB. Analysis (visual inspection and metallographic examination) 
supported the conclusion that excessive beam loading and the lack of ductility (brittle fracture of the teeth) in the gray iron gear teeth 
were the primary causes of fracture. During subsequent rotation, fragments broken from the gray iron gear damaged the mating ductile 
iron gear. Recommendations included replacing the large gear material with ASTM A536, grade 100-70-03, ductile iron to be normalized 
at 925 deg C (1700 deg F), air cooled, reheated to 870 deg C (1600 deg F), and oil quenched. The larger gear should be tempered to 
200 to 240 HB, and the smaller gear to 240 to 280 HB. 

Keywords: Gears; Materials selection; Oil pumps; Residual stress 


Materials: 100-70-03 (Ductile (nodular or spheroidal graphite) cast iron), UNS F34800; Class 40 (Gray (flake or lamellar graphite) cast 
iron), UNS F12801 


Failure types: Casting-related failures; Brittle fracture 


The two oil-pump gears shown in Fig. 1 broke after 4 months of service in a gas compressor that operated at 1000 rpm and 
provided a discharge pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and stops. The 
large gear was sand cast from class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The smaller gear was 
sand cast from ASTM A536, grade 100-70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) at 241 HB. 

Ductile iron, grade 100-70-03 

Diamefrol pitch, 8; pitch diameter, 6.5 in.; 
face width, 0.75 in.; bore diameter, 0.875 in. 


( 



Gray iron, class 40 

Diametral pitch, 8; pitch diameter, 8.0 in.; 
face width, 1.25 in.; bore diameter, 4.43 in 



(b) 


Fig. 1 Sand-cast oil-pump gears, (a) ASTM A536, grade 100-70-03, ductile iron, (b) Class 40 gray iron that 
fractured because of improper material selection. 0.25x 

Investigation. Visual examination of the larger gear revealed that several teeth had cracked and fractured at the root and 
that many other teeth were crushed and pitted at the top. The smaller gear displayed one area in which a segment of the rim 
had broken away. The remainder of the teeth on this gear showed relatively little wear in light of the battered condition of the 
larger gear with which it meshed. 

Metallographic examination disclosed that both gears had normal microstructures. The ductile iron consisted of a pearlitic 
matrix containing well-shaped nodules of graphite generally surrounded by ferrite envelopes. The gray iron exhibited a 



pearlitic matrix containing type A graphite flakes. There were no metallurgical causes of failure other than the inherent 
brittleness of gray iron, and there was no evidence of machining imperfections that could have contributed to the fractures. 
Conclusions. Brittle fracture of the teeth of the gray iron gear resulted from high-impact loading that arose from the 
sudden starts and stops of the compressor. During subsequent rotation, fragments broken from the gray iron gear damaged the 
mating ductile iron gear. Excessive beam loading and the lack of ductility in the gray iron gear teeth were the primary causes 
of fracture. 

Corrective Measures. Both gears were subsequently cast from ASTM A536, grade 100-70-03, ductile iron and were 
normalized at 925 °C (1700 °F), air cooled, reheated to 870 °C (1600 °F), and oil quenched. The larger gear was tempered to 
200 to 240 HB, and the smaller gear to 240 to 280 HB. These hardness levels provided the desired resistance to shock and 
wear yet retained high strength and good ductility. No further gear failures occurred. 

Casting Design. The shape of a casting can contribute to residual stresses if it entails sections of markedly different 
thicknesses, which can undergo different cooling rates in the mold. This effect can be minimized if the thinner sections are 
well insulated so that they cool at a lower rate. The use of chills to accelerate cooling of heavy sections can also be helpful. 
Stress relief can diminish internal stresses if the cast alloy is amenable to such treatment. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 
B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 671— 
699 


Corrosion Fatigue and Subsequent Rupture of a Yankee Dryer Roll on a Modified 
Paper Machine 

Mark H. Gilkey, Factory Mutual Research Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A steain-pressurized Yankee dryer shell ruptured during normal operation. The dryer was used for final drying of soft paper-like 
sheet material. Cracking had occurred around much of the circumference at the drive end of the shell, which measured 3.7 m (12 feet) 
in diameter by 3.4 m (11 feet) long and had ahead bolted to each end. Tlw crack initiate data 90 deg corner in contact with the edge of 
the head. The material was a hardened gray cast iron containing 2.8% Ni and 1.2% Mo. Visual, nondestructive, metallographic, and 
chemical analyses were conducted. It was concluded thatfailure occurred after corrosion fatigue cracking had weakened the shell. It was 
recomnwnded that similar Yankee dryers be ultrasonically examined at the edge of the shell to determine whether cracking had initiated. 
Modiftcation of the head-to-shell joint was also recommended. 

Keywords: Bolted joints; Shells (structural forms) 


Material: Class 60 (Gray (flake or lamellar graphite) cast iron) 


Failure type: CorTOSiOn fatigue 


Background 

A steam-pressuiized shell in a paper-drying machine ruptured during normal operation. 

Applications 

Paper machines producing soft types of paper (tissue and toweling) or similar products utilize a single large Yankee dryer for 
final drying of the paper sheet. This Yankee dryer was internally Ceased with steam at 450 kPa (65 psig) and was operated at 
9 rev/min. 


Circumstances leading to failure 
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The machine was operating normally, 2h after a warm startup from a brief shutdown period. Rupture occurred without 
warning and resulted in 30% of the shell material separating from the dryer, as shown in Fig. 1. 



Fig. 1 Diagram of Yankee dryer, showing section of the shell that ruptured in service. 

Pertinent specifications 

The component was designed according to the provisions of ASME SA-278, “Specification for Gray Iron Castings for 
Pressure Containing Parts for Temperatures up to 650 °F,” Class 60. 

Performance of other parts in same or similar service 

Yankee dryers are typically used for many years (often more than 50), until the shell thickness is reduced below a minimum 
acceptable value by the periodic regrinding of the working surface. Although shell or head fracture is unusual, there has been 
at least one reported instance of cracking at a differently designed head-to-shell joint because of the wedging effect of 
corrosion products. 

Specimen selection 

The fracture appeared to have initiated at a circumferential notch along the drive edge of the shell. The notch is shown in Fig. 
2. A sample was removed from the edge of the largest shell section, adjacent to the fracture. This sample was selected 
because of a large indication detected during ifitrasoriic examination. 




Fig. 2 Diagram of cross section through head-to-shell joint. Arrow indicates suspected fracture origin. 

Visual Examination of General Physical Features 

All fracture surfaces had the appearance of biittle fracture. The entire exposed edge of the shell exhibited general and pitting 
corrosion. It was also covered with a thin, uniform layer of corrosion products. The gap between the ID of the shell and the 
edge of the head was completely filled with a hard, densely packed material, presumably a mixture of corrosion products and 
foreign deposits. 

The OD surface (face) of the shell was smooth and free of corrosion products. This was the working surface in contact with 
the product, and it was well maintained. 

Testing Procedure and Results 

Nondestructive evaluation 

Ultrasonic Examination. Within days of the failure, sections of the ruptured Yankee dryer were examined using 
ultrasonic flaw detection methods. The examination focused on the edges of the shell and the circumferential notch between 
the shell overhang and the bolting flange. 

At the drive, or “untended,” edge of the shell, crack indications were discovered around 270° of the circumference. A 
diagram of the shell edge, featuring the indication and the ultrasonic transducer, is shown in Fig. 3. 



ULTRASONIC 

TRANSDUCER 



Fig. 3 Diagram depicting ultrasonic inspection of the shell and location of the indication. 

Surface examination 

Visual. The fracture surfaces observed at the mill indicated a brittle fracture. The fracture pattern and the fracture surface 
morphology indicated the initiation point to be at the edge of the shell on the drive side of the machine. A sample was 
subsequently removed from this location. 

Corrosion Patterns. The as-received sample is shown in Fig. 4 and 5. The thick scale of corrosion products plus deposits 
where the shell overhang formed a narrow gap with the edge of the head is visible in Fig. 5 (arrow). The maximum scale 
thickness was determined to be 3.7 mm (0.145 in.).The corner notch between the overhang and bolting flange was covered 
with corrosion products. There was no visual evidence of a crack. 







Fig. 5 Pitted edge of the shell and the surfaces that were in contact with the head. Arrow indicates the thick layer 
of corrosion products in the head-shell gap. 

Metallography 


Microstructural Analysis. The unetched microstructure of the sample presented in Fig. 6 consisted of graphite flakes in 
an iron matrix, typical of gray cast iron. Etching in 2% nital revealed a bainite matrix with scattered massive carbides (Fig. 7). 




Fig. 6 Micrograph showing graphite flakes characteristic of gray cast iron. Unetched. 64x. 



Fig. 7 Micrograph of the same area shown in Fig. 6 after etching in nital. Matrix microstructure is bainite with 
scattered carbides. 64x. 

Crack Origins/Paths. The location and size of the crack are highlighted in the cross section of the submitted sample 
shown in Fig. 8. The location was exactly as predicted by ultrasonic examination. A sample containing the entire crack was 
later removed and cold mounted in epoxy. The mounted and polished sample is shown in Fig. 9. It is evident that, although 
the propagation path is jagged on a local scale, it is generally linear. There is no evidence of crack branching, but there is a 
secondary surface crack that joins the primary crack. The primary crack is significantly wider at the surface than near the tip. 




Fig. 8 Section through sample. Arrow points to crack at 90° corner of shell. 



Fig. 9 Mounted and polished sample containing the crack. 

Corrosion Morphology. The two cracks are shown in Fig. 10. The primary crack was partially filled with corrosion 
products. Near the crack tip, the crack was filled with corrosion products and clearly propagated along some of the graphite 
flakes (Fig. 11). This tendency to follow the weak graphite flakes was the likely cause of the jagged propagation path seen in 
Fig. 9. The presence of corrosion products indicated that the crack had existed for a significant period of time and was not 
formed during the rupture incident. 












Fig. 11 Photomicrograph of the crack near the tip. The crack propagated along a graphite flake, which caused it to 
change direction. Nital etch. 172. 5x. 

Chemical analysis/identification 

Material. The shell material was analyzed for its chemical composition, which was found to be Fe-2.76C-l.7Si-2.72Ni- 
1.23Mo-0.94Mn-0.7Cu-0.04Cr-0.07P-0.1 IS. The cast iron was alloyed with nickel and molybdenum to make it hardenable to 
a tensile strength near 410 MPa (60 ksi). 

Corrosion or Wear Deposits. The thick scale of corrosion products from the head-shell gap was analyzed using 
qualitative emission spectroscopy. It was determined to have a composition similar to the shell chemistry presented above, 
but with minor amounts of (in decreasing order) lead, sodium, calcium, magnesium, aluminum, and titanium. The lead was 
probably from a sealing compound used during assembly of the dryer. The other elements presumably originated in the 
product, the process water, or the sealing compound. 

Associated Environments. A sample of the product was analyzed and shown to contain iron, sodium, and titanium. 

Mechanical properties 

Tensile Properties. Machined tensile specimens were also tested. Four tests produced a range of ultimate tensile strength 
from 350 to 400 MPa (51 to 58 ksi). The average was 375 MPa (54 ksi), which was below the minimum specified value of 
410 MPa (60 ksi). 

Discussion 

The fracture pattern and the appearance of the fracture surfaces indicated that the fracture had initiated at the drive edge of the 
shell. Ultrasonic examination of this area revealed a crack indication around most of the circumference. The indication was 
located at a sharp corner (notch) at thejunction of the bolting flange and the overhang. 

Across section through the shell edge confirmed the presence of a crack at the corner. The overall linear propagation, free of 
branching, and the presence of corrosion products throughout the crack indicated that it initiated and propagated by a 
corrosion fatigue mechanism. 

Conclusion and Recommendations 

Most probable cause 

The Yankee dryer ruptured when a circumferential corrosion fatigue crack reached a critical size. Cracking occurred because 
of the combination of the corrosive environment inherent in the manufacturing process and the cyclic stresses of normal 
operation, such as dryer rotation and periodic startups. Significant static stress also was applied to the crack initiation site by 
the pressure of oxides forming at the surfaces of the already filled head-shell gap. The iron to hydrated iron oxide 
transformation involves a significant increase in volume, which resulted in a buildup of static stress in the 90° corner of the 
shell. 

How failure could have been prevented 

Ultrasonic examination of the shell, especially at the head-shell joint area, could have detected the crack before it reached a 
critical size. It is likely that the crack propagated for at least several months prior to the rupture incident. Annual or 
semiannual inspection may have detected the cracking. 

The visibly corroded condition of the external surfaces adjacent to the head-shell joint also should have alerted the operators 
and/or inspectors of the dryer to the need for further inspection, including ultrasonic examination. It is known in the pulp and 
paper industry that such corrosion can indicate corrosion product buildup in the joint, which can lead to shell and head 
cracking. 
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Damaged Impellers in a Rotary Pump 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Two damaged impellers made of austenitic cast iron came from a rotary pump used for pumping brine mixed with drifting sand. 
On one of the impellers, pieces were broken out of the back wall in four places at the junction to the blades. The fracture edges followed 
the shape of the blade. Numerous cavitation pits were seen on the inner side of the front wall visible through the breaks in the back wall. 
The back wall of the as yet intact second impeller which did not show such deep cavitation pits was cracked in places along the line of 
the blades. The microstructure consisted of lamellar graphite and carbides in an austenitic matrix, and was considered normal for the 
specified material GGL NiCuCr 15 6 2. It was concluded that the cause of the damage was porosity at the junction between back wall and 
blades arising during the casting process. Cavitation did not contribute to fracture but also could have led to damage in the long term in 
the case of a sound casting. It is therefore advisable in the manufacture of new impellers to take care not only to avoid porosity but also 
to use alloy GGL NiCuCr 15 6 3, which has a higher chromium content and is more resistant to cavitation. 

Keywords: Alloy cast iron; Impellers; Rotary pumps 


Material: GGL NiCuCr 15 6 2 (Gray (flake or lamellar graphite) cast iron) 


Failure type: Cavitation wear 


The two damaged impellers made of austenitic cast iron came from a rotary pump used for pumping brine mixed with drifting 
sand. On one of the impellers, pieces were broken out of the back wall in four places at the junction to the blades. The 
photograph in Fig. 1 shows that the fracture edges follow the shape of the blade. Numerous cavitation pits can be seen on the 
inner side of the front wall visible through the breaks in the back wall. The back wall of the as yet intact second impeller 
which did not show such deep cavitation pits was cracked in places along the line of the blades, as shown in Fig. 2. 
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Fig. 2 Cracks in the back wall of impeller II following the shape of the blades. 3x 
The microstructure illustrated in Fig. 3 showing lamellar graphite and carbides in an austenitic matrix can be considered 
normal for the specified material GGL NiCuCr 15 6 2. 
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Fig. 3 Microstructure of a specimen from impeller I. Etched with V2A pickle. 500 x 
A specimen for metallographic examination was taken from one of the fracture edges. It was found that the material in this 
region was in the final stages of disintegration (Fig. 4). A further section was taken through an as yet unbroken region, the 
essential portion of which is shown at low magnification in Fig. 5. On the left marked •*— cavitation pits can be seen on the 

\ 

internal surface of the front wall and on the right marked casting pores in the region corresponding to Fig. 4. It should 
be mentioned here that even when the specimens were cut carefully with a water cooled cutting wheel the stem in the brittle 
porous zone crumbled away and only at the third attempt was it possible to obtain a suitable whole specimen for examination. 
A section through a cracked region of the second impeller revealed a porous zone in the corresponding position. 
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Fig. 5 Cavitation pits (^) and porous zones in an unetched transverse section from an as yet unfractured 
region of impeller I. 2.5 x 

Fig. 6 shows a section of a cavitation region. The absence of corrosion products confirms that the surface here has been 
damaged by cavitation. 



Fig. 6 Microsection from a cavitation zone. 100 x 

From the results of the investigation it can be concluded that the cause of the damage is the porosity at the junction between 
back wall and blades arising during the casting process. Cavitation has not contributed to fracture but could also have led to 
damage in the long term in the case of a sound casting. It is therefore advisable in the manufacture of new impellers to take 
care not only to avoid porosity but also to use alloy GGL NiCuCr 15 6 3 which has a higher chromium content and which is 
more resistant to cavitation. 

Related Information 

Y. Chen, Cavitation Erosion, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 1002- 
1012 


Coolant Leakage Through a Cylinder-Head Exhaust Port Caused by Shrinkage 
Porosity 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 

Abstract: An engine cylinder head failed after operating just 3.2 km (2 miles) because of coolant leakage through the exhaust port. Visual 
examination of the exhaust ports revealed a casting defect on the No. 7 exhaust-port wall. A 0.9x examination of an unpolished, 
unetched longitudinal section through the defect indicated shrinkage porosity. This defect was found to interconnect the water jacket and 



the exhaust gas flow chamber. No cracks were found by magnetic-particle inspection. The gray iron cylinder head had a hardness of 229 
HB on the surface of the bottom deck. The microstructure consisted of type A size 4 flake graphite in a matrix of pearlite with small 
amounts of ferrite, this evidence supported the conclusion that the cylinder-head failure resulted from the presence of a casting defect 
(shrinkage) on the No. 7 cylinder exhaust-port wall interconnecting the water jacket with the exhaust-gas flow chamber. No 
recommendations were made. 

Keywords: Castings; Cylinder heads; Porosity; Shrinkage 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-reiated failures 


An engine cylinder head failed after operating just 3.2 km (2 miles) because of coolant leakage through the exhaust port. 


Investigation. The left-bank cylinder head was submitted for examination because of coolant leakage into the exhaust 
port. Visual examination of the exhaust ports revealed a casting defect on the No. 7 exhaust-port wall. A longitudinal section 
through the defect indicated shrinkage porosity. This defect was found to interconnect the water jacket and the exhaust gas 
flow chamber (Fig. 1). 



Fig. 1 Section from a failed cylinder-head exhaust port. The shrinkage porosity allowed engine coolant to leak into 
the exhaust port. Not polished, not etched. 0.9x 

No cracks were found by magnetic-particle inspection. The gray iron cylinder head had a hardness of 229 HB on the surface 
of the bottom deck. The microstructure consisted of type A size 4 flake graphite in a matrix of pearlite with small amounts of 
ferrite. 

Conclusion. The cylinder-head failure resulted from the presence of a casting defect (shrinkage) on the No. 7 cylinder 
exhaust-port wall interconnecting the water jacket with the exhaust-gas flow chamber. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Cracking in a Gray Iron Cylinder Head Caused by Microporosity. 

From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Voi 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: A cracked cylinder head was removed from an engine after approximately 16,000 km (10,000 miles) of service. The cylinder head 
was magnetic particle inspected by both the head and coil methods. The head was cracked on the rocker-arm pan rail next to the No. 3 
intake port. The crack extended into the water jacket on the rocker-arm side of the head. Visual inspection did not reveal any indication 
of material deformation or mishandling. No indication of internal discontinuities could be seen during optical examination. Wall thickness 
at the thinnest section of failure measured 5.3 mm (0.210 in.). The specification minimum is 4.6 mm (0.180 in.). 100x/400x (etched 
with 2% nital) metallographic examination of three crack specimens showed that the microstructures consisted of predominantly types A 
and B graphite, flake size 4 to 6, in a matrix of medium-to-fine lamellar pearlite. The specimen taken near the No. 3 intake port has a 


higher-than-usual amount of free ferrite. This evidence supported the conclusion that the cracking was attributed to microporosity in the 
casting material. No recommendations were made. 

Keywords: Cracking (fracturing); Cylinder heads; Microporosity 

Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


A cracked cylinder head was removed from an engine after approximately 16,000 km (10,000 miles) of service. This cylinder 
head was submitted for failure analysis to determine the cause of cracking. 

Investigation. The cylinder head was magnetic particle inspected by both the head and coil methods. No indications were 
present on the cylinder head except those shown in Fig. 1 and 2. The head was cracked on the rocker-arm pan rail next to the 
No. 3 intake port. The crack extends into the water jacket on the rocker-arm side of the head. Visual inspection did not reveal 
any indication of material deformation or mishandling. The crack was opened for examination, and no indication of internal 
discontinuities could be seen during optical examination. Wall thickness at the thinnest section of failure measured 5.3 mm 
(0.210 in.). The specification minimum is 4.6 mm (0.180 in.). 




Fig. 1 Crack in a gray iron cylinder head, (a) Crack on side of head next to intake manifold No. 3. (b) Another 
view of the same crack, which ends at the water jacket vent plug. Both 0.5x 




Fig. 2 Additional views of the failed cylinder head shown in Fig. 1. (a) Fracture surface observed when the crack 
shown in Fig. 1 was opened. 0.5x. (b) Specimen taken from area adjacent to the vent plug showing microporosity. 
Etched with 2% nital. 100x. (c) Same as (b), but at a higher magnification. 400x 


The hardness at the bottom deck of the cylinder head was 217 HB. The hardness at the pan rail adjacent to the crack was 217 
HB. This hardness is within the specified range of 192 to 241 HB. The chemical composition of this cylinder head as 
determined by spectrographic analy sis was: 


Element 

Composition, % 

Carbon 

3.34 

Manganese 

0.55 

Phosphorus 

0.019 

Sulfur 

0.081 

Silicon 

2.22 

Chromium 

0.16 

Nickel 

0.038 

Molybdenum 

0.024 

Copper 

0.06 

Antimony 

0.03 

Iron 

rem 


Three specimens for metallographic examination were taken from the crack: one from the rocker-arm pan rail, one from the 
area next to the plug in the water jacket, and one from the area next to the No. 3 intake port. All sections were made 
perpendicular to the fracture plane. Microporosity was found intersecting the crack in the sections taken from the water jacket 
next to the plug and the area next to the No. 3 intake port. Figures 2(b) and 2(c) show the microstructure of the specimen 
taken from near the plug. A wave of microporosity travels midway between the inner and outer surfaces of the casting. It 
varies in width from 3.8 mm (0.150 in.) at the fracture to 7.6 mm (0.30 in.) at the specimen section edge on the sample taken 
next to the plug. There was no indication of microporosity in the specimen taken from the rocker-arm rail. 

The microstructures consist of predominantly types A and B graphite, flake size 4 to 6, in a matrix of medium-to-fine 
lamellar pearlite. The specimen taken near the No. 3 intake port has a higher-than-usual amount of free ferrite, approximately 
5 to 10%. 

Conclusion. The cracking is attributed to microporosity in the casting material. The high operational stresses of the engine 
acting on a material discontinuity, such as microporosity in a web member, can produce cracking. 

Related Information 


Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 




Brittle Fracture of a Gray Iron Nut Due to Overload Caused by Misalignment in 
Assembly 

From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: A sand-cast gray iron flanged nut was used to adjust the upper roll on a 3.05-m (10-ft) pyramid-type plate-bending machine. The 
flange broke away from the body of the nut during service. Analysis (visual inspection and 150x micrographs of sections etched with 
nital) supported the conclusions that brittle fracture of the flange from the body was the result of overload caused by misalignment 
between the flange and the roll holder. The microstructure contained graphite flakes of excessive size and inclusions in critical areas; 
however, these metallurgical imperfections did not appear to have had significant effects on the fracture. Recommendations included 
carefully and properly aligning the flange surface with the roll holder to achieve uniform distribution of the load. Also, a more ductile 
metal, such as steel or ductile iron, would be more suitable for this application and would require less exact alignment. 

Keywords: Bending machines; Castings; Nuts (fasteners) 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Brittle fracture 


The sand-cast gray iron flanged nut shown in Fig. 1(a) was used to adjust the upper roll on a 3.05-m (10-ft) pyramid-type 
plate-bending machine. The flange broke away from the body of the nut during service. 




Frocture 


Flange 


Body, 15 diam 


Fracture 

surface 


Section B-B 


View A-A (fractured flange) 




Fig. 1 Sand-cast gray iron flanged nut that failed by brittle fracture, (a) Flanged nut, which was used to adjust a 
plate-bending roll, and the flange that fractured from the body. Dimensions given in inches, (b) Micrograph of a 
specimen from the flange showing coarse pearlite matrix, large graphite flakes (arrow A), manganese sulfide 
inclusions (arrow B), and silicate inclusions (arrow C). Etched with nital. 150x 

Investigation. Visual examination of the flange disclosed that the fracture was circumferential, extending diagonally from 
the threaded interior to the fillet where the flange joined the body of the nut (Section B-B, Fig. la); the fracture surface 
intersected the threads about 25 mm (1 in.) from the flange face. There were also four radial cracks in the flange, one of 
which (crack 4, View A-A, Fig. la) passed through the flange completely. None of the cracks entered the body of the nut. 
Metallographic examination of a nital-etched specimen taken from the flange (Fig. lb) revealed a matrix of coarse pearlite. 
Graphite flakes were distributed and oriented randomly, but were undesirably large. Several types of inclusions were 
observed, including sulfides, oxides, phosphides, and silicates. A large inclusion, believed to be manganese sulfide, was 
found along a prior-austenite grain boundary located on the surface of crack 2 at an inside corner. Sizable areas of iron sulfide 
were identified in the surface of crack 4. No evidence of ductility was found in any of the fracture surfaces, a condition to be 
expected in this material. 

Discussion. The coarseness of the graphite flakes and the presence of sizable inclusions constituted features of the 
microstructure that were not entirely satisfactory yet did not appear severe enough to have caused failure of such a large 
flanged nut. Because gray iron has little ductility and is susceptible to fracture by shock loads in bending, the roughly 
symmetrical array of radial cracks leading from the main fracture face suggested that the flange had been subjected to 
bending. 

The evidence indicated that the nut had been seated improperly against the roll holder (a result of careless installation, not of 
improper contours of the nut), which created a bending load at a point between cracks 1 and 4. Because of the low ductility of 
the material, redistribution of the load could occur only through crack initiation. This behavior may have been encouraged by 
inclusions near the surface, which served as stress raisers. After cracks 1 and 4 had started, the load shifted, and stresses were 
built up on the opposite side of the flange such that cracks 2 and 3 were initiated. 

Conclusions. Brittle fracture of the flange from the body was the result of overload caused by misalignment between the 
flange and the roll holder. The microstructure contained graphite flakes of excessive size and inclusions in critical areas; 
however, these metallurgical imperfections did not appear to have had significant effects on the fracture. 
Recommendations. The flange surface should be carefully and properly aligned with the roll holder to achieve uniform 
distribution of the load. A more ductile metal, such as steel or ductile iron, would be more suitable for this application and 
would require less exact alignment. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis and 
Prevention, Vol 11 , ASM Handbook, ASM International, 2002, p 587-626 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 671— 
699 


Corrosion-Fatigue Cracking of Gray Iron Cylinder Inserts From a Water-Cooled 
Locomotive Diesel Engine. 

From: L.E. Alban et a!., Source Book in Failure Analysis, American Society for Metals, 1974, as published in J.J. Snyder, Failures of Iron 
Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: Cracks formed on cylinder inserts from a water-cooled locomotive diesel engine, on the water side in the neck between the 
cylindrical part and the collar. Cracks were revealed by magnetic-particle inspection. As a rule, several parallel cracks had appeared, 
some of which were very fine. The part played by corrosion in the formation of the cracks was demonstrated with the help of 
metallographic techniques. The surface regions of the cracks widened into funnel form, which is a result of the corrosive influence of the 
cooling water. Actual corrosion pits could not be found indicating that the vibrational stresses had a greater share in the damage than 
the corrosive influence. Cracks appeared initially only in those engines in which no corrosion inhibitor had been added to the cooling 
water. The cracking was caused by corrosion fatigue. The combined presence of a corrosive medium and cyclical operating stress was 
needed to cause cracks. No cracks appeared when corrosion inhibitor was added to the cooling water. 

Keywords: Corrosion prevention; Inhibitors; Water chemistry 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: CorTOSiOn fatigue 



On cylinder inserts from a water-cooled locomotive diesel engine, cracks formed on the water side in the neck between the 
cylindrical part and the collar. 

Investigation. Cracks in the region between the cylindrical part and the collar were revealed by magnetic-particle 
inspection (Fig. la). As a rule, several parallel cracks had appeared, some of which were very fine. These cracks are shown in 
Fig. 1(b) on a section of the collar subjected to magnetic-particle inspection. 



Fig. 1 Cracked cylinder insert collar, (a) Collar with cracks. 0.75x. (b) Section of the collar shown in (a); a 
magnetic-particle test on a white-painted section. 0.6x. Source: Ref 1 

Figure 2 shows a representative metallographic section of a crack in the unetched and etched conditions. The surface regions 
of the cracks widened into funnel form, as shown. The widening at the surface is a result of the corrosive influence of the 
cooling water. Actual corrosion pits, which often occur in corrosion-fatigue cases, could not be found. This observation 
indicated that in the present case the vibrational stresses had a greater share in the damage than the corrosive influence. 
Although all of the inserts investigated had the same mechanical properties, cracks appeared initially only in those engines in 
which no corrosion inhibitor had been added to the cooling water. It must therefore be assumed that the fatigue strength of the 
cast iron was considerably reduced by the corrosiveness of the cooling medium. In this case also, the part played by corrosion 
in the formation of the cracks could be demonstrated only with the help of metallographic techniques. 



Fig. 2 Structure of the insert collar shown in Fig. 1. (a) Corrosion-fatigue crack; as-polished section showing the 
flake graphite form. 20x. (b) Section etched with 3% nital; at the corrosion-fatigue crack, the structure is pearlite 
and ferrite. 75x. Source: Ref 1 

Conclusion. The cracking was caused by corrosion fatigue. The combined presence of a corrosive medium and cyclical 
operating stress was needed to cause cracks. When corrosion inhibitor was added to the cooling water, no cracks appeared. 
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Failure of a Gray Iron Pump Bowl Because of Graphitic Corrosion from Exposure 
to Well Water 


From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: Deterioration of the vanes and a wearing away of the area surrounding the mainshaft-bearing housing of the pump bowl for a 
submersible water pump used in a well field were noticed during a maintenance inspection. The bowl was sand cast from gray iron and 
had been in service approximately 45 months. Visual examination of the vanes and the area surrounding the mainshaft-bearing housing 
revealed a dark corrosion product that was soft, porous, and of low mechanical strength. There were areas with severe erosion. 


Macrographs of sections through the pump shell and a vane showed darker areas representing graphitic residue and corrosion products 
that were not removed by erosion. Exposure of the pump bowl to the well water resulted in graphitic corrosion, which generated a soft, 
porous graphitic residue impregnated with insoluble corrosion products. Failure of the pump bowl resulted from the continuous erosion of 
the residue by action of the water within the pump. 

Keywords: Corrosion products; Erosion; Residues; Sand castings 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: DeaIloying/selective leaching 


Deterioration of the vanes and a wearing away of the area surrounding the mainshaft-bearing housing of the pump bowl for a 
submersible water pump used in a well field (Fig. la) were noticed during a maintenance inspection. The bowl was sand cast 
from gray iron and had been in service approximately 45 months. An inspection of the pump after 24 months of service did 
not reveal a serious condition, although some wear was noticed. Several pumps of the same design and material but of 
different sizes were operating in the well field. 



Fig. 1 Sand-cast gray iron pump bowl that failed due to graphitic corrosion and erosion, (a) Section through the 
pump bowl, (b) and (c) Macrographs of sections through the corroded areas in the pump shell and vane, 
respectively, showing graphitic residue not eroded by the action of water with in the pump. Both 7x 

Investigation. Visual examination of the vanes and the area surrounding the mainshaft-bearing housing revealed a dark 
corrosion product that was soft, porous, and of low mechanical strength. Also, there were areas in which severe erosion had 
occurred (Fig. la). Macrographs of sections through the pump shell and a vane are shown in Fig. 1(b) and 1(c). The darker 
areas on both photographs represent graphitic residue and corrosion products that were not removed by erosion. Chemical 
analysis of the pump material confirmed that it was gray iron. 

Conclusion. Exposure of the pump bowl to the well water resulted in graphitic corrosion, which generated a soft, porous 
graphitic residue impregnated with insoluble corrosion products. Failure of the pump bowl, however, resulted from the 
continuous erosion of the residue by action of the water within the pump. 


Related Information 
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Graphitic Corrosion of a Gray Iron Water-Main Pipe Resulting in a Corroded- 
Through Hole 

From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Voi 11, ASM Handbook, ASM International, 1986, p 344-379 


Abstract: A section of cast iron water-main pipe contained a hole 6.4 cm long x 3.8 cm wide (2.5 x 1.5 in. This pipe was laid in a clay-type 
soil. Examination revealed severe pitting around the hole and at the opposite side of the outside diameter. A macroscopic examination of 
a pipe section at the hole area showed that the porosity extended a considerable distance into the pipe wall. Metallographic examination 
revealed a graphite structure distribution expected in centrifugally cast iron with a hypoeutectic carbon equivalent. Chemical analyses of 
a nonporous sample had a composition typical of cast iron pipe. Chemical analyses the porous region had a substantial increase in 
carbon, silicon, phosphorus and sulfur. The porous appearance, and the composition of the soft porous residue confirmed graphitic 
corrosion. The selective leaching of iron leaves a residue rich in carbon, silicon, and phosphorus. The high sulfur content is attributed to 
ferrous sulfide from a sulfate-reducing bacteria frequently associated with clay-type soils. Reinforced coal tar protective coating was 
recommended. 

Keywords: Bacteria; Clay (material); Porosity; Residues; Soils (types) 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: DeaIloying/selective leaching 


A section of cast iron water-main pipe containing a hole 6.4 cm long x 3.8 cm wide (2.5 x 1.5 in.) was submitted to determine 
the cause of failure. This pipe was laid in a clay-type soil. 

Investigation. Visual-optical examination revealed severe pitting on the outside diameter of the pipe around the hole and 
at the opposite side of the outside diameter (Fig. 1 a to d). 



Fig. 1 Views of a failed gray iron water pipe, (a) Outside surface of pipe at the region of the side-wall hole. 0.2x. 
(b) Close-up of hole from the outside. 0.4x. (c) Outside surface of the pipe 180 ° from the hole. 0.2x. (d) Close- 
up of hole from inside. 0.5x. (e) Section of pipe at hole area showing porosity and graphitic residue. 5x. (f) 
Section of pipe at hole area showing porosity progressing from surface toward interior of pipe. 5x 



A macroscopic examination of a pipe section at the hole area showed that the porosity extended a considerable distance into 
the pipe wall from the hole surface (Fig. le and f). This indicated that the porous condition at the inside diameter of the pipe 
was merely an extension of the more severe porosity at the outside diameter. 

Metallographic examination revealed a type E graphite structure at the outside diameter of the pipe. Toward the center of the 
wall thickness, types A, B, and D graphite were observed. This graphite structure distribution is expected in a typical 
centrifugally cast iron with a hypoeutectic carbon equivalent. Figure 2(a) exhibits a lacy-network microstructure coinciding 
with a type E dendritic graphite distribution. Figure 2(b) shows the porous condition and its association with the graphite in 
the structure. 



Fig. 2 Microstructure of the failed water pipe shown in Fig. 1. (a) A lacy network of porous residue. 27x. (b) 
Porosity associated with the graphitic structure. 135x 

Chemical analyses of the pipe were made in two regions near the hole. One sample exhibited a pronounced porous condition, 
and a second sample exhibited no porosity. The chemical analyses of these two regions were Fe- 11.34C-4.30Si-0.322P- 
0.44S for the porous sample and Fe-3.75C-l.36Si-0.175P-0.024S for the nonporous sample. The nonporous sample had a 
composition typical of cast iron pipe. The porous region, however, had a substantial increase in the four elements analyzed. 
The carbon and silicon ratios were of the order of 3:1. The sulfur increase was extremely high (18:1). 

Conclusions. The porous appearance, the soft porous residue, and the composition of the residue confirmed graphitic 
corrosion. The environmental reaction started from the outside. The presence of a sulfate-reducing bacteria is frequently 
associated with clay-type soils. The selective leaching of iron by this region leaves a residue rich in carbon, silicon, and 
phosphorus. The high sulfur content is attributed to the accumulation of ferrous sulfide from the reaction of the bacteria (Ref 
1 , 2 ). 

Recommendations. Reinforced coal tar protective coating was recommended to prevent this corrosion associated with 
the soil condition. 
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Shell and Head Cracking in Gray Cast Iron Paper Machine Dryer Rolls 

From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 643- 
669 



Abstract: Several cases of failures in gray cast iron paper machine dryer rolls were evaluated. The roles were found have ground outer 
cylindrical surfaces on which the paper web is dried. They were found to rotate about their longitudinal axes at speeds from 50 to 250 
rpm while containing saturated steam from 35 to 380 kPa. Failures were found to occur in the shell body, in a head near a hand hole or 
a manhole opening, or in a head near the journal-to-head interface. A cleavage fracture was revealed by scanning electron microscopy 
regardless of the driving stress for failure. Fracture surface were found to exhibit chevron marks typical of fatigue or raised points or 
tears pointing in the direction of the probable origin of failure. The characteristics of the thin-wall cast iron structures like the variation in 
composition due to pouring from multiple ladles, variation in solidification rates, and variation in tensile strength to be noted during 
inspection were described. 

Keywords: Cracking (fracturing); Dryer rolls; Paper machines 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure types: Casting-related failures; (Other, general, or unspecified) fracture 


Unlike the individual examples of failures discussed throughout this article, several failures of dryer rolls will be addressed in 
this example. Most of these gray iron structures were cast in the 1890-1920 time frame when they were not covered by 
pressure vessel codes. The rolls are typically 0.3 to 0.9 m (1 to 3 ft) in diameter and range to about 3.7 m (12 ft) in length, 
with ground outer cylindrical surfaces on which the paper web is dried. They are unique pressure vessels in that they rotate 
about their longitudinal axes at speeds from 50 to 250 rpm while containing saturated steam from 35 to 380 kPa (5 to 55 psi). 
During its service life, a roll may be subjected to a variety of unrecorded operating conditions. Repair, regrinding, and wear 
in service all change the dimensions and stresses applied under given loads. Several constructions are found. The heads may 
be cast integrally with the cylindrical bodies or cast separately and bolted to the shells. The wall thicknesses of the shells, and 
especially those of the heads, may vary; artistically cast company names, logos, and raised reinforcements are frequently 
found. 

Service failures typically occur in the shell body, in a head near a hand hole or a manhole opening, or in a head near the 
journal-to-head interface. Examples of these failures are shown in Fig. 1 and 2. Detailed fractographic analyses using SEM 
techniques invariably show a cleavage fracture, regardless of the driving stress for failure. Fracture surfaces may exhibit the 
chevron marks typical of fatigue or may have raised points or tears pointing in the direction of the probable origin of failure. 
Heavy rust, patches of oil, or other contaminants can indicate the existence of cracks older than the final failure. 





Fig. 1 Failures of gray cast iron paper-roll driers, (a) Axial-shell failure, (b) Circumferential-shell failure 

















Fig. 2 Both sides of a journal-to-head failure in a cast iron paper-roll dryer, (a) Bottom of failed dryer, (b) The 
failed bolted-on head 


When analyzing one of these failures, the analyst should be aware of the following characteristics of thin-wall cast iron 
structures: 

• Castings are frequently poured from multiple ladles; therefore, the chemical composition and composition-dependent properties 
can vary widely within a given roll 

• The cooling rates and solidification directions can vary dramatically with locations, producing anisotropic structures with 
variations in tensile strength up to 20% in different principle directions. The shapes and orientations of inclusions and other 
defects also vary widely. A single orientation of samples for metallographic analysis is not generally sufficient to characterize a 
microstructure 

• The combinations of these factors can lead to tensile-strength variations up to 20% within a shell (excluding anisotropy effects) 

For any specific failure, an immediate cause may be determinable, either in the material or in the recent service history. 
However, the analyst should be wary of the long histories of these vessels. Owners and operators of these vessels are 
concerned with developing end-of-life criteria and inspection methods for these and similar older pressure vessels. 
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Cracked Cast Iron Crankcases 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The front wall of a cast iron crankcase cracked at the transition from the comparatively minor wall thickness to the thick bosses 
for the drilling of the bolt holes. Metallographic examination showed the case was aggravated by the fact that the casting had a ferritic 
basic structure and the graphite in part showed a granular formation, so that strength of the material was low. In a second crankcase 
with the same crack formation the structure in the thick-wailed part was better. But it also showed granular graphite in the ferritic 
matrix in the thin-walled part between the dendrites of the primary solid solution precipitated in the residual melt. A third crankcase had 
fractures in two places, first at the frontal end wall and second at the thinnest point between two bore holes. In all three cases casting 
stresses caused by unfavorable construction and rapid cooling were responsible for the crack formation. A fourth crankcase had cracked 
in the bore-hole of the frontal face. In this case the cause of the fracture was the low strength of a region that was caused by a bad 
microstructure further weakened by the bore hole. 

Keywords: Casting defects; Cooling rate; Crankcases 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


The front wall of a cast iron crankcase cracked at the transition from the comparatively minor wall thickness to the thick 
bosses for the drilling of the bolt holes. This transition was abruptly formed as can be seen from Figs. 1 and 2. The dark 
coloration of a part of the fracture plane indicated that the crack originated in the thin-walled part. This crack propagation led 
to the conclusion that shrinkage stresses were the cause of the cracks, because the adjoining thick-and thin-walled cast parts 
freeze and shrink at different times. A differential shrinkage causes the more damage, that is, the stresses at the cross 
sectional transition are the higher, the faster the piece cools down, and the more abrupt the cross sectional transition is 
formed. The stresses may already lead to crack formation during cooling, or they may remain in the piece as residual stresses, 
which are later superimposed on operating stresses and thereby favor the fracture at this particular point. 




Fig. 2 Fracture of first crankcase. 1 x 



As could be seen from the metallographic examination the case was additionally aggrevated by the fact that the casting had a 
ferritic basic structure and the graphite in part showed a granular formation (Figs. 3 and 4), so that strength of the material 
was low. 



Fig. 3 Structure of first crankcase, etch: Picral. 200 x Normal flake graphite 




Fig. 4 Structure of first crankcase, etch: Picral. 200 x Granular graphite. 

In a second crankcase with the same crack formation the structure in the thick-wailed part was better (Figs. 5). But it also 
showed granular graphite in the ferritic matrix (Figs. 6) in the thin-walled part between the dendrites of the primary solid 
solution precipitated in the residual melt. 




Fig. 5 Structure of second crankcase. 100 x a. Unetched. In the thick-walled part. Structure of second crankcase. 
100 x b. Picral. In the thick-walled part. 



Fig. 6 Structure of second crankcase. 100 x a. Unetched. In the thin-walled part with crack. Structure of second 
crankcase. 100 x b. Picral. In the thin-walled part with crack. 




A third crankcase (Fig. 7) had fractures in two places, first at the frontal end wall (—> a) and second at the thinnest point 
between two bore holes (—> b). Figures 8 and 9 show in larger scale sectors of the front wall with the fracture which is stained 
with alumina for easier recognition. In the cross sectional cut of Fig. 10 it can be discerned more easily that the fracture 
occurred at that point where the case is but 5 mm thick, whereas it becomes thicker toward both sides. The structure in this 
case as well as that of the thin-walled part of the second case consisted of pearlitic dendrites and a connecting enveloping 
network of ferrite and granular graphite (Fig. 11). The same structure could be found at the other point of fracture (b), where 
the wall between the borings in the raw casting was only 6 mm thick and was later worked down to 2.3 mm (Fig. 12). The 
thick-walled places on the other hand had a normal ferrite-deficient structure (Fig. 13). 







Fig. 8 External view. 





Fig. 9 Internal view 





Fig. 10 Section through crack region a in Fig. 7, etch: Picral. 1 x 


Fig. 11 In the thin-walled part at the crack region a in Fig. 7. 100 x 




Fig. 12 In the thin-walled part at the crack region b in Fig. 7. 500 x 



Fig. 13 In the thick-walled part next to crack region a in Fig. 7. 500 x 
In all three cases casting stresses caused by unfavorable construction and rapid cooling must be held responsible for the crack 
formation. Additional impetus was probably provided by the formation of a supercooled microstructure of low strength based 
on the same causes. 

A fourth crankcase had cracked in the bore-hole of the frontal face. One of the cracks was so narrow that it was made visible 
only by magnetic particle inspection (Figs. 14 and 15). Both branches could be discerned as independent cracks according to 
the fracture path. 




Fig. 14 Sections with crack region from the fourth 


Fig. 15 Sections with crack region from the fourth crankcase after magnetic particle inspection. 1 x External face. 
The structure of the casting was permeated with clusters of granular graphite and ferrite near the surface as well as in the 
interior (Figs. 16 and 17). 




Fig. 17 Microstructure of fourth crankcase, etch: Picral. 100 x Inside. 

In this case the cause of the fracture must be considered to be the low strength of a region that was caused by the bad 
microstructure and which was further weakened by the bore hole. 
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Cracked Bearing Caps Made of Cast Iron 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Cast iron bearing caps in tractor engines fractured repeatedly after only short operating periods. The fracture originated in a cast- 
in groove and ran approximately radially to the shaft axis. The smallest cross section was at the point of fracture. The core structure of 
the caps consisted of graphite in pearlitic-ferritic matrix. Casting stresses did not play a decisive role because of the simple shape of the 
pieces that were without substantial cross sectional variations. Two factors exerted an unfavorable effect in addition to comparatively 
low strength. First, the operating stress was raised locally by the sharp-edged groove, and second, the fracture resistance of the cast 
iron was lowered at this critical point by the existence of a ferritic bright border. To avoid such damage in the future it was 
recommended to observe one or more of the following precautions: 1) Elimination of the grooves; 2) Remove the ferritic bright border; 
3) Avoid undercooling in the mold and therefore the formation of granular graphite; 4) Inocculate with finely powdered ferrosilicon into 
the melt for the same purpose; and, 5) Anneal at lower temperature or eliminate subsequent treatment in consideration of the 
uncomplicated shape of the castings. 

Keywords: Annealing; Bearing caps; Castings; Stress relieving 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


Cast iron bearing caps in tractor engines fractured repeatedly after only short operating periods. Two of the pieces were 
examined initially. Both showed the same phenomena, externally as well as in metallographic section. The fracture originated 
in a cast-in groove and ran approximately radially to the shaft axis as shown in Fig. 1. The smallest cross section was at the 
point of fracture. 



Fig. 1 Side view of fractured bearing cap. 1 x 

Furthermore, a shape-conditioned stress peak may have been formed at the bottom of the groove that had a rounded-off 
radius of only 2 mm. 

For metallographic examination, sections were made at the notch base parallel to the fracture. Figure 2 shows one of the 
sections at a 3:1 scale. The larger ferrite clusters are especially noticeable. They are permeated by fine granular graphite 
which could be seen at higher magnification (Figs. 3 and 4). In one piece a narrow streak with ferritic matrix (Fig. 5) 
extended under the entire surface. This led to the conclusion that the casting had been annealed at a comparatively high 
temperature for stress relief. The core structure of the caps consisted of graphite in pearlitic-ferritic matrix (Figs. 6 and 7). 
The average Brinell hardness was 160 kgf/mm 2 , from which a low strength could be inferred. 





Fig. 5 Microstructure at surface etch: Picral. 100 x 




Fig. 7 Core structure, etch: Picral. 500 x 





Accordingly, the following may be stated about the fracture cause: Casting stresses did not play a decisive role because of the 
simple shape of the pieces that were without substantial cross sectional variations. There appeared to be two factors exerting 
an unfavorable effect in addition to the comparatively low strength. First, the operating stress was raised locally by the sharp- 
edged groove, and second, the fracture resistance of the cast iron was lowered at this critical point by the existence of a 
ferritic bright border. The granular precipitate of the graphite and the ferritic microstructure caused thereby are a consequence 
of delayed solidification due to undercooling. The ferrite formation may have been further accelerated by the annealing. This 
structure showed low strength that had a particular damaging effect on the bottom of the groove at high operating stress. 

In order to avoid such damage in the future it was recommended to observe one or more of the following precautions: 1. 
Elimination of the grooves, which would simultaneously strengthen the cross section and relieve the notch effect. 2. Removal 
of the ferritic bright border. 3. Slow cooling in the mold in order to avoid undercooling and therefore the formation of 
granular graphite. 4. Inocculation of finely powdered ferrosilicon into the melt for the same purpose. 5. Annealing at lower 
temperature or elimination of subsequent treatment in consideration of the uncomplicated shape of the castings. 

Three more fractured bearing caps were subsequently examined in order to state particulars for this specific case about the 
wellknown effect of chemical composition 1). These were compared with 5 others that gave satisfactory service over longer 
operating periods. Mean values for both groups are given in the following tab le: 


Bearing caps 

C % 

graphite % 

Si % 

Mn % 

P % 

S % 

Sc 

fractured 

3,55 

3,05 

2,74 

0,65 

0,109 

0,064 

1,06 

not fractured 

3,25 

2,73 

2,62 

0,66 

0,312 

0,124 

0,97 


In addition to the stated determinations, spectrographic analyses were conducted for additions of chromium, nickel, copper, 
vanadium, titanium among others, but in no case could additions be found that exceeded the customary quantities. The 
saturation value S c that signifies the position of the alloy in relation to the eutectic composition (S c =l) was calculated 
according to the formula: 


Si 


C 

423-0312 M-Oin P 


This value is important because it is a measure of the tendency toward carbide decomposition as well as of the strength of the 
cast iron. 

Carbon, graphite and silicon contents were significantly higher for the fractured caps than for the satisfactory caps, while 
phosphorus and sulphur contents were lower. Saturation value, too, was higher for the fractured caps than for the satisfactory 
ones in spite of lower phosphorus content. All unsatisfactory caps showed a hypereutectic composition with S c = 1.03 to 
1.09, while all satisfactory ones had a hypoeutectic composition with S c = 0.96 to 0.98. According to the relation stated by P. 
A. Heller and H. Jungbluth 1) o B = 100 - 80 S c the fractured caps should show a strength of 15 kgf/mm 2 , while the good caps 
should have a strength of 22 kgf/mm 2 . This is expressed in the Brinell hardness as well, that has an average of 164 for the 
fractured caps and of 204 kgf/mm 2 for the satisfactory caps. 

Accordingly, metallographic examination of sections of the groove bottom showed for the good caps an improved, i.e. a 
ferrite-deficient edge and core structure (Figs. 8 and 9) as compared to the broken ones (Figs. 10 and 11). 





Fig. 8 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap of hypoeutectic cast 
iron. 3 x 


Fig. 9 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap core structure according 
to Fig. 8. 200 x 




Fig. 10 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap of hypereutectic cast 
iron. 3 x 





Fig. 11 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap core structure 
according to Fig. 10. 200 x 

The composition of the cast iron should therefore be held in the hypoeutectic alloy range. 

It remained to be investigated what effect stress relief annealing had on the ferrite content of the structure. For this purpose a 
number of untreated caps were annealed for 2h at 550, 575, 600, 650 and 750° C, respectively, after their structure was 
determined in the as-cast condition. 

Even the non-annealed specimens showed ferrite clusters with granular graphite under the surface as well as in the core in 
minor proportion corresponding to the favorable composition of the casting. Therefore the ferrite did not result from carbide 
decomposition during annealing. No change was noticeable in the structure of the annealed specimens at temperatures of up 
to 625°C (Fig. 12). But most of the pearlitic matrix had decomposed after annealing for 2 hours at 650° C (Fig. 13). Already 
for 625° C Brinell hardness had decreased from 189 to 171 kgf/mm 2 , and for 650° C and 750° C it had dropped further to 132 
and 121 kgf/mm 2 , respectively. 






Fig. 13 Effect of annealing temperature on core structure of bearing caps of hypoeutectic cast iron, etch: Picral. 2 
h at 650°/air. 200 x 

Therefore, there are no objections to stress relief annealing if the temperature does not exceed 600° C. 

Reference 

1. P. A. Heller, H. Jungbluth, GieBerei 42 (1955) 255/257 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Cracks in Cylinder Blocks and in Cast Iron Cylinder Head 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: During the operation of tractors with cantilevered body, the lateral wall of the hypoeutectic cast iron cylinder blocks cracked 
repeatedly. Three of the blocks were examined. The grain structure of the thick-walled part consisted of uniformly distributed graphite of 
medium flake size in a basic mass of pearlite with little ferrite. But the thin-walled part showed a structure of dendrites of precipitated 
primary solid solution grains with pearlitic-ferritic structure and a residual liquid phase with granular graphite in the ferritic matrix. The 
structure was formed by undercooling of the residual melt. In this case it was promoted by fast cooling of the thin wall, and had 
comparatively low strength. The fracture formation in the cylinder blocks was ascribed primarily to casting stresses. They could be 
alleviated by better filleting of the transition cross sections. The fracture was promoted by the formation of a undercooled microstructure 
of low strength in the thin-walled part. Similar damage appeared in a cylinder head. Cracks were promoted by a supercooled structure. 



Keywords: Castings; Cylinder heads; Engine blocks; Shrinkage; Stresses 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 
Failure type: Casting-related failures 


During the operation of tractors with cantilevered body, the lateral wall of the cylinder blocks cracked repeatedly. Three of 
the blocks were examined. 

Figures 1 and 2 show one of the cases as seen from the outside and inside. The crack was always located approximately in the 
center of the sidewall and it ran in a horizontal direction. The cross section Fig. 3 showed more clearly that the thin case wall 
is reinforced at this location by a thicker rib. The crack was located in the thin-walled part next to the transition to the rib, as 
can be seen in larger scale in Fig. 4. At this location high residual stresses may be expected due to progressive solidification 
in the thin wall. In the plastic state during cooling of the casting the stresses evidently proved their effect already through a 
constriction of the wall cross section. 



Fig. 1 External view. 0.2 x 




Fig. 2 Internal view. 0.2 x 



Fig. 3 Sections through crankcase. 0.25 x a. Old design, b. New design. 








Fig. 4 Section from Fig. 3. 1 x 

It remained to be examined whether the cracking was promoted by material defects. A chemical analysis of the castings gave 
the following composition: _ 


c % 

Graphite % 

Si % 

Mn % 

P % 

S % 

D 

3,30 

3,01 

2,48 

0,66 

0,104 

0,054 

0,96 


3,29 not det. 


2,44 not det. 0,100 not det. 0,96 






c 


3,30 not det. 2,28 not det. 0,168 not det. 


The saturation point was calculated according to: 



It was lower than 1 and proved that the cast iron was hypoeutectic. There are no objections to the composition. 

Microsections of both cross sections were taken for metallographic examination. The grain structure of the thick-walled part 
consisted of uniformly distributed graphite of medium flake size in a basic mass of pearlite with little ferrite (Fig. 5). But the 
thin-walled part showed a structure of dendrites of precipitated primary solid solution grains with pearlitic-ferritic structure 
and a residual liquid phase with granular graphite in the ferritic matrix (Fig. 6). This structure contains a larger quantity of 
solid solution and therefore a higher concentration of carbon in the residual melt than would correspond to the equilibrium 
concentration. The structure is formed by undercooling of the residual melt. In this case it is promoted by fast cooling of the 
thin wall. It has a 


Fig. 5 Case of old design. Thick-walled part. Microstructure of crankcase, etch: Picral. 100 x 






Fig. 6 Case of old design. Thin-walled part. Microstructure of crankcase, etch: Picral. 100 x 
The fracture formation in the cylinder blocks can therefore be ascribed primarily to casting stresses. They could be alleviated 
by better filleting of the transition cross sections. The fracture was promoted by the formation of a undercooled 
microstructure of low strength in the thin-walled part. Therefore a reinforcement of the case wall is to be recommended. 
Shrinkage stresses as well as supercooling could be alleviated or avoided by prolonged cooling of the casting inside the mold. 
Based on the recommendations given here, the design was changed (Fig. 3) and cooling delayed. The microstructure of the 
reinforced wall of a new case is shown in Fig. 7. It is clear that this is an improvement over the previous one (Fig. 6), but not 
as yet perfect. A further improvement could be achieved by inocculation of finely powdered ferrosilicon into the melt to 
facilitate nucleation and avoid supercooling. 




Fig. 7 Thin-walled part of reinforced case. Microstructure of crankcase, etch: Picral. 100 x 
Similar damage appeared in a cylinder head which had cracks in the water jacket. Fig. 8 shows a section through this casting. 
The cracks emanated in part at the corners of the water chamber (i,i in Fig. 8), and in part at the outer surface (a,a). The first 
mentioned must be assumend to be stress cracks according to their location and they were apparently already initiated during 
cooling of the casting. But this is improbable for the external cracks which did not penetrate the wall. Metallographic 
examination showed that they originated in ferrite clusters with granular graphite (Figs. 9 and 10). Their existence therefore 
was promoted by the supercooled structure. The question of their cause must remain open. In this connection the thought of 
operational vibratory stress may occur because it is well known that dynamic strength is decreased considerably in a ferritic 
bright border structure of low strength, such as is caused by surface decarburization. Incidentally, it may be mentioned here, 
even though it is of no consequence to the damage, that the inner wall was damaged by graphitic corrosion 1) (Fig. 10). In 
order to avoid such damage, the same precautions should be observed as in the case described above. 




Fig. 8 Sections through water chamber of cylinder head. 1 x 





Fig. 9 Section of corner of cylinder head (lower right in Fig. 8). Etch: Picral. 3 x 







Fig. 11 Corrosion of edge. Etch: Picral. 100 x 
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Cracking in a Gray-Iron Cylinder Head Caused by Microporosity. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: A gray iron cylinder head cracked after approximately 16,000 km of service. The head was cracked on the rocker-arm pan rail 
next to the No. 3 intake port and extended into the water jacket on the rocker-arm side of the head. Microsporosity was revealed in the 
crack in the sections taken from the water jacket next to the plug and the area next to the No. 3 intake port. A wave of microporosity 
travels midway between the inner and outer surfaces of the casting was observed and was concluded to have caused the cracking. The 
reasons and remedies for shrinkage porosity were discussed. Controlled pouring temperatures, improved design and use of chills were 
recommended to avoid the casting defects. 

Keywords: Casting defects; Cracking (fracturing); Cylinder heads; Microporosity; Shrinkage 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 



Failure type: Casting-related failures 


A cracked cylinder head was removed from an engine after approximately 16,000 km (10,000 miles) of service. This cylinder 
head was submitted for failure analysis to determine the cause of cracking. 

Investigation. The cylinder head was magnetic-particle inspected by both the head and coil methods. No indications were 
present on the cylinder head, except those shown in Fig. 1 and 2. The head was cracked on the rocker-arm pan rail next to the 
No. 3 intake port. The crack extends into the water jacket on the rocker-arm side of the head. Visual inspection did not reveal 
any indication of material deformation or mishandling. The crack was opened for examination, and no indication of internal 
discontinuities could be seen during optical examination. Wall thickness at the thinnest section of failure measured 5.3 mm 
(0.210 in.). The specification minimum is 4.6 mm (0.180 in.). 




Fig. 1 Crack in a gray-iron cylinder head, (a) Crack on side of head next to manifold No. 3. (b) Another view of 
the same crack, which ends at the water jacket vent plug. Both 0.5x 





Fig. 2 Additional views of the failed cylinder head shown in Fig. 1. (a) Fracture surface observed when the crack 
shown in Fig. 1 was opened. 0.5x. (b) Specimen taken from area adjacent to the vent plug showing microporosity. 
Etched with 2% nital. lOOx. (c) Same as (b), but at a higher magnification. 400x 




The hardness at the bottom deck of the cylinder head was 217 HB. The hardness at the pan rail adjacent to the crack was 217 
HB. This hardness is within the specified range of 192 to 241 HB. The chemical composition of this cylinder head, as 
determined by spectrographic analysis, was within the specified range. Three specimens for metallographic examination were 
taken from the crack: one from the rocker-arm pan rail, one from the area next to the plug in the water jacket, and one from 
the area next to the No. 3 intake port. All sections were made perpendicular to the fracture plane. 

Microporosity was found intersecting the crack in the sections taken from the water jacket next to the plug and the area next 
to the No. 3 intake port. Figures 2(b) and (c) show the microstructure of the specimen taken from near the plug. A wave of 
microporosity travels midway between the inner and outer surfaces of the casting. It varies in width from 3.8 mm (0.150 in.) 
at the fracture to 7.6 mm (0.30 in.) at the specimen section edge on the sample taken next to the plug. There was no indication 
of microporosity in the specimen taken from the rocker-arm rail. 

The microstructures consist of predominantly types A and B graphite, flake size 4 to 6, in a matrix of medium-to-fine 
lamellar pearlite. The specimen taken near the No. 3 intake port has a higher-than-usual amount of free ferrite, approximately 
5 to 10%. 

Conclusion. The cracking is attributed to microporosity in the casting material. The high operational stresses of the engine 
acting on a material discontinuity, such as microporosity in a web member, can produce cracking. 

Shrinkage porosity can result from use of an insufficient number of pouring gates, inadequate gate cross section, 
excessive pouring temperature, or inadequate feeding. Unless the casting is of simple design, the use of only one pouring gate 
often results in shrinkage near the gate. Shrinkage may be caused by too much metal passing over one area in the mold, 
which results in localized overheating of the mold wall and a slowdown in the solidification rate of the metal in that area of 
the casting. This type of shrinkage can usually be eliminated by use of two or more gates. Use of only one gate may be 
satisfactory when a lower pouring temperature can be used. A lower pouring temperature results in an improvement in the 
surface appearance of the casting. 

Shrinkage is often aggravated by high pouring temperatures. If the casting does not ran with a moderate pouring temperature, 
it may be because of back pressure due to inadequate venting, use of low-permeability molding material, or inadequate 
gating. Correction of one or more of these factors allows the pouring temperature to be lowered and alleviates the shrinkage 
difficulty. 

In some instances, surface shrinkage cavities may be caused by inadequate feeding at the junction of a thin section and a thick 
section, where risering is insufficient to feed the shrinkage occurring in the thick section. The shape, location, and size of the 
risers govern the degree to which they feed the casting. Small errors in designing the risers often cause great differences in 
the results. 

Gating can often affect the efficiency of a riser. A riser must contain hot metal, and the metal must remain liquid until after 
the casting has been adequately fed and has solidified. Where possible, it is generally good practice to gate through a riser 
into the casting, causing the riser to be the last portion of the mold to be filled. Risers that are located on the side of a casting 
opposite the gates are usually ineffective (or less effective), because they contain the coldest metal in the mold and are unable 
to feed the casting adequately. 

Chills are an effective tool in controlling shrinkage. One function of a chill is to equalize the solidification rates of a thick 
section and an adjacent thin section, minimizing the likelihood of shrinkage. Chills also are useful in promoting directional 
solidification, so that a riser can act more effectively. 

Depending on casting shape and size, variations in section thickness, and types of junctions between component members, 
dendritic growth during solidification may generate dendrite arms that isolate local internal regions, preventing complete 
feeding by the risers. Generally, the microscopic voids that may form between the dendrite arms do not significantly reduce 
density or adversely affect mechanical properties. However, even a small amount of shrinkage porosity formed near the 
surface can sometimes lead to failure. Consider, for example, a Y-shaped casting with a small included angle. If a small fillet 
is used between the arms of the casting, there is a thin, sharp edge of sand at the junction, which is heated to a high 
temperature by the contacting molten metal. This wedge of hot sand then acts as a thermal insulator, retarding solidification 
of the metal around it. As a result, a region is isolated from the risers by solid metal, and a shrinkage cavity forms just under 
the skin of the Y-junction. This cavity may remain undetected and become a site for crack initiation or corrosion penetration 
in service. Use of a larger-radius fillet could eliminate this problem. 

Figure 3 illustrates shrinkage porosity at bolt-boss sites of an alloy ductile-iron cylinder head. This defect was detected by a 
leak test after completion of machining operations. If this porosity goes undetected, contamination of oil in the engine can 
result. Other examples are given subsequently. 




Fig. 3 Shrinkage porosity at bolt-hole bosses in a ductile-iron cylinder head 
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Gray-Iron Paper-Drier Head Removed from Service. 
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Abstract: A paper-drier head manufactured from gray cast iron was removed from service as a result of NDE detection of crack-like surface 
discontinuities. This component was subjected to internal steam pressure to provide heat energy for drying. Investigation (visual 
inspection, chemical analysis, mechanical testing, as-polished 54x magnification, etched with nital 33x/54x/215x/230x magnification) 
supported the conclusions that the NDE indications were the consequence of a cold-shut condition in the casting. The cold shut served as 
a stress-concentration site and was therefore a potential source of crack initiation. The combination of low material strength and a 
casting defect was a potential source of unexpected fracture during service, because the component was under pressure from steam. 
Recommendations included removing other dryer heads exhibiting similar discontinuities and/or material quality from service. 

Keywords: Casting defects; Cold shuts; Dryer heads; Paper machines; Stress concentration 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


A paper-drier head manufactured from gray cast iron was removed from service as a result of nondestructive evaluation 
(NDE) detection of cracklike surface discontinuities. These imperfections were not removed by grinding. This component is 
subjected to internal steam pressure to provide heat energy for drying. Because the vessel is under pressure, a crack could 
present a safety hazard; therefore, it was removed from service for evaluation. The material specification of this cast iron was 
not known. 

Investigation. Figure 1 shows close-up views of the surface casting defects. Sections of this casting at the area designated 
as 12 o'clock were removed and subjected to magnetic-particle inspection, which provided cracklike indications. These 
sections were further studied by chemical analysis, mechanical testing, and metallography. 





Fig. 1 Close-up views of surface casting defects on a paper-drier head, (a) At the 12 o'clock position, (b) At the 9 
o'clock position, with arrow indicating a surface defect, (c) At the 6 o'clock position. All approximately 0.2x 




The chemical composition of a section near the 12 o'clock position was evaluated and was satisfactory for gray cast iron with 
a carbon equivalent of 4.56. However, the phosphorus content is significantly higher than the normal 0.02 to 0.07% range 
common for gray iron. The high phosphorus content can cause the formation of steadite, a ternary eutectic consisting of 
ferrite (containing some phosphorus in solution) and iron phosphide (Fe 3 P). This undesirable, hard, brittle constituent 
degrades the strength of the material. 

Tensile specimens prepared from this same region have a tensile strength of 101 MPa (14.7 ksi); the material had a hardness 
of 107 HB. These properties indicate a strength level lower than a low-strength gray iron (ASTM A 48, grade 20). This 
specification has a minimum expected tensile strength of 138 MPa (20 ksi). Another specification, ASTM A 159, grade 
G1800, has an expected hardness value of 187 HB, maximum. Both of these cast iron grades are expected to have tensile 
strength values exceeding 124 MPa (18 ksi). The low strength measured indicates that the casting might have substandard 
properties. However, the specifications for the material were not known and thus cannot be verified. It is also not correct to 
remove test sections from the manufactured component to determine adherence to a specification (i.e., grade/strength level). 
Adherence to specification is determined by testing separately poured test bars. Properties of the finished component depend 
on cooling rate/microstructure and therefore vary with section thickness. 

Metallographic sections were made to include material at and beneath the crack. The graphite structure shown in Fig. 
2(a) is essentially ASTM type A, size 4; ASTM type B graphite was also observed in the vicinity of the surface near the crack 
indications. The matrix microstructure was observed to be principally ferritic. The matrix also contained approximately 10% 
pearlite and some steadite (Fig. 2b,c). Ferritic grades of gray cast iron are not common, but they do exist, for example, ASTM 
A 159 G1800. The matrix explains the low strength and hardness. The presence of steadite reflects the higher phosphorus 
content. 




Fig. 2 Microstructures of the gray-iron drier head shown in Fig. 16. (a) Typical graphite distribution in the 
casting—type A, size 4 graphite. As-polished. 54x. (b) The matrix microstructure consists of ferrite with 
approximately 10% pearlite and 15% steadite. Etched with nital. 54x. (c) Higher magnification view of (b). Etched 
with nital. 215x 



At the crack-indication site revealed by NDE, a demarcation line was observed progressing from the surface of the casting to 
the interior. Figure 3 shows this demarcation line for the condition and revealed that the structure of the metal on one side of 
the demarcation line was different than that observed on the other side (Fig. 4). This condition generally results when a cold 
shut forms during the casting process. A cold shut reflects two different solidification fronts in the mold, which explains the 
reason for the structure variances observed on either side of the demarcation line. Although not a crack, the demarcation can 
serve as a site for crack initiation. In this instance, however, the demarcation line had not propagated beyond the point at 
which the structure was different. The demarcation line terminates at approximately the same area where the difference in 
structure terminates (Fig. 4). This condition further indicates that the demarcation had not propagated beyond the original 
condition that occurred during the casting operation. 



Fig. 3 Demarcation line at the crack, showing the differences in graphite type and distribution on either side of the 
crack. Etched with nital. 33x 



Fig. 4 Higher magnification view of Fig. 18 showing the two different solidification structures. Etched with nital. 
230x 

Conclusions. The NDE indications were the consequence of a cold-shut condition in the casting. This conclusion is based 
on the presence of two significantly different microstructures representing two separate solidification fronts that met but did 
not merge. The cold shut serves as a stress-concentration site and is therefore a potential source of crack initiation. The 
combination of low material strength and a casting defect is a potential source of unexpected fracture during service, because 
the component is under pressure from steam. 



Recommendations. Other dryer heads exhibiting similar discontinuities and/or material quality should be removed from 
service. 
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Brittle Fracture of a Cast Iron Valve in Oleum and Sulfuric Acid Service 

Samuel J. Brown, Quest Engineering Development Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A gray cast iron (ASTM 247 type A) gate valve in an oleum and sulfuric acid piping loop at a chemical process plant fractured 
catastrophically after approximately 10 years of service. The valve was a 150 mm (6 in.) bolted flange type rated to conform to ANSI 
B16.1 for service at 1034 kPa (150 psi) and 120 deg C (250 deg F) maximum in 93 to 99% sulfuric acid. The fracture originated at 
stress-corrosion cracks that occurred in a high-stress transition region at the valve body-to-flange juncture. The mechanical properties of 
the failed valve were below those of the manufacturer's cited specification, and the wall thickness through which the fracture occurred 
exceeded the minimum 9.5 mm (38 in.) thickness cited by the manufacturer The valve flange had been unbolted and rebolted to a 
maintenanced piping coil immediately prior to failure. It was recommended that the flange-to-valve body juncture be redesigned to 
reduce stress levels. A method of maintenance and inspection in concert with a criterion for life prediction for this and other valves and 
components in the system was also recommended. 

Keywords: Chemical processing equipment; Gatevalves; Sulfuric acid, environment 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure types: Stress-corrosion cracking; Brittle fracture 


Background 

A gray cast iron (ASTM 247 type A) gate valve in an oleum and sulfuric acid piping loop at a chemical process plant 
fractured catastrophically after approximately 10 years of service. 

Applications 

The production and use of hot sulfuric acid is essential to many manufacturing and process facilities. This need is not new; 
however, there is a greater demand for all equipment to meet safety and reliability requirements. An important component in 
the control of these safety requirements are the valves that are used to regulate flow. Cast iron has been shown to be an 
economical and effective material to handle high concentrations of H 2 S0 4 for service in concentrations of 93 to 99% at 
temperatures up to 120 °C (250 °F) and at velocities of 30.48 m/s (100 ft/s). 

Figure 1 shows three schematic views of the subject valve dimensioned to conform to ANSI B16.1. The initial wall thickness 

7 3 

of the body of the valve is a nominal 22 mm (S in.) with a minimum of 19 mm (4 in.) at fabrication and a corrosion 

3 

allowance by the manufacturer to a minimum wall thickness of 9.5 mm (8 in.). Periodically, the valve and piping system are 
inspected for corrosion, and the flanges of the valve are unbolted to inspect, maintain, repair, and replace parts and 
components. 






Fig. 1 Schematic of 150mm (6in.) gate valve body. 

Circumstances leading to failure 

Prior to failure, the valve had been operated for approximately 10 years within the temperature and pressure rating 
specifications provided by the manufacturer. The working medium had been oleum and sulfuric acid. At the time of failure, 

3 

the wall thickness of the valve body adjacent to the failure site and in most locations did not fall below the 9.5 mm (S in.) 
minimum wall thickness cited by the manufacturer. However, a location in the valve body was found to have wall thickness 
of 8.8 mm (0.345 in.). Note in Figure 1 that the flat-faced flange that bolts to the flange piping has a shaip fillet at its 
attachment to the valve body and does not taper in thickness from the flange into the body. Shortly before the circumferential 
fracture of the juncture the valve flange to the body, the fractured valve flange was bolted to a flanged 15 mm (6 in.) pipe. 

The gasket in between the two flanged faces was approximately 25 mm (1 in.) wide by 3.2 mm (8 in.) thick. The bolting 

3 

consisted of 19 mm (4 in.) low-strength (207 MPa, or 30 ksi, specified minimum yield strength per ANSI B 16.42 for non¬ 
full-faced gaskets or a flat-faced to full-faced flange) studs. 

Pertinent specifications 


The manufacturer specified the dimensions according to ANSI B16.1, “Face-to-Face and End-to-End Dimensions of Valves.” 
Nonmetallic flat gaskets for pipe flanges were specified to ANSI B 16.21. Valve-flanged and butt welding (ANSI B16.34) 
and ductile iron pipe flanged fittings (ANSI B 16.42) provide general guidance with respect to flange and fitting dimensions 
as a function of materials, temperatures, and pressures. The valve manufacturer specifications cite ASTM A278, class 35, 
which specifies a Brinell hardness of 207 to 262 and a tensile strength of 240 MPa (35 ksi) minimum and 345 MPa (50 ksi) 
typical as determined on an ASTM B bar. The chemical specification of the valve body cited by the manufacturer is provided 
in Table 1, which compares it with values determined from the failed valve. The measured values show a slightly higher 
content of carbon and copper than specified by the manufacturer. 


Table 1 Results of chemical analysis 


Element 

Composition, % 


Failed Valve Manufacturer's specifications 

Carbon 

3.4 3.3 (max) 







Sulfur 

0.13 


Manganese 

0.56 

0.9 (max) 

Phosphorus 

0.10 


Silicon 

1.54 

1.7 (max) 

Chromium 

0.15 


Molybdenum 

0.02 


Nickel 

0.06 


Copper 

2.16 

2.0 (max) 


Specimen selection 

For mechanical testing, three tensile specimens were taken from the valve body flange opposite the fractured flange. Two 

tensile specimens were approximately 6.5 mm (4 in.) in diameter, and one specimen was approximately 13 mm (2 in.) in 
diameter. Three impact specimens 10 x 10 mm (0.4 x 0.4 in.) cross section were also taken from the flange that did not fail. 
Four specimens were taken from the fracture surface for examination by scanning electron microscopy (SEM). 

Visual Examination of General Physical Features 

Examination of the 150 mm (6 in.) valve re moved from the piping system and with the bonnet removed (Fig. 2) revealed a 
circumferential crack running approximately 300° around the circumference of the flange-to-valve body attachment. Figure 
3(a) shows the exterior appearance of the crack from bolt openings 1 to 4, and a closeup view is provided in Fig. 3(b). A cut 
through the flange between bolt hole 1 and 2 was made to free the fractured flange shown in Fig. 2 and 3 so that the fracture 
surface could be examined. Figure 4 shows the fracture surface on the valve body with the flange removed from bolt 
openings 1 to 7. The fracture surface was fibrous and characteristic of brittle fracture. Flowever, two distinguishing features 
were observed (Fig. 4) at points A and B, which appeared as light yellow deposits. 
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Fig. 4 Fracture surface after removal of flange from bolt holes 1 to 7. 

Figure 5 shows a closeup of the light yellow deposit at point A, which is directly opposite bolt hole opening 2. Figure 6 
shows a closeup of the light yellow deposit at point B, adjacent to bolt hole opening 7. Figure 7 provides a view of the 
fracture flange removed from the valve body. Note that the deposit visible at points A and B on the valve body fracture 
surface is also present on the flange fracture surface shown in Fig. 7. Both deposits at point A and B are approximately 67.5° 



Fig. 5 Sulfated deposited at point A adjacent to bolt hole 2. 



Fig. 6 Sulfate deposit at point B adjacent to bolt hole 7. 



Fig. 7 Fracture surface on flange removed from bolt holes 1 to 7. Note sulfate deposits at A and B. 

Testing Procedure and Results 

Surface examination 

Visual examination of the fracture surfaces suggested that most of the fracture surface was the result of the final fracture. 
Based on the presence of the sulfate deposit, points A and B were cracks that existed prior to final fracture. Point A (Fig. 5 
and 8) was an interior, almost midwall crack with small intergranular cracks to the interior, which permitted sulfuric acid or 
oleum to leach into the crack. In Fig. 6, the sulfate defines a large crack between the interior of the valve and bolt hole 7. The 
fracture surface of the flange between bolt hole 7 and its outer rim (point C in Fig. 4) exhibited no sulfates. 



Fig. 8 Closeup view of fractured specimen from point A in Fig. 7. 

Microfractography. Examination of the fracture surfaces at low magnification using an optical microscope suggested 
preexisting cracks at points A and B. The final fracture surfaces are typical of a brittle fracture; however, even under low 
magnification, they exhibit acid etching from the release of the contents of the sulfuric acid when the valve body fractured. 
Scanning Electron Microscopy/Fractography. Figure 9 shows SEM micrographs of the light yellow sulfate-coated 
surface at point B (see Fig. 6). Figure 10 shows the area at point B and Fig. 11 shows the area at point C after ultrasonic 
cleaning in soapy water. Note the contrast in surface etching between the two surfaces. The surface under the sulfate deposit 
shown in Fig. 10 appears as a slower, or less etched, surface. __ 


Fig. 9 Sulfate deposits at point B. (a)88x. (b) 880x 



Fig. 11 SEM micrograph of point C after removal of sulfate. 790x. 






Figure 12 shows the area at point A after ultrasonic cleaning in soapy water (see Fig. 8). Figure 13 shows an area away from 
the sulfate deposit on the opposite side of this wedge-shaped sample. Comparison of the surface under the sulfate deposit in 
Fig. 12 with the final fracture surface illustrated in Fig. 13 shows that the final fracture surface exhibited a more deeply 
etched morphology. 



Fig. 12 SEM micrograph of point A after removal of sulfate. 620x. 



Fig. 13 SEM micrograph of typical final fracture surface. 620x. 


Metallography 


Microstructural Analysis. Figures 14 and 15 are micrographs of the failed valve, showing a typical etched 
microstructure ofpearlite gray cast iron, type A, with size 3 graphite flake distribution. 




Fig. 14 Microstucture of sample from failed valve. 62x 


Fig. 15 Microstucture of sample from failed valve. 248x. 

Crack Origins/Paths. The fracture was a through-wall crack that followed the juncture of the flange to the valve body 
for approximately 300° around the circumference. This circumferential crack originated at bolt hole 7 as a radial crack that 
extended radially through the flange and through the bolt hole. The circumferential crack ended at the gusset bracing the pipe- 
run flange to the bonnet flange (past bolt openings 7 to 1). The fracture surfaces were etched during the fracture process by 
sulfuric acid ejected through the fracture surface; therefore, the fracture surfaces were not pristine, and crack origins were not 
easily identified. 

Corrosion Morphology. During the 10 year operation of the valve, the interior wall adjacent to the fracture lost 

approximately 13 mm (2 in.) of the cast iron material through its thickness. The interior of the valve was always subjected 
during operation or preoperation to oleum or sulfuric acid under high temperatures and internal pressure. As the interior wall 
surfaces thinned or corroded, the stresses in the valve increased, particularly at the valve body-to-flange juncture. The 
appearance of sulfate deposits at points A and B (Fig. 4) in the interior wall of the valve at the flange-to-valve body juncture 
adjacent to bolt holes 2 and 7, which is precisely the same distance from the axis of symmetry of the valve (and from the 
gusset), suggested stress-enhanced corrosion crack propagation. 



Chemical analysis/identification 


Material and Weld. Table 1 provides a chemical analysis of the valve body composition, which was close to the 
manufacturer's specification, with slightly high carbon and copper values. 

Corrosion or Wear Deposits. Chemical analysis confirmed that the light yellow deposits found at points A and B were 
sulfate. X-ray diffraction analysis of the composition of the light yellow material found at point B in the fracture zone (see 
Fig. 4 and 6) revealed that the material was (Fe,Cu)S0 4 -H 2 0 and a-iron. X-ray diffraction results of the light yellow 
substance at point A (see Fig. 5) exhibited the same chemical properties. The results are illustrated in Fig. 16. 



Fig. 16 X-ray diffraction results from sulfate deposits. 


Mechanical properties 

Hardness. The average hardness was 230 FIB, comparable to the 207 to 262 FIB values in the manufacturer's 
specifications. 

Tensile Properties. The average tensile strength, based on three specimens, was 205.5 MPa (29.8 ksi), which was below 
the minimum specification of 240 MPa (35 ksi). 

Impact Toughness. The average impact values ranged from 1.4 to 2.7 J (1 to 2 ft. lb). 

Stress analysis 

Analytical. To obtain a picture of the stress and deformation state of the valve at various locations, particularly in the 
flange-to-juncture area, a number of finite-element computer models were constructed. The finite-element computer 
simulation method was chosen in lieu of experimental simulation for several reasons. Distribution of the stresses throughout 
the component could be evaluated under a variety of separate and combined loading conditions. The loading conditions of 
temperature, pressure, and the effects of corrosion of the wall thickness could be considered. The effects of defects could be 
included in the model, and the valve geometry or material properties could be varied to determine ways to improve 
performance of the valve in the redesign cycle and recommendations phase. 

Figures 17(a) and (b) are examples of the changes in stress levels at the juncture of the flange-to-valve body as a result of the 
change in the wall thickness due to corrosion. The finite-element stress distributions shown in Fig. 17 were taken at the cross 
section of the inlet flange and valve body between bolt holes 4 and 5 for only the bolt load condition. Stress values reached 
approximately 117 MPa (17 ksi) at the outside juncture of the flange-to-valve body between stud openings 4 and 5. However, 
the juncture stresses between the flange and the valve body were not completely axissymmetric because of the gusset 
between the bonnet flange and the flanges that attached the valve to the piping. In addition, internal pressure, pipe reaction 
loads, thermal gradients, and thermal expansion introduced additional nonsymetrical distributions of stress at the flange-to- 
valve juncture. 






(■) (b) 

Fig. 17 Finite-element models. (a)"As built" flange-to-valve body juncture with bolt load from torqued studs (in 
increments of approximately 91 70 kPa, or 133- psi). (b)"Corroded at fracture" flange-to-valve body juncture with 
bolt load from torqued studs (in increments of approximately 10,600 kPa or 1500 psi). 

All of these loads on the flange were cyclic. The pressure, pipe forces, and thermal stresses depend on the operating cycles 
and the rate of corrosion. The bolt up or preload stress cycle depends on the frequency of maintenance. Brown (Ref 1) has 
shown that stresses resulting from bolt load that may be nearly symmetrical in a nonpressure condition can result in 
significant variations in bolt load during the operating conditions with internal pressure. 

Discussion 

The tests discussed in this case history were performed to determine the mode of failure, the mechanism of failure, and the 
causal factors. Mechanical testing of samples from the valve body indicated that impact values and therefore fracture 
toughness were quite low, and tensile properties were on average 15% below the specified tensile properties and as much as 
20% lower than the minimum. 

Examination of the fracture surfaces indicated that much of the surface area was produced in the final fracture of the valve 
body at the flange-to-hody juncture. Examination of the fracture surfaces also revealed the presence of prefracture cracks 
existing in the valve body, which were continuous with the final fracture surface. The prefracture (or preexisting) cracks at 
points A and B appeared to have grown as a consequence of the high stresses and the presence of sulfuric acid from the 
contents of the valve. These preexisting cracks were identified by sulfate deposits and occurred in a symmetrical manner 
relative to the symmetry of the valve body and location of the bolt holes (using the gusset as a reference). 

This symmetry of occurrence of crack growth in the juncture suggested that the development of the cracks was influenced by 
the stress in the presence of corrosion. The fracture surfaces suggested that the cracks adjacent to bolt holes 2 and 7 grew as a 
result of the stress state and the presence of sulfuric acid from the interior of the valve. When the largest crack, at point B 
(adjacent to bolt 7), reached a critical size, the valve fractured. 

Finite-element models were built to determine the causal relationship between design, materials selection, material defects, 
fabrication, operation and use, maintenance, and inspection. A minimum wall thickness of 9.5 mm (0.375 in.) was specified 
by the manufacturer as a criterion for the valve owner. The valve body was, at the time of failure, very close to reaching the 
minimum thickness value. The computer simulation showed that the stresses were too high in the juncture of the flange-to- 
valve body attachment for the material used if the wall thickness of the valve body was permitted to lose approximately 12.7 

mm (2 in.). There were many areas in the valve body where the minimum thickness criterion was acceptable. However, a 
wall thickness could not be applied uniformily throughout the valve, particularly adjacent to the flange-to-valve body 
juncture. 

The orientation of the growth of the crack made detection difficult. Consequently, a number of options for investigating ways 
to reduce the risk of failure by this mechanism were provided by computer simulation. Alternate designs to change stress 
distribution if the same material is used were also examined. 


Conclusion and Recommendations 



Most probable cause 


The design of the flange-to-body juncture, with the valve body configuration and gusset attachment, produced nonuniform 
stress distributions in the flange that promoted crack growth when the valve was used in sulfuric acid or oleum service with a 

wall thickness corrosion allowance of 13 mm (2 in.) applied uniformly throughout the valve. Evaluation of the design of the 
valve indicated that this was not a realistic criterion, because some portions of the valve body received very little stress and 
other sections, such as the flange-to-valve body juncture, received high levels of stress. The use of gussets on pipe 
components is prohibited by many codes and standards and is not a good design practice unless its use can be justified by 
“design by analysis or testing” criteria. 

The type of material that was used in the valve has been used successfully for years. However, the properties of the material 
in the failed valve were below the mechanical properties specified by the manufacturer. 

Remedial action 

It was recommended that, for existing valve configurations in similar service conditions, the acceptable thickness in the area 
of the flange-to-vessel wall juncture be calculated with respect to acceptable stress levels and defect size. The corrosion 
allowance for wall thickness at the juncture will be dictated by the inspection procedure for detecting crack defect size. The 
long-term recommended action was redesign of the flange-to-valve body juncture by thickening the juncture and tapering it to 
the nominal wall thickness. The valve contour, thickness, and gusset configuration should be determined by final computer 
analysis and/or experimental testing. The valve body should be designed (as a minimum criterion) in accordance with ASME 
Section VIII, Division 2. 

How failure could have been prevented 

Failure could have been prevented by: 

• Using a better valve design including improved valve geometry such as thickness and contour 

• Accurate specification of minimal wall thickness (corrosion allowance) before removal from service 

• Defect size criteria for removal of service by periodic maintenance and inspection 

• Reliable maintenance and inspection procedures 

• Had the defect been detected during maintenance and not returned to service, the failure could have been prevented. 
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Corroded Pump Impeller 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut for Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: After operating only six months, a pump impeller (of nickel-containing cast iron as was the pump housing), showed 
considerable corrosion. Cross-sections showed substantial penetration of the wall thickness without loss of material. The observed 
supercooled structure implied low strength, but would not affect corrosion resistance. Etching of the core structure showed a 
selective form of cast iron corrosion ("spongiosis" or "graphitic corrosion") which lowered the strength of the cast iron enough that a 
knife could scrape off a black powder (10.85% C, 1.8% S, and 1.45% P). Analysis showed that some of the "sulfate" found in the 
scrubbing water, was actually sulfide (including hydrogen sulfide) and was the main cause of corrosion. Galvanic currents are known 

to accelerate this corrosion. 

Keywords: Graphitic corrosion; Pump impellers; Sulfides 

Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 

Failure type: DeaIloying/selective leaching 


A Cast iron pump impeller showed strong corrosion after an operating period of only one-half year. As can be seen from 
the section in fig. 1 the corrosion had penetrated substantially the wall thickness of the thin cross sections without loss of 
material. The pump had moved scrubbing water from a gas generator. According to an analysis by the City of Dusseldorf 
Waterworks the water had the following properties: _ 


p H -Wert/p H value 

7,2 

m-Wert/m value 

3,13 

Gesamtharte/total hardness 

32,4 °dH 

Karbonatharte/carbonate hairiness 

O 

00 

oo~ 

Nichtkarbonatharte/non-carbonate hardness 

23,6 °dH 

Gesamtkohlensaure/total carbonic acid 

74,3 mg/I 

Gebundene Kohlensaure/combined carbonic acid 

68,8 mg/I 

Freie Kohlensaure/free carbonic acid 

5,5 mg/I 

Chlorid/Chloride 

99,4 mg/I 

Sulfat/sulfate 

378,5 mg/I 

Eisen/iron 

2,7 mg/I 

Sulfid/sulfide 

Spuren/traces 
















Fig. 1 Section through pump impeller. Graphitic corrosion designated by darker edges. 1 x 


The impeller as well as the pump housing consisted of cast iron alloyed 

ler showed the following composition [in wt.%]: 


corroded par t of the impel! 

Cges./total 

Graphit/grapite 

3,14 

2,55 

Ni 

S 

3,12 

0,15 


with nickel. Chemical analysis of the non- 


The microstructure consisted of lamellar graphite in a purely pearlitic matrix (fig. 2) in the thicker cross sections. In the 
thinner cross sections, the graphite had precipitated to a large extent in a fine-leafed structure by supercooled 
solidification (granular - graphite), and the matrix was predominantly ferritic in these regions (fig. 3). This supercooled 
structure imparts only low strength to the iron, but should not affect the corrosion resistance. 



Fig. 3 Core structure: Etch: Picral. 500 x Thin-walled section. 

In the attacked zone, corrosion took place along the phase boundary graphite/matrix (fig. 4) in the normal structure as 
well as in the supercooled one. It oxidized the ferrite and pearlite of the matrix selectively while the graphite, the ternary 




phosphide eutectic steadide, and the sulfidic inclusions were not affected (fig. 5). This selective form of cast iron 
coiTosion which is known by the designation “spongiosis” or “graphitic corrosion” does not cause material loss, but 
lowers the strength of the cast iron to such an extent that a knife can cut or scrape off a black powder 1. The powder thus 



produced contained in this case 10.85% C, 1.8% S and 1.45% P. 


Fig. 4 Structure in area between attacked layer and unattacked core material. Unetched section. 100 x 




Fig. 5 Structure of the attacked layer. Unetched section. 200 x 

It is known that graphitic corrosion can occur through the effect of salt solutions or weak acids such as, for instance, from 
acidic soil or hydrogen sulfide-containing water. It appears possible that in the scrubbing water transported from the 
generator at least a paid of the sulfate found was actually sulfide or hydrogen sulfide and was primarily responsible for the 
corrosion. Normally graphitic corrosion is a slow process 2, 3. Comparable occurrences were found, however, in a 
relatively short time during tests to isolate electrolytically graphite, phosphide, carbides and non-metallic inclusions in the 
cast iron. Therefore it is reasonable to assume that in the failure at hand corrosion was accelerated by galvanic currents. 
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Worn Cast Iron Pump Parts 


Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A slide and the two guideways of a pump had to be disassembled already during run-in time after approximately 20h because 
they had galled completely, before the rated speed of 800 rpm was reached. Chemical analysis of the slide showed the following 
composition: 3.60C, 3.22Graphite, 2.49Si, 0.51Mn, 0.485P, and 0.112S. The iron was thus distinctly hypereutectic. The galling of 
the pump parts therefore was favored by an unsuitable structure caused by improper composition and fast cooling. Distortion by 
casting stresses may have been contributory or may have played the principal part. In order to prevent a repetition, the use of 
hypoeutectic or eutectic iron, slower cooling of the casting, inocculation of the melt with finely powdered ferrosilicon, and possibly 

rounding-off the edges or machining of the surfaces are recommended. 

Keywords: Galling; Materials selection; Pumps 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: (Other, miscellaneous, or unspecified) wear 


A slide and the two guideways of a pump had to be disassembled already during run-in time after approximately 20h 
because they had galled completely, before the rated speed of 800 tpm was reached. 

Figure 1 shows a section of the worn surfaces. For metallographic examination, transverse sections through the galled 
regions A—A, D—D and F—F and horizontal sections parallel to the galled surfaces of all three parts were made. 






1 

Fig. 1 Galled surfaces, left: guideway, right: slide 4 x 

Figure 2 shows the structure under the gliding surface of the slide (Section A—A). It contains considerable amounts of 
ferrite. At the edges which form the gliding surface with the unworked windows (points C) the structure consists 
predominantly of granular graphite in a ferritic matrix (Fig. 3). The ferrite content is still higher in the steps between the 
windows (sections D—D and E—E), as well as in the center (Fig. 4). and especially in the vicinity of the edge (Fig. 5). In 
contrast to this, the structure of the guideways that had a considerably thicker cross section, is almost entirely pearl itic 
(Section F—F, Fig. 6). 



Fig. 2 Structure of slide, etch: Picral. 200x. Under gliding surface, transverse section A—A. 






Fig. 4 Structure of slide, etch: Picral. 200x. In center of gliding surface, transverse sections D—D and E—E. 








Fig. 6 Structure of guideway with thicker cross section in hemispherical part, section F—F, etch: Picral. 200x 
The ferritic structure endows the parts with poor wear resistance and a tendency to gall. This, of course, also encompasses 
the opposite surface. The granular graphite in a ferritic matrix is formed by supercooling of the melt during solidification. 
It appears, therefore, in thin-walled places during fast cooling or in the vicinity of the edges. Cast iron with high carbon 
content and saturation value has a strong tendency to this kind of supercooling, especially if the iron contains few 
crystallization nuclei. 

Chemical analysis of the slide showed the following composition: 


c % 

Graphite % 

Si % 

Mn % 

P% 

S % 

3,60 

3,22 

2,49 

0,51 

0,485 

0,112 


This corresponds to a saturation value of 1.08 according to: 


_c_ 

421-0)12 S-0271 2 


The iron was thus distinctly hypereutectic. 

The galling of the pump parts therefore was favored by an unsuitable structure caused by improper composition and fast 
cooling. Distortion by casting stresses may have been contributory or may have played the principal part. In order to 
prevent a repitition, the use of hypoeutectic or eutectic iron, slower cooling of the casting, inocculation of the melt with 
finely powdered ferrosilicon and possibly rounding-off the edges or machining of the surfaces are recommended. 
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Damaged Cylinder Lining from a Diesel Motor 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A cast iron cylinder liner from a diesel engine suffered localized damage on the cooling water side leading to serration of the 
edges and heavy pitting. This heavy damage was cavitation damage, frequently observed in diesel motor cylinders. To combat such 
damage the following measures are recommended in the specialist literature: reduction in piston play; reduction in the amplitude by 
thicker-walled linings; hard chromizing of the cooling water side; and, addition of a protective oil to the cooling water. The effect of 
the protective oil is presumably based on a film of oil which forms on the cylinder surface and which is not so easily scoured off 
during vibration. The effect of the imploding vacuum bubbles is reduced by the oil film which can renew itself from the emulsion. 
Keywords: Diesel engines; Engine cylinders; Pitting (wear) 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Cavitation wear 


The cylinder lining under examination had suffered localised damage on the cooling water side leading to serration of the 
edges and heavy pitting as shown in Fig. 1. Beyond this heavily damaged zone, the external wall was coated with deposits 
shown by qualitative chemical analysis to consist principally of Fe 304 (magnetite) with small amounts of SiCF, graphite 
and CaO. The material beneath the deposit had not been attacked, which suggests that foreign particles were responsible. 
These were possibly carried round by the circulating cooling water but could also have originated in part from the 
damaged zone as indicated by the presence of graphite and SiCF. 




1 

Fig. 1 General view of cylinder lining as supplied. 3x 

It was established metallographically that the cylinder lining was made of cast iron. The microstructure is reproduced in 
Fig. 2. 




Fig. 2 Microstructure of specimen taken from cylinder lining. Etched in 2% nital. 500x 
This heavy damage is cavitation damage, frequently observed in diesel motor cylinders. 

Cavitation must always be reckoned with on a body vibrating in a liquid when the amplitude and frequency attain such 
high values that the sluggish liquid can no longer keep pace, As the body returns, vacuum bubbles form which implode on 
the next outward movement of the medium. This produces such a high pressure on a microscopically small area that the 
material disintegrates and finally particles of material are knocked out of the surface. 

The conditions for cavitation are set up at the cylinder linings in a running diesel motor because at the moment of reversal 
the cylinder is excited to bending vibrations by the sideways pressure of the piston. If the cooling water can no longer 
follow the vibration of the cylinder vacuum bubbles form at the most strongly vibrating point (impact side which implode 
on reversal of the vibration direction and produce cavities on the cylinder surface as a result of this violent cyclic 
stressing. 

In order to combat such damage the following measures are recommended in the specialist literature 

1. reduction in piston play 

2. reduction in the amplitude by thicker walled linings 

3. hard chromizing of the cooling water side 

4. addition of a protective oil to the cooling water 

The effect of the protective oil is presumably based on a film of oil which forms on the cylinder surface and which is not 
so easily scoured off during vibration. The effect of the imploding vacuum bubbles is reduced by the oil film which can 
renew itself from the emulsion. 
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Microstructural Features of Prematurely Failed Hot-Strip Mill Work Rolls: Some 
Studies in Spalling Propensity 

Amitava Ray, M.S. Prasad, S.K. Dhua, S.K. Sen, and S. Jha, Physical Metallurgy Group, Research and 
Development Centre for Iron and Steel, Steel Authority of India Limited 


From: A. Ray, M.S. Prasad, S.K. Dhua, S.K. Sen, and S. Jha, Microstructural Features of Prematurely Failed Hot-Strip Mill Work Rolls: 
Some Studies in Spalling Propensity Journal of Materials Engineering and Performance, Vol 9 (No 4) Aug 2000 p 449-456 

Abstract: Work rolls made of indefinite chill double-poured (ICDP) iron are commonly used in the finishing trains of hot-strip mills 
(HSMs). In actual service, spalling, apart from other surface degeneration modes, constitutes a major mechanism of premature roll 
failures. Although spalling can be a culmination of roll material quality and/or mill abuse, the microstructure of a broken roll can 
often unveil intrinsic inadequacies in roll material quality that possibly accentuate failure. This is particularly relevant in 
circumstances when rolls, despite operation under similar mill environment, exhibit variations in roll life. The paper provides an 
insight into the microstructural characteristics of spalled ICED HSM work rolls, which underwent failure under similar mill operating 
environment in an integrated steel plant under the Steel Authority of India Limited. Microstructural features influencing ICDP roll 
quality, viz. characteristics of graphite, carbides, martensite, etc., have been extensively studied through optical microscopy, 
quantitative image analysis (QIA), and electron-probe microanalysis (EPMA). These are discussed in the context of spalling 

propensity and roll life. 

Keywords: Hardness; Hot-strip mill; Rolling mill rolls; Spalling 

Materials: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron); Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure types: Fatigue fracture; Rolling-contact wear 


1. Introduction 

In the finishing trains of hot-strip mills (HSMs), work rolls made of indefinite chill double-poured (ICDP) iron are 
commonly used owing to their resistance to wear and thermal fatigue. 1 These ICDP rolls are characterized by a “shell” 
(or chill) of alloy cast iron and a softer core of gray/nodular iron. During service, these rolls may fail prematurely owing 
to improper mill operating environment and/or inadequacies in roll material quality. The problem of such failures is 
relatively more acute in modern high-performance HSMs, where work rolls are subjected to higher mechanical stresses 
owing to demands of mill productivity and superior product quality. 2 Work rolls used in the finishing stands of HSMs 
may suffer from surface degeneration and banding, firecracking, surface indentation, and spalling. 3 While roll surface 
deterioration by the first three phenomena are progressive in nature and can be remedied from time-to-time by roll 
grinding operations, this nevertheless reduces the working diameter and in turn the useful roll life. Spalling, on the other 
hand, can culminate in catastrophic roll failures leading to considerable reduction in roll life and mill productivity. 
Spalling involves a fatigue phenomenon, where fracture occurs by generation and propagation of several microcracks 
under applied stresses imposed during rolling. Although spalling is often a consequence of mill-related factors, 4 the 
influence of roll material quality in inducing such failure is by no means insignificant. This is particularly relevant in 
circumstances when rolls, despite operation under similar mill environment, exhibit variations in roll life. 5 In such 
instances, the microstructure of a failed roll can often provide insight into intrinsic quality deficiencies that possibly 
accentuate premature spalling. It is in this perspective that an extensive microstructural investigation has been earned out 
on spalled samples of ICDP work rolls used in the finishing stands of a HSM. The study pertains to an integrated steel 
plant under the Steel Authority of India Limited, where large variations in HSM work roll life were observed even under 
similar mill operating environment. 

The paper discusses microstructural aspects such as graphite morphology and content, carbide characteristics, and nature 
of the martensite matrix in spalled ICDP HSM work rolls in the context of spalling propensity and roll life. 


2. Experimental 



Spalled samples were collected from the barrel portion of prematurely failed HSM work rolls, which gave varying roll 
lives under similar mill operating environment. The fragmented samples of spalled rolls were cleaned with acetone and 
examined with respect to their visual appearance, fracture features, and microstructural characteristics. 

For optical microscopy, specimens of around 25 x 10 x 15 mm dimensions were cut along the radial cross sections of 
spalled rolls. These specimens were ground and polished to a scratch-free finish for metallographic observation. Polished 
and unetched specimens were examined by optical microscopy at magnifications of 500x and lOOx to observe the 
graphite morphology and distribution, respectively. The unetched roll specimens were also observed for non-metallic 
inclusions (NMI) at 500x magnification. Microstructural examinations were also earned out on natal-etched specimens (2 
mL concentrated FINO 3 in 98 mL ethyl alcohol) of failed rolls to observe characteristics of matrix phases such as 
martensite, retained austenite, and carbides. Microhardness [Vickers pyramid number (VPN)] measurements were 
concurrently carried out on different phases to corroborate their identity. For determining the microhardness of hard 
martensite and carbide phases, a 50 g indenting load was applied, while a lower load of 10 g was used for the softer 
graphite phase. 

Quantitative image analysis (QIA) was carried out in a “Quantimet-600” (LEICA Imaging Systems Ltd., Cambridge, 
United Kingdom) model equipment to determine the volume fractions of different phases present in the failed roll 
samples. The volume fractions of graphite were determined from polished and unetched specimens, while nital-etched 
specimens were used for estimating the contents of other microstructural constituents such as martensite, retained 
austenite, and carbide. In estimating the volume fractions of carbide and retained austenite, thresholding and image 
editing were performed selectively since both these phases appeared white under brightfield microscope illumination. 
Initially, thresholding was done by selecting a video level to capture both the carbide and retained austenite phases, and 
the overall volume fraction (i.e., carbide plus retained austenite) was determined for a particular microscopic field. 
Subsequently, the carbide phase in the same field was selectively delineated by binary image editing and its volume 
fraction determined. The difference in the values of the aforesaid two volume fraction measurements gave the volume 
fraction of retained austenite. Since ICDP rolls primarily consist of four microstructural constituents (graphite, carbide, 
martensite, and retained austenite), the volume fraction of martensite in a particular field was empirically determined by 
subtracting the total volume fractions of graphite, carbide, and retained austenite from 100%. For ensuring measurement 
authenticity and accuracy, QIA was earned out over a large number (at least 50) of microscopic fields at 200x 
magnification to determine the average volume fractions of various microstructural constituents. 

Fractographic observations of failed roll samples were carried out at lOOOx magnification in a “JSM-840A” (JEOL Ltd., 
Akishima, Tokyo) model scanning electron microscope (SEM) to study the general surface topography and features 
associated with the failure. In parallel, electron-probe microanalysis (EPMA) was earned out in a “JCXA-733” (JEOL 
Ltd.) model EPMA, on polished and unetched roll specimens to identify elements present in the graphite phase and matrix 
regions, as well as to characterize non-metallic impurity. The EPMA investigations were also earned out on nital-etched 
roll specimens to determine elemental enrichment in the carbide phase. Qualitative and quantitative analyses of carbides 
were carried out by using JEOL proprietary “QLAN” and “PACM” application software, respectively, under 15 kV 
accelerating voltage and 5 x 10 8 A probe current. 

3. Results and Discussion 

3.1 Roll Particulars 

The ICDP work rolls used in the finishing stands of this particular HSM are of 810 mm barrel diameter (nominal) and 
2000 mm barrel length. The hardness on the working surface of new rolls ranges between 80 and 85° shore “C.” The 
normal chemistry (in wt.%) of the “shell” material in such ICDP rolls is 3.30 to 3.40 C; 0.75 to 0.95 Mn; 0.85 to l.OOSi; 
4.10 to 4.30Ni; 1.50 to 1.95Cr, and 0.30 to 0.40Mo. The rolls are commissioned in the mill at their initial diameter of 810 
mm and are scrapped in normal usage when the working diameter wears down and reaches 750 mm. This means that the 
shell region in these ICDP work rolls is around 30 mm [(810 to 750 mm)/2] on the radius. 

The details of the spalled HSM work rolls investigated with regard to their identification number, roll life (i.e., tonnage 
rolled prior to failure), and roll diameter at spalling stage are shown in Table 1. It is clearly evident from this table that out 
of the 16 roll samples investigated, 10 samples (HSMs #1, 2, 3, 4, 5, 6 , 7, 9, 11, and 14) pertained to the working surface 
of rolls that spalled at higher diameter (773 to 808 mm), i.e., possibly from the shell regions of these rolls. On the 
contrary, the other six roll samples (HSMs # 8 , 10, 12, 13, 15, and 16) were virtually obtained at the scrap diameter 
(749/750 mm) stage, i.e., almost at the initiation of the roll “core” region. 

Table 1 Roll particulars and life data 


Roll sample Supplier Roll diameter at spalling stage (mm) Roll life (tonnes) Average roll life (tonnes) 





HSM #1 

A 

808.35 

6,142 


HSM #2 

A 

803.00 

25,224 


HSM #3 

B 

801.90 

38,045 


HSM #4 

C 

800.85 

42,869 


HSM #5 

B 

796.50 

54,268 

48,387.22 

HSM #6 

A 

780.75 

63,513 


HSM #7 

C 

793.35 

63,786 


HSM #8 

B 

750.20 

69,328 


HSM #9 

C 

791.95 

72,310 


HSM #10 

C 

749.10 

113,173 


HSM #11 

B 

783.50 

113,843 


HSM #12 

D 

750.80 

137,001 


HSM #13 

C 

750.35 

146,664 

146,101.71 

HSM #14 

C 

773.75 

157,615 


HSM #15 

B 

750.20 

171,730 


HSM #16 

A 

750.60 

182,686 



The roll lives depicted in the aforesaid table were found to vary widely and ranged between 6142 to 182,686 tonnes. It is 
expedient to mention that roll life in steel mills is customarily indicated in terms of tonnage of material rolled (i.e., 
cumulative quantity of rolled material produced in several campaigns prior to discard/failure of a given roll) rather than 
hours of operation. This is because time related data often involves breakdown/maintenance activities, whereas mill 
production data (i.e., tonnage rolled) is more authentic. 

In the first nine rolls (HSMs #1 to 9), the lives varied between 6142 and 72,310 tonnes, with an average value of 48,387 
tonnes, whereas in the subsequent seven rolls (HSMs #10 to 16), the lives ranged between 113,173 and 182,686 tonnes, 
with an average value of 146,101 tonnes. It can thus be seen that the average life obtained in the latter seven rolls (HSMs 
#10 to 16) was almost three times the average life obtained in the first nine rolls (HSMs #1 to 9). Table 1 also reveals that 
of the 16 rolls investigated, 25% of rolls exhibited lives less than 50,000 tonnes, 31.25% of rolls between 50,000 and 
75,000 tonnes, and 43.75% of rolls greater than 100,000 tonnes. 




















3.2 Microstructural Features 


Graphite Characteristics. Out of ten spalled samples pertaining to the shell region (i.e., where the diameter at 
spalling was >750 mm), nodular graphite morphology was observed in the optical microstructures of four roll samples: 
HSMs #7, 9, 11, and 14, which gave an average roll life of 101,888 tonnes. These four rolls exhibited comparatively 
higher average roll lives than the other six rolls: HSMs #1 to 6 (average roll life = 38,343 tonnes) showed flake graphite. 
Typical optical micrographs showing nodular and flake graphite morphologies in roll samples HSM #14 (life = 157,615 
tonnes) and HSM #4 (life = 42,869 tonnes) are shown in Fig. 1 and 2, respectively, at lOOx magnification. 
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Fig. 1 Optical micrograph showing mostly nodular graphite morphology in the shell region of roll sample HSM 
#14; magnification lOOx 
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Fig. 2 Optical micrograph showing typical flake graphite morphology in the shell region of roll sample HSM #4; 
magnification lOOx 

The graphite morphologies of the other six roll samples (HSMs #8, 10, 12, 13, 15, and 16), which also spalled at the scrap 
diameter stage, were flaky. This is expected since the core structure of ICDP rolls usually consists of flake-like graphite. 6 
Thus, in this case, the role of graphite morphology in influencing roll life cannot be opined. The graphite morphology in 
roll sample HSM #16, which gave the highest roll life (182,686 tonnes), was partly nodular and partly flaky. Although 
this particulai - sample was obtained at a scrap diameter of 750.60 mm, the coexistence of both nodular and flake graphite 
morphologies at the scrap diameter stage is indicative of a shell-core transition zone. It can therefore be inferred that the 
graphite morphology in the shell region of roll HSM #16 was nodular. 



The favorable effect of nodular graphite morphology in the shell microstructure toward enhancing roll life is thus evident 
from the above studies. This finding is corroborated by the fact 7 that spheroidal irons by virtue of their lower thermal 
conductivity, higher elastic modulus, and greater tensile strength than flake irons are more crack resistant under 
conditions of higher induced thermal stresses. However, crack generation was possible even in spheroidal irons under 
very high thermal stresses owing to its insufficient yield and creep resistance. This could have possibly happened in 
HSMs #7 and 9, which, despite having nodular graphite morphology, failed to perform to the desirable extent. Horvath, 8 
in his studies on the relationship between roll surface breakdown and scale formation, has clearly mentioned the 
importance of graphite morphology in influencing crack initiation. In his studies on ICDP rolls, it was observed that flake 
graphite acted as a potential stress raiser, leading to the initiation of microcracking in rolls. In contrast, spheroidal 
graphite particles did not act as stress raisers and, hence, were less susceptible to thermal fatigue cracking and removal 
from the roll surface. 


Matrix Characteristics. The nital-etched microstructures of all failed roll samples showed martensite (dark gray to 
black) with retained austenite in needle interstices, carbide (white), and graphite phases. The carbide phase was of 
eutectic type and appeared in continuous networks. Typical micrographs of nital-etched roll specimens HSMs #8, 14, and 
1 are shown in Fig. 3, 4, and 5, respectively, at 500x magnification. It is clearly seen from these micrographs that, 
although microstructural constituents (martensite, retained austenite, and carbide) are essentially the same in all three roll 
samples, microstructural degeneration is manifested as microcracking in the carbide phase and could only be observed in 
roll samples HSM #8 (life = 69,328 tonnes) and HSM #1 (life = 6142 tonnes). The microcracks in the carbide phase 
might possibly have generated during rolling and propagated under applied stresses to ultimately result in premature 
spalling. It has been reported 9 that cracks may occur in large eutectic carbides concomitantly with thermal fatigue cracks 
that form on the roll surface. The cause of such cracking of carbides has been attributed to thermal reasons or, more 
likely, could be mechanically induced by work roll/backup roll contact stresses, or by rolling stresses. The microhardness 
values of martensite, carbide, and graphite phases were determined for all of the failed roll samples and are shown in 
Table 2. It can be seen that, while the microhardness of martensite ranged from 541 to 644 VPN, that of the carbide phase 
varied between 1000 and 1345 VPN. The microhardness of graphite, however, was found to be consistent and ranged 



Fig. 3 Nital-etched microstructure of roll HSM #8 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting microcracking; magnification 500x 



Fig. 4 Nital-etched microstructure of roll HSM #14 showing acicular martensite with retained austenite at 
needle interstices, white carbide phase, and dark-gray graphite nodule; magnification 500x 



Fig. 5 Nital-etched microstructure of roll HSM #1 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting pronounced microcracking; magnification 500x 

Table 2 Microhardness values of different phases in HSM work roll samples 


Average microhardness (VPN) 

Roll sample 

Martensite 

Carbide 

Graphite 

HSM #1 

644 

1345 

50 

HSM #2 

615 

1150 

54 

HSM #3 

633 

1180 

53 



HSM #4 

603 

1120 

54 

HSM #5 

595 

1200 

52 

HSM #6 

603 

1100 

54 

HSM #7 

603 

1120 

53 

HSM #8 

585 

1105 

52 

HSM #9 

598 

1100 

53 

HSM #10 

562 

1050 

52 

HSM #11 

585 

1095 

51 

HSM #12 

541 

1000 

51 

HSM #13 

562 

1050 

54 

HSM #14 

566 

1095 

51 

HSM #15 

567 

1072 

54 

HSM #16 

566 

1050 

51 


The data in Table 2 reveal that the carbide microhardness of the first nine rolls (HSMs #1 to 9) ranged between 1100 and 
1345 VPN, with an average value of 1157.77 VPN. On the other hand, carbide microhardness in the other seven rolls 
(HSMs #10 to 16), which gave significantly higher roll lives ranging between 1000 and 1095 VPN, with an average value 
of 1058.86 VPN. It is thus evident that carbide microhardness in the latter group of seven higher life rolls (average roll 
life = 146,101 tonnes) was about 100 VPN lower than the former group of nine lower life (average roll life = 48,387 
tonnes) rolls. 

It can also be seen from Fig. 3, 4, 5 that the amount of microcracking is particularly pronounced in roll sample HSM #1 
(roll life = 6142 tonnes), which incidentally exhibited a very high microhardness (1345 VPN) of the carbide phase. A 
close examination of the roll life data (Table 1) and the carbide microhardness values (Table 2) shows the vulnerability of 
rolls exhibiting carbide microhardness higher than 1100 VPN. This condition could possibly enhance microcracking 
propensity and, hence, lead to subsequent spalling of rolls. 

3.3 Volume Fractions of Microstructural Phases 

The volume fractions (in %) of constituent microstructural phases in the spalled roll samples were determined by OIA. 
The image analysis data pertaining to average volume fractions of graphite, carbide, martensite, and retained austenite are 
shown in Table 3. The volume fraction of martensite was found to range between 42.09 and 61.25%, carbide phase 
between 20.60 and 43.05%, retained austenite between 5.86 and 16.32%, and graphite between 2.51 and 5.18%. It is 
interesting to observe that the graphite volume fraction (Table 3) in nine rolls (HSMs #1 to 9), which exhibited lower roll 
lives (i.e., 6142 to 72,310 tonnes; average: 48,387 tonnes), varied from 2.51 to 4.49%, with an average value of 3.38%. In 
contrast, the other seven rolls (HSMs #10 to 16), which exhibited superior roll lives (i.e., 113,173 to 182,686 tonnes; 
average: 146,101 tonnes), showed higher graphite volume fractions, ranging between 4.05 and 5.18%, with an average 




value of 4.44%. It is apparent from the aforesaid observations that, while graphite volume fractions in the range of 4 to 
5% are conducive to better roll life, a lower volume fraction (<4%) is deleterious. As a matter of fact, six rolls (HSMs #1, 
2, 3, 5, 7, and 8), which had particularly low roll lives, showed graphite volume fractions in the range of 2.51 to 3.54%. 

Table 3 QIA data showing volume fractions of different phases in spalled roll samples 


Volume fraction (%) 

Roll sample 

Martensite 

Carbide 

Retained austenite 

Graphite 

HSM #1 

46.57 

38.99 

11.82 

2.62 

HSM #2 

49.80 

37.17 

9.49 

3.54 

HSM #3 

46.16 

37.86 

13.12 

2.86 

HSM #4 

53.99 

34.53 

6.99 

4.49 

HSM #5 

48.46 

43.05 

5.86 

2.63 

HSM #6 

52.40 

34.68 

8.90 

4.02 

HSM #7 

42.09 

38.82 

15.92 

3.17 

HSM #8 

52.91 

33.14 

11.44 

2.51 

HSM #9 

50.68 

34.15 

10.56 

4.61 

HSM #10 

60.14 

20.60 

14.37 

4.89 

HSM #11 

58.35 

30.08 

7.52 

4.05 

HSM #12 

51.94 

27.36 

16.32 

4.38 

HSM #13 

56.35 

22.71 

15.76 

5.18 

HSM #14 

58.41 

22.63 

14.56 

4.40 

HSM #15 

61.25 

21.80 

12.80 

4.15 

HSM #16 

54.45 

30.20 

11.32 

4.03 


Iron carbide that can comprise up to 40% by area of the roll microstructure has a profound effect on the properties and 
mill performance of iron rolls. 10 Investigators 11 have reported that pitting commonly observed in the last three stands 





















of HSMs is associated with loss of mass from the roll surface. This phenomenon is aggravated as large primary dendritic 
carbides stand out without any mass support and fragment or come out completely from the martensitic matrix. Table 3 
shows that the volume fraction of martensite ranged between 42.09 and 53.99% (average: 49.23%) in the nine roll 
samples (HSMs #1 to 9). which exhibited lower average (48.387 T) lives. In contrast, martensite volume fraction was 
found to be higher (range: 51.94 to 61.25%; average: 57.27%) in the seven roll samples (HSMs #10 to 16), which showed 
superior lives It is therefore evident that the lower volume fraction of martensite (average: 49.23%) in the nine low life 
roll samples (HSMs #1 to 9) offered less matrix support area to hard carbides than that in the seven superior life rolls 
(HSMs #10 to 16), where average volume fraction (57.27%) of martensite was higher. The fragmentation of carbides, 
therefore, might have been presumably aided by less matrix (martensite) support area in lower life rolls. 

The volume fraction of retained austenite was found to vary between 5.86 and 15.92% (average: 10.45%) in the low life 
roll samples (HSMs #1 to 9) and between 7.52 and 16.32% (average: 13.23%) in the seven higher life roll samples (HSMs 
#10 to 16). In this case, however, no clear relationship between volume fraction retained austenite and roll life was 
observed. 

The carbide volume fractions in nine samples (HSMs #1 to 9), which gave lower roll lives, were found to vary between 
33.14 and 43.05%, with an average value of 36.93%. In contrast, the carbide volume fractions in the other seven rolls, 
which gave relatively higher lives (HSMs #10 to 16), ranged between 20.60 and 30.20%, with an average value of 
25.05%. It can therefore be seen that while a carbide volume fraction in the range of 20 to 30% is conducive to higher roll 
life, a higher carbide volume fraction (in the range of 35 to 45%) is deleterious. There is therefore a critical limit of 
carbide volume fraction, which can adversely influence the performance, and life of HSM work rolls. These findings are 
also corroborated by Lecomte-Mertens, 12 who observed that roll hardness was a direct function of carbide content and 
that carbides play an important role in the cracking process. According to Hertz theory, stress concentrations are located 3 
or 4 mm below the surface of rolls. Additional stress concentrations arise from interaction between the more ductile 
matrix and the harder carbides, giving rise to the splitting of the matrix-carbide interface or breakage of the carbides, 
which are prone to fracture, due to low tensile strength. Once cracks appear in the broken carbides or along them, they 
propagate and join together in a pattern that leads to spalling. In ICDP rolls, the carbide phase is characteristically 
continuous and, hence, the propagation of cracks is more rapid along carbides. It is thus expedient to mention that, 
although higher carbide volume fractions enhance hardness, abrasion, and wear resistance, they nonetheless increase the 
propensity to cracking. 

3.4 Fracture Characteristics 

The SEM examinations were carried out at both low and high magnifications to obtain a general image of the fracture 
topography as well as for observing surface features in greater detail. The general fracture topography of all spalled rolls 
showed brittle features. Figure 6(a) shows the SEM photograph of the fracture surface of roll sample HSM #9 at lOOOx 
magnification. The fracture topography is brittle and shows the decohesion of a graphite nodule. The fracture surface of 
the same sample at another region is also shown in Fig. 6(b) at lOOOx magnification. It is evident from Fig. 6(a) that, 
although the fracture topography is essentially brittle, it is also associated with localized ductile regions (dimpled 
appearance) in the vicinity of the graphite nodule. The fracture features observed in Fig. 6(b) are, however, primarily 
brittle (cleavage) and show manifestations of intergranular cracking and cleavage steps. 
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Fig. 6 SEM fractographs of roll sample HSM #9 showing (a) brittle features and small ductile zone as well as 
decohesion near graphite nodule and (b) essentially brittle area exhibiting intergranular cracking and cleavage 
steps; magnification lOOOx 


3.5 EPMA of Phases and Inclusions 





The EPMA of nodular graphite particles in roll samples HSMs #7, 9, 11, 14, and 16 revealed the presence of Al, Si, Mg, 
and Ca in addition to C, while graphite flakes in the other 11 spalled roll samples did not show the presence of Mg. This 
clearly indicated that magnesium was used as an inoculant for the manufacture of rolls exhibiting nodular iron in the 
'shell' regions. The matrix regions in all the spalled roll samples, however, showed the presence of Fe, Si, Ni, and Cr. The 
back-scattered electron (BSE) image of typical nodular graphite particles observed in roll sample HSM #9 is shown in 
Fig. 7(a) at 180x. The corresponding x-ray dot-mapping images of C, Si, Cr, and Ni are shown in Fig. 7(b), (c), (d) and 
(e), respectively. 




Fig. 7 EPMA scans of nodular graphite particles in roll sample HSM #9 showing (a) BSE image, (b) C x-ray 
map, (c) Si x-ray map, (d) Cr x-ray map, and (e) Ni x-ray map; magnification 180x 

The EPMA investigations of typical NMIs present in the spalled HSM roll samples revealed the existence of both TiN- 
and MnS-type inclusions. The BSE and x-ray dot mapping images of a typical TiN associated MnS inclusion found in roll 
sample HSM #3 (roll life = 38,045 tonnes) are shown in Fig. 8(a) to (d) at lOOOx magnification. It is expedient to mention 
that, although MnS inclusions were observed in many roll specimens, rolls exhibiting lower roll life were found to show a 
higher incidence of brittle and angular TiN inclusions. 


















Fig. 8 EPMA scans of TiN associated sulfide inclusion in roll sample HSM #3 showing (a) BSE image, (b) Ti x- 
ray map, (c) Mn x-ray map, and (d) S x-ray map; magnification lOOOx 

Quantitative EPMA was carried out to determine the chemistry and also to ascertain the type of carbides present in the 
spalled HSM roll samples. For analytical authenticity, a number of carbides in each spalled roll sample were analyzed. 



Table 4 shows the ZAF (Z: atomic number correction factor; A: absoiption correction factor; F: fluorescence correction 
factor) corrected quantitative EPMA data of typical eutectic-type carbides observed in roll sample FISM #16. It can be 
seen from the aforesaid table that the carbon content of the carbide phase is 7.853 wt.%. The carbide essentially contains 
Fe (88.018 wt.%) and Cr (4.669 wt.%), with little amounts of Mn (1.149 wt.%) and Mo (0.201 wt.%). The atom 
percentage of carbon in this carbide is 27.912%, while the combined atom percentage of the other associated elements 
(i.e., summation of Fe, Mn, Cr, and Mo) in the carbide was found to be 72.088%. This implies that the carbide phase in 
the spalled roll samples was essentially of M 3 C type. 

Table 4 ZAF-corrected quantitative EPMA analysis of a typical M 3 C-type eutectic alloy carbide in roll 
sample HSM #16 


Concentration Concentration 

Element (wt.%) 

(at.%) 

K{%) 

ZAF 

Z 

A 

F 

C 

7.853 

27.912 

2.956 

2.6566 

0.8264 

3.2146 

1.0000 

Cr 

4.669 

3.833 

5.613 

0.8318 

1.0213 

1.0046 

0.8107 

Mn 

1.149 

0.893 

1.104 

1.0410 

1.0398 

1.0012 

1.0000 

Fe 

88.018 

67.273 

85.959 

1.0240 

1.0203 

1.0035 

1.0000 

Mo 

0.201 

0.089 

0.163 

1.2279 

1.1092 

1.1087 

0.9985 


101.890 

100.00 

95.796 

(PACI) 

(PH-TX) 




K: intensity ratio of a particular element in unknown sample and a pure standard 
ZAF: atomic number, absoiption, and fluorescence correction factor 
Z: atomic number correction factor 
A: absoiption correction factor 
F: fluorescence correction factor 

PFI-TX: Philibert-Tixier’s formula for atomic number collection 
PACI: file name for JEOL’s quantitative analysis program for metals 

4. Conclusions 

The following conclusions have emerged from the present study. 

• Longer roll life is associated with a nodular graphite morphology in the shell (outer) portion of a roller; also, a graphite 
volume fraction 4 to 5% appears optimal. 

• Among the different types of microstructural constituents observed in ICDP iron work rolls, the characteristics of the carbide 
phase have been found to exert a profound influence on roll spalling. 

• Microstructural examination of low life rolls revealed pronounced microcracking of carbides. The tendency of such 
microcracking was particularly noticeable in higher hardness (>1100 VPN) carbides. 

• OIA revealed that higher life rolls exhibited lower carbide volume fractions (range: 20.60 to 30.20%; average: 25.05%) than 
lower life rolls, where the carbide volume fraction (range: 33.14 to 43.05%; average: 36.93%) was higher. Thus, although 
carbides are indispensable for hardness, abrasion, and wear resistance of ICDP iron work rolls, a higher carbide volume 
fraction may enhance fragmentation and microcracking propensity and, in turn, accentuate subsequent spalling. 
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Fatigue Failure of Malleable Iron Diesel-Engine Rocker Levers Originating at 
Spiking Defects. 


From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Abstract: Several diesel-engine rocker levers (malleable iron similar to ASTM A 602, grade M7002) failed at low hours in over-speed, 
over-fuel, highly loaded developmental engine tests. Identical rocker levers had performed acceptably in normal engine tests. The 
rocker levers were failing through the radius of an adjusting screw arm. The typical fracture face exhibited two distinct modes of 
crack propagation: the upper portion indicated overload at final fracture, whereas the majority of the fracture suggested a fatigue 



fracture. Investigation (visual inspection, 1.5x/30x/60x magnification, and nital etched 300x magnification) supported the conclusion 
that the rocker levers failed in fatigue, with casting defects, or spiking, acting as stress raisers to initiate failures in highly loaded 
engine tests. Recommendations included shot peening of the levers as an interim measure to reduce the possibility of failure and 

redesign to increase the cross-sectional area of the levers. 

Keywords: Casting defects; Crack propagation; Diesel engines; Rocker levers; Shot peening; Spiking 

Material: ASTM A602 grade M7002 (Malleable (temper graphite) cast iron) 


Failure types: Fatigue fracture; Casting-related failures 


Several diesel-engine rocker levers failed at low hours in overspeed, overfuel, highly loaded developmental engine tests. 
The sand-cast rocker levers were malleable iron similar to ASTM A 602, grade M7002. Identical rocker levers had 
performed acceptably in normal engine tests. 

Investigation. The rocker levers were failing through the radius of an adjusting screw arm (Fig. la). The typical 
fracture face exhibited two distinct modes of crack propagation (Fig. lb). The upper portion, extending approximately 6.4 
mm (0.25 in.) from the top surface, appeared very dark and rough, which would indicate overload at final fracture. The 
majority of the fracture face was very light gray and smooth in appearance. The fanlike fracture surface would be 
characteristic of the brittle, transgranular propagation of a fatigue fracture. 



(a) 



(b) 


Fig. 1 Failed malleable iron rocker lever, (a) Illustration showing failure location (arrow), (b) Typical 
appearance of fracture face with dark overload fracture at top, light-gray fatigue fracture, and black casting 
defect (arrow). 1 .5x 



The fatigue fracture originated at a small, black-appealing casting defect (arrow in Fig. lb), approximately 1 mm (0.04 
in.) maximum depth by 1 mm (0.04 in.) maximum width, adjacent to the radius on the underside of the adjusting screw 
arm, near the casting parting line. The black appearance was a result of heavy oxidation along interdendritic voids 
connected to the surface by dendrite ribs. A cross section through a similar defect in another rocker lever revealed 
interdendritic-appearing voids surrounded by heavy oxidation and partial decarburization of the adjacent tempered 
martensitic matrix structure (Fig. 2 and 3). 



Fig. 2 Section through a spiking defect in rocker lever similar to that shown in Fig. 45. (a) 30x. (b) 60x 



Fig. 3 Microstructure at and near the spiking defect shown in Fig. 46. (a) Fleavy oxidation within an 
interdendritic void. As-polished, (b) Partial decarburization of the tempered martensitic matrix adjacent to a 
spiking defect. Etched with nital. Both 300x 

Efforts to sort defective rocker levers by means of magnetic-particle inspection and radiography proved ineffective. 
Because fatigue testing is costly and time-consuming, a method was devised to evaluate the effectiveness of foundry 
efforts to correct casting defects. The test method involved sectioning the rocker levers to reduce the cross section in the 
region of the defects and mechanically overloading to initiate fracture in the general location of the defects. A large 
percentage of old and new castings were found to contain the dendritic-appearing defects. The defects located, both with 
and without oxidation, ranged in size to a maximum of 2.5 mm (0.10 in.) deep by 1 mm (0.04 in.) wide on the fractured 
surfaces. 

Conclusions. The rocker levers failed in fatigue, with casting defects acting as stress raisers to initiate failures in highly 
loaded engine tests. The casting defects, known as spiking, were attributable to a solidification condition by which large 
austenite dendrites develop that can create an impossible feeding condition and thus the interdendritic voids. Limiting the 
size of austenite dendrites by increased nucleation should eliminate the spiking defects. 

Corrective Measures. Because initial foundry efforts to eliminate the spiking condition were not totally effective, 
shot peening of the levers was introduced as an interim measure to reduce the possibility of failure. Redesign to increase 
the cross-sectional area of the levers has since eliminated failures through the adjusting screw arm, as verified by fatigue 
testing. 
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Mechanical Failure of a Repair Welded Ferritic Malleable Cast Iron Spring 
Hanger 

Alan A. Johnson and Joseph A. von Fraunhofer, University of Louisville 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: The right front spring hanger on a dual rear axle of the tractor of a tractor-trailer combination failed, causing the vehicle to 
roll-over. The hanger was made from malleable cast iron that had been heat treated to produce a decarburized surface layer and a 
pearlitic transition layer. It had been repair welded after breaking into two pieces longitudinally in a prior incident, using cast iron as 
weld metal. The repair weld bead on both surfaces missed the fracture over 15 to 20% of their lengths. The incomplete repair weld 

and brittleness of the weld metal and heat-affected zones led to the failure. 

Keywords: Brittleness; Cracking (fracturing); Heat affected zone; Mechanical properties; Repair welding; Weld metal 

Material: Ferritic malleable iron (Malleable (temper graphite) cast iron) 

Failure types: Brittle fracture; Joining-related failures 


Background 

The right front spring hanger on the dual real - axle of a tractor-trailer combination failed, causing the vehicle to roll over. 
The hanger had fractured longitudinally into two pieces in a prior incident and had been repair welded. Failure occurred at 
this repair weld. 

Applications 

Spring hangers on each side of the vehicle secure springs to the frame. In service they are subjected mostly to 
compressive stresses, except when braking. 

Circumstances leading to failure 

A tractor-trailer combination loaded with wood chips was approaching an intersection on a rural highway. When the 
driver applied the brakes he hear a snap and found that he had lost control of vehicle. The vehicle veered to the left and 
then rolled over. The river suffered a broken neck. 

Specimen selection 

Three samples were cut from the fracture surface and one from a location remote from the fracture. These were mounted 
to provide sections normal to the front and back surfaces of the hanger. 

Visual Examination of General Physical Features 


An exemplar tractor is shown in Fig. 1, and the right front rear axle spring hanger is indicated with an arrow. Figure 2 
shows the relationship between the hanger and the stack of leaf springs on the right side of the vehicle. One half of the 
broken spring hanger, together with the corresponding hanger from the left side of the vehicle, is shown in Fig. 3. The two 



show the same asymmetry because, in fact, both are hangers intended for use on the left side of the vehicle. This is 
evidenced by the fact that the broken hanger removed from the right side of the vehicle had the letter “L” cast into it. The 
photograph in the figure was taken at a point in the investigation when two metallograhpic specimens had been cut from 
the broken hanger and one had been cut from the unbroken hanger from the other side of the vehicle. 



Fig. 1 An exemplar truck showing the location of the spring hanger that broke (arrow) 



Fig. 2 The relationship between the right front spring hanger and the stack of leaf springs on the right side of 
the vehicle 




Fig. 3 The broken right front spring hanger and the unbroken left front spring hanger 

Examination of the fracture revealed that it had occurred at a repair weld. Weld beads were present from front to back on 
both the inside and outside surfaces. On both surfaces the weld beads had missed the fracture along 15 to 20% of their 
lengths. Thus, the repair was incomplete. Consistent with this observation, it was found that the corrosion products on the 
part of the fracture not repaired were dark red-brown, while those on the freshly created fracture were bright orange. The 
owner of the tractor had just purchased it in a used condition, and the repair may have been made just before it was 
purchased. 


Metallography 


One of the three metallographic specimens from the fracture is shown after polishing and etching in nital in Fig. 4. The 
weld bead on the outside surface of the hanger, A, had the effect of mending the fracture. That on the inside surface, B, 
missed the fracture surface, C, altogether. Thus at this location only a partial repair of the fracture was accomplished. It is 
estimated that both weld beads missed the fracture over 15 to 20% of their lengths. The hanger’s microstructure remote 
from the surface is shown in Fig. 5. It shows that the hanger was made from malleable cast iron. 



I 


Fig. 4 A metallographic section through the fracture surface. 2.2x 
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Fig. 5 The microstructure of the broken spring hanger. 62x 

The hanger was found to have a decarburized surface layer approximately 0.15 mm (0.006 in.) in depth and, below this, a 
transition zone about 0.40 mm (0.016 in.) in depth. Examination of this transition zone at a higher magnification revealed 
the presence of pearlite. In two of the three metallographic specimens, a layer of martensite was found at the weld 
metal/base metal interface. An example of such an interface region is shown in Fig. 6. The martensite is shown at a higher 



Fig. 6 A region of weld metal/base metal interface that exhibits martensite. 38x 




Fig. 7 The interface martensite that can be seen in Fig. 8, at a higher magnification. 304x 



Fig. 8 The microstructure of the weld metal. 304x 

EDAX measurements 

The three metallographic specimens were subjected to electron dispersive analysis by x-ray (EDAX) in a scanning 
electron microscope. The results, which are semiquantitative, are shown in Table 1. The instrumentation used was not 
capable of detecting carbon. The EDAX data, in conjunction with the metallographic examination, indicate that both the 
weld metal and the hanger are cast iron. 

Table 1 EDAX results obtained on the broken spring hanger and its weld metal 


Specimen No. Location 

Composition, % 


Fe 

Mn Si 


Weld metal 

97.7 

0.5 1.8 


Weld metal 

96.8 

0.7 2.5 






1 

Weld metal 

89.7 

0.7 

9.6 

1 

Base metal 

91.7 

0.6 

7.69 

2 

Weld metal 

97.9 

0.6 

1.5 

2 

Weld metal 

98.7 

0.6 

0.7 

3 

Weld metal 

97.5 

0.7 

1.8 

3 

Weld metal 

95.8 

0.6 

1.1 

3 

Base metal 

95.9 

0.4 

3.7 


Microhardness measurements 

Microhardness measurements were carried out on the specimen shown in Fig. 4 using a Vickers rnicrohardness tester with 
a 200 gm (7 oz) load. The results are shown in Table 2. Standard deviations are not given because of hardness gradients in 
the weld beads. 

Table 2 Microhardness measurements made on the metallographic section shown in Fig. 4 


Location 

Hardness, 

, VPN 


Base metal 

153, 185, 

141, 146, 

156, 1129 


155, 143, 

130, 140, 

131 

Weld bead on inner surface 

430, 426, 

401 


Weld bead on outer surface 

366, 385, 

397 



Discussion 

The spring hanger was made from ferritic malleable cast iron. This is, of course, produced by the heat treatment of a 
white iron casting in a neutral atmosphere (Ref 1). Decarburization is limited and produces a shallow decarburized 
surface layer and a thin associated pearlitic transition zone. The rest of the casting has an ordinary malleable cast iron 
microstructure. Sometimes the term “blackheart” malleable cast iron is used to describe this kind of material. 

The weld metal exhibits a microstructure characteristic of rapid solidification. The white phase is cementite, and its 
presence is reflected in its high microhardness (Table 2). A somewhat similar microstructure can be found in the ASM 
Metals Handbook (Ref 2). The martensite found at the weld metal/base metal interface was formed as the heat-affected 
zone was austenitized and then rapidly cooled. Both the cementite and the martensite are, of course, brittle. 

Conclusion 


This failure was caused by a combination of two factors. First, the repair weld was incomplete. This subjected the region 
that had been partially repaired to complex stresses, even though the overall stress on the spring hanger when in service 





was mainly compressive. Secondly, the weld was brittle because it contained cementite and martensite. Apparently, the 
weld was not preheated to prevent these from forming. 

The safety of the driver of the tractor-trailer combination depended on the integrity of this spring hanger. Once broken it 
should have been discarded and replaced by a new one. It is not possible to achieve ductility in a malleable cast iron 
repair weld using a cast iron welding rod even with preheating. In the present case, the problems associated with such a 
repair were compounded by the carelessness of the welder. 
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Galvanic-Corrosion Failure of a Malleable Iron Latch in a Valve for an Automatic 
Sprinkler System 

From: W.G. Ashbaugh, Corrosion Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 172- 
202 


Abstract: One of three valves in a dry automatic sprinkler system tripped accidentally, thus activating the sprinklers. Maintenance 
records showed that the three valves had been in service approximately 21 months. The valve consisted of a cast copper alloy 
clapper plate that was held closed by a pivoted malleable iron latch. The latch and top surface of the clapper plate were usually in a 
sanitary-water environment (stabilized, chlorinated well water with a pH of 7.3) under stagnant conditions. Process make-up water 
that had been clarified, filtered, softened, and chlorinated and had a pH of 9.8 was occasionally used in the system. Analysis (visual 
inspection and 250x micrograph) supported the conclusions that failure of the latch was caused by plastic deformation from 
extensive loss of metal by galvanic corrosion and the sudden loading related to the tripping of the valve. Failure in some regions of 
the contact area was by ductile (transgranular) fracture. Recommendations included changing the latch material from malleable iron 
to silicon bronze (C87300). The use of silicon bronze prevents corrosion or galvanic attack, and proper adjustment of the latch 
maintains an adequate contact area. 

Keywords: Control valves; Water supply 


Material: Malleable iron (Malleable (temper graphite) cast iron) 


Failure type: Galvanic corrosion 


One of three valves in a dry automatic sprinkler system tripped accidentally, thus activating the sprinklers. A check of the 
system indicated that the two other valves were about to trip. Maintenance records showed that the three valves had been 
in service approximately 21 months. 

The valve consisted of a cast copper alloy clapper plate that was held closed by a pivoted malleable iron latch (Fig. la). 
The latch and top surface of the clapper plate were usually in a sanitary-water environment (stabilized, chlorinated well 
water with a pFI of 7.3) under stagnant conditions. Process make-up water that had been clarified, filtered, softened, and 
chlorinated and had a pFI of 9.8 was occasionally used in the system. 




Fig. 1 Sprinkler system in which a malleable iron deluge clapper latch failed from galvanic attack caused by 
contact with a copper alloy clapper in stagnant water, (a) Schematic illustration of sprinkler system showing 
deluge clapper latch that failed, (b) Photograph of clapper latch showing effects of galvanic attack at area of 
contact (near top) with cast copper alloy clapper plate and crevice corrosion (lower left), (c) Micrograph of a 
cross section of the failure area on the clapper latch showing the pattern of the corrosion and elongated grains 
in the microstructure (indicative of a ductile type of failure). 250 x 

Water pressure on the bottom side of the clapper plate varied from 240 to 1035 kPa (35 to 150 psi). During a fire 
emergency, heat detectors activated a switch, releasing a weight that pivoted the lip of the latch away from the clapper. 
Water pressure forced the clapper plate upward, allowing water to flow through the system. 

Investigation. Visual examination of the latch and clapper plate showed corrosion at the contact surfaces between the 
clapper plate and the latch. Figure 1(b) shows the large amount of metal dissolved from the clapper latch, leaving only 
about half of the original amount of metal to hold the clapper in a closed position. Also visible in Fig. 1(b) are indications 


of crevice corrosion where the latch was hinged to the main body of the valve: this attack, however, did not contribute to 
the failure. 

A micrograph of a section through the contact area of the malleable iron clapper latch (Fig. lc) showed elongated grains 
and substantial deformation, as well as the pattern and depth of the corrosion, which had drastically weakened the 
remaining metal in the contact area. Other areas of the failure surface showed transgranular cracks. 

Discussion and Conclusions. Corrosion of the malleable iron latch was by galvanic action and greatly reduced the 
shear load the latch was capable of withstanding. If the latch were not properly adjusted or corrosion decreased the 
contact area considerably, the applied stress on actuation could exceed the shear strength of the material. In this instance, 
the contact area was reduced to about half its normal size, and the shear strength of the remaining metal was reduced by 
the penetrating galvanic corrosion. 

When the sprinkler valve accidentally tripped, plastic deformation, characteristic of ductile failure, occurred. Failure of 
the latch was caused by extensive loss of metal by galvanic corrosion and the sudden loading related to the hipping of the 
valve. The malleable iron latch had been corroded to such an extent that it failed mainly by plastic deformation. Failure in 
some regions of the contact area was by ductile (transgranular) fracture. 

Corrective Measures. The latch material was changed from malleable iron to silicon bronze (C87300). The use of 
silicon bronze prevented corrosion or galvanic attack, and the latch was kept properly adjusted to maintain an adequate 
contact area. The replacement latches were still in satisfactory condition after more than 14 years. 
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Rapid Wear of Shell Liner Due to Severe Abrasion 


From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344- 
379 


Abstract: A high-chromium white cast iron shell liner was used in an ore-crushing operation to process taconite rocks. Impact from the 
rocks fractured particles from the surface of the liner. Visual-optical examination revealed that particles were fractured off the 
surface, with cracks aligned horizontally in the shell liner. Metallographic examination indicated a heavily deformed surface layer 
with chip formation at the wear surface. The chemical composition of this shell liner was Fe-2.74C-0.75Mn-0.55Si-0.51Ni-19.4Cr- 
1.15Mo. This alloy is excellent for resistance to abrasive wear. Flowever, little plastic displacement will occur, resulting in brittle 
cracking (chipping) of the surface material. Rapid wear was a result of severe abrasion caused by the impact of taconite rock. This 
was a material-selection problem, the wrong alloy was used for a condition not anticipated in the original choice. Because the exact 
service condition was not known at the time, a similar alloy with improved toughness should be applied. Also, the proper installation 
of the shell liners should ensure sufficient backing to reduce chipping damage from impact. 

Keywords: Chipping; Crushers; Impact; Taconite 


Material: Fe-2.74C-19.4Cr-l.15Mo-0.51Ni (White (carbidic) cast iron) 


Failure type: Abrasive We3T 


This high-chromium white cast iron shell liner was used in an ore-crushing operation to process taconite rocks. Impact 
from the rocks fractured particles from the surface of the liner. 

Investigation. Visual-optical examination revealed that particles were fractured off the surface, with cracks aligned 
horizontally in the shell liner. Metallographic examination indicated a heavily deformed surface layer with chip formation 
at the wear surface. Deformation and chip formation at the wear surface is shown in Fig. 1. The chemical composition of 
this shell liner was Fe-2.74C-0.75Mn-0.55Si-0.51Ni-19.4Cr-l.15Mo. This alloy has low ductility and toughness and is 
excellent for resistance to abrasive wear. Flowever, little plastic displacement will occur with this material, resulting in 
brittle cracking (chipping) of the surface material. Also, impacting by a hard substance will result in chipping. 




Fig. 1 Wear surface of a shell liner cast from high-chromium white iron. The chip formation initiates at points 
of the brittle carbide (Cr 7 C 3 ) fracture. 125x 

Conclusions. Rapid wear was a result of severe abrasion caused by the impact of taconite rock. This was a material- 
selection problem in that the wrong alloy was used for a condition not anticipated in the original choice. 
Recommendations. Because the exact service condition was not known at the time, a similar alloy with improved 
toughness should be applied. Also, the proper installation of the shell liners should ensure sufficient backing to reduce 
chipping damage from impact. 
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Rapid Wear of an Impact Breaker Bar Due to Excessive Retained Austenite 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344- 
379 

Abstract: An impact breaker bar shoed signs of rapid wear. The nominal composition of this chromium alloy cast iron was Fe-2.75C- 
0.75Mn-0.5Si-0.5Ni-19.5Cr-l.lMo. The measured hardness of this bar was 450 to 500 FIB. The desired hardness for this material 
after air hardening is 600 to 650 FIB. The microstructure consisted of eutectic chromium carbides (Cr7C3) in a matrix of retained 
austenite and martensite intermingled with secondary carbides. Analysis (visual inspection and 500x view of sections etched with 
Marble's reagent) supported the conclusion that the low hardness resulted from an excessive amount of retained austenite. This 
caused reduced wear resistance and thus rapid wear in service. Recommendations included avoiding an excessive austenitizing 
temperature and excessive cooling rates from the austenitizing temperature and controlling the chemical composition to avoid 

excessive hardenability for the section size involved. 

Keywords: Breaker bars; Castings; Retained austenite; Wear resistance 

Material: Fe-2.75C-19.5Cr-l.lMo (White (carbidic) cast iron) 

Failure type: (Other, iniscellaneous, or unspecified) wear 


The nominal composition of this chromium alloy cast iron was Fe-2.75C-0.75Mn-0.5Si-0.5Ni-19.5Cr-l.lMo. The 
measured hardness of this bar was 450 to 500 HB. The desired hardness for this material after air hardening is 600 to 650 
HB. The micrestructure shown in Fig. 1 consists of eutectic chromium carbides (Cr 7 C 3 ) in a matrix of retained austenite 
and martensite intermingled with secondary carbides. 




Fig. 1 Microstructure of a cast iron breaker bar that suffered premature wear. The structure is eutectic 
chromium carbide (Cr 7 C 3 ) in a matrix of retained austenite and martensite. Some patches of martensite are 
intermingled with secondary carbides. Etched with Marble's reagent. 500x 

Conclusions. The low hardness resulted from an excessive amount of retained austenite. This caused reduced wear 
resistance and thus rapid wear in service. 

Recommendations. To reduce retained austenite, recommendations consisted of avoiding an excessive austenitizing 
temperature and excessive cooling rates from the austenitizing temperature and controlling the chemical composition to 
avoid excessive hardenability for the section size involved. 
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Premature Failure of a Deburring Drum Initiated by Fatigue at a Stress 
Concentration Caused by a Sharp Corner at a Bolt Hole. 

From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344- 
379 


Abstract: Several deburring drums that fractured were filled with abrasive, water, and small parts, such as roller bearing rollers, and 
they rotated on their axis at 36 rpm. Cracks were discovered very early in the service lives of these castings manufactured of high- 
chromium white iron. All of the fractures were through the bolt holes of the mounting flange. A sharp corner of the bolt-hole is a 
probably stress-concentration site, and there was uneven wear pattern on the inside diameter of the hole. In operation, the 
mounting bolts were frequently found to be loose and in at least one case broken off. A 25x scanning electron microscopy (SEM) 
fractograph from near this fracture-initiation area showed fatigue striations. No casting or metallurgical structural defects were found 
that could explain the failures. This evidence supports the conclusion that cracking was a result of the stress-concentration site at 
the bolt holes of the mounting flange where a fatigue-initiated fracture occurred. Recommendations included that the radii be 
increased at the sharp corners of the bolt holes. Also suggested was the use of lock-wiring to secure against bolt loosening. 
Keywords: Bolted joints; Deburring; Drums (containers); Stress concentration 


Material: Fe-2.79C-25.2Cr (White (carbidic) cast iron) 


Failure type: Fatigue fracture 


Deburring drums are filled with abrasive, water, and small parts, such as roller bearing rollers, and they rotate on their 
axis at 36 lpm. Cracks were discovered very early in the service lives of these castings manufactured of high-chromium 
white iron. 

Investigation. All of the fractures were through the bolt holes of the mounting flange. Figure 1(a) shows the probable 
fracture origin at a shaip corner of the bolt hole. This sharp corner is a stress-concentration site. Figure 1(a) also shows an 
uneven wear pattern on the inside diameter of the hole. In operation, the mounting bolts were frequently found to be loose 
and in at least one case broken off. Figure 1(b) shows a scanning electron microscopy (SEM) fractograph from near this 
fracture-initiation area. This secondary electron image illustrates fatigue striations. No casting or metallurgical structural 
defects were found that could expl ain the failures. The chemical composition of this sample was: 


Element 

Composition, % 

Carbon 

2.79 

Manganese 

0.77 

Phosphorus 

0.019 

Sulfur 

0.019 

Silicon 

0.90 

Nickel 

0.18 

Chromium 

25.2 

Molybdenum 

0.24 


Iron 


rem 





Fig. 1 Failed cast iron deburring drum, (a) Light fractograph showing the probable fracture origin at a sharp 
corner of a bolt hole. 0.25x. (b) SEM fractograph showing fatigue striations at the area of suspected fracture 
origin. lOOOx 

Conclusions. Cracking was a result of the stress-concentration site at the bolt holes of the mounting flange where a 
fatigue-initiated fracture occurred. 

Recommendations. It was recommended that the radii be increased at the sharp comers of the bolt holes. Also 
suggested was the use of lock-wiring to secure against bolt loosening. 
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Failure of High-Chromium White Iron Shell Liners Due to Mechanical Abuse 


From: J J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344- 
379 


Abstract: Two broken ball-mill liners from a copper-mine ore operation were submitted for failure analysis. These liners failed 
prematurely, having reached less than 20% of their expected life. The chemical composition of the liners was within specifications 
for high-chromium white cast iron. The two broken liners were sand blasted for visual inspection and subsequent metallography and 
hardness testing. Many cracks were found externally and on the undersides. There were also signs of mechanical damage that 
occurred inside the mill before detection of the failures. The underside cracking is significant because the user advised that the liners 
were not backed in the installation. Cracking was present in the microstructures of both liners. These cracks tend to fracture the 
brittle carbide phase first; once nucleated, the sharp cracks can propagate and grow to critical dimensions, which eventually induces 
complete failure to the load-bearing section. The premature failure of these liners was caused by severe localized overstress 
conditions due to localized impact in service. Proper backing of shell liners should be ensured to reduce the effect of impact forces in 

the ball mill. 

Keywords: Ball mills; Copper ores; Impact; Stresses 


Material: White iron (White (carbidic) cast iron) 


Failure types: Impact wear; Brittle fracture 


Two broken ball-mill liners from a copper-mine ore operation were submitted for failure analysis. These liners failed 
prematurely, having reached less than 20% of their expected life. 

Investigation. The chemical composition of the liners was reported to be within specifications for high-chromium 
white cast iron. The two broken liners were sand blasted for visual inspection and subsequent metallography and hardness 
testing. Many cracks, several of which are illustrated in Fig. 1, were found externally and on the undersides. These views 
also show signs of mechanical damage that occurred inside the mill before detection of the failures. The presence of 
considerable cracking at the underside is significant because the user advised that the liners were not backed in the 
installation. 






Fig. 1 Fractured liners from a ball mill, (a) Fractured surface, (b) Cracks at underside. Both approximately 
0.2x 

Radiographic examination revealed a complete absence of shrinkage or other major defects. Hardness surveys on liner 
sections ranged from 550 to 600 HB for liner 1 and from 600 to 650 HB for liner 2. These values are within the specified 
limits for this part. Retained austenite content as determined by x-ray diffraction with corrections applied for 30% 
estimated volume fraction of carbide was 24.6% for liner 1 and 22.0% for liner 2. These values are within specifications. 
The microstructures of both liners near the crack location consisted of massive primary chromium carbide in a matrix of 
martensite, austenite, and secondary carbide particles. The primary carbide is the light-etched constituent in Fig. 2(a). 
Cracking was present in the microstructures of both liners (Fig. 2a and b). The cracks occurred mostly in the massive 
carbides, with their propagation direction essentially independent of carbide-phase orientation. The shattered appearance 
of these carbides indicated the presence of several localized stresses. These cracks tend to fracture the brittle carbide 
phase first; once nucleated, the shaip cracks can propagate and grow to critical dimensions, which eventually induces 
complete failure to the load-bearing section. Small amounts of ferrite (the dark-etching constituent shown in Fig. 2c) were 
observed in both liners. The presence of small amounts of pearlitc was attributed to slow cooling rates after the solution 
treatment. Although pearl itc may slightly degrade abrasion resistance, its minor presence did not contribute to the failures. 



Fig. 2 Microstructures of the fractured ball-mill liners shown in Fig. 1. (a) Primary carbides are the light¬ 
etching constituent; cracks are also present. 275x. (b) Crack morphology and shattered appearance of many 
primary carbides attributed to severe, localized stresses in service. 275x. (c) Pearlite present in the matrix. 
500x. (a) and (c) Etched with Marble's reagent, (b) As-polished 

Conclusion. The premature failure of these liners was caused by severe localized overstress conditions due to localized 
impact in service. 

Recommendations. Proper backing of shell liners should be ensured to reduce the effect of impact forces in the ball 
mill. 
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Failure of a High-Pressure Water-Line Plug in a Fire Sprinkler System 

David O. Leeser, Consulting Engineer 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A white cast iron water-line plug in a fire sprinkler systems split during leak repair. Examination revealed no material flaws, 
fatigue, or excessive corrosion. The plug head exhibited signs of excessive loads used in attempts to force the plug farther into the 
pipe. The evidence obtained indicated that the failure resulted from human error. 

Keywords: Castings; Pipe Plugs; Splitting 


Material: White iron (White (carbidic) cast iron) 


Failure type: (Other, general, or unspecified) fracture 


Background 


ll 

A 32 mm ( 4 in.) pipe plug (Fig. 1 and 2) split water line pressurized at 550 kPa (80 psig). The worker was injured by a 
flying fragment of the plug. 



Fig. 1 Reassembled pieces of the plug, showing the remains of Teflon in the threads at the bottom of the plug 
and deposit-filled threads at top. Note missing portion of threads. 2.3x. 



Fig. 2 Same as Fig. 1, shown at a slight angle to accentuate the damaged corner at top, caused by excessive 
force and impact applications. 1.96x. 

Visual Examination of General Physical Features 

Threaded portions that were fully screwed into the pipe were clean, and pieces of Teflon (used as a joint sealant) were 
embedded against the machined surfaces. In contrast, the threads on portions that were exposed were covered with a dirty 
deposit, possibly from a pipe-sealing compound that may been used in a preliminary attempt to seal the leak from the 
outside. 

A small section of thread was missing, having broken off because of the bending moments caused by forces used in futile 
attempts to drive the plug farther into the pipe to seal the leak. A corner of the plug head (Fig. 1 and 2) showed evidence 




of metal distortion and/or removal by a tool to which excessive force had been applied. On-site investigation revealed that 
the plug had “bottomed.” 

Testing Procedure and Results 

Surface examination 


II 

Microfractography. Fracture surfaces on both parts of the submitted 32 mm ( 4 in.) plug showed no evidence of 
fatigue or of any preexisting crack or cavity (Fig. 3 and 4). The portion of the plug that was freed from the system by the 
break showed no rust, whereas the exposed portion that remained in the pipe was covered with loose rust deposited by the 
stagnant water as the line drained. 



Fig. 3 Top section of plug after break, showing clean fracture surface. 2.2x. 



Fig. 4 Bottom section of plug after break, showing enlarged mating surface to that in Fig. 3. Notches in inner 
diameter were caused by removal tool; cut-out portion removed for SEM samples (see Fig. 5 and 6). 2.2x. 



Fig. 5 SEM fractograph of surface of broken cast iron plug. 81x. 



Fig. 6 Higher-magnification view of center of area shown in Fig. 5. 243x. 

Metallography 

Microstructural Analysis. Micrographic studies of a small cut from the threaded section identified the plug as a 
high-quality white iron casting, with minimum porosity. This was confirmed by scanning electron microscope (SEM) 
fractographs (Fig. 5 and 6). Fatigue cracking, or the presence of other types of preexisting cracks were not in evidence. 
The microstructure also showed that the casting had been heated before machining in order to relieve any residual stresses 
and coat the surfaces with a corrosion-resistant oxide film. 

Conclusion and Recommendations 


Most probable cause 



The square head on the plug showed effects of excessive loads that were applied in attempts to force the plug farther into 
the pipe and thereby seal a leak between the mating threads. Impacts were probably applied either to the handle or to an 
extension of a wrench that was locked onto the square head. 

Fracture occurred at the interface where the plug was no longer supported by the pipe threads. The standard machined 
threads reacted normally as stress raisers to cause the material to crack and fracture at the root of the thread when unduly 
severe impacts and bending were applied. 

Because the water line was under 550 kPa (80 psig) of pressure, the water acted as a powerful, concentrated jet stream, 
propelling the broken end of the plug at high velocity. 

How failure could have been prevented 

The severity of the accident would have been greatly reduced if the line had been depressurized and/or drained as a safety 
precaution, before force was applied to the system. 


Analysis of a Plating Peeling Problem on an Integrated Circuit Leadframe by 
XPS 


From: D.A. Ryder, T.J. Davies, I. Brough, and F.R. Hutchings, General Practice in Failure Analysis, Failure Analysis and Prevention, Voi 
11, ASM Handbook, ASM International, 1986, p 15-46 


Abstract: Peeling of a 90Sn-10Pb solder coating from a 1.25-Ym (50-Yin.) thick copper underplating on an Alloy 42 (Fe-42Ni) leadframe 
was observed during the lead-bending operation. The plating separation was at the solder/copper interface, and the exposed copper 
plating was dark and stained. After 10 min of argon ion etching to a depth level of approximately 20 nm below the original surface, 
XPS revealed that the underside of the solder plating contained carbon, oxygen, nitrogen, copper, and potassium, and the sodium 
and potassium levels were much higher than those observed on the mating copper underplating surface. Ion etching for 30 min 
revealed only metallic copper. Processing analysis showed the copper underplating was performed using a copper cyanide bath, and 
the presence of the contaminants at the failed interface can be explained as an accumulation of plating salts. Thus, the excessive 
accumulation on the surface of the copper underplating by these agents appeared to have caused the plating peeling problem. 
Recommendation was that the leadframe surface should be properly cleaned after the copper underplating, thus eliminating buildup 

of plating salts and organic brighteners in the copper plating bath. 

Keywords: Integrated circuits; Lead frames; Peeling; Solder plating; Surface analysis (chemical) 


Materials: Fe-42Ni (Iron alloy, general); 90Sn-10Pb (Tin-lead) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Peeling of a 90Sn-10Pb solder coating from a 1.25-(im (50-pin.) thick copper underplating on an Alloy 42 (Fe-42Ni) 
leadframe was observed during the lead-bending operation. The plating separation was at the solder/copper interface, and 
the exposed copper plating was dark and stained. 

Investigation and Results. The leadframe was bent to peel the plating, and the freshly exposed surfaces, that is, 
exposed copper plating and the underside of the solder plating, were analyzed for surface chemistries by XPS. Both 
surfaces were analyzed in the as-received condition and after 10 min of argon ion etching to a depth level of 
approximately 20 nm below the original surface. The XPS spectra are shown in Fig. 1(a) to 1(d). 




Fig. 1 X-ray photoelectron spectrum obtained during analysis of an integrated circuit leadframe. Spectrum 
obtained on the as-received surface of the exposed copper underplating on the leadframe. (b) Spectrum 
obtained on the surface of the exposed copper underplating on the leadframe after a 10-min argon ion etch, (c) 
Spectrum obtained on the as-received surface on the underside of the peeled solder plating, (d) Spectrum 














obtained on the underside of the peeled solder plating after a 10-min argon ion etch. (A) represents Auger 
spectrum. 

The surface of the exposed copper plating on the leadframe revealed oxidized copper along with carbon, nitrogen, sulfur, 
potassium, tin, and lead, in order of decreasing concentration. At approximately 20 nm below the original surface, the 
carbon and oxygen levels were reduced considerably, nitrogen and sulfur were not present, and metallic copper, with 
small amounts of potassium, tin, and lead, was observed. 

The underside of the solder plating revealed carbon, oxygen, nitrogen, copper, and potassium, in order of decreasing 
concentration. The sodium and potassium levels were much higherthan those observed on the mating copper underplating 
surface. Analysis by XPS at a depth of approximately 20 nm below the surface indicated an increase in the amount of 
metallic copper and a decrease in carbon, oxygen, nitrogen, and potassium. Further ion etching for 30 min revealed only 
metallic copper. No lead or tin from the solder was observed on the underside of the peeled solder plating at the failed 
surface, indicating that a copper-rich surface layer from the copper underplating had separated with the 90Sn-10Pb. 

The copper underplating was performed using a copper cyanide bath containing potassium cyanide, carbonate and 
hydroxide, Rochelle salt (potassium-sodium tartarate), and proprietary organic brighteners. Therefore, the presence of 
potassium, carbon, nitrogen, and oxygen at the failed interface can be explained as an accumulation of plating salts. The 
solder plating was fused at elevated temperature, which caused countercurrent diffusion of lead and tin into the copper 
plating and diffusion of copper into the 90Sn-10Pb solder plating. 

Conclusions. The 90Sn-10Pb solder plating peeled from the copper underplated leadframe. Excessive accumulation of 
plating salts and organic brighteners, as well as associated oxidation of copper on the surface of the copper underplating 
by these agents (by moisture absoiption), caused the plating peeling problem. 

Recommendations. Excessive buildup of plating salts and organic brighteners in the copper plating bath should be 
eliminated, and the leadframe surface should be properly cleaned after the copper underplating. 

Related Information 

J.G. Newman, Chemical Characterization of Surfaces, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM 
International, 2002, p 527-537 


Harvard Bridge Eyebar Failures 

Ronald F. Brodrick, Teledyne Engineering Services 


From: Analyzing Failures: The Problems and the Solutions (Proceedings of the Failure Analysis Program and Related Papers presented 
at the International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis), V.S. Goel, 
Ed., American Society for Metals, 1986 


Abstract: The century-old Harvard bridge spans the Charles River between Boston and Cambridge. About half of the 23 spans are 
suspended by wrought iron eyebars. Recent failures of some of these eyebars were examined. The primary cause of failure was the 
seizure of the joints at the eyebar pin locations as a result of the intrusion of water and salt, and the consequent heavy corrosion of 
the joint. The seizure of these joints led to high edgewise bending stress in the bars as the bridge underwent thermal movement. 
The cracking was enhanced by the presence of the corrosive medium so that the cracks were initiated and caused to grow by some 
combination of corrosion fatigue and stress corrosion cracking, the former probably being predominant. 

Keywords: Bridges; Eyebars; Seizing 


Material: Wrought iron (Iron alloy, general) 

Failure types: Corrosion fatigue; Stress-corrosion cracking 


Introduction 

This paper describes failures of supporting eyebars on the Flarvard bridge which spans the Charles River between Boston 
and Cambridge Massachusetts. The bridge carries Massachusetts Avenue traffic across the river to a point at the location 
of MIT. The bridge also carries communication equipment, including several thousand telephone circuits. This bridge is 
almost one hundred years old, having been opened in the early 1890s when the major traffic was that of street railway 
vehicles. It consists of four lanes, two in either direction, plus sidewalks along either side. The original design was such as 
to support the heavy street railway car traffic along the center two lanes and then lighter traffic which, in those days 




consisted mostly of horse and carriage traffic, at the outer two lanes. The foot traffic on the sidewalk was carried beyond 
the outer two lanes and was pretty much incidental as far as loads are concerned. As will be mentioned later, the design of 
the supporting structure reflects this load distribution. 

Several changes to the structure have been made over its century of life. Perhaps the major change was the elimination of 
a draw section near the middle and its replacement by a fixed span similar to those other sections of the bridge which we 
shall discuss shortly. Several episodes of repair and refurbishment of the bridge have occurred. The major supporting 
structure, however, is pretty much as it was originally built. 

In the early days, the Charles River was a tidal basin at the point where the Harvard bridge spans it such that, although the 
Charles itself is fresh, salt water came in with the tide. Later, a dam was built downstream of the bridge preventing salt 
water from reaching this portion of the river. The water passing under the bridge is now fresh although anyone 
entertaining thoughts of swimming in it might take exception to this description. A considerable pollution problem has 
existed in the past but is now pretty well corrected. In any case, the bridge in its early days was exposed to the presence of 
salt water in its vicinity. Currently, although the water is fresh, the distance to the Boston harbor is rather small so that the 
salt air and its corrosive capabilities are present. In addition, modern usage calls for the application of road salt in the 
wintertime. This also contributes to the considerable corrosion that is now observed on the bridge. The corrosion is worse 
toward the sides of the bridge since these are exposed more to rain water than is the underneath section. Also, the road 
salt tends to wash off and run down the sides. We mention the corrosion since it played an important part in the eventual 
failure of the eyebars which are being discussed here. 

This report covers the first two eyebar failures to have been discovered on the bridge and the study of the fracture of one 
of the eyebars as well as the determination of the underlying causes of these failures. 

General Design Features 

The bridge is comprised of some 23 spans which are supported on stone piers which are, in turn, founded on a solid 
surface well below the river bottom. The piers alternate in spacing between about 23 meters and 32 meters (76 feet and 
104 feet), this alternation being carried on all the way across the river. Cantilever girders extend out both sides of each 
pier. In the cases of the piers which are closer together, these girders join to form a continuous structure between the 
piers. In the cases of the wider spacing, the gap between the ends of the paired cantilevers is filled by a suspended span. 
The bars which attach the suspended span to the cantilevered ends are the eyebars of interest in this study. This 
arrangement is shown in Fig. 1. 



Fig. 1 Hanger Configuration (Schematic). 

A cross section of the structure, shown schematically in Fig. 2, shows that there are four main longitudinal girders. This 
girder structure extends throughout the length of the bridge. It is noted that the center girders are considerably heavier 
than the outer girders, this being consistent with the original intent for the bridge to carry the heavy street railway cars in 
the center and the lighter horse, carriage and pedestrian traffic at the sides. The deck and sidewalk structure are placed on 
top of the longitudinal girders, the walk extending out beyond the outer girders. The deck and walk structures have been 
subjected to several stages of evolution throughout the life of this bridge. These changes are not relevant to the present 
topic, however. 



Fig. 2 Cross Section of Bridge (Schematic). 



At the points where the suspended spans join the cantilevered spans, each girder is suspended by two eyebars. Thus, with 
the four main longitudinal girders, there are eight eyebars at each of these locations for a total of 16 eyebars for each of 
the suspended spans. With 10 completely suspended spans plus a half-span at the Cambridge end, there are 168 eyebars in 
the bridge. (The region of the original draw section does not have the bars.) The center eyebars at each location, i.e., those 
which attach to the heavier center girders arc larger than the outer ones. These center bars are 35 mm (1.5 in) thick by 203 
mm (8 in) in width and 760 mm (3 ft) on pin centers. The outer bars are shaped like eyebars, i.e., they have a central 
section of 25 mm (1 in) thickness by 101 mm (4 in) width, the width increasing in the region of the pins to approximately 
250 mm (10 in). This shape can be seen in Fig. 3. It is these outer eyebars which have exhibited failures. No failures of 
the heavier central eyebars have been Fig. 3 Downstream Eyebar discovered. 



Fig. 3 Downstream Eyebar. 

The method of attachment of the eyebars is shown in Fig. 4. It is seen that the eyebars articulate with a pin at either end 
and that this pin passes through two eyebars as well as the upper or lower girder attachment, as the case may be. Note that 
the recessed nuts which retain the pins create a cavity which encompasses the outer portion of the pin and part of the outer 
surface of the eyebar. Otherwise, the different portions of the structure are clamped together by the nut forces. As will be 
discussed later, this arrangement creates a crevice between each eyebar and the mating girder as well as a crevice at the 
point where the recessed nut eyebar. These crevices then become regions in which corrosive material can be collected, 
such as water or salt solution. They are completely inaccessible for purposes of lubrication or inspection. 



Fig. 4 Pin and Nut Assembly. 

The design obviously was intended to have the major load on the eyebar be that of tension arising from the dead and live 
loads imposed on the suspended spans are earned through the eye-bars to the cantilevered spans. The eyebars may carry 
some side load resulting from fitup errors or from lateral components of any forces created by the live loads. They also 
carry bending loads in the plane of the eyebars as the bridge expands and contracts. These bending loads are restricted to 
the values which can be earned through pin structures, i.e., normally only the friction forces of rotation at the joints. 

Failures 

The bridge is subjected to periodic inspections. The responsible authorities are fully aware of the age and general 
condition of the bridge. They are alert to any hazardous condition which might arise from the corrosion or other wear and 
ageing aspects. The deterioration of the bridge over time is apparent in many areas. Thus, the eyebars represent only one 
of numerous structural features which must be examined and on which safety judgements must be made on a periodic 
basis. 

During an examination shortly after the failure of the Mianus River bridge in Connecticut, particular attention was paid to 
the suspending eyebars. At this time, two failed eyebars were discovered. These eyebars were both on the same end of the 
same span. One of the bars was on the outside face of the downstream longitudinal girder. The other failed eyebar was on 
the inside face of the upstream longitudinal girder. Fig. 3 shows the downstream failure which is near the bottom end of 
the straight midsection of the eyebar. Fig. 5 shows the other eyebar failure which is of similar appearance except that it is 
near the upper end of the straight section of the eyebar'. In both cases the eyebar was completely fractured so that it could 
no longer carry any load. It should be recalled that there are a total of eight eyebars transversely- across the span at each 
location. Thus there is sufficient redundancy in the system so that a catastrophic failure is not likely unless two eyebars 
fail as a pair at a single joint. Nevertheless, the responsible authorities wisely chose to restrict traffic on the bridge until 
the failures could be discussed and, possibly, corrected. Since these bar's were near' the outer edges of the span and, as you 
will recall, the center two lanes are supported by heavier structure, the traffic on the bridge was restricted to the center 
two lanes. Furthermore, commercial traffic has been prohibited until further corrective action can be taken. 



Fig. 5 Upstream Eyebar. 

The long end of the upstream eyebar was removed for examination. This removal was accomplished with great difficulty 
since the entire joint assembly was badly rusted such that the joint had seized up and could not be moved. The generous 
application of heavy sledgehammer blows over a considerable period of time finally led to success in loosening the joint 
sufficiently such that one end of the eyebar could be removed. 

Fracture Analysis 

The failure analysis was limited to visual examination, including low power magnification, some metallurgical 
examination and some simple calculations. Although fracture tests and some crack growth studies could have been 
performed, it was felt that the fundamental causes of the failures were determined without these investigations. Budgetary 
limitations also influenced this decision. Detailed examination of the fracture surface by electron microscope or other 
sophisticated means was not reasonable since most of the fracture surface area was very badly rusted and many of the 
features such as fatigue striations had been obliterated. Visual examination of the surfaces, such as are seen in Fig. 6, 
indicates that two basic failure initiation sites were present. Although these sites cannot be located exactly, it would 
appear that they are near the edges of the bar and that the cracks progressed in from either edge until the two cracks 
approached each other leaving insufficient material in between them to carry the load on the eyebar. One of these cracks 
progressed much further than the other so that the final fracture zone, as seen in Fig. 6, is much closer to one edge than to 
the other. The nature of the crack surfaces it typical of fatigue failure or of crack growth under conditions of stress 
corrosion cracking. The rough area at the final fracture is typical of a tensile failure which would occur suddenly at the 
time of the final break of the bar. Fig. 7 shows where there two modes joined. It can be seen that the longer of the beyond 
the sheared surface which joins the fatigue-type crack to the final tensile failure surface. 




Fig. 6 Fracture Surface. 




Fig. 7 Fracture Surface Showing Extending Crack. 

Blocks of material were removed from the vicinity of the fracture surface. The microstructure of this material is shown in 
Fig. 8. The records for the bridge had indicated that this material was wrought iron. Fig. 8 confirms this information. It is 
further confirmed by chemical analysis which shows a very low content of carbon and any alloying elements. The major 
features to be seen in the micro of wrought iron are the numerous stringy slag inclusions. This is inherent in the process of 
making wrought iron as it was produced back in the days of the late nineteenth century. Fig. 9 is a view of the fracture 
surface, i.e., a cross section of the fracture surface. The view is from the narrow edge of the beam with the fracture 
surface being at the top of the micro section. This view is taken away from the final fracture and shows that there is no 
discernible distortion to the material structure. This further indicates that the crack was of a progressive nature such as 
would result from fatigue loading. It also shows an interesting feature wherein the slag formation in one area has a curved 
configuration such that it has a component which is transverse to the bar - rather than being longitudinal as would be 
expected. It is seen that a tensile load along the axis of the eyebar would load across the weak direction of this slag 
stringer. This would have the effect of reducing the strength of the eyebar - below the nominal value. It would also serve as 
a likely spot for a fatigue or stress corrosion crack to initiate. 





Fig. 8 Microstructure. 



Fig. 9 Curved Slag Inclusion. 

The normal tensile strength of wrought iron is about 345 MPa (50 ksi) with a yield strength of 207 MPa (30 ksi). Typical 
elongation is 25% and reduction of area is typically 40%. It is this good ductility which gave wrought iron a good 
advantage over most other available structural materials back in the late 19th century. 

The loading of the eyebar was examined in order to determine a source of stresses which would be sufficient to cause the 
progressive type of fracture which was observed. Three types of load were identified. One, of course, was the axial load 
for which the bar was originally designed. In addition to this, two bending loads were identified. One of these is a bending 
load arising from a lateral offset of the eyebar, this being of the nature of a parallel offset of one end of the bar - relative to 



the other. The second bending load was of the nature of edgewise bending of the bar as a result of seizure of the joints. 
First, consider the normal tensile load on the bar. Although we do not have good weight information of the span, we can 
be pretty sure that the original designers used a safety factor on yield of approximately five. With a nominal yield strength 
of 207 MPa (30 ksi) then it is safe to assume that the nominal longitudinal stress in the bar is about 41 MPa (6 ksi) from 


dead and live loading. It is estimated from the available portion of the bar that the two eye ends were offset by 19 mm (4 
in). We can only speculate as to the reasons for this offset and, at this time, cannot state whether or not such an offset is 
typical of the eyebars on the bridge. Nevertheless, with the two eye ends of the bar constrained to remain parallel by 
virtue of the pins and the recessed nuts being clamped against the girders it is seen that a bending stress is created in the 


bars as axial load is applied. With a 25 mm (1 in) bar thickness and a 19 mm (4 in) offset, this flatwise bending stress 
4 — — 

turns out to be 2times that of the nominal axial stress. Thus, if the design stress was 41 MPa (6 ksi), this offset adds 
another 184 MPa (27 ksi) for a total of 225 MPa (33 ksi) at the points of the junction of the straight section and the eye. 
This total stress is slightly above the yield strength and is well above any estimate of fatigue strength of the wrought iron 
material. The third load which is the edgewise bending, turns out to be even more critical. The expansion displacement at 


each eyebar location is estimated to be about 12 mm (2 in), assuming a temperature range of 44C for the Charles River 
area. If any of you are ex-MIT students who have walked across this bridge in January you probably would insist that this 
estimate of temperature range is far too conservative. In any case, if the eyebars are seized up so that they cannot function 
to absorb this expansion, then most of that expansion will have to be borne directly by the eyebars, they being the most 
compliant link in the structure. Taking this deflection and applying it as an edgewise offset of the eyebar, we calculate a 
total stress range of 1100 MPa (160 ksi) or a plus or minus stress of 550 MPa (80 ksi) if the loading is symmetric. This 
stress either adds or subtracts from the previously mentioned stresses, depending on which corner of the beam is being 
considered. The location will alternate as the bridge either expands or contracts. When expanded, one edge of the beam 
will be subjected to a summation of tensile stresses from the three loads while, when the bridge is contracted, the opposite 
edge will be subjected to the maximum summation of the three loads. Thus, under this extreme case, a combined load of 
the order of 760 MPa (110 ksi) is conceivable. Lower temperature excursions will create correspondingly lower combined 
stresses but, in any case, it is easy to see that these can greatly exceed those required to initiate and propagate a crack in 
the material. If we use the old rule of thumb of fatigue strength being on half of ultimate tensile strength, then we would 
estimate fatigue strength of about 172 MPa (25 ksi) and any combined stress higher than this would initiate and then 
propagate cracks. 


Summary and Conclusions 


It is concluded that there are three interacting causes of failure. The primary cause of failure is the seizure of the joints at 
the eyebar pin locations as a result of the intrusion of water and salt and the consequent heavy corrosion of the joint. The 
seizure of these joints led to high edgewise bending stress in the bars as the bridge underwent thermal movement. The 
cracking was enhanced by the presence of the corrosive medium so that one could only say that the cracks were initiated 
and caused to grow by some combination of corrosion fatigue and stress corrosion cracking, the former probably being 
predominant. A secondary cause of the failure was the out-of-plane offset of the bar. This led to an even greater stress in 
the bar and contributed to fatigue as well as to stress corrosion cracking. The third contributor to the failure was the 
weakening effect of the slag inclusion which lay partially across the direction of the primary load. At this time it is not 
known whether these latter two contributors are unique to this particular bar. If not, it is still probable that seizure of joints 
in other bars would result in cyclic stresses sufficiently large to cause additional failures. In fact, since the investigation of 
these first failures, very thorough studies of the numerous other bars have been made involving detailed inspection, 
including dye penetrant inspection. A few other failures have occurred. Early cracks have been detected by these 
inspections and have been observed to grow with time until the point where failure was imminent. All of these failures 
have the same characteristics in that cracks grow in from the edges. 


Follow-on Work and Corrective Action 


The periodic inspection is, of course, continuing. With the observation of the formation of new cracks which could lead to 
incipient failure it appears that the stage in the life of the bridge has been reached wherein corrosion has achieved its goal 
of causing the joints to seize up. The resulting fatigue cracks from thermal movements are on the increase. Methods have 
been developed to allow replacement of broken or weakened eyebars. This replacement is difficult because of the 
possibility of overloading a remaining eyebar and causing further damage. Precautions are taken to avoid this situation. 
The restriction of traffic is still in effect so that the loads are confined to the region of highest strength of the bridge and 
so that the high loads from commercial traffic are forbidden. 



The ultimate goal is to replace the entire structure except for the stone piers which appear to be in excellent condition. 
Since great aesthetic value is placed on this bridge, the proposed replacement will result in a bridge of nearly identical 
external appearance to the current structure although the fundamental design is quite different. 

In closing let us say that, with all due respects to our ancestors who had the courage to design such structures, they should 
have anticipated the possibility of seizure of the joints and should have provided some means for lubricating these joints. 
The design did not permit either lubrication or inspection of the joints and thus was doomed to ultimate failure. It is hoped 
that we will learn a lesson from this and recognize that, if such a structure is to last for such an extended period we must 
ensure that all components be accessible for such routine maintenance as would be required to enhance its life. 
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Brittle Rupture of a Chain Sling 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: While a chain sling was being used to lift a casting one of the links ruptured. The sling, reputed to be of the electrically- 
welded steel type, was at least eight years old and had been overhauled several times during its working life. Examination showed 
the links were scarf-welded. Furthermore, the welds were at the ends and not at the sides as is usual in the case of electrically- 
welded chains. A transverse section from one side of a link was examined microscopically. This showed the material to be wrought- 
iron of satisfactory quality. It was concluded this chain sling had been made from wrought-iron, forge-welded in the usual manner, 
and that it was not electrically-welded steel as had been supposed. Failure was attributed to embrittlement in service of the surface 
material of the links. If it had been realized that the sling was made from wrought-iron then it would doubtless have been subjected 
to periodical annealing in accordance with Statutory requirements, which would have restored the ductility of the surface material. 
Keywords: Chains; Optical microscopy 


Material: Wrought iron (Iron alloy, general) 


Failure type: Brittle fracture 
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While a chain sling having a safe working load of 30 cwts. was being used to lift a casting weighing about 2cwts. one 
of the links ruptured, causing injury to a workman. The sling, reputed to be of the electrically-welded steel type, was at 

5 i 3 

least eight years old and had been overhauled several times during its working life. The links measured 2xg in. x 1 Tin. 
overall and were made from in. nominal diameter bar. The following parts were received for examination: 


• A. The ruptured link. 

• B. Three complete links cut adjacent to A. 

• C. Both portions of the link sawn in half to permit the removal of B. 

Examination showed that the links were scarf-welded furthermore, the welds were at the ends and not at the sides as is 
usual in the case of electrically-welded chains. 

Since it had been requested that the fractured link should not be mutilated in any way, this was only examined visually. It 
had fractured across its minor axis, as shown in Figure 1 (a), the fracture being wholly of the cleavage type. On the sides 
normal to the plane of the link several indentations parallel to the line of fracture were visible and it was from one of these 



that the fracture had originated. In all probability these indentations resulted from contact between the link and the sharp 
corners of the castings lifted. The other links showed similar indentations. 



(a) 



(c) 


Fig. 1 

A transverse section from one side of link C was examined microscopically. This showed the material to be wrought-iron 
of satisfactory quality, the microstructure being depicted in Figure 2 , which also shows some well-defined Neumann 
lamellae which were present just below the surface adjacent to the indentations referred to. 



Fig. 2 x 150 

Some hardness measurements were taken on the section examined, using a diamond pyramid indenter and a load of 3 kg, 
and these revealed a considerable difference in hardness between the core material and that near the surface, the 
respective values being 125 and 192. 

The manner in which the link failed was suggestive of embrittlement due to service conditions. This state arises from the 
inter-link hammering and rubbing that normally occurs in service. The effect of a large number of small impacts is to 


work-harden the surface of a link, ultimately to a degree when the ductility of the material in this region is insufficient to 
permit deformation without cracking; a crack is then liable to start under abnormal loading conditions and because it 
forms a severe stress concentration it is likely to extend subsequently through the link as a brittle fracture. This was 
shown by Gough and Muiphy in their investigations into the causes of failure of wrought-iron chains, and in the course 
of this work they devised one of the most useful tests for revealing the existence of such embrittlement in which a link 
with its major axis vertical is placed on the anvil and subjected to a below from a hammer. One of the B links was tested 
in this manner, being struck one below with a 7 lb. hammer falling from a height of about 3 ft. It cracked at both ends, as 
depicted in Figure 1 (b). Flaving regal'd to the manner in which this link and the one that had failed in service behaved, it 
is reasonable to assume that all the links in this region of the chain were similarly embrittled. Another B link was tested in 
a similar manner after it had been annealed at 650° C. for half-an-hour. It withstood five blows, of approximately the 
same intensity as the one which sufficed to crack the first link, before the scarf of the weld commenced to open and when 
hammering was continued the link deformed to the extent shown in Figure 1 (c) after withstanding a total of 16 blows. 

It was apparent from the result of the examination that this chain) sling had been made from wrought-iron, forge-welded 
in the usual manner, and that it was not electricallywelded steel as had been supposed. Failure is unquestionably 
attributable to embrittlement in service of the surface material of the links. If it had been realised that the sling was made 
from wrought-iron then it would doubtless have been subjected to periodical annealing in accordance with Statutory 
requirements, which would have restored the ductility of the surface material. Flad this been done there is little doubt that 
the mishap would have been obviated. 

This case illustrates the importance of identifying the class of material from which a lifting component is made, and it is 
most desirable that this information should be recorded, together with the safe working load, preferably on a metal tab 
wired to the component. 
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Corrosion Failure of Stainless Steel in Sensitized HAZ of Assembly Weld 

From: A.G. Glover, D. Hauser, and E.A. Metzbower, Failures of Weldments, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 1986, p 411-449 

Abstract: Two aircraft-engine tailpipes of 19-9 DL stainless steel (AISI type 651) developed cracks along longitudinal gas tungsten arc 
butt welds after being in service for more than 1000 h. Binocular-microscope examination of the cracks in both tailpipes revealed 
granular, brittle-appearing surfaces confined to the HAZs of the welds. Microscopic examination of sections transverse to the weld 
cracks showed severe intergranular corrosion in the HAZ. The fractures appeared to be caused by loss of corrosion resistance due to 
sensitization, that could have been induced by the temperatures attained during gas tungsten arc welding. Tests demonstrated the 
presence of sensitization in the HAZ of the gas tungsten arc weld. The aircraft-engine tailpipe failures were due to intergranular 
corrosion in service of the sensitized structure of the HAZs produced during gas tungsten arc welding. All gas tungsten arc welded 
tailpipes should be postweld annealed by re-solution treatment to redissolve all particles of carbide in the HAZ. Also, it was 
suggested that resistance seam welding be used, because there would be no corrosion problem with the faster cooling rate 

characteristic of this technique. 

Keywords: Aircraft components; Butt welds; Exhaust pipes; Gas tungsten arc welding; Sensitizing 
Material: 19-9 DL (Iron-base superalloy), UNS S63198 


Faiiuretypes: Joining-related failures; Intergranular corrosion 



Two aircraft-engine tailpipes of 19-9 DL stainless steel (AISI type 651) developed cracks along longitudinal gas tungsten 
arc butt welds after being in service for more than 1000 h. A crack 43 cm (17 in.) long occurred in one tailpipe. The 
second tailpipe cracked longitudinally in a similar manner to the first, then fractured circumferentially, which resulted in 
the loss of the aft section of the tailpipe. The gas temperatures during the major portion of the service life were 
approximately 400 to 500 °C (750 to 1020 °F), but the metal temperatures were probably lower. 

Investigation. Binocular-microscope examination of the cracks in both tailpipes revealed granular, completely brittle- 
appearing surfaces that were confined to the HAZs of the welds. The crack surfaces were severely discolored, apparently 
from gaseous blow-by following failure. There also were additional longitudinal cracks in the HAZs, where partial weld 
separation had occurred, and transverse cracks formed by bending during failure. 

Microscopic examination of sections transverse to the weld cracks showed severe intergranular corrosion, primarily in the 
HAZ. The corrosion had been intense enough to cause grain detachment and, in some regions, complete grain dissolution. 
There was no evidence suggesting that manufacturing procedures before welding could have contributed to the failure. A 
resistance seam weld remote from the gas tungsten arc weld showed only superficial (0.02 to 0.025 mm, or 0.0008 to 
0.001 in. deep) and sporadic surface attack. The 19-9 DL stainless steel skin remote from the gas tungsten arc weld had a 
satisfactory microstructure and chemical composition and was of the specified thickness. 

The fractures gave every appearance of having been caused by loss of corrosion resistance due to sensitization. This 
condition could have been induced by the temperatures attained during gas tungsten arc welding. 

To determine the degree of sensitization present in the HAZs of the tailpipes, specimens were subjected to 72-h 
immersion in boiling, acidified copper sulfate (Strauss test). These specimens showed separation of the gas tungsten arc 
weld from the base metal with complete dissolution of the HAZ. A specimen from the resistance seam weld remote from 
the gas tungsten arc weld showed only scattered superficial surface attack (as deep as 0.06 mm, or 0.0023 in.). Specimens 
from the base metal completely remote from any weld showed slight attack that varied from 0.018 to 0.05 mm (0.0007 to 
0.0019 in.) deep. These results decisively demonstrated the presence of sensitization in the HAZ of the gas tungsten arc 
weld. 

Conclusions. The aircraft-engine tailpipe failures were due to intergranular corrosion in service of the sensitized 
structure of the HAZs produced during gas tungsten arc welding. 

Recommendations. A11 gas tungsten arc welded tailpipes should be postweld annealed by re-solution treatment to 
redissolve all particles of carbide in the HAZ. Also, it was suggested that resistance seam welding be used, because there 
would be no corrosion problem with the faster cooling rate characteristic of this technique. 

Related Information 

Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156— 
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Failure of a Turbine Spacer 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, 
p 263-297 


Abstract: A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from service 
because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm across the spacer rim; 
radially, it extended to a depth of 6.4 mm into the web section. Analysis (visual inspection, 5000 and 10,000x TEM fractographs, 
chemical analysis, and 9x metallographic examination) supported the conclusions that cracking on the forward rim of the spacer 
occurred in fatigue that initiated on the forward rim face and that progressed into the rim and web areas. Because there was no 
apparent metallurgical cause for the cracking, the problem was assigned to engineering. 

Keywords: Spacers; Striations; Turbines 


Material: Incoloy 901 (Iron-base superalloy), UNS N09901, UNS N09901; AMS 5661 (Iron-base superalloy), UNS N09901, UNS 
N09901 


Failure type: Fatigue fracture 



A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from 
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service because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm ( 3 in.) 
across the spacer rim; radially, it extended to a depth of 6.4 mm (4 in.) into the web section. 

Investigation. The spacer was sectioned to expose the fractured surfaces of the crack; these surfaces showed features 
of fatigue stalling from the forward rim side adjacent to, and at, the inside surface of the rim. The fatigue features 
progressed aft for a distance of about 8.9 mm (0.350 in.) before changing to features of a tension fracture. Figure 1(a) 
shows a light fractograph of the crack that illustrates macroscopic features near the origin (at left). _ 




Fig. 1 Incoloy 901 turbine spacer that was removed from service because of cracking of the radial rim. (a) 
Fracture surface of the turbine spacer showing the fatigue crack, which progressed aft from the forward side of 


the rim. 9x. (b) and (c) TEM fractographs showing the irregular striations indicative of fatigue. The striations 
are indistinct because of rubbing between the mating surfaces. 5000 and 10,000x, respectively 

Replica studies of the fracture, using a transmission electron microscope, revealed striations that indicated a fatigue-type 
failure progressing from the forward side of the rim (Fig. lb and c). A striation count conducted at a magnification of 
10,000x, showed that the fatigue had progressed at a rate of 180 cycles per 0.025 mm (0.001 in.) at a location 0.25 mm 
(0.010 in.) from the forward face of the rim and at a rate of 100 cycles per 0.025 mm (0.001 in.) at a location 2.0 mm 
(0.080 in.) from this face. 

Metallographic examination of a cross section of the fracture on the forward side of the rim in the fatigue-origin area 
indicated that separation was transgranular, which is typical of fatigue cracking. The microstructure was normal for AMS 
5661. Further testing revealed that the chemical composition, hardness, tensile strength, and stress-rupture properties of 
the material conformed with the requirements of the AMS 5661 specification. 

Conclusions. Cracking on the forward rim of the spacer occurred in fatigue that initiated on the forward rim face and 
that progressed into the rim and web areas. Because there was no apparent metallurgical cause for the cracking, the 
problem was assigned to engineering. 
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Failure of an Incoloy 800 Piping System 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, 
p 263-297 


Abstract: The outlet-pi pi ng system of a steam-reformer unit failed by extensive cracking at four weld locations. The welded system 
consisted of Incoloy 800 (Fe-32Ni-21Cr-0.05C) pipe and fittings. The exterior surfaces of the system were insulated with rock wool 
that did not contain weatherproofing. On-site visual examination and magnetic testing indicated severe external corrosion of most of 
the piping. The system showed extensive cracking in weld HAZ. One specimen indicated that corrosion extended to a depth of 3.2 
mm, and cracks were seen at the edge of the cover bead and in the HAZ of the weld. Metallographic examination showed that 
cracking was intergranular and that adjacent grain boundaries had undergone deep intergranular attack. Examination at higher 
magnification revealed heavy carbide precipitation, primarily at grain boundaries, indicating that the alloy had been sensitized, which 
resulted from heating during welding. Electron probe X-ray microanalysis showed the outside surface of the tube did not have the 
protective chromium oxide scale normally found on Incoloy 800. The inside surface of the tube had a thin chromium oxide protective 
scale. This evidence supported the conclusions that the deep oxidation greatly decreased the strength of the weld HAZ and cracking 

followed. 

Keywords: Carbides; Piping; Precipitation; Sensitization; Welded joints 


Material: Incoloy 800 (Iron-base superalloy), UNS N08800 


Failure type: Intergranular fracture 


The outlet-piping system of a steam-reformer unit failed by extensive cracking at four weld locations, identified as A, B, 
C, and D in Fig. 1. The welded system consisted of Incoloy 800 (Fe-32Ni-21Cr-0.05C) pipe and fittings. The exterior 
surfaces of the system were insulated with rock wool that did not contain weatherproofing. On-site visual examination 
and magnetic testing indicated severe external corrosion of most of the piping. The insulation formed a bond with 
corroded surfaces and was difficult to remove. The system showed extensive cracking in weld F1AZ. 
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Fig. 1 Schematic of Incoloy 800 outlet-piping system for a steam-reformer unit showing the four welds that 
failed by cracking. Dimensions given in inches 

Investigation. Representative specimens of the piping, typical in terms of both external corrosion and cracking, were 

examined. A specimen taken from area A in Fig. 1 indicated that corrosion extended to a depth of 3.2 mm (8 in.); cracks 
were seen at the edge of the cover bead and in the F1AZ of the weld. Metallographic examination of the cracked region 
showed that cracking was intergranular and that adjacent grain boundaries had undergone deep intergranular attack. 
Examination at higher magnification of areas in the vicinity of attack revealed heavy carbide precipitation, primarily at 
grain boundaries, indicating that the alloy had been sensitized. Sensitization resulted from heating during welding. 
Electron probe x-ray microanalysis showed that the outside surface of the tube did not have the protective chromium 
oxide scale normally found on Incoloy 800. The inside surface of the tube had a thin chromium oxide protective scale that 
attached to the base metal at the grain boundaries. 

Conclusions. The deep oxidation greatly decreased the strength of the weld FIAZ and cracking followed. A detailed 
stress analysis showed that failures had occurred in the areas of highest stress in the reducer and the T connection, namely 
areas A, B, C, and D in Fig. 1. 

Related Information 
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Heat Exchanger Corrosion in a Chlorinated Solvent Incinerator 

Brian A. Baker, Inco Alloys International, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: The thin plates within a type 309 stainless steel chlorinated solvent combustion preheater/heat exchanger designed to 
process fumes from a solvent coating process showed severe corrosion within 6 months of service. Within a year corrosion had 
produced holes in the plates, allowing gases to shunt across the preheater/exchanger. Metallographic examination of the plates 
showed that accelerated internal oxidation had been the cause of failure. Corrosion racks of candidate alloys (types 304, 309, and 
316 stainless steels, Inconel 600, Inconel 625, Incoloy 800, Incoloy 825, and Inco alloy C-276) were placed directly in the hot gas 
stream, containing HCI and CI2, for in situ testing. Results of this investigation showed that nickel-chromium corrosion-resistant 
alloys, such as Inconel 600, Inconel 625, and Inco alloy C-276, performed well in this environment. Laboratory testing of the same 
alloys, along with Inconel alloys 601, 617, and 690 and stainless steel type 347 was also conducted in a simulated waste incinerator 
nitrogen atmosphere containing 10% Co2, 9% 02, 4% HCi, 130 ppm HBr and 100 ppm S02 at 595, 705, 815, and 925 deg C (1100, 



1300,1500, and 1700 deg F). The tests confirmed the suitability of the nickel-chromium alloys for such an environment. Inconel 625 

was selected for fabrication of a new preheater/exchanger. 

Keywords: Heat exchangers, materials selection; Incinerators, materials selection; Internal oxidation; Nickel-base alloys, corrosion; 
Solvents, environment 


Materials: 309 (Austenitic wrought stainless steel), UNS S30900; Incoloy 800 (Iron-base superalloy), UNS N08800; Inconel 625 
(Nickel-base superalloy), UNS N06625, UNS N06600, UNS N10276; Inconel 600 (Nickel-base superalloy), UNS N06625, UNS 
N06600, UNS N10276; Inconel C-276 (Nickel-base superalloy), UNS N06625, UNS N06600, UNS N10276 


Failure type: High-ternperature corrosion and oxidation 


Background 

The thin plates within a type 309 stainless steel chlorinated solvent combustion preheater/heat exchanger showed severe 
corrosion within 6 months of service. Within a year, corrosion had produced holes in the plates, allowing gases to shunt 
across the preheater/exchanger. 

Applications 


The chlorinated solvent combustion system shown in Fig. 1 was designed to process fumes from a solvent coating 
process. Figure 2 shows a cutaway schematic of the heat exchanger used for the system. The system operates an average 
of 7 h per day, 3 days per week 52 weeks per year Methanol and methylene chloride fumes are drawn from the coater by a 
blower. The gas temperature is approximately 25 °C (77 °F) and contains approximately 97% air. 



Combuster Boiler Scrubber 


Fig. 1 Process flow chart of chlorinated solvent combustion system. 



Fig. 2 Cutaway schematic of preheater/exchanger for chlorinated solvent combustion system. 

The gas stream passes through the U-bend of the preheater/exchanger. The gas stream is then separated into alternating 
passages formed by fixed plates. These plates were originally constructed of type 309 stainless steel. The gas leaving the 
preheater/heat exchanger is heated to 425 °C (800 °F). The preheated gas enters a horizontal, gas-fired combustor. The 
temperature in the combustor is maintained between 925 and 980 °C (1700 and 1800 °F). The system is run with an 
excess of oxygen. The combustion gases then pass through a fire boiler, which produces about 450 kg/h (1000 lb/h) 
saturated steam. When the gases leave the boiler, the temperature has been reduced to approximately 760 °C (1400 °F). 
The gases then pass through the hot side of the preheater/exchanger, which reduces the temperature to 315 to 370 °C (600 




to 700 °F). On entering the scrubber tower, the gas is saturated and cooled by water that is recirculated over the top of the 
tower. As HCI is absorbed by the recirculating water, NaOH is added to maintain the pH. The scrubbed gas exits to the 
atmosphere. 

Circumstances leading to failure 

Within a year of installation, the original type 309 stainless steel preheater/exchanger had failed from severe corrosion 
caused by the high-temperature environment containing HCI, Cl 2 , and combustion gases. 

Specifications 

Type 309 stainless steel was originally chosen after consideration of potential dew-point corrosion, thermal cycling, high- 
temperature chloride attack, and material cost. Because the operating temperature is significantly higher than the dew 
point and the system is operated for at least 30 min after solvent spraying terminates, dew-point corrosion was dismissed 
as a problem. The effect of thermal cycling could not be adequately predicted. The exchanger designer indicated that type 
309 stainless steel would perform better than type 316 in a high temperature chlorine environment. Therefore, it was 
difficult to justify the use of a different, more expensive alloy. 

Visual Examination of General Physical Features 


The type 309 stainless steel preheater/exchanger was inspected after 6 months of operation. The plates exhibited extensive 
scale, which could be easily dislodged by a slight tap. Figure 3 shows the remains of some of the type 309 plate supports 
from the heat exchanger after less than 1 year of service. 
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Fig. 3 Type 309 stainless steel support part after 1 year of service in a chlorinated solvent combustion 
incinerator. 

After about a year of operation, the preheater/exchanger was examined again. Holes had formed up the first 150 to 200 
mm (6 to 8 in.) of the hot-side edge of the plates, causing the preheater/exchanger to short-gas. Scale deposits had also 
formed over large areas of the plates. 


Testing Procedure and Results 

Metallography 

Microstructural Analysis. Figure 4 is a representative photomicrograph of the type 309 stainless steel support plates 
shown in Fig. 3. Nearly all of the original thickness of 0.48 mm (0.019 in.) had been converted to scale, and the remainder 
had suffered from internal attack. 



Fig. 4 Section from type 309 stainless steel support part showing heavy scale and internal attack. 81. 3x. 
Corrosion Morphology. As can be seen in Fig. 4, the type 309 stainless steel plates underwent accelerated internal 
oxidation. Such severe oxidation was probably triggered by the formation of molten FeCl 2 (melting point of 695 °C, or 
1285 °F). Judging from the presence of “islands” of metal within the scale, corrosion initiated along grain boundaries and 
continued into the grains. Spalling is also evident. 

Simulation tests 

Because of time and production restraints, a decision was made to install another type 309 stainless steel 
preheater/exchanger. In order to evaluate more resistant alloys for this application, corrosion coupons of various alloys 
were assembled into a test rack and placed in the gas stream ahead of the new type 309 exchanger. The corrosion 
information obtained from the test rack could be used to specify materials for a new preheater/exchanger after the 
replacement type 309 unit failed after the expected service life of 1 year. 

The rack of test coupons was placed directly in the hot gas stream, which contained HC1, Cl 2 , and combustion gases. The 
rack spanned the gas duct 150 mm (6 in.) in front of the hot inlet of the preheater/exchanger. Operation of the after burner 
exposed the coupons to a temperature of 760 °C (1400 °F). 

Coupons were obtained from the preheater/exchanger manufacturer. The coupons were doughnut-shaped with a nominal 
size of 25.4 mm (1.0 in.) ID by 76.5 mm (3.0 in.) OD by 1.6 mm (0.06in.) thick. Three austenitic stainless steels (types 
304, 309, and 316) and five high-nickel alloys (Inconel alloys 600 and 625, Incoloy alloys 800 and 825, and Inco alloy 
C-276) were chosen for the test rack. All of the coupons were taken from commercially produced sheet and were not 
polished prior to exposure. Typical chemical compositions are given in Table 1. Also included in Table 1 are 
compositions for Inconel alloys 601, 617, and 690 and type 347 stainless steel, which were included in the laboratory 
testing (discussed below). 


Table 1 Typical chemical compositions of alloys tested 


Alloy 

Composition, % 





C 

Mn 

Fe 

Si Cu 

Ni 

Cr A1 Ti Mo Others 

304 

0.08“ 

2.0 (a) 

Bal 

1.0“ ... 

10.0 

19.0 . 

309 

0.08“ 

2.0“ 

Bal 

1.0“ ... 

13.5 

23.0 . 









316 

0.08 (a) 

2.0 (a) 

Bal 

1.0 (a) 


12.0 

17.0 





347 

0.08 

2.0 

Bal 

1.0 


11.0 

18.0 




10 x C min Nb 

600 

0.08 

0.5 

8.0 

0.2 

0.2 

bal 

15.5 





601 

0.05 

0.5 

14.1 

0.2 


bal 

23.0 

1.4 




617 

0.07 


1.0 



bal 

22.0 

1.0 


9.0 

12.5 Nb 

625 

0.05 

0.2 

2.5 

0.2 


bal 

21.0 

0.2 

0.2 

9.0 

3.6 Nb 

690 

0.03 


9.5 



bal 

30.0 





800 

0.05 

0.8 

Bal 

0.5 

0.4 

32.5 

21.0 

0.4 

0.4 



825 

0.03 

0.5 

30.0 

0.2 

2.2 

bal 

21.5 

0.1 

0.9 

3.0 


C-276 

0.005 

1 . 0 (a) 

5.5 

0.1 


bal 

15.5 

0.2 


16.0 

2.5 (a) Co + 4.0 W 

(a) Maximum 


The rack for the coupons was constructed of type 316 stainless steel. A 19 mm (0.75 in.) diam by 0.74 m (29 in.) long rod 
supported the coupons. Sections of 19 mm (0.75 in.) diam pipe were used to hold the coupons in place. Seven 50 mm (2 
in.) lengths of pipe were slid onto the rod, and a coupon was sandwiched between each length. A 125 mm (5 in.) length of 
pipe was slid onto the end of each rod. The rack of coupons was exposed to the operating environment for 300 h and was 
then visually inspected. The surfaces of the type 304, 309, and 316 stainless steels indicated that some spalling had 
occurred. The heavy scale on alloys 800 and 825 indicated that they also suffered corrosion attack. There was no evidence 
of spalling or heavy attack on the alloy 600, 625, or C-276 coupons. 

After visual examination, the test coupons were sectioned for alloy verification and metallographic evaluation. Two 
specimens, one parallel to the gas stream and one perpendicular to the gas stream, from each of the eight coupons were 
mounted. Table 2 summarizes the findings. Figures 5, 6, 7, 8, 9, 10, 11, 12 present photomicrographs, representative of 
the corrosion attack, of each of the alloys tested. 

Table 2 Test rack corrosion data for specimens exposed for 300h to 760 °C (1400 °F) combustion 
gas containing HCI and Cl 2 


Alloy 

Orientation to gas flow 

Depth of attack 


Comments 



Outer edge 

Inner edge 




mm mils 

mm 

mils 


304 

Parallel 

0.23 9 

0.18 

7 

Spalling evident 

















Perpendicular 


0.15 6 


0.20 8 Spalling evident 


309 

Parallel 

0.13 

5 

0.13 

5 

Spalling evident 


Perpendicular 

0.20 

8 

0.20 

8 

Spalling evident 

316 

Parallel 

0.28 

11 

0.18 

7 

Spalling evident 


Perpendicular 

0.15 

6 

0.18 

7 

Spalling evident 

600 

Parallel 

0.05 

2 

0.05 

2 

No spalling 


Perpendicular 

<0.05 

<2 

<0.05 

<2 

No spalling 

625 

Parallel 

<0.05 

<2 

<0.05 

<2 

No spalling 


Perpendicular 

<0.05 

<2 

<0.05 

<2 

No spalling 

800 

Parallel 

0.30 

12 

0.36 

14 

Heavy spalling 


Perpendicular 

0.30 

12 

0.28 

11 

Heavy Spalling 

825 

Parallel 

0.28 

11 

0.20 

8 

Spalling evident 


Perpendicular 

0.28 

11 

0.15 

6 

Spalling evident 

C-276 

Parallel 

<0.05 

<2 

<0.05 

<2 

No spalling 


Perpendicular 

<0.05 

<2 

<0.05 

<2 

No spalling 











|-1 50pm 


Fig. 6 Sectioned type 309 stainless steel test coupon. 130x. 






Fig. 7 Sectioned type 316 stainless steel test coupon. 130x. 



| \ 50pm 


Fig. 8 Sectioned alloy 600 test coupon. 130x. 



I-1 50pm 

Fig. 9 Sectioned alloy 625 test coupon. 130x. 



|-1 50pm 


Fig. 10 Sectioned alloy 800 test coupon. 130x. 





|-1 50pm 


Fig. 11 Sectioned alloy 825 test coupon. 130x. 



I- \ 50pm 


Fig. 12 Sectioned alloy C-276 test coupon. 130x. 

Type 304, 309, and 316 stainless steels and alloys 800 and 825 all showed extensive corrosion, as evidenced by surface 
scale and internal attack. Visual and metallographic examination of the exposed coupons suggested that spalling had 
occurred. Comparison of thickness before and after exposure confirmed it. 

Alloys 600, 625, and C-276 showed very little evidence of corrosion. Alloy 600 (Fig. 8) developed a protective oxide 
scale during exposure, with no evidence of spalling. The total depth of attack was uniform, about 0.05 mm (2 mils). 
Alloys 625 and C276 (Fig. 9 and 12, respectively) were virtually unaffected after 300 h of exposure. The surfaces of these 
two alloys, when examined at a magnification of 200x, appeared nearly identical to as-produced commercial material. 
While the field exposure tests were being conducted, laboratory tests were performed to investigate the effect of 
environments containing FICI and HBr on the corrosion resistance of various commercial alloys. The simulated 
atmosphere for this study was nitrogen containing 10% CO 2 , 9% O 2 , 4% F1C1, 130 ppm FIBr, and 100 ppm SCF. 
Exposures were made in a 100 mm (4 in.) diam mullite tube in a horizontal electrical resistance furnace. The test 
specimens were in the form of pins, 7.6 mm (0.3 in.) in diameter by 19 mm (0.75 in.) in length, and were exposed in 
cordierite boats at 590, 705, 815, and 925 °C (1100, 1300, 1500, and 1700 °F). The gas composition was prepared by 
mixing a purchased mixture of N 2 -SO 2 -CO 2 with gaseous FICI and HBr. The final gas composition was metered into the 
mullite tube using electronic flow controllers at a total flow rate of 500 cnrVmin (30.5 in. Vmin). 

The metal loss data after 300 h of exposure are shown in Table 3. Metal loss tended to increase with temperature. The 
high-iron alloys, however, showed higher mass losses at 705 °C (1300 °F) than at 925 °C (1700 °F). At 815 and 925 °C 
(1500 and 1700 °F), the higher vapor pressure of molten FeCF may have caused any halide corrosion product to be 
removed as quickly as it formed. Also, chromium is more active at the surface at higher temperatures, and selective 


oxidation of chromium, forming a protective oxide at the surface, may have been responsible for the relatively lower mass 
loss. 

Table 3 Mass change data for selected alloys exposed for 300 h to a nitrogen atmosphere 
containing 10% CO Z/ 19% 0 2 , 4% HCI, 130 ppm HBr, and 100 PPM S0 2 



Metallographic examination showed that the high-iron alloys had experienced excessive internal oxidation. At 925 °C 
(1700 °F), voids were also more pronounced in the iron-rich alloys. 

Table 4 shows the results of X-ray diffraction (XRD) analyses of the spalled corrosion scales from alloys exposed at 705 
and 925 °C (1300 and 1700 °F). In most cases, the adherent scales were extracted by electrolytic dissolution of the matrix. 
The scales were found to be predominantly Cr 2 0 3 —with the exception of alloy 601. which had a mixture of Cr 2 0 3 and 
AI 2 O 3 . The results for 705 °C (1300 °F) indicate that the iron-base alloys and alloys 800 and 825 had predominantly 
Fe 2 0 3 - or M iCX-typc scales, while nickel-base alloys exhibited Cr 2 0 3 - or Al 2 0 3 -type scales. The results for 925 °C (1700 
°F) indicate the presence of a significant amount of Cr 2 0 3 in the iron-base alloys and in alloys 800 and 825, as compared 
with the results for 705 °C (1300 °F). This increase in the amount of Cr 2 0 3 at the surface could be responsible for the 
decrease in corrosion rate at the higher temperature, as mentioned earlier. 

Table 4 XRD analysis of spelled corrosion scales from various high-temperature alloys exposed to a 
simulated waste incinerator environment 

Alloys Phases present as detected by XRD analyses 







705 °C (1300 °F)/300 h 

925 °C (1700 °F)/300h 

309 

Fe 3 0 4 

Fe 2 0 3 ,Cr 2 0 3 

316 

Fe 3 0 4 

Fe 2 0 3 

347 

Fe 2 0 3 

Fe 2 0 4 ,Fe 2 0 3 , Cr 2 0 3 

600 

Fe 2 0 3 

Cr 2 0 3 ,Fe 2 0 3 

601 

Cr 2 0 3 , Fe 2 0 3 

(a) 

617 

Cr 2 0 3 , Fe 2 0 3 

Cr 2 0 3 

625 

(a) 

(a) 

690 

(a) 

Cr 2 0 3 

800 

Fe 2 0 3 

Cr 2 0 3 ,Fe 2 0 3 

825 

NiFe 2 0 4 

Fe 2 0 3 ,Cr 2 0 3 

(a) Samples did not have spalled scale. 


These laboratory tests indicated that in order to obtain excellent corrosion resistance over the entire temperature regime of 
590 to 925 °C (1100 to 1700 °F), the nickel-base alloys are essential because of their resistance to 705 °C (1300 °F) 
liquid-phase corrosion. These alloys—600, 601, 617, 625, and 690—do well, with alloys 600 and 625 showing the best 
resistance to corrosion at more elevated temperatures. The field exposure of various alloys essentially indicated the same 
type of behavior. Alloy C-276 was not included in the laboratory study. 

Discussion 

Examination of the type 309 stainless steel preheater/exchanger after about 1 year of service reaveled severe corrosion 
that had created large holes in the plates. The type 309 stainless steel did not perform as well as had been predicted. 
Accurate prediction of alloy performance in such an environment, with a number of complex factors at play, is difficult. 
Therefore, a test rack of coupons made from several different alloys was exposed to the conditions actually seen by the 
preheater/exchanger. 

The results of the test rack exposure investigation showed that nickel-chromium corrosion-resistant alloys, such as alloys 
600, 625, and C-276, should perform very well in this application. No evidence of spalling or severe internal attack was 
detected in these three alloys. Alloy 600 showed the most corrosion attack. Flowever, the attack was to a depth of only 
approximately 0.05 mm (2 mils); thus, alloy 600 is suitable for long-term service. 

The results of a laboratory study were similar to those obtained in the field study. It was shown that nickel-base alloys are 
necessary to guard against liquid-phase corrosion in a nitrogen atmosphere containing 10% CO 2 , 9% 0 2 , 4% HC1, 130 
ppm FIBr, and 100 ppm S0 2 from 590 to 925 °C (1100 to 1700 °F). Alloys 600 and 625 exhibited the best overall 
corrosion resistance. 

Conclusion and Recommendations 


Most probable cause 




The cause of failure was gaseous corrosion. Type 309 stainless steel lacks the high percentage of nickel necessary to 
guard against corrosion by the HC1, Cl 2 , and combustion gases present in the system at 760°C (1400°F). 

Remedial action 

After careful consideration of cost and performance, it was decided that alloy 625 was the choice for this application. The 
type 309 preheater/exchanger was removed and replaced with a 625 unit, which cost about three times as much. After 5 
months or so of service (approximately 3500 h), the unit was inspected. All heat-transfer surfaces showed a uniform gray 
oxide, with no evidence of spalling. Based on this excellent corrosion performance, the alloy 625 exchanger is expected to 
last another 5 to 8 years, compared with the 1 year life for the type 309 unit. 

Related Information 

R.J. Franco, Failures of Fleat Exchangers, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 
1986, p 628-642 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 

Footnote 


* Inconel, Incoloy, and Inco are trademarks of the Inco family of companies. 


Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating 
during service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 


Material: Nicrofer 3718 (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 
800H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 


Failure type: High-ternperature corrosion and oxidation 


Background 

A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of 
service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the 
briquettes were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/min (3 ft/min). 
The total length of the belt was 94 m (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 



Circumstances leading to failure 


The sinter belt distorted in shape and stretched approximately 1.2 nr (4 ft) over a period of 6 months. Normal service life 
is approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the 
furnace. 

Specimen selection 

Several broken links of the woven belt and an unused section of new wire were submitted for examination. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to 
the axis of the belt weave. 

Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size 
of 7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm 
(0.02 in.), which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the 
microstructure along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain¬ 
boundary globular carbides in a matrix of austenite. The ASTM grain size was 5. 

Chemical analysis 


Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 

Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 



Titanium 

0.12 

<0.05 

Aluminum 

Niobium 

<0.05 

<0.05 


Discussion 

The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer 
sections of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on 
the sinter belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% 
C) but a great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This 
mechanism of sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and 
hence initiate failure of the belt during operation. The theory of sulfur attack and carburization was substantiated by 
chemical analysis of the old belt material, which contained significantly higher levels of carbon and sulfur than the new 
belt material. 

The second failure mechanism was the presence of globular carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 
required to cause coalescence of carbides at grain boundaries. Globular carbides at the grain boundaries of the austenite 
also reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated 
at the usual lower temperature. 

The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of 
some wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure 
of the material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 

Conclusion and Recommendations 

Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220H (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Gaseous Corrosion of a Heat-Resistant Alloy (Metal Dusting) 

Richard L. Colwell, Air Products and Chemicals 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 




Abstract: A 150 mm (6 in.) diam, 1.6 mm (0.065 in.) thick alloy 800 liner from an internal bypass line in a hydrogen reformer was 
removed from a waste heat boiler because of severe metal loss. Visual and metallographic examinations of the liner indicated severe 
metal wastage on the inner surface, along with sooty residue. Patterns similar to those associated with erosion/corrosion damage 
were observed. Microstructural examination of wasted areas revealed a bulk matrix composed of massive carbides, indicating that 
gross carburization and metal dusting had occurred. X-ray diffraction analysis showed that the carbides were primarily chromium 
based (Cr23C7 and Cr7C3). The sooty substance was identified as graphite. Wasted areas were ferromagnetic and the degree of 
ferromagnetism was directly related to the degree of wastage. Three actions were recommended: (1) inspection of the waste heat 
boiler to determine the extent of metal damage in other areas by measuring the degree of ferromagnetism, (2) replacement of 
metal determined to be magnetic, and (3) closer monitoring of temperatures in the region of the reformer furnace outlet. 
Keywords: Boilers; Chemical processing equipment; Erosion corrosion; Liners, corrosion 


Material: Incoloy 800 (Iron-base superalloy), UNS N08810 


Failure type: High-ternperature corrosion and oxidation 


Background 

A 150 mm (6 in.) diam. 1.6 mm (0.065 in.) thick alloy 800 liner from an internal bypass line in a hydrogen reformer was 
removed from a waste heat boiler because of severe metal loss. Visual and metallographic examinations of the liner 
indicated severe metal wastage on the inner surface. 

Applications 

Alloy 800 is a preferred alloy for service in hydrogen-reforming reactions at temperatures of 870 °C (1600 °F). After the 
hot gas mixture, containing CH 4 , CO, CO 2 . H 2 , and FFO, leaves the reformer furnace, waste heat is extracted by the 
production of steam within the waste heat boiler. If the reformer furnace is operating at lower temperatures, an internal 
bypass can be throttled open to reduce overall heat transfer. This bypass is protected by the alloy 800 liner. 

Circumstances leading to failure 

The furnace was shut down for a routine repair. During this outage, the waste heat boiler's troublesome bypass valve was 
inspected, and the damage was discovered. 

Specimen selection 

The liner was sectioned to provide samples for metallographic examination. During sectioning, the brittle nature of the 
liner became apparent. The thinned sections could easily be snapped off using a pair of pliers. It was also discovered that 
the liner had become ferromagnetic. Areas displaying a high degree of wastage were more ferromagnetic than less wasted 
areas. 

Testing Procedure and Results 

Surface examination 

Visual examination of the bypass line revealed that much of the liner had disintegrated, especially near the inlet. 
Considerable debris was packed around the throttling valve at the exit end of the bypass. The material that was left was 
covered with a fine, sooty substance. 

Wear Patterns. A sample of the liner was removed from the bypass line for closer examination, which showed that 
severe metal wastage had occurred on the inner surface (Fig. 1). Patterns similar to those associated with 
erosion/corrosion damage were observed (Fig. 2), with numerous rounded pits, uniform thinning, and through-wall 
perforations visible. 




Fig. 1 Section of the alloy 800 by pass liner showing severe metal wastage on the inner surface. 



Fig. 2 Surface characteristics of the wasted areas, similar to erosion/corrosion damage. 13x. 


Metallography 

Microstructural Analysis. Microstructural examination of the wasted areas revealed a bulk matrix composed of 
massive carbides, indicating that gross carburization had occurred (Fig. 3 and 4). In areas of severe wastage, the original 
grain structure was obscured because of carbide agglomeration. The inner surface exhibited intergranular penetration and 
corrosion to a depth of one or two grains. Gross carbide formation is an indication of metal dusting. 




Fig. 3 Microstructure of the wasted areas, showing massive carbide formation. Surface etched with 10% oxalic 
acid. 630x. 



Fig. 4 SEM showing the carbides depicted in Fig. 3. 3150x. 

The microstructure near the liner OD displayed faint characteristics of the austenitic structure, indicating that carbon had 
diffused from the ID into the liner. Areas that were relatively unaffected had a composite grain structure (Fig. 5). Varying 
bandwidths of large grains (ASTM sizes 3 and 4) were evident at both surfaces. The core of the wall was composed of 
very fine grains (finer than ASTM size 8). This composite structure could have been the result of in-service grain growth, 
which occurs at temperatures above 980 °C (1800 °F). Flowever, it was more likely the result of inadequate annealing 
after cold rolling. This higher-energy structure would favor accelerated attack. 







Fig. 5 Micrograph of unaffected areas, showing the composite grain structure. Etched with glyceregia. 32x. 

Chemical analysis 

Material. Qualitative chemical analysis of the liner material was performed using scanning electron rricroscopy/energy- 
dispersive spectroscopy Results indicated that the alloy composition was representative of alloy 800. 

Corrosion or Wear Deposits. X-ray diffraction analysis indicated that the carbides were primarily chromium based 
(Cr 2 3 C 7 and Cr 7 C 3 ). The sooty substance was identified as graphite. 

Discussion 

Metal dusting of heat-resistant alloys occurs in carbonaceous atmospheres at temperatures above 425 °C (800 °F). with 
very high activity in the range of 790 to 845 °C (1450 to 1550 °F)and above 925 °C (1700 °F) (Fig. 6). Carbon adsoiption 
and diffusion into the metal matrix induce the formation of chromium carbides, first intcrgranularly and then within the 
grains. Excessive formation and coarsening of these carbides lead to matrix consumption and subsequent transformation 
to ferrite and graphite. Stresses generated by phase transformations promote decohesion of metal particles and graphite, 
and gross metal wastage (dusting) occurs. 



Fig. 6 Reactivity of sever air representative alloys reacted in Co. 

Once this mechanism was initiated, reaction rates probably accelerated when carbon diffused into the area of fine grain 
size. The higher density of grain boundaries enhanced the inward diffusion of carbon and exposed more metal surfaces. 
These surfaces acted as catalysts for the metal dusting reaction. 


Conclusion and Recommendations 






Measurement of the degree of ferromagnetism is an easy method of determining the extent of metal damage in other areas 
of the waste heat boiler. Metal that is magnetic should be replaced. Closer temperature monitoring should also be 
performed near the reformer furnace outlet to ensure that bypass system temperatures do not fall within the regions that 
promote metal dusting. 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Thermal Fatigue Failure of Alloy UNS NO8800 Steam Superheating Tubes 

Moavinul Islam, CC Technologies 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Alloy UNS N08800 (Alloy 800) tubes of the steam superheating coils of two hydrocracker charge heaters in a refinery failed 
prematurely in service. Failure analysis of the tubes indicated that the failures could be attributed to thermal fatigue as a result of 
temperature fluctuations as well as restriction to movement. Fatigue cracks initiated intergranularly from both the flue gas and 
steam sides. Enhanced general and grain boundary oxidation coupled with age hardening of the alloy led to the formation of 
incipient intergranular cracks that acted as sites for the initiation of the fatigue cracks. 

Keywords: Hydrocracker charge heater; Steam superheating coils 

Material: Incoloy 800 (Iron-base superalloy), UNS N08800 


Failure type: Thermal fatigue fracture 


Background 

Several tubes of the steam superheating (SSH) coils of two hydrocracker (HCR) charge heater units in a refinery failed 
prematurely in service. The tubes were made of Alloy UNS N08800 (Alloy 800). Unit 1 suffered five successive tube 
failures over a period of about three months within two years after it was commissioned. All failures were in the finned 
tubes located near the intermediate support towards the inlet side and were similar in nature, having circumferential 
cracks. Two of the tubes were completely fractured into two pieces. It was also noticed that the fins at the intermediate 
support were damaged, indicating restriction in movement. Unit 1 was recommissioned after retubing with the same alloy 
having double the original wall thickness. Slight modifications were also made to the tube supports. 

One of the finned tubes in Unit 2 failed in an identical manner three years after start-up. In addition, hydro-testing of the 
unit during a shutdown shortly afterwards revealed leaks in another finned tube that was located between the intermediate 
support and the outlet. 

The tubes had a thickness of 2.75 mm (0.108 in.) and a diameter of 88.9 mm (3.50 in.). Some of the tubes were 
circumferentially finned on the outside with type 304 stainless steel while others were bare. The fins (thickness 1.25 mm 
or 0.0492 in., width 12.8 mm or 0.504 in.) were spaced approximately 7 mm (0.28 in.) apart and were joined to the tube 
surface by electric resistance welding. The SSH coils had superheated steam inside and hot flue gas on the outside. The 
design temperature of the unit was 767 °C (1412 °F), metal temperature, but the normal operating temperature was 325 
°C (616 °F). The design pressure was 1.42 MPa (206 psig). Figure 1 shows the arrangement of the SSH coil in the HCR 
units and the locations of the failed tubes. 




Fig. 1 Schematic arrangement of the steam superheating coil in the hydrocracker charge heater units showing 
locations of tube failures in (a) Unit 1 and (b) Unit 2 

Selection of specimens 

Failure analysis was carried out on a tube section from Unit 1. approximately 200 mm (8 in.) long (which was completely 
fractured in two), and a tube section from Unit 2, about 350 (14 in.) long which had 40 fins. 


Visual Examination of General Physical Features 

The examined tube section of Unit 1 was completely fractured into two pieces and had 26 welded fins. Some of the fins 
showed a lack of bonding. Visually, the position of the fracture appeared to coincide with the base of one of the welded 
fins. No secondary cracks were visible. Figure 2 shows a photograph of the failed tube with the matching fracture faces 
with one of the fins removed. Figure 2(b) is a photograph of the fracture surface. The arrow in Fig. 2(a) corresponds to the 
area marked “X”in Fig. 2(b). 



Fig. 2 Photographs showing: (a) fractured finned tube from Unit 1 (arrow indicates location of area marked "X 
in photograph); and (b) fracture surface of the failed tube 






































The tube from Unit 2 was cut in half and a section 350 mm (14 in.) long with 40 fins was examined. Some of the fins 
showed a lack of bonding. No cracks were readily visible on the outer side. Four circumferential cracks 2 to 6 mm (0.08 
to 0.24 in.) in length were visible on the inside surface, two of which are shown in Fig. 3(a). The cracks were all located 
in the 9 o’clock position in the direction of the steam flow. Examination of the outer surface after removal of the fins 
revealed that the four cracks observed on the inner surface had completely penetrated through the tube wall. Sixteen other 
circumferential cracks of various dimensions were also found on the outer surface. Figure 3 (b) shows some of these 
cracks. It was noticed that all the cracks were located adjacent and to the right side of the welded zones. None of the 
cracks originated in areas where there was lack of welding. 



Fig. 3 Photographs showing: (a) two of the four visible cracks observed on the inner surface of the tube of Unit 
2; and (b) the outer surface of the tube after removal of the fins. Arrows indicate locations of cracks adjacent 
to the welds. 

Testing Procedure and Results 

SEM examination 

The fracture surface of the tube in Unit 1 was examined with the scanning electron microscope (SEM). The fracture 
surface was not treated for oxide removal prior to the SEM examination. Figure 6 shows a low magnification view of the 
area marked “X” in Fig. 2, while Fig. 6(b) shows a higher magnification micrograph from the same area. Fatigue 
striations are clearly visible in Fig. 6. The relatively wide spacing of the striations suggests the occurrence of low cycle 
fatigue. The direction of striations indicates that the fracture path is from the steam side to the flue gas side. Flowever, the 
direction of other fatigue striations found in another area of the fracture surface suggests a fracture path in an opposite 








direction. The fracture surface was mostly transgranular in nature, except for some intergranular cracking near the steam 
side. 

One of the cracks shown in Fig. 3 (the tube Unit 2 ) was carefully broken open to expose the fracture surface for 
examination with the SEM. Some intergranular and transgranular fracture features were seen in addition to fatigue 
striations. Again, as in the case of Unit 1, the fatigue cracks were found to propagate from both the steam side and the gas 
side. 

Metallography 

Cross-sectional and longitudinal sections from the Unit 1 tube were prepared from near the fracture area and from an area 
slightly away from the location of fracture. Microstructural analysis indicated that the grain size of the alloy was not 
uniform and varied between ASTM grain sizes No. 2 and 3. Intergranular and intragranular carbides were observed in the 
microstructure of the material. 

Examination of the metallographic cross sections revealed the presence of intergranular Assuring in addition to oxidation 
with intergranular and transgranular penetration on both sides of the tube (Fig. 4a, 4b). The intergranular Assuring and 
oxidation were more pronounced on the inner surface (steam side) than on the outer surface (Aue gas side). A 
metallographic cross section through another crack revealed that the crack was transgranular without branching (Fig. 4c) 
and had progressed about one-fourth of the wall thickness. 



Fig. 4 Micrographs of cross sections from the tube of Unit 1 showing: (a) oxidation of the flue gas side with 
intergranular and transgranular penetration; (b) intergranular oxidation on the steam side; and (c) 
transgranular crack originating from the gas 






Fig. 5 Micrographs of cross section from the tube of Unit 2 showing: (a) transgranular crack originating from 
near the base of a weld; (b) incipient intergranular and transgranular fissuring on the steam side; and (c) 
intergranular fissuring on the flue gas side 



Fig. 6 SEM micrographs from the tube from Unit 1 showing: (a) low magnification view of the area marked "X" 
on the fracture surface shown in Fig. 2(b); and (b) fatigue striations observed in the same area in Fig. 6(a) 
marked "Y." Photo is oriented in same direction as Fig. 2(b). Direction of crack propagation is from the steam 
side (bottom of micrographs) to the flue gas side of the 

Examination of metallographic cross sections of the Unit 2 tube showed that cracks started near the base of the weld and 
were transgranular in nature without crack branching (Fig. 5a). As in the case of the tube in Unit 1, intergranular Assuring 
was observed on both the steam and the flue gas sides and again was more prominent on the steam side (Fig. 5b, 5c). 
However, unlike the tube of Unit 1, there was no oxidation layer in the tube of Unit 2, and the grain boundary oxidation 
was much less than in the tube of Unit 1. The grain size of the Unit 2 tube was found to be between ASTM No. 4 and 5. 

Mechanical properties 

Rockwell B hardness tests were carried out on both the inside and the outside surfaces of the Unit 1 tube. Tensile tests 
were conducted on longitudinal specimens machined from the tube material. None of these specimens had surface cracks 
at or near the welded areas. Table 1 shows the tensile and hardness results in addition to the values provided by the 
manufacturer and the ASTM specifications. The values given in the table show that the tube material has yield strength, 
ultimate tensile strength, and grain size higher than those specified by the manufacturer or the ASTM specification B 407- 
88 (ASME SB-163). Therefore, these results suggest that the material had age-hardened during service. 




Table 1 Tensile and hardness properties of UNS N08800 


Data 

Yield strength, MPa 

Ultimate tensile strength, MPa 

Elongation, % 

Hardness, HRB 

Grain size ASTM No. 

Laboratory 

337 

670 

34 

85 

2-3 

Manufacturer 

238 

556 

55 

69 

4-5 

ASTM B 407-88 

172 (min) 

450 (min) 

30 (min) 

95 (max) 

5 


Because of the extensive cracking of the tube in Unit 2, tensile tests could not be performed. However, hardness tests 
were done and the value was found to be 82 on the Rockwell B scale. 


Discussion 

The metallurgy of Alloy UNS N08800 (Alloy 800) is rather complex. Minor constituents, in particular Ti, Al, and C, 
together with the annealing heat treatment, play a critical role in determining its service performance characteristics. It has 
been established that the maximum Ti+Al level should be 0.6% and then to C ratio should be a minimum of 12 to 
maximize the stress-corrosion cracking resistance, the creep rupture strength, and rupture ductility properties (Ref 1, 2). 
Variations of the above limits create instability in the microstructure. 

Table 2 gives the chemical composition of the two heats of UNS N08800 used in the HCR units as provided by the 
manufacturer, in addition to ASTM B 407-88 specifications. It can be seen that the Ti+Al content of the failed alloy is 
between 0.6 to 0.72% and the Ti/C ratio is around 6. Hence some microstructural instability may be expected during 
service. However, the ASTM specification does not specify a Ti and Al level for Alloy 800, but specifies that the level 
should he 0.85 to 1.20 in the higher temperature grades. The specification also does not specify a Ti/C ratio limit. 


Table 2 Chemical composition of UNS N08800 


Element 

Composition, % heat 1 

Composition, % heat 2 

I Composition, % ASTM B 407-88 

Ni 

31.02 

31.35 

30.0-35.0 

Cr 

20.20 

20.39 

19.0-23.0 

Fe 

46.00 

45.00 

39.5 min 

C 

0.06 

0.06 

0.05-0.10 

Mn 

0.72 

0.89 

1.50 max 

Si 

0.46 

0.49 

1.0 max 

Cu 

0.14 

0.14 

0.75 max 

Ti 

0.36 

0.34 

0.15-0.6 

Al 

0.36 

0.26 

0.15-0.6 









S 0.005 0.002 0.015 max 


The service performance of LTNS 8800 in various applications is generally good. It is not surprising, therefore, that not 
many instances of failures have been reported for this alloy. The one most relevant to the present failure case is that 
reported by Lippold (Ref 3), which describes the creep-fatigue failure of Alloy 800 in superheated steam. 

In order to identify the most probable cause of failure of the SSH coils, it is necessary to consider the findings of the 
investigation in parallel with the operating conditions of the HCR. According to information gathered from the refinery, it 
was found that Unit 1 was, on occasion, operated at the design temperature of 767 °C (1412 °F), and the SSH coil was 
also run dry for some time. The normal operating temperature should be 325 °C (616 °F). ASTM B 407-88 specifies 595 
°C (1100 °F) as the maximum service temperature for Alloy UNS N08800. The time-temperature-precipitation diagram 
for Alloy 800 presented in Lippold's paper (Ref 3) indicates that in the temperature range above 540 °C (1004 °F), 
carbides start to precipitate within the first week (-100 h) of service if there is carbon available in solution. Tubes that 
operate in the temperature range below 480 °C (896 °F) should not form carbides in several years. High temperatures 
would also induce age hardening and grain coarsening. The total effect would be to deplete the chromium content of the 
alloy, particularly at the grain boundaries and the surface. 

The tube material of Unit 1 suffered from oxidation and intergranular attack from both the steam side and the gas side 
(Fig. 3). The microstructure was quite coarse (ASTM grain sizes No. 2 and 3), and there was carbide precipitation at the 
grain boundaries. All these features are consistent with high-temperature operating conditions. Moreover, the presence of 
striations on the fracture surface (Fig. 4) clearly indicates that fatigue was involved, and that cracking was from both 
sides. 

The occurrence of fatigue failure in the tube of Unit 1 is not readily explainable because in general the fatigue life of 
Alloy 800 is quite good (Ref 3). However, the situation appears logical when one considers the information available in 
the literature on the low cycle fatigue of Alloy 800. The fatigue life of tubular samples was found (Ref 4) to be only 20% 
of that of solid bar samples when tested in static steam at 650 °C (1202 °F) with a total strain range of 0.5%. A more 
dramatic decrease in fatigue life was observed when a tensile and/or compressive hold period was incorporated into the 
fatigue test (Ref 4, 5). Nearly a 50-fold decrease in the fatigue life was observed because of specimen geometry (solid 
versus tubular) and fatigue loading conditions (hold versus no hold time) (Ref 3). Tensile or compressive hold time during 
fatigue can result in creep damage to the material during the hold period. As a result, the material damage is termed creep- 
fatigue behavior rather than low cycle fatigue. 

It is well known that steam equipment may fail by fatigue if mechanical service stresses are fluctuating or vibrating, or if 
thermal cycles or thermal gradients impose sufficiently high peak stresses. Some form of mechanical constraint and 
temperature fluctuations gives rise to thermal fatigue (Ref 6). Constraint may be external (for example, imposed by rigid 
mountings) or it may be internal, in which case it is set up by a temperature gradient within the paid. It has also been 
established that a reduction in fatigue life takes place due to the occurrence of intergranular cracking and due to the effect 
of oxidation (Ref 7). Grain boundary oxidation may produce a notch effect that may limit the fatigue life. In the present 
case, creep damage was not observed in the alloy as apparent from the absence of any creep voids or intergranular fissures 
within the alloy matrix. 

It therefore appears that thermal fatigue was responsible for the failure of the tubes in Unit 1. Operation of the unit at high 
temperatures resulted in aging, grain coarsening, and carbide precipitation, all of which led to enhanced oxidation of the 
alloy and grain boundary attack, thus reducing the fatigue life of the alloy. Moreover, the presence of grain boundary 
oxidation acted as stress raisers that, together with hold times during fatigue, led to the premature failure of the tubes of 
Unit 1. 

Unit 2 was found to have been operated under tighter control (i.e., the unit was not run dry and there were no excursions 
to high temperature). The observed microstructure (finer grain size, less carbide precipitation) and the less severe 
oxidation of the alloy in comparison to that of Unit 1 appears to be consistent with the operating conditions of Unit 2. The 
metallographic and fractographic evidence indicate that the failure of the tube of Unit 2 was similar to that of Unit 1. 
However, because of the longer time taken to form incipient intergranular fissures, the fatigue initiation time was longer 
in Unit 2, and hence the service life was longer (approximately 3 years as compared to 2 years for Unit 1). 

In the case of Unit 2, the fatigue cracks were mostly from the flue gas side. A few cracks were found propagating from 
the steam side. Crack initiation and propagation from the outer side of the tube is quite logical because the highest tensile 
stresses are concentrated on the outer diameter of the tube. It can be hypothesized that when the fins are properly welded 
to the tube, complex stress patterns are set up in the weld zone due to thermal gradients as well as geometric restrictions 
leading to more rapid cracking. 

Conclusion 


The failure of the Alloy 800 tubes in the HCR units was due to thermal fatigue. The source of fatigue was possibly due to 
temperature fluctuations in addition to restriction of movement of the coils. 




The initiation and propagation of fatigue cracks were mostly from the outside (flue gas side). However, some cracks were 
found to propagate from the steam side. 

In the case of Unit 1, uncontrolled operating conditions (running dry and excursions to high temperatures) resulted in age 
hardening of the material and enhanced general and grain boundary oxidation with incipient intergranular cracks, leading 
to early initiation of fatigue cracks. In the case of Unit 2, with better controlled operating conditions, the grain boundary 
oxidation and incipient intergranular cracking were less severe, which manifested in a longer fatigue life. 
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Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating during 
service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 


Material: Nicrofer 3718 (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800H 
(Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 


Failure type: High-temperature corrosion and oxidation 


Background 

A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the briquettes 
were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/min (3 ft/min). The total length 
of the belt was 94 m (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 

Circumstances leading to failure 

The sinter belt distorted in shape and stretched approximately 1.2 m (4 ft) over a period of 6 months. Normal service life is 
approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the furnace. 

Specimen selection 

Several broken links of the woven belt and an unused section of new wire were submitted for examination. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to the 
axis of the belt weave. 

Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size of 
7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm (0.02 in.), 
which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the microstructure 
along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain-boundary globular 
carbides in a matrix of austenite. The ASTM grain size was 5. 



Chemical analysis 


Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 

Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 

Titanium 

0.12 

<0.05 

Aluminum 

Niobium 

<0.05 

<0.05 


Discussion 

The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer sections 
of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on the sinter 
belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% C) but a 
great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This mechanism of 
sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and hence initiate failure of 
the belt during operation. The theory of sulfur attack and carburization was substantiated by chemical analysis of the old belt 
material, which contained significantly higher levels of carbon and sulfur than the new belt material. 

The second failure mechanism was the presence of globular carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 


















required to cause coalescence of carbides at grain boundaries. Globular carbides at the grain boundaries of the austenite also 
reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated at the 
usual lower temperature. 

The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of some 
wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure of the 
material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 

Conclusion and Recommendations 

Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220H (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Failure of a Tied Universal Expansion Joint 

Ralph D. Bowman, Consulting Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A tie rod, nut, and bellows from a failed 610 mm (24 in.) diam tied universal expansion joint that carried tail gases consisting of 
N2 + 02 with slight traces of nitrogen oxides and water were examined. The materials were SA 193-B7 (AISI 4140), SA 194-214, and 
Incoloy 800H, respectively. Visual examination of the bellows revealed cracks in heavily cold-worked areas (both inside and outside) and 
considerable corrosion. SEM analysis showed a classical intergranular failure pattern with microcracking. The threaded tie rod 
microstructure contained spheroidized carbide that was more pronounced at the tie rod end of the failure. Energy-dispersive X-ray 
analysis of fracture surfaces from the bellows showed the presence of chlorine and sulfur. Failure of the bellows was attributed to stress- 
corrosion cracking, with chlorine and sulfur being the corroding agents. The rod damage was the result of failure of the bellows, which 
allowed escaping hot gases to impinge on the tie rods and heat them to approximately 595 deg C (1100 deg F). It was recommended 
that the insulation be analyzed to determine the origin of the chlorine and sulfur and that it be replaced if necessary. 

Keywords: Bellows, corrosion; Chemical processing equipment, corrosion; Hot gas corrosion 


Materials: ASME SA193-B7 (Chromium-molybdenum alloy steel), UNS G41400; ASME SA194-214 (Chromium-molybdenum alloy steel), 
UNS G41400; 4140 (Chromium-molybdenum alloy steel), UNS G41400; Incoloy 800H (Iron-base superalloy), UNS N08810 


Failure types: High-temperature corrosion and oxidation; Stress-corrosion cracking 


Background 


A tied universal expansion joint failed. 



Applications 


The 610 mm (24 in.) diam expansion joint carried tail gases consisting of N 2 + 0 2 with slight traces of nitrogen oxides and 
water. Approximately 4300 kmol/h (9300 lb . mol/h) of gases were conveyed at 965 kPa (140 psig) and 635 °C (1176 °F). 

Specimen selection 

Three different components of the joint were submitted for investigation. Each of the components—tie rod, nut, and 
bellows—underwent chemical analysis. A good portion of the bar was selected for tensile testing. Portions of the cracked 
bellows were taken for examination and analysis by scanning electron microscopy (SEM) and energy-dispersive X-ray 
analysis (EDXA). 

Testing Procedure and Results 

Surface examination 



Visual examination of the bellows revealed cracks in apparently heavily cold-worked areas. The twin bands on this section 
suggested the presence of cracks. Cracking was found on both the inside and outside of the convoluted section of the bellows. 
This section also exhibited considerable corrosion. 

Scanning Electron Microscopy/Fractography. Because stress corrosion was suspected, part of the failed fracture 
surface was submitted for examination by SEM. A classical intergranular failure pattern with microcracking was revealed, 
confirming stress-corrosion 


Fig. 1 SEM fractograph of the fractured face of the bellows, showing grain facets and secondary microcracks. 
150x. 

Metallography 

Microstructural Analysis. Examination of a cross section from the threaded tie rod revealed a microstructure exhibiting 
characteristics of spheroidized carbide (Fig. 2). The tie rod end of the failure appeared to be more completely spheroidized, 



indicating that it had been at temperatures of approximately 595 °C (1100 °F) during operation. Inspection of a cross section 



Fig. 2 Microstructure of the tie rod. Tempered martensite with spheroidized carbide. 250x. 

Chemical analysis/identification 

Material. Chemical analysis was conducted on each component of the joint. The compositions are given in Table 1. 

Table 1 Chemical analysis of expansion joint components 


Specimen 

Composition, % 






C 

Mn 

Cr 

Ni 

Mo 

Fe Cu 

Round bar 

0.46 

0.91 

1.18 


0.20 


Nut 


0.76 

0.06 


0.03 


Bellows 


0.71 

21.9 

37.1 

0.50 

46.0 3.30 

Note: Due to the use of different analysing methods, the constituents of the bellows exceed 100%. 


The materials were identified as follows, based on the chemical analysis and the specifications for the parts: 







Bar 

SA 193-B7 (AISI 4140) 

Nut 

SA 19-214 

Bellow 

Incoloy 800H 


The compositions were in compliance with the corresponding specifications. All the elements present on the fracture surface 
were identified by EDXA. Single-element identification allowed determination of the potential corrosion agent—in this case, 
chlorine and sulfur. 


Mechanical properties 

Tensile Properties. A turned tensile specimen was machined from a section of the rod that was unaffected by the gas 
impingement. Tests yielded the following results: yield strength, 771.5 MPa (111.9 ksi); ultimate tensile strength, 858.4 MPa 
(124.5 ksi); elongation, 22%; reduction of area, 64.3%. 

These values indicated a suitable strength level for the specified material (A1S1 4140) and eliminated the possibility of low 
tensile properties as a cause of failure. 

Conclusion and Recommendations 

Most probable cause 

The bellows failed by SCC caused by the presence of chlorine and sulfur. Stress-corrosion cracking allowed escaping hot 
gases to impinge on the threaded 4140 alloy steel tie rods. The insulation retained the heat, thus locally heating the tie rods to 
approximately 595 °C (1100 °F). 

Heating of the rods lowered their strength. In this weakened condition, permanent deformation could have occurred at 
relatively low loads. Although calculations show that the tie rods still should have had sufficient strength to withstand the 
forces involved, a worse-case scenario could have caused failure. With the misalignment of the tie rods allowing for only 
single loading and with the reduction in cross-sectional area, the occurrence of a significant stress concentration in 
combination with any sudden overload would cause failure. 

Remedial action 

How the contaminants entered the bellows is unknown; therefore, the insulating material should he analyzed. If chloride ions 
are found in amounts greater than 20 ppm, another insulation material containing lower levels should be used. Also, the tie 
rods should be positioned outside the insulation, where the full strength of the steel alloy can be utilized. 

Related Information 
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High-Temperature Failure by Perforation of Incoloy 800H Pigtails in Reformer 
Furnaces 

Sergio N. Monteiro, COPPE—Federal University of Rio de Janeiro 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 




Abstract: The curved parts of exit pigtails made of wrought Incoioy 800H tubing used in steam reforming furnaces failed by performance 
after a period of service shorter than that predicted by the designers. Examination of a set of tubes consisting of both curved 
(perforated) and straight parts revealed that the cracks initiated at the outer surface by a combined mechanism of creep and 
intergranular embrittlement. A smaller grain size resulting from cold bending fabrication procedures for the curved parts was responsible 
for accelerating the embrittlement. It was recommended that hot bending be used for fabrication of the curved parts. A change of alloy 
to a low-alloy chromium-molybdenum allay to protect against heat was also suggested. 

Keywords: Chemical processing equipment; Chemical reactors; Creep (materials); Pipe bends; Tubing 


Material: Incoioy 800H (Iron-base superalloy), UNS N08810 


Failure types: Intergranular fracture; Creep fracture/stress rupture 


Background 

The curved parts of exit pigtails made of wrought Incoioy 800H tubing used in steam reforming furnaces failed by perforation 
after a period of service shorter than that predicted by the designers. 

Applications 

Reformer furnaces are commonly used in petrochemical plants to produce hydrogen via a high-temperature reaction between 
steam and hydrocarbon gases in the presence of a catalyst. The reaction occurs inside heat-resistant, spun-cast tubes. These 
are high-chromium and nickel alloy tubes that are welded to the headers and pigtails that connect the inlet of reagents and the 
exit of products to the main transfer line. The design of the reformer furnace components takes into account the creep 
performance of the materials and is generally based on a finite service life of 10 years. 

One installation configuration is to have the exit pigtails made of wrought high-nickel alloy tubing that is intended to act as 
an isolation valve for each furnace tube. In such a setup, the pigtail is susceptible to all stress constraints occurring in the line. 
Consequently, the shape of the pigtail must be flexible, which is achieved with the curved design shown in Fig. 1. 



Fig. 1 Schematic of a pigtail connecting are former furnace tube to the main transfer line. 

Circumstances leading to failure 

After 7 years of operation at an average temperature of 850 °C (1560 °F) and an internal pressure of 2 MPa (13.8 ksi), the eidt 
pigtails began to show signs of perforation. Most of the pigtails had failed by perforation after 9 years, at which time the plant 
was unable to sustain operation and was shut down. 


Pertinent specifications 



The pigtails were fabricated from wrought Incoloy 800H tubing with cold bent curves welded to the straight sections. The 
tubing was 38 mm (1.5 in.) in diameter; the curved parts had an average thickness of 3.84 mm (0.15 in.), and the straight 
sections were 4.25 mm (0.17 in.) thick. The chemical specification of the U.S. fabricator corresponded to ASTM B 407. 

Performance of other parts in same or similar service 

Technical information from internationally known petrochemical industries based on their long-term experience with 
reformer furnaces indicates that problems in high-nickel alloy pigtails can he associated with cold-work procedures (Ref 1). 
For instance, the isolation specifications for the furnace tube require the pigtail to be nipped by mechanical deformation. 
Failure may then occur in materials such as Incoloy if the service temperature is within its embrittlement range. The technical 
literature does not specifically mention cold bending. 

Specimen selection 


A set of tubes consisting of both curved (perforated) and straight parts was sent for examination. Large samples were cut for 
low-magnification optical examinations (Fig. 2). Metallographic samples were taken from transverse slices (white marks in 
Fig. 2). Tensile specimens were machined from longitudinal cuts. 



Metallographic Sample 


Tensile Test Specimen 


(•> 


(b) 


Fig. 2 Metallographic sample (a) and tensile test specimen (b) from the pigtail tubing. 


Visual Examination of General Physical Features 




Visual and low-magnification optical examination of the samples revealed evidence of perforation only in the curved parts. 
No major distortion was detected that could be attributed to extensive creep deformation. The general appearance of the 
tubing surface was dark because of the carburization that normally occurs during the high-temperature operation. 

Testing Procedure and Results 

Nondestructive evaluation 

The reformer furnace line, including the pigtails, was routinely inspected by standard nondestructive techniques during 
service maintenance. Liquid penetrant was used on the samples received for examination. It showed that perforation in the 
curved parts was actually related to small cracks, with a short hairline appearance rather than a pitlike appearance. 

Metallography 

Microstructural Analysis. Metallographic analysis on transverse sections of the tubing followed two procedures, as 
described below. Examination of nonetched samples was used to detect voids and microcracks. After mounting and rough 
polishing, the final polishing was carefully undertaken down to 1 pm diamond paste. No alumina polishing was used, because 
experience has shown that it tends to accentuate the size of the voids. 

The nature of the nonetched transverse section of the curved part of the tubing is shown in Fig. 3. Numerous voids and cracks 
are typical features. Large cracks apparently started in the outer surface. In a few instances, they penetrated through the 
tubing wall, causing the perforation. In the straight part of the tubing, the nonetched microstructure (Fig. 4) also exhibited 
many voids, but no large cracks. A denser layer of voids near the outer surface can also be seen in Fig. 4. This dense layer 
was about 0.8 mm (0.03 in.) thick. 



Fig. 3 Polished, nonetched transverse section of the curved specimen of the pigtail tubing. 



Fig. 4 Polished, nonetched transverse section of the straight specimen of the pigtail tubing. 

Examination of etched samples was performed after chemical etching of the previously polished surfaces with 50 vol% HC1, 
16 vol% H 2 0 2 , and 34 vol% H 2 0. The etched microstructure of the curved sample is shown in Fig. 5, which illustrates the 
intergranular nature of the cracks. 

outer surface 
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Fig. 5 Etched microstructure of the transverse section of the curved specimen near the outer surface. 

In both the curved and straight specimens, grain size was not homogeneous. Near the outer surface, the grains were smaller, 
reaching sizes as small as ASTM 8. Grain size increased towards the center of the tubing wall, where it reached average 
values of ASTM 6 for curved specimens and ASTM 4 for straight specimens. Note that the recommended specifications for 
high-temperature use of Incoloy 800H requires ASTM 5 or coarser (Ref 2). The difference between the average grain size of 
the curved specimen compared with the straight specimen is probably a consequence of the cold bending followed by an in- 
service recrystallization caused by thermal conditions. 

Crack Origins/Paths. The cracks that caused the perforation in the curved specimens were apparently nucleated by the 
interconnection (Fig. 5) of grain-boundary creep voids. This occurred primarily in the denser outer layer (Fig. 3 and 5). 

Chemical analysis/identification 

Surface Layers. Both the outer and inner surfaces of the tubing exhibited carburized layers that penetrated through the 
large cracks. Auger analysis of these layers confirmed the high carbon content, as well as the presence of oxides. This is 
usually expected in reformer furnaces, because the predominant enviromnent is hot air and combustion gases outside the line 
and steam and hydrocarbon gases inside the line. 

Mechanical properties 

Tensile Properties. Tensile tests were performed on 6 mm (0.24 in.) gage diam and 17 mm (0.67 in.) gage length 
specimens taken from the curved and straight parts of the tubing. Figure 6 shows these tensile results at 850 °C (1560 °F) 
(average operation temperature), and Table 1 summarizes the mechanical properties from the graphs. The yield and ultimate 
strengths were comparable for curved and straight parts. However, ductility was significantly different for the two specimens. 
The straight specimen exhibited much greater uniform and total elongation. 



Fig. 6 Stress-strain curves at 850 °C (1560 °F) for the curved and straight tensile specimens. 




Table 1 Results of tensile testing 


Incoloy 800H pigtail specimen 

0.2% offset yield strength 

Ultimate tensile strength 

Uniform elongation, % 

Total elongation, % 


MPa 

ksi 

MPa 

ksi 



Curved 

62 

9 

98 

14.2 

4 

19 

Straight 

53 

7.7 

102 

14.8 

18 

67 


Discussion 

Metallographic examination (Fig. 3, 4, 5) indicated that the curved parts had suffered more severe deterioration than the 
straight parts of the pigtail tubing. This deterioration resulted from intergranular failure initiated preferentially at the outer 
surface, where cracks formed and penetrated the thickness, leading to complete perforation of the tubing. The mechanism of 
crack formation was associated with the interconnection of creep voids at the grain boundary. For existing operating 
conditions, it is well known that creep in high-nickel alloys, such as Incoloy, occurs by a diffusional process, resulting in 
lenticular (r type) voids at the grain boundary. 

The plastic deformation introduced by cold bending certainly enhanced void formation by creating more nucleation sites at 
the in-service recrystallized grain boundaries. Moreover, the differential stress condition to which the curved parts were 
subjected during operation could also have accentuated creep damage. 

These conditions caused the curved parts to be in a more advanced state of deterioration than the straight parts. In fact, the 
curved parts had already developed cracks large enough to pass through the wall thickness, causing perforation of the tubing. 
A few small cracks were al so found at the outer surface of the straight parts, where the smaller grain size, as in the curved 
parts, would also provide more voids (the denser surface layer in Fig. 4) to form cracks. Given sufficient time, the straight 
parts would certainly develop the same passing cracks and consequent perforation as the curved parts. 

The cracking conditions in the curved parts not only caused perforation, but also significantly reduced ductility (Fig. 6 and 
Table 1). Because the pigtail was susceptible to all the stress constraints of the furnace line, the curved part was a weak point 
where damage and final rupture concentrated. 

Conclusion and Recommendations 

Most probable cause 

The perforations detected only in the curved parts of the pigtails were caused by through-thickness intergranular cracking. 
The cracks initiated at the outer surface of the tubing by interconnection of grain-boundary creep voids due to in-service 
recrystallization following cold bending. This resulted in an increasingly embattled condition, which significantly reduced 
ductility compared with the straight parts of the pigtail. 

Remedial action 

Because the plant had some stock of unused tubing, the immediate solution was to change all the curved parts, which required 
hot bending. In addition, a 0.8 mm (0.03 in.) machine reduction of the outer layer was suggested on the straight parts before 
welding to the new curved parts. This reduction would be within the design tolerance for the tubing thickness (the straight 
parts were thicker), with the advantage of eliminating the layer containing a dense accumulation of creep voids that was 
responsible for the nucleation of cracks. This immediate solution would certainly last more than 1 year until the furnaces 
reached their 10 year service life and would be ready for revamping. For a future solution, following modem design concepts, 




it was recommended that the Incoloy 800Hor HI pigtails be changed to a low-alloy steel, such as 2.25Cr-lMo, protected by 
refractory lining and waterjackets. 

How failure could have been prevented 

Considering the temperature conditions (850 °C, or 1560 °F), a grain size control (ASTM 5 or coarser) should have been 
required. Moreover, cold working should not have been allowed on the tubing. Failure could also have been prevented by 
using another material, such as thermally protected low-alloy steel. 
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Cracking of Inconel 800H in a Steam Methane Reformer Furnace 

Scott R. Gertler, Ashland Chemical 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: During 5.7 years of service, dye penetrant inspection of Inconel 800H pigtail connections regularly showed cracks at weld toes. 
Weld repairs were not able to prevent reoccurrence but often aggravated the condition. Samples containing small, but detectable, 
reducer-to-pigtail cracks showed intergranular cracks originating at weld toes and filled with oxidation product, which precluded 
determination of the cracking mechanism. All weldments exhibited high degrees of secondary precipitates, with original fabrication welds 
exhibiting higher apparent levels than repair welds. SEM/EDS analysis showed base metal grain boundary precipitates to be primarily 
chromium carbides, but some titanium carbides were also observed. Failure was believed to result from the synergism of thermally 
driven tube distortion, which resulted in over-stress, and from the intergranular oxidation products and intergranular carbides which 
contributed to cracking. It was recommended that stresses be reduced and /or that materials and components be changed. Refinements 
in welding procedures and implementation of preweld/postweld heat treatments were recommended also. 

Keywords: Carbide precipitation; Distortion; Intergranular oxidation; Mechanical properties; Thermal stresses; Tubing; Weldments 


Material: Incoloy 800H (Iron-base superalloy), UNS N08810 


Failure type: Intergranular fracture 


Background 

Maintenance shutdown inspections regularly showed cracks in the welded outlet pigtail connections of a steam-methane 
reformer furnace. 


Applications 



The catalytic steam reforming process uses light to medium hydrocarbons in a certain ratio to steam in order to produce 
different synthesis gases (i.e. methanol, hydrogen, towngas, CO-CCT, oxoalcohols, or reduction gas). The heart of the steam 
reforming process is the primary reformer furnace. 

The design consists of two parallel cells, each fired on both side walls and containing two staggered rows of vertical tubes. In 
the radiant section, tube skin temperature of about 850 °C (1562 °F) is maintained by multi-sidewall radiant burners mounted 
in vertical tiers of horizontal rows. An induced draft fan in the exhaust stack breeching moves the combustion air. 

An endothermic catalytic reforming process runs in the catalyst-filling tubes. Gas (2.07 to 2.41 MPa at 450 to 550 °C, or 300- 
350 psig at 842 to 1022 °F) flows from an inlet manifold system in the top of the furnace through inlet pigtails at the tops of 
the reformer tubes. At the bottom, tubes are welded to an assembly consisting of a reducer joined to a pipe called the bottom 
pigtail. The bottom pigtails are welded to multiple collection headers, each of which “tees” to a main transfer line. The top 
tube ends are flanged for ease of catalyst addition and removal, and the inlet pigtails are accessible and easily pinched off in 
case of tube leaks. The exit pigtails are in a bottom trough shielded from heat radiation, and are inaccessible while the 
reformer is in service. The tubes are supported at the top by concrete counterweights 

Circumstances leading up to failure 

The components had seen about 50,000 h (5.7 years) of service at about 850 °C (1562 °F). 

Pertinent specifications 

Tubes were originally manufactured in accordance with fabricator specifications, which closely adhered to Sections IX and 
VIII of the ASME Boiler and Pressure Vessel Code. 

Performance of other parts in same or similar service 

Pigtail cracking is an industry-wide problem (Ref 1, 2). 

Specimen selection 

A specimen of tube-to-pigtail connection was cut from each of three tube assemblies removed due to unrelated stress rupture 
of the tubes. Two of the specimens appeared to have original, unaltered weldments. One had evidently been previously 
repaired. Two specimens had shown indications of cracking when inspected using dye penetrant. 

Visual Examination of General Physical Features 

A schematic of the tube/pigtail/header assembly is shown in Fig. 1. In addition to the subject cracking at the reducer-to-pigtail 
weld, cracking was also seen at the pigtail-to-weldolet and weldolet-to-header welds. Pigtails were often discovered to be 
deformed, as shown in Fig. 2. 




Fig. 1 Schematic of pigtail connection 
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Fig. 2 Close-up of actual pigtail showing deformation due to applied moment 

Testing Procedures and Results 

Nondestructive evaluation 

Dye Penetrant Testing. All system components were abrasively blasted with ground walnut shells prior to inspection 
and selection of specimens. The intent was to provide a clean test surface without inducing any deformation which might 
affect detectability. Solvent-based visible dye penetrant was utilized. 

Metallography 

Microstructual Analysis. In general, precipitates were observed in significantly varying distributions and morphologies. 
Both pipe and weld heat-affected zone (HAZ) microstructures showed extensive grain boundary precipitation, in addition to 
stringers and fine matrix precipitates (Fig. 3). Grain boundary carbide morphology was noted as both globular and “film- 
like”. Matrix precipitates were often seen as long carbide stringers, a result of the pipe forming process. 



Fig. 3 SEM photograph showing grain boundary and matrix precipitates 


The exteriors of all Inconel 800H pipe samples showed intergranular oxidation, presumably due to the depletion of protective 
chromium at grain boundaries (Fig. 4). Intergranular oxidation was noted to penetrate 0.38 to 1.27 mm (15 to 50 mils) from 
the surface. These could be translated to rates of 0.064 to 0.203 mm (2.5 to 8 mils) per year. These rates are consistent with 
those of 800HT exposed to a furnace environment (Ref 3). 



k 


* *\. * * 

Fig. 4 Photomicrograph showing intergranular oxidation, grain boundary precipitates, and matrix stringers. 63x 
Crack Origins/Paths. Samples containing small, but detectable reducer-to-pigtail cracks showed intergranular cracks 
originating at weld toes and filled with oxidation product. Determination of the cracking mechanism was precluded by the 
oxidation damage (Fig. 5 and 6). 




Fig. 5 Photomicrograph showing crack at toe of weld. Note voids along fusion zone and intergranular corrosion 
within base metal and weld metal. 15.75x 



Fig. 6 Photomicrograph showing close-up of crack at toe of weld. Note precipitates within weld metal. 63x 
Weldments. All weldments exhibited high degrees of secondary precipitates with original fabrication welds exhibiting 
higher apparent levels than repair welds. The original weld(s) exhibited relatively deeper penetration by intergranular 
corrosion. This difference was attributed to the orientation and morphology of the columnar weld grains, which in this case 
offered a path of lesser resistance. Root welds showed more equiaxed microstructures as compared to the primarily columnar 
microstructrue of cover passes. 

Chemical analysis/identification 

Material and Weld. The compositions of the three submitted pigtail samples met the specifications for Inconel 800H. 
Original tube-to-pigtail weld specified Inconel 82 for GTAW (TIG) root pass and Inco-Weld A electrode for SMAW cover 
passes. Considering iron dilution effects, it appeared the analyzed weldments met the specifications of these filler metals. 
SEM/EDS analysis showed base metal grain boundary precipitates to he primarily chromium carbides, but some titanium 
carbides were also observed. Most apparent stringer compounds were titanium carbides (and titanium cyanonitrides), but 




chromium carbides were also observed. SENVEDS analysis of an original weldment showed a secondary phase in the cover 
pass rich in nickel, niobium, and silicon. This phase varied in terms of the relative niobium content. Niobium is also an 
effective carbide stabilizer. 

Corrosion Deposits. Grain boundary oxidation products were identified through EDS as consisting mostly of chromium 
with smaller levels of aluminum, silicon, titanium, manganese, iron, and nickel. 

Discussion 

Metallurgical changes can occur as a result of high-temperature exposure. Such changes can strongly influence performance 
characteristics. Conditions such as intergranular oxidation and creep voiding are detrimental and irreversible. Oxidized grain 
boundaries are believed contributory to crack formation and growth and it has been suggested that carbides may participate in 
fatigue cracking processes (Ref 4). Carbides are necessary for high-temperature properties; however, in the improper form or 
morphology, their presence can be detrimental. Constitutional liquation, the separation of constituents out of a mixture due to 
the application of heat, occurs near the HAZ or partially melted regions, and can result in cracking. Brittle grain-boundary 
precipitates (chromium and titanium carbides) and oxidation products are known contributors to post-weld cracking of Fe-Ni- 
base superalloys. Such precipitates can be put back into solution through solution-anneal heat treatment. 

Conclusion and Recommendations 

Most probable cause 

The damage mechanism is assumed to be synergistic. Thermally-driven tube distortion is the biggest contributor, as it 
imposes cyclic, moment stresses which are highest at the subject connection. Welding and high-temperature operation result 
in: increased creep and intergranular oxidation rates; precipitation of brittle chromium and titanium crabides at grain 
boundaries; introduction of high residual stresses; changes in mechanical properties; and stress risers at weld defects and weld 
transitions. All of these factors contribute to accelerated deterioration and reduced repair weldability. 

How failure could have been prevented 

It was recommended that the moment stresses be reduced and/or materials and components be changed. Refinements in 
welding procedures and implementation of preweld/postweld heat treatments were also recommended. 
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Steam Superheater 800H Tube Failure 

Edward J. Franz, Ashland Chemical, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: An SB407 alloy 800H tube failed at a 100 deg bend shortly after startup of a new steam superheater. Three bends failed and one 
bend remote from the failure area was examined. Visual examination showed that the fracture started on the outside surface along the 
inside radius of the bend and propagated in a brittle, intergranular fashion. Chemical analysis revealed that lead contamination was a 
significant factor in the failure and phosphorus may have contributed. The localized nature of the cracks and minimum secondary 
cracking suggested a distinct, synergistic effect of applied tensile stress with the contamination. Stress analysis found that stress alone 
was not enough to cause failure; however the operating stresses in the 100 deg bends were higher than at most other locations in the 
superheater Reduced creep ductility may be another possible cause of failure. Remedial actions included reducing the tube temperature, 
replacing the Schedule 40 100 deg bends with Schedule 80 pipe, and solution annealing the pipe after bending. 

Keywords: Boiler tubes; Brittle fracture; Contaminants; Creep (materials); Ductility; Intergranular fracture; Lead (metal), Impurities; 
Mechanical properties; SB407 


Material: Incoloy 800H (Iron-base superalloy), UNS N08810 


Failure types: Intergranular fracture; Creep fracture/stress rupture 


Background 

A replacement steam superheater failed shortly after start-up. 

Applications 

The replacement was the same design as the original with minor changes. The tube spacer design was changed, flange 
connections were added to the header ends, and two tube rows were changed to SB 407 alloy 800H from alloy 800. The 
superheater (Fig. 1) includes inlet and outlet headers at the top, with tubes suspended from these headers. The assembly is one 
of several exchangers suspended in an exhaust flue downstream of a methanol reformer. The internal coil design pressure is 
8.96 MPa (1300 psig) at 649 °C (1200 °F) and flue temperatures are about 988 °C (1810 °F). 




insulation 


Fig. 1 Elevation side view of the steam superheater with an arrow pointing to the location of tube failures 

Circumstances leading to failure 


The superheater operated for twenty-seven days when a tube failed, completely separating at a 100° bend near the outlet 
header. Operating personnel suspected a tube leak for five days before complete tube separation forced a shutdown. The 
failed bend was replaced and the unit returned to service. Operation continued for another twenty-seven days when a second 









tube failed. This bend was also replaced and the unit returned to service again. After fifteen days, a third leak developed. 
Operations shut down the unit before total tube failure. This failed tube bend was the replacement bend from the first failure. 
The three failures were located near the header ends and in the first tube row where the flue gases are hottest. 

Pertinent specifications 

The first two rows of tubes on the upstream side of the flue duct were bare 38.1-mm (1.5-in.) diameter Schedule 40 SB 407 
alloy 800H pipe. The remaining rows of downstream tubes are of a lower alloy. The superheater was built to ASME Section 1 
specifications. All the bends were cold bent without post-bend heat treatment. The ASME Code does not require post-bend 
heat treatment. 

Performance of the previous superheater 

The previous superheater operated for 100,000 hours. The records show a failure in the alloy 800 at the top near an end. It is 
unknown if the failure was in a 100° bend. Leaks did occur on occasion at the connections to the header. After 80,000 hours 
of service, analysis showed a stress-rupture failure in alloy 800 near the bottom in a straight pipe section. The tubes exhibited 
distortion with scale and deposits on the exterior surfaces. Operations reported lower flue gas temperatures for this unit 
compared to the replacement unit. 

Selection of specimens 

Four tube bends, including the three bends that failed and one bend remote from the failure area, were selected for 
examination. Also, deposits from upstream areas of the reformer system and from surfaces of the superheater were collected. 

Visual Examination of General Physical Features 

All three failed tubes exhibited primary through-the-wall cracks starting on the inside radius of the bends (Fig. 2). Minimal 
secondary cracks, no tube wall thinning, and no deposits on the tube interior were observed. 
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Fig. 2 S ide view of the second tube failure in both photos is similar to the other two failures. The arrow points to 
the crack initiation site. 

Testing Procedures and Results 

Non-destructive evaluation 

Radiography of the first failed bend- revealed only the visible primary crack. Radiography of the unfailed bend showed no 
defects. 

Liquid Penetrant Examination of the other 100° bends in the first row showed no defects. 


Ultrasonic Examination. Thickness measured by ultrasonics at the outside radius of the 100° bends was 3.3 to 3.9 mm 
(0.13 to 0.15 in.). The nominal thickness for Schedule 40 pipe is 3.7 mm (0.146 in.) before bending. 

Surface examination 

Visual. All three failures showed a single crack located in the 100° bend. Examination showed no tube bulges, no 
deformation, and no wall thinning. Marks on the interior from the bending operation were observed; however, from later 
observations and analysis, these marks probably did not contribute to the failures. The third tube failed like the earlier two 
failures (Fig. 3). A vendor formed the third bend by the sand method which did not impart internal forming marks. The 
comparative bend also had internal forming marks. Using this unfailed bend, investigators stressed it to failure at room 
temperature (Ref 1). The fracture mode was ductile. 



Fig. 3 Side view of the third tube failure showing that the fracture started on the inside of the bend 
Macrofractography. Analysis located the fracture origin on the inside radius of the bend (Fig. 4). The fracture 
propagated in a brittle, intergranular fashion. It started on the inside radius and then moved along the side of the tube until the 
tube separated in a ductile manner on the outside radius. 


Fig. 4 Plan view of the second tube failure illustrating a brittle fracture 

Scanning Electron Microscopy. The fracture surface (Fig. 5) shows an intergranular fracture mode with corrosion 
product. 
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Fig. 5 SEM fractographs of the inside radius of the bend, (a) A distinct intergranular fracture surface for the entire 
tube thickness at the inside radius of the bend, (b) The oxide-type corrosion product masking the intergranular 
facets of the fracture. 

Metallography 

Microstructural Analysis. At the fracture origin, the intergranular fracture (Fig. 6) revealed minimal branching. In 
addition, a uniform oxide measuring 0.0038 to 0.0076 mm (0.15 to 0.30 mils) thick was present along the fracture. The third 
tube failure had a secondary intergranular crack about 12.8 mm (0.5 in.) from the primary fracture, which started at the inner 
radius and on the outside surface. This secondary crack penetrated the tube wall 23%, and like the primary crack, exhibited 
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Fig. 6 An as-polished section across the primary fracture through the second tube failure. 250x. (a) The inside 
diameter, (b) The outside diameter (fracture origin). A uniform oxide type corrosion product is visible along the 
fractures urface 





Fig. 7 The secondary crack through the third superheater tube failure. Note the distinct intergranular nature of the 
crack with development of an oxide type corrosion product along the grain boundaries. 400x 

The grain size of ASTM 4 to 5 met the specification. 

Chemical analysis/identification 

Material. Base-metal analysis showed that the chemistry conformed to SB 407 (UNS NO8810). Table 1 lists the analysis. 
Investigators used a plasma emission spectrometer and a carbon/sulfur combustion-type analyzer (Ref 1). The chemistry for 
the third failure, although not reported here, also conformed to specification. This failed bend replaced the first failure. This 
replacement bend was from a different lot of material. The supplier material test certification was used to report the chemistry 
for the Schedule 80 replacement bends. 


Table 1 Chemical composition (wt%) for the 100° bends 


Element 

First failure 

Second failure 

Final Schedule 

SB 407 (UNS NO8810) 





80 Replacement 

specification 

C 0.079 0.082 0.08 0.05 to 0.10 

S 

0.004 

0.003 

<0.001 

0.015 

Ni 

31.3 

30.0 

31.18 

30 to 35 

Cr 

20.4 

19.7 

19.58 

19 to 23 

Mn 

0.88 

0.95 

0.92 

1.5 max 

Si 

0.17 

0.085 

0.21 

1.0 max 

Cu 

0.4 

0.47 

0.50 

0.75 max 


A1 


0.43 


0.42 


0.49 


0.15 to 0.60 



Coatings and Surface Layer. Unlike the first and second tube failure, operations shut down the unit as soon as they 
suspected a third failure. A yellow-green to beige deposit covered the upper area of the superheater. This area is recessed out 
of the main flue and appears to act as a dead flow area. The deposit was not apparent in the first and second tube failures. 
Most deposits in the first and second failure may have been washed away by escaping steam. X-ray fluorescence spectra of 
the dust from the tube surface, showed lead, silicon, aluminum, and calcium as the predominant contaminants, with lesser 
concentrations of iron, chromium, nickel, copper, and titanium. 

Corrosion Deposits. The fracture surface was enriched in iron (Ref 1). Sporadic areas of iron-nickel and chromium-iron 
occurred throughout the fracture. Detailed chemical analysis of the second and third fracture surface using SEM/EDS and 
XRF revealed the elemental contaminants lead, phosphorus, chlorine, aluminum, silicon, and calcium. The corrosion product 
in the secondary crack of the third tube failure contained a band of metal between the oxide-appearing material. Lead was 
identified in this secondary crack. Escaping steam did not blow across this crack. Chemical analysis of the gray-colored oxide 
revealed chromium enrichment compared to the iron and nickel relative to the base-metal composition. The band of metallic 
material between the gray-colored oxide contained high concentration of iron and nickel and low chromium as compared to 
the base metal of the tube. Grain boundary precipitates, i.e. carbides, were distinguished through the tube next to the fracture. 
Chemical analysis of the initial tube fracture surface was checked for lead. This fracture had steam blowing over it for an 
extended time, which probably washed away some evidence. X-ray spectra from two different locations of the fracture at the 
inside radius of the bend provided poorly defined lead peaks, indicating a lead concentration of 5 to 10 ppm. 

During a planned shutdown three months after the third tube failure, deposits were gathered from several locations upstream 
of the superheater. From these samples, the source of lead was identified as a large bank of air preheat coils. The plant 
preheats incoming burner combustion air to the reformer. The coils, installed ten years earlier, now exhibit severe corrosion 
on the fins. Analysis of the fin surface showed a coating of 100% lead. A cheek of the vendor drawing revealed a notation 
that the fin material was lead-coated steel. 

Mechanical properties 

Hardness. The maximum hardness in the bend measured 27 HRC. Away from the bend, hardness measured 85 HRB. The 
comparative unfailed tube showed similar hardness. Hardness of the Schedule 80 replacement bends after their post-bend heat 
treatment was similar to the base metal before bending. 

Stress analysis 

Analytical. A finite element model of a single tube row was developed to evaluate the structural and thermal stresses. The 
analysis included the effects of dead weight, temperature, pressure, aerodynamic drag, and maldistribution of steam flow. 
Since the steam flow enters the header in the middle, it is conceivable that the end tubes receive less flow and the center tubes 
more flow. The failures occurred near the ends of the header. The calculated stresses did not exceed ASME Code values. 




Conclusion and Recommendations 


Most probable cause 

The tubes failed by a brittle intergranular cracking mechanism. Lead contamination was a significant factor and phosphorus 
may have contributed. Suppliers report that the high-nickel alloys are prone to embrittlement by lead and phosphorus, among 
other contaminants (Ref 2). The highly localized nature of the cracks and minimal secondary cracking suggests a distinct 
synergistic effect of applied tensile stress with the contamination. Because the cracking mechanism is not present in all tubes, 
the applied stress on selected tubes is a controlling factor. The stress analysis found that stress by itself was not enough to 
cause failure. However, the operating stresses in the 100° bends are higher than at most other locations in the superheater. 
Reduced creep ductility is another possible cause of failure. Others report that precipitates at the grain boundaries can cause 
the reduction (Ref 3). Carbon content, manufacturing procedures such as cold forming, and the heat treatment influence the 
formation and location of precipitates. Also, stress enhances precipitation. For these failed bends, the evidence shows 
parameters that favor a reduction of creep ductility. 

Remedial action 

After the third tube failure, the 100° bends were wrapped in insulation. Insulating a small part of the total exchanger did not 
measurably affect the overall heat transfer. The localized insulation reduced the tube temperature at the bend and may have 
served as a barrier to contaminants. No failures occurred from December 9, 1990 through the planned shutdown on March 10, 
1991. During the planned shutdown, the 100° bends were replaced with new 800H Schedule 80 pipe. After cold bending, they 
were solution annealed. The bends were reinsulated. No tubes have failed since start-up in April 1991. 

How failure could have been prevented 

Several actions could have been taken to improve reliability. These include a reduction in stress, a more favorable 
microstructure, a lower operating temperature, and eliminating or providing a barrier to contaminants. Heat treatment after 
cold bending can reduce residual stresses and provide a more favorable microstructure. A thicker pipe wall reduces stresses 
from external loads. 
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Abstract: An Incoloy 800H (UNS N08810) transfer line on the outlet of an ethane-cracking furnace failed during decoking of the furnace 
tubes after 9 years in service. A metallographic examination using optical and scanning electron microscopy (SEM) as well as energy 
dispersive X-ray spectroscopy (EDS) revealed that the failure was due to sulfidation. The source of the sulfur in the furnace effluent was 
either dimethyl disulfide (DMDS), injected into the furnace feed to prevent coke formation and carburization of the furnace tubes, or 
contamination of the feed with sulfur bearing oil. 

Keywords: Energy dispersive spectroscopy; Oxide scales; Thermodynamics 


Material: Incoloy 800H (Iron-base superalioy), UNS N08800 


Failure type: High-temperature corrosion and oxidation 


Introduction 

After 9 years in service the transfer line of an ethane-cracking furnace developed a leak during decoking of the furnace tubes. 
The purpose of the furnace is to heat saturate hydrocarbons such as ethane (C 2 H 6 ), propane (C 3 H 8 ), and butane (C4H12) to the 
point where they crack and recombine to form predominantly unsaturated ethylene (C 2 H 4 ). Dimethyl disulfide (CH 3 -S 2 -CH 3 ) 
and dilution steam are added to the feed in order to reduce coke formation on the internal surfaces of the furnace tubes and 
thus increase the run length of the furnace between decoking operations. Coke formation is detrimental to the operation of the 
furnace since it hampers the heat transfer from the furnace gases to the product stream and could result in hotspots on the 
tubes. Decoking of this furnace was carried out approximately every 10 weeks. During the decoking cycle the hydrocarbon 
feed to the furnace is interrupted and air and steam are passed through the furnace to oxidize the coke and “bum it off.” 

The transfer line that failed is located between the outlet of the furnace coils and the transfer line exchanger. The purpose of 
the transfer line exchanger is to quench the gas to a cooler temperature and prevent the product stream from cracking all the 
way to methane or even coke and hydrogen. During normal operation the transfer line operates at 845 °C, but during 
decoking this temperature can increase to 870 °C. 

Metallurgical Examination 

An examination of the failed section of transfer line revealed severe, highly localized metal loss on the inside surface. The 
edges of the damaged areas were almost perpendicular and, in some cases, undercut (Fig. 1). No obvious scale was present on 
the inside surface of the line. Spectrographic analysis and mechanical tests confirmed that the line conformed to the 
requirements for UNS N08810 (Table 1). 



Fig. 1 The edges of the damaged areas of the failed section of the transfer line were vertical and, in some cases, 
undercut. 


Table 1 Requirements for Chemical Composition of UNS N08810 and Results Obtained for the Transfer 
Line 


Element 

N08810 

Transfer line 

Nickel 

30.0-35.0 

31.2 

Chromium 

19.0-23.0 

19.6 

Iron 

39.5 min 

46.7 

Carbon 

0.05-0.10 

0.099 

Aluminum 

0.15-0.60 

0.68 

Titanium 

0.15-0.60 

0.32 


Several cross sections of the damaged area as well as an unaffected area were examined metallographically using an optical 
microscope as well as a scanning electron microscope. The backscattered electron detector was used for all SEM as 
differences in chemical composition are accentuated by this method of detection. 

Cross sections of the damaged region as well as the undamaged region of the line were examined. The undamaged section 


was covered with a discontinuous scale 50 to 100 pm thick. Beneath this surface layer intergranular penetration of scale up to 
a depth of 750 pm (Fig. 2) had occurred. 
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Fig. 2 Unaffected surface covered by a discontinuous scale with intergranular penetration of scale to a depth of 
500 pm 

X-ray mapping revealed that the surface scale was composed mainly of chromium oxide with islands of iron/nickel sulfide 
and chromium sulfide. 

At the interface between the scale and the base metal chromium sulfide predominated (Fig. 3). The intergranular scale 
consisted mainly of chromium sulfide with some chromium oxide (Fig. 4). 





Fig. 3 X-ray mapping revealed that the surface scale on the "unaffected" surface was composed mainly of 
chromium oxide, but that chromium sulfide predominated at the scale/metal interface. 



Fig. 4 The intergranular scale consisted mainly of chromium sulfide with some chromium oxide. 

The grain boundaries of the unaffected base metal were enriched in chromium (Fig. 5) indicating a sensitized microstructure 
due to the presence of chromium carbide at the grain boundaries. 



Fig. 5 The matrix was sensitized as evidenced by the presence of continuous network of chromium carbide at the 
grain boundaries. 
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The surface of the metal at the base of the area where severe metal loss occurred was covered in a continuous scale 150 to 
175 fim thick (Fig. 6). X-ray mapping revealed that this scale was composed mainly of chromium oxide. Beneath the scale 
intergranular penetration had occurred to a depth of 200 pm, less than half the depth of penetration in the unaffected areas. 


Fig. 7 X-ray mapping of the interface between the scale and the base metal of the damaged area revealed that 
the surface scale was composed mainly of chromium oxide, and the intergranular scale consisted mainly of 
chromium sulfide with some chromium oxide. 
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Fig. 6 The scale at the base of the damaged area was continuous, but the depth of intergranular penetration was 
less than in uncorroded areas (Fig. 2). 

Similar to the unaffected areas the intergranular scale was composed mainly of chromium sulfide with some chromium oxide 
(Fig. 7). _ _ _ 






Table 2 Mechanical Property Requirements of UNS 08810 and Results Obtained for the Transfer Line 


Element 

N08810 

Transfer line 

UTS(MPa) 

536 

580 

YS(MPa) 

150 

180 


Discussion 

The corrosion that has occurred on this transfer line bears all the characteristics of high-temperature sulfidation. It is known 
that alloys can undergo rapid attack when exposed to environments containing mixtures of C0-C0 2 -H 2 -H 2 0 and H 2 S. The 
rate of sulfidation is influenced by such variables as the alloy composition, exposure time, partial pressures of H 2 and H 2 S, 
and temperature. Concentrations of H 2 S as low as 1 ppm have been known to cause sulfidation. 1 The effluent stream from 
the furnace is not expected to contain CO or C0 2 . Instead, it will contain a mixture of hydrocarbons (CH 4 , C 2 H 4 , and C 3 H 6 ), 
steam (H 2 0), H 2 , and H 2 S. The latter would originate from the thermal cracking of DMDS in the furnace. The puipose of the 
H 2 S is to retard carbon transfer to the tubes and coke buildup on the tube surfaces. Sulfur tends to adsorb or segregate at 
surfaces or interfaces, and in this instance, the absorption of sulfur on the tube surfaces is established by the equilibrium: 


H 2 S = H + S ads 


Although injecting sulfur compounds such as H 2 S into the process stream (typical concentrations are 50 to 100 ppm) is an 
effective means of preventing or retarding carburization of furnace tubes and coke formation, excessive levels of sulfur 
compounds can lead to sulfidation attack, which can be far worse than carburization. 2 

Thermodynamic Considerations for Sulfidation 

Most high-temperature alloys rely on chromium and/or aluminum to form a protective layer of chromium or aluminum oxide 
(Cr 2 0 3 or A1 2 0 3 ) scale to resist oxidation and other forms of high-temperature corrosion. These oxide scales are slow 
growing. When an alloy is under sulfidation attack, sulfides of chromium, iron, and nickel are likely to form. The growth 
rates of these sulfide scales are orders of magnitude larger than those of oxide scales, leading to unacceptable corrosion rates. 
Only the exclusion of sulfur (by the oxide scales) provides a condition for satisfactory service lives for components exposed 
to environments containing mixed oxidants, sulfur plus oxygen, or sulfur plus carbon plus oxygen. 3 

Destructive sulfidation attack occurs mainly at sites where the protective oxide has broken down. Once it has entered the 
alloy, the sulfur ties up the oxide forming elements, chromium and aluminum, as sulfides. This redistribution of the oxide 
forming elements near the alloy surface interferes with the process of formation of the protective scale. If sufficient sulfur 
enters the alloy and all immediately available chromium or aluminum is converted to sulfides, then the less stable sulfides of 
the base metal may form. 6 

Under favorable conditions, sulfur can transport across continuous protective scales of A1 2 0 3 and Cr 2 0 3 , with the result that 
discrete sulfide precipitates can form immediately beneath the scales on alloys that are behaving in a protected manner. As 
long as the amount of sulfur present is small, there is little danger of accelerated attack. However, once sulfides have formed 
in the alloy, there is a tendency for the sulfide phases to be preferentially oxidized by the encroaching reaction front and for 
the sulfur to be displaced inward, forming new sulfides deeper in the alloy, often in grain boundaries or at sites of other 
chromium or aluminum-rich phases such as carbides. 6 The basic mode of attack is accelerated oxidation, but the cause is 
internal carburization and sulfidation that deplete the chromium needed to maintain a chromium oxide scale. Once started, the 
process is self-maintaining and attack by oxidation accelerates rapidly. 

A free energy diagram such as the one in Fig. 8 (also known as an Ellingham diagram ) can be used to determine whether an 
environment has a sulfur potential high enough to form sulfides. Reference to Figure 8 shows that the sulfide of chromium is 
more stable than those of iron or nickel. From this diagram it is possible to derive the H 2 S/H 2 ratios or sulfur partial pressures 
(P S2 ) required to form the various metal sulfides at the operating temperature of 845 °C. These values are reported in Table 3. 




Thus, chromi 
sulfide. 












Table 3 Ratios of H 2 S/H 2 and/or Sulfur Partial Pressures Required to Form Various Metal Sulfides at 
845 °C 



Most industrial sulfidizing environments exhibit both sulfur and oxygen activities. The environment can therefore be better 
characterized in terms of both P S 2 and P 0 2 - Figures 9 show the stability diagrams for the various compounds formed by iron, 
chromium, and nickel in contact with atmospheres bearing both sulfur and oxygen at 870 °C. These diagrams show which 
condensed phases will be in equilibrium at the gas-metal interface as a function of P S 2 and P 0 2 - 3 Figure 9 shows the three 
diagrams superimposed upon each other. These diagrams are for pure metals, not alloys. Nevertheless, they give a good idea 
of the conditions required for a metal to form a specific compound. 











Fig. 9 Stability diagrams for oxides and sulfides of iron, nickel, and chromium as a function of oxygen and sulfur 
partial pressures. Source: Ref 3 

These diagrams specify the stable phases in contact with the gas mixture. In practice, at the metal-scale interface, the activity 
of the predominant non-metal component forming the scale may be so reduced that a compound product for the second 
oxidant can be stabilized. Thus, the formation of a protective Cr 2 0 3 scale does not necessarily prevent the formation of CrS 
beneath the oxide scale as discussed previously. Sulfur penetrates the scale by: 

• Doping the lattice 

• Grain boundary diffusion 

• Penetration of sulfur containing gases through flaws or fissures in the protective scale 

Based on the preceding discussions and the observations made during the SEM examination, 
line must have operated in the region indicated by crosshatched area in Fig. 9. 

Operation in this area this would explain the presence of both chromium oxide and sulfide 
sulfide in the cross sections examined during the investigation. The sulfur partial pressures 
enough to favor the formation of NiS. 

Proposed Failure Sequence 

1. It is assumed that the intended layer of chromium oxide scale was formed on the surface of the transfer line during 
preconditioning of the furnace prior to start-up. During this phase, steam and DMDS were passed through the furnace. It is likely 
that this scale also contained some chromium sulfide. 

2. During subsequent operation of the furnace, carburizing conditions prevailed in the transfer line, and carburization of the surface 
of the line occurred. This resulted in a continuous intergranular network of chromium carbides several microns deep. 

3. Deposition of sulfur on the surface of the scale resulted in penetration of sulfur into the scale. 

4. At the scale-metal interface, the activity of sulfur exceeded that of both carbon and oxygen and the grain boundary chromium 
carbide network was converted to chromium sulfide. 

5. As the depth of sulfur penetration increased, individual grains became dislodged from the surface. In the process the scale in this 
localized area would also become dislodged, thus exposing fresh metal so that the cycle could be repeated. 

Suitability of Incoloy 800H as a Material for the Transfer Line 

It would not be economical to change the material of construction of the transfer line, as this would affect 10 furnaces having 
a total of 20 transfer lines. Besides, this alloy has a long history of being used successfully in this application worldwide. 
During the 1960s, numerous failures of HK, HT, and HU cast headers and transfer lines were experienced. This was mainly 
due to lack of ductility of the cast alloys with an accompanying lack of resistance to thermal shock. Wrought Incoloy 800H, 
while not as strong as the cast alloys, possessed greater ductility and thermal shock resistance and became the alloy of choice 
for furnace outlet connections, transfer lines, and headers. It is widely used for these components in ethylene plants 
throughout the world. 4 While materials that are more resistant to sulfidation are available, it would not be practical to replace 
all the transfer lines on all the furnaces of the unit based on a single failure of this kind. Likewise, although diffusion coatings 
rich in aluminum are available, it is also not considered practical to coat all the transfer lines in response to a single incident. 
These coatings could not be applied in situ so this would obviously be an expensive exercise. 

Recommendations 

The most practical course of action would be to: 

1. Closely monitor H 2 S concentration in the furnace effluent stream and control DMDS injection into the feed accordingly. 

2. Monitor the thickness of all transfer lines during scheduled turnarounds to reduce the likelihood of unscheduled failures. 
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Abstract: During a planned shut-down in 1990 it appeared that the bottom manifold parts made of wrought Incoloy 800H had undergone 
diametrical expansion of up to 2% due to creep. Further, cracking at the outer diameter was found. It was decided to replace these 
parts. Microscopical investigations showed that the cracking could not be caused by creep. It was found that the cracking was confined 
to a 4 mm deep coarse-grained zone (ASTM 0-1) at the outer diameter. The cracking appeared to be caused by strain-induced 
intergranular oxidation. When the cracks reached the fine-grained material the oxidation-cracks stopped, so that these cracks are -in 
fact- do not limit the residual life of the manifold. To determine the residual creep life of the sound (non-cracked) bottom manifold 
material iso-stress creep tests were performed. It was found that tertiary creep started at 7% strain. The time-to-rupture was > 100000 
h. The 7%-criterion will be used as end-of-life criterion. It was concluded that the bottom manifold (and thus the furnace) could be used 
safely during the foreseen production period (2.5 years). 

Keywords: Ammonia; Chemical processing equipment; Manifolds; Oxidation; Steam reformers 


Material: Incoloy 800H (Iron-base superalloy), UNS N08810 


Failure type: Creep fracture/stress rupture 


Introduction 

DSM Fertilizers operates several production units in The Netherlands. One of these units is a 1000 short ton/day ammonia 
plant designed by M.W.Kellogg and is situated in IJmuiden (NL). 

Synthesis gas for ammonia manufacture is made in a top-fired furnace by reforming a steam/methane gas mixture over a 
nickel catalyst. The pre-heated gas mixture enters spun cast catalyst tubes (typically made of HK40 or HP40+Nb) and flows 
down through each tube and is collected in a bottom manifold. The partially reformed gases contain hydrogen, carbon 
monoxide, carbon dioxide, methane and steam. Then the gases flow towards the riser (typically made of HP40+Nb or 
Supertherm), and from there into a transfer line and on to the secondary reformer. Such a primary reformer is top-fired and 
contains 7 or 8 rows of 42 catalyst tubes each. A sketch of the furnace arrangement is shown in figure 1. Each catalyst tube 
and riser is joined to the manifold tubing with forged “weldolets”. The manifold under discussion is made of Incoloy 800H; 
the metal temperature is about 800 °C (1475°F) at an internal gas pressure of 3.1 MPa (450 psi). 



The plant was taken into operation in 1969. In 1976 the bottom manifold showed severe bulging (up to 20% diametrical 
expansion) and creep damage. The cause of the damage was the fine grain-size (ASTM 6-7) of the Incoloy 800 Grade II used 
at the time. The manifolds were replaced in Incoloy 800H and taken into operation in 1977 1. From then on the manifolds 
were regularly inspected. 

During a scheduled shut-down in 1987 a diametrical expansion of 1.1% was measured at one location. This could not be 
explained by the creep rate data. It was concluded that external stresses such as bending of the manifold caused this 
accelerated diametrical expansion. But finite element calculations 2 showed that external stresses could not occur if the spring 
hangers of the furnace were properly adjusted. Since this was the case, external stresses had to be ruled out. 

During a planned shut-down in 1990 it appeared that the bottom manifold had undergone diametrical expansion of up to 2% 
due to creep. This expansion was uniform in diameter (no bulging), but locally extended over the full length of the manifold. 
Further, cracking at the outer diameter was found in axial direction at locations with a diametrical expansion of higher than 
1%. Microstructural investigations using the replica technique indicated that creep was responsible for the cracking. It was 
decided to replace the parts with a diametrical expansion of more than 1%. After that, the reformer was taken into operation. 
The bottom manifold parts that were taken out because of the cracking were used for extensive investigations on the 
following points : 

• - cause of the cracks in the manifold and weldolets, 

• - growth-rate of these cracks, 

• - maximum allowable deformation of aged Incoloy 800H, 

• - time to maximum allowable deformation. 


Results of the Investigations 

Material Quality 


The results of the chemical analysis of the material from the bottom manifold (see table 1) showed that it meets the 
requirements of Incoloy 800H. The hardness was 135 HV, indicating that no y'-fase had formed. The grain size in the bulk of 
the material was ASTM 4. However, in a zone of about 4.0 mm depth from the outside diameter a grain size of ASTM 0-1 
was found. Thus, it was concluded that the material meets the requirements of Incoloy 800H. 



Fig. 1 Schematic of primary reformer arrangement. 



Table 1 Chemical analysis of Incoloy 800H bottom manifold (in weight-%). 


A. 

requirements 

— B. certificate — 

C. analysis 

i 9 




nr. 

C 

Ni 

Cr 

A1 

Ti 

Mn 

Si 

Cu 

n 

0.05-0.1 

30-35 

19-23 

0.15-0.6 

0.15-0.6 

<1.5 

<1.0 

<0.75 

B 

0.07 

31.9 

20.0 

0.40 

0.40 

0.93 

0.12 

0.69 

C 

0.062 

31.8 

20.1 

0.41 

0.35 

0.93 

0.15 

0.70 


Dimension Measurements 

The following dimensions were measured: the outside diameter (OD), the circumference, and the wall thickness; see figure 2. 
These dimensions were taken every 50 mm (2") along the length of the removed parts. 



Fig. 2 Sketch of the dimension measurements made. 

outer diameter: in 4 directions 

- wall thickness: in 4 direction 

- circumference 

The diameter measurements showed that the OD varied along the length of the manifold. The maximum diamtrical expansion 
measured was 2.1% at manifold F and 1.8% at manifold G. 

From comparison of the measurements of the outside diameter and the wall thickness with the circumference, it was 
concluded that the diametrical expansion of the tube was uniform in circumference. 

The wall thickness varied along the circumference; but it was always above the minimum required wall thickness of 20.3 mm 
( 0 . 8 "). 

Liquid Penetrant Testing 

(dye-check) The cracks observed in the manifold were oriented in axial direction at locations with a diameter expansion of 
more than 1%. The length of these cracks was about 5-25 mm (0.2-1.0”); the cracks were not linked to each other. 


Microscopic Investigations 







On the basis of the dimension measurements about 20 rings were taken out and prepared -as complete rings- for microscopic 
investigations. It was found that the crack depth was almost uniform (about 4.0 mm from the outside diameter) and that the 
cracks were confined to the coarse-grained zone (ASTM 0-1); see photograph 3. Penetration into the fine-grained zone 
(ASTM 4) was not observed. The difference between the coarse- and fine-grained zones is quite remarkable; see photograph 
4. The cracks were oxidized and nitride formation had occurred along the sides of the cracks; see photograph 5. The oxide 
thickness along the crack diminished towards the crack tip. Nitride formation takes place as oxygen depletion in the crack 
occurs. Creep voids in the close vicinity of the crack and the crack tip were not observed. 
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Fig. 4 Difference in grain size of the coarse- and fine-grained zones. Magnification = 50 x 





Fig. 5 Oxidation and nitride formation along the crack sides and the crack tip. Magnification = 100 x 



Accelerated Creep Testing 


The iso-stress method is used for the accelerated creep testing. Samples from the manifold were taken in tangential direction, 
i.e. parallel to the hoop stress. This was done to create a test situation as close as possible to the real situation. The material 
taken from the manifold had undergone a diametrical expansion of 1.75% during service. A stress of 12 MPa was chosen, 
which is 20% higher than the hoop stress. Temperatures of 900 to 1015°C were used during the accelerated creep testing. 

The test results 3 are given in figure 6. From extrapolation to the service temperature of 800 °C (solid line) it can be 
concluded that creep rupture occurs after more than 300,000 hrs. 



Fig. 6 Results of the accelerated creep testing. The itme to rupture and the time to 5% additional strain is plotted 
as a funciton of temperature. 

In the tests it was observed that tertiary creep starts at 5% elongation. Because the material had already undergone about 2% 
elongation during service, tertiary creep started at about 7% total elongation. The time to reach the additional 5% elongation 
(thus tertiary creep) can be estimated by extrapolation of the test results to the service temperature (solid line): 20,000 hrs. 
This is low compared to the time-to-rupture. Furthermore, it is observed that the line for the time to reach 5% is not parallel to 
the line for rupture. Normally, it is observed that these lines run parallel to each other. If a “parallel extrapolation” is made 
(dashed line), then the time to reach 5% elongation is 60,000 hrs. It was concluded that the time to reach tertiary creep is 
between 20,000 and 60,000 hrs. In our view, this will be on the conservative side because of the upperbound stress value 
chosen. 

The secondary creep rate at the service temperature can be obtained by extrapolation from the iso-stress testing results at 
higher temperatures; see figure 7. At 800°C a creep rate of 2.5 • 10 4 %/hr or 6.9 • 10 10 1/s is obtained. 











temperature (°C) 


Fig. 7 Results of the accelerated creep testing. The secondary strain rate is plotted as a function of temperature. 

Discussions on the Cause of the Cracks 

Coarse-Grained Zone 

The replaced parts of the manifold were made of materials from one heat number. The same heat number was available on 
stock, and was used for the replacement. From microscopic examinations it was observed that the same coarse-grained zone 
(without cracks) existed in the manifold which had been on stock for 13 years. Therefore, it must be concluded that the 
existence of the coarse-grained zone is due to the manufacturing method of the manifold (hot extrusion). 

Replica Technique 

The orientation of the oxidation cracks is in axial direction (thus similar to creep cracks). Using the replica technique in situ, 
the cracks were thought to be creep cracks. This confirms that information on the metal surface only is not sufficient to draw 
firm conclusions; information on the bulk metal is needed. This was obtained by taking boat samples. 




Cracks in the Manifold 


From the microscopic investigations it was concluded that the cracking in the coarse-grained zone was caused by 
intergranular oxidation. It is postulated that the diffusion pathways for chromium diffusion in the coarse grains to the grain 
boundaries is too long. Therefore, there are low chromium contents at the grain boundaries of the coarse grains causing 
preferential attack. In the fine grains, the chromium level can be maintained at an acceptable level because of the shorter 
diffusion pathways. 

Crack formation due to creep is not observed. Creep crack formation is not likely to occur, since the hoop stress at the inside 
diameter is much higher than at the outside diameter in such a thick-walled tube (9.5 compared to 6.5 MPa). Furthermore, the 
creep strength of the coarse-grained material at the outside diameter is higher than the creep strength of the fine-grained bulk 
material. 

The oxidation cracks in the manifold occur only in the coarse-grained zone (ASTM 0) at the outer diameter of the manifold. 
They do not penetrate into the fine-grained zone (ASTM 4-5) of the bulk material. 

As already mentioned, the cracks are oriented in axial direction. This is due to the hoop stress caused by the internal pressure. 
Because the oxidation cracks only occur at diametrical expansions of 1% or more, this type of oxidation could be called 
“strain-induced intergranular oxidation”. 

The cracks did not occur over the whole circumference. They only occurred on locations where the wall thickness (due to 
manufacturing) was the lowest. 

Discussions on the Residual Life 

Oxidation 

The oxidation cracks do not penetrate the fine-grained zone of the manifold. Because of the observation that these cracks 
must have been present for a longer period, it was concluded that the cracks growth rate (if any) is very low. Thus, they will 
most probably not penetrate the fine-grained zone in the future. The oxidation cracks, therefore, will not affect the residual 
life of the fine-grained bulk material of the manifold. 

Notch Ductility 

An aspect which has not been discussed yet is the influence of notches (the oxidation cracks) on the residual creep life of the 
manifold. From literature, it is known that creep life is not impaired by notches: Incoloy 800H is a notch-ductile material 4. 

Deformation Mechanism 

In the past it was thought that the acting deformation mechanism at 800°C was power-law creep. But, if the creep rate is 
plotted in relation to stress, it can be observed that the creep rate in service is a factor 350 higher than the creep rate obtained 
by extrapolation from a Larson-Miller data-set; see figure 8. This can be explained by the following. The creep rate of the 
data set is obtained from creep tests with relatively high stresses (o > 40 MPa). The deformation mechanism at these 
relatively high stresses is power-law creep by climb. At low stresses however, a transition to diffusional creep must occur 5. 
In 6 it is found that below 30 MPa diffusional creep is the acting deformation mechanism for Incoloy 800FI at 800°C; see 
figure 9. By extrapolation from figure 9 it can be deducted that the creep rate is 5.0 • 10 11 1/s at the service stress of 10 MPa. 
This correlates very well with the actual creep rate during service: 2.1% in 13 years means a creep rate of 5.5 • 10 11 1/s. 
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Fig. 8 Creep rate of Incoloy 800H as a function of stress at a temperature of 800°C. Data for power-law creep are 
taken from manufacturers (Inco, Sandvik) and from free literature. These data are put into a Larson-Miller 
equation by regression analysis. Data for diffusional creep are taken from 6. The creep rate in service is 2.1% in 13 
years which equals 5.1 ■ 10" n l/s or 1.8 ■ l-" 7 l/hr. 



Fig. 9 Creep rate as a function of stress 6. 

Grain Size 

With diffusional creep as deformation mechanism grain-size has a large influence on creep life. This already appeared in the 
damage case studied in 1977. In 1 a relation is given between the ASTM grain-size and the percentage of creep deformation 
in a given time (52,500 hrs). This can be re-written to a relation between creep rate and grain-size: 


log (creep rate) = 4.25 * log (ASTM grain-size number) - 8.96 


(Eql) 


The creep rate is in 1/s: the relation is valid for grain-sizes of ASTM 2-7. Because the ratio of service temperature to melting 
temperature is about 0.65, diffusion creep limited by grain boundary diffusion (Coble creep) is the most probable deformation 
mechanism for Incoloy 800H at 800°C at low stresses. This is in conformity with observations by Steen; see figure 10 7. 




-► T/T„ 

Fig. 10 Deformation mechnaism map for Incoloy 800H 7. The deformation mechanism is given as a function of 
homologue temperature (T/Tm) and homologue stress (o/G). 

Deformation Capability 

The deformation capability of aged materials is usually lower than for new materials. In the accelerated creep tests on the 
aged material it was observed that the tertiary creep regime starts at 7% elongation. This observation has been made earlier 8. 
From the damage case in 1977 it is known that 20% diametrical expansion occurred without leakage or rupture. From 
microscopic investigations on the same damage case in 1977 it was found that void formation was only observed at 8% 
diametrical expansion or more. Therefore, the transition from secondary to tertiary creep was taken as criterion for rejection. 
In this case this means 7% diametrical expansion. 

Residual Life 

In the above paragraphs it is stated that only creep deformation will determine the residual life of the manifold. The 
maximum allowable creep deformation is 7%. 

From the accelerated creep tests it appears that the time to reach 7% diametrical expansion is between 20,000 and 60,000 hrs. 
The extrapolated creep rate at 800°C is 2.5 • 10 4 %/hr or 6.9 • 10 10 1/s; see figure 7. The creep rate obtained from the tests is 
therefore remarkably higher than the creep rate during service. This might be explained by the upperbound stress value 
chosen. 

The data of the 1977 damage case 1 can also give an indication of the creep rate. Because ASTM grain-size 4 is the highest 
available grain size for the manifolds in the reformer, according to Eq. 1 the maximum creep rate is 1.1 • 10 10 1/s. 

In figure 11 the creep deformation of the manifold is given as a function of time. It can be seen that the creep rate given by 
the isostress creep testing is much higher than the creep rates during service and from the 1977 data. The actual creep rate 
will lie somewhere in between 9 • 10 11 and 7 • 10 10 1/s. 
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-► SERVICE TIME (HRS) 

Fig. 11 Creep deformation (diametrical expansion) of the bottom manifold as a function of service time 


line xx : momentaneous creep rate 

8.6 • 10 11 1/s 

line yy : creep rate estimated from the 1977 damage case 

1.1 • 10 10 

line zz : creep rate determined from the creep testing 
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The most conservative estimate for the time to reach 7% elongation will be 20,000 hrs (line zz). But, as can be seen in figure 
11, this is quite unlikely to happen, because the extrapolation of the creep rate during service (line xx) yields much longer 
times to reach 7% elongation. Furthermore, the creep rate data of the 1977 damage case (line yy) yield similar estimates. 

As indicated above, there is an uncertainty in the estimate for the creep rate, and thus also for the residual life. However, a 
better estimate could not be made at the moment. The diameter measurements during the next shut-down will give additional 
information for a more accurate determination of the actual creep rate. After that, a more reliable residual life estimate can be 
performed. 

Inspections During the Next Shut-Down 

During the next scheduled shut-down of the plant in 1993 the manifolds will be examined thourougly. The following 
inspection points are planned : 

• a. measurements of diameter, wall thickness, and circumference, 

• b. boat samples of the replaced parts, which also had the coarse-grained zone at the outer diameter, 

• c. dye check (liquid penetrant test) of all heat-numbers to inspect for the occurrence of oxidation cracks, 

• d. if necessary, boat samples depending on the results of point c. 







After completion of these investigations a better estimate can be given concerning the residual life of the manifold. 

Replacement or New Construction 

If the manifold has to be replaced (for whatever reason) Incoloy 800H will not be chosen for the new manifolds. 
Centrifugally cast alloys will be used with special welding techniques. 

Conclusions 

• The cracks in the manifold are due to strain-assisted intergranular oxidation. This oxidation is strongly influenced by grain size. 

• For this type of materials in furnaces, the replica technique can give misleading information. Therefore, taking boat samples is 
necessary. 

• It had been concluded that tertiary creep starts at 7% elongation. This will be used as rejection criterion for the bottom manifolds 
in the future. 

• Diffusional creep limited by grain-boundary diffusion (Coble creep) is the acting deformation mechanism for Incoloy 800F1 at 
800°C and low stresses (typically 0 < 30 MPa). 

• The creep rate of the aged material is between 5 • 10'" and 7 • 10" 10 1/s. The residual life, in this case defined as the time to reach 
7% elongation, is between 20,000 and 300,000 hrs. From diameter measurements in the next shut-down, a better estimate of the 
creep rate and residual life can be made. 

• During the next shut-down boat samples and liquid penetrant testing will be performed to search for the occurrence of oxidation 
cracking. 

• For new construction or replacement, centrifugally cast materials will be used. 
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Corrosion of a Flue Gas Inlet Foot 

Fulmer Research Institute Ltd. 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Plate perforation occurred in the cylindrical section and walls of the inlet foot (2.38 mm thick Incoloy 825 plate welded using 
INCO welding rod 135) of an inert gas fire prevention system in an oil tanker. Cross-sectional microprobe analysis showed the corrosion 
product to contain sulfur, mainly from the flue gas, and calcium and chlorine, mainly from the sea water. The gray corrosion product was 
interspersed with rust and a black carbonaceous deposit. Corrosion pitting and poor weld penetration, with carbide precipitation and 
heavy etching at grain boundaries, indicated sensitization and susceptibility to aqueous intergranular corrosion. Chemical analysis 
showed the predominant acid radical to be sulfate (6.20% in the carbonaceous deposit and 0.60% in the corrosion product), suggesting 
that oxidation of S02 in the flue gas caused the corrosion. Moisture condensation, the carbon acting as a cathode, and alloy 
susceptibility to intergranular corrosion contributed to the corrosion. 

Keywords: Corrosion products; Flue gases; Sulfates 


Material: Incoloy 825 (Iron-base superalloy), UNS N08825 


Failure types: Intergranular corrosion; Pitting corrosion 


The inlet foot (Figs. 1 and 2) was part of a fire prevention inert gas system installed in an oil tanker. The material of the foot 
was 2.38 mm thick lncaloy 825 plate welded using INCO welding rod No. 135. Perforation of the plate had occurred at the 
top and sides of the cylindrical section and near the top of the side and back walls of the foot. 



Fig. 1 General view of inlet foot. 




Fig. 2 Top half of inlet foot illustrating extent and distribution of perforations. 

Washed flue gas from the oil fired boilers enters the foot through the cylindrical inlet at ~ 750°F and is further cooled by 
sprayed sea water to ~ 600°F as the gas passes through the foot. In order to prevent the possibility of combustion of 
hydrocarbons the 0 2 content of the gas was kept below 10% by volume; a typical composition is [in vol. %] 

Figure 2 shows the top half of the foot and gives a picture of the extent and distribution of the perforations. Figures 3 and 4 
are internal views of the top of the cylindrical section and the junctions between the side, back and top of the foot. They show 
that the internal surface is covered with corrosion product and pitted and perforated in several areas. It can also be seen that 
pitting is no worse, at the welds than in the plate. The corrosion product was generally grey in colour but interspersed with 
rust and a black carbonaceous deposit. 



Fig. 3 Inside top of inlet foot. 



Fig. 4 Inside junction between top, side and back of inlet foot. 



Chemical analysis revealed that there was a factor of 10 difference in the sulphate content between the corrosion product and 
the carbonaceous deposit. The results were: Corrosion product 0,60 % SO 2 4 - ; carbonaceous deposit 6,20 % SO 2 4 -. There 
was also a trace of chloride in the corrosion product but neither sulphite nor sulphide was present in either sample. 

Sections taken for metallographic examination were etched electrolytically in 5% H 2 S0 4 . Figs. 5 and 6 illustrate the corrosion 



Fig. 5 Examples of corrosion pitting in plate. Etched electrolytically 5% HS0 4 . 20 x 





Fig. 6 Examples of corrosion pitting in plate. Etched electrolytically 5% HS0 4 . 20 x 



Fig. 7 Examples of corrosion and poor penetration respectively of the welds. 20 x 





Fig. 8 Examples of corrosion and poor penetration respectively of the welds. 20 x 

Intergranular sulphur penetration was sought specifically at high power but none was found. However, all specimens showed 
carbide precipitation and heavy etching attack at the grain boundaries (Fig. 9). This condition indicated that the material had 
been sensitized and was susceptible to aqueous intergranular corrosion. 



Fig. 9 Showing sensitised structure of plate. 750 x 


Microprobe analysis showed that the Corrosion product contained sulphur, chlorine and calcium. The majority of the sulphur 
will have originated in the flue gas and the chlorine and calcium in the sea-water. Figure 10 is a stereoscan photograph of the 



Fig. 10 Corroded inside surface showing spherical and angular particles. 470 x 

The predominant acid radical in both the corrosion product and the carbonaceous deposit was sulphate with the concentration 
in the latter 10 x that of the former. This suggests that the corrosion was caused by sulphuric acid formed by oxidation of the 
S0 2 in the flue gas. The carbonaceous deposit will absorb some of the flue gas and release sulphurous and sulphuric acids 
onto the metal surface when moisture condensation occurs. The attack will be further accentuated by the carbon acting as a 
cathode in a galvanic cell with the metal surface and the susceptibility of the alloy to intergranular corrosion. The latter will 
facilitate the initiation and growth of corrosion pits at the grain boundaries. 

Summary 

Perforation of the inlet foot was caused by sulphuric acid formed by oxidation of the S0 2 in the flue gas and accentuated by 
the carbon deposit on the internal surfaces of the foot. Pitting corrosion was encouraged by the material being sensitized and 
susceptible to intergranular corrosion. 

Related Information 

Forms of Corrosion, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 761-795 


Failure of a Turbine Spacer 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
263-297 


Abstract: A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from service 
because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm across the spacer rim; 
radially, it extended to a depth of 6.4 mm into the web section. Analysis (visual inspection, 5000 and 10,000x TEM fractographs, 
chemical analysis, and 9x metallographic examination) supported the conclusions that cracking on the forward rim of the spacer 
occurred in fatigue that initiated on the forward rim face and that progressed into the rim and web areas. Because there was no 
apparent metallurgical cause for the cracking, the problem was assigned to engineering. 

Keywords: Spacers; Striations; Turbines 


Material: Incoloy 901 (Iron-base superalloy), UNS N09901, UNS IM09901; AMS 5661 (Iron-base superalloy), UNS N09901, UIMS N09901 


Failure type: Fatigue fracture 


A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from service 

5 

because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm (S in.) across the 
spacer rim; radially, it extended to a depth of 6.4 mm (4 in.) into the web section. 

Investigation. The spacer was sectioned to expose the fractured surfaces of the crack; these surfaces showed features of 
fatigue starting from the forward rim side adjacent to, and at, the inside surface of the rim. The fatigue features progressed aft 
for a distance of about 8.9 mm (0.350 in.) before changing to features of a tension fracture. Figure 1(a) shows a light 
fractograph of the crack that illustrates macroscopic features near the origin (at left). 




Fig. 1 Incoloy 901 turbine spacer that was removed from service because of cracking of the radial rim. (a) 
Fracture surface of the turbine spacer showing the fatigue crack, which progressed aft from the forward side of the 
rim. 9x. (b) and (c) TEM fractographs showing the irregular striations indicative of fatigue. The striations are 
indistinct because of rubbing between the mating surfaces. 5000 and 10,000x, respectively 

Replica studies of the fracture, using a transmission electron microscope, revealed striations that indicated a fatigue-type 
failure progressing from the forward side of the rim (Fig. lb and c). A striation count conducted at a magnification of 
10,000x, showed that the fatigue had progressed at a rate of 180 cycles per 0.025 mm (0.001 in.) at a location 0.25 mm (0.010 


in.) from the forward face of the rim and at a rate of 100 cycles per 0.025 mm (0.001 in.) at a location 2.0 mm (0.080 in.) 
from this face. 

Metallographic examination of a cross section of the fracture on the forward side of the rim in the fatigue-origin area 
indicated that separation was transgranular, which is typical of fatigue cracking. The microstructure was normal for AMS 
5661. Further testing revealed that the chemical composition, hardness, tensile strength, and stress-rupture properties of the 
material conformed with the requirements of the AMS 5661 specification. 

Conclusions. Cracking on the forward rim of the spacer occurred in fatigue that initiated on the forward rim face and that 
progressed into the rim and web areas. Because there was no apparent metallurgical cause for the cracking, the problem was 
assigned to engineering. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 671— 

699 


Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating during 
service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 


Material: Nicrofer 3718 (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800H 
(Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 


Failure type: High-temperature corrosion and oxidation 


Background 

A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the briquettes 
were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/min (3 ft/min). The total length 
of the belt was 94 m (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 

Circumstances leading to failure 

The sinter belt distorted in shape and stretched approximately 1.2 m (4 ft) over a period of 6 months. Normal service life is 
approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the furnace. 

Specimen selection 


Several broken links of the woven belt and an unused section of new wire were submitted for examination. 



Testing Procedure and Results 

Surface examination 

Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to the 
axis of the belt weave. 

Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size of 
7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm (0.02 in.), 
which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the microstructure 
along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain-boundary globular 
carbides in a matrix of austenite. The ASTM grain size was 5. 

Chemical analysis 


Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 

Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 

Titanium 

0.12 

<0.05 

Aluminum 



Niobium 


<0.05 <0.05 


Discussion 

The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer sections 
of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on the sinter 
belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% C) but a 
great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This mechanism of 
sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and hence initiate failure of 
the belt during operation. The theory of sulfur attack and carburization was substantiated by chemical analysis of the old belt 
material, which contained significantly higher levels of carbon and sulfur than the new belt material. 

The second failure mechanism was the presence of globular carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 
required to cause coalescence of carbides at grain boundaries. Globular carbides at the grain boundaries of the austenite also 
reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated at the 
usual lower temperature. 

The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of some 
wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure of the 
material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 

Conclusion and Recommendations 

Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220FI (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, Fligh-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating during 
service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 





Material: Nicrofer 3718 (Iron-base superalloy), UNS N08800, UNS N08810, UIMS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800H 
(Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 

Failure type: High-temperature corrosion and oxidation 


Background 

A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the briquettes 
were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/min (3 ft/min). The total length 
of the belt was 94 m (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 

Circumstances leading to failure 

The sinter belt distorted in shape and stretched approximately 1.2 m (4 ft) over a period of 6 months. Normal service life is 
approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the furnace. 

Specimen selection 

Several broken links of the woven belt and an unused section of new wire were submitted for examination. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to the 
axis of the belt weave. 

Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size of 
7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm (0.02 in.), 
which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the microstructure 
along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain-boundary globular 
carbides in a matrix of austenite. The ASTM grain size was 5. 

Chemical analysis 


Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 






Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 

Titanium 

0.12 

<0.05 

Aluminum 

Niobium 

<0.05 

<0.05 


Discussion 

The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer sections 
of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on the sinter 
belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% C) but a 
great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This mechanism of 
sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and hence initiate failure of 
the belt during operation. The theory of sulfur attack and carburization was substantiated by chemical analysis of the old belt 
material, which contained significantly higher levels of carbon and sulfur than the new belt material. 

The second failure mechanism was the presence of globular carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 
required to cause coalescence of carbides at grain boundaries. Globular carbides at the grain boundaries of the austenite also 
reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated at the 
usual lower temperature. 

The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of some 
wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure of the 
material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 




Conclusion and Recommendations 


Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220H (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


"On-Load Corrosion" in Tubes of High Pressure Boilers 

From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 1981 


Abstract: The phenomenon of on-load corrosion is directly associated with the production of magnetite on the water-side surface of boiler 
tubes. On-load corrosion may first be manifested by the sudden, violent rupture of a boiler tube, such failures being found to occur 
predominantly on the fire-side surface of tubes situated in zones exposed to radiant heat where high rates of heat transfer pertain. In 
most instances, a large number of adjacent tubes are found to have suffered, the affected zone frequently extending in a horizontal band 
across the boiler. In some instances, pronounced local attack has taken place at butt welds in water-wall tubes, particularly those 
situated in zones of high heat flux. To prevent on-load corrosion an adequate flow of water must occur within the tubes in the 
susceptible regions of a boiler. Corrosion products and suspended matter from the pre-boiler equipment should be prevented from 
entering the boiler itself. Also, it is good practice to reduce as far as possible the intrusion of weld flash and other impedances to smooth 
flow within the boiler tubes. 

Keywords: Boiler tubes; Corrosion products; Magnetite 


Material: Boiler tube steel (Steel, general) 


Failure types: High-temperature corrosion and oxidation; Brittle fracture; Hydrogen damage and embrittlement 


In the middle of the 1950's, an unusual type of corrosion made its appearance in several boilers in the Central Power Stations 
in the United Kingdom. In many instances it resulted in embrittlement and violent rupture of the generating tubes—a typical 
example is shown in Fig. 1—and, in consequence, caused considerable concern to those responsible for the maintenance of 
such equipment or for ensuring the continuity of electricity supplies. The effect has been variously described as “On-load 
Corrosion,” “Hot Zone Corrosion,” “Hydrogen-Embrittlement,” and “Corrosion Embrittlement”. Of these several 
descriptions, the first mentioned term has gained general acceptance and will be used in this article. 



Fig. 1 Typical failure of water wall tube resulting from "on-load corrosion" 

In an attempt to elucidate the factors responsible for this form of attack investigations and researches have been actively 
pursued in a number of laboratories for several years and recent work at the Central Electricity Research Laboratories, 


Leather-head, has resulted in a major step forward, certain significant features of the corrosion being reproduced in the 
laboratory. In this short article, the principal characteristics of this mode of failure and the main features by which it can be 
recognized are described and illustrated by examples from installations with which this Company has been associated; in 
addition, the various hypotheses that have been put forward to explain the phenomenon are also discussed, but initially, 
examples of failures resulting from causes of a related nature will be considered. 

Magnetite Formation 

The phenomenon of on-load corrosion is directly associated with the production of magnetite on the water-side surface of 
boiler tubes and it will be useful to consider first in detail the mechanism of magnetite formation. 

Magnetite (Fe 3 0 4 ) is one of the oxides of iron—it is black and magnetic in nature. Boiler water will react with the clean 
surface of a steel tube to form a layer of magnetite, which serves subsequently to confer corrosion resistance to the material. 
As the thickness of the film increases, the rate of formation falls and ultimately becomes insignificant. In certain 
environments a magnetite film possesses self-healing properties and rapidly reforms when damaged, so that if bare metal 
becomes exposed locally the protective film is quickly restored. A boiler has, in fact been described as consisting essentially 
of a thin film of magnetite supported by steel tubes. Most readers will be aware that, after the acid cleaning of boilers, either 
before commissioning or in service, a special conditioning treatment is applied to produce a uniform layer of magnetite on the 
clean metal surfaces in order to minimise the possibility of corrosion developing subsequently in service. Occasionally, 
however, conditions within a boiler change and modification or breakdown of the magnetite film occurs under circumstances 
where it does not readily re-form and corrosion will develop. In addition to being present as a surface film, magnetite in a soft 
powdery form is frequently found in boiler tubes as a corrosion product of iron and as such is often present in the pits and 
scabs which arise from normal corrosion, differential aeration corrosion, or deposit attack. The outermost surface of such 
scabs or deposits is usually covered with a layer of the higher, ferric oxide (Fe 2 0 3 ), due to the greater access which oxygen 
dissolved in the water has to this region; this oxide is of a reddish colour. 

The magnetite found on the internal surface of severely over-heater boiler and superheater tubes results from the so-called 
“steam-iron reaction,” 


3Fe + 4FLO = Fe304 + 4FL 


which becomes significant at metal temperatures of the order of 600°C. The scale found externally is due to high temperature 
oxidation. In these instances, the magnetite formed is of the hard, crystalline variety, which rapidly blunts normal metal 
cutting tools. In cases of on-load corrosion the magnetite is also of the massive, crystalline form and of a hardness capable of 
scratching glass. It has been reported that the surface appearance of the oxide, is related to its crystal size and is dependent on 
the temperature of formation, the texture being coarser as the temperature rises 1. 

In the remarkable example shown in Fig. 2, the steel tube has become almost completely replaced by one of crystalline 
magnetite. The tube was from a boiler of the type fitted with flow-control nozzles at the inlet ends of the tubes, and if these 
nozzles become choked with scale or foreign matter, than the resulting water starvation can lead to overheating. If this is 
severe it will result in steam generation and progressive oxidation of the tube material as a result of the steam-iron reaction, 
as in the case of the tube illustrated. 




Fig. 2 Severe oxidation of boiler tube to give uniform layer of crystalline magnetite 

A form of corrosion leading to the formation of powdery magnetite is occasionally seen in the steam tubes used to heat 
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bakers' ovens. These tubes, which are about 8 ft. long. 2in. o.d. x -tin. wall thickness, are closed at both ends and contain 
approximately one-third of their volume of distilled water and are arranged in several horizontal rows to form the different 
sections of the over. One end projects into the furnace portion where it is heated by coke, gas or oil fuel and heat transfer to 
the over results from internal circulation with the tube itself, which functions as a combined steam generator and condenser. 
Failure occasionally occurs from perforation or rupture of the tube in the portion within the furnace region. Examination of 
such tubes and others from the same vicinity generally reveals that they contain a large quantity of magnetic iron oxide and 
since the tubes slope upwards at a slight angle from the furnace the oxide collects in the lower heated end. Fig. 3 shows a 
section of a tube taken three inches from the heated end which was found to be completely blocked with magnetite of the soft, 
powdery form. Corrosion of bakers' oven tubes is associated with local over-heating, a matter which has been discussed by 
Moorhouse. 2 It is considered that local flame impingement, particularly by gas or oil burners, gives rise to rapid steam 
formation resulting in steam blanketing, which prevents the access of water to the tube material and consequently local 
overheating takes place. Dissipation of the heat along the tube wall and condensation of steam ultimately serve to re-establish 
equilibrium conditions. The attack on the tube wall occurs during the periods of over-heating, and repetition of the cycle 
ultimately causes the formation of pits and the development of grooves giving characteristic flow patterns on the lower bore 
surface, as shown in the half longitudinal section illustrated in Fig. 4. Concomitant with the production of magnetite, 
hydrogen is generated in accordance with the aforementioned equation and where present in quantity can be ignited when 
released by the drilling of a hole. 



Fig. 3 Magnetite formation in bakers' oven tube 




Fig. 4 Characteristic flow pattern on lower side of corroded tube from bakers' oven 

A related form of attack is sometimes found in the tubes of cyclone type furnaces. These tubes, which surround the furnace 
chamber, form part of the boiler water circuit and are studded to provide anchorage points for the refractory material with 
which the fire-side is coated. Local breakdown of the layer exposes the ends of the studs to the molten slag which results 
from combustion of the coal and they thereby suffer attack and ultimately burn away. This occurrence is frequently 
accompanied by grooving and pitting on the water-side surface of the tube adjacent to the ends of the affected studs, an attack 
which may culminate in perforation of the tube. The appearance of the internal surface of a cyclone furnace tube affected in 
this manner is depicted in Fig. 5, a series of large confluent pits being formed, one of which has ultimately resulted in 
perforation. Inspection revealed that in all cases pits had developed in line with the axis of those studs which had suffered the 
severest oxidation and wastage. This feature will be evident from Fig. 6 which shows the fused ends of the studs, the tube 
being sectioned transversely through a typical pit. Detailed examination of a number of failures from boilers in this country 
and the continent has shown this to be a common feature. A powdery sludge seen at the edge of the pits in Fig. 5 was shown 
by analysis to be composed chiefly of magnetite (Fe 3 0 4 ). 
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Fig. 5 Studded boiler tube showing localised attack in line with studs 




Fig. 6 Showing section through tube seen in Fig. 5 

Microscopical examination of samples from affected tubes indicated that, although the wastage of the studs resulted in slight 
decarburisation and grain growth from overheating at the ends, no such similar effect was seen on the tube material adjacent 
to the pits and in only one case was incipient spheroidisation of the carbide constituent of the pearlite evident. The studs were 
affixed by the stud welding process and in none of the samples examined did the heat-affected zone extend to the inner 
surface of the tube and therefore, structural changes due to welding were ruled out as a factor initiating the development of 
the pits. In addition, the fact that all welds in the affected portions of the circuit were not attacked, suggested that residual 
stress due to welding could be dismissed as being a contributory factor. The attack was located adjacent to the base of those 
studs which were situated in zones where the protective refractory lining had become detached, thereby exposing them to an 
excessive temperature, which suggested that the attack was linked with an abnormally high heat flux through the studs. 
Although the tubes had not attained a temperature sufficient to result in significant metallurgical changes, local boiling had 
taken place adjacent to the internal surface, giving rise to a concentration of boiler salts, in particular, sodium hydroxide. This 
had dissolved the normally protective magnetite scale leading to local corrosion and ultimately to the formation of pits and 
channels on the bore of the tube, a phenomenon to which the term “caustic grooving” has been applied. An alternative 
suggestion which has been put forward in an attempt to explain the attack is that the varying thermal stresses causes initial 
cracking of the magnetite and that the material thereby exposed at the bottom of the cracks suffers a preferential attack, 
repetition leading ultimately to the production of the pits and channels, a process which is aided by the combination of large 
cathode and a small anode, as develops in such cases. 

The solution of magnetite by caustic alkali results in the formation of sodium ferroate and ferrite, in accordance with the 
following equation 3:— 


Fe 304 + 4 NAOH = Na2Fe02 (Ferroate) + 2 NaFeC >2 (Ferrite) + 2FFO 


In the ferroate molecule the iron is divalent (anion = (Fe0 2 )"') but in that of the ferrite it is trivalent (anion = (Fe0 2 )") and the 
equilibrium may be written:— 


Fe ++ + 40H = (Fe0 2 ) + 2H 2 0 


Fe +++ + 40H = (Fe0 2 )- + 2H 2 0 


In addition, concentrated alkali may react directly with iron to give sodium ferroate 4: 



Fe + 2 NAOH = Na 2 Fe0 2 + H 2 


On-load Corrosion 

The first occurrence in this country took place in the middle ‘50's, but reference to the literature 5 shows that it had shown 
itself in the U.S.A. in the early AO's. The occurrence of on-load corrosion may first be manifest by the sudden, violent rupture 
of a boiler tube, such failures being found to occur predominantly on the fire-side surface of tubes situated in zones exposed 
to radiant heat where high rates of heat transfer pertain. Such locations have included side and rear wall generating tubes, 
particularly at burner level, cross tubes situated in the upper zones of a furnace chamber, and the upper bends of rear wall 
tubes which project into the furnace chamber to form the entry to the superheater and convection zones. Welded joints in 
these locations have been found to be particularly vulnerable. 

Photographs, Figs. 1, 7 and 8 illustrate typical modes of failure of tubes of large power station boilers affected by this 
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phenomenon. The first two depict rear wall finned tubes, 3 in. o.d. x I6in., wall thickness, that in Fig. 1 being from the upper 
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end at the start of the nose portion which formed the inlet to the convection zone and that in Fig. 8 from a cross tube, -tin. 

o.d. x Tin., wall thickness. It will be apparent that with all these examples failure has occurred in a brittle manner through 
practically the full thickness of the tube wall, none of them showing thinning at the edges of rupture, as is a characteristic of 
boiler tube failures resulting from overheating. Failure from on-load corrosion generally results in large “windows” being 
formed in the walls of the tubes and, in the failure illustrated in Fig. 8, the detached, centre portion could not be located and 
was presumed to have disintegrated on impact. It will be apparent from this example that the material adjacent to the affected 
zone evinced normal ductility, this being a feature of this type of failure. 



Fig. 7 Typical failures from "on-load corrosion" showing brittle mode of fracture 



Fig. 8 Typical failures from "on-load corrosion" showing brittle mode of fracture 

Inspection of the internal surface of the tubes showed that failure occurred in a zone where internal corrosion had taken place, 
this being generally of the confluent pitting type. Such corrosion can be seen on the tube shown in Fig. 8 and is also 
illustrated by the section from another tube, depicted in Fig. 9 where, in addition, secondary cracking at the edges of the 
corroded zone had developed. Fig. 10 shows a portion of another tube from which a section measuring 15 in. long x 3 in. 
wide became detached; brittle fracture again taking place within the corroded zone. The appearance of the fracture face was 
duplex and is shown in detail in Fig. 11. Adjacent to the bore surface the fracture varied from a dark grey to black in colour 
and was of a “short” texture, whereas at the external surface it had a silky grey, fibrous appearance. As is evident in the 
illustration the thickness of the latter zone varied along the edge of the rupture from a little to approximately half of the tube 
will thickness. None of the tubes depicted in the foregoing examples showed the presence of a corrosion product or scale on 
the water-side surface and it was concluded that, in these instances, any present prior to failure was probably detached at the 
time of the explosions. 



Fig. 10 Showing confluent pitting on initial surface of affected tubes 



Fig. 11 Showing difference in appearance of fracture adjacent to corroded surface 


In general, on-load corrosion does not affect only single tubes of a boiler. In most instances, a large number of adjacent tubes 
are found to have suffered, the affected zone frequently extending in a horizontal band across the boiler. Examination of tubes 
adjacent to those at which rupture has occurred will often reveal them to be severely corroded, a thick, hard, magnetite scale 
being present and below which thinning of the tube wall has taken place in the manner shown by the section illustrated in Fig. 
12. Another tube section 2. showing the presence of similar magnetite scales is seen in Fig. 13. Ultrasonic methods of 
examination can be employed to detect affected tubes. 



Fig. 12 Massive magnetite scale on internal surface 


Fig. 13 Scale associated with corroded area 


Examination of Deposits 

Chemical analysis of deposits taken from tubes affected by on-load corrosion showed them to be composed of approximately 
50% iron oxide (magnetite, Fe 3 0 4 ), 20% metallic copper and 15% copper oxide, together with small amounts of water- 
soluble phosphates, sulphates, chlorides, and insoluble phosphates. 

Microscopical Examination 

The salient features shown by the microscopical examination of samples cut from tubes which have suffered from on-load 
corrosion, and examined in the Company's Research Department, are as follows:— 

1. None of the specimens revealed any evidence of spheroidisation, incipient or otherwise, of the carbide constituent of the pearlite 
grains or other evidence of overheating in service. In one respect, this was not unexpected since none of the affected tubes 
showed any evidence of plastic deformation or creep. 

2. Adjacent to the edge of fracture, and at the surface of the corrosion pits, decarburisation was evident together with pronounced 
fissuring of a discontinuous nature at the grain boundaries. These features are illustrated in Figs. 14, 15 and 16 which show the 
junction of a corrosion pit with the tube surface at different magnifications. In the majority of the examples examined, the 
decarburised zones extended beyond the regions where fissures were present, indicating that the latter developed subsequently, 
but in other instances, as seen in Fig. 17, 18 and 19, fissures were present in regions where pearlite grains are still in evidence. As 
illustrated in Figs. 18 and 19 decarburisation of the pearlite grains appeared to have proceeded from the grain boundaries, at 
which fissures had already developed. The edge of rupture of another tube is illustrated in Fig. 20 and it will be apparent that 
fracture took place in an intergranular manner and although significant decarburisation was not present, extensive fissuring at the 
grain boundaries and of the carbide envelopes of the pearlite grains can be seen. It is noteworthy that the removal of carbon was 
effected without the production of voids (except at the grain boundaries), which suggests that a diffusion process is involved. It is 
evident that the pronounced embrittlement of the material was a consequence of the severe loss of cohesion resulting from the 
intergranular fissuring. 

3. In most instances the magnetite scale exhibited a laminated structure which closely followed the contours of the pits, as depicted 
in Fig. 21. In the particular field illustrated, cracking of the scale has occurred in a direction normal to the metal surface and there 
was evidence that these fissures subsequently became filled with the same scale deposit as was seen on the water-side surface. 




Fig. 14 Decarburisation and fissuring adjacent to corrosion pits x 50 



Fig. 15 Decarburisation and fissuring adjacent to corrosion pits x 150 



Fig. 16 Showing fissures located at grain boundaries x 500 




Fig. 17 Fissures without decarburisation x 1000 




Fig. 19 Decarburisation proceeding from grain boundaries x 1000 







Fig. 21 Laminated structure of magnetite scale x 50 

Decarburisation in the manner seen in these examples is characteristic of the effect of hydrogen, which in the atomic state is 
able to penetrate the lattice of the metal crystals where it reacts with carbon to form methane or other hydrocarbon gases; 


C + 4H = CH 4 


The microstructure of some of the tubes examined showed an appreciable amount of grain boundary cementite, as shown in 
Fig. 22 and it is considered that the Assuring at these locations may have resulted from the reaction between the cementite 
and hydrogen; the field illustrated in Fig. 23 is certainly indicative of such an effect. The photomicrograph Fig. 24 shows the 
development of voids round non-metallic inclusions. Such voids may have been produced by the pressure exerted by 
molecular hydrogen formed from combination of hydrogen formed from combination of hydrogen atoms which diffused to 
the locality. Flydrogen in the molecular form is not able to diffuse through the iron lattice, and it is possible for an appreciable 
pressure to develop and there are indications in the photomicrograph that this has sufficed to rupture an adjacent grain 
boundary. Potter, 6 however, suggests that Assuring of the steel may be due, not to this internal gas pressure, but to the 
shrinkage of pearlite which takes place when it is converted to ferrite. Calculations based on densities indicate that the 
cavities can be accounted for by this decarburisation. In the conversion of iron carbide to iron, the resulting volume of iron is 
less than that of the carbide, and voids may thereby be formed. 



Fig. 22 Showing grain boundary cementite x 1250 




Fig. 23 Fissuring associated with grain boundary cementite x 1250 




Fig. 24 Void round inclusion x 1500 

In the example of the tube section shown in Fig. 25 corrosion at a very early stage of development in seen. Microscopical 
examination of specimens taken to include sections through the bottom of the deepest pits showed the attack to be proceeding 
in the manner seen in the micrograph Fig. 26. Decarburisation had not proceeded to a significant extent and Assuring at the 
grain boundaries and carbide envelopes was only evident up to a depth of 1mm. below the bottom of the pit. It was 
considered that this example represented on-load corrosion at an early stage of development. 




Fig. 26 Decarburisation preceding fissuring and pitting x 400 
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Effect of Welds 


In some instances, pronounced local attack has taken place at butt welds in water-wall tubes, particularly those situated in 
zones of high heat flux, typical examples being shown in Figs. 27 and 28. It is considered that protrusion of the root ran into 
the tube provides a convenient lodgement for sludge that may be in the system, thus creating a deposit which can serve to 
initiate corrosive attack. Experience has shown that welds made by the flash butt welding process appear to be particularly 
prone to this form of attack. Although severe scabbing and hard magnetic scales have been found at a number of welds, 
subsequent microscopical examination did not reveal evidence of hydrogen Assuring. 



Fig. 27 Local attack at fusion welded joint 



Fig. 28 Scale build up and minor attack at flash welded joint 

Effect of Temperature 

The occurrence of on-load corrosion in this country has not been experienced in a boiler working at a pressure of less than 
380 p.s.i. In the range 380-600 p.s.i. the attack has shown itself by the formation of large saucer-shaped pits associated with 
patches of hard magnetite, but hydrogen degeneration of the material is generally only found in boilers working above 600 
p.s.i. It is difficult to quote actual metal temperatures corresponding to these pressures since large variations can occur in 
different parts of a boiler, also the formation of deposits and corrosion scabs gives rise to local overheating. It has been 
reported 7 that no service embrittlement in large-scale steam boilers occurs below 240°C.; some is found above 320°C. and 
the most extensive attacks suggest temperatures of 400-500°C. Partridge has suggested 316°C. as a minimum temperature. 7 

Hypotheses 

The various hypotheses which have been put forward to explain the phenomenon of on-load corrosion may be briefly 
summarised as follows:— 

1. Abnormally High Temperatures 

A number of effects may result:— 


(a) Fluctuating Stresses 


Based on the evidence that the sites of attack are always associated with zones of high heat flux, it has been proposed that 
fluctuating mechanical and thermal stresses contribute to cracking or rupture of the normally protective magnetite scale, thereby 
initiating an attack and facilitating its development. 

• ( b) Steam-iron Reaction 

It has been suggested that the magnetite associated with on-load corrosion is formed by the steam-iron reaction following severe 
overheating of the tube material. The main evidence which argues against this view is that microscopical examination of samples 
of tubes affected by on-load corrosion shows no indications of structural changes attributable to overheating. 

• (c) Film Boiling 

It is presumed that local hot spots form, leading to concentration of boiler salts, particularly sodium hydroxide, with a 
corresponding acceleration of the rate of attack on the under-lying metal, the protective film which initially forms being 
dissolved in accordance with the reaction quoted earlier. Such an attack would be favoured by the presence of sludge or deposits 
on the tube surfaces, both of which, in certain circumstances, could act as a sponge and so facilitate concentration of caustic 
solutions. In addition, deposits could act as an insulating screen under which concentration could take place. Further, once 
magnetite scale or the products of corrosion form they too act as thermal insulants and promote an increase in the temperature 
and rate of attack on the underlying tube material. Some support is given to the latter hypotheses by the close similarity between 
this form of attack and that described earlier—to which the name “caustic grooving” has been applied. In other instances, on-load 
corrosion resulting in embrittlement of certain tubes of a boiler has been associated with a less intensive form of corrosion in 
other regions, being more reminiscent of attack by concentrated caustic, as for example, that shown in Fig. 13. In addition, the 
fact that the material in the embrittled region has cracked in an inter-crystalline manner, may also have given some support to this 
hypothesis, due possibly to the similarity between such cracking and that which results from caustic cracking in the seams of 
riveted boilers. The inter-crystalline cracks associated with on-load corrosion, however, are not of the continuous network type as 
typify caustic cracking. 

The sludge referred to above, which enters a boiler and results in tube deposits may arise from corrosion in the pre-boiler 
plant. It probably passes into the boiler as ferrous hydroxide, which is converted by heat into magnetite. 5 

3Fe (OH) 2 = Fe 3 0 4 + 2H 2 0 + H 2 


2. Effect of Copper 

Many boiler deposits contain metallic copper or copper salts in significant proportions derived from corrosion or erosion of 
copper alloys in the feed and condensing plant, and this feature has been held by many to be a factor promoting this form of 
attack. The influence of copper and copper salts on corrosion has been a subject of much discussion during recent years, and 
it has been a point of contention whether or not the elemental copper seen in the boiler deposits has promoted the corrosion 
by forming a galvanic cell with the iron as anode or is the result of corrosion, being formed by reduction of copper salts by 
the resulting hydrogen. With regard to magnetite formation, it is known that the Schikor reaction just mentioned is catalysed 
by copper and its presence may therefore promote the local build-up of scales. In view of the fact that many boilers and boiler 
tubes contain copper-rich deposits, and yet it is only in a relatively few number of instances that on-load corrosion is found, 
the presence of copper can probably be dismissed as being a causative factor of any significance. 

3. Effect of Dissolved Oxygen 

Although the presence of dissolved oxygen is a factor leading to the development of the more common type of pitting 
corrosion in boiler plant it is not considered to be a major significance in respect of on-load corrosion since in the majority of 
cases the conditioning and treatment of the boiler water has been such to obviate risk of attack by dissolved oxygen. 


Discussion 



It is generally accepted that the continuous formation of magnetite depends upon the diffusion of ions through its atomic 
lattice, a process which becomes slower as the thickness of the film increases and, as has already been stated, is ultimately 
self-stifling. In certain circumstances, it fails to stifle itself and rapid local growth continues to give the form of attack known 
as “on-load corrosion”. Experiments 8 indicate that the film grows as a result of the migration through the lattice of anions 
and cations, there being a continuous counter-current through the film. The oxygen-bearing anions, oxide or hydroxide, 
which originate in the water, cause thickening of the film on the inner surface immediately adjacent to the metal and the 
resulting magnetite is closely bonded to the steel. The iron cations migrate in the opposite direction and extend the magnetite 
fdm at its interface with the water. The magnetite which develops at this location is weakly coherent and shows inferior 
adhesion under the conditions of flow which obtain in a boiler tube and is not usually found to be present at inspections, 
being transferred by the water flow to other parts of the system. The total amount of magnetite produced occupies 
approximately twice the volume of metal from which it is formed and since almost half of the oxide formed is of the loosely 
adherent type which ultimately disappears, the volume of the adherent film found on steel in aqueous conditions is 
approximately equal to the initial volume of the metal and its formation therefore does not result in significant changes in 
physical dimensions or the development of appreciable internal stress, and the magnetite thus formed has the maximum 
chance of being protective. 

As mentioned earlier, research into the causes of this insidious form of corrosion has been directly pursued by various 
laboratories including those of the C.E.G.B., boiler manufacturers, and other interested organisations. Research has been 
directed not only towards elucidating the fundamental causative factors, but many related aspects have been investigated, 
such as the effects of design, operation, maintenance, water treatment, pre-commissioning procedures, general cleanliness, 
and the avoidance of unsatisfactory features of workmanship, e.g. excessive weld hash, etc. To assist in obtaining data, actual 
boilers have been instrumented to provide information on water flow, variation in circulation, heat transfer, and tube 
temperatures. Other studies have been concerned with the origin, method of transport and deposition of debris in the system. 
The chief shortcoming of the many hypotheses that have been proposed are that they provide no explanation for the principal 
characteristic features of on-load corrosion, i.e. the formation of the hard, tightly adherent magnetite scale, its laminated 
structure, and the decarburisation of the under-lying metal (which has not been heated to a temperature usually associated 
with decarburisation in service) and the development of the inter-crystalline cracks. 

As has been stated earlier, further work carried out at C.E.R.L. Leatherhead by Mann 7 resulted in the simulation for the first 
time of corrosion which showed a number of the characteristics of on-load corrosion; this work may be briefly summarised as 
follows:—Following the work which had demonstrated that the growth of normal magnetite scale results from outward 
migration of iron cations and a simultaneously inward movement of oxygen-bearing anions, further experiments showed that 
it was possible to suppress the outward movement of ions by maintaining substantial concentrations of ferrous or ferric ions 
in the aqueous environment and, for this purpose, 0.1M ferrous chloride was found to be particularly effective. Specimens 
exposed to this solution at 3007400°C. showed an increase in weight in contrast to the reduction which occurred in alkaline 
solutions, and the black oxide film that was formed was of a much greater thickness. Other specimens, treated in a stainless, 
as opposed to a mild, steel vessel, showed consistently high weight gains, which increases linearly with time and it was 
evident that some factor accelerating magnetite growth was present. Further experiments indicated that nickel was 
responsible and it was evident that metallic nickel and ferrous chloride were together controlling the rapid linear oxidation of 
the steel. In seeking an explanation for this effect, it was considered that the role of the chloride ions was to maintain the iron 
cations in solution at the elevated temperatures and that nickel was able to provide cathodic stimulation of the oxidation. 
Subsequently cobalt was found to have a similar effect. Additional studies of the growth mechanism indicated that this non- 
protective form of magnetite grew almost entirely at the metal surface, so that the water-side of the film was the oldest, and 
the metal-side the youngest, part of the oxide film. Microscopical examination indicated that the magnetite formed in this 
manner possessed a laminated structure virtually identical with that seen in cases of on-load corrosion. Further experiments 
showed that a layer of the normal protective type of magnetite could be formed beneath the non-protective layer and the 
linear growth halted by making the solution suitably alkaline. It was also suggested that the production of non-protective 
magnetite was accompanied by the development of excessive stress due to the constricting conditions under which the oxide 
grew, to result in a loss of adhesion leading to the production of a laminated structure of the form shown in Fig. 21. In 
practice, thermal stresses associated with steaming conditions also contribute to this effect. 

The experiments showed that, with the more common protective form of magnetite, no permanent embrittlement following 
hydrogen attack on pearlite was produced even at temperatures of up to 550°C., but with nickel-induced magnetite this type 
of deterioration was found above 400°C. The specimens also showed decarburisation under the magnetite in a similar manner 
to that seen in examples from practice. 

The reproduction in the laboratory of both of the more enigmatic aspects of on-load corrosion—the formation of non- 
protective, laminated magnetite and the decarburisation of the underlying material—represented a significant step forward, 
since it is only when the causative factors have been established that consideration can be given to means of prevention, In 



the experiments described it would appear that the use of the stainless steel vessel was propitious in that it led to the 
discovery of the catalytic effect of nickel. 

The suggestion that chlorides may be a factor causing on-load corrosion is a direct contradiction to one of the earlier views 
that had gained widespread support, i.e. that concentrated caustic solution was primarily responsible. The conditions under 
which acid-soluble ferrous chloride can be present in alkaline boiler water are a little obscure, but the local anodic regions at a 
corrosion site could possibly favour formation of the chloride. The presence of the nickel could arise from austenitic steel 
components present in the system, it not being necessary that they be in adjacent contact with the boiler tubes. 

Although the formation of hydrogen and magnetite at corrosion sites in boiler plant has been apparent for many years as, for 
instance, with the bakers' oven tubes cited earlier, this has not been associated with damage to the material from hydrogen 
attack and the decarburisation and intergranular fissuring found with on-load corrosion were a relatively new phenomenon. 
The difference in the behaviour of the hydrogen is thought to be related to the temperature and its concentration. 

Mann and Potter 9 consider that the effects in any particular instance of corrosion depend on the balance set up between five 
processes which probably occur concurrently:— 

• (a) Production of hydrogen by the overall reaction— 


3Fe + 4H2O = Fe304 + 4FF 


• ( b) The diffusion of molecular hydrogen away from the oxidation region into the aqueous environment. 

• (c) The diffusion of elementary hydrogen in some unspecified form through the magnetite and the underlying metal. 

• ( d ) Reaction between this diffused hydrogen and iron carbide, probably according to the equation— 


Fe 3 C + 2FF = 3Fe + CH 4 


• (e) The diffusion of hydrogen from (c) out of the metal where a second interface exists with a hydrogen-free environment. 

An increase in temperature would be expected to accelerate all the above processes but to differing extents. In the case of the 
normally protective magnetite, it is considered that the rate of production of hydrogen is never sufficient to result in 
significant embrittlement whatever the temperature and the rate tends to fall off with time. 

Where magnetite of the non-protective variety develops, the production of hydrogen is greatly increased and enhances the 
rate at which embrittlement (d) proceeds. Assuming non-protective magnetite is being produced, the chief factors in the 
embrittlement process appear to be the effect of temperature on process (a) and, as a consequence, high service temperatures 
would raise the incidence of embrittlement, as is found in practice. 

Remedial Measures 

Until the precise causes of on-load corrosion are known in detail and with certainty it is not possible to be dogmatic in regard 
to the action needed to prevent trouble of this nature. However, the results from investigatory work and research already 
carried out suggest several possible lines of attack. 

From the viewpoint of design, an adequate flow of water within the tubes in the susceptible regions of a boiler is a sine qua 
non. Bearing in mind the association of a number of outbreaks of on-load corrosion with sludge and other non-metallic matter 
in boiler tubes, it is essential that during erection, commissioning and maintenance operations, the water-side surfaces are 
kept as free from debris and foreign matter as is practicable. In addition, corrosion products and suspended matter from the 
pre-boiler equipment should be prevented from entering the boiler itself and, to this end, the use of magnetic fdters may be of 
benefit. Further, during construction it is good practice to reduce as far as possible the intrusion of weld flash and other 



impedances to smooth flow within the boiler tubes. At such locations, the collection of sludge circulating in the system is 
facilitated with the concomitant possibility of the development of subsequent corrosion or overheating. 

In respect of water treatment the phenomenon of on-load corrosion has been found in boilers employing many forms of water 
treatment, and attempts have been made to prevent its occurrence or to control it by attention to this aspect. The treatments 
that have been proposed are as under:— 

1. Zero solids. 

2. Co-ordinated phosphate: in this system, phosphate is added so that the ratio Na 2 0 : P 2 O 5 is less than 3 : 1—the ratio 
corresponding to Na 3 P0 4 —to ensure that if concentration takes place solid sodium phosphate is precipitated. A development of 
this system, known as “congruent phosphate” is now preferred, and should the formation of acid phosphates occur, the water is 
maintained in the neutral condition: it also assists in preventing excess alkalinity. 

3. The substitution of ammonia for sodium hydroxide, as has been generally employed previously to provide the necessary 
alkalinity. 

It should be mentioned in passing that attempts to deal with the problem from the aspect of water treatment may be defeated 
by the phenomenon known as “hide out”, a term used to describe local concentration of chemicals, e.g. phosphates and alkali, 
which can occur within a boiler thereby leading to anomalous conclusions when interpreting the results of water analyses. 
Potassium salts, instead of sodium, have been recommended as being less likely to suffer from this effect, but experience 
indicates that, overall, they have no practical advantage. 

Since the presence of magnetite scabs appears to result from a diffusion process and the rate-controlling factors are 
temperature and oxide thickness, chemical treatment may possibly only alter the characteristics of the ’scale and not directly 
the rate of oxidation. 10 

In view of the effect of chlorides it would be prudent to limit their content as far as is practicable. 

When boilers are taken off load for a significant length of time it has been suggested that, if possible, they should be blown 
down hot and an inert atmosphere such as nitrogen introduced in order to reduce the extent of internal corrosion. 

In instances where on-load corrosion has been diagnosed it is essential to make a comprehensive check of the boiler tubes, 
either externally by ultrasonic means, or internally where access permits, by means of optical devices such as miniature 
television or film cameras, in order to detect corrosion and scabbing at as early a stage as possible. When suspect tubes are 
removed for examination, the extent of the decarburised and fissured zone—which possesses little mechanical strength—can 
be rapidly determined by boiling a cross-section cut from the tube in 50% hydro-chloric acid solution. The affected region is 
shown as the dark etching zone seen in Fig. 29. Where tubes are found to be severely affected they should be renewed, but 
where the attack is only of an incipient nature the boiler can be given an acid clean to remove hard magnetite scales and 
sludge deposits. 




Fig. 29 Dark etching zone indicating extent of decarburised and fissured region of affected tube 
A number of systems of chemical cleaning have been developed for this purpose and after removal of the deposit with acid 
reagents, neutralising and washing, it is usual to boil-out using caustic and phosphate or, ammonia and hydrazine, in order to 
facilitate the formation of the desired uniform magnetite coating. When the boiler is emptied nitrogen could with advantage to 
employed to displace the water rather than expose the prepared metal surfaces to possible corrosion. 

It is understood that it has been the general practice in installations in the U.S.A. to resort to acid cleaning at regular intervals 
as a prophylactic measure, since the possibility of on-load corrosion can be reduced if the build-up of deposits or massive 
oxide growths is prevented. A similar procedure has been adopted in a number of British stations. 

References 

1. “Boiler Corrosion and Water Treatment,” H.M.S.O. BR.1335. 1945. 

2. W. E. Moorhouse, “Investigation into the reasons causing explosion in Steam Tubes of Bakers' Ovens.” 
Proc.Inst.Mech.Eng. Vol. 174, No. 16, 1960, pp. 561-574. 

3. H. H. Ulig, “Corrosion and Corrosion Control,” J. Willy & Son, p. 255. 

4. U. R. Evans, “Corrosion and Oxidation of Metals,” Arnold Ltd., London, 1960, p. 451. 

5. E. P. Partridge and A. L. Salesbery, “Water Problems in Small Power Plants,” Proc. of the Midwest Power 
Conference, V. 5, 1942, pp. 105-116. 


H. N. Boetcher, “Cracking and Embrittlement in Boilers,” Mech. Eng. V. 60, 1944, p. 593. 



L. E. Han kin son and M. D. Baker, “Corrosion and Embrittlement of Boiler Metal at 1,350 lb. Operating Pressure,” 
Trans. ASME, July, 1947, pp. 479—486. 


F. G. Straub, “Wall Tube Corrosion in Steam Generating Equipment operating around 1,300 p.s.i.,” Trans. ASME, 
July, 1947, pp. 493-503. 

6. E. C. Potter, “Chemistry and Industry,” 159, p. 308. 

7. E. C. Potter and G. M. W. Mann, “The Fast Linear Growth of Magnetite on Mild Steel in High-Temperature Aqueous 
Conditions,” “British Corrosion Journal,” July, 1965, p. 26. 

8. E. C. Potter and G. M. W. Mann, Proc. First Int. Congr. on “Metallic Corrosion,” 1961 (London), 1962, p. 417 
(London: Butterworths). 

9. E. C. Potter, Trans. Amer. Soc. Mech. Eng. J. Engng for Power. 1964. 86, p. 320. 

10. D. E. Noll, “Limitations on Chemical Means of Controlling Corrosion in Boilers,” Corrosion, Nov. 1958, v. 14, p. 
541t. 

Related Information 

D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 

Hydrogen Damage and Embrittlement, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
809-822 


Hydrogen Embrittlement of Cadmium-Plated Alloy Steel Self-Retaining Bolts in a 
Throttle-Control Linkage 

From: W.J. Jensen, Failures of Mechanical Fasteners, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
529-549 


Abstract: Two clevis-head self-retaining bolts used in the throttle-control linkage of a naval aircraft failed on the aircraft assembly line. 
Specifications required the bolts to be heat treated to a hardness of 39 to 45 HRC, followed by cleaning, cadmium electroplating, and 
baking to minimize hydrogen embrittlement. The bolts broke at the junction of the head and shank. The nuts were, theoretically, 
installed fingertight. The failure was attributed to hydrogen embrittlement that had not been satisfactorily alleviated by subsequent 
baking. The presence of burrs on the threads prevented assembly to finger-tightness, and the consequent wrench torquing caused the 
actual fractures. The very small radius of the fillet between the bolt head and the shank undoubtedly accentuated the embrittling effect 
of the hydrogen. To prevent reoccurrence, the cleaning and cadmium-plating procedures were stipulated to be low-hydrogen in nature, 
and an adequate postplating baking treatment at 205 deg C (400 deg F), in conformity with ASTM B 242, was specified. A minimum 
radius for the head-to-shank fillet was specified at 0.25 mm (0.010 in.). All threads were required to be free of burrs. A 10-day 
sustained-load test was specified for a sample quantity of bolts from each lot. 

Keywords: Electroplating; Hydrogen embrittlement 


Material: Cadmium-plated steel (Steel, general) 


Failure types: Surface treatment related failures; Hydrogen damage and embrittlement 


Two clevis-head self-retaining bolts used in the throttle-control linkage of a naval aircraft failed on the aircraft assembly line 
(a failed bolt is compared with an unused bolt in Fig. la). Specifications required the bolts to be heat treated to a hardness of 
39 to 45 HRC, followed by cleaning, cadmium electroplating, and baking to minimize hydrogen embrittlement. The bolts 
broke at the junction of the head and shank. The nuts were, theoretically, installed fingertight. 



V 



Fig. 1 Cadmium-plated alloy steel self-retaining bolts that fractured because of hydrogen damage, (a) Fractured 
and unused intact bolt, (b) Fractured bolt; brittle fracture surface is indicated by A and B. (c) and (d) Electron 
fractographs of surfaces A and B, respectively, showing brittle intergranular fractures. 5000x 

Investigation. Inspection of the bolts and nuts showed excessive burrs in the threads at the cotter-pin holes and the nut 
slots, which made it necessary to use a wrench in assembly. This obviously had set up a tensile stress, which caused the bolts 
to fail. The fillet at the junction of the head and shank was undesirably sharp, but met the manufacturer's specification of 0. 13 
to 0.25 mm (0.005 to 0.010 in.) for the fillet radius. 

Macroscopic examination of the fracture surface (Fig. lb) gave no evidence of corrosion, fatigue marks, or rapid ductile 
failure. Electron fractographs of the fracture surface (Fig. lc and d) showed a typical brittle intergranular fracture, suggestive 
of hydrogen embrittlement. The microstructure was found to be sound and normal, and the hardness was within 
specifications. 

Considerations of the event of failure before actual service and the possibility of hydrogen embrittlement that is inherent in 
cleaning and electroplating procedures led to the question of whether the bolts had been adequately baked after plating and 
whether postplating treatment had been performed as specified. To explore this possibility, bolts from the same lot as the 
failed bolts were tested in prolonged tension in three conditions: as-received, baked at 205 °C (400 °F) for 4 h, and baked at 
205 °C (400 °F) for 24 h. The bolts in the first two conditions failed under a sustained tensile load, but the bolts baked for 24 
h did not, indicating that baking by the manufacturer had either been omitted or had been insufficient. 

Conclusions. The failure was attributed to hydrogen embrittlement (resulting from cleaning, cadmium plating, or both) 
that had not been satisfactorily alleviated by subsequent baking. The presence of the burrs on the threads prevented assembly 


to fingertightness, and the consequent wrench torquing caused the actual fractures. The very small radius of the fillet between 
the bolt head and the shank undoubtedly accentuated the embrittling effect of the hydrogen. 

Corrective Measures. The cleaning and cadmium-plating procedures were stipulated to be low-hydrogen in nature, and 
an adequate postplating baking treatment at 205 °C (400 °F), in conformity with ASTM B 242, was specified. A minimum 
radius for the head-to-shank fillet was specified at 0.25 mm (0.010 in.). All threads were required to be free of burrs. A 10- 
day sustained-load test was specified for a sample quantity of bolts from each lot. 
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Failure of Aircraft Engine Crankshaft 

C. Howard Craft, Senior Metallurgist, Magnaflux Corp. Testing Laboratories 


From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society for Metals, 1974, p 170 


Abstract: A broken aircraft crankshaft and a severely damaged main brass bearing were examined to determine whether engine failure was 
initiated in the bearing or in the crankshaft. The steel crankshaft failure was a classical fatigue fracture. The bearing had been subjected 
to extremely high temperatures, as indicated by melting in the brass components and the extreme distortion in the rollers. Microscopic 
examination on the crankshaft material showed it to be a good quality steel. On the other hand, the chromium plate was thick, porous, 
and cracked in many places, including the point of the main fatigue crack. It was concluded that the over-all failure was initiated in the 
crankshaft, and the failure of the bearing resulted from that failure. 

Keywords: Aerospace engines; Chromium plating; Crankshafts; Overheating; Roller bearings 


Material: Chromium-plated steel (Steel, general) 


Failure types: Fatigue fracture; Surface treatment related failures 


The submitted parts consisted of a portion of a broken aircraft crankshaft and a severely damaged main bearing. The problem 
was to determine, if possible, whether engine failure was initiated in the bearing or in the crankshaft. 

Visual observations showed clearly that the crankshaft failure was a classical fatigue fracture as shown in Fig. 1. Adjacent to 
the fracture surface was a remachined and chromium-plated diameter which showed small cracks in the chromium plate near 
a threaded and plugged hole. 



Fig. 1 Visual examination of fracture surfaces indicated fatigue failure. 

The bearing shown in Fig. 2 had been subjected to extremely high temperatures, as indicated by the melting in the brass 
components and the extreme distortion in the rollers. 






Fig. 2 Chromium plate in bearing was thick, porous, and cracked in many places. 

Microscopic examination on the crankshaft material showed it to be a good quality steel. On the other hand, the chromium 
plate was thick, porous, and cracked in many places, including the point of the main fatigue crack. 

The high degree of damage in the bearing indicated that it could not have started to fail and progressed to failure in the 
manner indicated in the time obviously required for the failure of the crankshaft. It was concluded that the over-all failure was 
initiated in the crankshaft and that the failure of the bearing was a result of that failure. 

Failure of the crankshaft itself probably resulted from the effect of a highly stressed chromium plate. A possible contributing 
factor was the presence of residual stress around the set screw. A complete engine investigation might also reveal some 
bearing misalignment or momentary loss of lubrication. There were insufficient data in this case to make a positive 
conclusion, but the available evidence indicated it was an example of improper processing. 
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Steel Wire Cracked at Welded Joint 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A 2.3 mm diameter steel wire broke during cable twisting. The fracture occurred obliquely to the longitudinal axis of the wire 
and showed a constriction at the end. Therefore it was a ductile fracture. File mark type work defects were noticeable on the wire surface 
at both sides of the fracture, but they had no effect on the breakage of the wire. Away from the fracture area, the wire had a normal 
structure of hyperfine lamellar pearlite (sorbite) of a "patented" and cold drawn steel wire. In the vicinity of the fracture, the cementite 
of the pearlite was partially spheroidized, while at the fracture itself it was completely spheroidized. Therefore the wire was locally 
annealed at this point. It was likely that the wire cracked at this point during the last drawing and then broke during twisting due to its 
lower strength in the weakened cross section after prior deformation. 

Keywords: Annealing; Welded joints; Wire 


Material: Cold-drawn steel (Steel, general) 


Failure type: Ductile fracture 





A steel wire of 2.3 mm diameter broke during cable twisting. The fracture occurred obliquely to the longitudinal axis of the 
wire and showed a constriction at the end. Therefore it was a ductile fracture. File mark type work defects were noticeable on 
the wire surface at both sides of the fracture, but they had no effect on the breakage of the wire. 

Longitudinal sections were made for examination at the fracture and on each side of it at approximately 200 mm distance. 
Away from the fracture area the wire had a normal structure of hyperfine lamellar pearlite (sorbite) of a “patented” and cold 
drawn steel wire (Fig. 1). In the vicinity of the fracture (Fig. 2) the cementite of the pearlite was partially spheroidized, while 
at the fracture itself it was completely spheroidized. Therefore the wire was locally annealed at this point. This could be 
confirmed by hardness measurements. Hardness (HV 5) had decreased from 490 to 390 kp/mm 2 at this site. 



Fig. 1 Structure of wire. Longitudinal section, etch: Picral. 500x Normal patented structure. HV 5 = 490 kp/mm 2 . 



Fig. 2 Structure of wire. Longitudinal section, etch: Picral. 500x 7 mm distance from fracture. HV 5 = 396 
kp/mm 2 . 




Apparently this was due to an annealed zone of the weld joint. This could also be confirmed in addition to the above 
mentioned “file marks” by individual surface decarburized folds that were noticeable in the zone, while the wire otherwise 
had a completely smooth surface. 

It is likely that the wire cracked at this point during the last drawing and then broke during twisting due to its lower strength 
in the weakened cross section after prior deformation. 



Fig. 3 Structure of wire. Longitudinal section, etch: Picral. 500x 3 mm distance from fracture. HV 5 = 391 
kp/mm 2 . 
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Galvanised Cable Damaged by Localised Heating 

Elfriede Waldl, Hohere Technische Bundeslehranstalt 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Two sections of a galvanized cable 10.5 A 160 GR +NORM M 9533 (round stranded cable of normal type, h + 6, Langslay, 
right-handed) were examined. One had a 100 mm long blackish-brown tarnished zone obviously caused by localized heating at one end, 
inside which the hemp core was missing, and the other corresponded to the original condition of the cable. The cause of the damage was 
unknown. About a third of the wires had fractured and the rest had been cut. All were tensile fractures with a relatively high degree of 
necking. The cause of the localized heating was unknown. It can only be concluded from the investigation that the temperature did not 
exceed the Ac3 point of the wire material, which should be about 750 deg C, and that the heating lasted a fairly long time. 

Keywords: Cables; Cracking (fracturing); Galvanized steels; Overheating; Wire 


Material: Cold-drawn steel (Steel, general) 


Failure type: (Other, general, or unspecified) fracture 


Two sections of a galvanised cable 10.5 A 160 GR ONORM M 9533 (round stranded cable of normal type, h + 6, Langslay, 
right-handed) were brought for examination. One had a ca. 100 mm long blackish-brown tarnished zone obviously caused by 



localised heating at one end, inside which the hemp core was missing, and the other corresponded to the original condition of 
the cable. The cause of the damage is unknown. Figure 1 shows one end of the faulty section with the site of the damage. 
About a third of the wires had fractured and the rest had been cut. All were tensile fractures with a relatively high degree of 
necking (Fig. 2). 



Fig. 1 Damaged area. 3 x 



Fig. 2 Fractured surface of a ruptured wire. 5 x 




Seven wires were taken from three different strands of the damaged section and six wires from three different strands of the 
undamaged section and their tensile strengths measured. Whereas the average tensile strength of the wires from the 
undamaged section was 161.5 + 1 kgf/mm 2 , thus fulfilling the specification, the tensile strength of the wires from the 
damaged section varied between wide limits (between 81.5 and 139.7 kgf/mm 2 ) in no case reaching the required value of ca. 
160 kgf/mm 2 . The damaged section thus had a tensile strength from 26%ndash;50% lower than that of the undamaged 
section. Figure 3 shows the stress-strain curve for a sound wire and Fig. 4 that for a damaged wire. 




Fig. 4 Stress-strain curve of damaged wire, a B = 81.5 kgf/mm 2 . 

Longitudinal sections from ruptured and not ruptured wires from the damaged section and wires from the undamaged section 
were prepared for metallographic examination. Figure 5 shows the microstructure of the wires in the original condition as 
found in the undamaged wires and in the untarnished portion of the damaged wires. It consists of very long elongated grains 
of fine lamellar pearlite with little ferrite: the typical patent structure of a cold drawn wire. In the tarnished portion, however, 
the structure has changed fundamentally (Fig. 6). It consists of granular pearlite without grain elongation, which indicates that 
it has been soft annealed, thus explaining the reduction in strength. The edge zone has been heavily decarburized (Figs. 7, 8, 
9, 10). 





Fig. 5 Microstructure of the core of an undamaged wire. Etched in ale. picric acid. 500 x 





Fig. 6 Microstructure of the core in the annealed region of a damaged wire. Etched in ale. picric acid, 500 x 





Fig. 8 Longitudinal section through the fractured surface of a wire. Etched in ale. picric acid. 500 x 
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Fig. 9 Longitudinal section through the fractured surface of another wire. Etched in ale. picric acid. 100 x 






Fig. 10 Longitudinal section through the fractured surface of another wire. Etched in ale. picric acid. 500 x 
The zinc layer has apparently reacted with the base material to form a solid solution or a compound. This takes on a dark 
colour when etched with alcoholic picric acid (Fig. 8) and is significantly harder than the core structure. The microhardness 
of the decarburized layer was about 140 kgf/mm 2 , that of the core about 197 kgf/mm and that of the solid solution varied 
between 266 kgf/mm 2 and 434 kgf/mm 2 at a load of 10 gf. 

The outer zone could be a solid solution containing carbon or the carbide Fe 3 ZnC. This layer is obviously brittle and has 
cracked in many places under the load carried by the cable. The notches so formed have initiated the fracture of the wares and 
reduced the strain to fracture, as can be seen from Fig. 4. 

The cause of the localised heating is unknown. It can only be concluded from the investigation that the temperature did not 
exceed the Ac 3 point of the wire material, which should be about 750° C, and that the heating lasted a fairly long time. 

Related Information 

F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p514-528 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 671— 
699 

Wind Turbine Failures 

I. Le May, Metallurgical Consulting Services, Ltd.; C. Bagnall, Concurrent Technologies Corp. 

From: I. Le May, C. Bagnall, Successful Failure Analysis, Microstructural Science, Vol 24, Understanding Microstructure: Key to Advances 
in Materials, M.G. Burke, E.A. Clark, and E.J. Palmiere, Ed., ASM International, 1997, p 187 





Abstract: Two blade-detachment failures in large (600 kW) wind turbine generators were investigated. In the first case, bolt failures 
were established as the initial failure event. A fatigue crack reached a critical length, fast fracture developed and was then arrested as 
the bolt unloaded. Crack growth resumed when loading increased with cracking or fracture of adjacent bolts. The problem was identified 
as one of insufficient preload on the bolts. In the second failure on a different unit, a retaining nut on a blade assembly split, allowing a 
roller bearing to slide off a shaft and a blade to separate at its attachment hub. The failure was observed to be by fatigue. It was 
determined that pieces of the outer retaining rib (or flange) on the bearing inner cage had fractured by fatigue and were trapped 
between the nut and the bearing, producing excessive cyclic loading on the nut by a wedging action as the blade pitch adjusted during a 
revolution. Fatigue of the rim occurred as a result of inadequate lubrication in the bearing, which led to load transfer across the rollers, 
onto the rim. 

Keywords: Bearings; Bolts; Lubrication; Pretensioning; Turbine blades; Wind turbines 


Material: Ferritic steel (Steel, general) 


Failure type: Fatigue fracture 


Introduction 

Two failures in large (600 kW) wind turbine generators were investigated. Both were somewhat spectacular in that blades 
detached. 

First Failure 

Figure 1 shows a view of a wind turbine, while Fig. 2 shows another unit from the wind farm with one blade missing and 
another broken. It was not clear at the outset whether one blade had detached and struck the second blade, causing it to break, 
or whether there had been a structural failure within the broken blade leading to out-of-balance and overload of the other at 
the attachment bolts. From the evidence of blade components collected and from examination of the failed attachment bolts, 
the sequence became clear in due course, as shown in Fig. 3. The question to be settled was the cause of the bolt failures, 
which was established as the initial failure event. 




Fig. 1 600 kW wind turbine generator 





Fig. 2 View of wind turbine after blade detachment 




Fig. 3 Failure sequence: (a) bolts fail; (b) blade 1 detaches; (c) impact between blades 1 and 2; (d) tip of blade 2 
detaches and hits ground; (e) blade 1 impacts on ground, and parts of blade 2 detach; (f) surface material from 
blade 2 blown back by wind 


Figure 4 shows the fracture surface on one of the bolts. The bolt failure sequence was determined from evaluation of the 
extent of final fracture area on each bolt and the loading direction was determined from an analysis of blade forces. Another 
bolt is shown in Fig. 5. This shows how the crack reached a critical length; fast fracture developed and was then arrested as 
the bolt unloaded. Crack growth resumed when loading increased with cracking or fracture of adjacent bolts. The problem 
was identified as one of insufficient preload on the bolts, and is described below. 



Fig. 4 Fracture surface of failed bolt. Note the small area of final fracture and growth direction left to right. 
Magnification 2.4x 





Fig. 5 Bolt showing crack growth in fatigue until a critical length was reached. Fast fracture took place until the 
load dropped sufficiently to arrest the crack. Further fatigue occurred until critical conditions were reached for final 
fast fracture. Magnification. 2.4x 

Figure 6 shows a modified Goodman diagram with various load cases plotted. The cases were developed for different blade 
angles and wind speeds. The evaluation was made for 600 kW (rated output) and 1000 kW (peak design condition). The 
preload considered is the design value, together with a fatigue strength reduction factor (K f ) of four (4), in consideration of 
the stress concentration at the threads of the bolts. As designed, all cyclic load conditions fall within the “safe” region. 
However, it was established that the preloads used were below design values in some cases, and also that bolts had loosened 
while in service from wear and various other factors related to lubrication and surface coatings. The points shown as solid 
circles in Fig. 6 are for “no preload” with K f =4. As may be seen, one of the load cases considered in the design analysis (Case 
#5) produces a point outside the “safe” region: if a safety factor of 2 is included in the analysis, all solid points would lie in 
the region where failure is predicted to occur. The lesson learned was the need for adequate preload, increased by a suitable 
safety factor, and the necessity of ensuring that this was maintained in service. 
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Fig. 6 Modified Goodman diagram for fatigue of the attachment bolts, with various loading cases indicated. 1 ksi 
=6.895 Mpa 




Second Failure. 


The second failure occurred in a different unit. In this case, a retaining nut on a blade assembly split, allowing a roller bearing 
to slide off a shaft and a blade to separate at its attachment hub. The ring nut fractured at one of the slots used to tighten it, as 
shown in Fig. 7. The failure was observed to be by fatigue, but the circumferential or hoop stress generated in the nut from 
the threads and the axial loading was calculated to be insufficient to cause the fatigue fracture. 



Fig. 7 Fracture in the retaining nut. Note that there was a saw cut made to the left of the fracture prior to the 
photograph being taken. The section is 32 mm x 32mm 

In further analysis, fatigue striations were measured and counted; Fig. 8 shows an example of the striations. Using the ASME 
reference data for fatigue crack growth for ferritic steels in air ( 1), a stress intensity factor, K, for an edge crack in a plate, 
and taking the stress ratio R = 0.9, the stress range in the nut was estimated to be on the order of 275 MPa in the earlier stages 
of crack growth. When the crack had progressed more than half way through the section the stress range was on the order of 
70 MPa. These stress levels were much higher than the values calculated for operating loads. Indeed, the stresses computed in 
the nut were such that the A K range would be below the threshold for fatigue crack growth. Consequently, it was necessary to 
look for other sources for the generation of large cyclic loads.__ 



Fig. 8 Transmission electron micrograph of replica showing fatigue striations on the retaining nut fracture face 
After careful examination of all parts, it was determined that pieces of the outer retaining rib (or “flange”) on the bearing 
inner cage had fractured by fatigue and were trapped between the nut and the bearing, producing excessive cyclic loading on 
the nut by a wedging action as the blade pitch adjusted during a revolution. Figure 9 shows the scalloped appearance of the 




inner cage rim, and evidence of fatigue on a fragment. Fatigue of the rim occurred as a result of inadequate lubrication in the 
bearing, which led to load transfer across the rollers, onto the rim. 
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Explosion of Air Receiver on Excavator 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: While an attempt was being made to start the diesel engine of a dragline type excavator, a severe explosion took place, the 
operator unfortunately being killed. The engine was normally started by compressed air from an air bottle or receiver charged to a 
pressure of 350 psi by a small auxiliary engine driven compressor fitted on the excavators. On an occasion when this had broken down, 
the air bottle was replenished by the engineer-in-charge from a cylinder of compressed air. The compressor engine remained unserviced 
and when the starting bottle again became depleted, the excavator operator re-charged it himself from another cylinder without the 
knowledge of the engineer. The engine was started satisfactorily and the bottle charged again to 350 p.s.i. in readiness for the start on 
the following day. It was while an attempt was being made to start the engine on this occasion that the explosion took place. The 
cylinder used by the operator for re-charging the receiver contained not air but oxygen. 

Keywords: Compressed air; Diesel engines; Oxygen 


Material: Gas cylinder steel (Steel, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


While an attempt was being made to start the diesel engine of a dragline type excavator, a severe explosion took place, the 
operator unfortunately being killed. A view of the machine following the event is seen in Figure 1. 



Fig. 1 View of excavator after explosion. 


The engine was normally started by compressed air from an air bottle or receiver charged to a pressure of 350 p.s.i. by a small 
auxiliary engine driven compressor fitted on the excavators On an occasion when this had broken down, the air bottle was 
replenished by the engineer-in-charge from a cylinder of compressed air. The compressor engine remained unserviced and 
when the starting bottle again became depleted, the excavator operator re-charged it himself from another cylinder without 
the knowledge of the engineer. The engine was started satisfactorily and the bottle charged again to 350 p.s.i. in readiness for 
the start on the following day. It was while an attempt was being made to start the engine on this occasion that the explosion 
took place. 

As a result the right-hand side of the machine cabin became displaced upwards and sideways, the air receiver, radiator, air 
starting equipment and the lower portion of the crank-easing were blown off, some parts being found 200 yards away. 

The condition of the air receiver following the mishap is shown in Figures 2 and 3, and it is apparent that the damage to the 
excavator resulted from the prior rupture of the receiver, which occurred in an extremely violent manner. The receiver was 
normally located on cradles, as indicated at “X” in Figure 1 and the assembly is illustrated in detail, in Figure 4 being a 
photograph of an identical machine. 





Fig. 2 Portion of ruptured air receiver. 
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Fig. 4 Location of air receiver as seen on identical machine. 

The rupture of air receivers in an explosive manner is not unknown. They most frequently arise from the combustion of oily 
deposits within the vessel, following overheating in service. In this particular case this cause was ruled out since the machine 
had not been working. It was established, however, during the subsequent investigation that the cylinder used by the operator 
for re-charging the receiver contained not air but oxygen the spontaneous ignition temperature of many petroleum derivatives 
is considerably lower than in air and contact of oxygen with organic or easily oxidised material such as oily or greasy 
substances in the cylinder or associated pipework could have resulted in the formation of an explosive mixture. The rapid 
increase of pressure in the cylinder during the starting operation would result in considerable heat of compression which 
would serve to initiate combustion with explosive violence, and it was considered that the air receiver was disrupted by an 
explosion initiated by a flash-back from the engine cylinder. The starting system pipework did not incorporate a non-return 
valve which would assist in preventing such an occurrence. 

It was subsequently learned that a severe flash-back was experienced when the engine was started by the same agency the day 
before, but unfortunately no significance was attached to the event. 

This occurrence emphasizes the need for adequate attention and supervision in respect of the identification, marking, storage, 
control and use of oxygen cylinders, and information regarding the inherent danger of employing oxygen in circumstances 
where it may come in contact with oil or grease needs to be more widely disseminated. 

Published by courtesy of the Department of Industrial and Forensic Science, Ministry of Commerce, Government of Northern 
Ireland. 



Analysis of Hot Rolled Steel Transit Damage 

Barry Dillon, Forensic Services 


From: B. Dilion, Transit Damage and Hot Rolled Steel, Practical Failure Analysis, Vol 2 (No. 4), Aug 2002, p 7-13 

Abstract: Investigation of alleged corrosion damage to hot-rolled steel during transit requires metallurgical, chemical, and corrosion 
knowledge. Familiarity with non-destructive techniques and sampling procedures is necessary. A complete record of shipment 
history is also required, including the purchasing specifications and observations and photographs taken during surveys enroute. A 
frequent conclusion of such investigations is that the alleged corrosion is of no significance or did not occur during the voyage. 
Keywords: Mill scale; Rusting; Storage 

Material: Hot-rolled steel (Steel, general) 

Failure type: Uniform corrosion 


Hot Rolled Steel 

Much of the world's production of steel is used in the hot rolled or as-rolled condition. Hot rolled steel is one of the basic 
raw materials of industry and is transported great distances throughout the world. Usually there is no surface treatment 
(such as blasting, painting, or galvanizing) until it reaches its end user. Thus it is transported and stored unprotected. 
Inevitably incidents occur along the way and insurance claims are lodged, alleging that damage has been done. 
Sometimes there is no known incident, but the condition of the steel is pointed to as evidence that something must have 
happened. 

When claims are made, adjusters and insurers need to determine some combination of the following: 

• cause of damage 

• timing of damage 

• extent of damage 

This article explains ways in which a technical investigation provides answers to these questions. 

Mill Scale 

When steel emerges from a hot rolling mill, it is not a pretty material. At the high temperature at which rolling takes 
place, oxidation occurs rapidly, and hot rolled steel is covered with a thick, dark gray material, known to the steel industry 
as mill scale and to a geologist as magnetite. It is one of the forms in which iron is found in nature (Fig. 1), and it has the 
formula Fe 304 . As the name implies, it is magnetic and is the lodestone of old, by which mariners found their way. As 
stated previously, most steel going under the title hot rolled steel has no additional treatment and the mill scale is left on, 
although occasionally some is surface treated after rolling, say by pickling in acid or grit blasting, and then left in that 
condition. 




Fig. 1 Red hills of hematite in Northwest Australia. Rust is iron (steel) reverting to nature. Photograph by 
David Dare Parker reproduced courtesy of Australian Geographic. 

Mill scale is said by some to confer a degree of corrosion resistance. However, it is brittle and at some time will begin to 
flake off, thus exposing the steel, whereupon corrosion will begin. Other references say that mill scale increases the 
coiTosion by virtue of potential differences between it and the exposed steel. Which of these effects predominates is 
largely irrelevant to the gist of this article. 


Rusting 


As mill scale is lost, rusting begins (Fig. 2a). The initial rust is a hydrated feme oxide, with a formula approximating 
FeOH 3 . As the rust ages, the oxygen content increases, approaching the formula Fe 2 03 . During this process, the light 
orange-brown color of fresh rust darkens to a reddish, dark brown (Fig. 2b-c). The geological name for FcoCF is hematite, 
and this is the most usual form in which iron is found in nature. 



Fig. 2 (a) A magnetite coating on hot rolled sheet, with fresh rust breaking through; (b) Hot rolled surface, 
about 60% covered with fresh rust; (c) Hot rolled steel, with all the original magnetite lost. Rust is beginning to 
darken where arrowed, to form hematite. 

When steel that has been exposed for weeks to months is closely examined, it is common to see all these varieties of iron 
oxide. There will be mill scale, and at the edges of this scale where the steel has been freshly exposed, there will be fresh 
rust, alongside which older, darker rust will be apparent. The variation is even more complicated since at any location 







there will be variations in oxygen content and water content with depth. However this article is about the immediately 
visible rust. 

When exposed rolls are viewed from a distance, the above localized variations merge to produce an even patina. (There is 
a range of steels designed to never be painted, with the intent that they be used in applications where the eventual dark 
patina will appear as a natural effect, perhaps merging with the environment. Sometimes this works, depending on the 
skill of the architect.) With longer exposure the patina changes in color for the reasons given above. Examples are shown 
in Fig. 3(a-b). When looking at these photographs, it should be taken into account that the coils were exposed in a tropical 
country six degrees from the equator, with a year-round average temperature of 27 °C and 70% average humidity. For 
purposes of comparison, an exposed test 


Fig. 3 (a) Hot rolled coils after exposure for 2-4 weeks and 10 weeks in Malaysia; (b) Hot rolled coils after 
exposure for 34 weeks in Malaysia; (c) Corrosion in 10 days on clean, descaled steel exposed outdoors in 
Malaysia 

Insurance of Hot Rolled Steel 


Given that rusting begins when the steel is rolled and is a natural, inevitable process in which the iron is simply reverting 
to nature, it is curious that this material should be insured by policies that sometimes include the words rust, oxidation 
and discoloration. The difficulty presented by the presence of these words is highlighted further when a study of product 
standards for hot rolled steel reveal the absence of these same words. In fact, to a metallurgist, it is odd that there should 
be any claims at all for the rusting of hot rolled steel. 

The inappropriate wording of such policies is further highlighted by the fact that hot rolled steel is never wrapped for 
protection and is commonly stored outdoors. Clearly, from the background given above, every shipment of hot rolled 
steel coil and plate is rusted to some extent. The questions are “How much?” and “Is the rusting logically claimable under 
an insurance policy?” In my organization, we are often asked to provide qualitative data and opinions to enable an 
adjuster to interpret the policy. 


Storage 


For an article devoted to damage during transit, there might seem to be undue emphasis on deterioration that occurs 
during land storage. On many claims for which we have been consulted, the sea voyage occupied only a small proportion 
of the insurance interval. The reason for this is the wide range of time intervals covered by marine policies. These can 
cover the voyage itself or might extend for long intervals on either side, during which the coils are simply sitting 
outdoors, sometimes in abysmal conditions (Fig. 4). 












Fig. 4 Coil Storage: These coils weighed over 20 metric tons each and when placed on reclaimed land tended 
to sink, despite stones placed beneath. The land was subject to flooding. Some coils were placed on top, 
causing the ones beneath to sink further into the ground. Tarpaulins were placed over others, ensuring moist 
conditions round the clock. The insurance contract covered up to 60 days storage after the unloading from the 
vessel. 

On a high proportion of the claims with which we are involved, we find that the damage is either not as significant as 
suggested or most of the corrosion that has occurred has taken place on land after the voyage. When the conditions of 
storage are considered, the corrosion that has taken place is in no way mysterious. Corrosion science is a large field with 
decades of extensive research and accumulation of experience and case histories. With hot-rolled steel, while it is not as 
simple as wet steel rusts, it is not that much more complicated. Sometimes efforts to semi-protect the steel can worsen the 
situation (Fig. 5a,b, and c). 



Fig. 5 Pipe Storage: The use of end caps on these pipes did not go well with outdoor exposure. Any water 
entering could not escape, resulting in a humid atmosphere inside, with upper pipe temperatures reaching 100 
°C in the sun. This resulted in the loss of mill scale and corrosion over the entire inside circumference, (a) 
Normal mill scale finish in pipe where no water had entered; (b) plastic end caps; (c) water had entered this 
capped pipe, with the resulting humidity causing corrosion that lifted the mill scale. 

Significant factors and mechanisms applying to corrosion of hot rolled steel stored outdoors in the tropics are as follows: 

1. Tropical countries tend to have high rainfalls, but the proportion of time it is raining can be low. An exposed 
surface can be wet for less than an hour a day, whereas a surface in a situation where the water cannot escape, 
e.g., inside the coiled sheet, will be wet for 24 h/d. The regularity of the rainfall ensures some surfaces never dry 
out. 

2. It is well known that with steel piles in water, corrosion is greatest at the splash zone, partly because of the 
optimum combination of wetting and availability of oxygen. Much the same applies to tropical corrosion where 
coils sit in pools of water (Fig. 6). At many of the storage sites we have visited, corrosion would have been less 
had the steel been totally submerged. 

3. The initiation of corrosion and the accumulation of scale on surfaces leads to an additional acceleration beneath 
continually wet deposits as a result of electrochemical effects (Fig. 7, 8, 9, and 10). 

4. The average 24-hour, year-round temperature of a country like Malaysia, close to the equator, is of the order of 
27 °C. This compares with Zurich at 9 °C, London at 11 °C, and New York at 12 °C. Corrosion is a chemical 
reaction, and other factors being equal, the higher the temperature, the faster the reaction. 



Fig. 6 Coils are sometimes stored outdoors in poor conditions. 



Fig. 7 Rail Storage: Steel rails for a long term project were imported into Malaysia and stored in the open. A 
large proportion were placed in one stack 6 m by 6 m by 5 m high. The rails from this and other stacks were 
used progressively, being taken from the tops of the stacks. After 17 months it was declared that the condition 
of the remaining rails in the large stack was so poor they were no longer acceptable. The rails in the smaller 
stacks were acceptable. Investigation revealed the size of the stack prevented the rails from drying out. 
Occasional rain, typically for a short time each day, kept the inside of the stack perpetually moist. Falling rust 
accumulated on horizontal surfaces, leading to deep pitting under the deposits. 
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Fig. 9 Typical corroded upper surface from small stack 



Fig. 10 Typical corroded upper surface from a large stack 

Failure Analysis 

Shipment History 

The raising of an insurance claim many months after the goods left the manufacturer can result in obvious difficulty in 
determining how and when damage occurred. The unraveling of such claims can involve a trail of paperwork extending 
across the globe. 

When we are appointed, we immediately request full details of the shipment history and purchase details. Sometime this 
reveals the steel had been made long ago and had been sitting around long before the insurance began. 

A common practice is to employ surveyors at various stages during transport, such as loading and unloading. However, at 
each inspection, the surveyor has only limited information, and often the problem is not apparent until all the 



documentation is collected and studied (Fig. 11 and 12). Individual surveyors enroute are unlikely to know the details of 
manufacture, the end application, or the applicable standards of acceptance and reject ion. 



Fig. 11 Contamination by Acid: In this shipment from Europe, a survey prior to loading revealed seepage and 
a positive result for a chloride spot test. Note that these coils had been descaled. When the coils arrived in 
Malaysia six weeks later, there was unusually severe corrosion in the same areas of the coils. It was most 
probable the coils still conformed to the original specification, but the damage was then compounded by months 
of storage on swampy land, with tarpaulins holding moist air about the coils. Chemical analysis of the corrosion 
product revealed high fluoride levels. In retrospect, the positive test in Europe was probably from a pickling 
solution with HF content that had not been washed off. The application of a silver nitrate swab produced a white 
precipitate, usually indicative of the presence of chloride ions. Courtesy of Unilex Maritime s.a.r.l., France 



Fig. 12 Taken six weeks after survey in Europe. Courtesy of Link Survey (m) Sdn Bhd, Maylasia 

For example, delivery documents might indicate an international standard under which the steel was purchased, with no 

mention of separate agreements between the importer and the client that place more onerous restrictions on dimensional 

variation. 

Has Significant Corrosion Occurred? 

In addition, as mentioned previously, all hot rolled steel is rusted to some extent, so the question of how much rust is 
acceptable, or even reportable, is a matter of diverse opinion. Non-destructive testing can be used to quantitatively 
describe the dimensional condition of the shipment. Many adjusters are surprised when we point out that the shipment 
still conforms to the standard under which it was purchased. This is because a feature of rusty steel is that damage can 
look far worse than it actually is. 

When steel corrodes, the oxide is bulky, commonly occupying a volume many times that of the steel that was converted 
into rust. Thus the bulky oxide gives a false visual impression of the quantity of steel lost. In reality, the standard 




specifications for hot rolled steel, from whatever origin, provide generous allowances for deviation about a nominal 
thickness, whether in terms of thickness or weight. In addition, the rusting of the steel and the lifting of the mill scale can 
render subsequent abrasive blasting easier, rather than increase costs as is sometimes claimed. 

From the many investigations we have carried out, we offer the following truism, which we do not claim to be an 
infallible rule, but in our opinion it almost always holds for hot rolled steel. 

In a normal voyage, wetting by itself will not result in such corrosion that hot rolled steel no longer conforms to the 
standard to which it was manufactured. 

This leads to the following corollary. If hot rolled steel from a voyage is found to have corroded to the extent that it no 
longer conforms to the standard under which it was manufactured, and there is no contamination other than wetting, then 
much of the corrosion had occuiti ’ " """ 


Fig. 13 Prior Corrosion: Examination of this shipment of steel from Poland revealed that the corrosion was so 
severe it could not have occurred during the voyage. That is, the corrosion rate would have been in excess of 
that possible, even if it had been wet for the entire voyage. It was found that the steel had been stored under 
good conditions during the voyage and had not been wet. There were no other materials in the hold capable of 
accelerating corrosion. Inspection was carried out soon after arrival and storage corrosion after the voyage 
could not have been a factor. It was clear that the steel had been exposed to the elements for a long time prior 
to the voyage. Figure 13 shows steel from Poland claimed to have been corroded during a voyage. 



Fig. 14 Feature of this corrosion was that the mill scale had lifted on all surfaces, irrespective of orientation 






Fig. 15 Severe corrosion in the channel, to the extent that it could not have occurred during a single voyage 

Manufacturing Defects 

Examination of shipments can reveal problems that originated in manufacture. We often suspect the insured is well aware 
of this but finds it simpler to claim for corrosion damage in his own country than to attempt to recover from a 
manufacturer on the other side of the world. Figures 16, 17, 18 illustrate problems that have their origin in manufacture. 



Fig. 16 Prior Defects: The explosion in world trade has increased the choices of sources of steel available to a 
manufacturer. There can be considerable saving in buying from a non-traditional source. However the more the 
sources the greater the possible range of defects. Steel from nontraditional sources can exhibit a range of 
quality problems which can complicate an insurance claim. For example, on a single shipment, there might be 
an unusual severity of rusting, together with serrated edges, coiling damage, and handling damage caused by 
poor strapping, (a) Burred edges on hot rolled coil, caused by rubbing during coiling. Such damage is not 
possible during transport; (b and c) serrated edges on hot rolled steel coil. This condition is a natural result of 
hot rolling, but it should be trimmed away at the steel mill prior to shipping. 



Fig. 17 Strapping: Strapping can be poor to begin with, or can deteriorate with handling and/or corrosion. If 
straps are unevenly tensioned, there will be excessive stress on the tightest. In turn each will fail. Straps are 
made of thin steel and a little corrosion can significantly weaken them. A tightly wound, tightly strapped coil is 
extremely strong, with each winding supported by its neighbors. However, once a coil is loosened and windings 
telescope, they are very vulnerable to damage. Unwinding alone, with no damage, can result in rejection 
because the coil will not fit into pipe making equipment and there is no way to recoil, (a) Edge damage. The 
orange color testifies to recent occurrence; (b) a coil with straps beginning to fail; (c) a coil with all straps 
broken, allowing the coil to unwind every time it is handled. 





Fig. 18 Poor Strapping: (a) Coils of hot rolled steel from Russia, said to have suffered damage during handling 
during the voyage. Examination revealed that the damage had occurred during transport, but the coils had 
been rendered vulnerable to damage because of poor strapping at manufacture. The loose strapping resulted in 
the coils tending to unwind, with breaking of straps and further loosening. The coils were then able to 
telescope, and every time they were lifted with slings, there was edge damage (b). 

When Did the Corrosion Occur? 

The most common question we are asked is about when the corrosion occurred. The interest of the adjuster/insurer is 
whether the corrosion occurred during the period of insurance. Unfortunately, the use of dating techniques in 
archeological studies has given the false impression to many that rust can be quantitatively dated. The color of the rust 
does sometimes allow us to express an opinion, provided we are consulted quickly. For example, if we examined a 
shipment a few days after arrival in Penang from a 10-day voyage from India and saw an even patina of dark red/brown 
rust, we would say that the corrosion did not occur on the voyage. If we were first asked to examine the same shipment 
two months later after outdoor storage, we would not be able to provide the same opinion by observation alone. 

The magnitude of the corrosion might also allow the question to be answered. If analysis shows no contaminating species 
and we are satisfied that wetting alone could not have resulted in the metal loss, we would conclude that corrosion 
occurred before the voyage. To make such a judgment, it is necessary to know the nature of the other cargo on the vessel. 
Were there any materials that might have accelerated corrosion? Was there machinery that might have been expected to 
suffer damage, had the environment been unusually corrosive? 

Corrosion from Contamination 

In our experience, when abnormal corrosion has occurred during a voyage, it is a result of contamination. Examples of 
contaminants are seawater, fertilizer, and acid (Fig. 11, 12, 19 and , 20). Even if the shipment still conforms to 
specification, a proven incidence of contamination during the voyage and abnormal corrosion will provide an insured with 
a strong case, and the problems will have to be addressed rather than dismissed. It is a fact that very rusty steel looks bad 
and can be more difficult to sell, even though it conforms to specification. However, it is difficult to justify the scrapping 
of hot rolled steel that still conforms to specification, irrespective of how it looks. See Fig. 19 for a typical resolution. 
Knowledge of the other cargo and chemical analysis of corrosion products are necessary steps in failure analysis. 





Fig. 19 Contamination by Seawater: The steel plates shown here (a) were carried on a ship which caught fire 
off Singapore. The fire was fought with seawater, and by the time the plates were removed there was very 
visible corrosion (see far right) and a claim was made for 80% damage allowance. It was determined that 
despite the long contact with sea water, the steel conformed dimensionally to the product standard under which 
it had been purchased. The plates were decontaminated and surface treated, at a cost of about 20% of the 
value of the shipment. The steel plate on the left (b) has a "normal" appearance, being mainly coverd with mill 
scale. The plate on the right (c) has been in the hold of a ship while contaminated with seawater. While it 
looked bad, it still conformed to the original specification. 



Corrosion pitting 
inside of pipe, revealed 
after removal of porous 
steelmaking 

seen below. 


Steelmaking addition 
that had been lying 
inside the pipe. 
Found to be moist 
and contaminated 
with ammonium 
chloride. 


Fig. 20 Contamination by Fertilizer: This shipment of hot rolled pipe exhibited unusual corrosion upon 
discharge. Inquiries revealed there were fertilizer (ammonium chloride) and steelmaking additions stored above 
the pipe in the hold. The porous, granular steel-making addition stuck to the pipe, providing a reservoir for the 
fertilizer and moisture. It was likely that most of the corrosion occurred after the voyage while the pipes were 
stored outdoors and the insurance inquiries were being carried out. 

Summary 

The investigation of alleged corrosion damage to hot rolled steel during transit requires metallurgical, chemical, and 
coiTosion knowledge. Familiarity with non-destructive techniques and sampling procedures are of assistance. A complete 
record of shipment history is also required, including the purchasing specifications and observations and photographs 
taken during surveys enroute. A frequent conclusion of such investigations is that the alleged corrosion is of no 
significance or did not occur during the voyage. 
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In-Flight Separation of a Propeller in a Four Engine Aircraft 

J.W. Hutchinson, Canadian Transportation Accident Investigation and Safety Board 


From: Failure Analysis Techniques and Applications (Proceedings of the First International Conference on Failure Analysis), J.I. 
Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 


Abstract: A large four-engine aircraft was on a cargo flight at night when a loud bang was heard, accompanied by a loss of power 
from both engines on the left side. After an emergency landing, it was discovered that the propellers from both left side engines 
were missing. The initial investigation determined that the four-bladed propeller from the left inboard engine had separated in flight, 
subsequently impacting the left outboard engine, causing its propeller to separate also. Three years later, the left inboard propeller 
hub was recovered. All four blades had separated through the shank area adjacent to the hub. Detailed SEM examination confirmed 
a fatigue mode of failure in this area with a primary single origin on the inside surface of the shank. The main fatigue origin site was 
coincident with one of the defects on the inner surface of the blade shank. The most probable source for creating the defects on the 
ID bore of the shank was the blade tip chrome plating process, which was carried out during the last overhaul prior to the failure 
Keywords: Aircraft components; Chromium plating; Scanning electron microscopy 

Material: Martensitic steel (Steel, general) 


Failure types: Surface treatment related failures; Intergranular fracture; Fatigue fracture 


A large four engine aircraft was on a cargo flight at night when a loud ‘bang’ was heard, accompanied by a loss of power 
from both engines on the left side. The pilot made a successful emergency landing at a nearby airport and upon 
embarking, discovered that the propellers from both left side engines were missing (Figure 1). 



Fig. 1 Aircraft showing both propellers missing from the left side. 

The initial investigation determined that most likely, the four bladed propeller from the left inboard engine had separated 
in flight, subsequently impacting the left outboard engine causing its propeller to also separate. In order to substantiate 
this conclusion, the physical evidence of the separated propellers was required. Extensive aerial survey and ground 
searches of target areas based on trajectory analysis were earned out, but the missing propellers and most of the reduction 
gearboxes were not recovered. 

Three years later, it was reported to the regional office that some aircraft parts, including propeller blades, had been found 
in the bush very near to the area that had been searched. The parts were identified as being from the subject aircraft; they 
were recovered and the investigation was re-opened. Not all of the missing parts were found, but the left inboard propeller 
hub was recovered. 

The left inboard hub and one propeller blade are shown in Figure 2. All four blades had separated through the shank area 
adjacent to the hub. The shank fractures in three of the blades revealed 45 degree slant fractures, typical of overstress 
rupture in each case. The failure in the blade shank at the number 2 position was different, revealing a relatively flat. 





transverse fracture surface through a continuous 40% of the shank circumference. Detailed SEM examination confirmed a 
fatigue mode of failure in this area with a primary single origin on the inside surface of the shank. 


Fig. 2 Inboard propeller hub recovered. 


Figure 3 is a sketch of the shank profile at the fracture plane, depicting the boundaries of the fatigue zone. Around the 
inside surface of the shank, a series of small defects were observed, either coincident with the fracture surface or adjacent 
to it. Magnetic particle and visual inspection of the ID bore surface of the shanks from the other three blades did not 
reveal any similar defects or secondary cracking. 
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Fig. 3 Profile sketch of failed shank shows defect locations. 

The main fatigue origin site (identified as ‘O’ in Figure 3) was found to be coincident with one of the defects on the inner 
surface of the blade shank. The defect area measured approximately 9.5 mm by 15.9 mm along the edge of the fracture 
surface, and a series of parallel fissures running perpendicular to the fracture surface were observed within its boundaries 
(Figure 4). 




Fig. 4 Inside surface of shank showing main defect site; Arrows indicate fracture. 

The remaining defects, although not as large as the one located at the main origin site, were similar in nature. Figures 5 
and 6 show other defects on the inner surface of the shank. The surfaces of all the defects displayed green-coloured zinc 
chromate paint and remnants of zinc chromate were also found within the secondary fissures. The zinc chromate is 
applied during overhaul to the interior surface of the shank for corrosion protection. 


Fig. 5 Inside surface of shank shows other defect sites. 



Fig. 6 Inside surface of shank showing characteristics of defect site. 

A detailed SEM examination of the fatigue origin area revealed a narrow zone of columnar shaped grain structure 
adjacent to the shank inner surface within the boundaries of the defect. This zone changed to intergranular fracture which 
then interfaced continuously with the primary fatigue fracture (Figures 7 and 8). The zone of columnar grain structure 
followed by the intergranular structure is considered to be a precursor to the fatigue and is consistent with localized 
melting and resolidification of the material at these particular locations. 



Fig. 7 Main fatigue origin 'O'. 



Fig. 8 Area 'A' from Fig. 7; columnar structure at defect site. 

Cross-sections cut through the defect areas were prepared for metallurgical examination. The base material of the shank 
revealed a uniform quenched and tempered martensite microstructure. The cross-section of the defect on the shank ID 
surface etched a much lighter colour, consistent with a change in the microstructure to one of untempered martensite 
(Figure 9). 



Fig. 9 Metallurgical section through defect; heat affected area (white). 

A microhardness traverse was earned out through the region of the area of altered microstructure. In the lighter etched 
zone the hardness was 60-62 Rockwell C (FIRC). The hardness dropped to a uniform reading of 30-32 FIRC immediately 
upon transitioning into the normal, darker etched zone of the base material. Flardness evaluation of a sample taken from 
the shank, in an area remote from the failure origin, gave uniform results with an average value of 31 FIRC. 

The observed local microstructural changes in the shank material at each burn pocket site, along with the associated 
increase in hardness, was considered to be typical of local overheating of the shank material at these locations. The 
metallurgical changes and the characteristics of the associated fracture surfaces are typical of material which has reached 
a molten state and then resolidified. During this stage, small fissures developed, typical of quench cracks or shrinkage 
cracks. 

All seven defects were found to be situated at a distance of approximately 125 mm in from the butt of the blade. The most 
probable source for creating the defects on the ID bore of the shank was considered to be the blade tip chrome plating 
process, which was carried out during the last overhaul prior to the failure. During chrome plating the blade is suspended 
in the plating bath by a fixture which clamps onto the ID shank bore. The clamping fixture projects into the butt end of 
the blade by approximately 146 mm, but the clamping pads also contact the bore surface at a distance of 125 mm in from 
the butt end, where the defects were located. 



During chrome plating, 1000 amps are conducted to the blade through the contacting electrodes of the clamping fixture. It 
was concluded that inadequate contact of the plating electrodes caused these defects to occur. 

During overhaul, the shank bore is thoroughly inspected before the blade is replated. The zinc chromate paint is applied 
after plating as one of the last steps in the overhaul process. The presence of zinc chromate paint in the burn pockets 
indicates that they were present when the ID bore of the shank was last treated. After zinc chromate painting, there was no 
detailed inspection specified for the shank bore area and consequently the defects were not detected. 

As a result of this investigation, the manufacturer amended the overhaul manual to expand the inspection procedures. In 
particular, a final inspection was added following all overhaul or repair, to detect any unwanted flaws that could have 
inadvertently been produced during overhaul. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 
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Failure of a Gasoline Pipeline 

From: Failure of a Gasoline Pipeline, Practical Failure Analysis, Vol 1 (No. 1), Feb 2001, p 9 


Abstract: On 9 March 2000, an Explorer Pipeline Company pipeline failed near Greenville, TX, USA, releasing approximately 12,000 
barrels of gasoline. After the on-scene portion of the investigation was completed, an 8.5 ft. (2.6 m) section of the 28 in. (71 cm) 
diameter pipe was sent to the materials laboratory for examination. Examination included optical and scanning electron (SEM) 
microscopy of the fracture surfaces and metallographic examination of cross-sections through the fracture surface. From the outer to 
inner edge of the fracture surface, three different areas were observed, fracture features in area 1 were obliterated by corrosion. The 
fracture features in region 2 were relatively smooth, and striations were observed, typical of fatigue. In region 3, dimple features 
were observed, typical of ductile overstress. Also, corrosion pits were observed on the outer surface of the pipe section in locations 
where the protective black tar-like coating was cracked. 

Keywords: Gas pipelines; Welded joints 


Material: Pipeline steel (Steel, general) 


Failure types: Ductile fracture; Fatigue fracture; Pitting corrosion 


The National Transportation Safety Board simultaneously investigates major accidents in different modes of 
transportation at any time. The services of the materials laboratory are available to support any of those investigations. 
The following describes the materials laboratory involvement in a particular investigation. As this was an ongoing 
investigation at the time this article was written, the information provided in this article is restricted to factual information 
that is publicly available. The analyses, determination of probable causes, and issuance of any safety recommendations 
will be undertaken in the future, and the National Transportation Safety Board will publish the results. 

On 9 March 2000, an Explorer Pipeline Company pipeline failed near Greenville, Texas, releasing approximately 12,000 
barrels of gasoline. After the on-scene portion of the investigation was completed, an 8.5 ft. (2.6 m) section of the 28 in. 
(71 cm) diameter pipe was sent to the materials laboratory for examination. Examination of the section of pipe included 
optical and scanning electron (SEM) microscopy of the fracture surfaces as well as metallographic examination of cross- 
sections through the fracture surface. 

An overall view of the section of pipe received by the materials laboratory is shown in Fig. 1. The section consisted of 
portions of two pieces of pipe joined by a girth weld located 17.9 in. (45.5 cm) north of the south cut end. A 50.4 in. (128 
cm) fracture was present north of the girth weld, where the center of the crack corresponded approximately to the region 
indicated by bracket a in Fig. 1. At its widest, the gap between the fracture surfaces was 6.8 in. (17 cm). Along the center 
15 in. (38 cm) length of the crack (region a), the crack was located at the toe of a longitudinal seam weld. 





Fig. 1 An overall view of the submitted section of pipeline. Bracket a indicates the center region of the crack, 
and arrows c indicate cracks in the coating. 

A portion of the fracture surface in region a is shown in Fig. 2. From the outer to inner edge of the fracture surface, three 
different areas were observed. Unlabeled arrows indicate the smoothly curving boundary of the first area, the dark region. 
The second area, appearing light gray in Fig. 2, also had a smoothly curving boundary, indicated by the dashed line. 
Crack arrest lines were observed in the second area, an indication of fatigue. The third area, adjacent to the inner edge of 
the fracture surface, formed an angle of approximately 45° to the circumferential direction, an indication of ductile 
overstress. Viewed at higher magnification using SEM, fracture features in area 1 were obliterated by corrosion. The 
fracture features in region 2 were relatively smooth, and striations were observed, typical of fatigue. In region 3, dimple 
features were observed, typical of ductile overstress. 



Fig. 2 A view of a portion of the fracture surface in region a. Unlabeled arrows indicate the boundary of the 
dark region, and a dashed line indicates the boundary of the light gray region where crack arrest lines were 
observed. 

A layered coating was present on the pipeline. The inner layer of the coating was a black tar-like substance adjacent to the 
pipe outer surface. The outer layer was a wrapped fibrous material. As indicated by arrows c in Fig. 1, meandering gaps 
(cracks) in the coating were observed near the top of the pipeline. The cracks ranged in width up to approximately 2.5 in. 
(6.4 cm), exposing the outer surface of the pipeline. In areas away from the cracks, the coating appeared to be well 
bonded and was difficult to remove from the pipeline surface. Longitudinally oriented wrinkles in the coating were 
observed on the sides and lower surfaces along the entire length of the submitted section of pipeline. 

Corrosion pits were observed on the outer surface of the pipe section in locations where the coating was cracked. In areas 
where some coating was removed in the materials laboratory, no corrosion was observed. The corrosion pits were 
generally isolated except near region a, where areas of continuous corrosion pits were observed directly adjacent to the 
fracture. 

Related Information 
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Cracking of a Pressure Vessel Due to Penetration by Solder 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A portable propane container with a name-plate soldered onto it exploded in service. When the vessel was inspected 
afterwards, it was found to have developed a crack in the top end plate. A portion of the end plate cut out to include the mid-length 
and one termination of the crack was examined microscopically. This revealed that the crack was associated with intergranular 
penetration by molten metal. The microstructure in general was indicative of a good-quality mild steel. It was evident from that 
solder that was responsible for the penetration and that fused brass from the hand wheel had not played any part. Tensile stress 
was present at the time of the failure sufficiently high to enable solder penetration to take place. The use of soft solder as a medium 
for attaching name-plates directly on to stressed steel parts is not recommended. It would be preferable to use a welded-on patch 
plate or to employ one of the high-strength, non-metallic adhesives. 

Keywords: Explosions; Gas cylinders; Soldered joints; Tensile stress 


Materials: 50Pb-50Sn (Lead-tin); Plate steel (Steel, general) 


Failure types: Intergranular fracture; Liquid metal induced embrittlement 


Reference is made in other cases in this series of Reports to failures in service due to the intergranular penetration of 
molten copper into steel, a phenomenon that is comparatively well known. It is less well known that soft solder is also 
capable of penetrating steel in a similar manner and this article describes the failure of a portable propane container due to 
this cause. 

The vessel was 11.5 in. diameter, 50 in. high, and the ends, 0.12 in. thick were dished outwardly to almost hemispherical 
form. It was designed for a working pressure of 30 atm. (440 p.s.i.), was of welded construction, and had been in use for 
ten years. At the centre of the top end it was fitted with a hand-operated regulating valve combined with a spring-loaded 
safety valve in the same housing. A rectangular late (which was not found after the mishap) had been affixed to the top 
end plate by means of soft solder; it probably carried the maker's name and other particulars. 

The circumstances that preceded the mishap were as follows: The vessel, which was located on a building site, was 
connected to the burner of an asphalt melting pan by means of a rubber hose pipe. After making the connection, the 
attendant fully opened the regulating valve on the vessel and then partly opened the one on the burner; when satisfied that 
this was functioning satisfactorily, he departed. Shortly afterwards a minor explosion occurred, followed by a fire in the 
immediate vicinity. When the vessel was inspected afterwards, it was found to have developed a crack in the top end plate 
and the cause of this unusual feature was investigated. Visual examination brought to light the following: 

IS 

1. A crack, approximately Fin. in length, was present in the top end plate, located at a radial distance of 4 in. from 
the centre and running in a tangential direction and situated near the centre of a rectangular area that had been 
covered by the name-plate which had become detached at the time of the fire. See Figure 1. The surface of the 
rectangular area and slightly beyond showed coarse grinding marks, resulting from a cleaning operation prior to 
affixing the name-plate, and the crack followed the line of these marks. 

2. Over parts of the rectangular area and slightly beyond it, there were deposits of Yellow-coloured fused metal. The 
colour was found to be due to a surface film, as scraping revealed that the metal was soft solder, i.e. the name¬ 
plate had probably been soft-soldered in place. 

3. The crack had opened at mid-length by about 0.020 in; although the lips were slightly deflected outwards, there 
was no evidence of significant bulging such as would occur if the vessel end had been heated into the plastic 
range while under pressure. 

4. The general appearance of the vessel did not indicate that any part of it had been heated to a high temperature by 
the fire. 

5. The brass hand-wheel on the regulating valve was partly fused, but the body of the valve was only discoloured; it 
had, however, attained a temperature high enough to soften the steel safety valve spring. 

6. The internal surface of the cracked end plate did not show any abnormal features or evidence of severe heating. 





Fig. 1 Location of crack under name-plate. 

A portion of the end plate cut out to include the mid-length and one termination of the crack was examined 
microscopically. This revealed that the crack was associated with intergranular - penetration by molten metal, as depicted 
in the photomicrograph Figure 2. It will be noted that not only is there an extensive network of intergranular - cracks, but 
that individual grains are in process of breaking away along the line of the main crack. Penetration from the exterior was 
evident to a depth of three quarters of the plate thickness. There was also evidence of penetration at other places close to 
the main crack, a typical example being shown in Figure 3, the network of penetrant metal appearing as a double grain¬ 
boundary. The microstructure in general was indicative of a mild steel of good quality. 




Fig. 2 Intergranular cracking adjacent to main crack, (x 100). 




Fig. 3 Intergranular penetration by molten solder, (x 250). 

As there was an element of uncertainty as to the nature of the penetrant metal — as molten soft solder and also molten 
brass from the regulating valve hand wheel bad both been present — the approximate composition was established by 
traversing some of the penetrated boundaries with the electron beam of a micro-probe analyser, and the values obtained at 
the mid-width of the boundaries were: 


per cent 

Tin 

25-30 

Lead 

2-4 

Iron 

70 

Copper 

Not indicated 


A typical diagram, covering two grain-boundaries at a magnification of x800, is shown in Figure 4, in which the positions 
of the boundaries are indicated by “X” (the vertical scale is not the same for each element). 



Fig. 4 Replica of diagram from micro-probe analysis across a grain boundary. 








It will be noted that there is a marked concentration gradient across each boundary, indicative of some interaction and/or 
diffusion between the penetrant and penetrated metals. It was evident from this analysis that it was the solder that was 
responsible for the penetration and that fused brass from the hand wheel had not played any part. 

Globules of solder on the surface of the plate were found to be of the common 50/50 lead-tin composition. 

In order to obtain some indication of the temperature attained in the region of the crack at the time of the fire, a specimen 
was cut out close to the crack and the hardness of the external surface was measured, using a diamond pyramid and a load 
of 10 kg., and was found to be 140-148. A piece of this specimen was then heated to approximately 450°C, when the 
haidncss fell to 116; another piece was heated to 550°C for a similar period, and its hardness dropped to 112-114. These 
tests showed that: (a) the end plate was in a cold worked condition; (b) the vessel had not been stress-relieved after 
fabrication; and (c) the area in the region of the crack did not attain a temperature as high as 450°C at the time of the fire. 
Although the cracking of steel due to intergranular penetration by soft solder is not common, there are a few examples 
quoted in the rather scanty technical literature oil the subject. The essential features seem to be fairly well established, 
however, and may be summarised as follows: 

• (a). Intergranular penetration of plain carbon steel by soft solder occurs over a temperature range that extends 
from the melting point of the solder to an upper limit of about 400°C. 

• ( b ). It is essential that the steel be subjected to a tensile stress while in contact with the molten solder, and this 
stress may be residual due, for instance, to cold-forming or the result of an externally-applied load, the presence 
of thermal gradients, or a combination thereof. The value of the minimum stress required does not appear to have 
been established, and it is probable that it varies from one material to another and may be influenced by such 
factors as time and temperature. In the case of annealed steel, a stress in excess of the elastic limit appears to be 
necessary, but if the material has been cold-worked, as in the case under consideration, then penetration may 
occur within the elastic range. 

• (c). The solder must “wet” the steel, otherwise penetration will not occur. 

All the foregoing requirements appear to have been satisfied in the case of the propane vessel. It is clear that the affected 
part was raised to a temperature sufficiently high enough to melt the solder, but not high enough to affect its hardness 
appreciably, i.e. the temperature was within the required range. As regards the origin of the tensile stress, this seems to 
have arisen from a combination of factors. In the first place, residual stresses would exist due to the vessel end being in 
the cold-worked condition; secondly, stresses of a thermal origin may well have been present due to the fire; and thirdly, 
there would be the stresses caused by the pressure within the vessel. As regards the latter, it is known that the ambient 
temperature just before the fire was 10°C (50°F). Assuming the vessel to have been at this temperature as a whole, the 
vapour pressure of the propane would be 6.5 atm (96 p.s.i.), and the temperature would have to rise to 78°C before the 
pressure reached 30 atm (440 p.s.i.), the working pressure for which the vessel was designed. 

The presence of much undamaged paint and tar deposits on the vessel showed that the fire had caused significant heating 
of the top end only, but there must have been some wanning of the vessel as a whole which increase the vapour pressure 
of the propane to some extent. Any pressure rise, however, would be limited because the regulating valve was fully open 
and the safety valve would also open when the temperature became high enough to soften the spring. It is doubtful, 
therefore, that excessive internal pressure played any part in the failure, and this is borne out by the small extent to which 
the crack opened. A11 that can be said with certainty, therefore, about the magnitude of the tensile stress that was present 
at the time of the failure is that it was obviously sufficiently high to enable solder penetration to take place. 

It is, of course, possible that the penetration occurred when the name-plate was soldered into position originally. This is 
most unlikely, however, as the penetration extended to a depth of about three-quarters of the plate thickness and it is 
difficult to believe that the vessel would have given ten years of satisfactory service if it had contained a defect of this 
magnitude. Furthermore, there is no record of any sister vessel having developed a fault in service in the region of the 
soldered-on name-plate. 

The following sequence of events, while incapable of proof, is in accord with the observed facts and is considered to be 
the most likely explanation of what occurred at the time of the mishap. 

As the regulating valve on the vessel was fully open and the one on the burner partly shut, the hose pipe connecting the 
two would be under appreciable pressure. Damage to this pipe was confined to the end connected to the vessel, and this is 
also the end that would be subjected to the most severe wear and tear. The vessel was inside a building and only about 5 
ft. from the burner. If this pipe developed a leak, or the coupling was not properly tightened, then propane gas would 
begin to accumulate in the vicinity. When a combustible mixture reached the burner, it would be ignited, thus accounting 
for the explosion that preceded the fire. The flame from the explosion would serve to ignite the stream of escaping gas, 
and the resultant jet of flame could have impinged on the hand wheel of the regulating valve. When the temperature of the 
vessel end in the region of the name-plate became high enough to cause melting of the solder, penetration of the latter into 
the steel may be assumed to have occurred. 

It seems reasonable to conclude in this case, therefore, that the soldered name-plate would not have caused cracking in the 
absence of a subsequent temperature high enough to melt the solder, and it is not to be expected that heating to this extent 



would be visualised when the method of attachment was decided upon, as it is so far outside the range of normal service 
conditions. There is, however, always the possibility that solder penetration may occur even if only to a limited extent 
during the soldering operation, thus introducing an inherent defect, and for this reason the use of soft solder as a medium 
for attaching name-plates directly on to stressed steel parts is not one to be recommended. It would be preferable to attach 
it to a welded-on patch plate or to employ one of the high-strength, non-metallic adhesives. 

Related Information 

W.R. Warke, Liquid Metal and Solid Metal Induced Embrittlement, Failure Analysis and Prevention, Vol 11, ASM 
Flandbook, ASM International, 2002, p 861-867 
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* A summary of the literature to date is given in: “Embrittlement by Liquid Metals”, W. Rostoker, J. M. McCaughey, and 
H. Markus, Chapman & Hall, London, which also contains details of their own extensive work. See also “Corrosion”, 
Vol. 20, No. 6, June 1964, p. 194t. 


Explosion in Section of a 10 in. Steam Main Due to Internal Laminar Defects 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: An explosion occurred in a portion of a horizontal, U-shaped expansion loop in a steam main approximately 10 in. 
diameter which had been operating at 400 psi for six years. Steam conditions varied from 538 deg C (450 deg F) saturated to 343 
deg C (650 deg F) superheated. Fracture occurred longitudinally through the upper wall over a length of approximately 68 in. The 
sample received for examination was ultrasonically tested, which indicated a band of internal defects extending 1 in. in from the 
edge. Subsequently, the portion of the pipe embodying the other side of the rupture was obtained for examination. Transverse 
sections through this and the mating portion already received, followed by magnetic crack detection, revealed the presence of 
defective zones. Subsequent ultrasonic examination of other sections of the steam main indicated suspect areas in a number of 
lengths of pipe. These defects were basically laminations of a similar form to those which resulted in the failure of the portion of 
pipe. 

Keywords: Defects; Magnetic testing; Steam pipes 


Material: Plate steel (Steel, general) 
Failure type: Metalworking-related failures 


The presence of internal laminations constitutes an objectionable feature in the plates of vessels where heat transfer 
through the plates is required, particularly in the furnace rings of shell boilers. The laminations form an interruption to the 
heat path and instances are on record where overheating of the fireside surface has resulted, leading to subsequent failure. 
On the other hand, however, defects of this type which are wholly contained within the wall of an unfired pressure vessel 
and which lie in a plane more or less parallel to the surface are not usually considered to detract significantly from the 
ability of the vessel to withstand the stresses to which it will be subjected in service, nor to be detrimental to its safety; a 
vessel is often considered to be equally strong if made of separate plates of equivalent total thickness. 

Cases have been experienced in which the presence of a lamination served to initiate failure. These indicate that, where 
laminations are known to exist, their orientation as well as their size requires to be very carefully considered before the 
vessels concerned are approved for service, particularly if the defects do not lie completely parallel to the surface, but arc 
slightly angled thereto. 

The problem of lamellar tearing beneath heavy fillet welds at “T” junctions is also related to the presence of internal 
laminations and stringers in the material, but is outside the scope of the present article. 

An explosion occurred in a portion of a horizontal, U-shaped expansion loop in a steam main which was approximately 

3 

10 in. diameter with a wall thickness of £in. and had been operating at 400 p.s.i. for six years, the steam conditions 
varying from 450°F. saturated to 650°F. superheated. The manner in which the main was utilised resulted in the 
temperature fluctuating between these values once or twice per day and it was calculated that, during its life, the main had 
been subjected to approximately 2,500 such temperature fluctuations. 



Fracture occurred longitudinally through the upper wall over a length of approximately 68 in., as seen in Figure 1; the 
reaction of the explosion causing the affected portion of the main to be deflected downwards approximately 4 ft. Along a 
central length of 36 in., the edge of the fracture had a duplex appearance. Adjacent to the inner surface and through 
approximately one-third to one-half of the thickness, failure had occurred by shearing at 45°, this zone presumably 
representing the area which failed at the time of the explosion. The remainder of the fracture in this region had an 
unusually stepped and flaky appearance and had developed through the wall at a shallow angle to give a fracture surface 
7 

approximately Sin. wide, as seen in Figure 2. Beyond this central region, a distinct lamination was evident on the edges of 
the fracture. There was no internal corrosion or presence of grooves or other surface stress-raisers which may have served 
as points of initiation. 



Fig. 1 Failure of steam main. 




Fig. 2 Stepped appearance of fracture adjacent to outer surface. 




The sample received for examination, which represented one side of the edge of the fracture, was ultrasonically tested and 
this indicated the existence of a band of internal defects extending 1 in. in from the edge. Careful examination of sections 
taken from each end of the particular' length of pipe did not, however, reveal any similar defects. 

Specimens, cut circumferentially to include a section through the fractured edge, showed the presence of numerous 
laminations, slag stringers, and isolated inclusions, as can be seen in the composite photo-macrograph shown in Figure 3, 
in which the different paths of the fracture as described above are evident. Sulphur prints indicated that some segregation 
of sulphur was associated with the stringers. The microstructure of the material within this region is shown in Figures 4 
and 5 which depict the numerous, approximately parallel, laminar defects and stringers present in this vicinity. 




Fig. 4 Laminar defects adjacent to fracture, (x 50). 




Fig. 5 Laminar defects adjacent to fracture, (x 100). 

Subsequently, the portion of the pipe embodying the other side of the rupture was obtained for examination and transverse 
sections through this and the mating portion already received, followed by magnetic crack detection, revealed the 
presence of defective zones, as indicated in Figure 6, in which, it should be mentioned, the orientation of the pair on the 
right is versed relative to that on the left. In both sections, it will be apparent that fracture occurred adjacent to a defective 
zone within the wall of the pipe and it can be seen that the initial portion of the fracture closely follows the path of the 
major lamination which ran at an angle to the wall of the pipe. When the surfaces of the lamination, shown in Figure 6, 
were exposed, they were of the same colour, texture, and step-like form as that depicted in Figure 2. 






The portion of the pipe which raptured formed part of an expansion loop and movement of this in service would result in 
the circular cross-section deforming to an elliptical shape. It is presumed that the repeated application of such bending 
stresses during the time the pipe had been in service resulted in the initiation of cracking adjacent to the external surface 
in the region of weakness associated with the laminar defects, subsequent extension occurring in a step-wise sequence 
along them and through the intervening bridges of metal to give the particular appearance of the fracture seen in Figure 2. 
Cracking in this manner progressed for about two-thirds of the way through the pipe wall, at which juncture the amount of 
metal remaining intact was insufficient to withstand the pressure and sudden, violent failure occurred by shearing at the 
time of the explosion. 

Laminations in general have their origin in internal cavities within the ingot and such cavities may also be associated with 
the segregation of impurities. This is particularly so if they are connected with the central pipe which is formed in the 
upper regions of a steel ingot by contraction of the last portion of the liquid metal to solidify. In this particular instance, 
the laminations did not run parallel to the surface of the finished pipe, but at an angle thereto, as may be seen in Figures 3 
and 6, from which it will be appreciated that a serious weakening effect was introduced. 

Discussions with the pipe manufacturers brought to light the fact that one ingot was used for each pipe length. In the 
majority of ingots, the shrinkage cavity or pipe is normally axial and, during the piercing operation, the lower end of it is 
displaced to the top of the ingot, to be removed when the ingot is cropped. Flowever, if the ingot should be laid on its side 
or be knocked over before solidification is complete, it is possible for the pipe to become displaced and, during the 
piercing operation, the lower end of it may become incorporated in the wall of the tube to give rise to the type of defect 
seen in this case. The angulation of the defects, both axially and circumferentially, lends support to the view that their 
presence resulted from some such occurrence. 

Subsequent ultrasonic examination of other sections of the steam main indicated suspect areas in a number of lengths of 
pipe. Sections through typical defective zones, after magnetic crack detection, are shown in Figure 7 longitudinally and 
Figure 8 circumferentially. These defects are basically laminations of a similar form to those which resulted in the failure 
of the portion of pipe just discussed. 




Fig. 7 Longitudinal sections of other defective regions from steam main after magnetic crack detection, 
approx, x g. 


Fig. 8 Circumferential sections of other defective regions from steam main after magnetic crack detection. 

i 

approx, x g. 




Conclusion 


While it is evident that the greater application of ultrasonic testing in the future will serve to reduce, if not entirely 
eliminate, the amount of material introduced into service containing severe laminations, it is apparent that, when 
inspection brings to light such defects, their extent and form require to be ascertained before a decision can be reached as 
to the suitability of the material for service. Where defects do not run completely parallel to the plate surfaces but lie at an 
angle thereto, or if they should closely approach either surface, they should be the subject of special consideration, since 
planes of weakness of points of stress concentration can be set up at which brittle or fatigue cracking may be initiated. 
The experience also indicates that material required for a severe duty or important application should be inspected 
ultrasonically for the presence of defects of this form. 

Related Information 

Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
81-102 


Fatigue Fracture of a Spindle for a Helicopter Blade 


From: S.D. Antolovich and A. Saxena, Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 102-135 


Abstract: The spindle of a helicopter-rotor blade fractured after 7383 h of flight service. At every overhaul (the spindle that failed 
was overhauled six times and reworked twice), any spindle that showed wear was reworked by grinding the shank to 0.1 mm (0.004 
in.) under the finished diameter. The spindle was then shot peened with S170 shot to an Almen intensity of 0.010 to 0.012 A. 
Following shot peening, the shank was nickel sulfamate plated to 0.05 mm (0.002 in.) over the finished diameter, ground to finished 
size, and cadmium plated. Visual and stereomicroscopic exam showed faint grinding marks and circumferential grooves on the 
surface near the fillet at the junction of the shank and fork, which should have been peened over and covered with peening dimples. 
Evidence found supports the conclusions that the spindle failed in fatigue that originated near the junction of the shank and fork. The 
nonuniformity of the shot-peened effect on the shank and fillet portions of the spindle resulted from incomplete peeing. The fracture 
was of the low-stress high-cycle type, initiated by stresses well below the gross yield strength and propagated by thousands of load 
cycles. No recommendations were made. 

Keywords: Helicopters; Shot peening; Spindles 


Material: Plated steel (Steel, general) 


Failure types: Fatigue fracture; Surface treatment related failures 


The spindle of a helicopter-rotor blade (Fig. la) fractured after 7383 h of flight service, causing the aircraft to crash. 
These spindles were overhauled and inspected at intervals of 1200 h or less. Between the sixth overhaul and the failure, 
464 flight hours had been accumulated. 





Fig. 1 Helicopter-blade spindle that fractured in fatigue because it was incompletely shot peened before being 
plated, (a) Spindle showing fracture region (at fillet between shank and fork). Dimensions given in inches, (b) 
Longitudinal score mark (region A) and circumferential scratches (arrow B) on shank that had been peened 
over. A galled area (arrow C) is also visible. 

At every overhaul, the spindles were fluorescent-magnetic-particle inspected, and the surface was carefully examined for 
evidence of wear. If a spindle showed wear, it was reworked by grinding the shank to 0.1 mm (0.004 in.) under the 
finished diameter. The spindle was then shot peened with S170 shot to an Almen intensity of 0.010 to 0.012 A. Following 
shot peening, the shank was nickel sulfamate plated to 0.05 mm (0.002 in.) over the finished diameter, ground to finished 
size, and cadmium plated. The spindle that failed had been overhauled six times and reworked twice. More information 
on shot peening and methods for measuring the intensity of peening is available in the article “Shot Peening” in Surface 
Engineering, Volume 5 of the ASM Handbook. 

Investigation. After the crash, four of the five rotor blades were found in the main impact area. The fifth blade was 

about 0.4 km (4 mile) away. The broken spindle was with this blade. The spindle had broken in the shank adjacent to the 
shoulder at the inboard end of the shank. Visual examination of the fracture surface revealed that a fatigue crack had 
propagated through approximately 72% of the shank cross section before final fracture. 


Examination with a stereomicroscope showed the fatigue origin to be near the line where the cylindrical shank met the 
3.3-mm (0.130-in.) radius fillet at the junction of the shank and fork of the spindle. Hardness of the metal near the crack 
origin was, in some spots, as low as 28 HRC; the specified hardness was 34 to 38 HRC. A banded micrestructure was 
found near the low-hardness areas; it had interfered with the desired response to heat treatment. 

On the surface near the fillet at the junction of the shank and fork, faint grinding marks and circumferential grooves could 
be seen. These marks and grooves would have been peened over and covered with peening dimples if peening had been 
done properly. Unlike the fillet area, the cylindrical portion of the shank exhibited the typical dimpled surface of peened 
parts (see Fig. lb). 

Life tests conducted after the accident with 30 spindles, new and used, peened and unpeened, showed that two spindles 
that had not been shot peened broke after 10% and 20% of the mean life of peened spindles. 

Conclusions. The spindle failed in fatigue that originated near the junction of the shank and fork. The nonuniformity of 
the shot-peened effect on the shank and fillet portions of the spindle resulted from a minimum of attention being afforded 
the fillet during peening. The fracture was of the low-stress high-cycle type, initiated by stresses well below the gross 
yield strength and propagated by thousands of load cycles. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Failure of Roller Path Rail 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A rail section that failed due to fatigue showed a smooth surface with well-developed conchoidal markings. This indicated 
successive stages of crack propagation, characteristic of fatigue failure. The crack was one of several which developed in the 
sections of curved rail which formed the lower roller path on which the superstructure of a walking drag-line excavator slewed. The 
cracking, which ran horizontally, developed at the junction of the underside of the rail head with the web and originated at surface 
defects in the form of grooves present on the castings. It was concluded that the cracking was caused by lateral deflection of the 
rails under in-service loads. The web of a rail would normally be loaded in compression but, should lateral movements occur, then it 
would be subjected to bending stresses and fatigue cracks could break out in regions where excessive tensile components 
predominated. 

Keywords: Castings; Deflection; Rollers; Tensile stress 


Material: Rail steel (Steel, general) 


Failure type: Fatigue fracture 


A rail section that failed due to fatigue is illustrated in Figure 1. It shows a smooth surface with well-developed 
conchoidal markings, indicative of the successive stages of crack propagation characteristic of fatigue failure and, in 
addition, evidence of polishing from the mutual abrasion of opposing crack faces brought into contact during cycles of 
compressive stress is also seen. 




Fig. 1 Fatigue failure of rail section showing pronounced conchoidal markings. (x%). 


The crack was one of several which developed in the sections of curved rail which formed the lower roller path on which 
the superstructure of a walking drag-line excavator slewed. The cracking, which ran horizontally, developed at the 
junction of the underside of the rail head with the web and originated at surface defects in the form of grooves present on 
the castings. It was concluded that the cracking was caused by lateral deflection of the rails under the loads which they 
were called upon to withstand in service. The web of a rail would normally be loaded in compression but, should lateral 
movements occur, then it would be subjected to bending stresses and fatigue cracks could break out in regions where 
excessive tensile components predominated. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol I 1, ASM Handbook , ASM International, 2002, p 700-727 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 

671-699 


Aging of Boiler Rivets 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Rivets from the longitudinal seam of the terminal shell ring of a 12 year old Lancashire boiler broke off easily during 
examination. Cleavage fractures indicated a brittle material. Microstructure of a sectioned rivet head was typical of a normal rimming 
steel except the ferrite crystals contained numerous nitride needles. Their existence indicated an abnormally high nitrogen content. 
If such a steel is heated for a lengthy period to a temperature of that prevailing in a boiler, precipitation of the nitrides may be 
expected, with consequent embrittlement. In this case, embrittlement of this type was the primary cause of the breaking off of the 
type rivet heads. Nothing was observed in the course of the examination that suggested caustic cracking. 

Keywords: Aging; Boiler plate; Rivets 

Material: Rimming steel (Steel, general) 

Failure type: Brittle fracture 


When the lagging was removed from the longitudinal seam of the terminal shell ring of a Lancashire boiler, 12 years old, 
to investigate the cause of leakage which had developed, a headless rivet was found. A new rivet was inserted and while 
caulking the edges of the butt-strap the head of another rivet fell off. This was also renewed and a further attempt made to 
caulk the seam tight but without success, several other rivet heads breaking off in the process. It was therefore decided to 
remove the whole of the rivets from this seam and during the course of this work it was found that practically all the 
heads could be broken off easily, the fractures being of the cleavage type indicative of a brittle material. 

The samples received comprised: (a) a rivet head which had dropped off, ( b ) a head cut off by means of a sett and (c) four 
rivets which had been punched out of the holes after the external heads had been cut off. Sulphur prints showed that all 
the rivets were made from a rimming steel, the prints from five of them being shown in Fig. 1. 







Fig. 1 

The head (a) was sectioned and examined microscopically. The microstructure was quite typical of a normal rimming 
steel except that the ferrite crystals contained numerous nitride needles, as depicted in Fig. 2. These needles are actually 
platelets of iron nitride that have precipitated along the crystallographic planes of the ferrite crystals and their presence 
embrittles this normally ductile constituent. Their existence is invariably an indication of an abnormally high nitrogen 
content, and suggests that this material was made by the Bessemer process and had been somewhat overblown, resulting 
in an abnormal pick-up of this element. At the time when the rivets were originally inserted the nitride would be held in 
solid solution in the ferrite and its presence would not seriously affect the mechanical properties of the material; it is 
known, however, that if such a steel is heated for a lengthy period to a temperature of the order of that prevailing in a 
boiler, precipitation of the nitrides may be expected, with consequent embrittlement. There is no doubt that in this case 
embrittlement of this type was the primary cause of the breaking off of the type rivet heads. Rivets made from this use in 
boiler construction owing to their liability to behave in this manner; they should be made from a fully killed open-hearth 
steel, a material that is normally immune from trouble due to the precipitation of nitrides. 



Fig. 2 Etched x 300 

As the breaking off of rivet heads is sometimes the first indication that a seam is affected by caustic cracking, this 
possibility was considered when making the examination. The rivet head (a) contained a crack branching from the surface 
of the fracture but microscopical examination showed that it did not follow an intergranular path. After the butt-straps had 
been removed, these and the shell plates were tested by means of a magnetic crack detector, no cracks being found. 
Nothing was observed in the course of the examination suggestive of the presence of caustic cracking. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 


Damage of a Screw in the Seal Coupling 

B. Kosec, L. Kosec, and P. Skraba, University of Ljubljana, NTF—Department of Materials and Metallurgy; F. 
Bizjan, University of Ljubljana, Faculty of Mechanical Engineering 


From: B. Kosec, L. Kosec, P. Skraba, and F. Bizjan, Damage of a Screw in the Seal Coupling, Practical Failure Analysis, Vol 2 (No. 
5), Oct 2002, p 57-60 

Abstract: The damage to a screw on the head of a 1.8 liter personal car engine was nucleated as the result of common 
disadvantageous environmental influences and reversed loads leading to corrosion fatigue. 

Keywords: Automotive 

Material: Screw steel (Steel, general) 

Failure types: Fatigue fracture; Corrosion fatigue 


Introduction 

The seal coupling of an engine is composed of the housing and head, the seal, and the screws and washers. One of the 
most vital elements of the coupling, the screws contribute a great deal to the wear resistance and reliability of the seal. 1 





In this paper, a failed screw from the seal coupling of a 1.8 liter personal car engine is examined (Fig. 1). The screw 
fracture surface was well preserved by a thin film of oil and dirt. In this case, the method of failure, mechanism, and cause 
of damage can be examined and determined using fracture surface analysis. 2, 3 For this method to be applicable, the 
fracture surface cannot be altered after failure due to impact, scrapes, or extensive corrosion, which would change its 
initial shape (morphology). It is the morphology of the surface that is characteristic for different types of fracture and 
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Fig. 1 Part of the failed screw with fracture surface. SEM, lOx 

These so-called microfractographic fracture surface elements are specific to the method, or rather mechanism, of fracture. 
4 Using these elements, it is possible to deduce the initial loading conditions of the mechanical part, as well as the role 
and effect of environmental conditions that caused damage to occur. 5 These results are of particular value in preventing 
damage from occurring and lowering the number of parts that get damaged. 6 

Experimental Analysis 

Cracks in the screw thread can be seen with the naked eye using a magnifying lens, but the use of penetrants is just as 
effective. However, electron microscopy, particularly scanning electron microscopy (SEM) and optical microscopy (OM), 
is used to analyze surfaces for the method described in the introduction. Electron microscopy is suitable for observing the 
fracture surface as well as other surfaces, while the microstructure of the material is analyzed using a combination of the 
two techniques. 

The fracture surface and other parts of the screw were cleaned using an organic solvent. The fracture surface was further 
cleaned by being pressed into a soft plastic material that removed all foreign elements from the surface. A longitudinal cut 
was made in the screw in order to observe cracks that initiated at the bottom of neighboring threads. The fracture of the 
screw runs along one of the thread planes. The fracture surface (Fig. 2) has two distinct regions: the outer dark 
discontinuous ring and the lighter gray portion in the core, which, at two points, stretches to the surface at the bottom of 
the thread (Fig. 3). 


Fig. 2 Screw fracture. The dark surface of the fracture at the thread bottom was formed because of stress 
corrosion. The central bright part was formed by momentary ductile fracture. SEM, lOx 



Fig. 3 Transition between the fracture arising from corrosion fatigue (dark surface), and the surface arising 
from ductile fracture. SEM, 500x 



The dark outer ring formed due to corrosion fatigue. Cracks formed due to corrosion fatigue require a certain time period 
to initiate (Fig. 4) and grow with a certain speed. These types of cracks form when two conditions are met: (1) steel is in 
contact with a medium that causes corrosion; and (2) the part is loaded with an alternating (size or direction) mechanical 
stress (loading or deformation). If only one of these conditions is met, either corrosion or alternating stress, the crack does 
not initiate and grow.__ 
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Fig. 4 Origin of the crack in the thread bottom caused by corrosion fatigue. SEM, lOOx 

The fracture in the core of the screw occurred instantaneously, as the load acting on the steel screw was greater than its 
yield strength. Ductile fracture is typical for overloaded steel and preliminary plastic deformation (Fig. 5 and 6). 




Fig. 5 Ductile fracture in the screw core. SEM, 500x 




Fig. 6 Ductile fracture in the screw core. SEM, 3000x 

In cases such as these, or in cases of simple material fatigue, numerous cracks begin to grow in the critically loaded 
region, one of which (Fig. 7) usually causes fracture. In this case, numerous cracks (Fig. 8) began to grow at the bottom of 
the thread. In some threads as many as two to three cracks appeared and grew to a length of 10 to 100 pm. 


Fig. 7 Corrosion fatigue crack in the thread bottom. OM, lOOx 





Fig. 8 Corrosion fatigue cracks in the thread bottom. OM, lOOx 

The steel was heat treated and hardened. No defects caused by manufacture or processing were found in the steel. The 
hardness of the steel was measured to be between 400 to 410 HV. which corresponds to a calculated value of yield 
strength equal to 1400 MNm 2 . 

Conclusion 

The initial cracks in the screw were caused by corrosion fatigue. While being loaded under an alternating stress, the screw 
was in contact with a fluid, which caused the steel to corrode. Because of the characteristic surface shape of the screw, the 
stress at the bottom of the thread increased. The thread of the screw was rolled, which improved the construction yield 
strength of the screw; however, it did not diminish the stress concentration. 

The crack caused by corrosion fatigue grew from the fracture surface to a depth of approximately 1.5 mm. Numerous 
similar but shorter cracks appeared at the bottom of various threads. The final damage of the screw occurred in 
instantaneous failure when the stress, accompanied by the notch effect of the corrosion fatigue cracks, exceeded the yield 
strength of the steel in the heal ing cross section of the screw. This most likely occurred during screwing or other similar 
actions, which caused si mi lar instantaneous loading. 
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Broken Helical Compression Spring 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A helical compression spring with 10 turns made of 1.8 mm thick wire which was under high pressure during tension 
applied to a rocker arm broke on the test stand in the third turn. The fracture was a torsion fracture that initiated in the highly 
loaded inner fiber and showed in its origin the characteristics of a fatigue fracture. A longitudinal fold was located at the fracture 
crack breakthrough which could still be observed at the fourth and fifth turns, where a further incipient crack originated. A 
metallographic section was made directly next to the fracture path and the fold was cut. It showed decarburized edges in the outer 
slanted part and this most likely occurred during rolling. The inner radially proceeding part, however, was probably a fatigue fracture 
originating in the fold. The fracture of this highly stressed spring was therefore accelerated by a rolling defect. In order to decrease 
the stress, the construction has meantime been modified. 

Keywords: Cracking (fracturing); Helical springs; Torsional fatigue 


Material: Spring steel (Steel, general) 


Failure type: Fatigue fracture 


A helical compression spring with 10 turns made of 1.8 mm thick wire which was under high pressure during tension 
applied to a rocker arm broke on the test stand in the third turn. 

The fracture was a torsion fracture that initiated in the highly loaded inner fiber and showed in its origin the 
characteristics of a fatigue fracture (Fig. 1). A longitudinal fold was located at the fracture crack breakthrough (Fig. 2) 
which could still be observed at the fourth and fifth turns, where a further incipient crack originated (Fig. 3). 



Fig. 1 Fracture of spring, arrow = fracture path. 10 x 



Fig. 2 Inner view of third turn with fracture path (arrow). 10 x 




Fig. 3 Incipient fracture of fourth turn. 10 x 

A metallographic section was made directly next to the fracture path and the fold was cut (Fig. 4). It showed decarburized 
edges in the outer slanted part and thus most likely occurred during rolling (Fig. 5). The inner radially proceeding part, 
however, was probably a fatigue fracture originating in the fold. 
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Fig. 4 Cross section immediately next to fracture. 200 x. Unetched. 




Fig. 5 Cross section immediately next to fracture. 200 x. Etched with Picral. 

The fracture of this highly stressed spring was therefore accelerated by a rolling defect. In order to decrease the stress, the 
construction has meantime been modified. 

Related Information 

J.H. Maker, Failures of Springs. Failure Analysis and Prevention , Vol 11. ASM Handbook , ASM International, 1986, p 
550-562 
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Use of XRD to Assess Residual Stresses in Steel Springs 

From: J.A. Pineault, M. Belassel, and M.E. Brauss, X-Ray Diffraction Residual Stress Measurement in Failure Analysis, Failure 
Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 484-497 


Abstract: A steel spring used in an automotive application suddenly began to fail in the field, although "nothing had changed" in the 
fabrication process of these springs. Fatigue tests, using springs fabricated prior to field failures, lasted 500,000 cycles to failure, 
whereas fatigue tests performed on springs fabricated after field failures lasted only 50,000 cycles to failure. It was discovered that 
the percent coverage of shot peening prior to and subsequent to the increase in failure incidence was much less than 100%, with a 
shot peening time of 12 min. The residual-stress state of "as fabricated" springs in three conditions were evaluated using XRD: 
springs manufactured prior to failure incidence increase, 12 min peen; springs manufactured following failure incidence increase, 12 
min peen; and 60 min peen. The conclusion was that the failure occurred because low peening time significantly decreased the 
compressive residual-stress levels in the springs. Recommendation was made to increase the time the spring was shot peened from 
12 to 60 min. 

Keywords: Automotive components; Residual stresses; Shot peening 


Material: Spring steel (Steel, general) 


Failure type: Surface treatment related failures 


A steel spring used in an automotive application suddenly began to fail in the field. It was understood that “nothing had 
changed” in the fabrication process of these springs, yet the incidence of field failures suddenly increased dramatically. 
Fatigue tests, using springs fabricated prior to field failures, lasted 500,000 cycles to failure, whereas fatigue tests 
performed on springs fabricated after field failures lasted only 50,000 cycles to failure. It was discovered that the percent 
coverage of shot peening prior to and subsequent to the increase in failure incidence was much less than 100%, with a 
shot peening time of 12 min. Subsequently, a potential corrective action was introduced by the engineers: an increase in 


the time the spring was shot peened from 12 to 60 min. The residual-stress state of “as fabricated” springs in three 
conditions were thus evaluated: springs manufactured prior to failure incidence increase, 12 min peen; springs 
manufactured following failure incidence increase, 12 min peen; and 60 min peen. 

The residual-stress measurement results, as seen in Fig. 1 indicate that something had indeed changed, namely the 
effective depth and magnitude of compressive residual stresses in the shot-peened springs when comparing before and 
after the increase in failure incidence. The cause of this change may have been either material or process related. 
Additionally, increasing the peening time from 12 to 60 min significantly increased the compressive residual-stress levels 
in the springs. In fact, the springs that were shot peened for 60 min were found to fail at much more than 500,000 cycles 
in fatigue tests. Thus, in this example, the suspicion that inadequate compressive residual stresses were imparted by the 
peening process was validated, and the validity and effect of the proposed corrective action was substantiated. In this 
case, an increased peening time resulted in an increased percent coverage and effective compressive stress level. This 
example demonstrates that once the source of the failure is understood and validated by experiment, corrective measures 
can be applied, verified, and subsequently monitored with confidence. This example also demonstrates that XRD can be 
used to explore quality-related issues. The residual-stress benchmarks established in this case study can be referenced by 
the manufacturer or the customer in future residual-stress measurement audits and/or incorporated into the blueprints for 
this component. 
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Fig. 1 Stress versus depth profiles for different steel coil springs 
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Caustic Cracking in Steam Boilers 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: During microscopic examination of a number of cases of caustic cracking, a certain feature has been recognized that 
appeared to be associated only with caustic cracking. This was a preferential attack on the carbide envelopes and lamellae of the 
pearlite grains. Evidence suggests that the intergranular path of caustic cracks in steam boilers may be due largely to the presence, 
probably on a submicroscopic scale, of carbides at the grain boundaries, thus rendering these regions susceptible to preferential 
attack. It is known that some steels are more liable to develop caustic cracks than others, although their microstructures may not 
show any significant differences, and it seems probable that this behaviour may be related to the amount and continuity of the 
grain-boundary carbides. 

Keywords: Alkalies; Boilers; Carbides; Caustic cracking; Electron microscopy; Steam boilers 
Material: Steam boiler steel (Steel, general) 

Failure types: Intergranular fracture; Stress-corrosion cracking 


During the microscopical examination of a number of cases of caustic cracking, a certain feature has been recognised that 
appeared to be associated only with caustic cracking, this being a preferential attack on the carbide envelopes and 
lamellae of the pearlite grains, and was observed independently in the Company's Research Dept, and by Dr. C. D. Weir, 
of Glasgow University, at about the same time. 

This feature has been looked for and found in every case of caustic cracking that has been investigated, and in several 
instances its absence has served to confirm that the cracking was not of the caustic type. Microscopical examination at 
high magnification indicated that it was the carbide constituent that was attacked but did not reveal if the attack was 
confined to the carbides or was concentrated at the interfaces with the ferrite. To establish this latter point called for 
examination at a magnification above the range of the optical microscope and it was necessary to enlist the aid of an 
electron microscope. Through the courtesy of Prof. A. G. Quarrell, an electron micrograph. Fig. 1, was taken by the 
Department of Metallurgy of Sheffield University, and we are indebted to him for permission to reproduce it. 






stripping the replica from the crack region and it sustained slight damage there, giving rise to a series of dark bands that 
are therefore spurious. 

The micrograph confirms the indications of the optical microscope that it is the carbides that suffer preferential attack. 
Many of the points where this is in progress are delineated by arrows, and it appears that the attack progresses along the 
carbide lamellae and is followed by corrosion of the surrounding ferrite at a much slower rate, as shown by the 
progressive broadening towards the base of the resultant fissures. It will also be noted that the apices of the fissures are 
rounded and this indicates that preferential extension occurs along the carbide itself and not at the interfaces with the 
ferrite, because in the latter event the apices would, presumably, be of fishtail formation. 

The pearlite grain depicted is also undergoing an attack that is lateral with respect to the direction of the lamellae. This 
appears to be of an infiltrating character ; when the advancing corrosion front reaches a carbide lamella it extends along it 
in a direction lateral to the advancing front, ultimately joining up with other similar zones and engulfing in the process 
some of the ferrite which is left in the form of islands that are subsequently corroded away. 

The foregoing evidence suggests that the intergranular path of caustic cracks may be largely 7 due to the presence, probably 
on a submicroscopic scale, of carbides at the grain boundaries, thus rendering these regions susceptible to preferential 
attack. It is known that some steels are more liable to develop caustic cracks than others, although their microstructures 
may not show any significant differences, and it seems probable that this behaviour may be related to the amount and 
continuity of the grain-boundary carbides. 
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Broken Connecting Rod from a Motor Boat 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A connecting rod from a motor boat was broken in two places at the small end. At position I there was a fatigue fracture 
brought about by operational stress, whereas the fibrous fracture surface II was a secondary tensile fracture. Furthermore the 
transition on the other side of the rod was cracked symmetrically to the fatigue fracture (position III). Magnetic inspection showed 
indications of cracking at the transition between the rod and small end in six other connecting rods from the same batch. 
Metallographic investigation showed the connecting rods were rendered susceptile to fatigue by the notch effect of coarse, scale- 
filled folds formed during forging. 

Keywords: Connecting rods; Forging defects 

Material: Steel (Steel, general) 


Failure types: Metalworking-related failures; Fatigue fracture 


The connecting rod was broken in two places at the small end. The general view of the reassembled pieces in Fig. 1 
shows the location of the fracture surfaces. At position I there is a fatigue fracture brought about by operational stress, 
whereas the fibrous fracture surface II is a secondary tensile fracture. Furthermore the transition on the other side of the 
rod is cracked symmetrically to the fatigue fracture (position III). Photographs of the broken off shell in Figure 2 show 
(top) the fatigue fracture at the transition between the rod and the small end and (bottom) the tensile fracture. Magnetic 
inspection showed up indications of cracking at the transition between rod and small end in six other connecting rods 
from the same batch. 





Fig. 2 Fracture surfaces on the broken off shell. Top: Fatigue fracture surface (site I). Bottom: tensile fracture 
surface (site II). 4x 

Metallographic examinations of a connecting rod selected by a magnetic crack test revealed deep folds in the flash zone. 
As shown in Fig. 3 these folds are filled with scale and a broad zone around them is decarburized. The microstructure of 
the remaining material corresponds to correct annealing. Since the flash zone was ground after forging no decarburization 
of the surface can be detected outside the fold zone. 





Fig. 3 Microsection through a fold in the flash zone of a connecting rod selected by the magnetic crack test. 50 

x 

The results of the investigation show that the connecting rods were rendered susceptile to fatigue by the notch effect of 
coarse folds formed during forging. 

Related Information 

Failures Related to Metalworking. Failure Analysis and Prevention, Vol 11. ASM Handbook . ASM International, 2002, p 
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Fatigue Failure of a 1000 mm (40 in.) Diam Trailer Wheel at the Bolt Holes 

W.F. Jones III, Consulting Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The rear outside wheel of an over-the-road 18-wheel tractor-trailer failed at its bolt holes, permitting the tire and wheel 
to separate from the hub. Failure analysis was conducted using photographic examination of actual fracture surfaces and SEM 
examination of fracture replicas. The examinations indicated that fatigue cracks had originated at the rim backside and propagated 
to the rim midsection. Catastrophic failure occurred at a final overland. Fatigue fracture of the wheel rim was attributed to cyclic 
loading created by improper wheel mounting of a spare tire. 

Keywords: Automotive wheels; Trucks 

Material: Steel (Steel, general) 


Failure type: Fatigue fracture 



Background 


The rear outside wheel of an over-the-road 18-wheel tractor-trailer failed at its bolt holes, permitting the tire and wheel to 
separate from the hub. 

Circumstances leading to failure 

A flat tire on the rear outside wheel was removed and a replacement spare was mounted. The replacement wheel failed at 
the bolt holes after approximately 800 km (500 mi), permitting wheel separation and resulting in a serious accident. 

Specimen selection 

The failed wheel had been impounded by the local police as evidence for any ensuing litigation and could not be released 
for testing. Therefore, the investigation was limited to nondestructive means, including photographic examination 
(visually and at lOx magnification) of the wheel and replication of pertinent fracture surfaces for further study via 
scanning electron microscope (SEM) fractography. 

Visual Examination of General Physical Features 

The fracture faces and the hub pieces were matched with previous photographs by bolt hole locations to allow all 
investigators to describe the failure in a consistent manner (Fig. la to c). One piece of the hub was missing at bolt hole 
No. 5 and that area (3-5) was still intact as part of the wheel. All of the other hub pieces had failed at the bolt holes, 
permitting wheel separation and causing the accident. 




Fig. 1 (a) Hub area of wheel that failed by crack propagation from hole to hole, (b) and (c) Higher- 
magnification views. 

The fracture surfaces at bolt holes No. 6 and 9 appeared to have conchoidal (beach) mark patterns, indicative of fatigue, 
emanating from the rim backside and propagating to the rim midsection. A final overload appeared to have led to 
catastrophic failure. 

Testing Procedure and Results 

Surface examination 

Macrofractography. Low-power magnification (lOx) revealed that fracture surfaces at bolt holes No. 6 and 9 
contained beach marks. Because the wheel was impounded, and corroboration of the failure mode and identification of 
the initiation point was of the utmost importance, it was decided to replicate the fracture surfaces at areas (1-2), (2-3), (5- 
6), (6-7), (7-8), and (9-10) so that SEM fractography could be performed. 

Scanning Electron Microscopy/Fractography. The replicated tape specimens were sputter coated with 60Au- 
40Pd for SEM examination. All of the areas were scanned at varying magnifications. Special emphasis was placed on 
locations 6, 7, and 9, where possible fatigue initiation points had been observed (Fig. 2, 3, 4). 
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Fig. 4 SEM fractograph from bolt hole No. 9. 172.5x. 

As suspected, striations and arrest patterns were found at locations 6 and 9, indicating a fatigue mode of failure. Location 
7 also exhibited less distinct striations. Areas (1-2), (2-3), (5-6), and (7-8) revealed dimpled patterns, representative of an 
overload failure mode. 

Discussion 

Synthesis of evidence 

Because the failed wheel had been impounded by the police and thus could not be removed or sectioned for destructive 
testing, low-power microscopic examination and SEM examination of extracted replicas were performed. These 
techniques proved to be invaluable, identifying the initiation points (bolt holes No. 6, 7, and 9) and the mode of failure 
(fatigue). 

Conclusion and Recommendations 

Most probable cause 

The basic cause of the wheel failure was improper mounting of the replacement spare, which imposed cyclic loading for 
each wheel revolution. The distance traveled before the failure occurred (800 km, or 500 mi) was approximately 250,000 
cycles, which is consistent with the high-stress, low-cycle fatigue discovered by SEM examination. 

How failure could have been prevented 

This failure, and the resultant accident, could have been prevented by proper wheel-mounting procedures. The trucking 
company should properly instruct their drivers in mounting procedures and insist that they witness and supervise any 
wheel installation. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11 ,ASM Handbook, ASM International, 2002, p 700-727 


Cracking of Furnace Rings of Horizontal Multi-Tubular Boiler 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Following leakage which developed within the furnace of a horizontal multi-tubular type boiler, examination revealed a 
series of cracks adjacent to the stiffening rings in the first plain furnace ring. The fire-side surface of the sample was coated with a 
layer of oxide scale. Microscopical examination of sections through the cracks showed them to be filled with oxide and to be of the 
multi-branched type, having blunt terminations.The general nature of the cracks was characteristic of cracking from thermal or 
corrosion fatigue, as results from the operation of varying stresses in an oxidizing or corrosive environment. The cracking in this 
particular case was due principally to the inordinately large gap between the components. Additionally, several of the sealing welds 
of the tubes to the back tube plate were cracked in a radial manner, and it would appear that in addition, abnormal thermal 
conditions may well have been experienced intermittently in service. 

Keywords: Boiler tubes; Leakage; Rings; Thermal stresses 

Material: Steel (Steel, general) 


Failure type: Thermal fatigue fracture 


Following leakage which developed within the furnace of a horizontal multi-tubular type boiler, examination revealed a 
series of cracks adjacent to the stiffening rings in the first plain furnace ring. The cracks on the fire-side totalled 18 in 
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number and measured Tin. to J Tin. long, two of them having penetrated through to the water side. The ring itself was 3 
in., and the stiffening ring 1 in., thick. 



Dye-penetrant crack detection of the section of the furnace ring submitted for examination gave the indications depicted 
in Fig. 1. With the aid of a low-power magnifier, however, many finer cracks could be seen. The fire-side surface of the 
sample was coated with a layer of oxide scale. 



Fig. 1 Cracking on fire-side of furnace ring as revealed by dye-penetrant test 

Microscopical examination of specimens taken to include sections through the cracks showed them to be filled with oxide 
and to be of the multi-branched type, having blunt terminations — a typical example being seen in Fig. 2. At the fire-side 
surface a number of smaller cracks or fissures were present, as indicated in Fig. 3; they were also oxide filled and in the 
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specimens examined extended for a depth of l6in. 







Fig. 3 Cracking in initial stage. xlOO 

No evidence of structural changes indicative of overheating was revealed under the microscope. The carbide constituent 
of the grains showed no tendency to spheroidise, nor were any material defects present. The general nature of the cracks 
was characteristic of cracking from thermal or corrosion fatigue, as results from the operation of varying stresses in an 
oxidizing or corrosive environment. Such stresses result initially in cracks in the normal protective scale covering the 
surface of the plate, the underlying metal thereby being exposed and suffering local attack from, either the oxidising gases 
present in the furnace atmosphere, or corrosive condensates present during starting up or shutting down. It is significant 
that the cracks did not develop over the general internal surface but only in way of the stiffening ring. The ring was 
attached by welding and from the section through the joint shown in Fig. 4, it will be apparent that a significant gap 
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measuring Sin. wide x Sin. long existed between the ring and the stiffener. 



Fig. 4 Gap between ring and stiffener 

In view of the fact that failure in this manner is not common with this mode of construction, it was considered that the 
cracking in this particular case was due principally to the inordinately large gap between the components. This would lead 
to a reduction in the rate of heat transfer from the furnace ring to the water and that portion of the furnace ring 
immediately adjacent to the air gap would be expected to attain a slightly higher temperature than the remainder. The 
additional thermal expansion which would occur would be resisted by the main body of the ring and compressive stresses 
would develop in the region. If the zone attained a sufficiently high temperature, stress relaxation by compressive creep 
would occur, the assembly tending to a stress-free condition at the temperature. In this connection, the microscopical 



examination showed that no structural change had taken place, indicating that the temperature had not exceeded 550°C; 
creep, however, may occur at lower temperatures. When the assembly reverts to room temperature, thermal contraction 
takes place and consequently tensile stresses develop in the region under consideration. Cracking of the oxide scale will 
be induced and repetition of the sequence will ultimately give rise to fatigue failure in the manner experienced. 

The effect of the air gap is comparable with that of a lamination in a furnace plate; heat transfer is restricted, the material 
on the fire-side of the defect suffers overheating and creep occurs giving rise to blistering, accompanied in many instances 
by cracking of the fire-side surface. It is satisfactory to note that, in the replacement ring, the form of the Tee joint was 
modified to incorporate a full penetration butt and fillet weld. 

A further contributory factor was provided by the l6in. thick scale which had been deposited on the furnace ring during 
service, and this served to increase the metal temperature in the region. In the absence of the air gap, however, cracking of 
the ring may not have occurred. Additionally, several of the sealing welds of the tubes to the back tube plate were cracked 
in a radial manner, and it would appear that in addition, abnormal thermal conditions may well have been experienced 
intermittently in service. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 

S.D. Antolovich and A. Saxena, Thermomechanical Fatigue: Mechanisms and Practical Life Analysis, Failure Analysis 

and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 738-745 


Corrosion-Fatigue Cracking in Steam Accumulators 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Three examples of corrosion-fatigue cracking from the toes of substantial fillet welds applied to seal-leaking riveted 
seams in steam accumulators are described. In the first case, this practice resulted in a disastrous explosion; in the second, which 
involved two identical vessels at the same location, cracking in course of development was discovered during internal inspection. 
Microscopical examination of several specimens cut to intersect a crack showed it to be typical of corrosion-fatigue; it was in the 
form of a broad fissure, contained oxide deposits, and the termination was blunt-ended. The two cases not only serve to illustrate 
the danger of applying fillet welds to seal the lap edges of riveted seams, but point to the inadvisability of employing riveted 
construction for vessels intended for service under conditions involving frequent pressure and thermal fluctuations, as it is extremely 
difficult to maintain the tightness of riveted seams under these conditions. Such vessels are now almost exclusively of all-welded 
construction. 

Keywords: Accumulators; Boilerplate; Fillet welds; Optical microscopy; Riveting; Sealing 


Material: Steel (Steel, general) 


Failure types: Corrosion fatigue; Joining-related failures 


This article describes three examples of the development of corrosion-fatigue cracking from the toes of substantial fillet 
welds applied to seal-leaking riveted seams in steam accumulators. In the first case, this practice resulted in a disastrous 
explosion (Fig. 1); in the second, which involved two identical vessels at the same location, cracking in course of 
development was discovered during internal inspection. 




Fig. 1 View of part of devastation caused by the explosion 

The accumulator in the first case was built in 1920. It was approximately 13 ft. diameter, 52 ft. 6 in. long, and was of 
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riveted construction, the cylindrical part comprising five rings of Sin. thick plate with two longitudinal treble-riveted 
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double butt-straps, Sin. thick, per ring; the hemispherical ends were built-up from Sin. thick petal plates with 
doubleriveted single butt-straps located internally. The vessel was designed for a working pressure of 100 lb. per sq. in., 
and its puipose was to act as a reservoir in the steam supply to a Paper Mill and reduce fluctuations in the steam demand 
on the boilers. It was positioned horizontally and supported from two pairs of brackets riveted to it, these being located 
approximately 26 ft. apart, and it was normally kept filled with water to a height of approximately three-quarters of its 
diameter, incoming steam being fed into the water through a perforated distribution manifold. The steam flow from the 
vessel was taken via a dome at the top, situated at approximately mid-length. 

It appears that trouble was experienced due to leakage from the riveted seams of the vessel shortly after it was installed 
and, as caulking proved ineffective, it was decided to seal-weld the edges of some of the butt-straps, laps, and internal 
rivet heads. This welding was carried out by means of the metal-arc process, using bare wire electrodes as was the then 
current practice. So far as was known, this initial welding was confined to those parts of the inner laps of the longitudinal 
and circumferential shell seams that were located below the water-level, the seams in the hemispherical ends and above 
the water-level not being welded. It appears that the sealwelding was effective in remedying the leakages and it was not 
until some time during the last war that leakages again took place in localities where the seams had not been welded. The 
records available were not complete but there is reason to believe that the further welding that was carried out was done 
with covered electrodes, which were available by then. Towards the end of, or immediately after, the war - there appears to 
have been a third application of welding, in the course of which any lap edges or internal rivet heads not previously 
welded were dealt with in this manner. The vessel had been inspected internally at five-yearly intervals since it was 
installed, each inspection being followed by a hydraulic test to a pressure, of 1.5 times the designed working pressure, the 
last such examination and test having been carried out in 1955. 

The initial point of rupture at the time of the explosion was located in the first shell ring at the end of the vessel nearest to 
the boiler house. This ring fractured along the lower lap to the inner butt-strap of the lower longitudinal seam, which was 
located about 45° below the horizontal centre line. The rupture extended round both adjacent circumferential seams and a 
section of the ring was more-or-less flattened out torn clear and blown upwards, alighting about 300 yards away from the 
vessel; the adjacent hemispherical end also ruptured extensively. The paths of the various ruptures are indicated in Fig. 2. 
The virtual removal of one end of the vessel enabled the steam and water contents to discharge violently and the reaction 
thus set up projected the remains of the vessel, in the manner of a rocket, through a considerable part of the factory 
premises until it finally came to rest in the evaporation plant. 



Zone of- 

INITIAL RUPTURE 


Fig. 2 Sketch showing paths of ruptures 

The cause of the rupture that initiated the explosion was found to be the presence of a corrosion-fatigue fissure that had 
extended practically through the shell plate over almost the full length of the seam at which it occurred. The fissure had 
developed at the toe of the seal-weld at the lap edge of the butt-strap, and examination of a number of specimens showed 
that it was a typical example of corrosion-fatigue. 

As its name implies, corrosion-fatigue arises from the simultaneous action of corrosion and fluctuations of tensile stress. 
The corrodent need only be very mild—ordinary tap water will suffice—and the fluctuations in tensile stress need not be 
of a very high order; it is the simultaneous action of corrosion and fluctuating stress that gives rise to this form of 
deterioration. It is well known by the name of “grooving” in this country and is often found in shell type boilers in such 
localities as the junctions of furnace rings and front end plates. 

In addition to the fissure that initiated the rupture in the vessel, similar - fissures of slightly less depth were present adjacent 
to other longitudinal seams and also in places at the circumferential seams. At the time the remains of the vessel were 
inspected by one of the Company's officials it had been largely cut up prior to removal from site, but enough was 






observed to indicate that practically all the seams located below the water level had developed corrosion-fatigue fissures 
at the toes of the seal-welds to an appreciable degree. Numerous fissures, almost in the form of cracks, had also developed 
around many of the welded rivet heads, some extending radially. 

Judging from the many cut-up pieces that were inspected, the internal surfaces of the vessel were singularly free from 
corrosion, having, regard to its age. Below the water level there were isolated, widely separated small corrosion scabs of 
the type associated with differential aeration corrosion, but over most of the surfaces the original mill scale was still 
visible beneath a patina of friable rust. In those parts of the vessel where the corrosion-fatigue fissures at the weld toes 
had not been appreciably disturbed as a result of the explosion, it was noted that they were practically filled with 
corrosion products that appeared to consist largely of magnetite (FeaCk). Bearing in mind that the interior of the vessel 
would be covered with a thin layer of rusty sludge after it had been emptied for examination purposes, the existence of the 
fissures could easily be overlooked unless their presence was suspected and steps taken to dig away the corrosion 
products that filled them. A typical example of the Assuring at the toes of the seal-welds is shown in Fig. 3; it should be 
noted that this fissure had been opened up and the corrosion product broken away as a result of the deformation that 
occurred at the time of the explosion. Further examples of the Assuring are shown in Fig. 4, (a) and (c) depicting bare- 
wire welds and ( b ) a weld made with a covered electrode. 



Fig. 3 Typical example of fissure at toe of seal-weld, showing welding of rivet head and incomplete filling of 
hole by rivet 



Fig. 4 Typical examples of fissures; (a) and (c) bare wire, (b) covered, electrodes x 



As the failure of the vessel resulted from corrosion-fatigue it is pertinent to consider the nature of the water with which it 
was partly filled and the stress fluctuations that occurred in service. The water supplied to the vessel was not treated, 
being tapped off before the point at which the boiler feed water was conditioned by the addition of trisodium phosphate 
and sodium hydroxide. For the first 10 years of the vessel's life the water was taken from a local river, but was 
subsequently obtained from a lake. Judging from the general condition of the plates, the water could not be said to be 
corrosive but its potentialities in this direction would, of course, suffice for the development of corrosion-fatigue fissures 
in those parts of the vessel that were subjected to fluctuating tensile stresses of the requisite magnitude. According to 
information, the lake water had a mean pFI value of the order of 7.4, that of the water in the vessel being about 9.5, which 
is on the low side, as a figure of 10.5 would be desirable if corrosion was to be minimised. So far as is known, no steps 
were ever taken to decrease the oxygen content of the water and this is consistent with the presence of some scab 
corrosion on the plates. It is also understood that examination of the corrosion products revealed strong indications of the 
presence of chlorides. Sodium chloride is, of course, a very undesirable constituent in a boiler or accumulator water, 



particularly if the water contains organic matter as did that taken from the lake. Whatever may be deduced from the 
meagre data available regarding the chemical composition of the water in the accumulator, the fact remains that, after 38 
years of service, the general condition of the vessel was remarkably good from the corrosion point of view. It may be 
assumed, therefore, that the water conditions within the accumulator had been on the corrosion border-line, at least for 
much of the service life. 


As it is extremely unlikely that any corrosion-fatigue trouble would have been experienced in the absence of seal-welding 
of the vessel seams, it is of interest to consider the question as to why such seal-welding was necessary. It will be noted, 
from the transverse section shown in Fig. 3, that the rivet depicted did not fill the hole properly. As the fit of the rivets 
could have been disturbed in a circumferential direction by the working stresses, and in particular at the time of the 
explosion, an adjacent section to that depicted in Fig. 3 was cut through longitudinally and this is shown in Fig. 5, from 
which it will be observed that the fit of the rivets was not substantially different from that shown in Fig. 3. It is evident, 
therefore, that the rivets did not fill the holes properly when the seam was riveted. This being the case, slight relative 
movement of the shell and butt-strap plates would be bound to occur when the vessel was pressurised and this would 
disturb the caulking at the lap edges of the butt-straps and so lead to the development of leakage. There is no reason to 


doubt that the original leakage from the vessel seams was due primarily to the unsatisfactory fit of the rivets, but a 
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contributory factor was that the pitch of the outermost row of rivets was 2in., which would render adequate caulking 


difficult owing to springing of the butt-straps at the spaces between the rivets. 



Fig. 5 Longitudinal section through seam adjacent to part shown in Fig. 3. Approx. Half size 

The application of seal-welding to the lap edges of riveted seams is a most undesirable practice because it gives rise to a 

severe concentration of stress at the toe of the weld. In the sketch Fig. 6 is shown a section through part of a longitudinal 




seam in the vessel under consideration. At the time seal-welding was applied the vessel would not. of course, be under 
pressure, and owing to the slight relaxation that would invariably take place on removal of the pressure, the holes in the 
plates would not necessarily be in contact with the shanks of the rivets. It follows, therefore, that after the deposition of a 
seal-weld along the lap edge of a buttstrap there would exist, or be brought about by contraction of the weld-metal, a 
slight gap between the hole in the butt-strap and the rivet shank, designated X in Fig. 6. When the vessel was subsequently 
pressurised the shell plate would no longer be free to move relative to the butt-straps so as to take up any gap between the 
holes and rivet shanks; consequently, the hoop stress arising from the pressure would be imposed largely, and in some 
places probably wholly, on the sealweld. The effect of this would be to introduce a bending stress at the weld junction 
between the shell plate and the inner butt-strap, largely concentrated in the shell plate at the toe of the weld; as the neutral 
axes of the shell plate and butt-strap lie in different planes, the application of a hoop load, T, would produce a couple, Y, 
and the bending moment thus set up would produce a tensile stress at the toe of the weld in the locality designated Z. A 
simple calculation shows that at the designed working pressure of 100 lb. per sq. in. To arrive at an approximation of the 
true stress it is necessary to apply a stress concentration factor to take into account the abrupt change of section at the 
weld toe and the undercutting that was present in the vicinity. Assuming a modest factor of 1.5, the maximum skin stress 
would be in the region of 15.0 tons per sq. in., i.e. in excess of the yield point of the material. It is known that the vessel 
was tested hydraulically to 1.5 times the working pressure on several occasions and this would cause the formation of a 
wedge of plastically deformed metal in the locality indicated by Z, the depth of the wedge depending largely on the extent 
to which the shell plate moved relative to the butt-strap before the rivet shanks began to take up the load. There is every 
reason to believe, therefore, that the plate material at the toes of the seal-welds at the longitudinal seams was strained 
plastically to an appreciable degree when the vessel was put back into service after the welding had been applied. 



Fig. 6 Transverse section through longitudinal seam 

The formation of a wedge of plastically deformed metal in the manner described would rupture the oxide film on the 
surface, thus exposing bare metal. As the latter is anodic with respect to the oxide film, which would cover most, if not 
all, of the remainder of the plate surface, there would exist the dangerous state of affairs arising from the presence of a 
small anode and a large cathode, which would lead to preferential corrosion of the plastically deformed metal. This 
susceptibility to corrosion would be enhanced by the plastically deformed metal, which is itself anodic with respect to 
undeformed metal and therefore liable to corrode preferentially. It is thus to be expected that corrosion would be initiated 
along the toes of the welds under conditions that might not suffice to give rise to it elsewhere. 

With regard to the question of stress fluctuations, it is understood that the pressure within the vessel varied between 45 - 
100 lb. per sq. in., and severe thermal fluctuations are bound to have occurred depending upon whether the accumulator 
was absorbing or supplying steam. The consequent stress fluctuations would be ample to bring about the development of 
corrosion-fatigue :fissures. It is probable that the development of these was rapid at first and that the attack was then 
slowed down by the stifling action of the corrosion products that would accumulate within the fissures. 

The cause of this disastrous explosion is attributable to the application of seal-welding to initially faulty riveted seams, 
there being no evidence to suggest that any Assuring would have occurred in the absence of seal-welding. Such Assuring 
does sometimes occur in line with the lap edges of lapped seams, but the Company is not aware of a case where it has 
occurred in a double butt-strap riveted seam that was free from seal-welding. 

2. Another si mi lar case of corrosion-fatigue cracking, which developed at the lap edges of the riveted seams of vessels 
which had been sealed by fillet welds, involved two identical horizontal accumulators which were situated in this country. 
They were manufactured in 1928 and had been in continuous operation at a pressure of 250 lb. per sq. in. Both vessels 
had a long history of seam leakage, which repeated caulking had failed to rectify, and in 1943 welding of certain of the 
seams was resorted to, this expedient probably being dictated by circumstances imposed by the war. 



riveted, double butt-strap longitudinal seams located above the water line, which was approximately at half diameter. The 
circumferential seams were lapped and double riveted, the fourth one being hand riveted as the vessels had been 
transported to site in two portions. The end plates were of hemispherical form. 




In the case of the first accumulator the welding had been applied along the full length of the lap edges, both internally and 
externally, at the (hand riveted) No. 4 circumferential seam and, internally, only over the bottom halves of Nos. 5 and 7 
seams, as indicated in Fig. 7. The butt-straps of the No. 4 shell ring longitudinal seam had also been welded, internally 
and externally, at the top and bottom edges for approximately 18 in. extending from the No. 5 seam. 
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Fig. 7 Distribution of welding in first accumulator 

During a visual examination of the vessel, what appeared to be undercutting was revealed along the toes of the fillet 
welds. Closer examination, however, showed this to be more suggestive of corrosion-fatigue Assuring, and careful 
probing adjacent to the toes of the welds confirmed the presence of fissures filled with hard corrosion products. Attrition 

marks approximately I6in. wide could also be seen at the lap edges of some of the unwelded seams, indicating 
appreciable relative movement of the plates. 

The only seam in the second accumulator that had been welded was the fourth (hand riveted) circumferential and, since 
the surface of the weld had been heavily peened, it was not possible to ascertain visually whether or not there was a 
fissure at the toe of the weld. 

In order to determine the extent of the aforementioned defects it was decided to examine the vessels ultrasonically. The 
examination was carried out by means of Kraut-Kramer Type U.S.I.P. 9 Ultrasonic Flaw Detectors, employing 2 Mc/s 
70° and 45° barium titanate angle probes and medium grade machine oil as the couplant. When the angle probes were 
placed in a position similar to that shown in Fig. 8, the screen indication obtained was as is depicted in Fig. 9 and this 
confirmed the presence of a crack at the toe of the fillet weld. The length of a crack was traceable by moving the probe 
parallel to the seam until the crack indication disappeared from the screen. In places, the cracks were found to extend into 
the plate material a depth sufficient to prevent any ultrasonic waves passing through to the rivets, and subsequent 
sectioning of such localities showed that the cracks were approximately 1 in. deep and slightly angled to the plate surface. 
At every location where welding had been resorted to, cracks had developed along the toes of the welds for their full 
length, and, in most cases, they extended past the ends of the welds for approximately 2 in. During the examination of the 
fillet welds there were some indications of small cracks radiating from a number of rivet holes. 





Transmission Crack 

PULSE —n ^INDICATION 



Fig. 9 Trace on cathode ray tube of ultrasonic test instrument 

Due to the extent and severity of the defects revealed by the ultrasonic examination it was decided that the first 
accumulator should be taken out of service permanently and replaced, and that the ultrasonic examination of the other 
vessel, which was not affected so seriously, should be extended to ascertain if it was in a condition that would justify 
repair. 

The results obtained from this examination indicated that the circumferential seams of Nos. 1, 2 and 6 shell rings, as well 
as one end plate, were seriously cracked at nearly every rivet hole. Confirmation of the ultrasonic indications was 
obtained by removing several rivets and then magnetically testing the holes; in each case several cracks were detected, 
radiating in all directions. Further ultrasonic testing was carried out over localised areas in other seams and similar results 
were obtained, which were also confirmed by the removal of rivets and magnetic testing of the holes. The areas tested are 
delineated on the accompanying sketch. Fig. 10, which is a developed plan of the accumulator as if opened up 
longitudinally along the top of the vessel. The severity and extent of the defects revealed at the rivet holes was such that it 
was decided that repair of this accumulator was impracticable and it was taken out of service and replaced. When the two 
vessels were cut up prior to removal from site, samples became available for laboratory examination, the more interesting 
features revealed being as follows: 














Rivet removed. Magnetic test carried out. Cracks inmanv directions. 
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^ ULTRASONIC CHECK FROM RIVET 98-102. MULTIPLE CRACKING IN BOTH PLATES 
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Butt strap crackeo between rivets. Shell plate cracked at toe of weld. 


Cracking in n?3I Accumulator 


Fig. 10 Developed plan of second accumulator showing non-destructive tests applied. 

Fig. 11 shows an axial section cut from the bottom of the sixth circular seam from manhole end of the first vessel, and the 
development of a duplex crack system from the slight undercut present at the toe of the fillet weld to the outer plate will 
be noted. A similar section farther round the same seam is illustrated in Fig. 12, this intersecting the excavation made at 
the toe of the weld at the time of the visual examination in order to facilitate magnetic crack detection. At this location the 
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crack had a developed depth of Sin. and extended to Sin. below the plate surface. 
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Fig. 12 


As Fig. 11 but farther round the seam x 



Microscopical examination of several specimens cut to intersect the crack showed it to be typical of corrosion-fatigue; it 
was in the form of a broad fissure, contained oxide deposits, and the termination was blunt-ended, as shown in Fig. 13. 
The crack origin at the junction of the weld metal with the plate material showed a modified plate structure resulting from 
the heat input during welding, depicted in Fig. 14. At this location two separate cracks were present, most likely due to 
the fact that the section intersected two separate cracks which had broken out at different locations round the seam and 
during their subsequent development in the circumferential direction overlapped at their ends by a small amount. 






Weld 


Fig. 14 Origin of fissure shown in Fig. 13 x 50 

The plate material showed a normal structure and its Brinell hardness of 143 is indicative of a tensile strength of 
approximately 32 tons per sq. in. 

A macroscopical examination was also made of a sample from the second vessel cut so as to include a crack at a rivet 
hole, this being taken from the lower portion of the second circumferential seam from the manhole end. Magnetic crack 
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detection showed several radial cracks up to Sin. long to be present. A specimen embracing a typical crack was 
subsequently pre pared for microscopical examination, which revealed it to be of the corrosion-fatigue type, the blunt- 
ended termination of the oxide-filled fissure being shown in Fig. 15. No structural abnormalities were observed in the 
plate material, which had a Brinell hardness of 170, equivalent to a tensile strength of 37 tons per sq. in. 





Fig. 15 Termination of fissure in second accumulator x 200 

The mode of cracking in the case of both these accumulators follows closely that found in the vessel which exploded in 
Norway and the several causes discussed earlier arc also applicable to this case. In this latter instance, the vessels were 
carried at their midlengths on fixed supports and by roller supports situated near to the ends and it is significant that the 
most seriously affected seams in each vessel were situated in the region of the centre supports, which would be zones of 
contraflexure. The fact that the centre seams were hand -riveted doubtless played a contributory paid. Another factor 
which probably had a bearing on the seam leakage trouble as well as the subsequent cracking was vibration from nearby 
forging hammers, which would tend to disturb the caulking of the seams and give rise to stress fluctuations at the toes of 
the fillet welds. The cracking in the latter locality, however, is attributable primarily to the presence of the welds. As can 
be seen from Figs. 11 and 12, these consisted of substantial fillets, greatly in excess of the light runs which are sometimes 
applied for seam sealing puiposes, and their stress-raising proclivities would be enhanced in consequence. 

The cracking at the rivet holes was also found to be of the corrosion-fatigue type, the factors responsible being the 
variable stresses arising from the frequent pressure and thermal fluctuations to which vessels of this type are subjected in 
service, and the corrosive action of the water that entered the seams at localities where the caulking was disturbed due to 
relative movement of the plates. 

If the fissures in the first vessel had passed undetected and continued to develop, it is probable that, ultimately, a 
disastrous explosion, similar to that of the vessel described earlier, would have occurred. The two cases not only serve to 
illustrate the danger of applying fillet welds to seal the lap edges of riveted seams, but point to the inadvisability of 
employing riveted construction for vessels intended for service under conditions involving frequent pressure and thermal 
fluctuations, as it is extremely difficult to maintain the tightness of riveted seams under these conditions. Such vessels are 
now almost exclusively of all-welded construction. 


Related Information 
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Fatigue Failure of Crane Clevis Bracket 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: The fracture of a clevis which formed part of the derricking gear of a large crane showed well developed conchoidal 
markings. These were associated with a principal origin on the outer surface at about the mid-width of the section. A number of 
secondary origins were apparent along this same edge. Failure was initiated at the extrados which suggested that a discrepancy in 
the size of the pin may have contributed to failure. Microscopic examination of a section through the main origin did not reveal any 
material defects or the presence of weld repairs which could have led to the premature failure. Furthermore, there were no 
indications that corrosion had contributed to the fatigue cracking. 

Keywords: Brackets; Clevis 


Material: Steel (Steel, general) 

Failure types: Fatigue fracture; Corrosion fatigue 


The photograph. Fig. 1, shows complementary views of the fracture of a clevis which formed part of the derricking gear 
of a large crane. The appearance of the fracture was noteworthy in that well developed conchoidal markings were 
produced, these being associated with a principal origin on the outer surface at about the mid-width of the section. A 
number of secondary origins were apparent along this same edge, as seen in Fig. 2. 



Fig. 1 Fatigue failure of clevis bracket. 



Fig. 2 Appearance of fracture with well developed conchoidal markings. 
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The component consisted basically of a “U” shaped section 5 in. wide by -tin. thick with welded-on cross pieces at the 
open ends which incorporated bosses and holes for bolts and distance pieces. The internal surface of the “U” bend fitted 
against a large diameter pin on the mating component to permit alignment of the assembly with the plane of the ropes and 

fracture had occurred in the curved portion adjacent to one of the straight legs. The crack had developed to within Sin. of 
the internal surface before sudden final failure through the remainder of the section took place. Failure was initiated at the 
extrados which suggested that a discrepancy in the size of the pin may have contributed to failure. As indicated in the 
outline sketch, Fig. 3, a pin which is significantly small in diameter with respect to the curvature of the clevis would result 
in the imposition of a bending stress additional to the normal tensile stress carried by the material. Under variations of 
load in service, particularly where suddenly applied or snatch loading occurred, development of fatigue cracks would not 
be unexpected. 



Fig. 3 Bending stress arising from discrepancy of fit. 

A section through the main origin was examined microscopically, this did not reveal any material defects or the presence 
of weld repairs which could have led to the premature failure. Furthermore, there were no indications that corrosion had 
contributed to the fatigue cracking. 

Related Information 
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Fatigue Failure of a Metal-Sprayed Crankshaft 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: In the course of a general overhaul the crankpins and main journals (3 in. diameter) of the crankshaft of a four-cylinder 
oil engine were built up by metal spraying. Four weeks later the shaft broke through the pin remote from the flywheel (driving) end. 
The fracture was of the fatigue type. A creeping crack originated in the fillet at the inside surface of the pin and extended parallel to 
the plane of the web across practically the whole of the section before complete rupture occurred. The sprayed metal on the 
fractured pin had very poor adhesion. The surfaces of the main journals had not been grooved but appeared to have been 
roughened by shot- or grit-blasting prior to spraying and the deposit was more firmly adherent to these surfaces than in the case of 
the pins. It is doubtful, however, whether the adhesion of sprayed metal to a surface prepared even in this manner would always be 
satisfactory under severe loading conditions, such as those to which a crankpin is subjected in service. 

Keywords: Crankshafts; Surface pretreatment 


Material: Steel (Steel, general) 


Failure type: Fatigue fracture 


In the course of a general overhaul the crankpins and main journals (3 in. diameter) of the crankshaft of a four-cylinder oil 
engine were built up by the metal-spraying process. Four weeks later the shaft broke through the pin remote from the 
flywheel (driving) end. The fracture, as shown in Fig. 1, was of the fatigue type, a creeping crack having originated in the 
fillet at the “inside’, surface of the pin and extended parallel to the plane of the web across practically the whole of the 
section before complete rupture occurred. 




Fig. 1 

The sprayed metal on the fractured pin was found to have very poor adhesion and could easily be detached by tapping a 
chisel inserted between it and the pin. Portions of the sprayed layer were removed from all the pins and journals in order 
that the preparation carried out prior to building-up could be examined. In two of the pins a helical groove approximately 

32in. wide x 32in. deep and having a pitch of 10 t.p.i., had been cut in the surfaces but in the case of the other two nearer 
the driving end the grooving extended over one half of the pin periphery only, the remaining portion of the surface having 
been indiscriminately indented with some form of toothed punch as depicted in Fig. 2, which also shows another view of 
the broken pin. 





Fig. 2 

The surfaces of the main journals had not been grooved but appeared to have been roughened by shot- or grit-blasting 
prior to spraying and the deposit was more firmly adherent to these surfaces than in the case of the pins. From one pin a 
large portion of the sprayed metal, extending for the whole width of the pin and one-third of its circumference, came 
away in one piece and examination indicated that the tongues of metal which filled the grooves had broken away from the 

main layer level with the pin surface. The average thickness of the sprayed layer was 32in. The Brinell hardness of the 
crankpin itself was only 163, indicating that it was readily machinable. 

With regard to the sequence of there was a possibility that the fatigue crack might have been in course of development at 
the time the restoration of the shaft was carried out. But careful examination showed that this was most unlikely, because 
the origin of the crack was situated at the bottom of one of the turned grooves and it followed the groove about halfway 
round the pin periphery; a view of a portion of the pin showing the coincidence of the crack and groove and the 
continuation of the groove beyond the point where the crack changed direction is depicted in Fig. 3. Although the remote 
possibility cannot be discounted that the groove may have been cut in line with the pre-existing crack, the evidence is 
very much in favour of the crack having developed from the groove, especially in view of its complete coincidence with 
the groove during the early part of its development around the pin. Furthermore, the crack was not located in the “run¬ 
out” of the fillet radius, as are the majority of such cracks in crankshafts, but developed about Sin. away in the parallel 
part of the pin, which also suggests that its location was determined by the pre-existing groove. 




Fig. 3 

The Company's experience of reconditioning shafts and the like by means of metal spraying has been that the subsequent 
service life is satisfactory so long as the shaft has been properly prepared before spraying and the loading conditions are 
not severe. By virtue of its nature, sprayed metal is mechanically weak and if overloaded in compression it tends to spread 
laterally, thus disturbing its adhesion to the underlying metal. In the case of crankshafts, for instance, sprayed metal 
stands up well on the journals but not on the pins, which are more heavily loaded and subjected to an element of shock. 
The sprayed-on metal is dependent entirely on the presence of a mechanical “key” for its adherence to the part to which it 
is applied and a groove in the form of an incomplete thread is not only inadequate, as is evident from the present case, but 
has a most undesirable stress-raising effect which is also well shown in this instance. The most satisfactory method of 
surface preparation is shot- or grit-blasting, recommended by the Admiralty 1 and this requires to be carried out in such a 
manner that the surface is roughened and not simply peened. Not only are the stress-raising effects of “blasting” 
negligible by virtue of the smallness of the indentations, but there is a compensatory factor introduced by the residual 
surface compression that occurs and, given the optimum conditions, it may actually improve the fatigue strength of the 



part to which it is applied. It is doubtful, however, whether the adhesion of sprayed metal to a surface prepared even in 
this manner would always be satisfactory under severe loading conditions, such as those to which a crankpin is subjected 
in service. 

Reference 
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Fatigue Failure of a Diesel Engine Piston Pin 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A marine diesel running at 350 rpm had satisfactorily completed 13,000 hours before failure of one of the piston pins took 
place. The pin, 17 in. long, with a central bore of 3 in. diameter, failed transversely approximately 3 in. from one end. The 
characteristic conchoidal markings indicative of fatigue failure were present with origins at about the mid-thickness of the pin located 
each side of the step in the fracture surface. In addition, cracking was evident in the axial direction. The crack ran into one of the 
radial oil holes near the end of the pin. A further section was taken transverse to the crack surface and subsequent examination 
confirmed the presence of a slag inclusion on the edge of the crack. The inclusion ran the full length of the component. The stress 
raising effect of the inclusion in combination with the residual and service stresses served to initiate the cracking in the longitudinal 
direction. Although the longitudinal crack preceded the transverse ones, it would appear that once initiated, the latter developed at a 
greater rate than the former 

Keywords: Diesel engines; Nonmetallic inclusions; Pins 


Material: Steel (Steel, general) 


Failure type: Fatigue fracture 


Very few failures in general are attributable to the use of defective material, the majority arising from deficiencies in 
design or from abnormal service conditions — temperature, corrosive environment, overload, fluctuating stress, shock, 
etc. Internal defects having a metallurgical origin can act as convenient points of initiation of fatigue cracks, depending on 
their shape and location. This case study describes a failure where defects of this nature were considered to have played a 
predominant role. 


The engine concerned was a marine diesel running at 350 r.p.m. and had satisfactorily completed 13,000 hours before 
failure of one of the piston pins took place. 
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The pin, which was 17 in. long, 2in. o.d. with a central bore of 3 in. d., failed transversely approximately 3 in. from one 
end, the fracture being of slightly helical form as is depicted in Fig. 1 and 2. The characteristic conchoidal markings 
indicative of fatigue failure were present with origins at about the mid-thickness of the pin located each side of the step in 
the fracture surface. The arrows in Fig. 2 depict the direction and growth of the fatigue cracks. In addition, cracking was 
evident in the axial direction, this being in line with the step seen on the transverse fracture, the crack running into one of 
the radial oil holes near the end of the pin as can be seen in Fig. 3 and 4. Crack detection revealed a continuation of this 
defect to be present at the radial hole near the other end of the pin. 









Fig. 2 Opposing faces of fractured pin showing conchoidal markings. 




Fig. 4 Axial cracking at radial oil hole. 

The pin was sectioned to expose the faces of the longitudinal crack and these were seen to be smoothly polished, 
suggesting failure from fatigue. Both faces of the crack surface were exposed and are shown in Fig. 5; the band of 
smoother appearance adjacent to the surface representing the depth of the case hardening present on the internal surface 
of the pin. The arrow on Fig. 5 indicates regions having a texture indicative of a pre-existing non-metallic inclusion. This 
is shown in greater detail in Fig. 6. A further section was taken transverse to the crack surface and subsequent 
examination confirmed the presence of an inclusion on the edge of the crack as indicated in Fig. 7. From the composite 
phases present it was concluded that it represented an inclusion of slag. Radially, it was situated between the carburised 

layer and core material approximately Sin. below the bore surface. Further transverse sections taken along the length of 
the pin indicated that the inclusion ran the full length of the component. 



Fig. 5 Opposing faces of axial crack. 



Fig. 6 Enlarged view from Fig. 5 showing presence of non-metallic inclusion. 



Fig. 7 Transverse section showing inclusion at edge of crack (xlOO). 

The inclusion being situated just below the hardened case would be in an area of residual tensile stress balancing the 
compressive stress associated with the hardened case. In addition, in service, the pin would be subjected to valuations in 
bending stress in the hoop direction as the pin tended to become oval with pressure loading. It was considered that the 
stress raising effect of the inclusion in combination with the residual and service stresses served to initiate the cracking in 
the longitudinal direction. 
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The origins of the transverse cracks were situated approximately -tin. from the bore surface whereas the inclusion was 

located approximately Sin. below. Detailed inspection, however, revealed that whereas the surfaces of the longitudinal 
crack were smooth, particularly in the case hardened area, they became progressively irregular as they developed and as 
such could provide suitable nuclei for fatigue cracking in the transverse direction. Rotation of the pin would result in a 
variation of bending stresses in the axial direction which would promote fatigue and the helical form is probably due to 
the combination of stresses in this direction with those in the hoop direction. 

Although the longitudinal crack is considered to have preceded the transverse ones, it would appear that once initiated, 
the latter developed at a greater rate than the former. A further feature confirming the prior initiation of the longitudinal 
cracking is given by the mode of development of the transverse fatigue cracks. It is a matter of common experience that a 
fatigue crack starting at an initiation point within the body of a component would develop uniformly in all directions. In 
the present example, however, the development from both the origins is in one main direction only, i.e., that in the 
opposite direction was prevented by the intervening longitudinal crack. 

Related Information 
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Tower Crane Failure 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: While a tower crane was slewing with a full load of concrete at an 80 ft. radius, the operator applied the emergency brake 
to avert collision with another crane. One of the main square tubular uprights split over a short distance and a number of the 
adjacent bracings had broken away. Additional cracking had developed along one of the corner welds of the upright. Sections taken 
through the upright in various planes revealed a laminar defect. The through-thickness crack coincided with one end of the defect. 
The fracture was therefore due to separation having occurred partially in the plane of the defect. This particular tubular bracing was 
attached initially to virtually half of the section thickness for a little less than half of its circumference and a zone of intrinsic 
weakness was introduced. In service, fatigue or corrosion fatigue cracks occurred at the toes of the welds, at the corner of the box 
section and progressively at other positions. Final and sudden failure occurred under the excessively severe torsional stresses 
introduced when the emergency brake was applied. 

Keywords: Cranes; Torsion; Tubes; Welded joints 

Material: Steel (Steel, general) 


Failure types: Corrosion fatigue; Fatigue fracture 


Very few failures in general are attributable to the use of defective material, the majority arising from deficiencies in 
design or from abnormal service conditions — temperature, corrosive environment, overload, fluctuating stress, shock, 
etc. Internal defects having a metallurgical origin can act as convenient points of initiation of fatigue cracks, depending on 
their shape and location, this case study describes a failure where defects of this nature were considered to have played a 
predominant role. 

While a tower crane was slewing with a full 1 cu. yd. load of concrete at an 80 ft. radius, the operator was obliged to 
apply the emergency brake in order to avert a collision with another crane which had moved on an adjacent site. A 
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disturbing noise was heard from the tower structure and subsequent investigation revealed that one of the main Sin. 
square tubular uprights had split over a short distance and that a number of the adjacent bracings had broken away. The 
damaged portion is shown in Fig. 1 where it will be observed that separation, of one of the tubular members has resulted 
in an elliptical hole in the side of the main upright which only extended half-way through the thickness of the section over 
approximately half of its circumference. 




Fig. 1 Failure at attachment of bracing to corner member. 



Additional cracking had developed along one of the corner welds of the upright and a short crack joined this to the hole 
referred to above. Another crack was present in line with the edge of the half thickness portion and a further one ran 
round the toe of the adjacent tube — a portion of which was re-welded to facilitate dismantling. 

In order to investigate the cause of the rather unusual form of fracture, sections were taken through the upright in various 
planes; one revealed a laminar defect as seen in Fig. 2, the through-thickness crack coinciding with one end of the defect. 
It is shown in greater detail in the etched macro-section in Fig. 3. 



Fig. 2 Section adjacent to failure showing laminar defect. 




Fig. 3 Etched cross-section through defect. 

The particular appearance of the fracture was therefore due to separation having occurred partially in the plane of the 
defect. It is apparent, therefore, that this particular tubular bracing was attached initially to virtually half of the section 
thickness for a little less than half of its circumference and a zone of intrinsic weakness was introduced. In service, greater 
movements and therefore greater strains would be experienced, resulting in the development of fatigue or corrosion 
fatigue cracks at the toes of the welds, at the corner of the box section and progressively at the other positions seen on Fig. 
1, final and sudden failure occurred under the excessively severe torsional stresses introduced when the emergency brake 
was applied. 
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Failure of Propeller Attachment Bolts 

C. Howard Craft, Senior Metallurgist, Magnaflux Corp. Testing Laboratories 


From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society for Metals, 1974, p 170 


Abstract: The propeller from a small private airplane came off in flight. The head ends of all six attachment bolts remained in the 
propeller hub when it was found. Two threaded shanks with nuts remained with the engine, while the remaining four shank ends 
with their nuts were missing. Parts available for examination, in addition to the hub and attachment bolts, were the two propeller 
blades and the engine crankshaft. The purpose of this examination was to determine the nature and probable cause of failure in the 
six attachment bolts. Indications of fatigue failure and wear were the major findings in visual and low power microscopic 
examination. Fracture surfaces indicated failure was initiated in the threads in four bolts and in the shanks in two. The group of four 
bolts failed primarily due to tensile loads, while the other two bolts failed primarily due to bending loads. It was concluded that 
failure was due to improper installation torqueing of the bolts. 

Keywords: Aircraft components; Aircraft; Bolts; Propellers; Torque 


Material: Steel (Steel, general) 


Failure types: Fretting wear; Fatigue fracture 



Careful examination of flight log data, maintenance reports, accident reports, and statements of witnesses indicated that 
the propeller from a small private airplane came off in flight. The head ends of all six attachment bolts remained in the 
propeller hub when it was found. Two threaded shanks with nuts remained with the engine, while the remaining four 
shank ends with their nuts were missing. Parts available for examination, in addition to the hub and attachment bolts, 
were the two propeller blades and the engine crankshaft. The puipose of this examination was to determine the nature and 
probable cause of failure in the six attachment bolts. Close-up view of the bolts are shown in Fig. 1. 



Fig. 1 Indications of fatigue failure and wear were the major findings in visual and low power microscopic 
examination. 

Careful visual and low power microscopic examination of all available fracture surfaces indicated that the mode of failure 
in each case was fatigue. According to fracture characteristics, the bolts can be divided into two groups. One group of 
four was characterized by an uneven conical-shaped fracture with indications of more than one initiation point. 

The large amount of wear (5 to 6 mils) on the shanks was another significant finding in visual examination. All bolts 
showed this characteristic. 

Careful examination of the fracture surfaces indicated that failure was initiated in the threads in four bolts and in the 
shanks in two. The fracture surfaces, in all cases, showed no significant evidence of defects of material or workmanship. 
On this basis, it was determined that sectioning and microscopic examination were neither necessary nor desired. 

On the basis of these observations, it was concluded that the group of four bolts failed primarily due to tensile loads, 
while the other two bolts failed primarily due to bending loads. 

The two bolts subjected to bending loads were located on one side of the attachment pattern. Because significant bending 
could occur only if the other bolts were missing, it was concluded that the four bolts failed first. The large amount of 
bending in one of the group of four bolts indicated that it was the last of this group to fracture. The large amount of wear 
which was evident and the coloration on the sides of the shanks indicated severe fretting and looseness in the bolts. 

It is a well known fact that undertorqueing can cause fatigue failures in bolt fasteners, so it was concluded that failure was 
due to improper installation torqueing of the bolts. 

Related Information 
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Failure of Steel Rolling Mill Taper Bearing 

H.W. Walton, The Torrington Company 


From: H.W. Walton, Four Interesting Bearing Failures, Failure Analysis Techniques and Applications (Proceedings of the First 
International Conference on Failure Analysis), J.I. Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 





Abstract: While in the stationary mode, capillary action at the contact line between roller and race in a steel rolling mill taper 
bearing caused a concentration of lubricant and moisture to occur. This lead to lines of corrosion pits at roller intervals. During 
subsequent operation, the individual corrosion pits acted as stress raisers and initiated coarse grain spalling. Due to a bending 
moment on the rotating element, this in turn initiated bending fatigue normal to the longitudinal axis, which propagated through to 
the bore of the inner ring. Stain marks were visible in the bore at a spacing corresponding to roller intervals where lubricant had 
flowed through the cracks from the race. 

Keywords: Contaminants; Lubrication; Rolling mill rolls; Water 
Material: Steel bearing (Steel, general) 


Failure types: Fatigue fracture; Pitting corrosion 


While in the stationary mode, due to the capillary action at the contact line between roller and race, a concentration of 
lubricant and moisture occurred leading to lines of corrosion pits at roller intervals (Fig. 1). During subsequent operation, 
the individual corrosion pits acted as stress raisers and initiated coarse grain spalling. Due to a bending moment on the 
rotating element, this in turn initiated bending fatigue normal to the longitudinal axis (Fig. 2), which propagated through 
to the bore of the inner ring. Stain marks were visible in the bore at a spacing corresponding to roller intervals where 
lubricant had flowed through the cracks from the race (Fig. 3). 



Fig. 1 Section from carburized double cone (the bearing ring was intact on receipt from the customer). Lines of 
corrosion pits which can often be mistaken for cracks can be seen at roller intervals (a). The corrosion pits 
initiated coarse grain spalling at (b). 



Fig. 3 The I.D. surface of the section shown in Fig. 2. Note the regularly spaced brown stain marks visible over 
the entire 360° of the surface where lubricant had bled through from the race. 
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Failure of Large Screen Spherical Bearing-Crushed Stone 

H.W. Walton, The Torrington Company 


From: H.W. Walton, Four Interesting Bearing Failures, Failure Analysis Techniques and Applications (Proceedings of the First 
International Conference on Failure Analysis), J.I. Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 


Abstract: The contamination of lubrication with powdered stone resulted in progressive wear of the internal surfaces of a bearing. 
Because of the motion of rollers, the inner race exhibited an unusual cyclic washboard wear pattern. Because of a lack of bearing 
conformity, wear progressed into severe coarse-grain spalling. 

Keywords: Bearings; Contaminants; Powders; Spalling 

Material: Steel bearing (Steel, general) 


Failure type: Spalling wear 


Contamination of lubrication with powdered stone resulted in progressive wear of internal surfaces of bearing. Because of 
the motion of rollers, the inner race exhibited an unusual cyclic wear pattern somewhat similar to the wash board effect in 
a dirt road (Fig. 1). Due to lack of conformity, the inner race subsequently spalled. 



Fig. 1 Sections taken from spherical bearing inner race. The cyclic nature of the wear is easily discernable (a). 
Due to the loss of bearing conformity the wear progressed into severe coarse grain spalling (b). 
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Bolt Failure Caused by Penetration of Molten Copper 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A steel bolt had been used to join the copper connecting strips between the poles of a 10-pole, series-connected, rotating 
field rotor of a synchronous motor. The exciting current was 155 amps. Failure of the bolt resulted in severe damage to the stator 
windings by the loosened ends of the strips. The bolt had fractured near the head, a location which probably coincided with the 
junction of the strips. A portion of the fracture surface was covered with copper that had been deposited in the molten state, while 
some was also present along the shank of the bolt, having apparently run in between the bolt and the hole in the strip. The bolt end 
adjacent to the fracture had been subjected to intense local heating. The extent of the grain-growth indicating that the temperature 
had been in the region of 1200 deg C (2192 deg F). When the temperature reached the melting-point of copper, 1083 deg C (1981 
deg F), molten metal came into contact with the bolt, into which it penetrated along the grain boundaries, culminating in rupture. 
Keywords: Bolts; Copper; Liquid metals; Overheating; Penetration 


Material: Steel bolt (Steel, general) 


Failure types: Liquid metal induced embrittlement; Intergranular fracture 
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The head portion only of a fractured £in. diameter steel bolt was submitted for examinations The bolt had been used to 
join the copper connecting strips between the poles of a 10-pole, series-connected, rotating field rotor of a synchronous 
motor, the exciting current being of the order of 155 amps. Failure of the bolt resulted in severe damage to the stator 

windings by the loosened ends of the strips. The bolt had fractured -tin. from the head, a location which probably 
coincided with the junction of the strips. A portion of the fracture surface was covered with copper that had been 
deposited in the molten state, while some was also present along the shank of the bolt, having apparently run in between 
the bolt and the hole in the strip. The remaining portion of the fracture surface had a silvery appearance. These features 
are depicted in Figure 1. 




Fig. 1 

The specimen was sectioned longitudinally and one face prepared for microscopical examination. This revealed that the 
end adjacent to the fracture had been subjected to intense local heating, the extent of the grain-growth indicating that the 

temperature had been in the region of 1,200° C. An adjacent region, extending up to l6in. from the plane of fracture, had 

been heated to a temperature of 700° C. and this was flanked by a zone, again about I6in. deep, where the temperature 
had been approximately 600° C. (the lowest temperature at which structural changes visible under the microscope would 
occur), resulting in a typical thermally disturbed zone which extended into the bolt to the greatest depth in the centre-most 

region. Across the fracture surface an iron-copper alloy had formed, the depth of this being approximately 6-tin.; in some 
regions there was a layer of copper super-imposed on it and at several locations intergranular penetration of the steel by 
molten copper had taken place, these latter features being depicted in Figure 2 and 3. Figure 2 shows a large copper-filled 
intergranular crack extending from the layer of metallic copper present on the fracture surface and between this layer and 
the unaffected steel is the alloy zone referred to earlier. Figure 3 depicts a region adjacent to the part of the fracture 
surface on which metallic copper was not visible, although intergranular penetration had occurred; the alloy layer in this 
region was not so deep as elsewhere, and it was evident that it was the presence of this layer that had given rise to the 
silvery appearance of this portion of the fracture surface. Grain-growth of the steel adjacent to the alloy will also be noted, 
the martensitic appearance of the former indicating that the material had cooled fairly rapidly subsequent to the 
overheating. 












The most probable sequence of events leading to failure appears to have been as follows: Presumably the nut slackened to 
a sufficient extent to allow the copper strips to separate, with the result that the conducting path was diverted largely 
through the shank of the bolt itself, so that the portion between the strips would suffer a rapid temperature rise as a result 
of resistive heating. The ships would tend to conduct heat away from the portion of the bolt that passed through them, 
thereby localising the region in which the severe temperature-rise occurred. When the temperature reached the melting- 
point of copper, 1083° C., molten metal would come into contact with the bolt, into which it would penetrate along the 
grain boundaries, culminating in rupture. The requisite tensile stress is presumed to have resulted from centrifugal force 
acting on the strips. It is also apparent from the alloying that occurred that molten copper had free access to the fracture 
surfaces subsequent to separation. 

This case is not an example of the usual type of failure where stressed steel at approximately room temperature ruptures 
rapidly in the presence of molten copper. In this instance the molten copper served to bring about failure somewhat earlier 
than would have otherwise been the case, since at temperatures of the order attained the tensile strength of steel is very 
low and failure would have occurred ultimately simply from overheating alone. Similar structural features would have 
developed if the bolt had broken initially, say as a result of fatigue, and the two portions had remained in close proximity 
long enough for arcing to occur between them, but there was no evidence to suggest that this had occurred. 

Related Information 

W.J. Jensen, Failures of Mechanical Fasteners, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM 
International, 1986, p 529-549 

S. Lampman, Intergranular Fracture, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p 641-649 

W.R. Warke, Liquid Metal and Solid Metal Induced Embrittlement, Failure Analysis and Prevention, Vol 11, ASM 
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Investigation of Worn Chain Links 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Three links of a chain showing unusually strong wear were examined. Corresponding to the stress, the wear was 
strongest in the bends of the links, but it was especially pronounced in the bend in which the butt weld seam was located. 
Investigation showed the links were manufactured from an unkilled carbon-deficient steel, and were case hardened to a depth of 0.8 
to 0.9 mm. The peripheral structure at the places not showing wear consisted of coarse acicular martensite with a high percentage 
of retained austenite. The links therefore were strongly overheated, probably directly heated during case hardening. The butt weld 
seams were not tight and were covered with oxide inclusions. Given that wear occurred preferentially at the welds it may be 
concluded that this weld defect contributed to the substantial wear. This leaves unanswered whether these chains could have 
withstood the high operating stress if they had been welded satisfactorily and hardened correctly, and whether it made any sense to 
case harden highly stressed chains of this type. 

Keywords: Chains; Gas carburizing; Wear; Welded joints 


Material: Steel chain (Steel, general) 


Failure types: Joining-related failures; (Other, miscellaneous, or unspecified) wear; Heat treating-related failures 


Three links of a chain showing unusually strong wear were examined to find the damage cause. Corresponding to the 
stress, the wear was strongest in the bends of the links, but it was especially pronounced in the bend in which the butt 
weld seam was located (Fig. 1). 



Fig. 1 Chain link with strong wear at welded end. 1 x 

Transverse and longitudinal sections were made for metallographic examination from the straight undamaged parts of the 
links. The investigation showed that the links were manufactured from an unkilled carbondeficient steel and they were 
case hardened to a depth of 0.8 to 0.9 mm (Figs. 2 and 3). 












Fig. 4 Peripheral structure of a site free of wear, longitudinal section, etch: Picral. 500 x 

From the fact that wear occurred preferentially at the welds it may be concluded that this weld defect contributed to the 
substantial wear. Probably the carburizing medium penetrated into the partially open joint gap and carburized the 
overlapping tongue. During deformation of the core material splinters then broke out of the high temperature embrittled 
case layer through overloading and through impact blows that occur during stressing of chains during dissolving of slings. 
These splinters had a grinding effect on the adjacent links at the points of contact. The extremely strong wear could thus 
be explained. 

This leaves unanswered the question whether these chains could have withstood the high operating stress if they had been 
welded satisfactorily and hardened correctly, and whether it makes any sense at all to case harden highly stressed chains 
of this type. 

Related Information 

G.E. Totten, M. Narazaki, R.R. Blackwood and L.M. Jarvis, Failures Related to Fleat Treating Operations, Failure 
Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 192-223 

Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156— 
191 


Fatigue Failures of Links from Grab Chains 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Failure occurred by fatigue cracking of links from chains which were used to replace the ropes on grabs of the multi-rope 
type. In the first example, the links were made from high tensile steel rod. The fracture in the side of the link was duplex in 
appearance one half of the surface being discoloured, indicative of a preexisting crack of the fatigue type, whilst the remaining 
portion was brightly crystalline, resulting from brittle fracture at the time of the mishap. In the second example, the fracture took 
place at a similar location adjacent to one of the butt welds situated at the mid-length of the sides. Brinell hardness values 
confirmed that the link was made from the higher tensile grade of material. The cracks were due to fatigue, there being no 
indications that the weld was initially defective. 

Keywords: Butt welds; Chains 


Material: Steel chain (Steel, general) 


Failure type: Fatigue fracture 


The following case refers to failure by fatigue cracking of links from chains which were used to replace the ropes on 

_l_ 

grabs of the “multi-rope” type. The links were made from higher tensile steel rod, Sin. diameter, to B.S.1663. 

The link shown in Figure 1 failed at, or adjacent to, one of the butt welds in the sides of the link and also at one crown 
end, after a service life of six months. The fracture in the side of the link was duplex in appearance one half of the surface 
being discoloured, indicative of a preexisting crack of the fatigue type, whilst the remaining portion was brightly 
crystalline, resulting from brittle fracture at the time of the mishap. The mode of development of the fatigue crack is 
shown by the arrows in the photograph. The crown fracture resulted from combined tearing and brittle rupture and had 
evidently occurred after that in the side of the link. In general, the wear and smearing of the metal at the intrados of the 
link was average in amount. 



Fig. 1 Failure of link revealing fatigue crack in course of development, (xl). 

Specimens for microscopical examination were taken from both sides of the fracture in the side of the link. These showed 
that failure had taken place approximately I6in. to one side of the butt weld which itself appeared to he of excellent 


quality. A number of fine fissures, approximately 6-tin. deep were observed on the external surface of the link in this 
region and surface decarburisation had occurred to about the same depth. These features are shown in the composite 
photomicrograph Figure 2. 



Fig. 2 Composite photomicrograph showing fissures adjacent to fracture. (x50). 




The origin of the surface fissures was a little uncertain; they may have been present on the bar from which the link was 
made, or they could have developed as a result of repeated stresses in service, being in the nature of fatigue or corrosion- 
fatigue cracks. In this respect, the loss of carbon from the surface would lower the resistance of the material to fatigue and 
favour the development of cracks of this-type. The decarburisation itself may have been present on the original bar from 
which the link was made, or could have resulted from the subsequent normalising operation. 

It was considered that one of the fissures developed at a greater rate than others and reached approximately half-way 
through the section, at which juncture the area of metal remaining intact was insufficient to withstand the load and it 
fractured suddenly in a brittle manner, possibly on an occasion when the link was subjected to a sudden shock load. The 
general hardness of the material at 170 Brinell confirmed that it was of the higher tensile grade. A series of hardness tests 
with a diamond indenter under a load of 3 kg. did not reveal any local differences in hardness to account for the 
development of the fatigue crack at this distance from the weld. 

Subsequent to fracture, the link opened up to result in the second break at the crown; this was initiated at small cracks 
which were present in the smeared metal present in this region, such cracks being indicated in Figure 1. It will also be 
observed in the same illustration that distortion of the link which took place at the time of the mishap revealed the 
presence of a further crack adjacent to the other butt weld. 

In the second example, the fracture took place at a similar location adjacent to one of the butt welds situated at the mid¬ 
length of the sides, as shown in Figure 3. Polishing and smearing of the material had taken place at the intrados of the 
crown ends. 



Fig. 3 


Fatigue crack from inside of link, (x 



Examination of the fracture showed three distinct zones. Adjacent to the “inside” of the link and over a zone which 
extended for approximately half-way through the section, the fracture surface was of smooth texture indicative of the 
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gradual development of a fatigue crack, this being shown by the arrows in Figure 3. Next to this, and for another Sin., the 
surface showed a slightly coarser texture, which indicated a region where the, crack probably propagated at a faster rate, 



this being followed by a zone adjacent to the outside surface which tore at the time of final failure. Magnetic crack 
detection did not reveal the presence of any other defects in the link. 

A composite specimen embracing half-sections of the fractured ends of the link was prepared for microscopical 
examination. The region embracing the start of the fracture is depicted in Figure 4, but, owing to the damage sustained 
subsequently, the two portions of the link could not be assembled in perfect register. It will be seen that failure occurred 

approximately Sin. from the weld junction and just inside the region flanking the weld in which grain refinement took 
place at the time of welding. The weld was of good quality except adjacent to the surface where a shallow defect 
associated with oxidised material was present, this being marked by the arrow in Figure 4. There was no evidence of 
decarburisation of the material of the link. The contour of the surface of the link suggested that a slight depression was 
present in the region from which the crack started.____ 





Fig. 4 Location of fracture with respect to flash weld. (x5). 
The results of Brinell hardness tests showed: 

Link material 170-187 


Fleat-affected zone adjacent to weld 179-207 

The figures confirmed that the link was made from the higher tensile grade of material. 

The remainder of the chain was examined in order to ascertain if any other cracks in course of development were present. 
As a first measure, and in order to assess the practicability and usefulness of the magnetic crack detection test for this 
purpose, an examination was carried out by this means, the magnetisation being effected by passing the chain through a 
coil carrying a current of approximately 1,000 amps. 

Out of a total of 122 links tested, 91 showed indications of defects at the line of the weld and six adjacent thereto. In most 
cases the indications were on the inside surface of the links and, where present at a weld line, were generally seen on both 
welds. A typical section of chain showing the cracking revealed is shown in Figure 5. 








Fig. 5 Results of magnetic crack detection on portion of Chain. 

Specimens for microscopical examination were cut from typical links showing the different forms of defects. One taken 

to include a crack indication adjacent to the weld confirmed that this was indeed a crack 3, in. deep in the heat-affected 
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zone, 32in. away from the weld junction. The appearance of the crack was typical of that resulting from fatigue and a 
longitudinal section through the region is shown in Figure 6. A shallow defect was also present at the weld junction. No 
evidence of decarburisation was seen. 



Fig. 6 Section through crack located at end of weld upset. (x5). 

The examination of a specimen taken from a link that gave a crack indication at one edge of the up-set portion resulting 

from the welding operation showed this was a fatigue crack, 6-tin. deep, within the heat-affected zone. Two other cracks, 
a few thousandths of an inch deep, were also in course of development and a number of minor surface indentations, of the 
type shown in Figure 2, were also evident. The surface decarburisation that was present was not significant. 

A further specimen taken from a link that showed a defect on the line of the weld revealed that this was a shallow fissure 

associated with oxidised material immediately adjacent to the weld junction. It extended for a depth of 32in. and is 
depicted in Figure 7. 






Fig. 7 Surface defect adjacent to weld. (x5). 

Such fissures may occur in the flash-butt welding process, as used in the manufacture of these chain links, and arise in 
material which is overheated during the weld cycle. Most of the oxidised material is exuded into the flash which is 
removed by the trimming operation that is carried out after welding. The flash remaining on the links that were examined 
was always located on the inside surface which suggested that the humming operation had not been completely carried 
out. It is evident that its presence can lead to misleading indications during the magnetic crack detection test. 

Considering the results of the examination, the fatigue cracks found adjacent to the welds in the other links of the chain 
were of the same general form as resulted in the failure of the link shown in Figure 1 and could themselves have 
ultimately led to failure from fatigue. Although objection could be raised to the presence of the notches on the line of the 
butt welds, they did not, apparently, serve to initiate fatigue cracks in the case of this chain. The cracks which did break 
out originated at the start of the up-set portion of the joint. The plane of cracking was situated just within the transition 
zone between material that had been heated above its critical temperature and that of the unaffected portion of the link. It 
was possible, therefore, that this zone was associated with some diminution in the mechanical properties of the material, 
in particular', the fatigue endurance. Alternatively, the zone may have constituted a “metallurgical notch” and acted as a 
stress raiser. Tests with a diamond pyramid indenter failed to indicate any change in hardness in this region. 

A magnetic crack detection test was also earned out on a further chain withdrawn from service, this being in the hardened 
and tempered condition. Only one link gave a crack-like indication, this being on the line of the weld and visible to the 
eye. The region was sectioned circumferentially to provide two specimens, one of which was broken open to reveal a 
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crescent-shaped crack extending 2in. circumferentially x I6in. deep while the other was prepared for microscopical 
examination. This confirmed that the material was in the hardened and tempered condition and disclosed that the crack, 
illustrated in Figure 8, had developed initially close to the weld line but, at the joggle visible in its path, it turned and ran 
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along the weld, extending to a depth of l6in. A second crack, 64in. deep, was seen adjacent to the main one, the location 
of this being indicated by the arrow in the photograph. Slight decarburisation was present, this being shown to a greater 
extent by one of the half-links than the other. This same surface also showed a number of shallow indentations, as seen in 
Figure 8, and it was considered that these grooves, seen in several of the links that were examined, were probably 
introduced during the operation of trimming off the weld flash. Flardness tests in the vicinity of the weld gave values of 
187-197. 




Fig. 8 Fatigue crack adjacent to weld. (x5). 

The cracks appeared to be due to fatigue, there being no indications that the weld was initially defective. It is possible, 
however, that the main crack could have originated at a type of defect shown in Figures 4 and 7 although the magnetic 
crack detection of the chain did not reveal any other indications of defects of this nature. 

The several examples serve to illustrate the fact that fatigue cracking of butt-welded chains can occur in the plane of the 
weld as well as just within the up-set zone, it is evident, however, that the use of magnetic testing for the detection of such 
cracks in the course of progress is not infallible owing to the likelihood of the presence of a residual notch associated with 
the weld flash. Fatigue cracking of the links of these chains was attributed to the severe duty commonly associated with 
grab chains. Not only does this involve impact and snatch loads but the passage of the chain over sheave wheels of 
relatively small diameter introduces bending stresses of appreciable magnitude. 

Related Information 

F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 514-528 

Fatigue Failures, Failure Analysis and Prevention, Vol 11 ,ASM Handbook, ASM International, 2002, p 700-727 


Corrosion-Induced Failures in Aircraft Components 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
Administration, Aircraft Accident Investigation Div., Engineering Laboratory 


From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part II, Metals Engineering Quarterly, Vol 14 (No 4) Nov 1974 p 23-25 


Abstract: A steel eyebolt which attached a rear lift strut to the right wing of a helicopter failed by fatigue. As a contributing factor, 
thread cutting produced sharp notches at thread roots, reducing fatigue life. Also, design fatigue life may have been exceeded as the 
part was in use about 10,000 h. Cumulative damage resulting from a previous accident could have occurred too. Because of this 
accident, inspectors were instructed to examine threaded zones of eyebolts by magnetic particle inspection after every 100 h in 
service. A maraging steel drive shaft of a helicopter also failed because of corrosion (pits), and continuous abnormal misalignment as 
well. Corrosion probably developed from moisture and water droplets on shaft diaphragm profiles. Improved diaphragm pack seals 
and coatings made by an electron-coat process (such as a Sermetal finish) are now used in new shafts. 



Keywords: Aircraft components; Alignment; Bolts; Fatigue life; Helicopters; Magnetic particle testing; Shafts (power) 
Materials: 18Ni (Maraging steel); Steel eyebolt (Steel, general) 

Failure types: Corrosion fatigue; Pitting corrosion 


The first of two examples demonstrating failures caused by corrosion concerns a steel eyebolt which failed by fatigue 
(Figs. 1. 2, 3). As a contributing factor, thread cutting produced sharp notches at thread roots, reducing fatigue life. Also, 
design fatigue life may have been exceeded as the part was in use about 10,000 h. Cumulative damage resulting from a 
previous accident could have occurred too. Because of this accident, inspectors have been instructed to examine threaded 
zones of eyebolts after every 100 h in service, detecting cracks by magnetic particle techniques. 




Fig. 1 Eyebolt which attaches rear lift strut to right wing of helicopter failed in service. Note severe corrosion 
at and near fatigue failure origins in the last (run-out) thread root. 



Fig. 2 Fracture face of eyebolt failure (Fig. 1) shows reversed bending with two origins diametrically opposed. 
Arrow indicates direction of crack growth. 




Fig. 3 Typical corrosion-fatigue crack (transgranular) that began at the base of a corrosion pit in steel eyebolt 
at corroded thread root (Fig. 1). The upper portion of the crack was widened by corrosion subsequent to 
cracking. Magnification 100 times; 2 pet Nital etch. 

The drive shaft of a helicopter (Fig. 4) also failed because of corrosion (pits), and continuous abnormal misalignment as 
well. As Figs. 5 and 6 show, corrosion probably developed from moisture and water droplets on shaft diaphragm profiles. 
The shaft is of maraging steel, heat treated to Re 51 to 53. Because inadequate design was assigned as the main cause, a 
service letter and an airworthiness directive were sent out to cover alignment and corrosion checks. Approximately 30 pet 
of all the diaphragm and packs inspected were rejected in field due to indications of corrosion. 








Fig. 5 Enlarged view of water trails and crack through pit associated with fatigue crack of Fig. 4. 
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Fig. 6 Red oxides indicated by arrows are associated with deep pits on the diaphragm rim of the drive shaft 
shown in Fig. 4. 

Makers of the helicopter and shafts have made extensive tests to alleviate this problem. Improved diaphragm pack seals 
and coatings made by an electron-coat process (such as a Sermetal finish) are employed in new shafts. However, the 
manufacturer of the shaft is considering the introduction of a shaft with more capability for use by operators desiring a 
greater safety margin than that afforded by present shafts, which operate on 1,200 hour overhaul cycles. 


An Unusual Defect in a Superheater Tube 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: An unusual type of defect was discovered during hydraulic testing of a water-tube boiler after repairs to the superheater 
tubes following erosion from soot-blowers. When the pressure reached 700 psi, slight leakage was found to be taking place from one 
of the superheater tubes in a region where there appeared to be a split, approximately 8 in. long. What was thought to be a split 
was actually a pronounced fold. Microscopic examination showed that a corrosion-fatigue fissure had developed from one of the 
inside corners of the fold, presumably as a result of the fluctuating bending stresses to which this portion of the tube would be 
subjected because of the discontinuity in the tube wall. It was from this fissure that the leakage occurred. It was evident that the 
defect developed during the manufacture of the tube, probably in the course of a drawing or rolling operation without an internal 
plug. The diameter of this portion of the tube was reduced by local collapse and folding of the section rather than by longitudinal 
extension of the tube itself. 

Keywords: Defects; Optical microscopy; Superheaters; Tubemaking 



Material: Steel tube (Steel, general) 


Failure types: Metalworking-related failures; Corrosion fatigue 


A tube containing an unusual type of defect found its way into service in a boiler. The defect, shown in Figure 1, was 
discovered during the hydraulic testing of a water-tube boiler after repairs to the superheater tubes following erosion from 
soot-blowers. When the pressure reached 700 lb. per sq. in. slight leakage was found to be taking place from one of the 

superheater tubes in a region where there appeared to be a split, approximately 8 in. long, Sin. wide, into which it was 

possible to insert a feeler for a depth of Sin. It will be observed that what was thought to be a split is actually a 
pronounced fold. 



ll 

Fig. 1 View of "split" tube (approx x 2 
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The tube was 1x16 in. bore x I6in. wall thickness and the fold projected inwards I6in., its walls being 32in. thick. 
Microscopical examination showed that a corrosion-fatigue fissure had developed from one of the inside corners of the 
fold, presumably as a result of the fluctuating bending stresses to which this portion of the tube would be subjected 
because of the discontinuity in the tube wall. It was from this fissure that the leakage occurred. 

It is evident that the defect developed during the manufacture of the tube, probably in the course of a drawing or rolling 
operation without an internal plug, the diameter of this portion of the tube being reduced by local collapse and folding of 
the section rather than by longitudinal extension of the tube itself. It is a type of defect that is unique in the Company's 
experience. 

Related Information 

D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 

Failures Related to Metalworking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
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Rupture of Water Wall Tubes of a Boiler 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Several ruptures took place in the front wall tubes of a water tube boiler. Some rupture samples showed ductile failure 
while others showed brittle failure. Specimens taken from the rupture where a thick edge had been produced, i.e., with little 
evidence of prior plastic deformation, showed a coarse microstructure indicative of gross overheating. The examination indicated 
that failure in the main resulted from gross overheating arising from water starvation as could have been due to a number of causes. 
The ruptures in some tubes were of the type commonly found in overheated tubes, the material being drawn out to a feather edge 
at the time of rupture. Other ruptures in the same and other tubes were of a more brittle type, this being associated with 
penetration of material by molten copper derived from scale. 

Keywords: Boiler tubes; Copper; Scale (corrosion) 


Material: Steel tube (Steel, general) 

Failure types: Mixed-mode fracture; Liquid metal induced embrittlement 


Several ruptures took place in the front wall tubes of a water tube boiler and samples taken from typical major and minor 
ruptures were received for examination, together with a sample cut from a sound tube for puiposes of comparison. 

A selection of these is depicted in Figure 1 and represents samples designated as follows:— 

A — Sound tube 

B — Centre of rupture of tube 

C — Adjacent to major rupture and also through a minor rupture 



A 



Fig. 1 Sections received for examination showing different forms of rupture. 

It will be observed that the samples through the major ruptures in tubes B and C were drawn out to a feather edge 
indicative of ductile failure, whereas the sections through the minor rupture in tube C had thicker edges as did sections 
through ruptures in two further tubes, D and E (not illustrated), these being suggestive of brittle failure. In order to obtain 
some evidence which would explain this difference in behaviour, a number of specimens for microscopical examination 
were taken from the rupture edge the fireside surface some distance from rupture, and also from the side remote from the 
fireside of selected tubes. 

The edge of ruptures where the metal had been drawn out to a feather edge showed the coarse grained martensitic 
structure as depicted in Figure 2, indicating that these regions had distended plastically while the material was at a 
temperature in excess of 850 °C and had been quenched by escaping steam and water following rupture. The specimens 
from the opposite side of the tube showed a mixture of coarse grained ferrite and bainite indicating that temperatures of a 
similar order had been reached, but that the subsequent cooling had been at a slower rate than had pertained in the vicinity 
of the rupture. 




Fig. 3 Showing copper in scale and along grain boundaries adjacent to rupture. (xlOO). 
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Fig. 2 Martensite structure at edge of rupture. (xlOO). 

The specimens taken from the rupture where the thick edge had been produced, i.e., with little evidence of prior plastic 
deformation, showed a coarse microstructure indicative of gross overheating. In addition, traces of copper were evident in 
the scale surrounding the rupture edge and along the bore surface. In many regions, penetration of the grain boundaries 
had taken place as seen in Figure 3. The material had also developed a large grain size. A specimen from the sound tube 
showed the normal ferrite-nearlite structure seen in Fieure 4 and exhibited no evidence of overheating. 










Fig. 4 Normal ferritic-pearlitic structure of unaffected tube. (xlOO). 

The examination indicated that failure in the main resulted from gross overheating arising from water starvation as could 
have been due to a number of causes. The ruptures in some tubes were of the type commonly found in overheated tubes, 
the material being drawn out to a feather edge at the time of rupture. Other ruptures in the same and other tubes were of a 
more brittle type, this being associated with penetration of material by molten copper, the temperature reached obviously 
having been high enough to fuse particles of copper which were present in the scale covering the internal surface of the 
tube: the melting point of copper is 1083 °C. Such copper deposits are often found to be present in internal scales and 
deposits, the metal resulting from the corrosion and/or erosion of pre-boiler equipment condenser tubes and tube plates, 
feed pump impellers and casings. Molten copper — along with other metals in the liquid state — is able to penetrate solid 
steel along the grain boundaries — a process which is facilitated by the presence of a tensile stress. By penetration in this 
manner, especially when the grains of the steel have coarsened, a small amount of molten metal is enabled to result in 
rapid and severe loss of cohesion and ultimate failure in the manner seen giving fractures having a “short” appearance. 

Related Information 

W.R. Warke, Liquid Metal and Solid Metal Induced Embrittlement, Failure Analysis and Prevention , Vol 11, ASM 
Handbook , ASM International, 2002, p 861-867 


Local Perforation of Boiler Tubes 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: One tube in a watertube boiler developed leakage from a perforation. The external surface was covered with a dark 
deposit indicative of local fusion. Perforation resulted from the development of a crack from the internal surface. Microscopic 
examination revealed extensive intergranular penetration by molten copper. Particles of copper were seen in scale deposits on the 
bore of the tube. The tube in general showed a ferritic structure with partially spheroidized carbide. The fact that fusion of the 
copper had occurred indicated temperatures of 1100 deg C (2012 deg F) had been experienced locally, and the structural condition 
suggested that the tube in general had been heated at a lower temperature of the order of 600 deg C (1112 deg F) for some 
appreciable time. In this instance, overheating of the tube in the absence of the copper deposits may not have led to failure. 
Keywords: Boiler tubes; Copper; Overheating; Scale (corrosion) 


Material: Steel tube (Steel, general) 


Failure type: Liquid metal induced embrittlement 




One tube in a watertube boiler developed leakage from a perforation and the external surface was covered with a dark 
deposit indicative of local fusion. 

A section showed that perforation resulted from the development of a crack from the internal surface — as seen in the 
photomicrograph. Figure 1. Microscopic examination revealed that extensive intergranular penetration by molten copper 
had occurred and particles of copper were to be seen in the scale deposits on the bore of the tube. A typical region is 
depicted in Figure 2. The tube in general showed a ferritic structure with partially spheroidised carbide. 







Fig. 2 Copper in scale deposits and along grain boundaries. (x300). 

The fact that fusion of the copper had occurred indicated that temperatures of the order of 1100 °C had been experienced 
locally and the structural condition suggested that the tube in general had been heated at a lower temperature of the order 
of 600 °C for some appreciable time. 

The absence of any apparent distension of the tube suggested that heating to the higher temperature was of short duration 
or that the pressure at the time was low. Fusion or oxidation of the external surface was also consistent with overheating. 
It could be said that in this instance, overheating of the tube in the absence of the copper deposits may not have led to 
failure. 

Related Information 

D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Flandbook, ASM 
International, 1986, p 602-627 

W.R. Warke, Liquid Metal and Solid Metal Induced Embrittlement, Failure Analysis and Prevention, Vol 11, ASM 
Flandbook, ASM International, 2002, p 861-867 


Failure of a Boiler Due to Intergranular Penetration of Steel by Molten Copper 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: In a water-tube type boiler, rated at 40,000 lb. per hour, affected tubes were located in the left-hand side-wall of the 
combustion chamber. One of these exploded while the boiler was carrying a load 7,000 lb. in excess of its rated capacity. Another 
tube in the region of the exploded one was found to have perforated. A similar mishap had occurred about two years previously. 
There were external indications that both tubes had been heated to an abnormally high temperature over the one-third of their 
circumference that faced the combustion chamber. This part coincided with multiple cracking on the waterside. Sulfur prints showed 
the tube material was a fully-killed steel in both cases, sensibly free from segregation of the sulfides even in the regions in which the 
cracking had occurred. The primary cause of failure of both tubes was severe overheating. The multiple longitudinal Assuring was 
attributed to the penetration of molten copper along some of the grain boundaries while the tubes were both stressed and 
overheated. 

Keywords: Boiler tubes; Copper; Holes; Liquid metals; Overheating; Penetration 


Material: Steel tube (Steel, general) 


Failure types: Intergranular fracture; Liquid metal induced embrittlement 


The boiler concerned, which was situated abroad, was of the water-tube type, rated at 40,000 lb. per hour, and the affected 
tubes were located in the left-hand side-wall of the combustion chamber. One of these exploded while the boiler was 
carrying a load 7,000 lb. in excess of its rated capacity, and when an inspection was made to ascertain the extent of the 
damage another tube in the region of the exploded one was found to have perforated. A rather similar mishap had 
occurred about two years previously, necessitating the renewal of a side-wall and some main generating tubes, but it is not 
known if the mode of failure of the tubes on that occasion was similar to that to be described, which is unique in the 
Company’s experience. 

Two pieces of tube, each about 2 ft. in length, were received for examination, their exact location in the side-wall not 
being stated. One included the portion of the tube that had exploded violently and the other was from the tube that had 
failed about the same time; for convenience, the former will be referred to as the “exploded” tube and the latter as the 
“perforated” one. The exploded tube is depicted in Figure 1 and the manner in which it failed is quite typical of that due 
to overheating with the exception of the multiple cracking, which is the unique feature in this case. This cracking 
extended over about one-fifth of the tube circumference and was orientated almost wholly in a longitudinal direction; the 
cracks penetrated from about one-half to two-thirds through the tube wall and are depicted in greater detail in Figure 2. 
The perforated tube, illustrated in Figure 3, showed the same essential features as the exploded one, a view of the internal 
surface close to the perforated area being given in Figure 4. The latter illustration also shows a deposit on the waterside 

surface which did not exceed a thickness of 32in. in the cracked zone and decreased to a mere patina over the remainder' 
of the internal surface. A si mi lar deposit had been present in the case of the exploded tube but most of his had been 
dislodged at the time of the explosion, some remnants remaining in the ends that were still intact. The small globules 
visible in Figure 4 are “spatter” from the flame-cutting operation to remove the sample and have no significance as 
regards the cause of failure. 









Fig. 4 Globules are spatter from flame-cutting. Arrow indicates line of rupture. 

There were indications externally that both tubes had been heated to an abnormally high temperature over the one-third of 
their circumference that faced the combustion chamber, this paid coinciding with the multiple cracking on the waterside. 
The temperature attained had been sufficiently high to cause partial fusion of some external deposit, a feature that can be 
seen on reference to Figure 3. In both samples the cracking extended from one end to the other but showed a tendency to 
diminish towards the ends. There was no more than a trace of water-deposited salts on the tube surfaces, nor were there 
any indications that such had been present to a greater extent before failure occurred. The Liiders lines depicted in Figure 
1 are often found in tubes that have exploded and have no particular' significance. Neither of the samples showed any 
evidence of significant internal corrosion, nor were there indications of appreciable external wasting. 

Measurements of the bore and wall thickness of the samples, carried out close to the ends, gave the following results: 


Table 1 Exploded Tube 



In plane of failure: 

Bore: 

3.38 in. 


Thickness: In line of rupture 0.182 in. 


Diametrically opposite 0.219 in. 


Transverse to plane of failure: 





Bore: 

4.00 in. 

Thickness: 

At diametrically opposite points 0.189 and 0.205 in.) 

Table 2 

Perforated Tube 

In plane of failure 

Bore: 

3.91 in. 

Thickness: 

In line of rupture 0.193 in. 


Diametrically opposite 0.200 in. 


Transverse to plane of failure: 

Bore: 

3.82 in. 

Thickness: 

At diametrically opposite points 0.214 and 0.210 in. 


It was at first suspected that the cracking might be due to the tubes having been made from an inferior quality of rimming 
steel with an exceptionally impure core. To ascertain if this were so, sulphur prints were taken from transverse sections 
through both tubes, which showed the material to be a fully killed steel in both cases, sensibly free from segregation of 
the sulphides even in the regions in which the cracking had occurred. 

In order to assess the ductility of the material a ring was cut from the exploded tube sample clear of the rupture and bend 
tests carried out on it, the undressed internal surface of the tube being on the tension side. The first specimen tested 
included some cracks and, as was to be expected, one of these extended but only after the specimen had sustained 
appreciable deformation and when it broke it did so without any indication of brittleness despite the severity of the notch 
effect. The second specimen, located diametrically opposite to the former, was tested similarly and this bent to 180° 
without any indications of cracking. Judging by the sulphur prints and its ability to deform plastically at a severe stress- 
raiser, the material was of good quality. 

Specimens were cut from each sample for the puipose of microscopical examination. They represented typical zones 
showing cracks in various stages of development and also parts where cracks were not in evidence.The surfaces prepared 
were transverse to the tube axis in all cases. The microscope showed the cracks visible to the naked eye to be of a type 
that are more properly described as fissures as the terminations were blunt-ended, which is only to be expected having 
regard to the fact that they had opened slightly in service with resultant plastic deformation of the material in advance of 
their apices. Numerous fine lateral cracks extended from the fissures, to a depth of one or two grains in most cases but 
many grains in some instances; all were wholly intergranular, a typical example being shown in Figure 5. 
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Fig. 5 Etched 2% nital. (xl50). 

In the course of the microscopical examination it was noted that the fine intergranular cracks were associated with what 
appeared to be another phase at the grain boundaries, this being slightly yellow in colour and apparently a little harder 
than the surrounding material and therefore standing in relief after preparation of the surface, a typical example being 
shown in Figure 6; the oblique illumination required to reveal it was rather critical and in the illustration the affected 
boundaries appeal - concave, whereas they are actually convex. Normal etching also revealed intergranular films, shown in 
Figure 7, which at higher magnification appeared as in Figure 8. It was noteworthy that this feature was to be found only 
in the immediate vicinity of the fissures; elsewhere along the internal and external surfaces of the tubes no abnormalities 
of this type were visible, only a little “oxide rooting” being present as a result of overheating. It was clear that the fissures 
were associated with the particular feature observed and it was suspected that this might have arisen from intergranular 
penetration by molten copper, as the mode of failure showed some of the characteristics associated with this well-known 
phenomenon. If this were so, then it was to be expected that significant amounts of copper would he present in the deposit 
adhering to the tube surface. A portion of this was therefore removed and a spectrographic analysis earned out, the result 
of which was as follows: 

Major Constituents Fe, Cu, Mg, Ca. 

Minor Constituents Si, AI, Ni, Mn. 



Fissure 



Fig. 6 Lightly etched picric acid conical illumination. (x!50). 
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Fig. 7 Etched picric acid. (xlOO). 




Fig. 8 Etched picric acid. (x550). 

With regard to the major constituents, iron was to he expected as a result of oxidation and corrosion, while the 
magnesium and calcium would have been deposited from the boiler-water. As copper was a major constituent, a further 
sample of the deposit was remorse from the tube and analysed chemically, and this showed a copper content of 25%, 
7.9% being other than elemental. Low-power microscopical examination of this sample revealed the presence of globules 
that had the appearance of copper and a number of them were picked out and are shown in Figure 9. It will be noted that 
they are largely spherical and are attached to an irregular mass, the indications being that they were originally discrete, 
irregular pieces of metallic copper that had been heated to the point of incipient fusion and had balled-up at one end under 
the influence of surface-tension forces. One of the globules depicted was squeezed between two polished, hardened steel 
surfaces, when it flattened from an original diameter of approximately 0.3 mm. to 1.25 mm., a degree of malleability 
typical of practically pure copper. _ _ ___ 



Fig. 9 (x20). 

A microscopical examination was also earned out on transverse sections through the deposit in which the copper had 
been found and this revealed irregular-shaped pieces of copper of varying size that could be dissolved by a suitable 
reagent, a typical example being shown in Figure 10. A significant feature was that no copper particles were to be seen in 
the deposit immediately adjacent to the surface of the tube, from which it was concluded that the copper originally present 
in this zone had passed into the tube wall during some period of overheating. It was also noteworthy that the copper 



visible in the deposit was of irregular, and not globular, form, from which it was inferred that it had been deposited 
subsequent to the overheating which had enabled that deposited earlier to pass into the tube wall. 



Fig. 10 (x 150). 

The microstructure of the exploded tube in the line of rupture is shown in Figure 11, which also depicts some of the 
intergranular cracks, and that of the corresponding zone in the perforated tube is depicted in Figure 5. Diametrically 
opposite to the field of view in Figure 11 the structure was as shown in Figure 12, this being the original structure of the 
tube material. It was clear from the evidence provided by the microstructure that both tubes had been heated to a 
temperature above the upper critical range, probably in excess of 1,000° C. (1,800° F.), and then quenched, the quenching 
arising from the outrush of water and steam that immediately followed rupture, thus producing the pseudo-martensitic 
structure illustrated in Figure 11 and, to a lesser degree, in Figure 5. 



Fig. 11 Etched 2% nital. (x!50). 




Fig. 12 Etched 2% nital. (xl50). 

It was thus evident that the primary cause of failure of both tubes was severe overheating, such as might be expected to 
occur if they became starved of water, but there was no evidence to suggest that the multiple longitudinal Assuring 
developed immediately prior to the explosion; on the contrary, judging from their depth and the thickness of the oxide 
coating within them, the fissures appeared to have been in course of development for a considerable time, rupture 
supervening when certain of them had extended to the point when the remaining sound metal was no longer capable of 
withstanding the conditions prevailing immediately before the mishap. But the tubes were certainly severely overheated 
immediately prior to the explosion, as shown by the structural condition referred to in the previous paragraph. 

Turning to a consideration of the multiple longitudinal Assuring, this feature is unquestionably attributable to the 
penetration of molten copper along some of the grain boundaries while the tubes were both stressed and overheated, and 
on the occasions when this took place the tube temperature cannot have been less than that of molten copper, i.e. about 
1,100° C. (2,000° F.). Once penetration had been initiated, the boundaries would have begun to open under the inAuence 
of stress. Copper would also penetrate laterally but to a less extent, hence the abnormal grain boundaries that were found 
only in the vicinity of fissures, these indicating copper penetration at localities where the stress magnitude was 
insufficient to cause separation. The resultant fissures would, of course, form severe stress-raisers and, when copper 
penetration ceased from lack of a further supply, the sound material ahead of them would yield by a process of rapid 
creep. In the absence of copper penetration the tubes might have withstood the severe working conditions for a time but 
ultimately they would almost certainly have bulged locally, thus giving warning of impending failure. The copper 
therefore appears to have been a very material factor in accelerating failure. 

As regards the source of the copper, it was not possible to determine from an examination of the deposit in what form it 
was introduced into the boiler. The boiler was located at an undertaking where copper in one form or another was 
abundant in the vicinity and it was subsequently ascertained that some had been earned into the boiler in mechanical 
suspension in the feed-water. In the absence of overheating of the tubes it would probably not have exercised any serious 
deleterious effect, as there were no indications of localised corrosion having taken place, such as is sometimes thought to 
be attributable to the presence of metallic copper. 
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Weld Cracking in Boiler Tubes Caused by Molten Copper Penetration 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Penetration by molten copper occurred in the economizer of a large water-tube boiler. A cross-section through a weld and 
the crack in the tube revealed a crack was an intergranular fissure. Small fissures of the same type also extended from its flanks. 
The main fissure was filled with an oxide scale in which were embedded particles having the appearance of metallic copper. It was 
concluded that the cracking that occurred at the time of re-welding was due to intergranular penetration by copper present in the 
deposit within the tubes, which had not been completely removed prior to welding. Subsequently, it was ascertained that trouble 
had been experienced with the centrifugal feed pumps, resulting in scuffing of some bronze rings. The presumption is that bronze 
particles had been carried in mechanical suspension in the feed water and deposited in the economizer tubes. 

Keywords: Boiler tubes; Copper; Liquid metals; Penetration 


Material: Steel tube (Steel, general) 


Failure types: Liquid metal induced embrittlement; Intergranular fracture 


This case involves penetration by molten copper in connection with the economiser of a large water-tube boiler. Shortly 
after this had been put into commission leakage occurred at the welds between the tubes and return bends and the cause 
was found to be defective welding. It was therefore decided to cut off the bends and re-weld them into position and in the 
course of this operation cracks developed in some of the tubes adjacent to the welds. Three half-sections showing typical 
examples of the failures were received for examination. 

1 3 

The tubes were 2xS in. diameter with a wall thickness of Sin. The first sample showed a discontinuity adjacent to the 

fusion face of the weld and another was present in the tube itself about Sin. to one side of the weld, the latter extending 
halfway round the circumference. The second sample showed a circumferential crack extending over approximately half 

the circumference; on the bore surface it was located about Tin. from the welded end of the tube but externally it appeared 
to run into the side of the weld. The appearance of this sample after magnetic crack detection is shown in Figure 1. The 
third sample showed slight lack of fusion at the root of the weld but was otherwise free from cracks. 




Fig. 1 

A specimen from the first sample, cut so as to include a cross-section through the weld and the crack in the tube, was 
prepared for microscopical examination. This revealed the crack to be an intergranular fissure, small fissures of the same 
type also extending from its flanks. The mouth of the main fissure is depicted in Figure 2. Incipient cracks were also 
present in the weld-metal itself. Two further short intergranular fissures were also found in the tube material adjacent to 
the weld and a fine intergranular crack network had developed in a region farther along the tube. The main fissure was 
filled with an oxide scale in which were embedded particles having the appearance of metallic copper, these being 

indicated by the arrows in Figure 2. At the grain boundaries of the material near to the surface another constituent was to 
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be seen, this being present in the weld-metal itself, in the tube up to I6in. away from the weld and also in the regions 
flanking the main fissure. This was of a pale lemon-yellow to cream colour, characteristic of penetration of molten copper 
along grain boundaries. The flanks of the main fissure became discoloured slightly on etching in Nital, which suggested 
that some local alloying might have taken place. In some locations yet another constituent was present, this being in the 
form of discrete globules. Particles of metallic copper were also observed along the bore surface of the specimen, these 
being more numerous in the vicinity of the weld. Figure 3 shows a region in the weld-metal adjacent to the bore of the 
tube in which films were present at the grain boundaries; judging from their size, the grains appeared to be those of the 
original austenite. A fissure in the weld-metal is shown in Figure 4; the copper particles present are indicated by arrows 
and it will be noted that these are located within the oxide deposit in the fissure and along the bore surface of the tube. 
Attention is also drawn to the globular constituent referred to earlier and to the fact that the flanks of the fissure were 
decarburised. 






Fig. 3 (x 175). 




Fig. 4 (x 175). 

A specimen was cut from the second sample so as to include the termination of the circumferential fissure. This was 
found to extend about one-quarter through the tube wall and to pursue an intergranular path, several short fissures being 
present in its vicinity. An abnormality of the type previously alluded to was also evident at the grain boundaries in the 





vicinity of the fissures and along the surface of the tube for a distance of about Sin. from the weld. While copper particles 
were not to be seen within the main fissure or along the bore side of the tube with the specimen in the etched condition, 
heat-tinting at 300°C revealed them as shown in Figure 5, which illustrates the copper-rich inclusions in the main fissure 
together with grain boundary penetration as indicated by the arrows. 

■HB 



/ 





Fig. 5 (x 50). 

Some of the deposit was scraped from the bore surface of the first sample for the purpose of analysis. Although the 
amount obtained was not sufficient to allow of a quantitative analysis, the deposit in the main was found to consist of iron 
oxide, the soluble portion giving an indication of the presence of copper. 

It was concluded that the cracking that occurred at the time of re-welding was due to intergranular penetration by copper 
present in the deposit within the tubes, which had not been completely removed prior to welding. Subsequently, it was 
ascertained that trouble had been experienced with the centrifugal feed pumps, resulting in scuffing of some bronze rings, 
and the presumption is that bronze particles had been carried in mechanical suspension in the feed water and deposited in 
the economiser tubes. 
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Cause and Prevention of Fatigue Failures in Boiler Tubing 

Stephen L. Meiley, Packer Engineering, Inc. 


From: S.L. Meiley, Cause and Prevention of Fatigue Failures in Boiler Tubing, Fossil Power Plant Rehabilitation, Trends in Life 
Management and Reliability Technology (Proceedings of an International Conference, Cincinnati, Ohio 27 February - 1 March, 1989) 
ASM International, 1989, p 141-147 


Abstract: This paper reviews several fatigue failures from the waterwall, superheater, and economizer portions of the boiler, their 
causes and how they were mitigated and monitored. Some cases required simple field modifications by cutting or welding, repair of 
existing controls, and/or changes in maintenance. Nondestructive inspections by visual, magnetic particle, ultrasonic, and 
radiographic methods for detecting and monitoring damage are discussed. These failures are presented to provide hindsight that will 
help others in increasing the success rate for anticipating and analyzing the remaining life of other units. 




Keywords: Boilers; Economizers; Superheaters; Tubing 


Material: Steel tube (Steel, general) 

Failure types: Corrosion fatigue; Transgranular fracture; Fatigue fracture 


Introduction 

Understanding the characteristic causes of fatigue failures should help to identify areas of the boiler that may be more 
likely to fail by fatigue. If fatigue damage is detected, remedial action can then be taken to address the causes and lessen 
or eliminate fatigue damage. This understanding should also help in selecting the type(s) of nondestructive and 
destructive testing for detecting and monitoring damage. 

Fatigue is a time-dependent failure mode which may be promoted by primary as well as secondary stresses. Primary 
stresses (pressure and weight) are usually quantified for design while the effects of secondary stress due to thermal 
expansion, residual stresses, vibration, etc. usually are not included in design analysis. 

Changes in operation and maintenance/repair may increase a part’s exposure and likelihood of failure during the part’s 
life. Corrosion may assist the fatigue process to various degrees. Generally, it lowers the threshold stress for fatigue. It 
may act to roughen the surface of a part producing localized stress intensification and significantly lower the overall stress 
necessary for fatigue to occur. Rupture and reformation of protective oxide films may also act as a stress riser or promote 
further localized oxidation or corrosion which can then become self perpetuating. 

Case Histories 

Water Wall/Lower Furnace 

After approximately 10 years of operation longitudinal bursts started to occur in the bend area of the throat opening just 
above the ash hopper. During the same time period transverse ruptures started to occur in the side wall tubes near the 
throat opening. During the initial years of operation the boiler was base loaded and during the last several years the boiler 
was cycled. 

The front and rear wall failures were longitudinally oriented along the furnace side toe of the membrane weld and were 
similar in character (Figure 1). The fracture had a partial fish-mouth shape but was thick lipped. Macroscopic examination 
revealed a flat featureless fracture with a high aspect ratio propagating from the outside inward. The fracture had 
propagated through approximately 90% of the wall thickness before it changed to a coarser texture typical of ductile 
overload (Figure 2). Examination of the failures and several cross sections of tubes that were cracked (not yet failed) 
showed all cracking was occurring on the fire side of the tube. Examination of metallographic cross sections showed the 
primary cracking mode was transgranular, straight and unbranched with an oxidized surface typical of corrosion fatigue 
(Figure 3). 



Fig. 1 Throat Tube - Note thick lip longitudinal burst along furnace side membrane weld. 




Fig. 2 Throat Tube Fracture - Note flat featureless portion typical of fatigue (arrows) and rougher overload 
portion. 



Fig. 3 Cracked Throat Tube -Note straight, unbranched, transgranular crack with oxide products. 50x, Nital 
Etch. 

The side wall failures contained transverse cracking on both the hot side of the tube and in the membrane area (Figure 4). 
The fractures were oxidized, crescent-shaped, flat with ratchet marks and propagated from the outside inward (Figure 5). 
The metallographic cross sections revealed straight, transgranular, unbranched, oxide filled cracks typical of corrosion 
fatigue (Figure 6). 





Fig. 4 Side Wall Tube Near Throat - Note numerous transverse cracks on hot and membrane portions of the 
tube. 


UNIT # 1 *3-REF 



Fig. 5 Side Wall Tube Near Throat - Note relatively flat oxidized crescent shaped crack propagating from the 
outside inward. 






Fig. 6 Metallographic Specimen from Side Wall Tube - Note straight transgranular unbranched oxidized crack. 
50x, Nital Etch. 

During the examination of similar cracking and failures on-site it was brought to our attention that high water levels were 
also occurring in the ash hopper. Specifically, the water level control was not functioning reliably and the normal and 
emergency overflow drains were plugging. 

This resulted in at least two conditions which created unusual stresses in the throat area. The unusually high water levels 
resulted in both the side wall and throat bend (front and rear wall) tubes being exposed to localized cooling which caused 
local high thermally induced strains. High water level and distortion/constraint of other areas in the throat area lead to 
unusual axial tensile strains which along with normal stresses caused failure of the side wall tubes. The high water levels 
also resulted in ash laden water running through the water seal and ash building up in the water seal. This ash build up 
was great enough to inhibit normal downward movement of the furnace due to thermal expansion. 

The inability of the boiler to move downward due to water seal deposits resulted in bending stress in areas of the throat 
which when combined with the thermal stresses due to high water level, stress concentrating effects of the fillet weld and 
other normal stresses, caused fatigue failures. 

Before putting the unit back into service wet fluorescent magnetic particle testing (WFMT) was conducted in the general 
areas where the failures occurred to locate cracks that had not yet propagated through wall. These cracks were then 
repaired by gouging out the crack (confirmed by reinspection with WFMT) and welding. Similar testing was also 
performed in other areas where the reaction strains may also have been high. Remedial action to insure a long-term 
solution to this problem included cleaning the ash out of the water seal and correcting problems with the water level 
control. The size of the overflow and emergency overflow openings were enlarged, and conditions of the level control as 
well as pluggage of the overflows were visually checked at least once a shift. 

Upper Furnace/Buckstays 

After 29 years of operation leaks stalled on the cold side of the tubes around the buckstay attachment welds (Figure 7). 
This boiler has a flat studded type membrane construction. Cracking appeared to be occurring with highest frequency near 
the corners of the water walls. Removal of the buckstay attachment on several tubes was thought to be a possible fix but 
resulted in bowing of the tube out into the furnace cavity. 




Fig. 7 Buckstay Cracking Sample - Overall view of cold side of tube. Note small crescent shaped portion of the 
buckstay beam still welded to the tube. 

Penetrant testing from the water side showed 1 inear indications opposite the general area of the buckstay attachment weld 
(Figure 8). Examination of a metallographic cross section showed numerous crack like corrosion penetrations. 
Examination at higher magnifications better revealed the corrosive character of these penetrations (Figure 9). 



Fig. 8 Water Side of Tube - Note cracking revealed by penetrant testing opposite side of buckstay weld. 





Fig. 9 Metallographic specimen through Penetrant Indications -Water side surface; note heavy corrosive 
characteristics. 50x, Nital Etch. 

The fracture surface contained a dark relatively featureless flaw (Figure 10) and showed the cracking was propagating 
from the inside outward. The fractures appear typical of corrosion fatigue with a very significant corrosion contribution. 
Because of the strong corrosive character of these failures their mode has also been called stress assisted corrosion. The 
cause of the corrosion was not readily apparent but may be associated with rupture of the oxide film and resulting crevice 
effects as well as upsets in boiler water chemistry and acid cleaning problems. 



Fig. 10 Fracture Surface - Note dark area corresponding to crack whose shape indicates propagation inside 
out. 

The occurrence of most failures near the corners and the character of the failures suggest high thermal strains particularly 
near the corners. The hot side of the tubes would be expected to expand while the buckstay attachment weld on the cold 
side would act as a heat sink. This thermal difference would cause a tensile stress on the inside of the cold half of the tube 
which would concentrate at the buckstay attachment weld where thermal and residual welding stresses would also be 
present. This effect could be additive as the flat studs on adjacent tubes near the middle of the boiler contact each other 
and cumulatively distribute the strains to the corners. The corners of the buckstay beams were of a rigid welded type 
design and have little or no capacity for relieving these strains. 




Short term remedial action consisted of inspecting the attachment point with X-ray and repairing the areas with the most 
severe cracking. Recommendations for a permanent repair include attaching the buckstays to the tubes with a slip type 
connection to minimize strain and providing for failure of the attachment rather than the tube wall. Furthermore, rather 
than having a rigid welded connection at the corner between the buckstay beams a tie bar buckstay attachment should be 
used. Improvements for control of water chemistry and acid cleanings were also effected. 

Superheater 

After 27 years a transverse failure of a superheater tube occurred just below the roof (Figure 11). This tube was the last 
tube in the pendant and adjacent to a soot blower cavity. During the laboratory analysis it was learned that the tube 
attachments had failed prior to the tube failure. Although no previous failures had occurred, an analysis was requested due 
to the unusual character of the failure and the desire to characterize the probability of future failures. 



Fig. 11 Superheater Failure - Note crack path, origin is at top. 

The fracture was a thick wall type, with a very flat, oxidized surface and several ratchet marks typical of corrosion fatigue 
(Figure 12). The failure initiated on the outside surface of the tube. It propagated across the tube and through the tube wall 
until it was almost all the way through the wall finally failing by overload. A metallographic cross section showed several 
other cracks parallel to the failure all typical of corrosion fatigue (Figure 13)._ 





Fig. 12 Superheater Failure - Note flat oxidized surface with ratchet marks (arrows). 





Fig. 13 Metallographic Cross Section Through Superheat Failure - Note straight, transgranular unbranched, 
oxidized cracks. lOOx, Unetched. 

Review of the drawings and laboratory work revealed the failure was due to bending fatigue from the forces of soot 
blowing. The roof seal and increased support of the roof opening concentrates the bending stresses in the failure location. 
The lack of tube attachment was the major contributor to the failure as it increased the stresses from soot blowing which 
may also have been vibratory in character. 

Remedial action included a visual inspection of attachments and repair. Wet fluorescent magnetic particle testing was 
performed on other tubes in the same area of the failure to determine the presence and extent of damage to other pendants. 
Although no other tubes were found cracked it was not considered unusual as all other attachments were in satisfactory 
condition which would result in a normal stress from soot blowing. Thus, no further action was taken as the probability of 
future failures appeared very low. 

Economizer 


A seven year old unit had experienced numerous problems with superheater failures which resulted in many unscheduled 
outages. Subsequently failures started to occur at increasing frequency in the lower section of the economizer. 
Specifically, failures were occurring at the bottom of vertically welded fins (Figure 14). 



J-in. 401 
4 -»-7» 



Fig. 14 Configuration & Economizer Note failures were at the bottom portion of the fins and cracking occurred 
under fin. 

The cracking was multiple, longitudinally oriented, localized under the tip of the fin, and potentially effected 1380 tubes. 
The interior of the tube was roughened by pitting due to oxygen and water chemistry upsets. Numerous cracks were 
present inside the tube near the fin tip (Figure 15). Metallographic cross sections revealed the cracking proceeded from 
the inside out and was a straight, unbranched, transgranular, oxide filled crack typical of corrosion fatigue (Figures 16 and 
17). 



Fig. 15 Water Side of Economizer Tube - Note cracks under fin area. 3.5x. 



Fig. 16 Metallographic Specimen Through Cracks in Economizer Tube - Note straight, transgranular, 
unbranched, oxidized cracks under fin. 



Fig. 17 High Magnification View of Above - Note several straight transgranular unbranched oxide filled cracks 
typical of corrosion fatigue. 42x, Unetched. 

Finite element stress analysis showed the cracking was caused by thermal stresses during load changes and starts/stops 
because of the differential expansion between the hotter fin edge and cooler portion which was welded to the tube for a 
length of approximately 40'. These thermal strains transposed themselves into the tube in a very localized area and 
resulted in tensile stress on the inside surface (Figure 18). 




Fig. 18 Stress Distribution Below Fin - Note localized high stresses. 

Temporary remedial action included ultrasonic shear wave inspection to identify the most severely cracked tubes which 
were repaired by welding an oval replacement patch into the cracked area (approximately 40 tubes were repaired this 
way). The fin ends of all tubes were profile trimmed to better redistribute the local strains into the tube (Figure 19). The 

1 — — 

unit ran with no further failures for approximately 2years. The economizer was then replaced with one of a different 
design for production/economic as well as reliability considerations. 
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Fig. 19 Reprofiling of Fin End - Note gradual decrease in fin height to lower and spread out stresses. 

Summary 

The foresight required to locate areas where potential fatigue problems are likely depends on good engineering, 
experience, and knowing the characteristics and causes from the identification of the failure mode. The examples given 
demonstrate typical characteristics and illustrate potential commonalities to further assist in selecting areas for evaluation 
and determining the method(s) for detecting signs of potential damage. 

Understanding the causes of unusual stresses/strains allows for a more logical selection of remedial action. Load (pressure 
and weight) or displacement (thermal expansion) may be the prime mechanism(s) for creation of stress(es). Allowing 








room in connections for thermal expansion, increasing flexibility, decreasing the exposed length, and lowering 
temperatures and gradients are typical actions used to reduce thermal stress. Increasing the number and frequency of 
support points is a common method of lowering bending stress and controlling vibration. 

Elimination or reduction in the effects of the corrosive environment may be effective in mitigating future failures. 
Reducing or eliminating stress concentrations may also be an effective remedial treatment. Thus, restoration of the 
damaged area by surface smoothing or overlaying techniques may also be used to prevent future failures. Monitoring can 
be used to track progression and characterize a problem as well as dictate when it is critical to perform repair or effect a 
permanent fix. Monitoring and/or future inspections are also commonly used to insure remedial action is effective. 

Related Information 

D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 
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Failure of a Steel Wire Rope From a Television Tower 

Carmine D'Antonio, Department of Metallurgy and Materials Science, Polytechnic University 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A 6 x 19 fiber core steel wire rope failed as it was being used to lower a steel television tower. Fracture of the rope 
occurred at a point under one of two clips used to fashion a spliced loop that was directly connected to the top of the tower. 
Microscopic examination of the fracture surfaces and the condition of the individual wires revealed that 59% of the wires failed by 
shear, 39% failed in tension, and 2% had been cut. In addition, 87% of the wires showed some degree of crushing damage, ranging 
from mild to severe. The failure was attributed to improper installation of the clips. 

Keywords: Compression damage 

Material: Steel wire rope (Steel, general) 

Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

A wire rope failed as it was being used to lower a steel television tower. The rope was an integral component of a 
lowering mechanism on the tower. It parted when the tower was in a near horizontal position. 

Pertinent specifications 

The wire rope consisted of a 6 x 19 fiber core in the Seale arrangement, as specified. 

Visual Examination of General Physical Features 

Figure 1 shows the portion of the wire rope assembly submitted for analysis. The section of the system that failed is in the 
fore ground. Parting of the rope occurred in a spliced loop that was directly connected to the top of the tower. Two wire 
clips were installed on the loop, one on either side of the splice. Fracture of the rope took place at the point where one of 
the clips was installed. This clip was recovered subsequent to the failure and is shown in Fig. 1. 



Fig. 1 Section of wire rope that contains the failure zone (fore ground). 

Figure 2 shows a closeup view of the failure area. Fracture occurred in the leg of the loop between the clips that contained 
the splice. When the two clips were installed, this leg apparently was made shorter than the other, resulting in the greater 
part of the load (perhaps all of it) being sustained by this leg. This leg of the loop is also the one against which the U-bolt 
portion of the clip pressed when it was installed. 




Fig. 2 Closeup view of failure zone. 


The aiTow in Fig. 2 indicates the zone on the other leg of the loop where the clip was positioned. There was evidence of 
crushing and fracture of wires in this area. 

Testing Procedure and Results 

Surface examination 

The fracture surfaces and the condition of the individual wires were examined microscopically to determine the mode of 
failure. Because the wire rope was a 6 x 19 fiber core in the Seale arrangement, it contained 114 individual wires, 60 of 
which were large diameter and 54 of which were small diameter. Examination revealed that 67 of the wires (59%) failed 
by shear, 45 (39%) failed in tension, and 2 (2%) had been cut. In addition, 99 of the individual wires (87%) showed some 
degree of crushing damage, ranging from mild to severe. Figures 3 show many of the individual wires, their mode of 
fracture, and the crushing damage. Arrows marked “T” indicate tensile failures, arrows “S” indicate shear failures, and 
arrows marked “C” indicate crushing damage. 




Fig. 3 Micrographs showing individual wires and their failure modes. T, tension failure; S, shear failure; C, 
crushing damage. ~6.lx. Micrographs showing individual wires and their failure modes. T, tension failure; S, 
shear failure; C, crushing damage. ~6.lx. 




Discussion 


Crushing damage was evident in 87% of the individual wire fracture zones. This damage was caused by overtightening of 
the clip, which seriously reduced the load-carrying capacity of the rope. Failure of the rope occurred in the leg of the loop 
at the point where the U-bolt side of the clip pressed against it. Consequently, this side was the most severely damaged by 
overtightening of the clip, because the circular cross section of the bolt tended to dig into the individual wires. The 
pressure of the U-bolt also tended to cause kinking of the individual wires. 

Overtightening of the clip was also evidenced by the crushing and fracturing of wires on the other leg of the loop (see 
arrow. Fig. 2). This leg was less severely damaged, because the rope lay in the flat saddle portion of the clip. Because the 
failure took place in the spliced leg of the loop between the clips, this leg was probably shorter than the other and 
therefore sustained the greater part, or all, of the load during service. 

In uninhibited failure of wire rope in tension, failure of individual wires would exhibit a characteristic cup-cone fracture. 
Only 39% of the wires in the rope showed this mode of failure. On the other hand, 59% of the wires showed shear 
failures. Shear failure will occur when individual wires are subjected to transverse compression (crushing) and are kinked. 
Because metals are substantially weaker in shear than in tension, the effective strength of the rope was greatly reduced 
when the wires were induced to fail by shearing. 

Conclusion and Recommendations 

Failure of the wire rope was the direct result of improper installation of the clips. Severe overtightening of one of the clips 
caused extraordinary compressive forces and kinking of individual wires, thus inducing them to fail in shear. Shear failure 
required substantially lower service loads. In addition, overtightening of the clip caused physical crushing damage in a 
majority of the individual wires, thereby further, and again substantially, reducing the load-carrying capacity of the rope. 
It is also quite likely that the legs between the clips were uneven in length, causing the shorter leg (the failed leg) to 
sustain most, or all, of the service loads. 

The crushing damage was, in all probability, exacerbated by improper installation of the clip under which failure 
occurred. Proper installation requires that the saddle portion of the clip bear against the load-bearing segment of the 
rope—in this instance, the shorter leg. This arrangement reduces the likelihood of damage, because the saddle represents 
a much less severe condition for crushing than the U-bolt. Because the clip under which failure occurred separated from 
the system, there is no unequivocal proof that it was improperly used. Flowever, an indirect indication that this was the 
case can be inferred from the other clip, which was installed improperly. 

Related Information 

F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 514-528 


Failure of a Large Oil Storage Tank 

I. Le May, Metallurgical Consulting Services, Ltd.; C. Bagnall, Concurrent Technologies Corp. 


From: I. Le May, C. Bagnall, Successful Failure Analysis, Microstructural Science, Vol 24, Understanding Microstructure: Key to 
Advances in Materials, M.G. Burke, E.A. Clark, and E.J. Palmiere, Ed., ASM International, 1997, p 189 


Abstract: A four million gallon capacity (15,142 m3) oil storage tank ruptured upon filling after re-erection near West Elizabeth, PA, 
USA, on 2 January, 1988. The tank shell split vertically, with failure originating at a flaw existing prior to the reconstruction. Brittle 
fracture occurred both up and down from the defect when the stress induced by filling reached a critical value for the steel, which 
had poor toughness properties. This steel had been used in the original construction of the tank in Ohio more than 40 years 
previously. The defect at which brittle fracture originated in the tank shell showed evidence of burning from a torch. This tank 
failure, and a prior tank failure investigated by one of the authors in 1980, were the catalyst for the introduction of new rules 
concerning the inspection and assessment of older storage tanks. 

Keywords: Inspection; Storage tanks 

Material: Storage tank steel (Steel, general) 


Failure type: Brittle fracture 




The authors were involved in investigating the failure of a four million gallon capacity (15,142 m 3 ) oil storage tank that 
ruptured upon filling after re-erection near West Elizabeth, PA, on January 2, 1988. The tank shell split vertically, with 
failure originating at a flaw existing prior to the reconstruction. Brittle fracture occurred both up and down from the 
defect when the stress induced by filling reached a critical value for the steel, which had poor toughness properties. This 
steel had been used in the original construction of the tank in Ohio more than 40 years previously. 

Figure 1 shows the defect at which the crack originated, while Fig. 2 shows the classic brittle fracture. On arriving at the 
site of the failure, with pieces of tank lying in disarray over a wide area, one of the attorneys surveying this scene asked: 
“Where does one begin?” One of the authors replied that we should go to the end of the shell, look for the little arrows on 
the fracture surface, and follow them back to their origin. While explaining this, we had walked up to one part of the shell 
and the author concerned pointed directly, saying: “There you are!” The attorney’s comment was: “My, isn't failure 
analysis simple!” 



Fig. 1 The defect at which brittle fracture originated in the tank shell in January 1988. There is evidence of 
burning from a torch. A dime is shown to indicate size 



Fig. 2 Brittle fracture running along the shell wall 

To illustrate the brittle nature of the steel, Fig. 3 shows curves for the Chaipy energy and the percentage of shear fracture 
for the plate versus test temperature. The fracture appearance transition temperature (FATT) is approximately 50° C. 



Fig. 3 Charpy v-notch energy versus temperature for the tank shell steel. The data for shear fracture on the 
impact specimens are also given 

As a final comment, it may be remarked that this tank failure, and a prior tank failure investigated by one of the authors in 
1980 ( 1), were the catalyst for the introduction of new rules concerning the inspection and assessment of older storage 
tanks ( 2). 




References 


1. Le May, I., in Microstructural Science, Volume 10, W. E. White, J. H. Richardson, and J. L. McCall, eds., p. 195, 
Elsevier, New York (1982). 

2. Tank Inspection, Repair, Alterations, and Site Reconstruction, API 653, American Petroleum Institute, 
Washington, D. C. (1991). 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 587-626 


Crankshaft with Torsion Fatigue Fractures in Inductively Surface-Hardened 
Crank Pin 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A crankshaft was overloaded on a test stand and suffered an incipient crack in the crank pin. The crack run generally 
parallel to the longitudinal axis and branched off at the entrance into the two fillets at the transition to the crank arm. lit consisted of 
many small cracks, all of which propagated at an angle of approximately 45 deg to the longitudinal axis, and therefore were caused 
by torsion stresses. Neither macroscopic nor microscopic examination determined any material or processing faults. Experience has 
shown that torsion vibration fractures of this kind usually appear in comparatively short journal pins at high stresses. This crankshaft 
fracture was an example of the damage that is caused or promoted neither by material nor heat treatment mistakes nor by defects 
of design or machining, but solely by overstressing. 

Keywords: Crankshafts; Induction hardening; Torsional fatigue 


Material: Surface-hardened steel (Steel, general) 


Failure type: Fatigue fracture 


A crankshaft which was overloaded on a test stand suffered an incipient crack in the crank pin (Fig. 1). The crack run 
generally parallel to the longitudinal axis and branched off at the entrance into the two fillets at the transition to the crank 
arm (Fig. 2). As shown in Fig. 2 it consisted of many small cracks, all of which propagated at an angle of approximately 
45° to the longitudinal axis, and therefore were caused by torsion stresses. 




Fig. 2 a). Longitudinal crack in crank pin. 1.5x b). Longitudinal crack in crank pin. lOx 

According to Fig. 2, a transverse section in the plane A — A showed that the crank pin was surface hardened up to a 
depth of 2 to 2.5 mm and that the crack had penetrated the pin radially up to a depth of 14 mm (Fig. 3). The otherwise 



smooth crack had branched outward in the fine martensitic structure of the rim as well as in the bainitic structure of the 
core (Fig. 4). 



Fig. 3 Section A — A in Fig. 2, etched with Nital and after magnetic particle inspection, lx 


r 



Fig. 4 Crack propagation in transverse section A — A according to Fig. 2, etch: Nital. 8x 
Neither macroscopic nor microscopic examination could determine any material or processing faults in this connection. 
The crack located at the left in section A — A of Fig. 2 of the pin section was broken open for further examination. The 
fracture followed the steps of the small incipient cracks at the surface (Figs. 5 and 6) and then penetrated in a semi¬ 
circular way into the pin (Figs. 7 and 8). It ends again in a multitude of small torsion fractures (Fig. 9). In this case as well 
as in that of the cracks at the surface, fatigue fractures are the apparent explanation. All fracture areas are oxidized. It is 
noteworthy that the zig-zag shaped cracks at the pin bearing surface as proved by the fracture path (Fig. 8) and their 



branching outward (Fig. 4) did not originate on the surface but in a zone located 2 to 3 mm below it. This is probably the 
location at which the sum of the torsional stress (+) and residual compressive stress (-) first exceeded the fatigue strength. 




Fig. 6 Fracture edge of opened crack as seen from bearing surface. lOx 






Fig. 9 Torsion fatigue fractures in fracture end. lOx 

Experience has shown that torsion vibration fractures of this kind usually appear in comparatively short journal pins at 
high stresses. This crankshaft fracture presents an example of the damage that is caused or promoted neither by material 
nor heat treatment mistakes nor by defects of design or machining, but solely by overstressing. 
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Broken Exhaust Valve 

Rudolf Kallenbach and Rudolf Fichter, Eidgenossische materialprufungs- und versuchsanstalt 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A broken exhaust valve from the cylinder of a motor car had a 30 mm disk diameter and 8 mm stem diameter. The site of 
the fracture was directly where the valve cone joined the cylindrical stem. Both the cone and the stem were heavily scaled in the 
vicinity of the fracture; in some parts the scale has flaked off. Furthermore the rim of the disk was badly damaged by secondary 
mechanical action. The core of the valve had a very fine austenitic microstructure with precipitations of numerous granular and very 
fine, mostly rounded carbides and tine segregation bands. A hard alloy facing was welded on to the valve seat. Fracture was a 
consequence of fatigue corrosion cracking, itself strongly promoted by the presence of sulphur compounds. The origin of these 
corrosive sulphur compounds could not be explained. 

Keywords: Automotive components; Exhaust valves; Sulfur compounds 


Material: Valve steel (Steel, general) 


Failure type: Corrosion fatigue 


The object under examination was a broken exhaust valve with disk diameter 30 mm and stem diameter about 8 mm from 
the cylinder of a motor car. The site of the fracture is directly where the valve cone joins the cylindrical stem. Both the 
cone and the stem are heavily scaled in the vicinity of the fracture; in some parts the scale has flaked off. Furthermore the 
rim of the disk is badly damaged by secondary mechanical action. 

Axial sections taken transversely through the fracture surface reveal that the core of the valve has a very fine austenitic 
microstructure with precipitations of numerous granular and very fine, mostly rounded carbides and tine segregation 
bands. In the head the fibres are in some cases bent over. Above all the edge zone of the cone and the upper paid of the 
stem indicate a thermal effect as a result of which the fine carbide precipitates are formed somewhat differently. A hard 
alloy facing has been welded on to the valve seat. 

A fringelike oxide-rich diffusion zone about 0.02 mm thick has formed in the edge zone of the cone and adjoining stem 
and in the edge zone localised grain boundary oxidation has occurred. Numerous fine, quite straight transverse cracks 
with a fine oxide border and enclosed oxide particles have formed in the stem (Fig. 1). There is a layer of scale on the 
surface that reaches a thickness of 0.15 mm at the transition between the stem and the cone. This scale layer is cracked in 
places and in some cases the cracks in the scale are continued as fine cracks in the metal. 



\ 


Fig. 1 Longitudinal section through the fracture, unetched. Oxide rich seam in the edge zone; cleft like crack 
with enclosed oxide. Fracture site to the left. 200 x 

The corrosion phenomena (scaling) in particular were studied in the vicinity of a fine cleft shaped crack in the stem with 
the microprobe. It can be seen from the electron picture and the oxygen and iron distribution pictures that spots of oxide 
precipitate are present in the edge zone and crack walls. The chromium distribution picture indicates enrichment in the 
edge zone and at the crack and deficiency in the adjacent (to some extent richer in nickel) zones. The edge zone and to a 
lesser extent the crack walls are enriched in nickel (Fig. 2). The nickel depleted regions are preferentially enriched in 
manganese (Fig. 3) which has a similar distribution to chromium and oxygen. Sulphur is distributed similarly to nickel in 
the edge zone and similarly to manganese along the cracks (Fig. 4) i. e. manganese sulphide has obviously formed 
alongside chromium oxide on the crack walls whereas the sulphur in the edge zone is bound predominantly to the nickel 
(nickel sulphide). 




Fig. 2 Microprobe: nickel distribution. 625 x 



Fig. 3 Microprobe: manganese distribution. 625 x 





Fig. 4 Microprobe: sulphur distribution. 625 x 

According to the results of the investigations, the exhaust valve is heavily scaled. The scale layer on the stem exhibits 
stress cracks by means of which the corrosion has penetrated more deeply leading to cracks in the metal. As a result of 
diffusion particularly of the alloying elements iron, chromium, nickel and manganese, various fringe-like enrichment 
zones have established themselves along the edges of the cracks in conjunction with diffusion inwards of oxygen and 
sulphur. The advance of locally initiated corrosion has in the course of time been promoted by external mechanical 
influences particularly vibrations and thermal stresses. The cracks have a characteristic, straight cleft like shape. Fracture 
is therefore a consequence of fatigue corrosion cracking, itself strongly promoted by the presence of sulphur com pounds. 
The origin of these corrosive sulphur compounds could not be explained in the scope of the investigation. 

Related Information 
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Fatigue Fracture of a Highway Tractor-Trailer Steel Drawbar. 


From: S.D. Antolovich and A. Saxena, Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 102-135 


Abstract: A drawbar connecting two tank-type trailers of a highway gasoline rig broke while the rig was on an exit ramp of an 
interstate highway. The drawbar was a weldment of steel plates, tubes, and castings. Light fractography showed no discernable 
causes for the failure, but a TEM fractograph at 20,000x revealed fatigue striations and corrosion products on the fracture surface, 
indicating that this area was probably the site of fracture origin and that it had cracked before the accident happened. The casting on 
the right side of the drawbar contained large voids and a significant amount of porosity. Electron fractography established that the 
cast connection on the left side failed by brittle fracture. Metallographic examination showed poor weld quality in the casting-to-tube 
joint. Evidence found supports the conclusions that the drawbar fractured in fatigue, which originated in the weld joining the cast 
connector to the right side of the drawbar assembly. The crack initiated in a region of poor weld quality. A contributing factor to 
fracture of both connectors was the presence of voids and porosity in the castings. Recommendations included revising the welding 
procedures and instituting receiving inspection of the connection castings. 

Keywords: Castings; Porosity; Trailers; Trucks; Welded defects; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Casting-related failures; Fatigue fracture 





A drawbar connecting the two tank-type trailers of a highway gasoline rig broke while the rig was on an exit ramp of an 
interstate highway, causing the tractor, semi-trailer, and full trailer to overturn. The driver's description of the way in 
which the rig behaved during the accident, together with physical evidence at the scene, suggested that the full trailer 
pulled to the right and overturned the rig. 

Investigation. The drawbar was a weldment of steel plates, tubes, and castings. As shown in Fig. 1(a), the left and 
fight cast connections to the full trailer broke in an area where welds joined the connections to the welded tube and plate. 




Plate 


Fig. 1 Highway tractor-trailer steel drawbar that fractured by fatigue at the cast connection at right because of 
a weld defect, (a) Drawbar showing components, and fracture in the right cast connection at arrow A; 




connection at left failed by brittle fracture, (b) Fracture surface of right case connection showing fatigue region 
(arrow B) and fracture origin in weld (arrow C). (c) TEM fractograph showing fatigue striations at region B in 
fracture surface. 20,000x. (d) TEM fractograph showing corrosion products (black dots) at region C. 6000x 

The fracture surface on the right side of the drawbar (A in Fig. la) is shown in Fig. 1(b). The upper half of the fracture is 
through a weld, and the lower half is through the casting. No conclusive evidence of the fracture mechanism was 
discernible by light fractography. Flowever, a TEM fractograph at 20,000x (Fig. lc) revealed fatigue striations in the 
region at arrow B in Fig. 1(b). Corrosion products on the fracture surface at the region at arrow C in Fig. 2 (d), which are 
seen as black dots in Fig. 2(d), indicated that this area was probably the site of fracture origin and that it had cracked 
before the accident happened. 

The casting on the right side of the drawbar contained hu ge voids and a significant amount of porosity (lower portion, 
Fig. lb). Electron fractography established that the cast connection on the left side failed by brittle fracture. 






Fig. 2 Helicopter-blade spindle that fractured in fatigue because it was incompletely shot peened before being 
plated, (a) Spindle showing fracture region (at fillet between shank and fork). Dimensions given in inches, (b) 
Longitudinal score mark (region A) and circumferential scratches (arrow B) on shank that had been peened 
over. A galled area (arrow C) is also visible. 


Metallographic examination showed that both castings and the tubing had microstructures consisting of pearlite in a 
ferrite matrix. These microstructures were considered suitable for the application. However, weld quality was poor in the 
casting-to-tube joint, with evidence of incomplete fusion and inadequate penetration into the base metal. 

Conclusions. The drawbar fractured in fatigue, which originated in the weld joining the cast connector to the right side 
of the drawbar assembly. The crack initiated in a region of poor weld quality. A contributing factor to fracture of both 
connectors was the presence of voids and porosity in the castings. 

Corrective Measures. The welding procedures were revised, and receiving inspection of the connection castings was 
instituted. 

Related Information 
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Broken-Off Bearing Bosses of Scrap Shears 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Three bearing bosses from the cover of scrap shears were sent in for examination. They had torn off the base plate to 
which they had been welded by fillet welds all around. Two of these were examined. They showed entirely the same symptoms. The 
bosses had broken away on three sides along the welds. The cleaved fractures in the burned notches propagated partially above and 
partially below several incipient cracks which may have been fatigue fractures. Metallographic sections showed that the fractures had 
occurred either at the burned notches near the transition from the weld to the sheet, or else they ran in the sheet material next to 
the weld. The quality of the welds could not be judged because the opposite fracture pieces to which they adhered had not been sent 
in. It was concluded that the break away of these bosses was at least favored by overheating and hardening. 

Keywords: Bearing boxes; Overheating; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; (Other, general, or unspecified) fracture 


Three bearing bosses from the cover of scrap shears were sent in for examination. They had torn off the base plate to 
which they had been welded by fillet welds all around. Two of these were examined. They showed entirely the same 
symptoms. An examination of the third one was meaningless because the fracture regions were so altered by the 
autogenous burning of the surfaces that were still adhering that only a very general material judgment could have been 
rendered. This could not have contributed anything to an explanation of the fracture cause. 

Fig. 1 shows one of the bosses seen from the underside. It had broken away on three sides along the welds. The cleaved 
fractures in the burned notches propagated partially above and partially below several incipient cracks which may be 
fatigue fractures (Fig. 2). 




1 

Fig. 1 View of broken-out bearing boss from below. 3x 



Fig. 2 Fracture view. 1 x 

For metallographic examination sections were made across the fractures. From them it could be seen that the fractures had 
occurred either at the burned notches near the transition from the weld to the sheet, or else they run in the sheet material 
next to the weld (Fig. 3). The quality of the welds could not be judged because the opposite fracture pieces to which they 
adhered had not been sent in. The transition zones in the sheet material were very coarse-grained throughout (Fig. 4) and 
had partly transformed into martensite (Fig. 5). The hardness (F1V 0.1) of these zones was 417 to 572 kp/mm 2 while it 
was about 130 kp/mm 2 for the sheet. 



Fig. 4 







Fig. 5 

Structure of sheet next to weld seam, etch: Picral. 500 x 

The break away of these bosses was at least favored by overheating and hardening. 

Related Information 

Failures Related to Welding. Failure Analysis and Prevention , Vol I I, ASM Handbook, ASM International, 2002, p 156— 
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Fracture of a Cross on a Church Steeple 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A cross crowned by a gilded cock on a church steeple hung in a slanted position from its support after a stormy night. 
Fracture had occurred on the shaft of the cross which was formed by a seamless steel tubing of 60 mm OD and 2.7 mm wall 
thickness. The fracture had not occurred at the point of highest stress, but approximately 200 mm above it. A bell-shaped sheet 
metal cap was welded onto the shaft at this point. The tubing had fractured about 10 mm under this weld seam. The steel of the 
shaft tubing contained only 0.033P and 0.004N, and thus was not considered prone to brittle fracture or unsuitable for welded 
structures. Investigation showed the design of the cross was an unfortunate mistake. If the bell-shaped cap was really essential it 
should have been fastened by means other than welding. Furthermore, the welding was done poorly after an initial aborted attempt. 
This was the primary cause of fracture of the cross shaft. 

Keywords: Design; Tubes; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Brittle fracture 


A cross crowned by a gilded cock on a church steeple hung in a slanted position from its support after a stormy night (Fig. 
1). Figure 2 shows the construction of this support. Inspection showed that a fracture had occurred on the shaft of the 
cross which was formed by a seamless steel tubing of 60 mm O. D. and 2.7 mm wall thickness. The shaft was inserted 
into a supporting pipe of 12 mm wall thickness to a depth of about 3 m, and was firmly anchored in it. An additional 
support tubing of 650 mm length was inserted that fitted smoothly into the inner wall of the pipe and had welded-on 
annular bosses. This was for the purpose of reinforcement at the point of highest stress at the exit of the shaft from the 
supporting pipe. But the fracture had not occurred at this point of highest stress, but approximately 200 mm above it. A 



bell-shaped sheet metal cap was welded onto the shaft at this point. The tubing had fractured about 10 mm under this 
weld seam. The inserted support could not prevent the fracture but did prevent the toppling of the cross. 



Fig. 1 Damage site. 
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Fig. 2 Longitudinal section through support structures, approx. 5x 

Figure 3 shows the fracture which was exposed after the bellshaped cap was opened up. The fracture occurred as rough 
jags around the tubing. The fracture plane was strongly abraded, so that neither the origin nor the character of the fracture 
could be established. A blueish discoloration could be seen in the fracture at the point closest to the weld seam. It was the 
size of a few square millimeters, and its position is marked by an arrow in Figs. 3 and 4. After the tubing was sectioned 
longitudinally it could be seen that it had been welded through at several points (Fig. 4). 





Fig. 4 Interior view of fracture. Blue-stained fracture spot (left arrow), lower weld seam (right arrow). 1 x 
An examination was conducted to find out whether a brittle fracture had occurred as a consequence of using an unsuitable 
steel. But an analysis showed that the steel of the shaft tubing contained only 0.033% P and 0.004% N, and thus could not 
be considered prone to brittle fracture or unsuitable for weld structures. Bending tests confirmed that the pipe had 
sufficient deformability. Nevertheless, it cannot be excluded that the tubing showed a brittle fracture under strongly multi- 
axial stresses. It is, however, more probable that a fatigue fracture had occurred. 

For metallographic examination longitudinal sections were made through the planes designated as 6, 7, 8 and 9 in Fig. 4. 
They confirmed that welding caused complete melting of certain spots of the shaft tubing causing blistered or shrinkage 


cavities in the solidified area (Fig. 5). The blue spot in the fracture may possibly be due to such a cavity. It is shown in 
section 8-8 (Fig. 5). The investigation further disclosed that the shaft tubing had been welded in the fracture area fastening 
seam (Figs. 5). The reason for this remains unclear. It is noteworthy that the wall thickness of the tubing in this zone was 
reduced to 60% of the original one. This occurred through grinding as can be seen from the grooves in Fig. 6. It may be 
assumed that traces of a previous weld seam were ground off in this spot. Such a weakening of the wall thickness alone 
could have been sufficient to cause the fracture of the shaft under dynamic loading that could be expected at this site and 



Fig. 5 Longitudinal sections in planes 6-6, 7-7, 8-8 and 9-9 according to Fig. 4, etch: according to Adler. Blue- 
stained fracture marked by arrow. 3 x 



Fig. 6 Grind marks at exterior of the shaft tubing below weld fastening. 2 x 

The investigation therefore showed that the design of the cross was an unfortunate mistake. If the bell-shaped cap was 
really essential it should have been fastened by other means than welding. Furthermore, the welding was done poorly 
after an apparently initial aborted attempt. This then was the primary cause of fracture of the cross shaft. 


Related Information 
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Leaky Socket Pipe from the Safety Return Circuit of a Heating Installation 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: An elbow made from welded steel tube had become leaky along a well defined line in the axial direction. The entire wall of 
the tube was corroded and the longitudinally-welded seam stood out clearly as a result of particularly intensive corrosive attack. The 
appearance of the corroded surface indicates the action of water with a high oxygen content. The oxygen in the return water must 
have originated from the ventilation of the open expansion vessel. Because of the corrosion-favoring effect of a crevice, water with a 
high oxygen-content that was perhaps still warm or even hot found particularly favorable conditions for corrosion in the defective 
welded seam (crevice corrosion). The tube material itself is perfectly satisfactory and in no way responsible for the failure. 
Keywords: Pipe; Weld defects; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Crevice corrosion 


The elbow made from welded steel tube had become leaky along a well defined line in the axial direction. In order to 
examine the internal wall of the tube, the elbow was cut open in the longitudinal direction. Figure 1 shows one half of the 
elbow with the split. It can be seen that the entire wall of the tube is corroded and that the longitudinal welded seam 
stands out clearly as a result of particularly intensive corrosive attack. The appearance of the corroded surface indicates 
the action of water with a high oxygen content. The oxygen in the return water must originate from the ventilation of the 
open expansion vessel. 



Fig. 1 Heavily corroded internal wall and split in one half of a longitudinally sectioned elbow. 1 x 
In order to explain the preferential corrosive attack in the zone of the longitudinal welded seam, a cross section was taken 
at a point at which the weld zone looked the soundest. The etched microsection in Fig. 2 shows that the butt weld had 
been defective from the beginning. A bonding defect filled with oxide runs from the outside deep into the wall of the tube. 
A similar welding defect had presumably been present in the region of the wedge shaped corrosion furrow on the internal 
tube wall. Due to the corrosion favouring effect of this crevice, water with a high oxygen-content that was perhaps still 
warm or even hot found particularly favourable conditions for corrosion in the defective welded seam (crevice corrosion). 
The tube material itself is perfectly satisfactory and in no way responsible for the failure. 



I 



Fig. 2 Cross section through the welded seam etched with 2% nital. 50 x 
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Cracking of a Weld That Joined the Head to the Shell of a Steam Preheater 
Because of Poor Root Penetration 


From: Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156-191 


Abstract: A weld that attached the head to the shell of a preheater containing steam at 1.4 MPa (200 psi) and was used in the 
manufacture of paper cracked in service. The original joint contained a 6.4 by 50 mm backing ring that had been tack welded to the 
inside surface of the shell in a position to project beyond the fully beveled top edge of the shell. The projecting edge of the ring fitted 
against a deep undercut on the inner corner of the rim of the head. The internal 90-degree angle in this undercut was sharp, with 
almost no fillet. A bevel from the lower edge of the undercut to the outside of the head completed the groove for the circumferential 
attachment weld. Investigation (visual inspection and actual size views etched in hot 50% hydrochloric acid) supported the 
conclusion that cracking occurred in the HAZ in the head of the original design, originating in the sharp corner of the undercut, which 
was an inherent stress raiser. Recommendations included revised joint design to ensure full root penetration. 

Keywords: Fillet welds; Fleat affected zone; Joint design; Papermaking; Shells (structural forms); Steam preheaters; Weld defects 


Material: Welded steel (Steel, general) 


Failure type: Joining-related failures 


A weld that attached the head to the shell of a preheater containing steam at 1.4 MPa (200 psi) and was used in the 
manufacture of paper cracked in service. The length of service was not reported. A section of the failed preheater, plus a 
section of proposed new design, were selected for examination. 

Investigation. The preheater was approximately 0.9 m (3 ft) in diameter and approximately 1.2 m (4 ft) long. The 
original joint (Fig. la) contained a 6.4 by 50 mm (4 by 2 in.) backing ring that had been tack welded to the inside surface 



5 

of the shell in a position to project approximately 16 mm (3 in.) beyond the fully beveled top edge of the shell. The ring 
served the dual puipose of backing up the weld and positioning the head; the projecting edge of the ring fitted against a 
3 1 

9.5 mm (8 in.) wide, 3.2 mm (8 in.) deep undercut on the inner corner of the rim of the head. The internal 90° angle in 
this undercut was sharp, with almost no fillet. A bevel from the lower edge of the undercut to the outside of the head 
completed the groove for the circumferential attachment weld. 



Fig. 1 Weld attaching the head to the shell of a steam preheater that cracked because of poor root penetration 
in original and first replacement joint designs, (a) and (b) Sections taken through the head-to-shell joint. 
Etched in hot 50% hydrochloric acid. Actual size. The section in (a) is the original design; (b) shows the first 
replacement design, (c) The final design, which achieved full root penetration 

The head was joined to the shell by arc welding in three passes. In all sections that were taken through the welded joint 
and examined, the fusion was found to range from poor to none at the root of the weld and at the backing ring. The weld 
did not penetrate to the undercut rim of the head, and in some locations, the weld bead was standing free (not fused with 
the backing ring). In all sections of the joint examined, there was a crack beginning at the sharp, internal 90° angle of the 
undercut and extending toward the outer surface of the head. This crack had to penetrate only 50% of the full thickness of 
the head before final fracture occurred. 

The first proposed replacement design (Fig. lb) was more or less the reverse of the failed joint. A deep offset had been 
machined in the exterior of the rim of the head, reducing the wall thickness by 65%. The outer portion of the offset had 
been beveled to receive the weld deposit; below the offset, a horizontal step, approximately 2.5 mm (0.10 in.) deep, had 
been cut to align the head against the square-cut shell edge. Below the step was a long taper almost to the inner surface of 
the head. A number of sections through the proposed replacement joint showed incomplete root penetration of the weld, 
and in one section, a crack was discovered extending from the outer edge of the positioning step through the root-pass 
weld bead. 

Conclusions. Cracking occurred in the FIAZ in the head of the original design, originating in the shaip corner of the 
undercut, which was an inherent stress raiser. In the first replacement design, beveling of the head and shell was 
insufficient to permit full root-weld penetration, thus creating an inherent stress raiser. In both designs, the stress raisers 
would not have been present had full root-weld penetration been obtained. 

Corrective Measures. To ensure full root penetration, the joint design shown in Fig. 1(c) was adopted. This joint 
retained the full thickness of both the head and the shell and, with the gap between the root edges, made it possible to 
obtain full root penetration, thereby reducing any notch effect to a minimum. A suggested alternative that would avoid the 
possibility of crevice corrosion was the use of a single-V-groove joint without a backing ring, with welding being done 
from the outside in two or more passes, ensuring that the root pass attained full penetration. 
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Failure of a Truck Mounted Hydraulic Crane 

Mitchell P. Kaplan, Willis, Kaplan & Associates, Inc. 


From: Analyzing Failures: The Problems and the Solutions (Proceedings of the Failure Analysis Program and Related Papers 
presented at the International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis), 
V.S. Goel, Ed., American Society for Metals, 1986 


Abstract: A truck mounted hydraulic crane had a horizontal thrust bearing with one race attached to the truck and the other to the 
rotating crane. The outside race of the bearing was driven by a pinion gear, and it is through this mechanism that the crane body 
rotated about a vertical axis. The manufacturer welded the inner race to the carrier in a single pass. After several years of service, 
the attachment weld between the bearing inner race and the turntable failed in the area adjacent to the heat affected zone. The 
fracture zone where there was the greatest tension was heavily oxidized. In the zone where the bearing was in compression, there 
was a clean surface indicating recent fracture. Finally, there were areas where the weld did not meet AWS specifications for 
convexity or concavity. These areas were weak enough to allow fatigue cracks to initiate. Recommendations to prevent reoccurence 
of the failure include the use of bolts in lieu of welding, a welding schedule that reduces the propensity of lamellar tearing, and the 
use of an alloy that precludes lamellar tearing. Flowever, if abuse of the crane was the primary cause of failure, none of these 
recommendations would have prevented deterioration of the machine to an extent that would have rendered the failure improbable. 
Keywords: Cranes; Lamellar tearing; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Fatigue fracture 


A. Design 

The truck mounted hydraulic crane, shown in Fig. 1, is a multipurpose vehicle used in the construction industry. The 
vehicle, for this discussion, consists of a carrier which is non-rotating and a crane which is able to rotate freely. Between 
the rotating and non-rotating structures is a horizontal thrust bearing that has one race attached to each of the two 
structures. The outside race of the bearing is driven by a pinion gear, and it is through this mechanism that the crane body 
rotates about a vertical axis. 




Fig. 1 Truck Mounted Crane. 

There are generally two mechanisms available to firmly attach the race to its particular structure. These are welding the 
races or attaching them by the use of mechanical fasteners such as bolts. In this instance, the outer race was bolted to the 
carrier, and the inner race was welded to the turntable. The inner race of this bearing is shown in Fig. 2. The thickness of 


the bearing is -tinch. The manufacturer chose to weld this race to the carrier in a single pass. 



Fig. 2 Inner Race Fracture Area. 


B. Accident Description 


After several years of service, the crane was being used to move material, and the attachment weld between the bearing 
inner race and the turntable failed. As a result of this failure the rotating portion of the crane was no longer attached to the 
carrier. The rotating structure containing both the boom and the operator’s compartment fell seriously injuring the 
operator. 









C. Failure Mechanism 


Examination of the fracture surface indicated that the weld failure occurred in the area adjacent to the heat affected zone. 
This is shown in Fig. 3. Engineers who examined the failure disagreed amongst themselves regarding the rationale 
underlying the failure. The three mechanisms forwarded by the various investigators were; poor welding which allowed 
the initiation of fatigue cracks after prolonged usage, improper welding techniques which led to lamellar tearing, or 
failure due to overload resulting from misuse of the crane. Fig. 4, shows the fracture face which one investigator 
described as indicative of fatigue failure. Fig. 3, shows cracking in an area that is just at or below the heat affected zone 
which one investigator used as evidence of lamellar tearing. Finally, Figs. 5, 6, 7, 8, show examples of deformation on the 
crane itself which may be taken as indications of misuse. Fig. 5, shows the area where the lift cylinders for the boom are 
located. Deformation may be noted in this area. Fig. 6, shows the plate upon which the rotating structure rests, and 
deformation is again noted. Fig. 7, shows examples of cracks in gusset locations on the crane, while Fig. 8, shows buckled 
or bent booms. 



Fig. 3 Failure at Weld. 



Fig. 4 Fatigue Failure. 



Fig. 6 Deformation of Carrier. 
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Fig. 7 Typical Cracks in Carrier. 




Fig. 8 Boom Deformation. 

These mechanisms are different enough from one another to cause one to question their relationship to this failure. For 
this reason, additional facts need to be discussed. When a bearing of this type is loaded (note that the inner race which 
was attached to the superstructure was the failed member), one area on the ring is always loaded in tension and another 
area is always loaded in compression. Furthermore, it should be noted that if a fatigue failure initiates and propagates, 
unloading the crane will cause the failed surfaces to bear together. This effectively eliminates any observation of 
striations. One may, however, find coarser representations of fatigue such as beach marks or arrest lines. 

After the failure has occurred, and the crane components removed for examination, it was noted that the fracture zone 
where there was the greatest tension was heavily oxidized. As one approached the neutral axis, the oxidation level 
decreased. In the zone where the bearing would have been in compression, there was a clean surface indicating recent 
fracture. Finally, there were areas where the weld did not meet AWS specifications for convexity or concavity. These 
areas may be sufficiently weak to allow fatigue cracks to initiate. 

The investigator who opined that the misuse and abuse of the crane was the mechanism underlying failure noted the areas 
of distress on the crane. These included the buckled boom sections, the heavy brinelling, deformation of the base plate, 
and cracking. Analysis indicated that loads required to cause these deformations were sufficient to cause failures in the 
weld section. 

D. Alternative Designs 

The crane can be redesigned in a manner that may reduce the likelihood of this accident. These changes would include 
material selection and detail design. These include; the use of bolts in lieu of welding, a welding schedule that reduces the 
propensity of lamellar tearing, and finally the use of an alloy that precludes lamellar tearing. Flowever, if abuse of the 
crane were the primary factor in failure causation, none of these techniques would have been useful in preventing the 
deterioration of the machine to an extent that would have rendered the failure improbable. 

Conclusion 

What may a company do to minimize the number of accidents and lessen the number of lawsuits? A company can do the 
following: 

1. Pay careful attention to detail design, 

2. Conduct a thorough design analysis, stress analysis, fatigue and fracture analysis, vibration analysis, etc., 

3. Conduct appropriate tests, 

4. Conduct a safety analysis, including reasonably foreseeable use and misuse of equipment, 

5. Be aware of and take full account of applicable codes and standards, 

6. Prepare users and maintenance manuals carefully, and in detail, and 

7. Warn against hazards as appropriate. 
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Fracture of a Steering Damper 

Fulmer Research Institute Ltd. 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The piston rod of a steering damper on a single decker bus fractured after 100,000 miles service, in the fully-extended 
left full-lock position. The steering damper, which is similar in shape and operation to a telescopic shock absorber, was secured by 
ball joints locked with slotted nuts. The steel piston rod fractured at the axle end leaving approximately 5 mm of rod welded to a 
securing ferrule. The failure was caused by a fatigue mechanism. Small surface cracks formed during welding in the heat affected 
zone close to an unradiused shoulder in the piston. Under alternating stresses in normal service these cracks propagated through the 
piston rod made less tough by the extended weld heat affected zone. 

Keywords: Heat affected zone; Piston rods; Resistance welding; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Fatigue fracture 


The piston rod of a steering damper on a single decker bus fractured, after 100,000 miles service, in the fully extended left 
full-lock position. The steering damper, which is similar in shape and operation to a telescopic shock absorber, is secured 
by ball joints locked with slotted nuts. The steel piston rod fractured at the axle end leaving approximately 5 mm of rod 
welded to a securing ferrule. An exploded view of the failed damper is shown in Fig. 1. 

A ft. 





Fig. 1 Exploded view of the failed damper. 

Inspection of a new damper on the vehicle from which the fractured one had been removed showed that the damper did 
not vibrate nor move under low and high engine revving in neutral gear. It was found that in the left full lock position the 
damper cannot over-extend to give an impact blow since a wheel stop is encountered by the steering arm 10 mm before 
the damper’s piston becomes fully extended. 

The fracture surface of the ferrule end of the piston (see Fig. 2) was mainly flat apart from a raised lip, approximately 1 
mm high, the top of which coincided with a right angled shoulder machined around the rod to locate the end dust cap. 
Beach markings, typical of fatigue, were present on one half of the fiat fracture area indicating that a crack started at the 
surface position arrowed “B” in Fig. 2. 



Fig. 2 Fracture surface of the ferrule end of the piston. A crack started at the surface position arrowed "B". 

A ring of cratered metal was present around the base of the piston shown in the foreground of the figure. This extruded 
weld metal formed during resistance welding between the securing ferrule and piston rod. 

Longitudinal sections for metallographic examination were taken through both halves of the fracture and a similar section 
was taken through a used unbroken damper to include the ferrule, dust cap and piston rod. 

Several cracks were found in the piston from the failed damper near to the weld. Figures 3 and 4 illustrate two sides of the 
piston half of the fracture; on one side (Fig. 3) are shown cracks running into the piston from the shoulder line and just 
above the unradiused shoulder towards the weld. The other side (Fig. 4) shows that the fracture path runs into the piston 
in the same area as the shoulder line. Figure 5 illustrates part of the ferrule half of the fracture showing the fractured lip 
and cracks just below it. 


Fig. 3 Piston half of fracture showing cracks running into piston from shoulder line. 20 x 



Fracture Surface. 



Fig. 4 Piston half of fracture — other side to Fig. 3. Fracture paths run into piston from shoulder line. 20 x 




Fig. 5 Ferrule half of fracture showing fractured lip and cracks. 20 x 



No cracks were found in the unbroken pistons and the weld (see Fig. 6) between the ferrule, end cap and piston was 
satisfactory. The heat affected zone (H. A. Z.) did not extend to the unradiused shoulder of the piston. Figures 7 and 8 
show that this is not the case for the broken damper and that all cracks are in the hardened heat affected zone. Figure 9 
shows the ferrite/martensite microstructure in H. A. Z. near the fracture surface. This structure has a hardness of 425 HV 
whereas a significantly lower reading of 250 HV was obtained from a comparable position of the unbroken piston where 
the structure (see Fig. 10) was ferrite and unresolvable pearlite. 


Fig. 6 Weld area of an unbroken piston — note that the H.A.Z. does not extend to shoulders and no cracks are 
present. 5 x 




Fig. 7 Ferrule end of fractured piston showing fracture across H.A.Z. 5 x 


Fracture Surface 



Fig. 8 As Fig. 7. but piston end showing H.A.Z. in line with shoulder. 5 x 






Fig. 9 Ferrite/martensite microstructure near fracture surface in H.A.Z. 1000 x 



Fig. 10 Unbroken piston showing ferrite/pearlite structure at comparable position to Fig. 9. 1000 x 

The difference in hardness between the two dampers can be seen from the different size of the hardness impressions in 

Figs. 6. 7 and 8. 

The structure of both pistons well way from the FI.A.Z's were typical of normalised steels; the carbon contents were 
0.37% and 0.34% for the unbroken and broken pistons respectively. 

The most striking features revealed by metallographic investigation are the presence of cracks in the FI.A.Z. and the depth 
of the FI.A.Z. which reached the unradiused shoulder of the fractured piston. Both these features contributed towards 
failure. The FI.A.Z. of the cracked piston is significantly larger than that of the uncracked piston which fell short of the 
shoulder line. These differences are due to a higher welding temperature and possibly a longer welding lime for the 
broken piston. 

Summary 

The failure was caused by a fatigue mechanism. Small surface cracks formed during welding in the heat affected zone 
close to an unradiused shoulder in the piston. Under alternating stresses in normal service these cracks propagated 
through the piston rod made less tough by the extended weld heat affected zone. 
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Broken Rear Wheel Suspension 


Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A suspension bushing separated from the disk on the rear wheel suspension of a racing vehicle while under operation on 
an express highway, causing the wheel to detach from the car. Visual inspection showed fresh turning grooves at four built-up fillet 
welds on the torus of the outside of the disk. The welding heat and rapid cooling caused the base material of the disk - already with 
a martensitic structure -- to harden throughout the torus, both of which caused cracking in the inner and outer fillets at the 
transition from bushing to disk. Visual inspection of the other rear wheel showed similar stress cracks in the hardened base material 
of the transition region as well as the same four welds. Rough finishing and the sharp-edged formation of the cross section transition 
may have also contributed to the failure. The results of the investigation suggested that machine shops neither execute nor permit 
repair-welds on highly stressed machine parts and especially vehicle components. 

Keywords: Automotive wheels; Bushings 

Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Fatigue fracture 


One of the rear wheels spun off a sports car of the racing type during a run on the express highway. An investigation 
revealed that the suspension bushing had broken out of the disk (Fig. 1). The circular rupture was initiated by several 
fatigue fractures which originated partly at the inner and partly at the outer fillet at the transition from bushing to disk 
(Fig. 2). Both changes in cross section were roughly finished (Fig. 3); apparently the exterior one was even of sharply- 
edged formation. At the torus on the outside, fresh turning grooves were present at four locations, pairs of which were 
situated opposite to one another (Figs. 2 and 4). A longitudinal section (a of Fig. 2) showed that at these locations a weld 
had been built up (Fig. 5). 



Fig. 1 Rear wheel suspension with fracture. 0.6 x 




Fig. 4 Turning grooves and built-up weld in the outer torus. 5 x 










Fig. 5 Longitudinal section a of Fig. 2 with built-up weld and contiguous hardened region. Etch: picral. 3 x 
The welding heat and rapid cooling caused the base material below to harden throughout the torus. The light region has a 
completely martensitic structure (Fig. 6), and is indeed already permeated with hardness cracks (Fig. 7). The welding 
material has transformed in the intermediary stage (Fig. 8). The original condition of the torus is included in section b of 


Fig. 2 and is shown in Fig. 9. The normal heat heated structure is reproduced in Fig. 10. 



mmb* 



Fig. 6 Structure in longitudinal section a, etch: picral. 500 x. Hardened region. 





Fig. 7 Longitudinal section a with built-up weld (left) and hardened region with hardness crack, etch: picral, 50 


Fig. 8 Structure in longitudinal section a, etch: picral. 500 x Weld material 




Fig. 9 Longitudinal section b of Fig. 2 with unaltered structure, etch: picral. 3 x 


mm 


Fig. 10 Structure in longitudinal section a, etch: picral. 500 x Core region. 

On the basis of this finding the other rear wheel suspension was disassembled and examined as well. No exterior cracks 
were noted but it also showed four welded regions on the torus, located at 900 intervals from one another (Figs. 11 and 
12). Sections through these locations already showed stress cracks in the hardened base material of the transition region 
(Figs. 13 and 14). 




Fig. 12 Weld location on torus, 5 x 





Fig. 13 Sections through weld locations on torus, etch: picral. 9 x 





The fracture of the one rear wheel suspension has therefore been caused by welding stresses and hardness cracks due to 
built-up welds on the torus on the outside of the disk. The rough finish and the sharp-edged formation of the cross section 
transition may have contributed to the failure. The suspension of the other rear wheel showed the same characteristics; 
sooner or later it would also have failed. 

This event very clearly demonstrates the lack of responsibility on part of machine shops that execute or permit repair- 
welds on highly stressed machine parts and especially vehicle components. 
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Examination of Corroded Boiler Tubes 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A backwell tube situated in the combustion chamber of a 100-atm. boiler, which had been in service for many years, 
failed. The temperature of the saturated steam was about 300 deg C. Two pipe sections with attacked areas in the circumferential 
welding joint were examined for cause of failure. First section showed strong pit- or trench-like attack in the welding seam on the 
inner surface. A bluish-black corrosion product adhered to the pits. The second section showed small blisters at the welding seam. 
The metallographic examination of the first section showed welding seam was strongly reduced in bulk from the inside and covered 
with a thick crumbling layer of magnetic iron oxide (Fe304). This was a corrosion product resulting from the operation of the boiler. 
In addition, it was decarburized from the inside, and interspersed with grain boundary cracks. This form of attack is typical for the 
decarburization of steel by high-pressure hydrogen. Flence, the defects in the pipe sections were the result of scaling during the 
operation of the steam boiler. It was recommended to avoid unnecessary overheating during the welding of materials for high- 
pressure steam boiler operations. 

Keywords: Boiler tubes; Overheating; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Flydrogen damage and embrittlement 


Two pipe sections with attacked areas in the circumferential welding joint were received for examination. The sections 

ili- 

originated from a backwell tube situated in the combustion chamber of a 100-atm. boiler, which had been in service 2 
years. The temperature of the saturated steam was about 300° C. It is possible that the tube temperature reached 400° C. 
This investigation was to reveal whether the attacked areas can be attributed to corrosion phenomena or whether we are 
dealing with welding burns. 

One of the sections, henceforth designated No. 1, was severed longitudinally and cut transversely in the plane of the seam. 
This specimen shows strong pit- or trench-like attack in the welding seam on the inner surface. A bluish-black corrosion 
product adhered to the pits which was in clear contrast with the red coating on the rest of the inner surface. The other pipe 
section (No. 2) also contained a circumferential welding joint. The cross-sectional cut was situated approx. 10 mm from 
the bead. After the section was cut longitudinally, the welding seam, in contrast to the first specimen, did not show clearly 
discernible attacked areas but only single smaller blisters whose nature could not be established externally. The welding 
material had in places penetrated to the interior and formed a burr on the inner surface of the tube. 

For the puipose of metallographic examination of the first section, the available transverse section through the plane of 
the welding seam was prepared. In addition, three longitudinal sections through locations of different intensifies of attack 
were made. Only one longitudinal section of the second pipe section was investigated. 

Figures 1 and 2 show slightly magnified longitudinal and transverse sections through the region of deepest corrosion 
penetration of the strongly-attacked pipe section. The welding seam is strongly reduced in bulk from the inside and 
covered with a thick crumbling layer of magnetic iron oxide (Fe 3 0 4 ) — see Fig. 3. The oxide layer is much thicker than 
the external layer of scale. This fact alone led to the conclusion that we were not dealing with welding scale but with a 
coiTosion product resulting from the operation of the boiler. The region next to the seam, which was overheated during 
welding, had also been attacked. The attack ends fairly precisely where the normal grain size of the pipe material begins 
again. The weld seam was very coarse-grained (Fig. 3), and also the transition zone was strongly overheated and in places 



the grain boundaries were oxidized due to burning (Fig. 4). In addition, it was decarburized from the inside, and 
interspersed with grain boundary cracks (Fig. 5). This form of attack is typical for the decarburization of steel by high- 
pressure hydrogen 1. The intensity of attack decreased with distance from the weld seam in the longitudinal section, and 
similarly, with distance from the region of pit formation in the transverse section (Figs. 6, 7, 8). Right next to the seam, 
the pipe material was completely decarburized and the crack-edges were oxidized (Fig. 5). In this region the attack 
encompassed almost the total wall thickness. Further away from the corrosion pit, the depth and intensity of 
decarburization as well as the number and width of cracks decreased; likewise the grain size also becomes smaller. The 
attack finally only becomes discernible by a small widening of the grain boundaries and the fissured grain boundaries can 
only be distinguished from normal grain boundaries in the unetched condition or after a slight etch with picric acid in 
alcohol. 



Fig. 1 Specimen 1, Longitudianl section, etch: picral. 2 x (top: outside, bottom: inside, right: weld). 



Fig. 2 Transverse section A—B see Fig. 1, etch: picral. 2 x 



Fig. 3 Structure at inside boundary of weld seam (Location a in Fig. 1), etch: picral. 100 x 














Fig. 6 Structure in the interior part of the pipe wall with increasing distance from the location of corrosion 
pitting. 200 x 



Fig. 7 Structure in the interior part of the pipe wall with increasing distance from the location of corrosion 
pitting. 200 x 
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Fig. 8 Structure in the interior part of the pipe wall with increasing distance from the location of corrosion 
pitting. 200 x 

Figure 9 reproduces the longitudinal section through the less strongly attacked pipe section 2. The welding material which 
had penetrated to the inside of the pipe, was strongly interspersed with blisters and coarse roundish oxide inclusions. 
Nevertheless, attack by scaling was not detectable macroscopically neither in the weld seam nor right next to it. Only at 
some distance from the seam has a small corrosion pit been cut (location a in Fig. 9). Flere the surface was covered with a 
thick layer of scale, and the structure under this layer clearly showed the signs of hydrogen attack (Fig. 10), which at this 

2 

location had already encompassed approximately 3of the wall thickness. Towards the weld seam beyond the corrosion 
pitting, the intensity and depth of attack decreased suddenly. On the other side of the weld seam no attack was visible 
even in close proximity of the weld. It is noteworthy that also the grain size was smaller on this side than on the other. On 
the whole, this weld seam was appreciably finer-grained in its interior paid than the one examined first; this is also true for 
the bordering regions of the pipe material. This weld was probably placed in two passes and the grain size of the inner 
layer was changed during the deposition of the second bead. 




Fig. 9 Specimen 2, longitudinal section, etch: picral. Overall view. 2 x 



Fig. 10 Specimen 2, longitudinal section, etch: picral. Structure in region of corrosion pit a in Fig. 9. 200 x 
According to this finding it is certain that the defects in the pipe sections are the result of scaling during the operation of 
the steam boiler and cannot be attributed to burning during the welding process. The following series of events appears to 
have occurred: At first, magnetic iron oxide and hydrogen were formed in accordance with the equilibrium reaction 
according to Chaudron: 


3 Fe + 4 H 2 0 = Fe 3 0 4 + 8 H 



The reason why the weld Joints and the region surrounding them were preferentially attacked by the reaction products 
may be one of the following: The leafy scale formed during the welding operation prevented the development of a firmly 
adherent protective coating. Another possibility is that such a coating did develop and may subsequently have been 
destroyed by the turbulence formed at the protruding ridges of the weld joint. The precisely defined pit-like shape of the 
attacked areas indicates localized damage to the protective layer. The penetration of oxygen at the grain boundaries may 
have been facilitated by the manifestations of burning in the adjacent overheated region. The hydrogen resulting from the 
decomposition of steam then diffused into the steel, decarburizing it with the formation of methane and causing the crack 
formation at the grain boundaries. Fresh surfaces for attack by scaling reaction were created in the interior of the structure 
as a result of the loosening of the structure (see Fig. 5). A structure loosened in this manner should also have a diminished 
erosion resistance The original scaling process may in this way have been accelerated by hydrogen attack and mechanical 
removal of material. 

This investigation has shown tile following: It is more important than usual to avoid unnecessary overheating or unduly 
long procedures during the welding of materials for high-pressure steam boiler operations. Care has to be taken that no 
ridges or burrs form which might interfere with the development of laminar flow and a dense layer of scale. If possible, 
the weld seams and adjoining regions should be normalized. 
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Stress Corrosion Cracking of Welded Butt Joints in Piping Handling Caustic 
Soda 

From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 

Abstract: The onset of leakage adjacent to two butt welds in a 2 in. bore pipe was traced to the development of fine cracks. The 
pipe carried 40% sodium hydroxide solution, the actual temperature was not known, but the pipeline was steam traced at a pressure 
of 30 psi, equivalent to a temperature of 130 deg C (266 deg F). Magnetic crack detection revealed circumferential crack-like 
indications situated a short distance from the butt weld. Cracking originated on the bore surfaces of the tube and was of an 
intergranular nature reminiscent of caustic cracking in steam boilers. The strength of the solution of caustic soda and possibly the 
temperature also were in the range known to produce stress corrosion cracking of mild steels in the presence of stresses of sufficient 
magnitude. In this instance the location of the cracking suggested that residual stresses from welding, which approach yield point 
magnitude, were responsible. As all other welds were suspect, the remedy was to remove the joints and to reweld followed by local 
stress relief. 

Keywords: Butt welds; Caustic soda; Corrosion environments; Pipes; Residual stress; Sodium hydroxide; Stress relieving 
Material: Welded steel (Steel, general) 

Failure types: Intergranular fracture; Stress-corrosion cracking 


The onset of leakage adjacent to two butt welds in a 2 in. bore pipe was traced to the development of fine cracks. The pipe 
carried 40% sodium hydroxide solution, the actual temperature was not known, but the pipeline was steam traced at a 
pressure of 30 psi, equivalent to a temperature of 130°C. 

Examination of the bore surfaces with a magnetic crack detector revealed circumferential crack-like indications situated a 
short distance from the butt weld, as depicted in Fig. 1. Sections taken through the joints for microscopical examination 
indicated cracking of the form shown in Fig. 2; major cracks being evident principally on one side of the joints, with 
minor cracks on the other side. The cracking originated on the bore surfaces of the tube and was of an intergranuiar nature 
reminiscent of caustic cracking in steam boilers, a typical example is seen in Fig. 3. 




Fig. 2 Macro section showing cracking from bore surface. (x5) 
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Fig. 3 Showing intergranular cracking. (xlOO) 

The strength of the solution of caustic soda and possibly the temperature also were in the range known to produce stress 
corrosion cracking of mild steels in the presence of stresses of sufficient magnitude. In this instance the location of the 
cracking suggested that residual stresses from welding, which approach yield point magnitude, were responsible. As all 
other welds in the linie were suspect the remedy was to remove the joints and to reweld followed by local stress relief. 
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Cracking of a Steam Pipe Flange 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: The bottom flange of a vertical pipe coupled to an isolating valve in a steam supply line to a turbine failed. Steam 
pressure was 1,500 psi and the temperature 416 deg C (780 deg F). Multiple cracking occurred in the bore of the flange. A 
quartersegment was cut out and examined. The cracks were located in the part of the flange that formed a continuation of the pipe 
bore. The majority of them originated at the end of the flange bore and extended axially along the pipe and radially across the 
flange face. Magnetic crack detection revealed a further number of cracks in the weld deposit. While the fracture in the weld metal 
was of the ductile type exhibiting a fine fibrous appearance, that in the flange material was of the cleavage type. Microscopic 
examination revealed that the cracks were blunt-ended fissures of the type characteristic of corrosion-fatigue. It was concluded that 
cracking was due to corrosion-fatigue, which arose from the combined effect of a fluctuating tensile stress in the presence of a mildly 
corrosive environment. 

Keywords: Corrosion environments; Magnetic particle testing; Optical microscopy; Steam pipes; Tensile stress; Weld metal 


Material: Welded steel (Steel, general) 

Failure types: Joining-related failures; Mixed-mode fracture; Corrosion fatigue 


The part concerned was the bottom flange of a vertical pipe coupled to an isolating valve in a steam supply line to a 
turbine, the steam pressure being 1,500 lb. per sq. in. and the temperature 780° F. Multiple cracking occurred in the bore 
of the flange and with a view to ascertaining the cause a quartersegment was cut out and submitted for examination. 




3 13 3 

The pipe diameter was 4x4 in. internally and 5x16 in. externally, the overall diameter of the flange 13x4 in. and its 

3 

thickness 2x4. It was coupled to the flange of the isolating valve (in which, incidentally, no cracking occurred) by eight 

3 

lxS in. diameter bolts located on a pitch circle of 10 in. diameter. The flange was affixed to the pipe end by welding, and 

for this puipose it had been bored to within 2in. of the joint face to form a recess into which the pipe end was inserted and 
then anchored by means of an internal circumferential weld. The mode of construction and the disposition of some of the 
cracks are shown in Fig. 1. 



Fig. 1 

The cracks were located in the part of the flange that formed a continuation of the pipe bore. The majority of them 
appeared to have originated at the end of the flange bore and extended axially along the pipe and radially across the flange 
face. Other axial cracks were also present in the bore of the flange and, while these did not run to the flange face, some 
extended into the weld deposit. It was understood that the whole of the flange bore was cracked in the same manner as the 
sample submitted. 

Examination with the aid of a magnetic crack detector revealed a further number of cracks in the weld deposit, the 
location of these being indicated by the arrows in Fig. 1. It will be noted that the majority originated at grooves in the 
weld metal, the grooves having apparently acted as stress-raisers. In order to ascertain the depth to which these had 
developed a cut was made in the plane of the weld at its mid-width and the surface etched. The cracks extended for only a 
short distance as can be seen in Fig. 2, and it will also be observed that they were appreciably wider at their origins than at 
their apices, indicative of some corrosion having occurred. 



Fig. 2 

A strip cut from the face of the flange tangential to the bore was bent so as to open tip the cracks at the bore. This 
revealed that some of those in the weld metal were not related to those in the region of the flange face, as indicated in Fig. 
3, which is a view of one of the fracture surfaces produced in the foregoing manner. This illustration also shows the 
presence of successive zones of development of the crack in the weld, this feature being visible to a lesser degree in the 
case of the adjacent crack advancing from the flange portion. It will be noted that while the fracture in the weld metal is 
of the ductile type exhibiting a fine fibrous appearance, that in the flange material is of the cleavage type. 



Fig. 3 

A specimen cut from the flange face, parallel to the joint face and including several of the cracks, was prepared for 
microscopical examination. This revealed that the cracks were blunt-ended fissures of the type characteristic of corrosion- 
fatigue, a typical example being shown in Fig. 4. Similar examination of another specimen, cut so as to include the 
junction of the weld with the flange, indicated that the joint had not been stress-relieved after welding and also showed 




1 

that the zone of thermal disturbance arising from the welding operation extended only about Sin. from the side of the 
weld. The Brinell hardness of the weld and flange material was measured on a section cut transverse to the weld, the 
values obtained in the “as received” condition being 156 and 163 respectively. The specimen was then heated to a 
temperature of 650° C. for half an hour, when further measurements showed the hardness of the weld metal to have fallen 
to 143, that of the flange material remaining unchanged. This test therefore confirmed the microscopical indications as 
regards absence of stress-relieving. 



Fig. 4 x 50 

It was clear from the result of the examination that the cracking was due to corrosion-fatigue, which arises from the 
combined effect of a fluctuating tensile stress in the presence of a mildly corrosive environment. In all probability the 
cracking developed in the following manner: 

In the absence of a stress-relieving heat treatment after welding, residual stresses would be present in the region of the 
welded zone. Contraction of the welded zone after completion of the weld would result in the development of a 
circumferential tensile stress in the bore of the weld and flange material and, as corrosion-fatigue fissures tend to develop 
transversely to the direction of the maximum tensile stress that contributes to their formation, it is to be expected that they 
would be orientated longitudinally as was the case in this instance. The residual stress itself, however, would be static and 
incapable of producing corrosion-fatigue fissures but under certain conditions of operation it would fluctuate. The pipe 
extended vertically above the affected flange for a distance of about 8 ft. and then ran horizontally for approximately 50 
ft. before joining the main steam range. The isolating valve situated immediately below the affected flange was closed 
periodically for about a fortnight at a time, leaving the pipe open to the range, and there was a drain connected to the 
upper part of the body of this valve for the purpose of discharging condensate via a steam trap. Any condensate that 
accumulated in the horizontal part of the pipe would tend to be carried forward into the vertical paid by the flow of steam 
that would take place periodically following opening of the trap, resulting in the affected flange being “drowned” until the 
accumulation was discharged. Such influxes of condensate would produce slight changes in the temperature of the bore of 
the flange, thus superimposing a fluctuating component on the residual stress; in addition, the condensate would wet the 
affected zone, so that the requisite conditions for the development of corrosion-fatigue failure would be present. It is 
significant that the flange of the attached valve, which would also be “drowned” following an influx of condensate, did 
not suffer from corrosion-fatigue and it would appear that the reason for this was the absence of any appreciable residual 
tensile stress in it. 

This case illustrates the importance of stress-relieving fabricated parts after welding. It also serves to show the desirability 
of preventing comparatively rigid part at high temperature from being wetted intermittently by condensate. 
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Failure of Steam Pipe at Local Defects 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: During a hydraulic test on one of the boilers in a range, leakage occurred from the lower surface of a horizontal S bend in 
the main steam pipe between the drum connector box and the junction valve. The pipe in question was 15 in. bore and had been in 
service for about 50 years. Specimens were prepared for microscopical examination to include the defective zone and a section 
through a circumferential crack. The defective zone was found to contain numerous inclusions of slag and oxides of globular form. 
Regions surrounding the inclusions were decarburised, the indications being that this region of the plate had been heated to an 
excessively high temperature. A corrosion-fatigue fissure was at one location, this having originated at the internal surface of the 
pipe and run into an inclusion in the defective zone. The failure resulted from the development of corrosion-fatigue fissures which 
originated at a zone containing defects introduced at the time of manufacture. These may have had their origin in the ingot from 
which the plate was rolled or, alternatively, be indicative of a zone which suffered overheating and local burning at the time the 
forge weld was made. 

Keywords: Boilers; Leakage; Nonmetallic inclusions; Oxides; Slags 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Fatigue fracture; Corrosion fatigue 


During a hydraulic test on one of the boilers in a range, leakage occurred from the lower surface of a horizontal “S” bend 
in the main steam pipe between the drum connector box and the junction valve. The pipe in question was 15 in. bore with 

a wall thickness of 2in. and had been in service for about 50 years. Subsequent internal inspection revealed the presence 

of a circumferential crack, lxS in. long, which had opened to about 32, in. at its mid-length and another, parallel to it, 
located about 1 in. away, which had gaped only slightly. 

A sample, which included the cracked zone, was received for examination. Prior to receipt, however, two circumferential 
5 3 

strips, Sin. and Sin. wide, had been cut from the sample; one edge of the wide ship represented a section through the 
crack at which leakage had occurred, while the narrow strip had been sectioned transversely through the other crack. A 
view of the bore surface of the sample, with the various pieces placed in their correct, relative positions, is shown in 
Figure 1. In the region of the cracks, the surface of the pipe had been ground prior to receipt, and it will be noted that 
there are indications of other defects in the same vicinity. Adjacent to the top, left-hand corner in the illustration, 
exfoliation, suggestive of the presence of a lap weld, is to be seen. 
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Fig. 1 Defects on Internal Surface of Steam Pipe. (x2). 
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One edge of the Sin. wide strip was macro-etched and is depicted in Figure 2; the defective zone in the pipe wall 
coincided with the location where the cracks were situated. The weld is also visible. 



ll 

Fig. 2 Section Through Defect Also Revealing Lap Weld, (x 4 ). 


Specimens were prepared for microscopical examination to include the defective zone shown in Figure 2 and a section 
through the circumferential crack seen at the right-hand side of Figure 1. The defective zone was found to contain 
numerous inclusions of slag and oxides of globular form. The regions surrounding the inclusions were decarburised, the 
indications being that this region of the plate had been heated to an excessively high temperature. A corrosion-fatigue 
fissure was at one location, this having originated at the internal surface of the pipe and run into an inclusion in the 
defective zone, as depicted in Figure 3. The specimen representing the section through the crack revealed a similarly 
defective zone extending from the internal surface to about half-way through the wall. From the extremity of this zone, a 
coiTosion-fatigue fissure had developed and this bad extended through to the external surface; the start of this fissure is 
shown in Figure 4, and it will be observed that the slag inclusion is surrounded by a decarburised zone containing 
globular oxides of the same form as was found in the other specimen examined. 



Fig. 3 (x50). 



« 



Fig. 4 Corrosion Fatigue Fissures Associated with Defective Zones. (x50). 

The failure resulted from the development of corrosion-fatigue fissures which originated at a zone containing defects 
introduced at the time of manufacture. These may have had their origin in the ingot from which the plate was rolled or, 
alternatively, be indicative of a zone which suffered overheating and local burning at the time the forge weld was made. 
The circumferential disposition of the crack indicated that the stresses responsible for the fatigue cracking were of a 
bending nature and most probably had their origin in movement of the “S” bend in service. In view of the extent of the 
defects, the long life given by the pipe is somewhat surprising. It is evident also that the hydraulic test served to bring to 
light a latent defect which would otherwise have necessitated shut-down of the plant shortly after it had been returned to 
service. 
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Fatigue Cracking of Welded Structures Under Dynamic Loading 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Two examples concerning fabricated mild steel rotor spiders which failed due to lack of torsional rigidity, probably 
supplemented by the presence of high internal stress, are described. The machine concerned in the first case was a 3,000 hp three- 
phase slip-ring motor. In the second case the machine was a 200 kW alternator, direct-driven by a Diesel engine running at 750 
rpm. Both the foregoing failures reveal the same basic weakness, i.e., insufficient rigidity when subjected to variations or reversals 
of torque. In the first case the bars welded to the arms were inadequately supported in a lateral direction, so that excessive stresses 
of a fluctuating nature were set up in the welds as a result of the frequent load changes that arose in service. This weakness was 
eliminated when designing the replacement spider. In the second example failure also arose as a result of deficient torsional rigidity 
with the consequent development of excessive stresses in the welds at the junctions of the bars with the sleeve, the torque being of 
a fluctuating character due to the impulses imparted by the engine. 



Keywords: Dynamics; Electric motors; Loads (forces); Motor rotors; Weldments 


Material: Welded steel (Steel, general) 

Failure types: Joining-related failures; Fatigue fracture 


The facility with which complicated structures can be fabricated from mild steel by employing gas-cutting and welding 
has resulted in this method of construction being used to an increasing extent in place of iron castings. The method 
undoubtedly offers many advantages but is by no means free from disadvantages, one of the most serious being 
inadequate rigidity if the structure is not properly designed and fabricated. A casting is, or should be, a homogeneous 
entity, each part forming a continuation of another, and such a structure is therefore inherently rigid. In the case of a 
fabricated structure, however, of a form possibly based on that of a casting previously used successfully for the particular 
purpose, the scantlings are frequently made considerably lighter because the tensile strength of mild steel is superior to 
that of cast-iron and higher stresses are therefore permissible. The rigidity suffers in consequence, a contributory cause in 
some cases being that the welds are of insufficient cross-section and do not extend through the full plate thickness. In 
many instances these factors decrease the rigidity to an extent that is more than sufficient to offset the higher modulus of 
rigidity of the wrought compared with that of the cast material. It cannot be emphasised too strongly that a fabricated 
structure requires to be designed as such and to produce it simply as a lightened version of a casting that has given 
satisfactory service is most undesirable. Adequate rigidity is particularly important where alignment under load must be 
maintained, e.g., in the case of engine crankcases, and it is significant that some manufacturers of internal combustion 
engines, heavy gear boxes and similar plant have reverted to the use of cast-iron after a period of trial and experiment 
with fabricated structures. Another feature favourable to the casting is the higher intrinsic damping, capacity of the 
material. 

Fabricated structures that are subjected to dynamic loading conditions in service are particularly liable to develop fatigue 
cracks where stresses are high, especially if they have not been adequately heat-treated after welding to remove internal 
stresses or if some subsequent modification involve welding has been carried out without a second stress-relieving 
treatment. The Company has encountered a number of cases of fatigue cracking of such welded structures, the following 
two examples concerning fabricated rotor spiders which failed due to lack of torsional rigidity, probably supplemented by 
the presence of high internal stress: 

• I.—The machine concerned in the first case was a 3,000 hp three-phase slip-ring motor, 11,000 volts, 745/592 
lpm. It drove two 1,615 kW, 420 volt, D.C. generators with a 25-ton flywheel inteiposed between them, 
supplying power to a 4,000 hp 840 volt 43/90 rpm, D.C. motor driving a rolling mill at a steel works. The 
machine had been in almost continuous operation for seven years, the first indication of impending trouble being 
the onset of severe vibration in the A.C. motor. Examination showed that a number of welds in the fabricated 
rotor spider of this motor had cracked and it was therefore returned to the makers for repair. 

The construction of the spider was broadly as follows : 


The core carrying the windings, which was 37 inches overall diameter, was supported on eight longitudinal bars 
welded to the ends of radial arms, the latter being welded to a sleeve forming the hub which was keyed to the 
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shaft. Each of the two sets of radial arms had been flame-cut from mild steel plate 2in. thick, the ends of the 
arms being slotted to receive the longitudinal bars. The latter, also of mild steel, were of rectangular section 11 in. 
2 - 

x - 2in., anchored in the slots by fillet welding. Rings of light section were welded to the ends of the bars, which 
projected a short distance beyond the point of attachment to the arms to facilitate supporting the windings. 


At the driving end of the spider five of the welds at the bar-arm junctions were found to have cracked, 
accompanied in three cases by cracking of the welds to the end rings. In addition, there was evidence of 
movement of the tangential keys that were fitted into slots at the ends of the outer faces of the bars for the 
purpose of securing the core laminations in a lateral direction there was also considerable fretting-corrosion of the 
bars where they had been in contact with the core, and indications of relative movement between the spider hub 
and the shaft at this side. At the opposite end of the spider one weld only had failed, this being at the junction of a 
bar with the end ring, and there was no indication of relative movement between the hub and shaft. The face of 
the bolted-type coupling fitted on the end of the shaft showed considerable fretting-corrosion, which was also 
present in the bore where it fitted on to the shaft. All the indications pointed to considerable torsional strain of the 
rotor arising from the severe and rapid changes of load that occurred in service, a contributory factor being the 



behaviour of the “slip” regulator; owing to a defect in this component it operated almost continuously, even with 
the slightest change in load, with the result that resistances in the rotor circuit were frequently cut in and out. 

After a detailed examination of the rotor it was decided that re-welding of the cracked welds was impracticable 
because, owing to the limited accessibility with the core and windings in position, the longitudinal bar welds 
could not be cut out on more than three sides, and to leave part of a cracked weld would have been to invite the 
crack to extend ultimately into the re-welded paid. Furthermore, it was uncertain how many of the apparently 
sound welds had cracked internally. It was also evident that the design of the spider left a great deal to be desired 
and that even if it were repaired a similar failure would be liable to occur after a further period of service. The 
Company therefore gave instructions for the rotor to be completely dismantled so that a new spider of more 
satisfactory design and construction could be fitted. With a view to obtaining some information as to the manner 
in which the welds had failed arrangements were made for two specimens to be cut from the spider, one to 
include a fractured bar-arm weld and the other a similar weld that was apparently free from defects. These 
samples were examined in due course with the following result: 

The sample that included the fractured weld is illustrated in Figure 1. It will be observed that the weld failed due 
to the development of a system of creeping cracks which originated at the weld root and progressed radially 
outwards, extending in some cases into the parent metal as indicated. It will also be noted that the slot for the 

reception of the bar, which was only 2in. deep, had been flame-cut and not subsequently machined. After the 
weld failed, relative movement occurred between the bar and the base of the slot, convexities in the slot being 
reproduced as concavities in the bar, as indicated by “a.” 

The other sample showed no external indication of impending failure and was cut up so as to enable transverse 
sections through various parts of the weld to be examined. The section parallel to the plane of the arm is depicted 
in Figure 2, and it will be observed that no attempt had been made to obtain a fit between the bar and the slot. 
Both the welds at the sides of the bar had cracked, one of which is shown in the illustration. The cracks originated 
at the roots of the welds and microscopical examination showed them to be essentially of the fatigue type, as 
indicated, in Figure 3, there being nothing to suggest that they originated as basal cracks at the time of welding. 
The parts of the welds at right angles to the foregoing were not cracked, and it would appear, therefore, that in the 
case of those welds which had fractured completely the cracking originated at the sides of the bars, as is to be 
expected having regard to the fact that the loading conditions arising in service would tend to rock the bars 
laterally. 

It will be observed from the photograph Figure 2 that the macrostructure of the bar and arm materials is markedly 
different. Microscopical examination showed the arm to have been cut from a plate with a pronounced banded 
structure. The surface depicted in the illustration was cut more-or-less parallel to these bands, which it intersects 
in places, hence the mottled appearance. Both materials were mild steel in the 26-30 tons per sq. in. range and 
microscopical examination did riot bring to light any abnormal features apart from the rather excessive banding in 
the case of the arm. With a view to ascertaining whether any hard zones in the welds had been a contributory 
cause of failure, some hardness measurements were earned out on the specimens that had been used for 
microscopical examination, using a diamond pyramid indenter with a load of 3 kg. In the region of the thermally 
disturbed zone adjacent to the weld the hardness of the bar was found to be 115 but away from this zone it varied 
from 125 to 138, indicating that the bar had probably been could finished, the heat from the welding operation 
having annealed the material in the region of the weld. The hardness of the arm varied from 138 to 148 both 
remote from the weld and in the region of the thermally disturbed zone: close to the crack depicted in Figure 3 it 
was 132. The maximum hardness observed was 172, this being within the columnar zone of the second run. 
These values do not indicate that hard zones had played a paid in the failure. 

II.—In the second case the machine was a 200 kW alternator, direct-driven by a Diesel engine running at 750 
lpm. It was of continental manufacture and was apparently originally a D.C. machine that had been converted to 
an alternator. The rotor spider was of welded construction and comprised a sleeve to which were welded six 
radial aims, in the form of flat plates running longitudinally, to act as supports for the core as depicted in Figure 
4, which shows paid of the rotor after the windings had been removed. It will be noted that the arms were simply 
fillet-welded to the sleeve, there being no form of lateral support provided. After a service life amounting to only 
1,226 hours it was found that the majority of the welds had fractured in the manner shown in Figures 4 and 5, 
necessitating complete rebuilding of the spider and re-winding of the rotor. It is not known whether the spider had 
been stress-relieved after fabrication but the probability is that it had not. 



Both the foregoing failures reveal the same basic weakness, i.e., insufficient rigidity when subjected to variations 
or reversals of torque. In the first case the bars welded to the arms were inadequately supported in a lateral 
direction, so that excessive stresses of a fluctuating nature were set up in the welds as a result of the frequent load 
changes that arose in service. This weakness was eliminated, incidentally, when designing the replacement spider 
by arranging for the bars to be accommodated in the slots in the arms to the extent of about three-quarters of their 
depth, they were made a close fit in the slots and the weld fillets were considerably larger, while the spider was 
stress-relieved after rough-machining. 

In the second example it is clear that failure also arose as a result of deficient torsional rigidity with the 
consequent development of excessive stresses in the welds at the junctions of the bars with the sleeve, the torque 
being of a fluctuating character due to the impulses imparted by the engine. The manner in which the bars were 
attached to the sleeve was inherently weak; they were merely fillet welded at either side in the manner indicated 
in Figure 6 with the result that a discontinuity existed at the centre which was, in effect, a crack. If a bar or plate 
attached in this manner is loaded laterally, as indicated by the large arrow, one side of the discontinuity is 
subjected to a tensile load and the other to a compressive one, as shown by the small arrows, and if the load on 
the bar is variable then the stresses are of a fluctuating character. The discontinuity forms a severe stress-raiser 
and a fatigue crack similar to the one depicted in Figure 3 is very likely to develop from it, which is what 
occurred in the case of the weld seen on the left of Figure 5; the weld on the right side of this figure failed due to 
incomplete fusion at the junctions. Unfortunately, the existence of cracks arising in this way does not become 
apparent until they have extended through to the surface of the weld. The only satisfactory manner in which 
stressraisers of the type referred to can be eliminated is to bevel both sides of the bar as indicated by the dotted 
lines in Figure 6, so that the discontinuity is eliminated. Even if this is done, however, such a structure is still 
likely to be deficient in torsional rigidity and suitable gussets require to be provided between the bars so as to 
afford adequate lateral support. 
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Defective Scarf Welds in Steel Pipes 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 




Abstract: An 850 ft. long steam main working at a pressure of 120 psi ruptured. Two lengths of pipe were submitted for 
examination, one containing the rupture and the other from an unaffected part removed to facilitate repair. The rupture surfaces 
were smooth, suggesting that the failure had taken place either at a weld in the pipe or at a discontinuity in the material. 
Microscopic examination through the joints at the ends of the rupture confirmed that the pipe had been made from strip and the 
edges lap-welded. The second case concerned an 8 in. diameter pipe in which a longitudinal defect was discovered running the 
whole length. Examination of a section through the pipe containing the defect, showed this to be a scarfwelded pipe, only about half 
the section of the scarf having been satisfactorily welded together. It was concluded that both pipes had been defective at the time 
of manufacture and that service conditions had served to extend the defects. 

Keywords: Scarf joints; Steam pipes; Weld defects 


Material: Welded steel (Steel, general) 
Failure type: Joining-related failures 


Two rather unusual failures investigated by the Company concerned the use of scarfwelded pipe produced just after the 
last war, and it is possible that the difficult conditions prevailing at that time may have contributed to the presence of the 
manufacturing defects that were responsible for the failures. 



x 16" thick, ruptured over a length of 12", opening to 8" wide at its maximum. 

Two lengths of pipe were submitted for examination, one containing the rupture shown in Figure 1 and the other from an 
unaffected part removed to facilitate repair. 



A B C 

Fig. 1 View of ruptured pipe. 

Examination of the rupture revealed that the surfaces were smooth, suggesting that the failure had taken place either at a 
weld in the pipe or at a discontinuity in the material. At the right-hand end shown in the photograph, the rupture 
trifurcated into fissures about 1 in. long, one of which terminated in the form of a pronounced, curved groove running 
axially along the external surface as indicated by the arrows in Figure 1. On the bore side, numerous longitudinal score 
markings were to be seen, these presumably being produced during the manufacture of the tube; none, however, was 
located in line with the rupture. 

Both lengths of pipe submitted for examination were cross-sectioned at various places and examination of a section from 
the unaffected length revealed a scarf weld, as depicted in Figure 2. The ruptured pipe was sectioned at locations marked 
in Figure 1, viz.: 

• (a) The region of the pipe beyond the end of the rupture opposite to which trifurcation had occurred. 

• (b) The trifurcated end of the rupture. 

• (c) The region embracing the groove seen at the right-hand side, as shown in Figure 1. 



Fig. 2 Transverse sections through welds. 

These etched sections are shown in Figure 3. At A. adjacent to the rapture, it will be seen that the joint had the form of a 
longitudinal butt weld, while at B the weld approached more normal proportions, but on both sides of the joint there was 
evidence of overlaps or folds in the material extending from the external surface of the pipe; at C an excessive overlap 
was present. 



Fig. 3 Transverse sections through welds. 

Two pieces for bend test puiposes were cut from locations adjacent to the section A. One, tested with the outside of the 
weld in tension, fractured at the weld after bending through approximately 30°, and the other, tested with the inside 
surface of the pipe in tension, bent through 110° before the weld fractured. A sample cut from a portion of the pipe 
remote from the rupture was bent, with the outside surface in tension, through practically 180° before tearing occurred at 
the weld. 

Samples for microscopical examination were taken from cross-sections through the joints at the ends of the rupture 
adjacent to sections A and B. These confirmed that the pipe had been made from strip and the edges lap-welded. A 
section through the weld junction showed a copious amount of oxides and other included matter along the line of the 
weld, as depicted in the photo-micrograph, Figure 4. The portion of the weld adjacent to the bore appeared to be more 
satisfactory than that at the outside, this also being reflected in the results of the bend tests. 



Fig. 4 Microstructure showing oxides and inclusions. (xl50). 

2.—The second case concerned an 8" diameter pipe 7' 11" long, in which a longitudinal defect was discovered running 
the whole length. Although the defect, which was straight over the major paid of its length with only occasional 
deviations, was very clearly visible, as shown in Figure 5, no leakage was observed. 




Fig. 5 Defect act weld. 

Examination of a section through the pipe containing the defect, obtained by progressive grinding away, showed this to be 
a scarfwelded pipe, only about half the section of the scarf having been satisfactorily welded together. 

It was concluded that both pipes had been defective at the time of manufacture and that service conditions had served to 
extend the defects. 
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Fatigue Cracking of Two Crankshafts Due to Welding 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Two Diesel engine crankshafts of similar dimensions, the journal diameter being approximately 7 in., failed due to 
cracking originating in the fillet at the junction between the crankpin and the web nearest to the flywheel. The cracks were 
discovered before rupture occurred. Several small cracks originated in the fillet, ran together and developed as two main crack 
fronts that ultimately merged into one, a typical example of a fatigue failure. Electromagnetic crack detection revealed the presence 
of a number of discontinuities which were located at a position that would correspond to the vertical axis of the original ingot. The 
crankshaft had not been stress-relieved after a welding operation had been carried out. The only satisfactory course to follow when 
dealing with a highly stressed part in which defects of the type in question are revealed during machining is to scrap the forging. 
Keywords: Crankshafts; Fillet welds; Stress relieving 


Material: Welded steel (Steel, general) 

Failure types: Joining-related failures; Fatigue fracture 


The following case illustrates very effectively the danger of attempting to reclaim highly stressed parts by the application 
of fusion welding. It concerns two Diesel engine crankshafts of similar dimensions, the journal diameter being 
approximately 7 in. Both failed due to cracking originating in the fillet at the junction between the crankpin and the web 
nearest to the flywheel. It is fortunate that the cracks were discovered before rupture occurred, otherwise the engines 


would have been severely damaged. The failures were almost identical and the following remarks and illustrations 
relating to one of the crankshafts apply equally to both except in minor details. The service life before the discovery of the 
cracks was only about 1,300 hours. 

The crack in one shaft is illustrated in Figure 1 and it will be observed that it extended both into the crankpin and the web. 
The shaft was broken through the cracked web by wedging the webs apart in a press and the fracture surfaces then 
revealed are depicted in Figures 2 and 3. Several small cracks originated in the fillet, ran together and developed as two 
main crack fronts that ultimately merged into one, a typical example of a fatigue failure. 




Fig. 1 



Fig. 2 










Fig. 3 

In the course of the examination it was noted that the face of the web in the vicinity of the crankpin fillet in which the 
crack was located had been dressed by filing, traces of which are visible in Figures 1 and 3. This filing had been carried 
out after rough machining and, as there were several small voids towards the centre of the filed zone suggestive of some 






porosity, a sulphur print was taken, which revealed the existence of a semi-circular zone in the region of the porosity that 
was practically devoid of sulphur content, a feature commonly associated with a fusion weld. On etching this zone a weld 
was clearly revealed, its contour being as shown in Figure 3. The web was sectioned transversely in the plane of the 
crankpin, as indicated by the dotted line in Figure 3, and the surface macro-etched, which confirmed that this paid of the 
crankshaft had been chipped out locally and the cavity filled with weld-metal which did not extend to an appreciable 
depth, as can be seen from Figure 4. It will be noted that the origin of the crack coincided with the termination of the weld 
deposit, i.e. it appeal's to have started at the interface between the weld- and parent-metals. 



Fig. 4 

The crankshaft was tested on an electromagnetic crack-detector and this revealed the presence of a number of 
discontinuities of the type depicted in Figure 5, which were located at a position that would correspond to the vertical axis 
of the original ingot. These discontinuities were located almost entirely towards the flywheel end of the crankshaft and 
this part presumably corresponded to the top of the ingot, the defects being of a nature that is usually associated with 
residual piping. It seems apparent that after rough-machining, a defect visible to the naked eye was observed in the web 
adjacent to the flywheel end and this was cut out locally and the cavity welded up. 






Fig. 5 

Some hardness measurements were carried out at the welded zone and showed that in the “as-received” condition the 
DPH number varied from 160 in the parent metal to about 180 in the transition zone and from 170 to 198 in the weld 
metal. After heat-treating the specimen at 650°C. for two hours the corresponding values were: parent metal and transition 
zone—136 to 164; weld metal—168 to 181. It is evident from these figures that the crankshaft had not been stress- 
relieved after the welding operation had been carried out. To have done so would have been impracticable, because it 
would almost certainly have resulted in distortion to an extent that could not have been rectified by subsequent re¬ 
machining. 

It is well known that the application of welding to comparatively massive parts, such as these crankshafts, gives rise to 
severe residual stresses in the region of the weld, especially when the weld deposit is small. After solidification, the pool 
of weld metal cools through a large temperature range and therefore contracts considerably, but as the temperature of the 
surrounding material has only been raised slightly its contraction is correspondingly less. Consequently, the weld deposit 
and parent-metal in its immediate vicinity are under a condition of severe tensile stress when the, whole has cooled to 
room temperature. The stresses arising under working conditions are, of course, superimposed on any residual stresses, so 
that the total stress developed may be substantially in excess of that visualised by the designer. Furthermore, stress 
intensification arises from the presence of voids and other discontinuities usually present in a weld deposit. It is not 
surprising, therefore, that in the case of these crankshafts fatigue cracks were initiated after a comparatively short period 
of service. The only satisfactory course to follow when dealing with a highly stressed part in which defects of the type in 
question are revealed during machining is to scrap the forging. Even if full stress relieving after welding in practicable, 
there remain differences in the composition and structure of the weld- and parent-metals and the likelihood of 
discontinuities being present, all of which are detrimental to service life. 
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Collapse of Tower Crane Due to Weld Failures 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: The sudden collapse of a tower crane on a building site resulted in severe injuries to the driver. Failure took place at the 
upper portion of the foundation or lowermost section. The mast sections were constructed from four main corner angles welded to 
end frames also made from angle sections which were gusseted and fitted with additional doubling plates in the corners where the 
jointing bolts were fitted. It was evident that the collapse was due to failure of the welds attaching the corner angles to an end 
frame. Many of the welds at the locations where failure occurred were of poor quality. The corner angles appeared to have been cut 
slightly shorter than the required dimensions. This was compensated in one case by the use of a weld build-up and in the other three 
by make-up pieces attached by welds of insignificant dimensions. 

Keywords: Cranes; Weld defects 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Fatigue fracture 


It is true to say that the construction of engineering plant — vessels, structures and components — has been 
revolutionised by the science and technology of welding. Where, however, full confidence is to be placed in the welded 
joint and its reliability must be beyond question, it is necessary to give adequate consideration to all the relevant factors, 
e.g., weldability of the base material, shape of the weld preparation and the welding procedure which involves choice of 
the welding process, electrodes, size of runs, electrical parameters and pre- or post-heat. The adequacy of the procedure is 
then demonstrated by a practical test involving both NDT and destructive test involving both competence of welders 
subsequently employed on the job must also be assessed by carrying out the appropriate qualification tests. In many 
instances production tests plates may be called for and it is the usual practice for the item to be finally examined by non¬ 
destructive methods and a proof carried out. 

To the uninitiated on the other hand, welding appears on obviously simple process and the apparent ease with which 
metal can be deposited has led to many instances of misuse. It has been applied to materials which are only weldable by 
special procedures, to the indiscriminate building-up of worn components and for the correction of machining errors by 
ill-informed or unscrupulous persons obviously not aware of the possible where dynamic stresses are to be withstood in 
service. 

When the weld is, of course, complete all evidence of poor penetration, root or underbead cracks, lack of fusion, gross 
slag inclusions or porosity is covered up and only detectable by NDT techniques. 

The sudden collapse of a tower crane on a building site resulted in severe injuries to the driver. The scene following the 
mishap is shown in Figure 1. As is the usual practice with machines of this type, the mast was constructed from separate 
sections in order to facilitate adjustment of the height to suit the particular requirements: failure took place at the upper 
portion of the foundation or lowermost section, as seen in Figure 2. 




Fig. 1 Failure to Tower Crane Mast. 





Fig. 2 Showing failure of welds at top of lowermost mast section. 

The mast sections were constructed from four main comer angles welded to end frames also made from angle sections 
which were gusseted and fitted with additional doubling plates in the corners where the jointing bolts were fitted. 

It was evident that the collapse was due to failure of the welds attaching the comer angles to an end frame. At one of the 
comer angles, the presence of “make-up” pieces at the end of the corner angle was apparent. Subsequent examination 
showed similar inserts at three of the corners, the fourth having had its length increased by being built-up by welding. 
Sections taken through the corner angles and end frame assemblies at four locations are shown after macro-etching in 
_ 5 _ 

Figures 3 and 4, the l6in. “make-up” pieces fitted at the ends of the corner angles being clearly seen. The welds attaching 
these pieces were only of a superficial form and in one case, the residual thickness of weld metal after the weld had been 

dressed was less than l6in. 





Fig. 3 Macro-etched sections through the end frame to corner angle attachments revealing use of "make-up 
pieces. 




Fig. 4 Macro-etched sections through the end frame to corner angle attachments revealing use of "make-up" 
pieces. 

It was considered that under the fluctuating loads experienced in service, early fatigue failure of the welds securing the 
ends of the corner angles to the end frame via the “make-up” pieces took place. Additional strain was thereby imposed on 
the other fillet welds of the assembly, these too failing in a progressive manner. Many of these welds when sectioned 
were seen to be of poor quality showing incomplete penetration, root cavities and lack of fusion. Many cracks were 
noticed, but it was not possible without further detailed examination, to say if they occurred at the time of welding or 
developed subsequently in service. 

The integrity and safety of structures of this type in service depends on the quality of the welded joints — which should 
be beyond question. It is evident from the examination that many of the welds at the locations where failure occurred, 
were not in this category and furthermore, the comer angles appeared to have been cut slightly shorter than the required 
dimensions, this being compensated in one case by the use of a weld build-up and in the other three by “make-up” pieces 
attached by welds of insignificant dimensions. Subterfuges of this nature although not easily discernible on visual 
examination, could be located by non-destructive testing. At the present, however, it is not yet an economical proposition 
to examine every welded detail by this means. As these examples show — no matter how good the reputation of the 
manufacturer, and the excellence and vigilance of his inspection and quality control staff — examples of criminal 
malpractice which could lead to serious consequences sometimes escape detection and find their way into service. 
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Failure of a Welded Boiler Tube During a Bending Operation 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: On attempting to manipulate or bend a boiler tube some 22 ft. long, sudden failure occurred at what appeared to be a 
butt weld in the tube. Externally, the weld reinforcement had been ground flush and the whole of the tube surface painted. 
Internally, the appearance and width of the heated band suggested that the weld had been made by the oxy-gas process. A lack of 
root fusion over most of its length was evident. Examination of the fracture faces, which were of crystalline appearance indicative of 
brittle behavior, indicated incomplete fusion of the weld root. Microscopic examination showed the deposit to possess a large grain 
size with a low carbon content disposed as carbides along the grain boundaries, a feature which would provide an explanation of the 
brittle behavior. Subsequent inspection showed that this tube was one of several of the batch ordered for retubing of a boiler and 
which had a 2 ft. length welded to one end to make up the length. 

Keywords: Boiler tubes; Gas welding; Weld defects 


Material: Welded steel (Steel, general) 


Failure types: Brittle fracture; Joining-related failures 


It is true to say that the construction of engineering plant — vessels, structures and components — has been 
revolutionised by the science and technology of welding. Where, however, full confidence is to be placed in the welded 
joint and its reliability must be beyond question, it is necessary to give adequate consideration to all the relevant factors, 
e.g., weldability of the base material, shape of the weld preparation and the welding procedure which involves choice of 
the welding process, electrodes, size of runs, electrical parameters and pre- or post-heat. The adequacy of the procedure is 
then demonstrated by a practical test involving both NDT and destructive test involving both competence of welders 
subsequently employed on the job must also be assessed by carrying out the appropriate qualification tests. In many 
instances production tests plates may be called for and it is the usual practice for the item to be finally examined by non¬ 
destructive methods and a proof carried out. 

To the uninitiated on the other hand, welding appears on obviously simple process and the apparent ease with which 
metal can be deposited has led to many instances of misuse. It has been applied to materials which are only weldable by 
special procedures, to the indiscriminate building-up of worn components and for the correction of machining errors by 
ill-informed or unscrupulous persons obviously not aware of the possible where dynamic stresses are to be withstood in 
service. 

When the weld is, of course, complete all evidence of poor penetration, root or underbead cracks, lack of fusion, gross 
slag inclusions or porosity is covered up and only detectable by NDT techniques. 

On attempting to manipulate or bend a boiler tube some 22 ft. long, sudden failure occurred at what appeared to be a butt 
weld in the tube, the region of failure is seen in Figure 1. The tube measured 3x2 in. CD by 0.114 in. WT. 



Fig. 1 Failure of boiler tube during bending operation. 

Externally, the weld reinforcement had been ground flush and the whole of the tube surface painted. Internally, the 
appearance and width of the heated band suggested that the weld had been made by the oxy-gas process, lack of root 
fusion over most of its length also being evident. 

From the remaining uncracked portion of the butt weld, two ships were taken for bend tests, these being tested over a 
radius of three times the wall thickness with the root in tension. Both fractured through the weld before reaching an angle 
of 90°. Examination of the fracture faces, which were of crystalline appearance indicative of brittle behaviour, indicated 
that complete fusion of the weld root had not been obtained. 

Microscopical examination showed the deposit to possess a large grain size with a low carbon content disposed as 
carbides along the grain boundaries, a feature which would provide an explanation of the brittle behaviour. Subsequent 
inspection showed that this tube was one of several of the batch ordered for retubing of a boiler and which had had a 2 ft. 
length welded to one end in order to make up the length. 

Such action is to be deprecated and when, as in this example, a weld of grossly inferior quality was employed in a tube to 
be used in boiler service, the action is indefensible. 

Related Information 
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Fatigue Fracture of a Motor Shaft Due to the Application of Weld Metal 

From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 

Abstract: Shaft fracture of a 10 h.p. squirrel-cage motor took place at the driving end just outside the roller bearing and not at an 
abrupt change of section behind the bearing where it might be expected to occur. A portion of shaft to the right of the fracture was 
deeply grooved. About a year prior to failure the inner race of the roller bearing became slack on the shaft and the seating was built 
up by the metal-spray process. The shaft was machined to form a rough thread to provide the requisite mechanical key for the 
sprayed-on metal. Part of this sprayed-on layer became detached after the fatigue failure occurred. The quality of the welding was 
poor. Slag inclusions were present adjacent to the sides of the keyway, which had been re-cut shorter than the original one after the 
welding repair. Failure at the unusual location was caused by the presence of the weld deposit. 

Keywords: Nonmetallic inclusions; Shafts (power); Slags; Weld defects; Weld deposited coatings 

Material: Welded steel (Steel, general) 

Failure types: Joining-related failures; Fatigue fracture 


The fracture of the shaft of a 10 h.p. squirrel-cage motor took place at the driving end just outside the roller bearing and 
not at an abrupt change of section behind the bearing where it might be expected to occur. The shaft was therefore 
examined in the laboratory to ascertain the reason for this apparent anomaly. 

The location of the fracture is shown in Figure 1, from which it will be seen that the portion of shaft to the right of the 
fracture was deeply grooved. It transpired that about a year prior to failure the inner race of the roller heal ing became 
slack on the shaft and the seating was built up by the metal-spray process, the shaft having been machined to form a rough 
thread to provide the requisite mechanical “key” for the sprayed-on metal. Part of this sprayed-on layer became detached 
after the fatigue failure occurred. 




Fig. 1 View showing location of fracture, grooving and weld deposit, x 4 


The appearance of the surface of fracture, shown in Figure 2, was clearly indicative of failure from fatigue. Although the 
surface of the fracture was not as smooth as is generally seen in failures of this type, the mode of development in stages 
was quite evident. Failure was initiated at what appeared to be a defect in the material adjacent to the outer surface, but a 
macro-etched section through the shaft showed this to be associated with the termination of a welded-up keyway, as 
shown in Figure 3. The presence of this weld deposit is also indicated by the dark-coloured area, forming an extension to 
key way, in Figure 1. It was apparent that the quality of the welding left much to be desired, slag inclusions being present 
adjacent to the sides of the key way, which had been re-cut shorter than the original one after the welding repair. 



Fig. 2 


Surface of fracture. 


x 




Fig. 3 Keyway filled with weld metal, x 4 

Hardness tests showed values of 155 VDP for the material of the shaft (equivalent to a tensile strength of 34 t.p.s.i.), 153 
- 193 for the weld deposit, and 282 for the heat-affected zone—the dark etching region—immediately below the weld 
deposit. 

It is evident that, in this particular case, failure at an unusual location was caused by the presence of the weld deposit. 
After deposition, weld metal contracts and the contraction parallel to the axis of the shaft would impose a residual tensile 
stress at the termination of the weld, which was the locality in which the fatigue crack stalled. The thread cut prior to 
metal-spraying probably played a contributory paid by forming a local stress-raiser. 

The failure of shafts from fatigue cracking after repair or restoration by welding has frequently been referred to in earlier 
Reports, the foregoing case being a typical example. 
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Premature Failure of 200T Crane Hook From a Weld Deposit 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A crane hook of 200T rated capacity failed suddenly at an indicated load of 143T, while the crane was undergoing a load 
test. Fracture took place through the intrados of the hook at the region of maximum stress. The jib and other portions suffered 
subsequential damage following the sudden release of the load. Fracture was wholly of the brittle cleavage type except for a small 
crescent shaped lip at the top right-hand side. In this zone, fracture occurred at an angle of 45 degrees to the general plane of 
fracture, indicative of failure in shear. Failure of the hook had taken place where a deposit of weld metal had been made, probably to 
eliminate a surface defect but apparently, without complete removal of the defect down to sound metal prior to welding. On many 
occasions it is preferable to blend out surface defects by local dressing. The effect of the resulting loss of strength is insignificant 
compared with the increased chance of failure associated with a weld repair. 

Keywords: Cranes; Repair welding; Weld metal 


Material: Welded steel (Steel, general) 


Failure types: Brittle fracture; Joining-related failures 


This crane hook of 200T rated capacity, failed suddenly at an indicated load of 143T, while the crane was undergoing a 
load test. Fracture took place through the intrados of the hook at the region of maximum stress the broken hook is seen in 
Figure 1. The jib and other portions suffered subsequential damage following the sudden release of the load. 







Fig. 1 Fracture of crane hook under load test. 

A view of the fractured surface is included in Figure 2, the hook section measuring approximately 14in. x 9in. It will be 
seen that fracture was wholly of the brittle cleavage type except for a small crescent shaped lip at the top right-hand side 
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which measured 3in. long by Sin. deep, and is seen as the darker region in Figure 2. In this zone, fracture occurred at an 
angle of 45° to the general plane of fracture, indicative of failure in shear._ 













Fig. 4 Showing shear fracture of weld metal and root defects. 

It was evident therefore that failure of the hook had taken place where a deposit of weld metal had been made, probably to 
eliminate a surface defect but apparently, without complete removal of the defect down to sound metal prior to welding. 
Under the stresses imposed during the test load, the local stress intensification introduced at this defective region served 
to trigger-off failure. The main portion of the hook broke in a brittle manner, whereas fracture through the weld metal 
occurred in shear at the characteristic angle of 45°. 




The circumstances of the case did not permit of a more detailed metallurgical examination, but an additional factor, 
heal ing in mind the size of the hook section, may well have been the presence of cracking in the heat affected zone 
resulting from the sudden quenching effect on the weld region by the cold mass of the hook, especially if welding had 
been done without adequate pre-heat. 

Many failures that pass through our hands are attributable to such small deposits of weld metal which are often made for 
purely cosmetic reasons and without appropriate welding procedures. It is inherently a dangerous practice. On many 
occasions it is preferable to blend out surface defects by local dressing, the effect of the resulting loss of strength being 
insignificant compared with the increased chance of failure associated with a weld repair. 
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Fatigue Failure of Excavator Tie-Bars Due to Defective Welds 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Tie-bars of a drag-line excavator each consisted of a rectangular section steel bar to which eye-pieces, to facilitate 
anchorage, were attached by butt-welds. Failure of one weld, in each bar, after approximately seven years' service, allowed the 
boom to fall and become extensively damaged. The appearance of the fracture faces of the two welds showed partial-penetration 
joints. Failure in each bar had taken place through the weld metal. The presence of built-in cracks introduced zones of stress 
concentration and the fluctuating loads to which the ties were subjected in service served to initiate fatigue cracks. While the partial- 
penetration type of weld may be tolerated in a component subjected to bending stresses it is undesirable in one that is required to 
withstand fluctuating tensile stresses. 

Keywords: Bars; Penetration; Tensile stress; Welded joints 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Fatigue fracture 


The excavator concerned was of the drag-line type on which the boom suspension ropes were reeved round pulleys 
supported by a structure over the body of the machine known as an “A” frame. The two rear members of this frame, the 
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tie-bars, each consisted of 5 in. x 2in. rectangular section steel bar to which eye-pieces, to facilitate anchorage, were 
attached by butt-welds. Failure of one weld, in each bar, after approximately .7 years' service, allowed the boom to fall 
and it was extensively damaged. 

Samples cut on each side of the fractures were received for examination. The appearance of the fracture faces of the two 
welds is seen in Figures 1 and 2, from which it is apparent that partial-penetration joints had been employed, the portions 

marked A representing the flame-cut nose of the weld preparation on the eye portions. This measured Tin. wide on the 
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joint shown in Figure 1 and Sin.-2 in. wide on that seen in Figure 2. Slag inclusions, cavities, and globules of unfused 
weld metal were evident, at both sides of each nose over zones Sin. -4 in. wide as indicated at B. 






A 


Fig. 2 Appearance of fracture face of second jib tie-bar. 

Failure in each bar had taken place through the weld metal. The fracture of weld C in Figure 1 was smooth and crack 

progression markings typical of fatigue were evident, the last I6in. or so adjacent to the surface showing a shear type 
failure at an angle of approximately 45°. The fracture through the other weld, D, was of a coarser texture, but crack 
progression markings were also evident; final fracture at the weld surface again occurred by shearing. The appearance of 





the fractures of the welds seen in Figure 2 showed a coarse texture, but evidence of fatigue cracking was present at the 
locations marked by the short arrows. The unwelded region on the fracture in Figure 1 showed that the bar section had 
been sheared to length, while that seen in Figure 2 was flame-cut. 

Macro-etched longitudinal sections through the joint in the planes marked X and Y in Figure 1 are shown in Figure 3; 
these indicating that a “K” type of weld preparation had been employed. 



Fig. 3 Etched sections through joint at planes marked X and Y in Figure 1. 

It was apparent that the standard of welding of these joints was unsatisfactory. The lack of penetration and inadequate 
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fusion of the weld metal at the nose of the preparation had resulted in the presence of unwelded zones, Tin. wide, at the 

1 i- 

mid-width of the 2in. sections; these served to reduce the effective cross-sectional area of the tie by one half and their 
extent is shown by the arrows in Figure 3. 

The presence of these “built-in cracks” introduced zones of stress concentration and the fluctuating loads to which the ties 
were subjected in service served to initiate fatigue cracks. These developed to a greater extent in weld C in Figure 1 and 
the subsequent contact between the opposing faces gave rise to the smooth type of fracture that was evident, it being 
considered that this was the first weld to fail. Following separation of this weld, failure of the other one took place in a 
fairly rapid manner without mutual polishing of the surface. The resulting shock load led to rapid failure of one of the 
welded joints in the other tie bar; that shown in Figure 2. 

Subsequent to this mishap the corresponding welds in two other excavators of similar design were examined by ultrasonic 
means. Although no fatigue cracks in course of development were discovered, all welds showed a similar lack of 
penetration and fusion and the ties were withdrawn from service. Sections of the joints cut at random are depicted in 
Figures 4 and 5. In all cases, the external appearance of the welds was satisfactory and, as is usual, gave no indication of 
the presence of internal defects. 




Fig. 5 Etched sections through defective welds located by ultrasonics testing, (xl). 

While the part-penetration type of weld may be tolerated in a component subjected to bending stresses it is most 
undesirable in one that is required to withstand fluctuating tensile stresses. In the case of an ordinary tensile test specimen 
it is usual for the initial rupture to take place at the centre of the cross-section, where the stress attains a maximum value, 
and for the material round the periphery to fail by shearing, thus giving rise to the cup-and-cone type of fracture surface. 
If a part-penetration weld is employed the component becomes equivalent to a tensile test specimen in which the initial 
rupture has already taken place. 
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Catastrophic Failure of a Fan in a Diesel Engine Cooler 

B.V. Krishna and R.K. Sidhu, Materials Science & Technology Division, Thapar Centre for Industrial Research 
and Development, Thapar Technology Campus 


From: B.V. Krishna and R.K. Sidhu, Catastrophic Failure of a Fan in a Diesel Engine Cooler, Practical Failure Analysis, Vol 2 (No. 4), 
Aug 2002, p 61-64 


Abstract: The fan used to cool a diesel engine fractured catastrophically after approximately 100 h of operation. The fan failed at a 
spider, which was resistance spot welded to a shim placed between two circular spiders of 3 mm thickness. The detailed analysis of 
the fracture indicated that the premature failure of the fan was due to inadequate bonding between the sheets at the weld nugget. 
The fracture was initiated from the nugget-plate interface. The inadequate penetration and lack of fusion between the steel sheets 
during resistance spot welding led to poor weld strength and the fracture during operation. The propensity to crack initiation and 
failure was accentuated by improper cleaning of the surfaces prior to welding and to inadequate nugget-to-sheet edge distance. 
Keywords: Fieat penetration; Nugget-to-edge distance; Resistance spot welding; Weld strength 


Material: Welded steel (Steel, general) 


Failure types: Joining-related failures; Brittle fracture 


Background 

A cooling fan fitted onto a diesel engine catastrophically failed after 103 h of operation. The field service report showed 
that the fan blades were cracked and mounting bolts were sheared from the mount. It was found that the spider had 
cracked at the OD. Another similar failure was reported for a fan that saw only 40 h of operation. The details of the fan 
are as follows: 

Material - plain carbon steel 
Spider thickness - 3 mm 
Shim thickness - 3 mm 
Blade thickness - 2 mm 

Analysis 

The failed fan in the condition received is shown in Fig. 1. A schematic diagram showing the various regions of the failed 
fan from which the samples were taken for fractography, microstructural, and chemical analysis is presented in Fig. 2. 
The fracture surface was shiny/grainy at the spot weld nugget (fracture origin) and fibrous in the other areas (away from 
origin), as illustrated in Fig. 3 and 3. These features indicated that the fracture was brittle in nature near the nugget. Small 
cracks were observed around the weld nugget after removing the paint from the surface of the spider. An important 
observation made during visual inspection was that the failed nugget was very near the edge of the sheet. It is well 
established that the weld strength of the resistance spot welded structure is greatly influenced by nugget-to-edge distance. 




Fig. 1 As-received failed fan: (a) full view, (b) fractured part of the spider 





Fig. 2 Schematic showing the various regions of the failed fan from which the samples were taken for 
fractography, microstructural, and chemical analysis: (a) failed piece of fan, (b) cross section of the sheet 
showing the fusion zone in the nugget. Note the excess penetration in the top and inadequate penetration from 
the bottom. 




Fig. 3 Stereomicrographs showing the fracture surfaces: (a) FI surface, near nugget, 15x, (b) F3 surface, 
away from the nugget, 15x, (c) W1 surface. Note the grainy/shiny surface, 15x. 

The spot weld peeled and allowed sheet separation during fracture (Fig. 4). The surface of these peeled regions showed 
oxides and little or no evidence of plastic deformation before separation of the sheets. The SEM photographs of the 
fracture surfaces are presented in Fig. 5. The sheet fractured in a brittle mode near the nugget (Fig. 5a), i.e., near the 
fracture origin, and the fracture was slightly more ductile with secondary cracks in the areas away from the fracture origin 
(Fig. 5b). The SEM of the fractured nugget revealed non-metallic inclusions (Fig. 6a) and multiple fracture origins (Fig. 
6b). 



Fig. 4 Stereomicrographs of the peeled off nugget, 15x: (a) W3, (b) W2. Note the absence of plastic 
deformation on the surfaces. 



Fig. 5 SEM micrographs showing the fracture surfaces: (a) FI surface, near fracture origin, i.e., nugget, (b) FI 
surface, away from the origin. Note the intergranular cracks. 





Fig. 6 SEM photographs of the fracture surface of nugget, Wl: (a) non-metallic inclusions at the fracture 
origin, (b) multiple fracture origins near the origin 

The weld nugget connecting the two sheets peeled and separated with minimal plastic deformation. The absence of large- 
scale deformation at the weld nugget indicated that the surfaces were not properly joined. This observation was supported 
by the presence of shrinkage porosity, insufficient melting and/or penetration, and gas evolution (which could be due to 
presence of moisture, oil, etc.) at the weld interface (Fig. 7). The interface between the middle sheet and the bottom sheet 
revealed large gap and shrinkage porosity (Fig. 8), which aided the crack initiation and consequent failure of the spider. 




Fig. 7 SEM photograph of the peeled off nugget surface showing shrinkage porosity, insufficient melting and 
penetration, and gas evolution (which could be due to presence of moisture, oil, etc. at the interface) at the 
interface 






Fig. 8 SEM photographs showing (a) large gap between middle sheet and bottom sheet, (b) shrinkage porosity 
at the interface 

To verify the lack of penetration in the weld zone, a cross section of the nugget was observed by optical microscopy. The 
microstructure of the nugget indicated that the weld penetration is non-uniform across the section and is higher at the top 
electrode when compared to the lower electrode (Fig. 2b). The inadequate penetration may result from too low a current 
density in the weld or other improper weld process variables. 

The metallography of the weld revealed shrinkage porosity (Fig. 9a). A Widmanstatten ferrite morphology with coarse 
acicular ferrite and intergranular cracks emanated from the fusion zone and sheet interface (Fig. 9b). 



200nm 



Fig. 9 Microstructure of the weld showing (a) shrinkage porosity in the nugget, (b) intergranular cracks 
emanating from the fusion zone, W1 

The haidncss was measured along the nugget axis to support the earlier observation of non-uniform weld penetration. The 
hardness (Fig. 10) was found to be lower at the interface of the second/middle and third sheet, indicating inadequate weld 
penetration. 

Variation of hardness at the center line of the nugget 



Fig. 10 Hardness variation of the nuggets 






Conclusions 


The cooling fan failed prematurely due to inadequate bonding between the sheets at the nugget. The inadequate 
penetration and fusion of the steel sheets led to poor weld strength and consequent failure. Lower nugget-to-sheet edge 
distance and improper cleaning of the mating surfaces before welding may have contributed to the propensity to failure. 
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Cracking of a Pressure Vessel During Autofrettage Because of Scale Worked 
Into Forging Laps and Seams 

From: V.J. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: During autofrettage of a thick-wall steel pressure vessel, a crack developed through the wall of the component. Certain 
forged pressure vessels are subjected to autofrettage during their manufacture to induce residual compressive stresses at locations 
where fatigue cracks may initiate. The results of the autofrettage process, which creates a state of plastic strain in the material, is 
an increase in the fatigue life of the component. Analysis (visual inspection, 50x/500x unetched micrographs, and electron 
microprobe analysis) supports the conclusion that the fracture toughness of the steel was exceeded, and failure through the wall 
resulted as a result of the following: the high level of iron oxide found is highly abnormal in vacuum-degassed steels. Included 
matter of this nature (exogenous) most likely resulted from scale worked into the surface during forging. Therefore, it is 
understandable that failure occurred during autofrettage when the section containing these defects was subjected to plastic strains. 
Because the inclusions were sizable, hard, and extremely irregular, this region would effect substantial stress concentration. No 
recommendations were made. 

Keywords: Cracking (fracturing); Forgings; Laps; Pressure vessels; Seams 


Material: Alloy steel (Alloy steel, general) 


Failure type: Metalworking-related failures 


Certain forged pressure vessels are subjected to autofrettage during their manufacture to induce residual compressive 
stresses at locations where fatigue cracks may initiate. The results of the autofrettage process, which creates a state of 
plastic strain in the material, is an increase in the fatigue life of the component. 

During autofrettage of a thick-wall steel pressure vessel, a crack developed through the wall of the component. Figure 
1(a) shows the cracked region (arrow), which extends about 37 m (12 ft). 




(c) - td) 


Fig. 1 Alloy steel pressure vessels that developed cracks in the wall during autofrettage. Failure was due to 
scale worked into the surface of the vessel, (a) Overall view of the vessels; the cracked component is the 
second from left (arrow indicates crack), (b) Section cut for examination. Arrow indicates suspected area of 
fracture initiation, (c) Micrograph of an unetched specimen showing nonmetallic inclusions (light gray) along the 
fracture surface. 50x. (d) Portion of area shown in (c); note agglomerated appearance of nonmetallics, which 
were identified as iron oxides. 500x 

Investigation. The mechanical properties, composition, and microstructure of the component were evaluated to 
determine if material deficiencies contributed to this processing failure. Correspondingly, the strength, ductility, and 
toughness displayed no significant deviations from the reported values of the manufacturer and met the specified 
requirements. Chemical composition was also within specifications. 

Metallographic specimens were prepared from the area of the pressure vessel containing a suspected crack origin. This 
region is indicated by an arrow in Fig. 1(b). The specimens were taken from sections perpendicular and parallel to the 
long axis of the forging. Metallography revealed the tempered martensite structure normally obtained in this steel after 
proper quenching and tempering. 

Figure 1(c) shows the fracture profile parallel to the longitudinal axis of the component. This edge, which is adjacent to 
the outer surface, displays a somewhat continuous light-gray network of nonmetallic included matter. Figure 1(d) shows 
at a higher magnification a portion of the area shown in Fig. 1(c) and illustrates the agglomerated appearance of this 
feature. Subsequent electron microprobe analysis identified the included material as iron oxide. 

Conclusion. Iron oxide of this magnitude is highly abnormal in vacuum-degassed steels. Included matter of this nature 
(exogenous) most likely resulted from scale worked into the surface during forging. Therefore, it is understandable that 
failure occurred during autofrettage when the section containing these defects was subjected to plastic strains. Because the 
inclusions were sizable, hard, and extremely irregular, this region would effect substantial stress concentration. 
Consequently, the fracture toughness of the steel was exceeded, and failure through the wall resulted. 
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Brittle Fracture of Alloy Steel Chain Links Because of Excessive Hardness 

From: F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 514-528 

Abstract: Several thousands of new 16-mm diameter alloy steel sling chains used for handling billets failed by chain-link fractures. 
No failures were found to have occurred before delivery of the new chains. It was observed that the links had broken at the weld. It 
was found that all failures had occurred in links having hardness values in the range of 375 to 444 HB. It was revealed by the 
supplier that the previous hardness level of 302 to 375 HB was increased to minimize wear which made the links were made notch 
sensitive and resulted in fractures that initiated at the butt-weld flash on the inside surfaces of the links. A further reduction in 
ductility was believed to have been caused by lower temperatures during winter months. Thus, the failure was concluded to have 
been caused in a brittle manner caused by the notch sensitivity of the high hardness material at lower temperatures. The chains 
were retempered to a hardness of 302 to 375 HB as a corrective measure and subsequently ordered chains had this hardness as a 
requirement. 

Keywords: Brinell hardness; Cranes; Notch sensitivity 
Material: Alloy steel (Alloy steel, general) 

Failure type: Brittle fracture 
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Over a 1-year period, chain-link fractures occurred in many of several thousand 16-mm (3-in.) diam alloy steel sling 
chains used for handling billets. Several shipments of new chains had been acquired because of expansion of production 
facilities. No failures had occurred before delivery of the new chains. 

Observations. The links broke at the weld, with the breaks originating at the inside of the link. The breaks were often 
undetected because the broken links opened only slightly at the fracture line. There had been no fracture-related damage 
to the links. Metallographic examination revealed no weld irregularities. All failures occurred in links having hardness 
values in the range of 375 to 444 HB. 

Upon contacting the supplier, it was learned that the hardness level of the new chain links was 375 to 444 HB, a change 
from the previous hardness level of 302 to 375 HB. Hardness was increased to minimize wear, but it made the links notch 
sensitive, resulting in fractures that initiated at the butt-weld flash on the inside surfaces of the links. It is believed that 
most of the fractures occurred during the winter months; the low temperatures undoubtedly caused a further reduction in 
ductility. 

Conclusions. The chain links failed in a brittle manner because the high hardness of the material made it notch 
sensitive, particularly at low temperatures. 

Corrective Measures. All chains were visually inspected, and those with broken links were returned to the supplier 
for repair. All chains were retempered to a hardness of 302 to 375 HB. 

All new alloy steel sling chains were subsequently ordered to a hardness of 302 to 352 HB. No failures of this type were 
reported since the chains were retempered and the hardness requirement of 302 to 352 HB was introduced. 
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Cracking on the Parting Line of Closed-Die Forgings 

Anthony J. Koprowski, Consultant 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: An investigation was conducted to determine the factors responsible for the occasional formation of cracks on the parting 
lines of medium plain carbon and low-alloy medium-carbon steel forgings. The cracks were present on as-forged parts and grew 
during heat treatment. Examination revealed that areas near the parting line exhibited a large grain structure not present in the 
forged stock. High-temperature scale was also found in the cracks. It was concluded that the cracks were caused by material being 
folded over the parting line. The folding occurred because of a mismatch in the forgings and from material flow during trimming 
and/or material flow during forging. 

Keywords: Closed-die forging; Cracking (fracturing); Die forgings 



Materials: Alloy steel (Alloy steel, general); Carbon steel (Nonresulfurized carbon steel) 


Failure types: Metalworking-related failures; Intergranular fracture 


Background 

Cracks occasionally formed on the parting lines of medium plain carbon and low-alloy medium-carbon steel forgings. 

Applications 

Closed-die forging is one method for producing near-net-shape parts. A steel billet is heated to forging temperature (1100 
to 1260 °C, or 2000 to 2300 °F) and placed into successive performs in the bottom impression of the die. The upper die is 
then dropped or propelled downward onto the bottom impression. This hammering forces the hot metal to flow and 
conform to the die impression. The finishing impression is generally the censer section of the die. It is used to produce the 
final shape before trimming. Closed-die forgings can be produced in as few as one blow or as many as two dozen blows. 
Those discussed in this study normally are produced by 8 to 15 blows. Trimming of the finished platter is kept as close to 
the part as possible. This reduces the amount of finishing needed in this area of the part. Trimming can be done hot or 
cold. This analysis deals with hot trimming. 

Circumstances leading to failure 

The cracks were generally found after heat treatment, but were occasionally found in the as-forged parts. This resulted in 
production losses and delays because of the testing required after the cracks were discovered, including magnetic particle 
inspection of the lots. 

Testing Procedure and Results 

Nondestructive evaluation 
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Magnetic particle inspection, of as-forged parts showed that there were small (<6 mm, or -tin.) indications present. 
Inspection after heat treatment showed that the cracks on the parting line grew. There was no correlation between the 
initial length of the indication and the final length after heat treatment. 

Surface examination 

Visual, inspection of as-forged parts revealed suspect lines. After heating to the austenitizing temperature, these parts 
had been quenched in hot oil and then tempered. The quenched parts cracked along the parting line. Examination of the 
fracture surface revealed an area of discoloration, which was determined to be an oxide coating from the thermal 
processing. The discoloration indicated that the fracture was open to the atmosphere during one of the heating cycles and 
was not produced by the quenching operation. 

Macrofractography. The fracture surfaces exhibited discoloration from oxidation during thermal processing. This 
was true of both as-forged and heat-treated parts. There were no radial lines or beach marks to pinpoint one origin (Fig. 
1), indicating that the origin may have been the entire discolored area. 




Fig. 1 Section of discolored part of fracture surface showing no clear origin. Dark area is discoloration from 
thermal processing. 1.24x. 

Scanning Electron Microscopy/Fractography. The fracture surface of the heat-treated parts exhibited a 
transgranular fracture on the discolored surface. There were indications of oxidation. The oxidation was probably caused 
by the thermal processing that the parts underwent during forging. Bar seams and folds were eliminated as a possible 
source. 


Metallography 


Microstructural Analysis. Cross sections were taken of an as-forged paid and a heat-treated part. The samples were 
mounted and polished. The microstructure—lamellar pearlite and ferrite—was typical of the medium-carbon steel used 
for the product. The grain size near the parting line of the forging was larger than the grain size in the surrounding area. 
This indicated that either this area of the forging was not worked as much as the rest of the forging; there was uneven 
flow, or this area received more heat, all of which can cause the grains to grow larger. 

Crack Origins/Paths. The cross section of an austenitized and quenched paid showed that the fracture was 
intergranular and branched (Fig. 2). Fligh-temperature scale was present in the cracks. This scale was probably produced 
on the surface of the bar during its heating before forging. The scale was then folded into the material during the forging 
operation. The part exhibited partial decarburization at the crack surface, indicating that it was oxidized during the heating 
or annealing operation. Austenitizing and quenching are done in a neutral atmosphere and would not produce this 
condition. Oxidation was present on both the as-forged and heat-heated parts. It was probably produced during the 
heating of the bar for forging. The partial decarburization was not present on any of the machined surfaces, which further 
supported the assumption that the decarburization was produced during forging. 





Fig. 2 Cross section of suspect area, showing a typical intergranular and branched fracture. 76x. 

Chemical analysis/identification 

The material, used varied depending on the parts being forged, but generally was medium plain carbon steel or low- 
alloy medium-carbon steel. The steels of different forgings were analyzed to determine whether there was a correlation 
between elements in the steel and the cracks found on the parting lines. Correlation of chemistry and cracking indicated a 
greater chance for formation of cracks if the steel was vanadium grain refined and if the vanadium content was less than 
0.06%. 

Stress analysis 

Experimental. Parts were forged with material that was aluminum grain refined with an aluminum content of 0.022%, 
vanadium grain refined with a vanadium content of 0.03%, and vanadium grain refined with a vanadium content of 
greater than 0.06%. Samples of each were examined after forging. The aluminum-grain-refined parts and those parts 
forged with more than 0.06% V showed fewer crack indications than the parts forged with 0.03% V. 

A second experiment was performed with material that was aluminum grain refined, but used an opened trimmer to allow 
more clearance. The samples from this group did not show any indications after forging, and none of the parts cracked 
upon quenching. 

Discussion 

Examination of the parts in some of the cases showed reverse flow lines in the forgings. This would cause the material to 
fold at the parting line area. The fold would also be fully or partially decarburized at this point. 

The closeness of the trim dies caused a smearing or pulling at the paid surface (Fig. 3). This was accentuated by a slightly 
larger grain size in the trim area than in the rest of the forging. The tearing occurred as the part was trimmed. Because the 
trimmer was fitted so closely to the paid geometry, the tear went below the surface of the part. This caused the material to 
separate at the grain boundaries and produced the cracks found in both the as-forged and heat-treated parts. 
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Fig. 3 Possible tearing mechanism during trimming. The punch pulls part of the material with it, causing 
stresses at the grain boundaries. Grains may separate and tear if the elastic limits reached. 

Although the mismatch and the closeness of the trimming appeared to be the major cause of the cracks, alloys grain 
refined with 0.03% V seemed to suffer more cracking than aluminum-grain-refined material or the alloy grain refined 
using 0.06% V. 

Mismatch during forging caused material to flow in the wrong directions during both the forging operation and the 
trimming operation (Fig. 4). At the trimming temperature (approximately 1100 °C, or 2000 °F), plastic deformation still 
occurred. As the trim die closed, it pushed the mismatched edge of the part in the direction of the empty trim die cavity. 
This occurred at the same time the trimmed material was being pushed up. 





Fig. 4 Effects of diemismatch during forging, which can produce a fold or lap during trimming. The force of the 
punch moving down causes the material to flow to the empty portion of the die; at the same time, material 
flows into the area from the trim line. 

The combination of the trimming and material flow produced a fold at the top of the trim line. Microstructural 
examinations confirmed that partial decarburization was present on the surfaces of internal cracks. This also explained the 
scale found on the crack surface. 

During the investigation, it was discovered that areas near the parting line showed a large grain structure. This structure 
was not present in the forged stock and was not typical of the forging process. The suspected cause was uneven flow of 
material during the forging process, which resulted in stagnant areas where grain growth occurred. Microscopic 
examination of the parts revealed large grain areas near the parting line. The rest of the forging showed a uniform grain 
structure. This stagnant or nonuniform material flow was caused by mismatch of the forging dies, which allowed some 
areas to he worked and others to remain stagnant. This lack of work at forging temperature produced rapid grain growth. 

Conclusion and Recommendations 

Most probable cause 

Magnetic particle indications were found in as-forged products. These indications took the form of folds and, in some 
cases, cracks. They occurred on the top side of the parting line at the original thickness of the flash line. The grain 
structure in the forgings was uneven; that is, there were both large- and small-grain areas. Large grains were found near 
the parting line; small, uniform grains occurred elsewhere. This indicated that the material flow and/or the temperature in 
these areas were different, perhaps due to mismatch or improper working of the material during forging. 

The failures were from three sources. The first was folds in the forging produced during the forging process. These were 
related to poor maintenance on the hammer, inexperienced operators, and so forth. 

The second cause was trimming of the material very close to the geometry of the part, which produced tearing along the 
parting line during the trimming operation. This bearing extended into the part. 

Finally, abnormal material flow produced folds or laps. This was caused either by design problems in the die or by the 
mismatch of the dies due to improper alignment, poor hammer maintenance, and so on. 

All of these conditions can produce cracks that open during subsequent thermal processing. The occurrence of cracks was 
most prevalent in material that was vanadium grain refined with a vanadium content of less than 0.06%. 

Remedial action 

When parting line separation occurs, the forging process should be examined to ensure that the parts are properly worked 
and formed and that the material is produced with proper alloying. This means checking to ensure that the dies are 
properly aligned and matched in the hammer. This can be done simply by cutting the finished platter before trimming the 
parts and measuring for mismatch. Also, the hammer should be checked for proper clearance and alignment. 



Trimmers should be opened as much as possible to reduce the problem of tearing. This can be done, in most cases, 
without additional expense or operations. 

The material used, if vanadium grain refined, should have a minimum of 0.06% V to reduce the susceptibility of the parts 
to parting line separation. Finally, the material flow and grain size, especially in the parting line area, should be examined. 
If there is a problem with flow or grain growth, the die design should be examined and changed to help enhance proper 
flow. 

Related Information 

Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 
81-102 

S. Lampman, Intergranular Fracture, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p 641-649 


Failure of a Hoist Gear Assembly Shaft from a Mobile-type Crane 

From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A shaft, which carried both the worm wheel and the hoist barrel, fractured at a reduction in diameter adjacent to the 
gear-box. The appearance of the fracture was characteristic of a fatigue failure of a rotating shaft resulting from excessive bending 
stresses. Cracks of the fatigue type broke out all around the circumference at the change of section and progressed inwards. 
Microscopic examination of the material showed it to be an alloy steel in the hardened and tempered condition, with no abnormal 
features. It was considered that the bending stresses due to the deflection of the shaft arising from mal-alignment were responsible 
for the fatigue failure, which took place at a region of stress concentration at which insignificant fillet radius had been provided. 
Keywords: Bend properties; Gear boxes; Hoists; Stress concentration 


Material: Alloy steel (Alloy steel, general) 


Failure type: Fatigue fracture 
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This shaft, which carried both the worm wheel and the hoist barrel, fractured at the reduction in diameter from 3 in. to 2 
in. adjacent to the gear-box. The change of section provided a shoulder against which one end of the hoist barrel abutted 
as can be seen in the drawing, Figure 1. 



Fig. 1 Arrangement of gear box and hoist barrel showing position of fracture and error in alignment. 

The appearance of the fracture is shown in Figure 2 and it is characteristic of a fatigue failure of a rotating shaft resulting 
from excessive bending stresses. Cracks of the fatigue type broke out all around the circumference at the change of 
section and progressed inwards in the manner shown y the arrows in the photograph. When the extent of the residual, 










unbroken material was insufficient to carry the load, final fracture occurred. This took place in a zone of elliptical form, 


the major diameter of which was only 2in., situated mid-way between the centre and surface of the shaft. 



Microscopic examination of the material showed it to he an alloy steel in the hardened and tempered condition, with no 
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abnormal features. Its tensile strength was of the order of 60 t.p.s.i. A fillet radius of 32in. at the change of section was 

indicated on the original drawing, but the radius measured on the actual shaft was slightly less than I6in. 

In view of the fact that the mode of fracture indicated that bending stresses were primarily responsible, the alignment of 
the assembly was checked and it was found that the level of the inboard feet of the gear-box was 0.060 in. below that of 
the out-board feet and the heal ing pedestal which carried the other end of the shaft, as indicated in the Figure 1. It was 
considered that the bending stresses due to the deflection of the shaft arising from this mal-alignment were responsible for 
the fatigue failure, which took place at a region of stress concentration at which insignificant fillet radius had been 
provided. 

Related Information 

F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM 
International, 1986, p 514-528 

Fatigue Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 700-727 

B.A. Miller, Overload Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 

671-699 


Effects of Decarburization in Aircraft Components 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
Administration, Aircraft Accident Investigation Div., Engineering Laboratory 


From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part II, Metals Engineering Quarterly, Vol 14 (No 3) Nov 1974 p 23-25 


Abstract: A connecting rod from a failed engine ruptured in fatigue without evidence of excessive stresses, detonation, overheating, 
or oil starvation. The origin of the fatigue failure was completely mutilated but decarburization was observed. Significant amounts of 
decarburization (0.010 to 0.015 in.) were found also in other forgings, such as exhaust rocker arms, main rotor drag brace clevises, 
bolts of carriage diagonal struts, and spring legs of main landing gears. The failure mode was low-stress, high-cycle fatigue involving 
tension and bending loads. The main cause was a manufacturing deficiency. The usual way to eliminate decarburization is to 
machine off the soft skin, or employ better quality control when making them. Many aircraft manufacturers employ forged parts with 
machined surfaces or with shot-peened as-forged surfaces without excessive decarburization. 

Keywords: Connecting rods; Decarburizing; Forgings 


Material: Alloy steel (Alloy steel, general) 


Failure types: Fleat treating-related failures; Fatigue fracture 


During examination of a failed engine in which a connecting rod had ruptured in fatigue, investigators were unable to 
detect any evidence of excessive stresses, detonation, overheating, or oil starvation. Though the origin of the fatigue 
failure was completely mutilated, decarburization was observed (Figs. 1, 2, 3, 4). A mechanical stress concentration (such 
as a gouge or nick) was also suspected because the engine had an extremely short life (about 300 h of total flying time). 





Fig. 1 A typical connecting rod rupture at beam section, near pin end. 






Fig. 3 Nicks (arrows) probably introduced during manufacture (such as a forging operation), or improper 
handling. No decarburization was found. 







Significant amounts of decarburization (0.010 to 0.015 in.) were also found in other forgings, such as exhaust rocker 
arms, main rotor drag brace clevises, bolts of carriage diagonal struts, and spring legs of main landing gears. 

The failure mode was low-stress, high-cycle fatigue involving tension and bending loads. The main cause was a 
manufacturing deficiency; parts had been improperly processed and inspected. The usual way to eliminate decarburization 
is to machine off the soft skin, or employ better quality control when making them. It should be noted that many aircraft 
manufacturers employ forged parts with machined surfaces or with shot-peened as-forged surfaces without excessive 
decarburization. If decarburization remains, design consideration for fatigue life should be given. Always shot-peen 
forged parts adequately. 

Related Information 

G.E. Totten, M. Narazaki, R.R. Blackwood and L.M. Jarvis, Failures Related to Heat Treating Operations, Failure 
Analysis and Prevention , Vol \l, ASM Handbook, ASM International, 2002, p 192-223 

Fatigue Failures, Failure Analysis and Prevention, Vol 11 ,ASM Handbook, ASM International, 2002, p 700-727 



Destroyed Needle Bearing of a Packing Machine 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A needle bearing from a filling and seating machine for milk cartons became unusable due to corrosion and fracture of a 
ring after only 4 weeks' operation of the machine in a Finnish milk packing plant. These bearings were subject to corrosion by water 
condensates in this type of environment because of constant temperature changes, and they normally are replaced after 8 months. 
The bearings were lubricated by a molybdenum sulfide paste. Judging by their structure the needles probably consisted of ball 
bearing steel. They showed corroded initial cracks of the pitting type, i.e. shear-fatigue fractures due to excessive surface pressure. 
The needles too were overstressed by compression. It seemed that the higher pressure necessary for the pressing of thicker paper 
accelerated the corrosion, which lead to the crack initiations of the parts and possibly also to impaired lubrication. The machine 
manufacturer therefore switched to bearings with shells of a complex bronze. 

Keywords: Bearing steel; Cracking (fracturing); Food packaging; Needle bearings 

Material: Ball bearing steel (Alloy steel, general) 


Failure types: Corrosion fatigue; Pitting corrosion 


A needle bearing from a filling- and seating machine for milk cartons became unusable due to corrosion and fracture of a 
ring after only 4 weeks’ operation of the machine in a Finnish milk packing plant. These bearings are subject to corrosion 
by water condensates in this type of environment because of constant temperature changes and they normally are replaced 
after 8 months. The bearings are lubricated by a molybdenum sulfide paste. The operation conditions for this machine 
differ from others with longer .heal ing life in that temperature differences are more pronounced and also thicker paper is 
compressed. Therefore it needed to be investigated whether corrosion in this case was accelerated by fracturing or break¬ 
away of the surface. 

The needles and rings of the bearing were covered with a thick black-brownish crust, especially on the inside. After 
removal of the crust, corrosion pits were seen especially on the inside of the inner ring and on the needles. The outer ring 
showed crack initiation on the stressed side (Fig. 1, below). 



Fig. 1 Outer surface of fractured outer ring. 1 x 
Chemical analysis of the crust gave the following values (in wt.%): 


c 

S 

Mo 

Fe 

7,37 

1,65 

2,20 

69,6 


Therefore it consisted principally of rust and contained Mo and S as constituents of the lubricant, as well as considerable 
amounts of carbon. Thus the bearing was lubricated not only with molybdenum sulfide paste but also evidently at times 
with graphite. 

For metallographic examination the end face on both sides of the rings was ground off till the groove was removed. A 
longitudinal section was also made. The etched sections of the outer ring are shown in Fig. 2. The rings were case 
hardened whereby the acutely angled edges were overcarburized at the fold of the outer ring and were also overhardened 




(Fig. 3). But the cracks propagated from the inside and therefore had no connection with the overcarburized edge. Their 
presence pointed to overstressing by compression of the bearing. The sections of the inner ring and the needles showed 



Fig. 3 Structure of outer bearing ring in overcarburized edge of groove. Etch: Picral. 100 x 




Fig. 4 Corrosion pitting in bearing ring. Unetched longitudinal section. 100 x 



Fig. 5 Corrosion pitting in needle. Unetched transverse section. 100 x 

Judging by their structure the needles probably consisted of ball bearing steel. They showed corroded initial cracks of the 
pitting type. i.e. shear-fatigue fractures due to excessive surface pressure (Figs. 6 and 7). The needles too were 
overstressed by compression. Whether or not the initial pressure was too high or whether the failure was caused later by 
rolling of the corrosion products into the material, could not be definitely decided. It seems that the higher pressure 
necessary for the pressing of the thicker paper accelerated the corrosion which lead to the crack initiations of the parts and 
possibly also to impaired lubrication._ 




Fig. 7 Partially corroded pitting in needles. Transverse section, etch: Nital. 500 x 
The machine manufacturer has therefore switched to bearings with shells of a complex bronze. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 
Forms of Corrosion, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 761-795 


True Brinelling of Ball-Bearing Raceways During Ultrasonic Cleaning 


From: R.L. Widner, Failures of Rolling-Element Bearings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 490-513 


Abstract: Randomly selected dictating-machine drive mechanisms, which contained small ball bearings, were found to exhibit 
unacceptable fluctuations in drive output during the early stages of production. It was indicated that the bearing raceways were 
being true brinelled before or during installation of the bearings. The preinstallation practices and the procedures for installing the 
bearings were carefully studied. It was revealed that during one preinstallation step, the lubricant applied by the bearing 
manufacturer was removed and the bearing was relubricated with another type of lubricant prior to which the bearings were 
ultrasonically cleaned in trichlorethylene to ensure extreme cleanness. Equally spaced indentations resembling true brinelling were 
revealed by careful examination of the bearing raceways. It was concluded that the ultrasonic energy transmitted to the balls 
brinelled the raceways enough to cause fluctuations in machine output. Solvent-vapor cleaning was employed as a corrective 
technique for removing bearing lubricant. 

Keywords: Lubricants; Solvents; Vapor degreasing 


Material: Bearing steel (Alloy steel, general) 


Failure types: Fretting wear; Surface treatment related failures 


During the early stages of production, randomly selected dictating-machine drive mechanisms, which contained small ball 
bearings, were found to exhibit unacceptable fluctuations in drive output. This seemed to indicate that the bearing 
raceways were being true brinelled before or during installation of the bearings. 

Investigation. The preinstallation practices and the procedures for installing the healings were carefully studied to 
determine the cause of failure. New control practices were instigated with no net gain in heal ing performance. 

One preinstallation procedure involved removing the bearing lubricant applied by the bearing manufacturer and 
relubricating the bearings with another type of lubricant. The bearings were ultrasonically cleaned in trichlorethylene to 
ensure extreme cleanness. Careful examination of the healing raceways at a moderate magnification revealed equally 
spaced indentations resembling true brinelling. Further examination showed that the ultrasonic cleaning technique was 
improper in that the ultrasonic energy transmitted to the balls brinelled the raceways enough to cause fluctuations in 
machine output. 

Conclusion. The bearing raceways were true brinelled during ultrasonic cleaning. 



Corrective Measures. The lubricant was removed from the bearings by solvent-vapor cleaning instead of by 
ultrasonic cleaning. 


Related Information 

Fretting Wear Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 922-940 


Fracture of Ball-Bearing Components by Rolling-Contact Fatigue Because of 
Subsurface Nonmetallic Inclusions 


From: R.L. Widner, Failures of Rolling-Element Bearings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 490-513 


Abstract: An aircraft was grounded when illumination of the transmission oil-pressure light and an accompanying drop in pressure 
on the oil-pressure gage was reported by the pilot. No discrepancy in the bearing assemblies and related components was revealed 
by teardown analysis of the transmission. The center bearing of the transmission input-shaft ball-bearing stack had a broken cage 
and one ball was found to have been split into several pieces. Several scored balls and flaking damage in the raceways of the inner 
and outer rings was observed. The origin (area in rectangle) was oriented axially in the raceway and was flanked by areas of 
markedly different-textured flaking damage. Stringers of nonmetallic inclusions were revealed at the origin during metallographic 
examination of a section parallel to the axially oriented origin. Thus it was concluded that the failure was caused by contact fatigue 
mechanism (flaking) activated by the subsurface non metallic inclusions. 

Keywords: Aircraft components; Bearing races; Flaking; Transmissions (sutomotive) 


Material: Bearing steel (Alloy steel, general) 


Failure types: Fatigue fracture; Rolling-contact wear 


The pilot of an aircraft reported illumination of the transmission oil-pressure light and an accompanying drop in pressure 
on the oil-pressure gage. The aircraft was grounded so that the transmission could be checked. 

Investigation. Teardown analysis of the transmission revealed no discrepancies in assembly of the bearings and 
related components. The oil strainer contained numerous fragments of bronze similar to that used in the bearing cage. 

The center bearing of the transmission input-shaft ball-bearing stack had a broken cage and one ball that had been split 
into several pieces along paths resembling the seams of a baseball. Also observed were several scored balls and flaking 
damage in the raceways of the inner and outer rings. Total operating time for this bearing stack was 770 h. 

The origin of flaking in the raceway of the rotating inner ring was identified by the following distinguishing features (Fig. 
la). The origin (area in rectangle), oriented axially in the raceway, was dark and discolored, and was flanked by areas of 
markedly different-textured flaking damage, that is, shallow fine-texture flaking damage extending from the origin in the 
direction of inner-ring rotation (arrow A) and deep coarse-texture flaking damage extending from the origin in the 
direction opposite to the rotation of the inner ring (arrow B). Both areas had a convex texture in relation to the axial 
origin. 




Fig. 1 Inner-ring raceway of an aircraft-transmission ball bearing that failed by rolling-contact fatigue because 
of subsurface nonmetallic inclusions, (a) Macrograph of inner-ring raceway showing fine-texture flaking damage 
(arrow A), coarse-texture flaking damage (arrow B), and origin of flaking (rectangle). 3x. (b) Micrograph of 
section through inner ring at origin of flaking showing inclusions (arrow C). 440x 

A section parallel to the axially oriented origin was cut at the origin area. The specimen was ground and polished for 
metallographic examination. As shown in Fig. 1(b), stringers of nonmetallic inclusions (arrow C) were revealed at the 
origin. The chemical composition, microstructure, and hardness of the bearing elements were checked and found to be 
acceptable. 

Conclusions. Failure of the bearing occurred through a contact-fatigue mechanism (flaking) activated by the presence 
of subsurface nonmetallic inclusions (stringers). 

Related Information 

R. Ahmed, Rolling Contact Fatigue, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p941-956 


Failure of Bearings Because of Wear of Labyrinth Seals 

From: R.L. Widner, Failures of Rolling-Element Bearings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 490-513 

Abstract: The drive-shaft hanger bearings failed after 300 to 400 h in service. The shaft, supported by labyrinth-sealed single-row 
radial ball bearings of ABEC-1 tolerances, was made of aluminum 2024-T3 tubing (diameter 2.5 cm and wall thickness 1.2 mm). The 
bearings were lubricated with a paste-type mineral-oil lubricant (containing molybdenum disulfide and polytetrafluoroethylene 
particles) or grease conforming to MIL-G-81322 (containing thickening agent and synthetic hydrocarbons) and had two-piece spot- 
welded retainers. On visual examination, the balls were observed to be embedded in the inner-ring raceway which had been 



softened by the elevated temperatures reached during the failure. Broken retainers and worn and bent out of shape seals were 
found. Penetration of gritty particles, water and other corrosive agents and leakage of lubricant out of the bearing permitted by the 
worn seals was observed. It was concluded that overheating was caused by lubricant flow was permitted by wear of the labyrinth 
seals. Positive rubbing seals and MIL-G-81322 grease lubricant were found to have longer life than those with the labyrinth seals 
and mineral-oil-paste lubricant on testing under simulated environmental conditions and were installed as a corrective measure. 
Importance of dirt free supply and drainage of oil was discussed. 

Keywords: Ball bearings; Leakage; Lubricants; Overheating; Shafts (power) 

Material: Bearing steel (Alloy steel, general) 


Failure types: Rolling-contact wear; Pitting corrosion 


A large number of drive-shaft hanger bearings failed after 300 to 400 h in service. The bearings normally lasted 600 h or 
more. The shaft was made of aluminum 2024-T3 tubing 2.5 cm (1 in.) in diameter and 1.2 mm (0.049 in.) in wall 
thickness. The shafts were supported by labyrinth-sealed single-row radial ball bearings of ABEC-1 tolerances. The 
heal ings had spot-welded two-piece retainers and were lubricated with 1.5 ± 0.2 g of a paste-type mineral-oil lubricant or 
a grease conforming to MIL-G-81322. The lubricant contained molybdenum disulfide and polytetrafluoroethylene 
particles having a size of about 5 pm. The grease contained a thickening agent and synthetic hydrocarbons. 

Investigation. Examination of the failed bearings revealed that the rings were blackened, deformed, and smeared. The 
balls were embedded in the inner-ring raceway, which had been softened by the elevated temperatures reached during the 
failure. The retainers were broken, and the seals were worn and bent out of shape. 

Examination indicated that the following factors contributed to the failures: 

• Insufficient lubrication 

• Contamination of the bearings by gritty particles (dirt) 

• Intrusion of a corrosive agent (water) 

• Corrosion pitting of rings and balls 

• Contact-fatigue mechanisms 

Bearings that had been in service about 300 h were examined. These bearings exhibited light corrosion pits throughout the 
rings and balls. However, pitting occurred primarily in the areas of contact between balls and raceways. Areas 
surrounding these pits contained evidence of contact fatigue. The bearings were blackened by the high temperatures, but 
the amount of coke residue or burned lubricant was minimal. The seals exhibited wear, which had permitted penetration 
of gritty particles; water and other corrosive agents; and leakage of lubricant out of the bearing. 

Maintenance reports contained notes regarding grease slinging by these bearings. This was substantiated by the dry 
conditions of the failed bearings. 

New bearings were tested under simulated environmental conditions. Half of these bearings had labyrinth seals and were 
lubricated with the mineral-oil paste; the remainder had a positive rubbing seal and the MIL-G-81322 grease. The 
bearings with the positive rubbing seals and MIL-G-81322 grease lubricant had 30 to 100% longer life than those with the 
labyrinth seals and mineral-oil-paste lubricant. 

Conclusions. Wear of the labyrinth seals permitted the lubricant to flow out of the bearing and dirt and corrosive 
agents to enter, resulting in overheating. 

Corrective Measures. Bearings containing a positive rubbing seal and a MIL-G-81322 grease lubricant were 
installed. These bearings had satisfactory life. 

In certain applications, contamination problems require a change in the method of lubrication. Lor example, where bath 
oiling is used and considerable trouble is encountered with dirt, it may be advisable to change to circulation oiling. The 
lubricant can then be cleaned by passing it through a full-flow filter. Where dust, moist air, or acid fumes are a problem, 
changing to an oil-mist system may be beneficial. This type of system can maintain clean, dry air under positive pressure 
in the housing and thus prevent contaminants from entering. In all instances, passages for supply and drainage of oil must 
be free of dirt and other clogging debris. 

Related Information 


Lorms of Corrosion, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 761-795 
R. Ahmed, Rolling Contact Latigue, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p941-956 




Friction and Wear in a 24-Unit Speed-Increaser Gearbox 


From: R. Errichello, Friction, Lubrication, and Wear of Gears, Friction, Lubrication, and 1/1/ear Technology, Vol 18, ASM Handbook, 
ASM International, 2002. Originally published in Lubrication Engineering, Jan-April, 1990. Reprinted by permission of the Society of 
Tribologists and Lubrication Engineers. All rights reserved., p 535-545 


Abstract: In an industrial application, 24 speed-increaser gearboxes were used to transmit 258 kW (346 hp) and increase speed 
from 55 to 375 rev/min. The gears were parallel shaft, single helical, carburized, and ground. The splash lubrication system used a 
mineral oil without antiscuff additives with ISO 100 viscosity. After about 250 h of operation, two gearboxes failed by bending 
fatigue. Investigation showed the primary failure mode was scuffing, and the earlier bending fatigue failures were caused by 
dynamic loads generated by the worn gear teeth. Testing of a prototype gearbox showed that the failure resulted from several 
interrelated factors: the lubricant viscosity was too low causing high temperatures; no antiscuff additives were used; a gearbox 
designed as a speed reducer was used as a speed increaser (the designer selected a long-addendum tooth for the pinion); the gear 
teeth were not provided with a coating or plating to ease running-in; and the gears were not run-in properly under reduced loads. 
The case suggests that such gear failures can be avoided if designers and operators recognize that the lubricant is an important 
component of a gearbox and appreciate that gear design requires the consideration and control of many interrelated factors. 
Keywords: Bending fatigue; Gear boxes; Helical gears; Lubrication; Scuffing 


Material: Carburized steel (Alloy steel, general) 


Failure types: Fatigue fracture; Abrasive wear 


In an industrial application, 24 speed-increaser gearboxes were used to transmit 258 kW (346 hp) and increase speed from 
55 to 375 rev/min. The gears were parallel shaft, single helical, carburized, and ground. The splash lubrication system 
used a mineral oil without antiscuff additives with ISO 100 viscosity. After about 250 h of operation, two gearboxes 
failed by bending fatigue. The gear tooth profiles were so badly worn that determining the primary failure mode was 
impossible. Three other gearboxes with less service were selected for inspection. One had logged 15 h, and the other two 
had operated for 65 h each. Upon disassembly, no broken teeth were found, but all three gearboxes had scuffed gear teeth. 
The primary failure mode was scuffing, and the earlier bending fatigue failures were caused by dynamic loads generated 
by the worn gear teeth. Subsequent inspection of the remaining gearboxes revealed that all had scuffing damage, which 
probably had occurred immediately upon start-up because the loads were not reduced during run-in. 

Fortunately, a prototype gearbox had been run at one-half load for about 50 h. When these gears were inspected, no signs 
of distress were seen on any of the gear teeth. The tooth profiles were smooth with surface roughness. R q , estimated to be 
0.5 pm (20 pin.), and the contact pattern indicated 100% face contact. This gearbox was reassembled and run under one- 
half load until its oil sump temperature reached equilibrium at 95 °C (200 °F). For this application, the ambient 
temperature was in the range of 10 to 50 °C (50 to 125 °F). The center distance of the gears was 405 mm (16 in.) and the 
pitch line velocity was 120 m/min (400 ft/min). Referring to AGMA 250.04 (Ref 1), the recommended viscosity for these 
conditions is ISO 150 or ISO 220. 

Using the empirical equation (Eq), we obtain 


V40 ~ 


7000 
(400)° 5 


= 350 cSt 


(Eq 1) 


Hence, the empirical equation recommends a viscosity close to ISO 320. It is apparent that the viscosity that was 
originally supplied (ISO VG 100) was too low. 

The EHD film thickness was calculated with a special computer program (Ref 2). The gear bulk temperature was assumed 
to be 110 °C (230 °F), which is 17 °C (30 °F) hotter than the measured oil sump temperature. The following data for the 
ISO VG 100 lubricant was obtained from Fig. and : p 0 = 6.6 cP = 0.96 x 10 6 reyns and a = 1.02 x 10 4 in. 2 /lbf. 

Figure 1 shows a plot of the film thickness versus position on the pinion tooth. The minimum film thickness occurs low 
on the pinion tooth near the lowest point of single-tooth contact (FPSTC), where h min is 0.053 pm (2.1 pin.). The specific 
film thickness, based on R q of 0.5 pm (20 pin.) for both profiles, is A, = 0.073. Figure shows that the gears operate in the 
boundary lubrication regime. The program predicts that the probability of wear is >95%. 





Pinion roll angle, degrees 


Fig. 1 Plot of film thickness versus pinion roll angle for gear tooth geometry of a scuffed gearset. Minimum 
specific film thickness, A min , 0.073; probability of wear, >95% 

The contact temperature was also calculated with the program. The scuffing temperature for the ISO VG 100 lubricant 
was calculated with the equation for nonantiscuff mineral oils: 


T s = 146 + 59 In (100) = 418 °F 


(Eq2) 


Figure 2 shows a plot of the contact temperature versus position on the pinion tooth. The maximum contact temperature 
occurs high on the pinion tooth near the highest point of single-tooth contact (HPSTC), where T c is 226 °C (439 °F). The 
program predicts that the probability of scuffing is 63%. This is considered to be a high risk of scuffing. The relatively 
high-temperature peak near the tip of the pinion tooth was caused by the geometry of the gears. 



Pinion roll angle, degrees 

Fig. 2 Plot of contact temperature versus pinion roll angle for gear tooth geometry of scuffed gearset. 
Maximum T f , 226 °C (439 °F); scuffing probability, 63% 

The designer selected a long-addendunr tooth for the pinion. Fong-addendum pinions perform well in speed reducers, 
where they increase the amount of recess action and decrease the amount of approach action of the gear mesh. Because 
recess action is much smoother than approach action, long-addendunr pinions give speed smooth meshing characteristics. 
When operated as a speed increaser, however, the approach and recess portions of the gear mesh reverse, making a long- 
addendunr pinion rough running and vulnerable to scuffing. 

To explore the possibilities for reducing the scuffing risk, new gear tooth geometry was proposed with the pinion and gear 
addenda designed to minimize the flash temperature rise. The new gearset, analyzed with the program, assumed the 




lubricant was a mineral oil with antiscuff additives, with a viscosity of ISO 220, and with the following properties: po = 
10 cP = 1.45 x 10~ 6 reyns, a = 1.09 x 10 4 in. 2 /lbf, and 


T s = 245 + 59 In (220) = 563 °F 


(Eq3) 


Figure 3 shows that the film thickness increases to h min of 0.068 pm (2.7 pin.), and the specific film thickness increases to 
A, = 0.097. Figure shows that the gears still operate in the boundary lubrication regime; however, the probability of wear is 
reduced to 94%. Figure 4 shows that the optimized gear geometry reduced the maximum contact temperature to a T c of 
150 °C (302 °F). The combination of reduced contact temperature and the increased scuffing resistance provided by the 
higher viscosity mineral oil with antiscuff additives reduces the scuffing probability to <5%. 
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Fig. 3 Plot of film thickness versus pinion roll angle for gear tooth geometry that was optimized for maximum 
scuffing resistance. A min , 0.097; probability of wear, 94% 



Pinion roll angle, degrees 


Fig. 4 Plot of contact temperature versus pinion roll angle for gear tooth geometry that was optimized for 
maximum scuffing resistance. Maximum T f , 150 °C (302 °F); scuffing probability, <5% 

Typical of may gear failures, this example shows that several factors contributed to the failures: 


• The lubricant viscosity was too low 

• No antiscuff additives were used 

• A gearbox designed as a speed reducer was used as a speed increaser 

• The gear teeth were not provided with a coating or plating to ease running-in 

• The gears were not run-in properly under reduced loads 






Gear failures, as exemplified by this case history, can be avoided if designers and operators recognize that the lubricant is 
an important component of a gearbox and appreciate that the tribology of gearing requires the consideration and control 
of many interrelated factors. 
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Failure of Coal Crushing Plant Taper Bearing 

H.W. Walton, The Torrington Company 


From: H.W. Walton, Four Interesting Bearing Failures, Failure Analysis Techniques and Applications (Proceedings of the First 
International Conference on Failure Analysis), J.I. Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 


Abstract: Microstructural features in the shape of 'butterflies' in tempered martensite in an otherwise clean steel suggested an 
overload condition lead to premature spalling of a coal crushing plant taper bearing. Extensive rolling contact fatigue occurred 
because of the overload condition. The crusher was designed to handle soft lignite coals but had been used to crush hard deep- 
mined anthracite coals. 

Keywords: Anthracite; Crushers; Lignite; Loads (forces); Taper roller bearings 


Material: Carburized steel (Alloy steel, general) 


Failure type: Rolling-contact wear 


Metallographic evidence of microstructural features in the shape of 'butterflies' (Fig. 1) in an otherwise clean steel 
suggested an overload condition leading to premature spalling (Fig. 2). It was later determined that the crusher although 
designed to handle soft lignite coals had in fact been used to crush hard deep-mined anthracite coals. 



Fig. 1 Metallographic section from within the carburized case corresponds to a position 1.25 millimeters below 
the race surface. Magnification lOOOx 5% Nital Etch Matrix: Tempered Martensite Close examination of the 
butterfly wings revealed fine cracks (arrowed). 





Fig. 2 Section showing race surface. Extensive rolling contact fatigue has occurred due to the overload 
condition. 
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Fatigue Failure of a Chromium-Plated Crankshaft 

From: Fatigue Failure of a Chromium-Plated Crankshaft, British Engine Technical Report, Vol 3, as published in Source Book in 
Failure Analysis, American Society for Metals, 1974, p 165-169 


Abstract: The crankshaft of a 37.5 hp, 3-cylinder oil engine was examined. The engine had been dismantled for the purpose of a 
general overhaul and in the course of this work the crankpins were chromium-plated before re-grinding. The engine was put back 
into service and after running for only 290 hours the crankshaft broke at the junction of the No. 3 crankpin and the crankweb 
nearest to the flywheel. A typical fatigue crack had originated at a number of points in the root of the fillet to the web. In its early 
stages it ran slightly into the web but when it encountered the oil-hole it turned back into the pin. The shaft had been made from a 
heat-treated alloy steel. The thickness of the plating was approximately 0.025 in. and numerous cracks were visible in it, several of 
which had given rise to cracks in the steel below. The primary cause of failure of this crankshaft was the plating of the crankpins. 
The presence of the grooves alone would result in considerable intensification of stress in zones which are normally highly stressed, 
while the crazy cracking introduced a multiplicity of stress-raisers of a type almost ideal from the point of view of initiating fatigue 
cracks. 

Keywords: Chromium plating; Crankshafts; Pins; Stress concentration 


Materials: Heat-treated steels (Alloy steel, general); Heat-treated steels (Carbon steel, general) 


Failure type: Fatigue fracture 


On page 165 of Volume II of this series of Reports a case was reported of the failure by fatigue cracking of two 
chromium-plated Diesel-engine crankshafts. Another case of failure from a similar cause has since been investigated. The 
part concerned was the crankshaft of a 37-5 hp, 3-cylinder oil engine. The engine had been dismantled for the purpose of 
a general overhaul and in the course of this work the crankpins were chromium-plated before re-grinding. The engine was 
put back into service and after running for only 290 hours the crankshaft broke at the junction of the No. 3 crankpin and 
the crankweb nearest to the flywheel. 

Examination of the fracture surfaces showed that a typical fatigue crack had originated at a number of points in the root of 
the fillet to the web. In its early stages it ran slightly into the web but when it encountered the oil-hole it turned back into 
the pin. The crack had developed initially as a result of bending stresses but towards the latter paid of its course torsional 


stresses played an increasing part, the crack dividing into two, each orientated about 45° to the pin axis. Figure 1 shows 
the affected crankpin and Fig. 2 is a view looking down on the oil-hole and depicts the two cracks referred to above. 
Cracks were also present in the fillet of the pin to the opposite web, as indicated by the arrows in Fig. 1, and in a similar 
location in the crankpin of the No. 2 cylinder at its junction with the web adjacent to the centre main bearing; one 
extremity of this latter crack extended into the web itself. 





Fig. 2 

Two outstanding features were evident on visual examination. The first was the presence, adjacent to each of the fillets of 
the crankpin in which fracture had occurred, of a groove that tapered towards the fillet as indicated in Fig. 1. 
Superficially, these grooves gave the appearance of having been machined but closer examination revealed their surfaces 

to be in the “as-plated” condition. The groove remote from the fracture was approximately Sin. in width and fairly 
uniform throughout its circumference but the one in which the fracture occurred tapered from this width in the region of 

the origin to approximately 32in. wide diametrically opposite. Similar but less pronounced grooves were also present in 
the case of the other two crankpins. The second feature was the presence of a network of crazy cracking that was clearly 
visible to the naked eye and extended over practically the whole of the plated surfaces of all the pins. It was especially 
pronounced in the region of the oil hole in the pin that had fractured, as shown in Fig. 2. It will be noted that, as is to be 
expected, the fatigue cracks followed the line of the pre-existing crack network. 

In order to investigate the foregoing features microscopically, a specimen was cut from the V-shaped region between the 
cracks and the oil-hole, the surface prepared lying in a plane parallel to the pin axis. This revealed that the shaft had been 
made from a heat-treated alloy steel, the Brinell hardness being 269, which is equivalent to an ultimate tensile strength of 
about 60 tons per sq. in. The thickness of the plating was approximately 0-025 in. and numerous cracks were visible in it, 



several of which had given rise to cracks in the steel below. Figure 3 depicts a region where a crack of appreciable 
magnitude had developed in the steel, while Fig. 4 shows such a crack in a very early stage of development. 

Multiple cracks and 

FISSURES IN PLATING 



Crack extending 

INTO CRANKPIN 


Fig. 3 x 100 



Crack in plating 



Crack extending 

INTO CRANKPIN 


Fig. 4 x 500 

The portion of the web that was located at the base of the triangular piece from which the above-mentioned specimen had 
been taken was sawn off and a surface in the plane of the oil-hole prepared for macroscopical examination. This revealed 
that prior to plating the surface of the pin had been reduced in diameter, probably by grinding, and that after plating it had 
been finished to size by grinding. As the surfaces of the grooves at the junctions with the fillets, illustrated in Fig. 1, were 
in the “as-plated” condition, it was evident that they were not formed by the grinding operation, the most likely 
explanation being lack of “throwing power” of the plating solution in these regions. 

The primary cause of failure of this crankshaft was the plating of the crankpins. The presence of the grooves alone would 
result in considerable intensification of stress in zones which are normally highly stressed, while the crazy cracking 
introduced a multiplicity of stress-raisers of a type almost ideal from the point of view of initiating fatigue cracks. It 
seems unlikely that residual stress in the chrome deposit played any significant part in this failure, in which respect it 
differs from the one dealt with in the previous Report, because the crazy cracking would release the tensile stresses that 
normally arise at the time of deposition. This crankshaft would doubtless have failed in service in any event by virtue of 
the crazy cracking alone, but the grooves accelerated failure considerably. 


At the conclusion of the account of the case mentioned in the previous Report, attention was drawn to the fact that 
experience in the U.S.A. and elsewhere has shown very clearly that electro-deposition, especially with chromium, is liable 
to give rise to fatigue failures in service owing to the detrimental effects of such deposits on the endurance of parts so 
treated. 

The following extracts from a Ministry of Supply Specification dealing with chromium-plating of engineering 
components may be of interest to those readers who do not happen to be acquainted with it. The specification in question 
is entitled: “Hard Chromium Plating of Steel”—D.T.D. 916A (Superseding D.T.D. 916), December 1955, and the salient 
points which affect the service life of hard chromium-plated parts are summarised below: 

• ( a ) The process is for use primarily on carbon and low alloy steels which require a hard surface and is regarded as 
not applicable to steel parts of a hardness greater than 600 D.P.H. Such processing of highly stressed parts is 
subject to specific approval by the Design Authority. 

• (b) It is important to secure a good surface finish prior to plating. 

• (c) When the parts have been hardened and tempered to a tensile range not exceeding 65 t.p.s.i., or have been 
nitrided, no further heat treatment is normally required before plating. 

• ( d ) In the case of parts made from steel hardened and tempered to a tensile range exceeding 65 t.p.s.i., or which 
have been carburised, flame-or induction-hardened, or carbonitrided, it is preferable that these be heated at 130- 
200° C. (266-392°F.) for not less than 30 minutes and cooled in air before plating. This treatment is considered 
desirable for all ground components in order to prevent stress cracking on plating. 

• ( e ) The heat treatment requirements for high tensile steels to (1) eliminate hydrogen embrittlement and (2) 
minimise the reduction of fatigue strength due to plating, are conflicting. The heat treatment must therefore be 
selected to suit the particular' components, the following information being given for guidance: 

o (i) The fatigue limit of high tensile steel components may be markedly reduced by chromium-plating, 
o (ii) The fatigue limit is further reduced by heat treatment at temperatures commonly employed for 
eliminating hydrogen embrittlement, e.g. 130-200° C. (266-392° F.) 
o (iii) Heat treatment in the temperature range 440-500° C. (825-932° F.) largely restores the fatigue 
strength loss introduced by chromium-plating. These temperatures will normally be lower than the 
tempering temperature of the direct-hardening low and medium alloy steels. In general, therefore, no 
serious deterioration of mechanical properties will occur as a result of post-plating heat treatment in the 
range 440-480° C. (825-895° F.) 

o (iv) Chromium deposits suffer some permanent softening by heat treatment in this range for 1 hour but 
the residual hardness will be acceptable for many puiposes. The effect of heat treatment for 2-6 hours on 
the hardness of electro-deposited chromium is shown in the following table; for periods of heating up to 2 
hours the residual hardness is a function of time: 


Heat Treatment 

Residual Hardness 

Temperature °C. 

D.P.H. 

Nil (as deposited) 

800 - 900 

200 

Small drop 

400 

>650 

500 

600 

600 

420 

700 

300 




800 250 


• ( f) Post-plating heat treatment may be unnecessary for components which are not subjected to critical fatigue 
stresses in service or not susceptible to hydrogen embrittlement and may be omitted by agreement between the 
parties concerned. 

• ( g ) Parts other than those referred to in (/) and those that have been previously heated at 500° C. (932° F.) or 
higher, e.g. during tempering or nitriding, and in which some reduction in the hardness of the chromium can be 
tolerated shall, after chromium-plating and before grinding, be heat-treated at a temperature of 440-480° C. (825- 
895° F.) for not less than one hour and air-cooled, except as provided in (h). 

• (/?) For other steels and for any component where heat treatment in the above range would lower the hardness of 
the chromium to an unacceptable extent, post-plating heat treatment shall preferably be omitted except for such 
components as would thereby suffer by hydrogen embrittlement to an objectionable extent on chromium-plating. 
Such components should be heat-treated at 190-210° C. (375-410° F.) for not less than two hours, but it should 
be appreciated that this heat treatment further and markedly reduces the fatigue limit of the plated component. 

• (i) Flard chromium is rarely free from microscopic cracks; it should, however, be free from cracks which are 
readily visible to the unaided vision. 

In addition to the foregoing, the specification covers the initial cleaning, stopping-off, and final cleaning of parts; pre¬ 
plating etching; plating technique; inspection; and there is an Appendix dealing with the analysis of chromium-plating 
solutions. 
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Failure of a Large Gas Cylinder Due to Internal Laminar Defects 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: A 2 ft. diameter 20 ft. long cylinder with a wall thickness of 1 in. used for the transportation of a compressed gas failed by 
cracking. The cylinder was forged in a low ally steel. The working pressure was 3000 psi and it had been in service for about seven 
years. A longitudinal crack, about 2 in. long, developed at the approximate mid-length of the vessel, and allowed slow de¬ 
pressurization. Subsequent examination by radiography and ultrasonic means indicated the crack was associated with an irregularly 
shaped, laminar type of defect located within the wall of the vessel. It was concluded that failure of this vessel resulted from the 
development of a radial crack orientated in the axial direction. This appeared to have originated on the bore surface in a region 
where the laminar defect closely approached this surface. The defect was introduced during the manufacture of the vessel, probably 
originating as a secondary pipe in the ingot which was subsequently displaced and forced into the wall of the vessel during the 
piercing operation. 

Keywords: Gas cylinders; Radiography; Ultrasonic testing 


Material: Low-alloy steel (Alloy steel, general) 


Failure types: Transgranular fracture; Metalworking-related failures 


The presence of internal laminations constitutes an objectionable feature in the plates of vessels where heat transfer 
through the plates is required, particularly in the furnace rings of shell boilers. The laminations form an interruption to the 
heat path and instances are on record where overheating of the fireside surface has resulted, leading to subsequent failure. 
On the other hand, however, defects of this type which are wholly contained within the wall of an unfired pressure vessel 
and which lie in a plane more or less parallel to the surface are not usually considered to detract significantly from the 
ability of the vessel to withstand the stresses to which it will be subjected in service, nor to be detrimental to its safety; a 
vessel is often considered to be equally strong if made of separate plates of equivalent total thickness. 

Cases have been experienced in which the presence of a lamination served to initiate failure. These indicate that, where 
laminations are known to exist, their orientation as well as their size requires to be very carefully considered before the 




vessels concerned are approved for service, particularly if the defects do not lie completely parallel to the surface, but are 
slightly angled thereto. 

The problem of lamellar tearing beneath heavy fillet welds at “T” junctions is also related to the presence of internal 
laminations and stringers in the material, but is outside the scope of the present article. 

The second case relates to the failure by cracking of a cylinder used for the transportation of a compressed gas. The vessel 
measured approximately 2 ft. diameter x 20 ft. long, with a wall thickness of 1 in, and was forged in a low ally steel, the 
working pressure being 3,000 p.s.i. It had been in service for about seven years and had been filled and emptied 
approximately 1,100 times. 

A longitudinal crack, about 2 in. long, developed at the approximate mid-length of the vessel, and allowed slow de- 
pressurisation. The appearance of this crack on the external surface of the vessel is shown in Figure 1. On the internal 
wall, the crack followed an irregular path, as seen in Figure 2, and attained a length of 7 in. A small zone, situated at 
approximately the mid-length of the crack, had a rough appearance, suggestive of local corrosion. 



Fig. 1 Longitudinal crack on external surface of cylinder, (x 1). 
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Fig. 2 Crack on internal surface, (x 4 ). 

Subsequent examination by radiography and ultrasonic means indicated that the crack was associated with an irregularly 
shaped, laminar type of defect located within the wall of the vessel. The approximate relationship between it and the 
lamination is shown in Figure 3. The portion of crack which penetrated the wall of the vessel was situated partly within 
the area of the lamination and partly beyond it, and its limits are indicated by the letters A and B in the sketch and in 
Figure 2. 


















Fig. 3 Relationship of crack to laminar defect detected ultrasonically. 


The indications of the non-destructive testing were confirmed by cuts taken through the cracked region; two such sections 
are shown in Figures 4 and 5. these being taken on planes E/D and E/F, in Figure 3. It will be apparent from Figure 4 that 
the defect did not lie parallel to the cylindrical surface of the walls throughout its width and, in the region marked “X”, 
one portion of it closely approached the inner surface. Further, in this same location, a fine crack ran from the defect to 
the inner surface. This region corresponded to the zone on the internal surface of the vessel where the indications of local 
corrosion referred to above were evident. Several of the sections were subsequently broken open to expose a surface of 
the crack and the laminar defect, these being seen in Figures 6 and 7. Microscopical examination indicated that the crack 



Fig. 4 Transverse section on plane E/D. (x 2). 



Fig. 5 Transverse section on plane E/F. (x 2). 



Fig. 6 Appearance of crack through vessel wall, (x 2). 



Fig. 7 Section broken open showing one end of radial crack below laminar defect, (x 1). 

It was concluded that failure of this vessel resulted from the development of a radial crack orientated in the axial 
direction. This appeared to have originated on the bore surface in a region where the laminar defect closely approached 
this surface. The defect was introduced during the manufacture of the vessel, probably originating as a secondary pipe in 
the ingot which was subsequently displaced and forced into the wall of the vessel during the piercing operation. The 
appearance of the fracture, as shown in Figure 6, suggested that the initial crack (marked 1), having a dark, oxidised 
appearance, possibly developed at the time of forging or during the oil quenching or tempering operation which took 




place after the ends had been closed, thus rendering examination of the internal surface more difficult. The appearance of 
the remainder of the fracture indicated that extension probably occurred on at least two occasions, both in the axial and 
radial direction (as shown by the zones marked 2 and 3), culminating in ultimate penetration of the wall. Microscopical 
examination of these surfaces showed no evidence of striation markings and it was concluded that the extensions occurred 
by brittle cracking rather than by the gradual process of fatigue. The precise cause of the extension which led to final 
failure can only be surmised, but it was considered that thermal stresses, arising from the heat of compression, may have 
played a significant part. The results of notched-bar tests, with the notches orientated in the direction of development of 
the crack, were as follows: 

(a) 35 ft. lbs. 

(. b ) 59 ft. lbs.—fracture ran into lamination. 

It is therefore evident that the material possessed significant resistance to brittle cracking, and the fact that the vessel did 
not fail in a catastrophic manner is probably attributable to this feature. 

While it is evident that the greater application of ultrasonic testing in the future will serve to reduce, if not entirely 
eliminate, the amount of material introduced into service containing severe laminations, it is apparent that, when 
inspection brings to light such defects, their extent and form require to be ascertained before a decision can be reached as 
to the suitability of the material for service. Where defects do not run completely parallel to the plate surfaces but lie at an 
angle thereto, or if they should closely approach either surface, they should be the subject of special consideration, since 
planes of weakness of points of stress concentration can be set up at which brittle or fatigue cracking may be initiated. 
The experience also indicates that material required for a severe duty or important application should be inspected 
ultrasonically for the presence of defects of this form. 
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Failure of an Oil Engine Connecting Rod Arising from a Deposit of Weld Metal 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: One of the connecting rods of a vertical, four-cylinder engine with a cylinder diameter of 5 in. failed by fatigue cracking 
just below the gudgeon-pin boss, failure took place in line with the lower edge of a deposit of weld metal. The fracture surface was 
smooth, conchoidal, and characteristic of that resulting from fatigue. The origin of the major crack was associated with a crescent¬ 
shaped area immediately below the weld deposit. This showed brittle fracture characteristics and appeared to be an initial crack that 
occurred at the time of welding and from which the fatigue crack subsequently developed. The rod was made from a medium carbon 
or low alloy steel in the hardened and fully tempered condition. Evidence indicated that, following modification to the oil feed 
system, the rod which broke was returned to service with fine cracks present immediately below the weld deposit, which served as 
the starting-points of the fatigue cracks. Following this accident, the remaining three rods (which had been modified in a similar 
manner) were replaced as a precautionary measure. 

Keywords: Connecting rods; Lubrication; Repair welding; Weld metal 

Materials: Medium-carbon alloy steel (Alloy steel, general); Medium-carbon steel (Nonresulfurized carbon steel) 


Failure types: Joining-related failures; Fatigue fracture 


One of the connecting rods of a vertical, four-cylinder engine with a cylinder diameter of 5 in. failed by fatigue cracking 
just below the gudgeon-pin boss and the resulting damage, caused by the flaying of the lower portion of the rod after the 
failure, necessitated replacement of the complete upper portion of the crankcase and cylinder block, together with the 
liner and piston of the affected cylinder. 

The top end of the fractured rod is shown in Figure 1, from which it will be seen that failure took place in line with the 
lower edge of a deposit of weld metal. The surface of fracture was smooth, conchoidal, and characteristic of that resulting 
from fatigue. It was observed that separate cracks had broken out at the edge of the weld deposit, which then progressed 
across the rod, while at a later stage cracks also broke out from the opposite side of the rod, final fracture occurring at the 

_ 3 _ 

tips of the section flanges. The origin of the major crack was associated with a crescent-shaped area, 32in. deep, 
immediately below the weld deposit; this showed brittle fracture characteristics and appeared to be an initial crack that 
occurred at the time of welding and from which the fatigue crack subsequently developed. 




Fig. 1 Top end of connecting rod, showing weld deposit. 

A longitudinal section through the weld was prepared for macroscopic examination and is depicted, after etching, in 
Figure 2. The crescent-shaped zone below the weld deposit represents material which was heated above the critical 
temperature during the welding operation and which subsequently hardened due to the rapid abstraction of heat into the 

mass of the connecting rod. The depth of this zone was l6in. and, as revealed in Figure 2, it was associated with 
hardening cracks of the weld under-bead variety. Microscopical examination confirmed these indications and showed the 
hardened layer to have an acicular structure characteristic of martensite; Figure 3 includes some of the fine cracks 
associated with this zone. The unaffected material showed astructure consisting of fine spheroidal carbides in a ground- 
mass of ferrite, indicating that the rod was made from a medium carbon or low alloy steel in the hardened and fully 
tempered condition. 



Fracture |-Welo metal 



Martensite-J ^-Cracks 


Fig. 2 Section through weld deposit.(x 5). 




Fig. 3 Microstructure in hard zone, showing cracking, (x 500) 

Hardness measurements, using a diamond pyramid and a load of 3 kg., showed the following values: 


Unaffected Rod 

200 VPN 

Equivalent tensile strength 

44 t.p.s.i. 

Hardened Zone 

450 VPN 

Equivalent tensile strength 

100 t.p.s.i. 

Weld Metal 

180 VPN 

Equivalent tensile strength 

40 t.p.s.i. 


It was subsequently ascertained that the top end healings of the connecting rods in this engine were originally fed with oil 
from the bottom ends by means of external pipes earned along the side flutes in the rods. About five years prior to the 
mishap this method of lubrication was modified, the pipes being removed and the holes at the top ends of the rods sealed 
with deposits of weld metal, reliance being placed on lubrication by splash alone. Evidently it was not appreciated that the 
welding of steels used for components of this nature is likely to give rise to cracking, particularly where, as in this case, a 










small weld deposit is laid on to a mass of cold metal. The evidence indicates that, following the modification to the oil 
feed system, the rod which broke was returned to service with fine cracks present immediately below the weld deposit, 
which served as the starting-points of the fatigue cracks. The holes should, of course, have been closed by means of small, 
screwed plugs. Following this accident, the remaining three rods (which had been modified in a similar manner) were 
replaced as a precautionary measure. 

It is, perhaps, a little surprising that the rod ran satisfactorily for five years following the modification. This is probably 
attributable to the fact that the region just below the top end of a connecting rod is not normally subjected to severe tensile 
stresses. The company has examined other cases where oil pipes on similar rods have been attached by welding at about 
mid-length and in these cases failure has occurred very shortly after returning the rod to service, as the welds were in 
localities where tensile stresses due to bending are appreciable. 

The foregoing case is one more example of the mis-application of welding, which is so often responsible for the initiation 
of fatigue cracks in service. In some cases, welding can be applied successfully, but only if the class of material to be 
welded is known and the appropriate welding technique is carefully applied; in others (such as the one described) it is best 
avoided. 

Related Information 

Failures Related to Welding, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 156— 
191 
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Decarburisation 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: Decarburization of steel may occur as skin decarburization by gases either wet or containing oxygen, and as a deep on¬ 
going destruction of the material by hydrogen under high pressure. Guidelines are given for recognizing decarburization, and 
determining at what point cracks occurred. How decarburization changes workpiece properties and the case of hydrogen 
decarburization are addressed through examples. 

Keywords: Cracking (fracturing); Decarburizing 

Materials: Nitriding steel (Alloy steel, general); Manganese-vanadium steel (Manganese alloy steel); Silicon spring steel (Silicon 
alloy steel) 

Failure types: Intergranular fracture; Hydrogen damage and embrittlement; High-temperature corrosion and oxidation 


One reason for many damages is the decarburisation of steel. This may occur in two different forms, namely as skin 
decarburisation by gases either wet or containing oxygen, and as a deep going destruction of the material by hydrogen 
under high pressure. 

The reaction of the oxygen decarburisation takes place by the formation of carbon oxide on the surface. In slightly 
oxydizing atmospheres like wet hydrogen the velocity of decarburisation is determined by the diffusion velocity of carbon 
in iron, however in the presence of more oxydizing gases like oxygen or wet nitrogen the removal of the carbon oxides 
may be obstructed by the formation of scale and thus decarburisation will be stopped 1. So, if in view of its consequences 
a decarburisation should by all means be avoided, it is not advisable to perform a heat treatment in slightly oxydizing 
atmospheres as they can always generate in annealing boxes or protective gases with small amounts of air or moisture 
present. 

Flow does a skin decarburisation become evident to a metallographer? It can go so far that the carbon has completely 
disappeared at the outer edge. After DIN 17 014 this state is called ,,Auskohlung”. This form of a complete 
decarburisation with a steep transition to the core material is very likely to formate at low temperatures in the a- or (a + 
y)-area of iron (cases a and b in Fig. 1 and Fig. 2). When the decarburisation starts in the y-area and — during the 
procedure — passes through the (a + y)-area (case c in Fig. 1), the totally decarburised zone is followed by a partially 
decarburised transition zone (Fig. 2). The ferrite precipitated while passing through the (a + y)-area takes up a columnar 
structure. This form of abrupt decarburisation is usually not observed when annealing in gases producing scale, since 
there because of the hindrance by scale decarburisation at such low temperatures proceeds not at all or very slowly — as 
already mentioned above. An exception is made by steels with alloying elements, which cut off the y-area; thus the a- and 




(a + y)-area extend to elevated temperatures. To these steels belong for example the silicon spring steels and the A1 
alloyed nitriding steels (Figs. 3 and 4). When the whole decarburisation proceeds in the y-area, that is above 911°C in 
unalloyed steels (case d in Fig. 1), the carbon content goes over gradually — with or without a zone of unorientated ferrite 
— into that of core (Fig. 2). So it is possible from the structure of the decarburised zone to draw certain conclusions 
regarding the conditions for its formation. 
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Fig. 2 a). Edge structure of a steel with 0.73% C after 4 h annealing in wet hydrogen of 1 atm pressure, 
etched in picral, 100 x. 700° C. b) Edge structure of a steel with 0.73% C after 4 h annealing in wet hydrogen 
of 1 atm pressure, etched in picral, 100 x. 800° C. c) Edge structure of a steel with 0.73% C after 4 h 
annealing in wet hydrogen of 1 atm pressure, etched in picral, 100 x. 900° C. 



Fig. 3 Edge structure of a nitride plunger. Nitride layer peeled off because of decarburisation. Cross section, 
etched in picral. 100 x 



Fig. 4 Edge structure of a spring washer of silicon steel, broken ahead of time in a fatigue test. Cross section, 
etched in nital. 100 x 

For the examination of cracks it is important to know when or during which working process the crack has generated. To 
that, a hint may be given by the structure of the crack edges. If the crack is severely decarburized on the whole length 
(Fig. 5), it can be surely assumed that it did not generate during the last heat treatment like quenching or tempering but 
was already existent earlier and formated at the latest during wanning up for the final treatment. If in a hardened or 
tempered work piece a broad crack severely decarburised on the outside goes suddenly over into a dense, closed, not 
decarburised crack with a jagged path (Fig. 6), it is with great probability a hardening crack which started from a surface 
defect, like a rolling fold for example. But also the opposite case may occur, namely that a crack is scaled but not 



decarburised in its outer part, however not scaled but clearly decarburised in its inner branch (Fig. 7). As mentioned 
introductorily, here the scale which formated under heavily oxydizing conditions near the surface prohibited the 
decarburisation while the less oxydizing atmosphere in the narrow crack branch led to a decarburisation. If the 
decarburisation has proceeded up to the formation of a purely ferrite edge which passes over to the core structure 
abruptly, like in Fig. 7, it may be concluded that it came into existence at relatively low temperatures. Also then the crack 
can be a hardening crack which has been decarburised during tempering. 



Fig. 5 Longitudinal crack in a hardened and tempered bar of nickel-chromium steel, cross section, etched in 
nital. 10 x 


Fig. 6 Longitudinal crack in a hardened and tempered spring washer of silicon steel, cross section, etched in 
picral. 100 x 





Fig. 7 a). Cracks in hardened and tempered axle journals of manganese-vanadium steel, cross sections, 
etched in nital. 100 x. Branch of a long crack, b). Cracks in hardened and tempered axle journals of 
manganese-vanadium steel, cross sections, etched in nital. 100 x. Short crack. 

How are the properties of work pieces changed by skin decarburisation? A totally decarburised layer has a lower hardness 
and resistance to wear than the basic material. It is not at all or not so well hardenable (Fig. 8). The different 
transformation behaviour of edge and core may lead to tensions and as a consequence to distortions or cracks. During 
nitriding decarburised surfaces tend to peeling off (Fig. 3). The fatigue strength will be decisively decreased by skin 
decarburisation (Fig. 4). Thus fatigue failures in vibrating machine parts like springs caused by skin decarburisation are 
not a rarity 2, 3, 4. However the soft edge layer formated by oxygen or vapour decarburisation is not brittle or cracky. 




Fig. 8 Edge structure of a file blank, which remained too soft during hardening. Cross section, etched in nital. 
100 x 

Quite different are procedure and effect of a hydrogen decarburisation. The decarburisation of dry hydrogen is lower by 
one order of magnitude than of wet hydrogen 5. Decarburisation via the methane reaction under atmospheric pressure 
becomes only notable at temperatures beyond 1000°C 1. It is greatly favoured by an increase of the hydrogen pressure 
and thus by a rising dissociation of the hydrogen. At pressures from 100 to 1000 atmospheres, as nowadays common in 
technical hydrogenation processes, failures of the steel containers by hydrogen decarburisation must be taken into 
consideration from temperatures of little above 200° C on upwards 6, 7. 

The location of the decarburisation reaction during hydrogen attack is not the surface of the steel but any void, maybe a 
grain boundary, in the steel structure where the formated methane molecule can precipitate. The distances of carbon 
diffusion to the place of reaction are consequently very short ones. By the precipitation of methane the steel structure is 
burst apart. While without that the hydrogen penetrates rapidly into the steel by diffusion, it is now still easier for it to 
enter and also made possible to remove the reaction products. 

Corresponding to the altered reaction mechanism also the appearance of hydrogen decarburisation or hydrogen attack is 
completely different from that of decarburisation by oxydizing gases. The first thing to become visible is the bursting 
open of grain boundaries. The removal of a small amount of carbon is already sufficient. As an example Figs. 9 show the 
structure of a soft iron with 0.01% C before and after the action of hydrogen under 300 atm at 400 and 600°C 8. 
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Fig. 9 a). Change in structure by hydrogen attack, etched in nital. 200 x. Soft iron with 0,01%. C. Initial state, 
b). Change in structure by hydrogen attack, etched in nital. 200 x. Soft iron with 0,01% C. 100 h, 400°C, 300 
atu H 2 . c). Change in structure by hydrogen attack, etched in nital. 200 x. Soft iron with 0,01% C. 100 h, 600° 
C, 300 atii H 2 . 



From the structure of steels with a larger content af carbon attacked by hydrogen it can be recognized how the 
decarburisation from the grain boundaries to the core of the grains. Figs. 10 show that at a steel with 0.45% C. The 
hydrogen attack favourably follows the dendrite axes with little segregation or primary bands. The initiations of such a 
hydrogen attack cannot always be detected easily by metallographic means, particularly when the temperature was low 
and thus the carbon diffusion slow. 



Fig. 10 a). Change in structure by hydrogen attack, etched in nital. 200 x. Steel with 0,45% C. a). Initial 
state, b). Change in structure by hydrogen attack, etched in nital. 200 x. Steel with 0,45% C. 10.0 h, 400°C, 
300 atu H 2 . c). Change in structure by hydrogen attack, etched in nital. 200 x. Steel with 0,45% C. 100 h, 
600° C, 300 atu H 2 . 

Fig. 11 shows the inside view of a high pressure tube of 110 x 70 mm diameter. For five years it had been exposed to 
hydrogen attack of max. 260 atm. at max. 280°C and had become leak by cracking up in longitudinal direction. After 
bursting open the crack faces had that mat grey appearance which is significant for hydrogen attack. As proved from Figs. 
12 the crack is mostly intergranular. Already the unetched microsection (Fig. 12) reveals that the cohesion of the grains 
has loosened in the whole crack region. As could be expected from the low operation temperature the steel is only slightly 
decarburised. The hydrogen attack has greatly advanced. In the middle of the tube wall the structure is still heavily 
destroyed (Fig. 13) and even 3 mm away from the outer face the bursting open of grain boundaries can be recognized 
(Fig. 14). By loosening the structure the strength is decreased and all toughness data drop to a fraction of their original 
values. Fractures adopt the appearance of wood fibre structure and mat grey colour (Fig. 15). Similar to pickle attack, 
hydrogen attack can sometimes be externally perceived by the formation of blowholes which, however, are not filled with 



Fig. 11 High pressure tube burst by hydrogen attack. Inside view. 1 x 




Fig. 12 a). Cross sections, etched in picral. Intergranular crack. 100 x. Unetched, b). Cross sections, etched in 
picral. Intergranular crack. 100 x. Etched in picral. 



Fig. 13 Cross sections, etched in picral. Structure in the middle of the tube wall. 200 x 




Fig. 15 a). Change of the fracture of notched-bar impact specimen of a steel with 0,24% C by hydrogen 
attack, 2 x. Initial state, b). Change of the fracture of notched-bar impact specimen of a steel with 0,24% C by 
hydrogen attack, 2 x. 100 h, 400° C, 300 atu H 2 . c). Change of the fracture of notched-bar impact specimen of 
a steel with 0,24% C by hydrogen attack, 2 x. 100 h, 600°C, 300 atu H 2 . 

Hydrgoen attack can be prohibited by alloying the steel with elements which formate steady and hardly soluble carbides 
like chromium, molybdenum, vanadium or titanium 
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A Survey of the Causes of Failure of Rolling Bearings 

F.R. Hutchings 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Factors which may lead to premature roller bearing failure in service include incorrect fitting, excessive pre-load during 
installation, insufficient or unsuitable lubrication, over-load, impact load vibration, excessive temperature, contamination by abrasive 
matter, ingress of harmful liquids, and stray electric currents. Most common modes of failure include flaking or pitting (fatigue), 
cracks or fractures, creep, smearing, wear, softening, indentation, fluting, and corrosion. The modes of failure are illustrated with 
examples from practice. 

Keywords: Roller bearings 


Material: Rolling-bearing steel (Alloy steel, general) 


Failure types: Spalling wear; Rolling-contact wear; Fretting wear 


Introduction 

Ball and roller heal ings are precision-made articles subjected to rigorous inspection at all stages during manufacture and, 
if carefully fitted, adequately lubricated, and worked under conditions of speed and load that are within the manufacturer’s 
recommendations, should give trouble-free service throughout their expected life. Premature failure, which occasionally 
occurs, may be due to a variety of causes, for example, overload, poor maintenance, or adverse factors which arise in 
service. 

In the event of failure, it is advantageous to make a detailed examination of the bearing and the related circumstances in 
order to ascertain the cause so that the measures required to avoid a repetition can be taken. This article presents a brief 
survey of the more common modes of failure, these being illustrated, where possible, with examples from practice. 

Factors leading to failure 

The factors which, either singly or in combination, may lead to premature failure in service are as follows: 

• Incorrect fitting 

• Excessive pre-load during installation 

• Insufficient or unsuitable lubrication 

• Over-load 

• Impact load Vibration 

• Excessive temperature 

• Contamination by abrasive matter 



• Ingress of harmful liquids 

• Stray electric currents 

Modes of failure 

The deleterious effects resulting from the above factors may be tabulated as follows, though not necessarily in the same 
related order: 

• Flaking or pitting (fatigue) 

• Cracks or fractures 

• Creep 

• Smearing 

• Wear 

• Softening 

• Indentation 

• Fluting 

• Corrosion 

General 

If it is desired to carry out a detailed examination of a defective bearing, it is essential that, when it is removed from a 
shaft or a housing or is dismantled for further study, careful note be taken of the relative position and orientation of the 
parts, so that the location of damaged zones and other features which may be present can be related to loading conditions 
and other aspects; otherwise, an accurate and complete diagnosis may not be possible. 

Before discussing the characteristics of the various types of failure in detail, it is pertinent to mention that a rolling 
bearing does not have an unlimited life, this being a fundamental fact that does not appear to be generally appreciated. 
Even if a bearing is run under the recommended conditions of load, speed and lubrication, and is protected against 
adverse external influences which would otherwise tend to reduce its life, failure will ultimately result from the process of 
fatigue. 

When a bearing is loaded, elastic deformation occurs at the zones of contact between the rolling.elements (balls or rollers) 
and the races and, although the resulting stresses may appeal - to be compressive, they are associated with tensile and shear 
stresses just below the surface, and repetitions due to rotation of the heal ing ultimately lead to the initiation of fatigue 
cracks, and fragments of metal become detached to give the effect described as pitting or flaking. I may be mentioned in 
passing that this mode of failure is similar to that found on the flanks of gear teeth, where it is believed that the 
hydrostatic pressure of the lubricant which is forced into the initial cracks is a factor facilitating the detachment of small 
particles and the formation of the characteristic pits. 

While considering fatigue, it is interesting to note that experimental evidence indicates that a rolling bearing, considered 
as a composite whole, does not appear to possess a fatigue limit, such as is found with the materials from which it is 
constructed, i.e. a lower value of loading, below which failure will not occur no matter how many stress cycles are 
applied, does not exist. 

The results of numerous experiments show that the life of rolling bearings is related to the applied load by an inverse cube 
relationship, i.e. 


Life ■ 
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Load 3 


Life' 


1 


Load 3 


If, therefore, the load on a particular bearing is doubled, then its expectation of life is reduced by a factor of eight. This 
relationship is, of course, taken into account in the tables which are published by bearing manufacturers relating working 
loads to speed. The life of a bearing can only be approximated since, if a number of samples of a particular type of 
bearing are run under similar conditions, the usual statistical scatter in the life before failure will be shown. The nominal 
life is assumed to be the number of revolutions that 90% of these will endure before failure becomes evident. 

The load capacity of a bearing is governed by its dimensions, the properties of the material, and the number of rolling 
elements. The latter factor also controls the magnitude and the rate of repetition of the stresses which arise in the races. 
For instance, the value of the stresses bears an inverse, and the number of stress cycles a direct relationship to the number 
of rolling elements. Experiments have shown that the life of a bearing, as measured by the number of revolutions, is 
almost independent of speed. 



Flaking, also known as Fatigue, Pitting, Spalling, or Shelling 


As already mentioned, fatigue in a rolling bearing leads to a type of failure to which the term “flaking” is commonly 
applied and this will now be considered in greater detail. 

In general, the pits which precede flaking appeal - initially on one or other of the races rather than on the rolling elements. 
In the early stages, isolated pits are formed, but these rapidly join up in the plane of rotation, leading to the formation of 
lines or bands of confluent pits and to the progressive destruction of the tracks. The process of destruction is self- 
accelerating due to the fact that the’ pits themselves, and the particles of metal which become embedded in the tracks, 
lead to vibration and noisy running and the resulting impact loading at the edges of the pits produces further deterioration. 
In addition, the presence of the metallic particles in the lubricant serves to increase the general rate of wear. 

By way of an illustration of this form of deterioration, Figure 1 depicts the onset of pitting on one track of the outer race 
of a large spherical roller, self-aligning bearing, and Figure 2 shows a similar race of another bearing of the same type in 


which flaking led to the complete destruction of both running tracks. 



Fig. 1 Onset of flaking in a roller bearing. 





Fig. 2 Severe flaking in a roller bearing. 

Evidence of fatigue, as a general rule, is shown initially by the outer race of a bearing. For instance, with a horizontal 
shaft earned in bearings at both ends, the inner races rotating with the shaft while the outer races are stationary, the 
direction of loading is radial and the region of the highest stress in the races occurs at the lowermost, or 6 o'clock position. 
These zones will be subjected to a cycle of maximum stress every time a rolling element passes over them, but on the 
inner race, due to its rotation, the zone of contact and region of highest stress will move progressively around the race and 
a different rolling element is, of course, involved at every stress cycle. In circumstances where the outer race revolves and 
the inner is stationary, the converse is true and, for the same r.p.rn., a heal ing used in this way has a lower life expectancy 
than one used in the former manner. 

The location of flaking on a race often provides information regarding the causative factors. Ideally, the load in a roller 
bearing should be uniformly distributed across the rollers and tracks, and flaking in a narrow ring in a plane 
corresponding to one end of the rollers would be indicative of grossly uneven loading, and would suggest that the axes of 
the two races are not parallel to each other. Flaking which is restricted to one portion of the circumference of a race may 
arise from overloading due to dead weight, excessive belt tension, gear tooth reaction, or mal-alignment of driving 
couplings, and these possibilities should be investigated when trouble of this form is found. In cases of failure of this type, 
an extension of the service life may be obtained by partially rotating the outer race at appropriate intervals, shorter than 
those at which flaking was found to occur. 

As a further example, Figure 3 depicts the outer race of a self-aligning type of bearing having a double row of balls. Such 
a bearing finds many applications in practice, since the plane of rotation of the inner race can tilt relative to the plane of 
the outer race, enabling the bearing to compensate for slight shaft deflections or lack of parallelism between the housings 
and the shaft axis, or between the housings supporting the bearings at the opposite ends of the shaft. It will be seen that 
pitting and flaking has developed, to a pronounced degree, in a fairly uniform manner round the circumference on one 
ball track, the other showing only a slight polish. It is evident, therefore, that this bearing has been subjected to excessive 
axial thrust which has served to increase the load on one track with a corresponding reduction on the other. Failure of 
bearings of this type, from this cause, is often encountered in practice for they cannot accommodate axial thrust forces as 
can, for instance, roller bearings. 





Fig. 3 Flaking on one track of self-aligning type of ball bearing. 


Shaft bearing assemblies required to withstand a fair amount of thrust usually embody bearings arranged in opposition 
which are adjusted initially to a certain degree of preload. An excessive temperature rise in service can result in an 
increase in the preload, as a result of thermal expansion of the shaft, and may lead to failure by flaking. 

Flaking at local spots, which are not regions normally subjected to the highest load, may be due to distortion of the race 
from a true circular shape. Such local damage is often shown by outer races, held in housings which are split on a centre 
line, and inaccuracies resulting from machining, or deflections due to excessive tightening of the bolts, can result in race 
distortion. It is therefore essential that housings of this form embody dowelling or other devices to ensure that they can be 
reassembled only in the position in which they were machined. Local flaking of the inner race may result from distortion 
due to out-of-roundness of the shaft. Examples are on record of local damage to an outer race being traced to the presence 
of swarf or other extraneous matter trapped between it and the housing during assembly. This results in local deflection of 
the race, giving a high spot which becomes subjected to abnormally severe stresses in service. 

In other instances, flaking damage may be found at a number of locations distributed round a race at intervals 
corresponding approximately to the distance between the balls or rollers. In these cases it may be assumed that flaking 
was initiated at indentations (so-called Brinelling) produced by impact at the time the bearing was fitted, or from the 
effect known as “Stationary indentation” which is discussed later. Figure 4 illustrates a portion of an inner race of a deep 
groove ball bearing on which flaking of this form has developed, the most seriously affected zones, as marked by the 



arrows, corresponding very closely to the pitch of the balls 


Fig. 4 Flaking related to pitch of balls. 






It is occasionally found that flaking occurs at a location where consideration of the conditions suggests that the operating, 
stresses were not a maximum. In these instances, it is possible that local stress-raisers in the nature of surface markings or 
inclusions in the material have served to initiate fatigue failure. 

Fretting-corrosion on the external cylindrical surface of an outer race is not uncommon and it is essential to examine 
defective bearings for evidence of this effect, since local flaking of a track is often found to be associated with it. This 
form of damage shows itself as black or reddish-brown areas and a typical example is depicted in Figure 5. It arises from 
minute, inter-facial movements between surfaces in contact, the resulting attrition leading to the production of fine 
metallic detritus which, being very reactive, quickly oxidises to give the characteristic red corrosion product associated 
with this effect. The affected areas on both race and housing will be found to be of identical shape. In a like manner, 
frettage on the bore of an-inner race may be due to relative movement in service, between it and the shaft; in such 
instances, the fatigue strength of the shaft may be adversely affected. 



Fig. 5 Fretting corrosion on outer face. 

Flaking troubles do not usually show on the rolling elements themselves but, where isolated examples are found, they 
may be due to the initiation of fatigue cracks at local inclusions. Metallurgical examination, in such instances, seldom 
provides confirmatory evidence, this being due in part to the difficulty associated with sectioning and preparing 
specimens from the hardened components and also to the fact that, in many instances, the damage has developed to such 
an extent that the site of the original fatigue crack has disappeared. 

Where surface pitting and flaking troubles are encountered, it is sometimes difficult to ascertain whether the effect has 
arisen from normal loads — the bearing having completed its anticipated life — or from an excessive load over a shorter 
length of time since, as was mentioned earlier in this article, all bearings may be expected to fail ultimately in this 
manner. In these instances, a very careful appraisal of the loading conditions in relation to the length of service is 
necessary before a decision can be reached. 

A consideration of flaking is not complete without reference to the effect of water in the lubricant, since it is known that 
its presence can accelerate failure from pitting. In laboratory experiments, the mean life of balls under test was halved by 
gross contamination of the lubricant by water during the running period and, in a converse manner, the removal of the 
small quantity of water normally present in an oil produced an increase in the mean life of approximately 10%. The 
reason for the phenomenon is not entirely understood, but it may well be that an element of corrosion fatigue is involved. 
In the bearings shown in Figures 1 and 2, premature failure in service was attributed to contamination of the lubricating 
oil by water, the bearings being used to support steam-heated rollers in a papermaking machine. 




Cracks and Fractures 


Cracking of a major order in races and rolling elements takes several forms and is due to a number of causes. Although it 
can result from fatigue, the mechanism differs from the very localised fatigue cracking which causes pitting and flaking. 
Circumferential cracks which develop in the outer race of a bearing may be indicative of a lack of uniform support from a 
housing which is not truly cylindrical but is of a barrel or hour-glass form. Under these conditions, flexing can take place 
under load, leading to the development of fatigue cracks which, in a ball bearing, are usually found at the bottom of the 
ball groove. This form of cracking ultimately leads to the race separating into two or more pieces. 

It is not uncommon for cracking of an inner race to occur in service. This generally takes place in an axial direction and 
may be due to an abnormally high hoop stress resulting from an excessive interference fit on the shaft. On the other hand, 
a slack fit can lead to relative movement between the race and shaft, giving rise to radial cracking on the end faces, an 
effect which will be discussed under “Creep”. 

Cracking of any or all the components of a bearing can result from gross overloading. In these instances, it may be 
associated with other effects such as overheating, wear, and flaking. Fatigue cracks of a major order are sometimes 
initiated at zones showing surface pitting and flaking; in other instances, they may start from regions where there is 
evidence of fretting-corrosion, it being well known that this phenomen has an adverse effect on fatigue endurance. 

Cracks, leading to the detachment of small portions of roughly semi-circular shape from the retaining flanges of roller- 
type bearings, may be due to excessive loading arising from incorrect assembly and dismantling procedures, to general 
abuse in service, or to abnormally severe impact in an axial direction, the ends of the rollers being brought into heavy 
contact with the adjacent portion of the flange. 

Fracture and/or cracking of balls and rollers is occasionally observed. Balls generally fail by splitting across to give 
portions of approximately equal size, as seen in the examples on the right-hand side of Figure 6. Occasionally, conchoidal 
markings may be seen on the fracture faces indicating that failure resulted from fatigue; the origin of the cracks is often a 
zone on the surface where incipient flaking has taken place. 



Fig. 6 Modes of failure of balls. 

A similar form of failure is shown by rollers, the corresponding portions of three fractured rollers being depicted in Figure 
7. In this failure, most of the rollers were found to have fractured axially in the manner shown at X and Y to give two 
equal portions, but others, although extensively cracked, were still intact. The fracture surfaces indicated that the region of 
final rupture was of approximately circular form, situated on the central axis of the rollers adjacent to one of the end 
faces. When the cracked rollers were broken open, they displayed similar characteristics, as shown in the example marked 
Z. In this roller, the uncracked zone, shown bright in the photograph, also extended as a narrow rim along the adjacent 
end face. 





Fig. 7 Failure of rollers by fatigue cracking on diametrical plane. 

The basic cause of this particular form of cracking is not obvious, but it most likely arose from gross overloading both in 
the radial and axial directions. It is clear in this case that the rollers were subjected to considerable end thrust, one face 
being forced into heavy contact with one of the flanges of the inner race, resulting in smearing and wear to the extent 
shown by those marked X and Z. Although, in these two rollers, the zone of final fracture was located adjacent to the 
smeared end, this was not true of all the cracked rollers, since as shown by roller Y, the area was situated near to the 
opposite end face. In addition, it will be seen that considerable damage had taken place at the “corners” of the rollers and, 
in the example shown at Y, a second major fatigue crack had broken out at 90° to the principal one. 

On occasions an unusual form of cracking is experienced, and the results of the examination of service failures over the 
years has revealed a tendency for rollers to fail in the complex manner shown in Figure 8. These rollers were of various 
sizes, from bearings operating under different conditions, and failure occurred by fatigue cracking in a diametral plane 
and also in a helical direction at 45° to the axis of the roller. The pattern of cracking was symmetrical, a second, helical 
crack being present on the remote side of the rollers, as shown in the example C. It was evident from the polished state of 
the fracture that the roller had operated in this condition for some considerable time. 



C 


Fig. 8 Complex mode of failure of rollers. 

Detailed examination failed to locate the origin of the cracks with certainty. It would appear, however, that cracking in the 
diametral plane developed first, the cracks turning when they reached the opposite edge of the roller to proceed in a 
helical direction. The cracking probably developed as a result of excessive compressive loads which would be associated 
with tensile stresses on an axis at right-angles to the direction of loading but, in addition, the helical cracks indicate that 
torsional stresses were involved. In theory, a roller should not be subjected to stresses of the latter form, but they could 
arise under certain conditions of mal-alignment or in a bearing having inherent dimensional discrepancies, particularly if 
the load on the inner and outer races was earned by opposite ends of the rollers. It is possible that the failure of the ball 
depicted at A in Figure 6 may have resulted from stressing of a similar complex form. The other rollers associated with 
that indicated at A in Figure 8 were subjected to magnetic crack detection and ultrasonic examination, no cracks being 
disclosed either at the surface or within the roller. 



In all these examples of failure of rolling elements, both ball and roller, it is evident that the operating conditions led to 
the continued development of the fatigue cracks which broke out originally rather than to the initiation of further ones; the 
examples pose interesting problems in stress analysis. 

Creep 

This term, when applied to bearing troubles, is used to describe an effect whereby relative motion takes place between a 
race and its shaft or housing. It is seen principally on the inner race and may be due to this being initially slack on the 
shaft as a result of fitting errors, or to elastic deformation from either abnormal loads or severe out-of-balance in service. 
Under creep conditions, the assembly behaves as a friction gear, rotation resulting from the very slight difference in the 
circumference of the shaft compared with that of the inner race. Creep may also be promoted in thrust bearings if the 
shoulder against which the race abutts is not square with the shaft. The relative motion which occurs leads to the 
production of heavy score marks and to the development of polished zones, both in the bore of the race and orb the shaft. 
The end face of the race, which is in frictional contact with the shoulder on the shaft, shows a characteristic scuffing 
effect typified by heavy circumferential score markings and, in severe cases, by short, radial cracks. The effect is similar 
to local seizure and it is considered that the cracking arises from the thermal stresses induced by intermittent local 
heating. In some instances, cracks can extend completely through the race, as shown in Figure 9. The crack, which in this 
example has the appearance of a saw-cut, developed in a region where severe scuffing was present on the end face of the 
race and internal stresses within the race caused the crack to open in the manner illustrated. 



Fig. 9 Cracking in region showing evidence of creep. 

Scuffing effects, in addition to those resulting from creep, may occur if the heal ing locks solid. They may be shown by an 
outer race, particularly if the bearing rotates as a whole, and generally a high polish is produced on the outer cylindrical 
surface. 

Smearing 

Since the effects of creep are sometimes indistinguishable from those resulting from smearing, it is logical to consider this 
aspect next. “Smearing” is used to describe the effect produced on the rolling surface by skidding of the elements, 
resulting in a matt appearance of the track. One of the most prevalent causes of skidding is hardening of the grease 
lubricant due to deterioration or contamination by dirt or other foreign matter. The rotation of the balls or rollers within 
the cage may be effectively prevented and, in some instances, the bearing can lock to such an extent, for example, that it 
will prevent rotation of an electric motor when it is switched on. 

Skidding of the rollers, leading to smearing, may also occur in a bearing if wear has taken place to a degree sufficient to 
permit skewing of the rollers so that their axes of rotation are no longer parallel to that of the shaft. Smearing may 
frequently be observed on the end faces of rollers as a result of sliding contact between them and their retaining flanges, 
and a characteristic cycloidal pattern is developed, as is illustrated by the end of the roller marked X in Figure 7. In roller 
bearings, the fundamental function of the end flanges on one or both races is to guide the rollers but, in some 
circumstances, heavy end thrust can develop, this being due to the tendency for the rollers to skew slightly and follow a 
helical path round the inner race, causing one end face to make heavy contact with the flange. Similar conditions arise if, 
due to errors in alignment, an outer race is not truly parallel with an inner. It is the tendency for smearing to occur, and 
not the ultimate fatigue properties of the material, which limits the amount of thrust loading that can be withstood by the 
type of roller bearing fitted with flanges on both races. Before leaving the subject of smearing, it is pertinent to mention 
that, in some instances, smearing of the cage material on to the races or rolling elements can occur, this generally being a 
consequence of lubrication failure. 


Wear 


Although bearings of the type under consideration are designed on the principle of rolling, rather than sliding contact and 
the frictional effects are low, they are, nevertheless, not negligible and lubrication is essential. It is axiomatic that, if a 
bearing is adequately and correctly lubricated, wear should not occur. In practice, however, the ingress of particles of 
dust, abrasive matter, or fluids will initiate wear, causing an increase in the running clearances of the various parts of the 
heal ing which may lead to noisy operation. 

In most cases, wear in a bearing is shown initially by the cage. Friction normally occurs at the zones of contact between 
the cage and the rolling elements and, when lubrication breakdown occurs, cage wear is found at these locations and on 
those portions which ride on the retaining flanges of the races. In the typical example of cage wear seen in Figure 10, the 
wear was most pronounced on one side, and this may have been due in part to the fact that if, by chance, wear took place 
on one portion of the cage, it would tend, under the influence of gravity or centrifugal force, to take up a position slightly 
off centre, thus intensifying the effect. 




Fig. 10 Severe local wear of cage. 

Lubrication. A discussion of wear leads inevitably to a consideration of lubrication. As mentioned earlier, lubrication, 
whether by oil or grease, must be provided, not only to counteract friction, but also to give protection against corrosion. It 
also assists in cooling the bearing and helps to prevent the ingress of foreign substances, solid or liquid, which could have 
an adverse effect on bearing life. On the other hand, it has been found that an excess of grease in a bearing may have a 
deleterious effect. Churning of the lubricant, by motion of the cage, causes frictional heating and the consequent rise in 
temperature can lead to the grease running out or suffering deterioration. 

It is usually recommended that a bearing should be packed from one half to two-thirds full, space being left to 
accommodate the grease displaced by the moving cage. Grease that has hardened as a result of oxidation will tend to 
prevent rotation of the balls or rollers, as previously explained in the section dealing with smearing. In certain 
circumstances, it may break down to give acid products likely to cause corrosion. 

Softening 

The maximum permitted temperature in a bearing is generally quoted as being of the order of 250°F. A rise in 
temperature, if undetected, may lead to failure of the lubrication medium and to ultimate seizure of the bearing. Gross 
over-heating in excess of the temperature at which the hardened rolling elements and races were tempered during 
manufacture, will result in the rapid softening of these parts with subsequent plastic deformation. On occasions, if the 
applied torque is sufficient to overcome the inherent resistance of a seized bearing or, alternatively, causes the shaft to 
rotate within the inner race, the heat generated may result in temperatures approaching a dull red heat, leading to loss of 
strength of the shaft followed by rapid failure from shear. 

The following failures illustrate the degree to which Plastic deformation of overheated bearing components can occur in 
practice. 

• (a) Figure 11 depicts the wear and deformation in a roller bearing that resulted from the displacement of the inner 
race relative to the outer. It is apparent that softening of the rollers occurred and that the intensity of the load 
caused the extrusion of a fin on the rollers in line with one edge of the outer track and the formation of a 
corresponding groove in the track of the inner race. In the illustration, the cage has been removed and the outer 





race sectioned in order to show the relative position of the components. In this case, there were reasons for 
presuming that the bearing had be6n subjected to an abnormal, radial load which was responsible for the initial 
loosening and displacement of the inner race on the shaft and for the damage which ultimately developed. 

• ( b ) Overheating and excessive axial thrust in a ball bearing resulted in the displacement of one side of the inner 
race in the manner and to the extent depicted in Figure 12, the underside of the rolled-over lip reproducing the 
form of the shaft at this location. 

• (c) The temperature attained by the inner race of the roller bearing seen in Figure 13 sufficed to permit plastic 
deformation in the direction of rotation to occur at every roller location, the end faces of the rollers also being 
rounded off in the manner shown in the same photograph. 

• ( d ) Failure of a roller bearing culminated in overheating, leading to plastic distortion of the rollers and 
disintegration of the cage, as shown in Figure 14. Material from the rollers had been rolled and smeared on to the 
track of the outer race and on to the retaining flanges of the inner one—see Figure 15. A large proportion of the 
debris removed from the bearing was found to be magnetic, indicating that this also originated from the rollers. 



Fig. 11 Damage following displacement of race. 



Fig. 12 Section of race showing severe plastic deformation. 






Fig. 13 Deformation of race and roller. 



Fig. 14 Showing Plastic distortion of rollers and disintegration of the cage of a roller bearing. 



Fig. 15 Material from rollers smeared on to cage. 




The lower portion of the housing for this heal ing incorporated a shallow oil bath for lubrication purposes, this being fed 
from a constant level reservoir device of the “chicken-feeder” type. After several similar heal ing failures had been 
experienced, detailed examination of this device revealed that the necessary air inlet holes in the casting had not been 
fully drilled so that, once the initial quantity of oil in the housing had been used up, it could not be replenished from the 
reservoir. 

Indentation 

Under this heading it is necessary to consider indentations of several forms, arising from different causes: 

• (a) Shallow markings having a random distribution on the rolling tracks 

These arise, in the main, from the rollingin of particles, either detached from the track at the onset of flaking 
trouble in the bearing itself, or of an extraneous origin. 

• ( b ) Well-defined indentations spaced at a uniform pitch 

Such markings are generally due to the balls or rollers having been inadvertently forced into the races. They often 
arise from the use of careless or incorrect procedures when withdrawing or installing a race, the force required 
being applied indirectly through the balls or rollers instead of directly to the race itself, or from the careless 
handling of plant in transit, particularly where impact loading has been sustained. Similar, regular markings may 
be produced on roller races as a result of the bearing being forcibly assembled with the axis of one race at a slight 
angle to the other. These effects—to which the term “Brinelling” is sometimes applied—if not seen, usually 
manifest themselves by noisy running in service. 

• (c) Shallow indentations in the races which, in the main, correspond to those regions in contact with the rolling 
elements when the bearing is stationary 

These are indications of the phenomenon known as “stationary indentation” or “false brinelling” which is related 
to the form of damage detailed under (b) but which arises from a different cause. It does not occur during normal 
running, but is found in bearings of plant which is subjected to vibrations while at rest. In the example shown in 
Figure 16, fairly deep grooves having a corroded appearance were produced at roller pitch intervals, indicating 
that significant motion between the parts did not take place during the period of development. In the bearing 
illustrated in Figure 17, the larger number of indentations that are present suggest that angular displacements 
occurred between the periods during which the stationary indentation developed. In addition, the indentations 
have a slightly tapered form which suggests that the axis of this race was not truly parallel to that of the other, 
either as a result of installation errors or of shaft deflection under dead weight. In the further example shown in 
Figure 18, the damage developed during the three weeks which followed the renewal of the bearing. 








Fig. 18 Further examples of "Stationary indentation." 

There are several features which enable stationary indentation to be distinguished from that discussed under ( b ). It is 
found on those regions of a bearing which are subjected to the heaviest loads, for example, at the 6 o’clock position in one 
supporting a horizontal shaft; the effect diminishes in a fairly regular manner on either side of this zone. 

Stationary indentation, although mostly found, in plant on stand-by duty which is subjected to vibration from nearby 
running machinery, has also been found to occur during transit and, for reasons which will be apparent on reflection, rail 
transport is more conducive to this form of trouble than carnage by road. Transport by sea does not guarantee immunity, 
particularly where pronounced vibrations from Diesel engines may be present. It has also been found in the roller bearing 
axle-boxes of railway wagons which have been standing for some time in sidings and subjected to vibrations from passing 
trains. 

In many instances, the occurrence of stationary indentation remains unsuspected until the machine is started up, when 
noisy running will at once be evident. The phenomenon is thought to be a manifestation of fretting-corrosion, to which 
reference has previously been made. The minute movements, initiated by vibration, cause attrition of the surfaces in 
contact and the fine particles produced, rapidly oxidise and result ultimately in the production of the characteristic 
grooves, the oxide acting as an abrasive. 

In bearings of stand-by equipment it may be necessary to arrange for continuous slow rotation of the particular shafts, 
while other plant is running, in order to avoid trouble from this cause. In other cases, where the occurrence is only of a 
mild nature, a change to a bearing having a larger number of rolling elements or to one of the needle type may effect a 
cure, due to the fact that, for a given angular rotation of a shaft resulting from vibration, slightly greater movements of the 
elements relative to the race will take place, and these may be in excess of those at which stationary indentation develops. 
When equipment is to be transported, preventative measures such as the following should be adopted. The plant may be 
dismantled; the rolling bearings could be removed and temporary wooden packings fitted in their place; clamps could be 
employed to lock rotors of electric motors rigidly to the frames and, at the same time, relieve the bearing of the dead 
weight load. In other instances, the machinery could be packed so that the axis of the rotating portion is in the vertical 
plane, thus preventing damage from stationary indentation. 




Fluting 


This mode of failure, to which the descriptive term “washboard effect” is sometimes applied, may be confused with that 
due to stationary indentation. The appearance of this form of damage is illustrated in Figure 19, which shows the outer 
race of a roller bearing on which a regular pattern of shallow grooves across the roller track has developed to give a 
slightly rippled surface. Figure 20 shows failure from a similar cause on the outer race of a ball bearing. 



Fig. 19 


Fluffing" of outer race of roller bearing. 





Fig. 20 "Flutting" of outer race of ball bearing. 

The effect may be due to a periodic vibration, linked with the rotational speed of the shaft and the number of rolling 
elements, but, more usually, it arises from the passage of an electric current through the bearing. In these circumstances, it 
is considered that arcing takes place on the trailing edges of the rolling elements to result in local vapourisation of metal 
and the production of craters and pits. This spark-erosion effect frequently gives rise to rapid vibrations which assist in 
producing the characteristic effect. In some instances, it is possible, under high magnification, to observe the burnt or 
fused metal associated with individual craters. The effects of the passage of an electric current are usually shown by the 
races but may, on occasions, be found on the rolling elements, particularly if sparking occurs while the bearing is 
stationary. 

If fluting is found in rotating electrical machinery, it is reasonable to suspect that it has resulted from the passage of 
electric currents such as may be associated with defective insulation or induction effects. Remedial measures, to eliminate 
such shay currents, include the incorporation of insulation within the bearing housings or at the bearing pedestals and, in 
other cases, the use of suitable short-circuiting connections between the races. 

Corrosion 

Corrosion of any or all components of a bearing can result from the ingress of water or other liquid, or from deterioration 
of the lubricant. The formation of deleterious oxidation products in a grease has already been discussed when considering 
the causes of wear. 

General corrosion of the hardened surfaces often takes the form of minute pitting which leads to noisy running and 
provides surface discontinuities from which fatigue cracks, leading to failure by flaking, can start. Corrosion of bearings 
can take place during standing periods or even when being stored although, if modern packaging methods are adopted, 
trouble from the latter cause should not arise. 




The outer race shown in Figure 21, was taken from a pump shaft bearing which had been standing for two years. During 
this period, the grease had hardened to the extent that it could be lifted out as. a complete ring. Such corrosion may not be 
externally visible and, as in this case, may only show itself subsequently by noisy running. In this connection, it is 
generally recommended that the protective lubricant in which the bearings have been packed by the manufacturers should 
not be removed unless, in the case of very small bearings, it is felt desirable to replace the lubricant by one of lower 
viscosity. The presence of a small quantity of moisture in a lubricant, although perhaps not sufficient to cause general 
corrosion, may result in a lowering of the fatigue endurance of a bearing race, as was discussed on page 59. The particular 
form of surface deterioration known as fretting-corrosion has been mentioned under “Flaking”. 



Fig. 21 Corrosion during standing. 


Conclusions 

In this article, the most common modes of failure of rolling bearings have been described and illustrated. The particular 
causes responsible for such failures have, of necessity, been dealt with separately but, in practice, it must be realised that 
several adverse factors may operate simultaneously or successively, thus adding considerably to the task of making an 
accurate diagnosis in any particular instance. In order to provide the best chance of ascertaining the cause of failure, it is 
of paramount importance that a defective bearing he examined at the earliest possible stage; otherwise, if it is allowed to 
run in a damaged condition, the particular features which could have permitted the diagnosis of the cause may become 
obliterated. The value of this counsel is illustrated in the case of the heal ings shown in Figures 1 and 2, where 
identification of the cause of failure of the race shown in Figure 2 would have been very difficult if the other, similar race, 
seen in Figure 1 in a less advanced stage of deterioration, had not been available for examination. 

The first indication of bearing failure is usually provided by the development of excessive noise during running; this is 
either rumbling, which is indicative of damage to the tracks or rolling elements, or is of a metallic nature, suggesting lack 
of lubrication or clearance trouble. Such noises may be either of a regular or an irregular nature, depending upon the 
particular - cause of the trouble. In other circumstances, overheating may herald impending failure. 

In this survey of the different types of failure and their probable causes, the requisite remedial measures that should be 
adopted to prevent a repetition of failure, if not referred to specifically, will in most instances, be self-apparent from the 
description of the cause. To provide some guidance on this aspect and to summarize what has already been said, the 
essential precautions that can be taken to reduce the risk of premature failure of a rolling bearing in service are considered 
below: 

1. Bearing Selection: The type and size of a bearing must be correctly chosen with regard to the desired expectation 
of life under the particular conditions of load and duty. 

2. Installation: The bearing must be correctly fitted to the shaft and to the housing; for example, the degree of 
interference fit of the inner race on the shaft must be sufficient to prevent movement or creep under all loading 
conditions expected in service and, in addition, it must scat squarely against the shoulder on the shaft if one is 
provided. The housing must be truly circular and provide adequate grip to the outer race without introducing 
distortion. 

The shaft, unless very short, should be located axially at only one bearing and provision made for the effects of 
expansion due to temperature changes. Bearings must be correctly adjusted to the required pre-load, if this is 
specified. Belt tensions must not be excessive and alignment with associated plant should be carried out 
accurately so that the bearing is not called upon to withstand additional loads of an unknown magnitude. 


Strict standards of cleanliness must be observed to ensure freedom from contamination by dirt, abrasive matter, or 
swarf, and care should he exercised to ensure that the tracks are not damaged by incorrect procedures or 




mishandling during installation. Bearings should be scaled against the ingress of moisture or other sources of 
contamination. 

3. Lubrication: This must be both adequate and of the correct grade and, if grease is used, it must not be excessive 
in amount. The lubricant should also provide the required protection against corrosion. 

4. Service Conditions: The bearings must not be subjected to overload, either radial or thrust, to impact, or to 
vibration (particularly when not rotating), and should be protected against the ingress of liquids or substances 
likely to have an adverse effect on their life. Furthermore, excessive temperatures and stray electric currents must 
be guarded against. 

5. Maintenance: Unless the bearings are very small or of the “sealed-for-life” type, adequate maintenance must be 
provided throughout their service life. They should he inspected frequently at planned intervals and, if lubricated 
by grease, this must be replaced periodically in accordance with the manufacturer's recommendations. Care must 
be taken to avoid damaging the rolling elements or tracks during the maintenance operations. 

It will be recalled from what has already been written that, even if all the foregoing stipulations are rigidly adhered to, an 
unlimited life will not be obtained—ultimate failure from fatigue will inevitably occur. Although the life of a bearing may 
be predicted, this can only be an approximation in any individual case, since slight differences in material, dimensions, 
and manufacturing features must exist between one bearing and another. In this respect, it should he said that the closer 
control of materials and manufacturing processes that has been introduced in recent years has resulted in a reduction in 
the inherent scatter in the time to failure shown by samples of a particular' bearing. 

It is worth mentioning in passing that the onset of fatigue trouble, i.e. flaking, can be detected in bearings lubricated by oil 
circulation systems by the use of electronic supervisory equipment, which indicates the presence of metallic particles 
present in the oil passing through the device. Timely warning is thereby given of impending failure, thus enabling 
replacement, which is not a matter of urgency at this initial stage, to be carried out as a planned operation rather than as an 
emergency measure some time later, when the trouble has advanced to the stage where it makes itself apparent by noisy 
running or overheating at what is probably a most inopportune time for replacement. Such equipment finds application in 
plant on essential service and like duties, and has the added advantage of reducing the possibility of secondary effects, 
that may follow the failure of a bearing, such as damage to shafts or the windings of electrical machinery. 

It is almost certain that the fatigue cracking, which leads to flaking, actually originates at discontinuities arising from the 
presence of non-metallic inclusions within the material. It is confidently expected that the greater use of vacuum-melted 
or vacuum-treated steels for the manufacture of the components of rolling bearings will, by reducing the incidence of such 
stress-raisers, particularly oxide inclusions within the steel itself, ultimately result in a significant improvement in fatigue 
endurance, this being reflected in a greater expectation of life and increased overall reliability. 
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Prematurely Broken Valve Spring 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A valve spring made of 4.1 mm diameter wire, designed to withstand 10 x 106 stress cycles, fractured after only 2 x 106 
cycles. The surface displayed impressions which indicated it had been treated by shot blasting. The spring has broken in two places. 
Fracture 1 was a torsional fatigue fracture which has started from a lobe-like surface defect and not, as is usual, from a point on the 
most highly stressed inner surface. Fracture 2, on the other hand, was a bending fatigue fracture with a starting point on both the 
inner and the outer surface of the spiral. The objective of the shot blasting, to put the surface into a state of even compressive 
internal stress, which must first be overcome during subsequent bending and torsional loading before the boundary zone comes 
under tensile stress, was therefore not realized in this case. On the contrary, the shot blasting led to a state of internal stress which 
favored fracture of the spring. 

Keywords: Shot blasting; Torsional fatigue; Valve springs 


Material: Spring steel (Alloy steel, general) 


Failure types: Surface treatment related failures; Fatigue fracture 


The fatigue strength of parts which are subjected to reverse bending or torsional stresses can be considerably increased by 
introducing compressive internal stresses into the surface zone, which is subjected to the greatest stresses. Such a state of 
internal stress is achieved by surface hardening, particularly by nitriding, but it can also be brought about, for example, by 
sand or shot blasting 1. 

The case of failure described below is intended to illustrate the fact that a faulty application of the last of the above 
methods can lead to just the opposite of the intended effect. 

A valve spring made of 4.1 mm diameter wire, designed to withstand 10 x 10 6 stress cycles, fractured after only 2 x 10 6 
cycles. It is shown in Fig. 1. The surface displayed impressions which indicated that it had been heated by shot blasting. 
The spring has broken in two places. Fracture 1 is a torsional fatigue fracture which has started from a lobe-like surface 
defect and not, as is usual, from a point on the most highly stressed inner surface (Fig. 2). Fracture 2, on the other hand, is 
a bending fatigue fracture with a stalling point on both the inner and the outer surface of the spiral (Fig. 3). A number of 
other incipient cracks can be seen inside and outside next to fracture 2 (Fig. 4). A longitudinal section through these 
cracks (Fig. 5) showed that they had stalled from cold worked regions, resulting from shot blasting, on the surface. In the 
initial stages of their propagation the cracks have followed the zone of internal shear stress, which has the form of a 
spherical shell, and have then penetrated into the interior across the principal stress direction. The two spring fractures 
have also started from such cold worked shells. 




Fig. 1 Valve spring with fractures. 1 x 







Fig. 4 Cracks on the inner side next to the fracture 1 of Fig. 1. 20 x 






Fig. 5 Longitudinal section through cracks near fracture 2 of Fig. 1 etched in picral. 500 x 

The objective of the shot blasting, to put the surface into a state of even compressive internal stress, which must first be 
overcome during subsequent bending and torsional loading before the boundary zone comes under tensile stress, was 
therefore not realized in this case. On the contrary, the shot blasting has led to a state of internal stress which has even 
favoured the fracture of the spring. 
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Fractured Valve Spring 
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From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A steel valve spring meeting Steel-Iron-Test 1570 fractured during the high-stress condition of the operation of its valve. 
Metallographic examination of a transverse section adjacent to the fracture and a longitudinal section through the crack showed the 
steel was free of major defects and was of high purity, although a number of minor surface defects such as rolling laps were found. 
The spring was heat-treated and its surface strengthened by shot-peening, but the surface was also decarburized to a depth of 
approximately 0.03 mm which resulted in a lowering of the surface hardness. The fracture of this valve spring is therefore primarily 
due to surface defects, and secondly perhaps also to weak surface decarburization. No recommendation resulted from the 
investigation except to note that comparatively minor effects suffice to cause fractures in highly stressed springs. 

Keywords: Surface defects; Valve springs 


Material: Spring steel (Alloy steel, general) 



Failure types: Surface treatment related failures; Fatigue fracture; Ductile fracture 


The fractured valve spring shown in Fig. 1 showed a small fatigue fracture and a large ductile fracture emanating from it 
in the fibrous fracture structure, that also appeared in part as a shear fracture (Fig. 2). Accordingly, stresses were evidently 
high. The fracture originated in the inner fiber, as usual. The fatigue fracture ran along the fiber for a short stretch (Fig. 3) 
and then continued as a torsion fracture located at 45° to the longitudinal axis. The fact that the fracture ran initially in the 
direction of the fiber pointed to the existence of a surface defect. 



Fig. 1 Fractured spring. 1 x 



Fig. 2 Fracture surface, fracture origin designated by arrow, 10 x 




Fig. 3 Side view of fracture origin. 10 x 

A transverse section adjacent to the fracture and a longitudinal section through the crack breakthrough were cut for 
metallographic examination. No major surface defect was found, in spite of the fact that it had been suspected according 
to the fracture path. But a number of minor surface defects such as rolling laps (Figs. 4, 5, 6) were found. Some fatigue 
fractures originated in part from these. 



Fig. 4 Surface defect, transverse section, unetched. 500 x 



Fig. 5 Surface defects with fatigue fractures, transverse section, unetched. 500 x 



Fig. 6 Surface defects with fatigue fractures, transverse section, unetched. 500 x 

The steel itself was free of defects and was of high purity. The types and amounts of nonmetallic inclusions corresponded 
to the classes M < 01.1 and S ~ 04.1 according to Steel-Iron-Test Standard 1570. The spring was heat heated (Fig. 7) and 
its surface was strengthened by means of shot peening (Fig. 8). The heat treated structure was normal. The austenitic 
grain size was smaller than group 8 according to Steel-Iron-Test Standard 1510. The surface was decarburized to a depth 
of approximately 0.03 mm (Fig. 9), lowering the surface hardness (FIV 0.1) from 560 to 450 kp/mm 2 . 


Fig. 7 Transverse section, etch: Picric acid. Microstructure of spring. 500 x 


Fig. 8 Transverse section, etch: Picric acid. Structure near surface with deformation caused by shot peening. 



Fig. 9 Transverse section, etch: Picric acid. Region of surface decarburization. 200 x 

The fracture of this valve spring is therefore primarily due to surface defects, and secondly perhaps also to weak surface 
decarburization. This case shows that comparatively minor effects suffice to cause fractures in highly stressed springs. 
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Turbine Blade Failures, Who Pays? 

Jack R. Missimer, Tennessee Valley Authority, Engineering Laboratory 


From: Analyzing Failures: The Problems and the Solutions (Proceedings of the Failure Analysis Program and Related Papers 
presented at the International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis), 
V.S. Goel, Ed., American Society for Metals, 1986 


Abstract: The assignment of financial liability for turbine blade failures in steam turbines rests on the ability to determine the 
damage mechanism or mechanisms responsible for the failure. A discussion is presented outlining various items to look for in a post¬ 
turbine blade failure investigation. The discussion censers around the question of how to determine whether the failure was a fatigue 
induced failure, occurring in accordance with normal life cycle estimates, or whether outside influences could have initiated or 
hastened the failure. 

Keywords: Turbine blades 

Materials: Turbine blade steel (Alloy steel, general); Turbine blade superalloy (Superalloy, general) 


Failure types: Stress-corrosion cracking; Cavitation wear; Fatigue fracture; Corrosion fatigue 


Introduction 

Turbine blade failure was defined, for the putposes of an Electric Power Research Institute (EPRI) survey on the subject [ 
1], as: “a situation where inspection of the turbine revealed that one or more blades had lost the ability to perform their 
prescribed functions in a safe and reliable manner, and that corrective action was required prior to restarting the unit”. 
Over the years, EPRI has been actively involved in the documentation of turbine blade failures and the search for 
improved blade performance and survival in the harsh environment of a steam turbine (see, for example, References 2, 3, 
4, 5, 6, 7, 8, 9, 10, 11). The results of surveys conducted by EPRI have indicated that a predominant number of turbine 
blade failures occur in low pressure (LP) turbines (see Table 1) and that, even though the average cost of an LP blade 
repair is greater than it is for a high pressure (FTP) or intermediate pressure (IP) turbine blade repair, the FIP and IP turbine 
outages are generally of longer duration and thus end up costing more in lost power revenues. 

Table 1 Summary of Average Downtime and Costs for Turbine Blade Failures [ 1] 




LP Blades 

IP Blades 

HP Blades 

Number of Outages 

345 

47 

54 

Avg. Time (Hrs/Outage) 

428 

671 

654 

Avg. Repair Cost/Outage 

226,100 

117,500 

73,000 

Est. Lost Power/Outage 

$2,307,700 

$3,750,200 

$3,411,400 


One EPRI survey subdivided 314 blade failures by yearly increments of service and found that within the first two years 
of service life, one-third of the recorded failures had occurred. Within the first six years of service life, two-thirds of the 
recorded failures had occurred. The majority of the recorded failures also occurred within two years of the last inspection. 
To examine the success of the corrective actions taken to repair the turbine blades EPRI examined the turbine 
maintenance records and documented the turbine and blade row in which each failure occurred. Failures similar in origin 
to a previous failure occurring in a specific turbine and blade row were termed repeated failures. Table 2 su mm arizes the 
findings of the survey and reveals that in 40 percent of the cases where new blades of the same design were installed in a 
LP turbine, a repeat failure occurred. 


Table 2 Reported Effectiveness of Corrective Action in Turbine Blade Repairs [ 1]. 



LP Repeat Failure Rate 

IP Repeat Failure Rate 

HP Repeat Failure Rate 

Replaced W/ Same Design 

40% 

42% 

40% 

Replaced W/ New Design 

38% 

15% 

12% 


For cases where a new blade design was installed in LP turbines the repeat failure rate was only slightly better with 38 
percent repeat failures. It was concluded that unless a blade failure is correctly diagnosed so that proper repairs can be 
made, the failures will continue to reoccur. 

Financial liability for turbine blade failures lies with one of three entities: 1. The turbine manufacturer, whose obligations 
are normally spelled out in a parts warranty or in a maintenance contract; 2. The insurance company, who has insured the 
turbine against damage due to the malfunction of some other plant component; or 3. The owner/operator. This paper 
focuses on the cases that involve the malfunction of plant components other than the turbine. These cases are the ones in 
which some corrective action should be taken by the plant to prevent reoccurrence of the failure and in which financial 
compensation can be obtained from the insurance company. 

Turbine Blade Damage Inspection 

Both steady-state and time varying stresses act on turbine blades. The steady-state stresses compose a base level of stress 
whose magnitude is a function of the operating load. These stresses vary somewhat from blade to blade but vary even 
more from one position in the turbine to another. These stresses are primarily the result of centrifugal forces, residual 
manufacturing stresses, and the steady-state operating temperature gradients. Time varying stresses are superimposed 
upon the base level stresses and are primarily the result of the rotor-stator interaction with the steam flow path and various 
randomly applied stresses such as those created by particle impacts on the blades. 

“Failure due to fatigue” has become the popular catch-all phrase for many failures experienced by turbine blades. In the 
assessment of financial liability, however, the relationship of fatigue inducing, time varying stresses to other damage 
mechanisms that are present must be determined. 

Subsequent to a blade failure, an internal examination of a steam turbine should be made to attempt to piece together 
observations at various locations in the turbine into a composite picture. Care should be taken that conclusions drawn 
from observations at various locations are consistent. The steam path through the turbine is the thread that ties the pieces 
together. The thermodynamics and gas dynamics describing the flow of the steam should agree with the evidence found 
on the blades. 




An important part of an internal examination is a metallurgical examination. This can be considered on three scales: 
macroscopic, microscopic, and electron fractographic [ 12]. Combining observations made with the naked eye and with 
the help of a magnifying glass the macroscopic examination has two main thrusts. As an initial examination it serves to 
define items for further evaluation in the microscopic and the electron fractographic examinations. Catastrophic failures 
(severed blades, etc.), cracks, pits, rubbed and deformed areas are items to look for in the initial examination. A final 
macroscopic examination serves to correlate details found in the microscopic and electron fractographic examinations. 
The microscopic and electron fractographic examinations concentrate on the character of the microstructure, searching for 
changes in the microstructure which are characteristic of one or more of the various damage mechanisms. 

The first and most obvious item to look for in a macroscopic examination of a turbine is catastrophic failure. This is the 
separation of blades from the rotor and/or casing. In a turbine, a separated blade will normally impact other blades, 
damaging them and possibly causing them to separate. The damage will progress downstream from the initial point of 
failure. 

Damage mechanisms which can act on the blades include fatigue, corrosion, erosion and thermal shock. There are also 
combinations of these damage mechanisms, such as corrosion fatigue, which possess unique characteristics that are 
different from the characteristics of the two main damage mechanisms (in this case corrosion and fatigue). Depending on 
the location of the failure, the presence or absence of a specific damage mechanism may often determine financial 
liability for the failure. 

As stated previously, a premature blade failure is not as likely to occur in the HP or IP turbines as it is in the LP turbine. 
For this reason, perhaps, if a blade failure should occur in the HP or IP turbines, it should be carefully diagnosed. 

During a macroscopic examination, evidence of erosion, if it exists, should be visible on the first few stages following the 
main steam nozzles in an HP turbine, the reheat steam nozzles in an. IP turbine, or the extraction points. 

The boiler is the primary source of the solid particles that find their way to the turbine. The solid particles arc primarily 
composed of iron oxides which are present in the form of scale on the inner walls of the boiler. Particles of scale break 
loose and are carried into the turbine by the steam. The scale is normally a fine powder by the time it reaches the turbine 
where it impinges on the turbine blades causing erosion [ 14, 15]. 

The pits created by solid particles have more irregular edges than those created by liquid droplets. This is sometimes more 
easily seen with a magnifying glass or low magnification microscope. The damage done to the subsequent blade rows will 
diminish as the distance from the admission point increases. This will not necessarily be the case with liquid droplet 
erosion as will be discussed later. The solid particle erosion causes a blade material loss and, therefore, lessens the 
structural strength of the blade. The erosion pits also act as pockets for condensed steam to collect and for corrosion to 
occur. Both of these mechanisms serve to lower the endurance limit of the blade resulting in premature fatigue failure of 
the blade. 

Liquid droplet erosion can occur in either the HP or IP turbines due to the entertainment of liquid droplets by the main 
steam or reheat steam, respectively. Often the high pressure heaters are located above the turbine. In such cases, a second 
mechanism that may cause liquid droplet erosion in the HP or IP turbines is the failure of the water level control 
mechanism on one of these heaters. This will allow water to drain back into the turbine. Liquid droplet erosion pits on the 
HP or IP turbine blades are evidence of water induction since condensation does not normally occur in these turbines. As 
mentioned previously, the pits formed by liquid droplets are generally smoother than those caused by solid particle 
erosion. Another technique for differentiation of solid particle erosion and liquid droplet erosion involves the progression 
of the damage downstream of the point of entry. The solid particle erosion will normally lessen as the distance 
downstream of the point of entry increases. Liquid droplet erosion will usually be more severe on the blade rows, two or 
three rows removed from the point of entry. After entry into the turbine and initial impact with a blade, the droplets that 
impacted a rotating blade will coalesce and eventually be slung from the blade with a velocity approaching that of the 
blade. The impact of these large, high velocity droplets on trailing blades is responsible for a significant portion of the 
erosion damage [13]. 

Further evidence of a severe water induction is the failure of the thrust bearing from excessive movement of the rotor in 
the direction of the steam flow. When a severe water induction incident occurs, the water blocks the blade passages and 
thus the steam path. The resulting pressure differential across the blocked section creates large axial loads on the thrust 
bearing and can result in bearing failure. 

Major corrosive deposits found on turbine blades include [ 13]: sodium hydroxide, sodium chloride, hydrochloric acid, 
sodium silicate, sodium carbonate, sodium bicarbonate, ammonium chloride and potassium chloride. As the steam 
expands through the turbine, the solubility of the corrosive chemicals decreases. When the solubility limit is reached the 
chemicals precipitate into droplets of concentrated solutions which are in equilibrium with the steam. Chemicals such as 
sodium hydroxide are in a class of corrosives that can exist as concentrated aqueous solutions in superheated steam. 
Concentrations as high as 30 to 90 percent can exist over the entire superheat expansion line of a 2400 psi turbine. The 
solutions do not cease being corrosive until they become dilute in the wet region of the LP turbine. Deposits containing 
these chemicals can therefore occur in the HP or IP turbine and should be a point of investigation. In deciding whether 
excessive levels of a deposit are present, care must be taken in using physical and chemical equilibrium theory as a basis 
for the estimate. The steam velocities in a turbine are transonic resulting in transit times for the steam through the turbine 



on the order of one-tenth of a second. This time scale is small in comparison to the time scale of the water droplet 
nucleation and growth; therefore, the steam will become supersaturated to a theoretical moisture level of 3 to 4 percent 
above normal saturation before condensation occurs on the Wilson Line [ 10]. Chemicals such as sodium chloride are in a 
second class of corrosives which exist in their most concentrated form near the saturated vapor line in the slightly 
superheated region. Corrosion due to these chemicals should therefore occur primarily in the latter stages of the LP 
turbine. The presence of sodium chloride deposits in the HP or IP turbine is an indication of water carry-over. 

The corrosive environment present in a steam turbine reduces the fatigue life of the blade material and can effectively 
eliminate the endurance limit [ 16]. Failures can therefore occur at stresses much below the normal endurance limits. 
Turbine blades subjected to both corrosion and fatigue characteristically fail more quickly than they would from either of 
the two damage mechanisms acting separately [ 17]. For turbine blades in the presence of steam laden with corrosive 
chemicals, the fatigue strength of the blade may be reduced by 20 percent or more [ 3]. Premature corrosion induced 
failures often point to improper operation of such plant components as the boiler or feedwater heaters. 

Evidence of corrosion is found either in the form of a film, much like a rust film, or as pits. The presence of a film is not 
in itself a reason for alarm; in fact, the internals of a turbine will typically develop a film when the turbine is unbuttoned 
and exposed to the atmosphere. This film actually acts to protect the surface metal from further corrosion. Pits, however, 
are reason for alarm because they tend to initiate cracking. The pits act as a point of stress concentration causing the blade 
to see higher effective stresses (both steady-state and time varying) at the pit, and also act as stagnant cells where the 
corrosive solution can collect and react with the metal. Both solid particle and liquid droplet erosion can act to create pits 
that can subsequently become corrosion cells. 

Corrosion fatigue cracks are predominantly transgranular as are fatigue cracks, and it is, therefore, often difficult to tell by 
fractographic or metallographic techniques if corrosion played a role in a fatigue failure. Corrosion fatigue cracks, unlike 
fatigue cracks however, may also be intergranular depending on the stress level and the specific corrodent [ 5]. It is 
therefore possible in some cases to find a branched crack or a mixed intergranular-transgranular fracture which indicates 
that corrosion fatigue is a likely cause. The existence of corrosion pits on a blade should immediately alert the inspector to 
the possibility of corrosion fatigue since the very existence of the corrosive environment means the fatigue strength of the 
blade may have been significantly reduced. Conclusive evidence of corrosion fatigue is considered to be a crack that starts 
from a corrosion pit [13]. 

Two other forms of corrosion that should be looked for are intergranular corrosion and stress corrosion. Intergranular 
corrosion occurs along grain boundaries due to the fact that the grain boundaries contain material which is more 
susceptible to the corrosive medium than is the material in the center of the grain [ 21]. Since typical fatigue cracks are 
transgranular, identification of intergranular cracking points to the presence of corrosion. Stress corrosion is the term 
given to corrosion that occurs in the presence of static stresses in which the damage exceeds the cumulative damage 
expected from the two mechanisms acting separately. Stress corrosion cracks may be either transgranular or intergranular 
[ 12], The bulk of experimental evidence indicates that if the initial localized corrosion fissures are intergranular, the 
subsequent cracking is predominantly intergranular. If the initial fissures are within the body of the grain, the subsequent 
cracking will be transgranular. In cracks that propagate rapidly, however, mixed modes of cracking may occur [ 16]. 
Again, it needs to be determined whether the cracks are purely transgranular and, therefore, indicative of fatigue failure or 
whether the cracks are intergranular and/or mixed mode indicating the influence of corrosion 

The HP and IP turbines are also susceptible to thermal shock from the entry of relatively cool liquid or vapor. Portions of 
the rotating or stationary components are rapidly cooled or quenched [ 18] creating large surface stresses which can 
exceed the elastic limit of the material [ 19]. In steam turbines, severe cases of thermal shock occur when the rotor is 
rapidly cooled and thus contracts, causing the shaft and shaft blading to rub against the turbine casing and casing blading. 
In some instances the rotor can contract to the point that the turning gear will not rotate the shaft. 

Most turbine blade failures occur in the last few rows of the LP turbine. It is in this region that the steam begins to 
condense. The initiation of condensation (the Wilson Line) has been likened to a cascade of condensed droplets. The 
steam becomes supersaturated with a moisture level of approximately 3 to 4 percent above normal saturation moisture 
levels before condensation occurs. The location of the initial condensation may shift with changes in operating conditions 
and as it shifts, regions of the turbine may alternate between being in the wet and dry regions. Droplets of corrosive 
chemicals that were deposited on the blades while the blade was in the wet region can become more concentrated as the 
water evaporates under the influence of the dry region. 

The damage caused by the long term bombardment of liquid droplets does not typically proceed at a uniform rate even if 
the liquid impingement is uniform with time [ 17]. There is an initial phase during which there is usually some 
deformation of the surface but no detectable loss of blade material. This is followed by a second phase during which the 
material damage rate increases to a maximum. During the third, and last phase, the damage rate begins to decrease, 
gradually levelling out at a much lower rate. Honneger [ 20] attributes this trend to a roughening of the surface, which by 
retaining water, cushions the material against further impacts. The severe erosion during the second phase, however, will 
normally reduce the blade efficiency to an unacceptable level. 

Detection of liquid droplet erosion typically involves examination of the shape of the pits and the pattern that a group of 
pits make. If the impact of the droplet was at a large angle to the normal, the shape of the pit should be skewed in the 



direction of the particle impact indicating this. In some instances several droplets will impact the surface forming a 
recognizable pattern aligned with the steam flow path. When premature condensation occurs in the turbine, evidence of 
corrosion may appear upstream of any significant droplet erosion. Again, this is due to the fact that the major erosion 
damage results from the impact of the larger, coalesced drops. 

Conclusions 

The assignment of financial liability for a turbine blade failure rests on the ability to determine the damage mechanism or 
mechanisms responsible for the failure. The optimum investigation incorporates a three prong approach including 
macroscopic, microscopic and fractographic examinations, as appropriate. Post-turbine blade failure investigations 
normally focus on the question of whether the failure was a fatigue-induced failure or, if it was not, whether the blades in 
the vicinity of the failure were approaching the limit of their life expectancy in a fatigue failure mode. To answer these 
questions requires an estimate on the manufacturer’s part of the expected life of the blades in question. Second, the post¬ 
failure investigation must determine if outside influences could have initiated the failure or even hastened it. Outside 
influences could have an immediate effect such as the entry of solid particles or liquid droplets into the turbine or a long 
term effect such as the presence of an excessively corrosive steam chemistry over an extended period of time. If evidence 
of an outside influence exists, the effect of the influence on the failure must be quantified. 

A key to the investigation of a particular incident is the determination of the proximity of the failure to various turbine 
inlet and extraction points. Additionally the thermodynamics and gas dynamics associated with the particular turbine 
under investigation must be used to determine if observations of as-found conditions are to be expected or are indicative 
of an abnormality that existed. 

The final determination of the damage mechanisms responsible for the failure should be documented in such a way that 
financial liability for the failure can be clearly identified. Attempting to determine the scenario that must have occurred by 
eliminating possible scenarios until only one remains is not a recommended technique in this case. It must be kept in mind 
that the default position in the assignment of financial liability is normally the owner/operator. 
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Failure of Valve Spring Because of Grinding and Shot Peening Operations 

From: J.H. Maker, Failures of Springs, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 550-562 

Abstract: Presence of transverse marks which were remnant of grinding was indicated in a failed valve spring made from ground 
rod. The shot-peening pattern was light at this location. A transverse crack was found to grow from one such mark under the 
influence of local stress fields until it was reoriented to the plane normal to the major tensile axis by sufficient loading. The shot- 
peening procedure was altered to create adequate surface compression at all stressed points on the springs. 

Keywords: Cracks; Galling; Orientation; Tensile stress 

Material: Valve spring steel (Alloy steel, general) 

Failure type: Surface treatment related failures 


The valve spring shown in Fig. 1 was made from ground rod. The transverse marks are remnants of the grinding and are 
apparent because the shot-peening pattern was light at this location. In this area a transverse crack grew from one such 
mark under the influence of local stress fields. The crack continued to grow deeper and wider until the loading became 
sufficient to reorient the crack front to the plane normal to the major tensile axis. The transverse crack is somewhat galled 
because of the sliding motion of the crack surfaces on each other as the crack opened and closed with successive cycles. 




Fig. 1 Transverse failure origin in a valve spring made from ground rod. The transverse marks (arrow) are 
remnants of the grinding operation. 8x 

Recommendations involved altering the shot-peening procedure to create adequate surface compression at all 
stressed points on the springs. The base of surface flaws should ideally be in the zone of high compressive stress from the 
peening. 


Broken Inner Rings of Spherical Roller Bearings 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Inner rings of spherical roller bearings out of full hardening ball bearing steel 100 CrMn 6 (Fe-lC-l.5Cr-l.lMn, Material 
No. 1.3520) failed in service. Due to the cracks, parts from the middle flange broke or the rings failed in radial direction completely. 
All the cracks and fracture originated from the middle flange. In all of the three rings one flank showed heavy wearing and scouring. 
The cracks started from the edge of this flank with the cylindrical mantle surface of the middle flange. The cracking resembled 
fatigue cracking. However, in a fine-grained hardened steel such as this, fracture faces due to stress-cracking and overload fracture 
look the same. Metallographic examination showed the failure of the rings was a result of repeated heating and rapid cooling of the 
surface due to the grinding of the bearings on one flank of the middle flange. The stress-cracks ("grind-cracks") spread in steps 
which finally led to the breaking off of parts from the middle flange and complete failure of the rings. 

Keywords: Bearing steel; Roller bearings; Scouring; Stress cracking 


Material: lOOCrMn 6 (Chromium alloy steel) 


Failure types: Fatigue fracture; Rolling-contact wear 


Inner rings of spherical roller bearings out of the full hardening ball bearing steel 100 CrMn 6 with about 1% C. 1.1% Mn 
and 1.5% Cr (Material No. 1.3520) failed in service. Due to the cracks, parts from the middle flange broke (Fig. 1) or the 
rings failed in radial direction completely (Fig. 2). All the cracks and fracture originated from the middle flange (Fig. 3). 
In all of the three rings one flank showed heavy wearing and scouring (Fig. 4). The cracks started from the edge of this 
flank with the cylindrical mantle surface of the middle flange. This can be seen in Fig. 5, which shows a fractured crack. 
The cracking resembles a fatigue cracking, but in a fine-grained hardened steel like this the fracture-faces due to stress- 
cracking and overload fracture look the same as this. The forced rest fracture has a satin-like fine structure, which proves 
a fault-free hardening. 





Middle flange 


Fig. 1 Inner ring with breakouts from middle flange. 0.8x 



Fig. 2 Fracture of an inner ring. 0.8x 



Middle flange 




Fig. 4 Worn flank of the middle flange. 2x 






Fig. 5 Opened crack in middle flange. Crack origin - see arrow. 2x 

The metallographic examination of microsections showed that one flank of the middle flange, the same from which the 
cracks originated, had zones of changed structures (Figs. 6 and 7). This flank, as the microsections show, is so far worn 
down that the edge which was bevelled originally has now a knife-edge. The structure of the edge of the worn flank 
shows a crescent shaped zone of fine structured martensite in front of a broken, narrow and dark annealed zone with 
carbide precipitation (Fig. 8). This shows that this flank had been heated up on the surface to a temperature reaching into 
austenite zone and then cooled very fast with a following annealing. The temperature was so high that even overeutectic 
carbides have partly dissolved. Adjoining this hardened zone is an annealed zone, which is so soft, that the material with 
the martensitic case has deformed under the pressure of the rolls into the rounded off groove (Fig. 7). The microstructure 
goes over a tempered zone to the microstructure of the core (Fig. 9), which consists of fine-needled, low-annealed 
martensite with embedded regularly distributed fine carbides, which reinstates the conclusion drawn from the fracture 
surface that the heat-treatment was done properly. The failure of the rings is therefore a result of repeated heating and 
rapid cooling of the surface due to the grinding of the bearings on one flank of the middle flange. The stress-cracks 
(“grind-cracks”) 1 originating here from have apparently spread in steps which finally led to the breaking off of parts 
from the middle flange and complete failure of the rings. 



Fig. 6 Radial microsection through ring with crack in middle flange. Arrow worn flank with structure due to 
hardening. Etching: Nital. 0.8x 




Fig. 8 Structure below worn flank (Fig. 7). Cross-section, etching: Nital. 500x 




Fig. 9 Structure of core of the rings. Etching: Nital. 500x 
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Poorly Drawable Steel Wire for Ball Bearings 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A drawing plant which processed steel wire of designation 105 Cr 2 for ball bearings had losses due to crack formation 
and wire breakage during drawing. To establish the reason for the breakage, seven fractures were submitted for investigation with 
contiguous wire segments on both sides of the fracture of 300 mm each. Missing in the lamellar surface structure, with the exception 
of the remnants of a coarse network, were the pre-eutectically precipitated carbides to be expected in this steel. Surrounding the 
ferritic region in the surface structure, a ring of lamellar pearlite is seen, which turns into the granular annealed structure towards 
the core. The described structural phenomena were noted in all of the seven fracture regions. Their intensity always decreased with 
increasing distance from the fracture. Surface decarburization caused the formation of lamellar pearlite during annealing. This 
investigation further revealed that the localized decarburization and pearlite formation was present already in the rolled wire in 
uneven distribution over the whole coil length. 

Keywords: Bearing steel; Cracking (fracturing); Decarburizing; Drawabiiity; Wire 
Material: 105Cr2 (Chromium alloy steel) 


Failure type: (Other, general, or unspecified) processing-related failures 


A drawing plant which processed steel wire of designation 105 Cr 2 for ball bearings, had losses due to crack formation 
and wire breakage during drawing. In order to establish the reason for the breakage, seven fractures were submitted for 
investigation with contiguous wire segments on both sides of the fracture of 300 mm each. 


Longitudinal and transverse sections were taken through the fracture and at the cut ends from all wire specimens. Figures 
1 and 2 reproduce a longitudinal and transverse section of a fracture location. In addition to the fracture, one side contains 
a number of short initial cracks. Even the small-scale reproduction reveals that the crack-region has a structure different 
from that of other material near the surface and the core. These regions were distributed unevenly not only over the length 
but also throughout the cross section of the wire. Microscopic examination revealed that the pearlite was in lamellar form 
at the torn surface (Fig. 3), while it had coalesced into granular shape at other surface regions and in the core during the 
softening anneal (Fig. 3). The lamellar structure is less easily deformed than the granular one and therefore tears easily 
during drawing (Figs. 4 and 5). 



Fig. 1 Longitudinal section through a fracture, etch: picral, top: vertical illumination, bottom: oblique 
illumination. 






Fig. 2 Transverse section at a fracture, etch: picral. 12x 














Fig. 5 As Fig. 4. 500x 

Missing in the lamellar surface structure, with the exception of the remnants of a coarse network, were the pre- 
eutectically precipitated carbides to be expected in this steel. Some connection was suspected to exist between both 
phenomena; this becomes clearer in regions with higher decarburization. Such a region is reproduced in Fig. 6. 
Surrounding the ferritic region in the surface structure, a ring of lamellar pearlite is seen, which turns into the granular 
annealed structure towards the core. 








Fig. 6 Decarburized region at wire fracture, transverse section, etch: picral, 200x 

The described structural phenomena were noted in all of the seven fracture regions. Their intensity always decreased with 
increasing distance from the fracture. 

The connection between surface decarburization and the formation of lamellar pearl itc during annealing, is substantiated 
as follows 1: Hypereutectoid steels are annealed to softness most quickly and efficiently by an oscillating heat treatment 
about the A j-temperature. The pearl itc carbon dissolved during annealing above Aci, re-precipitates during slow cooling 
past the Ari temperature by crystallizing on the undissolved carbide particles and then incorporating therein. If these 
particles are removed by decarburization, a eutectoid of lamellar structure is formed. 

This investigation further revealed that the localized decarburization and pearlite formation was already present in the 
rolled wire in uneven distribution over the whole coil length. 
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Hydrogen Induced Cracking of a Tappet Adjusting Screw 

B.V. Krishna, Materials Science & Technology Division, Thapar Centre for Industrial Research and Development 
Thapar Technology Campus 


From: B.V. Krishna, Hydrogen Induced Cracking of a Tappet Adjusting Screw, Practical Failure Analysis, Vol 2 (No. 4), Aug 2002, p 
77-80 

Abstract: The electroplated tappet adjusting screws used in diesel engines failed during initial bend testing. The analysis of the 
failure showed that the fracture was nucleated from the subsurface of the screw. The fracture surface was intergranular at the ID 
and OD region and microvoid coalesence in the center. The improper baking after electroplating of the screw led to H2-induced 
blistering/cracking. The high strength of the threaded region of the adjusting screw increased the failure propensity. 

Keywords: Electroplating 

Material: 16MnCr5 (Chromium alloy steel); DIN 17210 (Chromium alloy steel) 


Failure types: Hydrogen damage and embrittlement; Surface treatment related failures 




Background 


The failed tappet adjusting screws evaluated in this analysis are for use in diesel engines. As the name suggests, the 
screws are used to adjust the tappet. These screws were cracking during the initial bend testing required to qualify the 
screws for service. The screws were manufactured from 16MnCr5 steel as per DIN: 17210. The manufactured screws 
were case carburized to increase the wear resistance in the top/cup portion of the screw (Fig. 1). After carburizing, the 
screws were electroplated with copper to a thickness of 8-10 pm. The electroplated tappet adjusting screws failed during 
5° bend tests required for qualification. 



Fig. 1 Schematic diagram of the tapped adjusting screw showing various portions 
The details of screw specification are as follows: 

Material: 16MnCr5 steel as per DIN: 17210 

Composition: C-0.14-0.19%, Si-0.15-0.40%, Mn-1.0-1.3%, P&S-0.035% max, Cr-0.8-1.1% 

Mechanical Properties: Core Strength — 1000-1200 MPa 

Core hardness — 310-370 HV 

Surface hardness in cup portion — 600-750 HV 

Case depth — 0.15-0.20 mm 


The Analysis 


Visual inspection of the fracture surface revealed a dull and grainy fracture (Fig. 2a). The fracture surface also revealed 
some transition/difference in fracture surface gray level/shade on moving from the ID or OD toward the center of the 
screw. The general features of the fracture show that the fracture initiated from the subsurface of the screw. The transition 
from brittle to somewhat ductile is observed in stereomicrographs of the sample (Fig. 2b). 















Fig. 2 Stereomicrographs of failed screws showing (a) dull and gray fracture surface, (b) Different gray levels 
demonstrating the different fracture modes in different regions 

The scanning electron microscopy (SEM) of the fracture surface showed that fractures on both the ID and OD of the 
screw differed from fractures at the interior. The changes in the fracture mode were from brittle at both surfaces to ductile 
in the center (Fig. 3). The fracture apparently nucleated near the subsurface of the screw as evidenced by the “lip” seen in 
Fig. 3. This type of nucleation is typical for tF-induced cracking/blistering in electroplated carbon and low alloy steels. 
Observation of the fracture surface at high magnification near the ID clearly demonstrates the transition in the fracture 
mode (Fig. 4). The region of brittle fracture is attributed to hydrogen embrittlement due to hydrogen uptake during plating 
and pickling. This dissolved hydrogen diffused into the metal and precipitated at the internal defects, inclusions, 
interfaces, etc., and formed as nascent hydrogen. This precipitation led to the formation of blisters and the cracks (Fig. 4) 
in the metal, and pores in the copper plating and also the peeling off of the plating (Fig. 5) when precipitation occurred at 
the metal/plating interface. The fracture surface near the ID, OD, and edges of the oil hole was generally a brittle, 
intergranular typical of hydrogen embrittlement (Fig. 6), while a typical dimple structure was observed in the center of the 
failed screw (Fig. 6). 



Fig. 3 SEM micrographs of the fracture surface showing (a) different types of fractures in different regions, (b) 
fracture origin at the subsurface of the screw 



Fig. 4 SEM micrographs of the fracture surface near ID showing the transition from intergranular fracture to 
microvoid coalescence. 




lOOfim 


Fig. 5 SEM micrograph showing peeled off copper plating due to hydrogen effusion 









Fig. 6 SEM micrographs of the fracture surface showing (a) brittle intergranular fracture near OD/ID, (b) 
dimple fracture surface in the center 



The microstructure of the screw in the cup portion was observed to be tempered martensite in the case and core region 
(Fig. 7). The microstructure of the case in the failed region also consisted of tempered martensite (Fig. 8). This indicates 
that the threaded portion of the screw was carburized. These findings were confirmed by hardness measurements at 
various regions of the screw. 



Fig. 7 Optical micrographs of the cup portion showing (a) tempered martensite in the case region, (a) 
tempered martensite and some ferrite (light) in the core 





Fig. 8 Optical micrographs of failed portion showing (a) tempered martensite in the case region, (a) tempered 
martensite and some ferrite (light) in the core 

The case and core hardness in the cup portion of the screw was measured to be 709 HV and 455 HV, respectively. The 
core hardness in this region was higher than the specified value of 310-370 HV. This could be due to improper 
tempering. In the failed region, the hardness near the surface was 594 HV and the core hardness 350 HV. The high 
hardness in the case is attributed to the carburizing on the thread region along with the cup portion. The hardness values 
obtained in various regions suggests that the tappet adjusting screw was not properly carburized and tempered. The 
hardness values measured in various regions of the screws are presented in Table 1. The case depth of the screw was 
measured according to IS 6416 (1988). The measured case depth in various regions of the screw was in the range of 0.25 
to 0.27 mm. 

Table 1 Hardness and Case Depth of the Screw in Various Regions 



Specified 

Cup Portion 

Failed Portion 

Case 

600-750 HV 

709 HV 

594 





Core 


310-370 HV 455 HV 


350 


Case depth, mm 0.15-0.20 0.25 0.27 

The carbon and low alloy steels arc susceptible to hydrogen damage failures, especially when the strength is above 1000 
MPa. The high hardness/strength of the current material increased the propensity of the screws to failure by hydrogen 
embrittlement. The source of hydrogen in the present case was probably the copper electroplating. It is well known that 
during electroplating processes hydrogen may be picked up by the steel. This hydrogen is typically removed by baking 
before the component is put into service. Since the metallic coating acts as a barrier to effusion of hydrogen, a high 
temperature baking is required to remove the hydrogen. The high hardness in the threaded region accentuated the failure 
probability by hydrogen induced cracking/blistering. Since the strength of the threaded region was high, a small bend (5°) 
during room temperature testing resulted in cracking of the screws. 

Conclusions 

The tappet adjusting screws failed by hydrogen embrittlement. This conclusion was confirmed when a baking treatment at 
around 150-200 °C after plating, in conjunction with masking the threaded portion of the screw to reduce the bal dness 
after carburizing, completely eliminated the problem. 
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Broken Milling Machine Arbors Made of 16 Mn Cr 5 E 

Gudrun Urban, Messerschmitt Bolkow Blohm GmbH, Unternehmensbereich Flugzeuge 
From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: Milling machine arbors were inserted with satellite spindles having a maximum speed of 1500 rpm, and broke out 
between the groove and the flange. The appearance of the fracture surface was the same on both arbors. The pronounced scan lines 
characterized the fractures as fatigue fractures. The appearance of the fracture in the arbors indicated ductile fatigue fracture which 
had its origin in the radii between groove and flange. These radii of 0.15 and 0.2 mm were too small for the load on the milling 
machine. In addition there were grooves at the base of the radii which had an unfavorable effect on the life of the component by 
acting as notches with their resulting stress concentration. Considering the great hardness of the case, the small radii would have 
been critical even without grooves. Measures were taken so that the critical radius of the milling machine was increased and the 
surface roughness measured more precisely. 

Keywords: Arbors; Milling cutters 

Material: 16MnCr5E (Chromium alloy steel) 

Failure types: Fatigue fracture; Ductile fracture 


Introduction 

The milling machine arbors were inserted with satellite spindles having a maximum speed of 1500 lpm, and broke out 
between the groove and the flange (Fig. 1). 








Fig. 1 General view showing position of fracture, ca. 1 x 

1. Appearance of fracture 

The appearance of the fracture surface was the same on both arbors. The pronounced scan lines characterise the fractures 
quite definitely as fatigue fractures. The fatigue fracture region (D) differs clearly from the ultimate ductile fracture (R) in 
its finer structure (Figs. 2). The course of the scan lines indicates that the origin of the crack is at the transition from the 
groove to the flange (Fig. 1). 





Fig. 2 Appearance of fatigue fracture (D) and ultimate ductile fracture (R). ca. 3 x 

2. Check on dimensions 

The shaipness of the groove/flange transition was visible with the naked eye alone. A check on the dimensions showed 
that the radii were only 0.15 and 0.2 mm. 

3. Hardness 

Measurement of the surface hardness yielded values of HR C 65. The specified value was HR c 58-60. The hardness of core 
should be HR C 33; HR C 40 was measured. Thus the surface and core hardnesses of both arbors were too high. 

The case depth should have been 0.6 to 0.7 mm. The hardness curves, which were normal, showed a case depth of 0.7 
mm for the limiting hardness value of HV = 550 kgf/mm 2 (Fig. 3). It thus lay within the required tolerance. The case 
depths seemed to be correct for the given cross section and range of application of the arbors. 



Fig. 3 Hardness curve for case. Belastung = Load. Abstand in mm vom Rand = Distance from surface in mm. 


4. Chemical composition 


A check on the chemical composition confirmed that both milling machine arbors were made of the material 16 Mn Cr 5 
(Table 1). 

Table 1 Chemical composition of the milling machine arbors in wt.% 



C% 

Si % 

Mn % 

Cr % 

Sollwert 

0,14 

0,15 

1,00 

0,80 

Theoretical value 

0,19 

0,35 

1,30 

1,10 

Mellwert 

0,16 

0,11 

1,1 

0,8 

Measured value 


5. Microstructure 


The microstructure of the core was some-what coarsened but still corresponded to the normal condition of the material 16 
Mn Cr5 in the quenched and tempered state (Figs. 4). The microstructure of the case showed no sign of any defect which 
could have led to the fracture (Fig. 5). Irregularities and crack-like grooves were present in the already too small radii 












Fig. 5 Microstructure of case. lOOx 




Fig. 6 Radius between groove and flange with crack-like score marks. 200 x 

6. Conclusion 

The appearance of the fracture in the arbors indicated ductile fatigue fracture which had its origin in the radii between 
groove and flange. These radii of 0.15 and 0.2 mm were too small for the load on the milling machine. In addition there 
were grooves at the base of the radii which must have had an unfavourable effect on the life of the component by acting 
as notches with their resulting stress concentration. Considering the great hardness of the case, the small radii would have 
been critical even without grooves. 

Measures were taken so that the critical radius of the milling machine was increased and the surface roughness more 
precisely measured. 
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Fractured Three-Cylinder Crankshaft 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 
From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: The fracture cause had to be determined in a three-cylinder crankshaft made of chrome steel 34Cr4 (Material No. 1.7033) 
according to DIN 17200. The fracture occurred after only 150 h of operation. The fracture was of the bend fatigue type which 


originated in the fillet of the main bearing and ran across the jaw almost to the opposite fillet of the adjoining connecting rod 
bearing. The fillet was well rounded and smoothly machined. Thus, no reason for the fracture of the crankshaft could be found 
externally. No material defects were discernible in the origin or anywhere else. No cause for the crank fracture could be established 
from material testing. Probably the load was too high for the strength of the crank. Tensile strength could have been increased for 
the same material by tempering at lower temperature. Additionally, the resistance against high bend fatigue stresses or torsion 
fatigue stresses could have been increased substantially by including the fillet in the case hardening process. 

Keywords: Bending fatigue; Crankshafts 

Material: 34Cr 4 (Chromium alloy steel) 


Failure type: Fatigue fracture 


The fracture cause had to be determined in a three-cylinder crankshaft made of chrome steel 34 Cr 4 (Material No. 
1.7033) according to DIN 17200. The fracture had occurred after only 150 hours of operation. The fracture is of the bend 
fatigue type which originated in the fillet of the main bearing and ran across the jaw almost to the opposite fillet of the 
adjoining connecting rod bearing (Fig. 1). The fillet is well rounded and smoothly machined. Thus, no reason for the 
fracture of the crankshaft could be found externally. 



Fig. 1 Fracture piece with main bearing, lx 

A section was cut longitudinally through the fracture origin of the pins in order to establish whether a material defect 
might have caused the damage. Figure 2 shows this section after etching with copper ammonium chloride solution 
according to Fleyn. No material defects were discernible either in the origin or anywhere else. The fiber path is flawless, 
The bearing surfaces are case hardened to a depth of approximately 2.5 mm. A sulfur print according to Baumann showed 
the same result. 



3 

Fig. 2 Longitudinal section through crack path (designated by arrow), etch according to Heyn. 4 x 
The crank contained thin longitudinally extending manganese sulfide inclusions in the usual amount characteristic of 
manganese-alloyed steel. The purity of the material may be characterized by group M 3 of the Steel-iron-Testsheet 1570. 
The core structure (Fig. 3) is almost free of ferrite, meaning that the crank is well heat-treated. 


Fig. 3 Core structure of the crank. Longitudinal section. Etch: Picral. 500x 

The chemical composition corresponded to the specification for 34 Cr 4 as could be verified by analysis. Core hardness 
(HB 5/750) however, was rather low at 230 kp/mm 2 corresponding to a tensile strength of 78 kp/mm 2 . 

Accordingly, no cause for the crank fracture could be established from the material testing. Probably the load was too 
high for the strength of the crank. Tensile strength could have been increased for the same material by tempering at lower 
temperature. Additionally the resistance against high bend fatigue stresses or torsion fatigue stresses could have been 
substantially increased by including the fillet in the case hardening process. 
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Hydrogen Embrittlement Cracking in a Batch of Steel Forgings 

A.K. Das, Aircraft Design Bureau, Hindustan Aeronautics Ltd. 

From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: The repeated occurrence of random cracks in the fillet radius portion of low-alloy steel (38KhA) end frame forgings 
following heat treatment was investigated. Microstructural analyses were carried out on both the failed part and disks of the rolled 
bar from which the part was made. Subsurface cracks were found to be zigzag and discontinuous as well as intergranular in nature. 
A mixed mode of fracture involving ductile and brittle flat facets was observed. Micropores and rod-shaped manganese sulfide 
inclusions were also noted. The material had a hydrogen content of 22 ppm, and cracking was attributed to hydrogen embrittlement. 



Measurement of hydrogen content in the raw material prior to fabrication was recommended. Careful control of acid pickling 
procedures for descaling of the hot-rolled bars was also deemed necessary. 

Keywords: Inclusions; Subsurface cracks 

Material: 38KhA (Chromium alloy steel) 

Failure types: Hydrogen damage and embrittlement; Surface treatment related failures 


Background 

The repeated occurrence of random cracks in the fillet radius portion of low-alloy steel and frame forgings following heat 
treatment was investigated. 

Applications 

A batch of 120 end frame parts forged and machined from a 200 mm (8 in.) diam medium-carbon chromium steel rolled 
bar was heat heated in accordance with specification requirements. These parts are used for critical applications in 
helicopters, and thus utmost care is necessary to ensure quality from the melting stage onward. 

Circumstances leading to failure 



Magnetic-particles inspection of the initial batch of 50 heat-treated parts after cadmium 
radial cracks (Fig. 1). 


plating revealed 


several 


tiny 


Fig. 1 Heat-treated end frame component after cadmium plating. Several tiny cracklike indications, primarily 
in the base fillet radial zones, were detected by magnetic-particle testing. 

Pertinent specifications 

Russian alloy 38KhA was sued for the fabrication of the parts. 

Sample selection 

One cracked sample was selected for low-power optical and high-power scanning electron microscopic (SEM) 
examination. Two 20 mm (0.8 in.) thick disks sliced from the rolled bar stock used for forging were also examined. 

Visual Examination of General Physical Features 

Examination of the parts that had been inspected by magnetic-particle testing showed several tiny radial cracks at random 
locations, but primarily confined to the base edge and fillet radius zones (Fig. 1). 


Testing Procedure and Results 




Surface examination 


Scanning Electron Microscopy/Fractography. One of the tiny cracks was carefully opened. Because the depth 
of the crack was negligible, it was difficult to retain the fracture zone intact. The fracture zone was examined by SEM, 
which showed the predominantly dimple structure of a ductile failure. No clue as to the nature and type of cracking could 
be established. 

It was suspected that the hairline cracks could be due to hydrogen embrittlement. Two disks were sliced from the rolled 
bar, one in the annealed (as-supplied) condition and the other in the heat-treated condition. A 50 mm (2 in.) diam hole 
similar to the one in the finished end frame paid was bored in the center of each disk. Magnetic-particle-inspection of both 
disks revealed tiny discontinuous subsurface cracklike indications in the bore surface (Fig. 2). One of the subsurface 
cracks was carefully opened so that the very small zone of cracking could be retained undamaged for SEM examination. 
The fracture clearly exhibited dimpled structures associated with brittle (cleavage) flat facets, ductile hairline cracks, 
micropores (Fig. 3), and rod-shaped manganese sulfide inclusions (Fig. 4). All of these fracture characteristics are typical 
of hydrogen embrittlement. 

Sub-surface crack* 




Fig. 2 Curved path of the fatigue crack. 

Micropores 


Fiat facet* 


Hairline Crack 


Fig. 3 High-magnification SEM micrograph of the fracture zone of a subsurface crack in the bore, showing 
brittle flat facets, ductile dimples, micropores, and hairline cracks-all indicative of hydrogen embrittlement 



Fig. 4 High-magnification SEM micrograph of the same zone shown in Fig. 3. Rod-shaped manganese sulfide 
inclusions are visible, normally a preferred she for hydrogen accumulation. 


Metallography 


Microstructural Analysis. Microexamination of sections taken across the defect indications in both disks revealed 
subsurface discontinuous hairline (zigzag) cracks (Fig. 5), which were intergranular in nature with no evidence of 
branching. The microstructure of the defective paid at higher magnification also showed discontinuous intergranular 
cracks, with typical manganese sulfide inclusions along the path of cracking (Fig. 6). 




Subsurface 

cracks 



Fig. 5 Optical micrograph of a polished, unetched section across a crack indication shown in Fig. 2, showing 
the clear presence of subsurface cracks 


Intergranular crack 


Sulfide 

inclusion 



Fig. 6 High-magnification optical micrograph showing intergranular cracks with characteristic manganese 
sulfide and oxide inclusions in the crack path of a section across the radial cracks in the heat-treated part 


Chemical analysis 


The chemical composition of the end frame material was found to conform to specifications (Table 1). The cracked end 
frame part was also subjected to instrumental gas analysis; the hydrogen gas content was found to be on the order of 22 
ppm. 

Table 1 Chemical specifications for 38KhA steel 


Element 

Composition, % 


Min 

Max 

Carbon 

0.34 

0.42 

Manganese 

0.50 

0.80 

Silicon 

0.17 

0.37 

Sulfur 


0.03 

Phosphorus 


0.03 




Nickel 

0.40 

Chromium 0.80 

1.1 


Mechanical properties 

Impact Toughness. Charpy impact properties determined in locations both near and remote from the defective zone 
in the longitudinal and transverse directions were generally low—44 and 34J. or 32 and 25 ft .lbf, respectively— 
compared with the specification requirement of 49J (36 ft. lbf). 

Discussion 

SEM fractography clearly established that the random occurrence of tiny cracks was caused by hydrogen embrittlement. 
This finding was also supported by the presence of a high hydrogen content in the material prior to heat treatment. 
Initially, from the nature and location of the cracks (mostly in the fillet radius zones), faulty heat treatment was thought 
responsible. However, when subsequent heat treatment of the second batch resulted in identical cracks in the same 
location (despite satisfactory chemistry, microstructure, and hardness), the random cracking was strongly suspected to be 
associated with a hydrogen-induced phenomenon. Because the tiny cracks in the part could not be successfully opened, a 
sub-surface crack in the heat-treated disk was forced open. The fracture was examined by SEM, which revealed 
characteristic hydrogen embrittlement features (Fig. 3 and 4). 

A 50 mm (2 in.) diam hole had been bored into the disk to develop residual stresses sufficient to cause subsurface 
cracking. Under high stresses, hydrogen gas pressure increases rapidly, causing flakes and fissures. A gas content on the 
order of 22 ppm present in the raw material was high enough to cause hydrogen embrittlement in high-strength steel 
without any external stresses. The low impact properties measured on the failed part also indicated the brittle nature of the 
material caused by hydrogen embrittlement. 

Conclusion and Recommendations 

Most probable cause 

The basic cause of the development of tiny cracks was hydrogen embrittlement. 

Remedial action 

In the absence of records related to the manufacturing history of the supplied raw material, hydrogen absoiption was 
suspected to have occurred during improper pickling of the hot-rolled bars. Careful control of the acid pickling operation 
within specified process parameters was recommended. Measurement of hydrogen content in the raw material prior to 
fabrication was also suggested. 

Related Information 
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Brittle Zinc Layer on a Hot-Galvanised Hook 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The surface of a hook did not possess the smooth and shiny zinc bloom surface normally observed on hot galvanized steel 
parts, but was matte and rough. Large cracks were observed in the zinc layer. The hook was made of silicon-killed alloy steel 41Cr4. 
A silicon content of 0.27% was established analytically. Silicon accelerates the reaction between iron and zinc, which should have 
been taken into account in the present case by reducing the dip time or a small addition of aluminium (0.1 to 0.2%) to the 
galvanizing bath to retard the extremely rapid growth of the zinc layer and the strong alloy formation. Even in the case of steel parts 
with lower silicon contents the reaction between iron and zinc can continue until the pure zinc layer has been consumed entirely if 
the work piece is not cooled sufficiently after withdrawal. 

Keywords: Coating defects; Galvanized steels; Hot dip galvanizing 

Material: 41Cr 4 (Chromium alloy steel) 


Failure type: Surface treatment related failures 


The surface of the hook did not possess the smooth and shiny zinc bloom surface normally observed on hot galvanised 
steel parts, but was matt and rough. Figure 1 shows part of the hook surface as received. Large cracks can be observed in 
the zinc layer. 



Fig. 1 Sectional photograph of the damaged surface of the hot galvanised hook. 2 x 

A specimen was taken from a region at which the zinc layer was still adhering for metallographic micro-examination. 
Figure 2 shows the microstructure of the zinc in a section taken perpendicular to the surface. It can be seen that in the 
approx. 400 pm thick zinc layer, the pure zinc layer has been consumed by strong alloy formation. Such zinc layers are 
brittle and can crack and peel off under mechanical stress if the layer is more than 300 pm thick 1. 






, ' 


Fig. 2 Microstructure of the zinc layer on a section taken perpendicular to the surface of the hook at a point at 
which the zinc layer was still adhering. The pure zinc layer has been consumed by excessive alloy formation. 
200 x 

When the material to be galvanised is immersed in the zinc bath at approx. 450° C, the zinc alloys with the iron in the 
steel, assuming a perfectly clean steel surface. Alloy layers form one upon the other with average iron contents of 25% 
(gamma layer) 9% (delta layer) and 6% (zeta layer). As the work piece is removed, a pure zinc layer forms on top of these 
(eta layer), which possesses a shiny surface and the well known zinc bloom. In the case of normally galvanised objects 
the gamma layer is very thin and therefore frequently invisible in the microsection. In the case of parts which have had 
prolonged contact with the molten zinc, this phase, as in Fig. 2, is clearly visible in the extremely thick zinc coating. As 
comparison, Fig. 3 illustrates an example of a zinc layer of the usual thickness with normal structure. 
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Fig. 3 Comparative micrograph showing a zinc layer of the usual thickness with normal structure (controlled 
galvanisation). The alloy layers are covered by a pure zinc layer with only isolated embedded alloy grains. 200 

x 

The hook was made of silicon-killed alloy steel 41 Cr 4. A silicon content of 0.27% was established analytically. Silicon 
accelerates the reaction between iron and zinc, which should have been taken into account in the present case by reducing 
the dip time or a small addition of aluminium (0.1 to 0.2%) to the galvanising bath in order to retard the extremely rapid 
growth of the zinc layer and the strong alloy formation. 

Even in the case of steel parts with lower silicon contents the reaction between iron and zinc can continue until the pure 
zinc layer has been consumed entirely if the work piece is not cooled sufficiently rapidly after withdrawal. The zinc 
coating then consists of only the iron-zinc alloy layers. Since the grains of the iron-zinc phases grow in different 
directions and at different rates the surface becomes rough and matt 2. 

This phenomenon of “heat spot” appeal's when the galvanised material takes up too much heat from an overheated zinc 
bath. The same effect can also appear when the zinc bath is at the correct temperature if the parts have high mass: surface 
area ratio and, on account of their large heat capacity, remain long enough after withdrawal at sufficiently high 
temperatures to maintain the iron-zinc reaction until the pure zinc layer has been completely consumed. The rate of 
cooling of the still hot, galvanised components can be reduced critically by stacking. Accelerated cooling by blowing with 
compressed air or in the case of uncomplicated components by cooling in water retards the reaction in the pure zinc layer. 
Heat spot can be brought about deliberately in hot galvanising by supplying heat directly to the galvanised material after 
withdrawal (zinc annealing) until the pure zinc layer has been consumed. Paints and varnishes adhere better to the rough 
surface. In order to avoid cracking care must be taken that the zinc layers formed in this case are not too thick. 
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Examination of Wires for the Manufacture of Tempered Bolts 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A bolt manufacturer complained that wires of steel 41 Cr4 of certain shipments were prone to formation of quench cracks 
in the rolled threads. According to the test results the tendency of the bolts of shipments SI and S2 to crack in the thread during 
hardening was primarily due to their great sensitivity to overheating and to their hardenability caused by their method of 
metallurgical manufacture. A stronger decarburization of the case also contributed to this, which could not be prevented by working 
because the thread was rolled. Hardening tests by the bolt manufacturer on notched bars showed that quench cracks did not occur if 
the specimens were turned down before hardening or if the notch was not beaten by a chisel, but was machined. 

Keywords: Bolts; Decarburizing; Overheating; Wire 

Material: 41Cr 4 (Chromium alloy steel) 

Failure type: Heat treating-related failures 


A bolt manufacturer complained that wires of steel 41 Cr4 of certain shipments were prone to formation of quench cracks 
in the rolled threads. Since in such cases a comparison of socalled “bad” and “good” stalling material (from the point of 
view of the user) is the surest way to establish the cause of the damage, wires were requested from shipments causing 
much scrap during hardening, as well as wires which were crack-free after hardening. 


Thirty wire sections of equally as many rings of two “bad” shipments were examinated. In the following 
designated as SI and S2. Twenty-seven sections of a “good shipment are designated as G. Four rings of each 
were analyzed as to their chemical composition. The analyses showed in the average the following values: 


Shipment 

C % 

Si % 

Mn % 

P % 

s % 

Cr % 

Ni % 

Cu % 

A1 % 

N % 

o % 

S 1 

0,39 

0,28 

0,73 

0,017 

0,006 

1,10 

0,08 

0,03 

0,006 

0,002 

0,007 

S 2 

0,38 

0,27 

0,72 

0,017 

0,006 

1,10 

0,10 

0,03 

0,006 

0,001 

0,007 

G 

0,41 

0,25 

0,60 

0,014 

0,031 

1,03 

0,09 

0,14 

0,017 

0,006 

0,004 


these are 
shipment 


All values correspond to the specifications according to DIN 1654 and 17200. The “good” shipment can be differentiated 
from the two quench crack sensitive ones by a higher sulphur content which points to the smelting practice in the S. M. 
furnace. It also shows higher copper content which, however, should be of no significance from the point of view of crack 
sensitivity. But most of all higher aluminum and nitrogen contents are discernible. The wire of this shipment may 
therefore consist of an aluminum-killed fine-grained steel, which possesses a lower sensitivity to overheating and lower 
hardenability as a consequence of the presence of finely dispersed undissolved aluminum nitrides which act as deterrent 
to grain growth. 

Cross sections were cut of all wire sections for metallographic analysis. All showed annealed structures. In the structure 
of the wires of shipment G the cementite was somewhat stronger spheroidized (Fig. 1) than in that of shipments SI (Fig. 
2) and S2 (Fig. 3), whose lamellar pearl itc structure was still recognizable. This is most likely connected with the fine 
grained steel's lower supercooling propensity of the austenitic transformation. All samples were case dccarburizcd. The 
average depths of decarburization of all 30 samples were measured to be: 









Shipment 


SI S 2 G 


Depth of fully decarburized zone [mm] 0,05 0,05 0 
Total decarburized depth [mm] 0,14 0,12 0,05 









Fig. 3 Cross sections, etchant: picral. 200 x Core structure of the wires. S2. 

The wires of shipment G which were not crack sensitive are accordingly distinctly less decarburized and show no fully 
decarburized layer. Figures 4, 5, 6 display this condition._ 


Fig. 4 Cross sections, etchant: picral. 200 x Edge structure of the wires. SI 







Fig. 5 Cross sections, etchant: picral. 200 x Edge structure of the wires. S2. 



Fig. 6 Cross sections, etchant: picral. 200 x Edge structure of the wires. G. 

The frequency curves of Fig. 7 express this even more clearly. Decarburization tests of 7 h at 1000° C in air showed that 
the wires of shipment G were decarburized only half as strongly and deeply under the same conditions as those of 
shipments SI and S2 (Figs. 8. 9, 10). The tendency to stronger decarburization is therefore caused already by the melting 
and deoxidation process. The case structure as well as the core structure of the wires of shipment G was finer grained 
after decarburization annealing than those of shipments SI and S2 (Figs. 11. 12, 13). 
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Fig. 7 Frequency curves of the decarburization depth. 



Fig. 8 Structure after 7 h decarburization anneal at 1000° C in air, cross sections, etchant: picral. 100 x Edge 
structure of the wires. 50 x SI. 





Fig. 9 Structure after 7 h decarburization anneal at 1000 ° C in air, cross sections, etchant: picral. 100 x Edge 
structure of the wires. 50 x. S2. 




Fig. 10 Structure after 7 h decarburization anneal at 1000 ° C in air, cross sections, etchant: picral. 100 x 
Edge structure of the wires. 50 x. G. 



Fig. 11 Structure after 7 h decarburization anneal at 1000 ° C in air, cross sections, etchant: picral. 100 x 
Core structure of the wires. 100 x. SI. 





Fig. 12 Structure after 7 h decarburization anneal at 1000 ° C in air, cross sections, etchant: picral. 100 x 
Core structure of the wires. 100 x. S2. 



Fig. 13 Structure after 7 h decarburization anneal at 1000 ° C in air, cross sections, etchant: picral. 100 x 
Core structure of the wires. 100 x. G. 

Hardness tests at temperatures of 775 to 900°C confirmed that the crack sensitive steel of shipments SI and S2 was more 
sensitive to overheating than the fine grained steel of shipment G. While in the specimen of SI and S2 symptoms of 
overheating appeared in the fracture already after quenching from 850°C, the steel of shipment G was still fine grained 
after hardening from 900°C. 

End quench tests of 2 specimens of 5 mm diameter and 65 mm length were made for the purpose of comparing the 
hardenability A small platelet of 25 mm diameter was welded onto the end faces of the samples for protection of the bar 
surfaces against water spray . Hardening temperature was 840°C. The results are summarized in Fig. 14. They confirm 
the previously reached conclusion that the steel of the crack sensitive shipments is more hardenable than that of the good 




shipment. The slightly higher manganese content of the shipments subject to complaints may have contributed to this, but 
certainly did not play the deciding paid. 
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Fig. 14 Results of end quench tests 

According to the test results the tendency of the bolts of shipments S1 and S2 to crack in the thread during hardening is in 
all probability primarily due to their great sensitivity to overheating and to their hardenability caused by their method of 
metallurgical manufacture. A stronger decarburization of the case doubtlessly also contributed to this, which could not be 
prevented by working because the thread was rolled. It is well known 1 that stresses occur, during hardening of case 
decarburized parts through an advance of the y-a-transformation which can lead to quench cracks. Incidentally, hardening 
tests by the bolt manufacturer on notched bars showed that quench cracks did not occur if the specimens were turned 
down before hardening or if the notch was not beaten by a chisel, but was machined. 
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Footnote 



* The wires were too thin for the production of standard samples of 25 mm diameter. The results of tests of non- 
standardized samples are comparable with each other. 


Fatigue Failure of a Locomotive Suspension Spring that Initiated at a Seam 

From: J.H. Maker, Failures of Springs, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 550-562 


Abstract: A locomotive suspension spring with a bar diameter of 36 mm failed. Outdoor exposure of a hot-rolled hardened-and- 
tempered 5160 bars for suspension springs resulted in rusting in the seam and on the fracture surface. A step due to a seam was 
visible on the surface. The thumb nail looked off-center from the step, but a smaller thumb-nail shape that is concentric with the 
step and a second stage of growth were found to be spread principally to the right of the step. The rapid stage of failure, which 
began at the edge of the thumb nail, was much rougher and exhibited rays that diverge approximately radially from it. The seam 
wall was revealed to have two zones among which the lower zone being mottled. Dozens of spear-head-shaped areas (fatigue 
cracks) pointing away from the seam was revealed at the base of the seam. The orientation of these origins was normal to the 
direction of resultant tensile stress from torsional stressing of the spring material. It was concluded that the fatigue failure in the 
spring was initiated at the base of a seam. 

Keywords: Tensile stress; Torsion 


Material: 5160 (Chromium alloy steel), UNS G51600 


Failure type: Fatigue fracture 


Hot-rolled hardened-and-tempered 5160 bars for suspension springs are purchased to a restricted seam-depth requirement. 
Outdoor exposure can result in rusting in the seam and on the fracture surface (Fig. la). This macrograph shows a smooth 
portion of the fracture that exhibits a step due to a seam, which can be seen on the surface. 





Fig. 1 Fatigue fracture of a locomotive spring with a bar diameter of 36 mm (116 in.), (a) A step (shown by 
arrow) is visible at the fracture surface near the inner diameter of the spring. A seam is visible, extending from 
the step. 0.6x. (b) Higher magnification (1.7x) of thumb-nail position of the fracture. The step is in the center 
of a smaller semicircle indicated by arrows. Growth occurred principally to the right of the step until the area 
was approximately doubled, at which time rapid fracture (rough texture) began, (c) The seam wall (exposed by 
a specimen-fracture technique) is very dark in places because of scale. Below this is a mottled area exhibiting 
rust and scale. At the base of this area are dozens of fatigue origins with faces all parallel to the final fracture. 
At the bottom is the area of rapid, rough fracture. 14x. (d) Metollographic cross section of the seam. The light 
flecks near the surface are ferrite; the gray areas in the seam are unidentified nonmetallics, probably oxides. 
lOOx 

Investigation. Figure 1(b) shows a detailed view of the area around the step. The thumb nail looks off-center from the 
step, but there is a smaller thumb-nail shape that is concentric with the step and a second stage of growth, very slightly 
rougher, that spreads principally to the right of the step. The demarcation line is nearly invisible because of rust on the 
fracture. The rapid stage of failure, which begins at the edge of the thumb nail, is much rougher and exhibits rays that 
diverge approximately radially from it. 

Figure 1(c) shows the seam wall at 15x from a section next to that shown in Fig. 1(b). This was accomplished by cutting 
the metal away beneath the seam with an abrasive cutoff disk oriented such that the cut was aligned with the seam. 

Cutting was continued until the wheel had penetrated to about 0.8 mm (32 in.) from the bottom of the seam. The section 
of the spring was then placed in a vise so that the abrasively cut walls could be pushed toward each other and the seam 
walls pulled apart by using the sound metal in between as a fulcrum. Under these conditions, the sound metal just under 
the seam is placed in tension, and it fractures in a ductile manner. The seam wall has two zones, the lower zone being 
mottled. 



At the base of the seam wall are dozens of spear-head-shaped areas pointing away from the seam. These facets are all 
parallel to the final thumb-nail surface and are fatigue cracks. Although they extend laterally into the matrix metal, they 
are deeper than they are wide, showing that the fracture fronts did not develop at a uniform rate in all directions in their 
early stages. The orientation of these origins is normal to the direction of resultant tensile stress from torsional stressing of 
the spring material. 

Figure 1(d) shows a metallographic view of a cross section of the seam. The light areas near the surface are 
predominantly ferrite resulting from decarburization. The dark areas in the seam are nonmetallics that were not identified. 
Conclusion. The failure in this spring initiated at the base of a seam. Many fracture origins developed, which oriented 
normally to the direction of tensile stress at 45° to the wire axis, resulting from the torsional stressing of the spring 
material. As failure progressed, one or more of these origins developed into a semicircular fracture plane at the same 45° 
angle. This eventually caused complete fracture. 
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Failure of a Transport Aircraft Relay Valve Guide 

A.K. Das, Aircraft Design Bureau, Hindustan Aeronautics Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A 52000 bearing steel valve guide component operating in the fuel supply system of a transport aircraft broke into two 
pieces after 26 h of flight. The valve guide fractured through a set of elongated holes that had been electrodischarge machined into 
the component. Analysis indicated that the part failed by low cycle fatigue. The fracture was brittle in nature and had originated at a 
severely eroded zone of craters in a hard, deep white layer that was the result of remelting during electrodischarge machining. It 
was recommended that the remaining parts be inspected using a stereoscopic microscope and/or a borescope. 

Keywords: Aircraft components; Airplanes; Bearing steel; Control valves; Electric discharge machining; Engine components; Low- 
cycle fatigue 


Material: 52000 (Chromium alloy steel) 


Failure types: Fatigue fracture; Metalworking-related failures; Brittle fracture 


Background 

A steel relay valve guide component operating in the fuel supply system of a transport aircraft broke into two pieces 
during flight. 

Applications 


The valve guide was one of a batch of such components imported for tail plane pitch control. Valve failure introduces a 
great risk of fire, which may endanger the safety of the aircraft by the escape of fuel to hot zones around the engine bay. 
The part was reportedly machined to its entire length by conventional machining—except for two sets of elongated holes, 
which were precision machined by the electrodischarge process (Fig. 1). 




Fig. 1 Rear valve guide, showing transverse fracture through an elongated hole. No plastic deformation was 
evident around the fracture zone. 







Circumstances leading to failure 



The valve guide fractured into two pieces after it had served for only 26 h of flight (Fig. 2). The valve was operating at a 
working load of 20.7 Mpa (3000 psi) at the time of failure. 


Fig. 2 Fractograph of the transverse fracture, showing brittle crack propagation through widely spaced lines of 
arrest and from the melted crater region of the hole corner. 

Pertinent specifications 

The valve guide was manufactured from SAE 52000, a high-carbon chromium ball bearing steel. 

Specimen selection 

One of the two broken pieces was selected for fractographic analysis. A section across the origin of failure was 
metallographically prepared for microstructural studies. 

Visual Examination of General Physical Features 

Visual examination revealed that the valve guide had separated transversely through one of the two sets of elongated 
holes. The hole bore surface was irregular and discolored. 

Testing Procedure and Results 

Surface examination 

Macrofractography. Examination of the failed elongated hole under a low-power stereoscopic microscope revealed a 
rough and low corroded bore surface, with clear signs of melting and craters (Fig. 2). The fracture had a smooth but rather 
coarse crystalline surface in a plane at a right angle to the valve axis. 

Both elongated holes contained almost identical deep depressions at the bore edge caused by severe burning combined 
with erosion effects (Fig. 2). The fracture surface exhibited a conspicuous dark-shaded, triangular zone adjoining the 
sunken hole bore edge. Closer observation revealed several faint arc like markings of rather wide spacing running parallel 
to the profile of the dark-shaded zone. This indicated that the crack had propagated in stages through several lines of 
arrest in the crack path, having originated at the crater region in the outer corner of the bore surface. All these features 
suggested typical brittle cracking under low-cycle fatigue. 


Metallography 


Microstructural Analysis. Microexamination of a section across the zone of origin revealed a conspicuous white 
layer (remelted) in the outer surface of the bore to the maximum depth of 0.035 mm (0.0014 in.). The microstructure also 
contained a 0.35 mm (0.014 in.) deep overtempered zone just beneath the white layer (Fig. 3). Otherwise, the core 
structure showed satisfactory tempered martensite with a uniform distribution of numerous tiny globular carbides in the 
matrix, typical of a high-carbon chromium ball bearing steel. 



Fig. 3 Low-magnification optical micrograph of a section across the crater zone, showing the presence of a 
conspicuous hard, white layer that seeped into the cracked zone while in the molten condition during 
electrodischarge machining. An underlying tempered zone exists between the core and the layer. 

Microexamination also revealed that the fracture was enveloped with a trace amount of white layer to a considerable 
depth (Fig. 3). Moreover, the white layer showed several transverse cracks emanating from the outer bore surface and 
occasionally penetrating th e base of the overtempered zone (Fig. 4). _ 



Fig. 4 Higher-magnification view of the zone in Fig. 3, showing parallel transverse cracks in the white layer 
that occasionally penetrated the tempered martensite matrix. 

Mechanical properties 

Hardness. A microhardness survey using a 500 g load was performed. A maximum hardness value of 1100 FIV in the 
outermost white layer and a minimum value of 550 FIV in the overtempered zone were obtained. The core hardness 
yielded an average value of 800 FIV. 


Discussion 


Fractographic studies established that the failure occurred by low-cycle fatigue, as evidenced by the presence of several 
lines of arrest marks in the crack propagation path. Close analysis of the fracture path revealed that the brittle crack 
originated at the severely eroded zone of craters in the outer corner of the bore surface. 

The presence of surface defects, such as discoloration, erosion, and craters, indicated a high-temperature melting 
phenomenon that occurred during electrodischarge machining, forming a very hard, deep white layer. It was evident from 
the microstructure that, because the white layer had seeped into the fracture surface, crack initiation took place during the 
high-temperature machining stages. 

On the other hand, the development of transverse cracks in the outermost bore surface was a direct consequence of drastic 
quenching of the hard, brittle white layer. Under this condition, any minor stresses during service would lead to premature 
brittle failure. Flowever, the depth of the white layer (0.035 mm, or 0.0014 in.) exceeded the limit normally permissible 
for finished hardenable steel products (0.025 mm, or 0.001 in.). As such, the excess depth was believed to have 
contributed to the extreme brittleness of the white layer. A11 these findings suggested that the process parameters adopted 
for electrodischarge machining could have been faulty, especially with respect to the maintenance of proper current 
density. It was also possible that short circuiting led to high-temperature melting. 

Conclusion and Recommendations 

Most probable cause 

The brittle cracking of the valve guide was caused by low-cycle fatigue, which was attributed to the presence of a pre¬ 
existing crack in the outer corner of the bore. This crack resulted from an unduly overheated structure (white layer) 
formed during machining. 

Remedial action 

Stereoscopic macroexamination as well as borescopic inspection of the electrodischarge machined bore surfaces should 
be performed before such components be accepted from the exporter. 
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Failure of a Bearing for a Jet Engine Because of Misalignment Between the 
Bearing and a Shaft 

From: R.L. Widner, Failures of Rolling-Element Bearings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 490-513 


Abstract: The engine on a jet aircraft was shut down immediately as it produced excessive vibration. Complete failure of the cage in 
one of the two main-shaft ball bearings (placed side by side in the engine) was revealed in the dismantled engine. The ball bearings 
(made of vacuum-melted 52100 steel) were both of the single-row deep-groove type with split inner rings and were designed to 
operate at a maximum temperature of 175 deg C. Overtempering of the rings was indicated by the reduced hardness in comparison 
to unfailed rings. Severe damage to approximately 20% of the load-bearing surface, with more damage on one of the shoulders of 
the groove, was revealed during examination of the outer raceway of the bearing which indicated misalignment of the bearing. No 
damage other than spalling cavities in the inner-ring raceway, caused by the elongated subsurface inclusion revealed by 
metallographic examination of circumferential section of the largest cavity, was exhibited by the second bearing. It was concluded 
that the fracture of the cage was caused by overheating and misalignment caused excessive stressing of the bearing on the main 
shaft. 

Keywords: Bearing races; Gas turbine engines; Overheating; Stresses; Vibration 


Material: 52100 (Chromium alloy steel), UNS G52986 


Failure type: (Other, miscellaneous, or unspecified) failure 


An engine on a jet aircraft produced excessive vibration in flight and was immediately shut down. 




Dismantling the engine revealed complete failure (fracture) of the cage in one of the two main-shaft ball bearings. The 
ball bearings were both of the single-row deep-groove type with split inner rings, manufactured for use in jet-aircraft 
engines. The bearings were made of vacuum-melted 52100 steel and were designed to operate at a maximum temperature 
of 175 °C (350 °F). The bearings were side by side in the engine. 

Investigation. Hardness surveys were conducted on the inner and outer rings of both heal ings. Hardness of the inner 
and outer rings of the bearing having the unfailed cage averaged 58 and 59 HRC, respectively, which is consistent with 
the specified hardness of 58 to 64 HRC. The inner ring of the bearing with the failed cage had a hardness of 55 HRC, and 
the outer ring 57 HRC. At 175 °C (350 °F), these parts would have a hot hardness of 50 HRC, perhaps indicative of 
overtempering. 

All components of both bearings were visually inspected for evidence of excessive heating, structural damage, and 
misalignment. Figure 1(a) shows a photograph of the bearing with the fractured cage. Damage caused by severe scoring, 
scuffing and plastic deformation of the material surrounding the ball pockets of the cage is shown in Fig. 1(b). The cage 
was also cracked between pockets at several locations around the periphery; one of these cracks (arrow) is visible 
between the two pockets at top in Fig. 1(b). 




Fig. 1 52100 steel jet-engine ball bearing that failed because of overheating resulting from misalignment, (a) 
Photograph of bearing components showing fractured cage, (b) Enlarged view of cage showing damage caused 
by scoring, scuffing, and plastic deformation around ball pockets and a circumferential crack (arrow), (c) 
Segment of ball groove in outer raceway, showing off-center damage from misalignment, (d) Micrograph of 
section through spalling cavity in inner raceway of unfailed bearing showing inclusion (arrow) about 0.013 cm 
(0.005 in.) below surface 

Examination of the outer raceway of the bearing with the failed cage revealed severe damage to approximately 20% of the 
load-bearing surface. As shown in Fig. 1(c), more damage occurred on one shoulder of the groove than on the other, 
indicating misalignment of the bearing during at least paid of its operation. Further evidence of misalignment was found in 
the ball pockets of the cage, which were unevenly worn. This misalignment caused severe stressing of the cage material, 
resulting in fracture of the cage. Discoloration of the bearing components indicated that the heal ing had been heated to 
temperatures in excess of the design limit. The cause of misalignment is uncertain, but may have been improper mounting 
of the bearing on the main shaft. 




The second bearing exhibited no damage other than several small spalling cavities in the inner-ring raceway. 
Metallographic examination of a circumferential section through the largest cavity revealed an elongated subsurface 
inclusion (arrow. Fig. Id). This inclusion was in the region of maximum shear stress in the bearing (approximately 0.1 
mm, or 0.005 in., below the surface), which indicated that it had initiated the spalling cavity. 

Conclusions. Failure of the cage resulted from overheating and excessive stressing of the cage caused by misalignment 
of the bearing on the main shaft. The heal ing that failed was slightly tempered by overheating during operation. 

The small spalling cavities found on the inner ring of the backup bearing were caused by an elongated subsurface 
inclusion located several thousandths of an inch below the surface and in the region of maximum shear stress. These 
cavities were not large enough to contribute to vibration in the engine at the time it was shut down. 


Fatigue Fracture of a Taper Pin in a Clutch-Drive Assembly 


From: W.J. Jensen, Failures of Mechanical Fasteners, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 529-549 


Abstract: The drive wheel on a clutch-drive support assembly was slightly loose and caused clutch failures in service after 6.8 x 106 
cycles. After failure, removal of the taper pin holding the drive wheel on the shaft was difficult, indicating that the pin was tight in 
the assembly. The taper pin was made of 1141 steel, the shaft 1117 steel, and the drive wheel 52100 steel. It was found that failure 
of the clutch-drive support assembly occurred as a result of fatigue fracture of the taper pin. A loose fit between the drive wheel and 
the shaft and between the drive wheel and the pin permitted movement that resulted in fatigue failure. Fretting of the pin and drive 
shaft was observed but did not appear to have contributed to the failure. To prevent reoccurrence, the assembly should be 
redesigned to include an interference fit between the shaft and the drive wheel. The drive wheel and the shaft should be taper 
reamed at assembly to ensure proper fit. In addition, receiving inspection should be more critical of the components and accept only 
those that meet specifications. 

Keywords: Drive shafts; Fretting; Pins 


Materials: 52100 (Chromium alloy steel), UNS G52986; 1141 (Resulfurized carbon steel), UNS G11410, UNS G11170; 1117 
(Resulfurized carbon steel), UNS G11410, UNS G11170 


Failure type: Fatigue fracture 


The drive wheel on the clutch-drive support assembly shown in Fig. 1(a) was slightly loose and caused clutch failures in 
service after 6.8 x 10 6 cycles. After failure, removal of the taper pin holding the drive wheel on the shaft was difficult, 
indicating that the pin was tight in the assembly. The taper pin was made of 1141 steel, the shaft 1117 steel, and the drive 
wheel 52100 steel. 




(o) Drive support assembly (52100 steel) 



Fig. 1 Steel clutch-drive support assembly that failed in service after a taper pin fractured. The pin fractured 
because of a loose fit between components, (a) Drive support assembly. Section A-A shows the break in the 








small end of the taper pin (arrow), (b) Fractured pin; note axial grinding marks on the surface, (c) Fretting on 
the portion of the shaft covered by the drive wheel 

Investigation. Upon removal from the assembly, the taper pin was found to be broken at the small end (Section A-A, 
Fig. 1). In assembly, the fracture occurred near the interface of the shaft and the drive wheel. As shown in Fig. 1(b), the 
surface of the taper pin contained axial grinding marks, some of which were partly obliterated by movement of the 
components during operation, before and after the pin broke. Evidence of fretting was also found on the pin. Surface 
finish on the pin was 1 pm (45 pin.); specifications required 0.8 pm (32 pin.). The fracture surface of the pin contained 
ductile tears, fatigue striations, and shear lips. 

Examination of the clutch shaft revealed that fretting had occurred on the portion of the shaft covered by the drive wheel 
(Fig. lc). It did not appear that fretting alone had impaired machine operation. 

During the investigation, a second clutch-drive support assembly was received at the laboratory. This second assembly 
exhibited a loose fit similar to the first. The assembly was sectioned transversely at the taper pin, and the pin was found to 
be fractured in the same area as the first. There was a tight line-to-line fit between the shaft and the taper pin. Flowever, 
there was a maximum clearance of 0.08 mm (0.003 in.) between the drive wheel and the large end of the pin, and there 
was a lesser amount at the small end. Also, the clearance between the shaft and the drive wheel was 0.04 mm (0.0015 in.) 
(specifications permitted a maximum clearance of 0.025 mm, or 0.001 in.). Because of the excessive clearance between 
the shaft and the drive wheel, alternating stresses were transmitted to the pin. 

Conclusions. Failure of the clutch-drive support assembly occurred as a result of fatigue fracture of a taper pin. A loose 
fit between the drive wheel and the shaft and between the drive wheel and the pin permitted movement that resulted in 
fatigue failure. Fretting of the pin and drive shaft was observed but did not appear to have contributed to the failure. 
Recommendations. The assembly should be redesigned to include an interference fit between the shaft and the drive 
wheel. The drive wheel and the shaft should be taper reamed at assembly to ensure proper fit. In addition, receiving 
inspection should be more critical of the components and accept only those that meet specifications. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Thrust Bearing Failure Leading to the Destruction of a Propeller Rotor 

Tina L. Panontin, NASA Ames Research Center 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: An accidental overspeed condition during wind tunnel testing resulted in the destruction of a propeller rotor The 
occurrence was initially attributed to malfunction in the collective pitch control system. All fractured parts in the system were 
inspected. Highly suspect parts, including the pitch control thrust bearing set, head bolts, hub fork, and actuator rod end, were 
examined in more detail The thrust bearing set (52100 steel) was identified as the probable source of the uncommanded pitch angle 
change. A complete failure analysis of the bearing indicated that failure was precipitated by excessive heating, causing cage 
disintegration, plastic flow of the races and balls, and eventual separation of inner and outer races. It was recommended that the 
bearing set be resized to accommodate the large thrust as and that a thermocouple be added to monitor the condition of the bearing 
during testing. 

Keywords: Aircraft components; Bearing steel; Wind tunnels 
Material: 52100 (Chromium alloy steel), UNS G52986 
Failure type: Rolling-contact wear 


Background 

An accidental overspeed condition during wind tunnel testing resulted in the destruction of a propeller rotor. 


Applications 





The prop test rig (PTR) had been used for 20 years to test a number of different rotors. The configuration for the present 
test is shown in Fig. 1. The rotor was a right-hand rotation 7.5 m (25 ft) diam propeller with three blades. The purpose of 
the wind tunnel tests was to define the propulsive performance of the rotor. 


Fig. 1 PTR with three-bladed propeller rotor in wind tunnel test configuration 

A schematic of the collective pitch control system is shown in Fig. 2. The pitch of the rotor blades was changed by a 
stationary actuator, which moved the rotating control tube forward or backward through the thrust bearing set. 




Fig. 2 Schematic of the collective pitch control system, showing the thrust bearing set ,control tube, and 
actuator 

Circumstances leading to failure 

The mishap occurred during a test run in which several data points had been taken and new conditions were being set up. 
Torque had just been reduced from 21.700 to 13,500 N.m (16,000 to 10,000 lbf . ft) so that the tunnel airspeed could be 
increased when the rotor torque suddenly decreased to negative 2700 N.m (2000 lbf . ft) in an uncommanded event. 
Because control of the rotor had been lost, the breaker to the motors driving the propeller was opened to protect the 
motors. However, instead of slowing, the rotor began to accelerate. 

Unknown to test operators, the rotor blades had gone to a lower blade angle because of a thrust bearing failure, which 
allowed the tunnel airspeed to drive the rotor. Operating limits for monitored parameters on the rotor were soon reached, 
and the emergency stop of the tunnel was activated. By that time, the rotor had reached speeds beyond the structural 
limits of the blade retention straps and quickly self-destructed. 

One blade tore loose and pierced the top of the test section. Because of the imbalance created, the remaining rotor and 
mast assembly failed and left the PTR. Most of the debris came to rest against a debris fence 90 m (300 ft) down the 
tunnel circuit. Damage to the wind tunnel was minimal; however, the rotor and hub were destroyed. 

Pertinent specifications 

The collective thrust heal ing consisted of a pair of thin, 140 mm (5.5 in.) diam, angular contact bearings mounted back to 
back. The cage was made of a phenolic laminate, and the races and balls were made of 52100 heat-treated steel. Grease 
was used as a lubricant. The maximum permissible operation temperature for this bearing was 120°C (250°F). Selected to 
withstand thrust loads only, the bearing pair was supplied with a 0.03 mm (0.001 in.) preload. Preload was applied in the 
PTR assembly by squeezing the bearing pair with large retaining nuts torqued to approximately 400 N . m (300 lbf . ft). 
The bearing pair was installed in the rotor rig in 1969 and operated during all testing, with one documented removal and 
inspection in 1984. 


Specimen selection 



The overspeed condition reached during the mishap required an uncommanded pitch angle change, which indicated that a 
failure had occurred in the collective pitch control system. Accordingly, the failure analyses performed in support of the 
mishap investigation focused on this control system. All fractured parts in the system were inspected. Highly suspect 
parts, such as the pitch control thrust bearing set, head bolts, hub fork, and actuator rod end, were examined in more 
detail. All the parts except the thrust bearing set appeared to have failed because of overload following the rotor 
overspeed. 

Additional evidence suggested that the thrust bearing set was the likely source of the uncommanded pitch angle change. 
First, it was the only one of six PTR assembly bearings that exhibited extreme heat damage and plastic deformation, even 
though all had experienced the overspeed. The other PTR assembly bearings showed limited evidence of overload 
(brinelling or fracture). Second, no documentation existed showing that the pitch control thrust bearing had been 
reanalyzed for the threefold increase in pitch control system loads anticipated for the present set of tests. Finally, a pitch 
control thrust bearing failure in the PTR assembly is a single-point failure, which allows the control tube to move with a 
fixed actuator position and still transfer load to the remainder of the assembly. Because of this evidence, the heal ing set 
was subjected to a complete failure analysis. 

Visual Examination of General Physical Features 

To expose the thrust bearing, the rotor shaft was removed from the mast housing. It was noted that the outer race was 
displaced relative to the inner race by approximately 19 mm (0.75 in.). The bearing housings and the races were then cut 
using a high-speed grinder. As shown in Fig. 3, the bearings exhibited signs of extensive plastic deformation and of 
reaching extremely high temperatures. The bearing materials were discolored, the races had deep, axially oriented 
grooves, and some of the balls were flattened. Many balls were no longer in their races; others were “welded” to the 
races. The bearing cages had completely disintegrated. 



(•) (b) 


Fig. 3 Pitch control thrust bearing races, showing signs of overheating and plastic deformation, (a) Inner 
races, as exposed, (b) Outer races, as exposed 

Removal of the races from their housings showed that the races were no longer round and that the inner races were loose 
on their housing. As shown in Fig. 4, the inner race housing was also discolored from an apparent exposure to high 
temperature and was gouged and worn on the shoulder some distance from the bearing seat. Metal welded to the outer 
race containment nut is shown in Fig. 5. 


Fig. 4 Pitch control thrust bearing inner race housing. Note the discoloration and wear on the shoulder, lx 



Fig. 5 Pitch control thrust bearing outer races in housing held by retaining nut. Note metal welded to the 
retaining nut and the ball welded to the outer race. 1.09x 

Testing Procedure and Results 

Surface examination 


Scanning Electron Microscopy/Fractography. The bearing races were sectioned, then examined using a 
binocular microscope and a scanning electron microscope (SEM). Sliding wear and ball seizure (material transfer and 


deep wear grooves, as shown in Fig. 6) were apparent. Features indicative of rolling wear under high speed or high load 
(deformation tongues, surface cracking, etc.) were also evident (Fig. 7). Although these features do not suggest race 
fatigue as a cause, fatigue cracking and the spalling that accompanies race fatigue may have been hidden by the extreme- 
temperature environment or the deformation experienced by the bearing pair. 



L ransier 


Fig. 6 SEM micrograph of the bearing outer race, showing evidence of material transfer and deep grooves 
indicative of sliding wear and ball seizure. 16x 


Fig. 7 SEM micrograph of bearing inner race. Note deformation tongues and surface cracking, features that 
suggest rolling wear caused by high speed or high load. 15. 4x 

Metallography 

Microstructural Analysis. Sections of the inner and outer bearing races and balls were mounted and polished for 
metallographic examination. The ball paths of both races were severely damaged, as demonstrated by the smeared metal 
and altered microstructure shown in Fig. 8. The inner race also showed layers of altered microstructure on its inner 
diameter (mate with housing) (Fig. 8). The outer race showed similar layers on its shoulder (Fig. 9). The balls were 
severely deformed and smeared, and exhibited microstructural changes similar to those of the races (Fig. 10). The white 
layers in Fig. 8, 9, 10 are untempered martensite; the black layers are tempered martensite. The core of the outer race 
exhibited microstructural features typical of 52100 steel (Fig. 11). 
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Fig. 8 Micrographs of sections of the bearing races. Smearing and changes in the microstructure are evident at 
the ball path surfaces and at the inner diameter of the inner race. White layers are untempered martensite; 
black layers are tempered martensite. (a)Inner race. 11.5x. (b) Outer race. 65x 



Fig. 9 Micrograph of a section of bearing outer race shoulder, showing microstructural changes similar to those 
described in Fig. 8. 52x 



Fig. 10 Micrograph of a section of ball bearing. Severe deformation, smearing, and microstructural changes 
are evident. 16.75x 



Fig. 11 Micrograph of a section of bearing outer race core. The microstructure is typical of heat-treated 52100 
steel. 276x 

Mechanical properties 

Hardness. Microhardness traverses were performed on cross sections of the inner and outer races and the balls. The 
results are listed in Table 1. At surfaces reaching extreme temperatures, hardness was measured at 60 HRC, which is 
consistent with the untempered martensitic structure observed. It should also be noted that the housing surface supporting 
the inner races also demonstrated a hardness of 60 HRC, suggesting that it too experienced extremely high temperatures. 
Inner race and ball core hardnesses were softer than those specified by the manufacturer, indicating that the cores had 
been overtempered. This again is consistent with the appearance of the microstructure in these regions. 


Table 1 Results of hardness testing 


Location 

Hardness, HRC 


Inner race 

Outer surface 

Ball 

Ball path 

50 

>60 

60 


49 

33 



38 

49 



40 



Core 

33 

52 

48 


30 

54 



35 

55 



32 



Housing side 

>60 

>60 (shoulder) 



Stress analysis 

Bearings can overheat for a number of reasons, such as lack of lubrication, excessive lubrication (leading to churning), 
contamination or debris, too little or too much preload, overspeed/overload, or race spalling by fatigue. Most of these 
causes were not supported by evidence in the rotor mishap. Based on maintenance records and the operational history of 
the bearing pair, the most likely cause of the overheat condition was race damage caused by fatigue or 
overspeed/overload. 

Analytical. Fatigue damage in a bearing can cause the race to spall, which roughens the ball path and introduces debris 
into the heal ing. This can eventually lead to smearing of the balls and to heat generation. An analysis was conducted to 
determine the cumulative fatigue damage that the bearing pair sustained over its operational life. The loads experienced 
by the bearing, the time under load, and the cumulative damage fraction were listed in Table 2. The analysis results show 
that, during the current phase of testing, the bearing exceeded the number of revolutions in which 10% of bearing races 
would begin to show fatigue damage. The analysis results do not conclusively indicate race fatigue, because 90% of these 




bearings would still operate successfully with the load history of the pitch control thrust bearing set. Furthermore, no 
physical evidence suggesting race fatigue was observed. 


Table 2 Pitch control thrust bearing set: Fatigue load summary 


Test dates 

Thrust load 

range 

Run time. 

Damage 

Cumulative 


kg 

lb 

10 6 rev 

fraction 

damage fraction 

1970-1975 

0-1470 

0-3240 

0.205 

0.0174 

0.0174 

1983 

0-610 

0-1350 

0.270 

0.0013 

0.0187 

1984 

0-2080 

0^1590 

0.790 

0.0916 

0.1103 

1985 

610-1470 

1350-3240 

0.766 

0.1081 

0.2184 

1987 

0-2400 

0-5300 

0.718 

0.3215 

0.5399 

1988 

0-3380 

0-7450 

0.311 

0.2580 

0.7979 

Current 

0^1120 

0-9080 

0.331 

0.4612 

1.2591 


Overload/overspeed conditions were also investigated for the pitch control thrust bearings. Exceeding the limiting speed 
for a given thrust load can cause the contact angle between the balls and the races to rise, increasing the local contact 
stresses and generating excessive heat. Acceptable combinations of rotational speed and thrust load for this type of 
bearing are shown in Fig. 12. Also plotted in Fig. 12 are the thrust load and rev/min conditions experienced by the bearing 
set during test runs. As shown in Fig. 12, the limiting speed of the heal ings was exceeded for 47 min during run 5 and was 
again reached during 20 min in run 9 just prior to the mishap. 
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Fig. 12 Acceptable combinations of thrust load and rev/min for the pitch control thrust bearing set. Also 
plotted are actual load and rev/min conditions experienced by the bearing set during operation. 


Discussion 

Microstructural alterations to 52100 steel such as those observed in the pitch control thrust bearings can occur by 
exposure to high temperatures and/or plastic deformation. Temperature above 760°C (1400°F) would have to be reached 
at the contact surfaces to cause the microstructure to transform to untempered martensite. Lower temperatures, such as 
those that would exist some distance from contact surfaces, can temper existing martensitic microstructures. According to 
published material data, such exposures would have to last approximately 10 to 15 min at temperatures around 540°C 
(1000°F) to soften the material to the hardness measured in the cores of the inner race and balls. 

Consultations with bearing engineers confirmed that the type of damage observed on the pitch control thrust bearing set 
was consistent with overheating caused by operation at speeds in excess of the bearing limiting speed (see Fig. 12.). They 
also stated that the damage probably could not have occurred during the short duration (1 to 2 s) of the rotor overspeed. 
All evidence gathered supported the hypothesis that damage from previous runs under overload/overspeed conditions led 
to rapid failure as the bearing again approached capacity just prior to the mishap. Therefore, it was concluded that the 
pitch control thrust bearing set failed from the overheating caused by repeated operation at or beyond bearing capacity. 
Based on the evidence obtained from the bearing set and from the rotor data collected until the time of rotor separation, 
the sequence of events leading to the destruction of the rotor by the bearing failure can be hypothesized as follows. In the 
final test run, the bearing reached its limiting speed and operated there for about 20 min. Because of damage incurred by 
operation beyond its capacity during earlier testing, the bearing pair was incapable of sustaining the combination of high 
load and high speed. The bearing temperature probably increased rapidly to that causing cage failure (near 200°C, or 
400°F) and race and ball material softening (near 315°C, or 600°F). The softened races deformed under load, and 
eventually the balls slipped across the races. This first slip in the pitch control system occurred about 23 s prior to the 
rotor separation (T-23 s), according to the data trace of blade pitch in Fig. 13. This slip was estimated from the data to be 
about 7.6 mm (0.3 in.) of pitch control tube travel. 
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Fig. 13 Data trace showing blade pitch angle versus time until rotor separation 

After the slip, the bearing appeared to maintain a quasi-stable configuration through friction and race deformation. This 
configuration is depicted schematically in Fig. 14 and was deduced from the deformation patterns observed on the races 
in Fig. 15 and 16. Because of the position of the balls after the slip, bearing rotation became increasingly difficult. It is 
believed that at this time the bearing seized and spun on the inner housing; this is supported by the evidence of extreme 
heat exposure observed on the inner diameter and housing of the inner race, as shown in Fig. 4 and 8. The heat generated 
by the seizure further elevated the temperature of the bearing race and balls, causing more softening and allowing 
additional race and ball deformation. 
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Fig. 16 Inner races in housing held by retaining nut. Deep formation wells on the downstream (right side) race 
shoulder support the hypothesized quasi-stable configuration shown in Fig. 14. 0.89x 

Because of this increasing deformation, the bearing balls slipped out of their quasi-stable position at T-5 s (see Fig. 13). 
This second slip is believed to have been about 10 mm (0.4 in.) of control tube travel. The resulting position of the balls is 
envisioned to be that shown in Fig. 14, based on deformation seen on the bearing races and housings (Fig. 17, 18, 19). 
This second quasi-stable configuration held for a few seconds, but as the load on the control tube increased with the blade 
pitch reductions, the inner and outer bearings separated completely. This occurred at approximately T-l s (Fig. 13). The 
control tube traveled to its full forward position (evidence that the tube impacted the tube stop was observed), and 
overspeed of the rotor occurred. 








Fig. 17 Outer races in their housing held by retaining nut. The smeared material shown indicates that the 
bearing balls spun in the nut radius after the second slip. See Fig. 14. l.llx 




Fig. 19 Inner races in their housing. Wear on the housing shoulder shows where the balls probably spun after 
the second bearing slip. See also Fig. 14. 1.19x 

Conclusion and Recommendations 

Most probable cause 

The overspeed condition was caused by the progressive decrease in blade pitch allowed by the failure of the thrust bearing 
set in the pitch control system. The bearing set failed because of the generation of excessive heat by repeated operation at 
and beyond its load/speed capacity. 

Remedial action 

The bearing set for the PTR will be resized to withstand the actual, maximum load/speed combinations that it will 
experience during operation. Thermocouples will be installed to monitor the condition of the pitch control thrust bearing 
set (and other bearings designated as single-point failures). The fatigue life of the bearings will be closely watched, and 
the bearing set will be replaced before its life is exceeded. 

How failure could have been avoided 

The heal ing capacity should have been re-examined in light of the threefold increase in loads anticipated during the new 
phase of operation. Destruction of the rotor itself could have been prevented if the bearing had been recognized as a 
potential single-point failure and heated accordingly—for instance, by monitoring bearing temperature during testing. 

Related Information 

B.A. Miller, Overload Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
671-699 

R. Ahmed, Rolling Contact Fatigue, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, 
p941-956 


Failure of Electric Motor Ball Bearing 

H.W. Walton, The Torrington Company 


From: H.W. Walton, Four Interesting Bearing Failures, Failure Analysis Techniques and Applications (Proceedings of the First 
International Conference on Failure Analysis), J.I. Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 



Abstract: Incorrect grounding of an electric motor resulted in electric current passing through a 52100 steel ball bearing and caused 
multiple arcing between the rolling elements. The multiple arcing developed a pattern on the outer race known as 'fluting'. A section 
of ball race outer showed the distinct banding (fluting) resulting from spark discharges while the bearing was rotating. The severe 
distress of the surface resulted in unacceptable levels of vibration. An SEM photograph of the banded regions showed smoothing of 
the asperities from continued operation is evident. In the crators the residue of partial melting was seen. 

Keywords: Ball bearings; Electric arcs; Electric motors; Grounding (electrical); Martensite; Melting; Scanning electron microscopy 


Material: 52100 (Chromium alloy steel), UNS G52986 


Failure type: (Other, miscellaneous, or unspecified) failure 


Incorrect grounding of an electric motor resulted in electric current passing through the bearing and causing arcing 
between the rolling elements. Because of the dynamic nature of the discharge the multiple arcing developed a pattern on 
the outer race known as 'fluting' (Fig. 1). 




Fig. 1 Section of ball race outer showing the distinct banding (fluting) resulting from spark discharges while 
the bearing was rotating. 

Each spark caused a small crater on the surface, slight melting and formation of a white untempered martensite layer 
associated with each crater (Fig. 2 and 3). The severe distress of the surface resulted in unacceptable levels of vibration. 


Fig. 2 Scanning electron microscope photograph of the banded regions. Some smoothing of the asperities from 
continued operation is evident. In the crators the residue of partial melting can be seen. 




Fig. 3 Polished and etched (nital) taper section adjacent to the end of one of the bands. Magnification 400x a - 
Base steel (52100); fine dispersion of alloy carbides in tempered martensite matrix, b - White fresh martensite 
caused by reheating of the surface by the spark discharge, c - Original race surface. 

Related Information 

R.L. Widner, Failures of Rolling-Element Bearings. Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 490-513 


Failures of TiN-Coated Wobblers in a Hydraulic Assembly 

Suranjeeta Dhar, Fameeda Mohammed, Laura Xu, Raymond Fontana, Multi-Arc, Inc. 


From: S. Dhar, F. Mohammed, L. Xu, R. Fontana, Failure Characterization of Coated Tools, MC95 International Metallography 
Conference (Proceedings of the International Metallography Conference, Colmar, France, 10-12 May 1995) ASM International, 1996, 
p 335 

Abstract: Extensive slipper/wobbler failures occurred in the integrated drive generators that incorporated TiN coated wobblers, 
during the production acceptance test. Similar coated wobblers had passed the application tests. The nature of the failure was 
extensive gouging of the wobbler surface with discoloration and coating removal. The substrate material was E52100 which was 
through-hardened to HRC 55-60. The slippers that were in contact with the coated wobbler surface were made of AISI 06 material. A 
synthetic oil was used as the hydraulic fluid in the application. The failure in the wobblers was caused by lack of temperature control 
during application which resulted in localized surface rehardening. It was established that there was a significant difference in the 
grade of the hydraulic fluid that was used in the two test programs. Use of superior grade of hydraulic fluid was recommended in 
this case for the production acceptance tests. 

Keywords: Coating removal; Gouging; Hydraulic assemblies; Wobblers 


Materials: 52100E (Chromium alloy steel), UNS G52986; Titanium nitride coating (Nitride-base ceramic) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Extensive slipper/wobbler failures had occurred in the integrated drive generators that incoiporated TiN coated wobblers, 
during the production acceptance test. Similar coated wobblers had passed the application tests. The nature of the failure 
was extensive gouging of the wobbler surface with discoloration and coating removal. The substrate material was E52100 
which was through-hardened to Re 55-60. The slippers that are in contact with the coated wobbler surface were made of 
AISI 06 material. A synthetic oil was used as the hydraulic fluid in the application. 

Observations And Results 


Binocular examination at 64x of the failed wobblers, from the production acceptance tests, revealed severely gouged 
surface with smeared pick up material. In some cases, coating could be observed underneath the pick up. Some 



discoloration of the coating was also observed. Such features were not observed in case of the wobblers that passed the 
application tests. 

Complete characterization of coating properties revealed no significant difference in case of the wobblers used in the 
production acceptance test (failed) and the application test. The results are summarized in the following table. 


Coating Properties 

Good Wobbler 

Failed Wobbler 

Average Thickness (pm) 

1.28 + 0.05 

1.3 + 0.01 

Average Surface Roughness (A°) 

378 + 31 

421+25 

Coating Hardness (Hv) 

3421+183 

3327+ 128 

Upper Critical Load 

65 + 5 

72 + 5 


However, metallographic analysis indicated significant difference in the microstructure of the two wobblers. In case of 
the failed wobbler, presence of a white hardened layer was clearly evident as shown in Figure la. Untempered martensitic 
1 structure was evident near the surface of the wobbler (see Figure lb). This was confirmed by a hardness profile. The 
hardness of the white layer was found to be Rc 66. The bulk hardness (where the microstructure appears to be normal) 
was found to be Rc 56.5. As seen in Figure la, coating was still intact in certain regions. The smeared material on the 



Fig. 1 Photomicrographs showing (a) white hardened layer near surface, (b) untempered martensitic structure, 
at lOOOx 

In case of the good wobbler, the substrate microstructure appeared to be normal with coating well adhered to the substrate 
(see figure 2). 








Fig. 2 Microstructure of the good wobbler. 

Discussion And Conclusion 

The failure in the wobblers was caused by lack of temperature control during application which resulted in localized 
surface rehardening. It was established that there was a significant difference in the grade of the hydraulic fluid that was 
used in the two test programs. Use of superior grade of hydraulic fluid was recommended in this case for the production 
acceptance tests. 
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Failure of Recuperator with Austenitically Welded Pipes 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A recuperator used for preheating the combustion air for a rolling mill furnace failed after a relatively short service time 
because of leakage of the pipes in the colder part. The 6 % chrome steel pipes used for the warmer part connected by means of 
welding with austenitic electrodes to the unalloyed mild steel pipe of larger diameter. Visual inspection showed corrosion and deep, 
trench-like erosion over the entire circumference of the seam on the side of the thicker mild steel pipe. Examination using the V2-A 
solution for picral etch showed the microstructure of the unalloyed pipe had become coarse-grained and acicular, and the 
microstructure of the welding seam had become predominantly martensitic as a result of the mixing of the weld metal with the fused 
pipe material. The chrome steel pipe had become partially transformed to martensite or bainite at the transition to the weld. Thus, 
the failure occurred due to typical contact corrosion wherein the alloyed welding seam represented the less noble electrode. The 
martensitic structure may have contributed to the failure as well. Due to the typical nature of the failure, no recommendations were 
made. 

Keywords: Pipe; Recuperators; Welded joints 


Materials: Chromium steel (Chromium alloy steel); Mild steel (Nonresulfurized carbon steel) 


Failure type: Galvanic corrosion 


A recuperator used for preheating the combustion air for a rolling mill furnace failed after a relatively short service time 
because of leakage of the pipes in the colder part. Here the 6 % chrome steel pipes used for the warmer part are connected 


by means of welding with austenitic electrodes to the unalloyed mild steel pipe of larger diameter. Such damage did not 
occur in the warmer zone at similar connections. 

Figure 1 shows a leaky connection. The seam is cracked on the side of the thicker mild steel pipe. It was deeply eroded 
over the whole circumference in a trenchlike fashion at the transition to the unalloyed pipe. Figure 2 reproduces a 
longitudinal section through this location. Corrosion made its appearance in close contact with the mild steel pipe and has 
consumed almost the entire wall thickness. In contrast, the chrome steel pipe on the other side next to the welding seam 
was only slightly corroded over a short distance which approximately corresponded to the heat-affected region. 



Fig. 2 Longitudinal section through the weld. Etchant: Nital. 8 x 

Figure 3 shows the transition from the mild steel pipe to the welding material that had frozen in position. The otherwise 
fine-grained ferritic-pearlitic microstructure of the unalloyed pipe (Fig. 4) has become coarse-grained and acicular 
(Widmanstatten structure).The microstructure of the welding seam was not austenitic but had become predominantly 
martensitic (Fig. 5) as a result of the mixing of the weld metal with the fused pipe material. The chrome steel pipe had a 
structure composed of ferrite with finely dispersed carbides (Fig. 6). At the transition to the weld it had partially 
transformed to martensite or bainite (Fig. 7). 







Fig. 3 Transition from mild steel pipe to welding material, longitudinal section, etchant: V2A-etching solution. 
100 x 
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Fig. 4 Microstructure of the mild steel pipe, etchant: Picral. 100 x 
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Fig. 5 Microstructure of the welding material, etchant: V2A-etching solution. 500 x 





Fig. 6 Microstructure of the chrome steel pipe, etchant: V2A-etching solution. 500 x 



Fig. 7 Microstructure of the transition zone, etchant: V2A-etching solution. 100 x 

It is therefore a typical case of contact corrosion wherein the alloyed welding seam represented the less noble electrode. 
The martensitic structure may have Contributed to this in view of its internal state of stress. That the attack cannot be 
attributed to a sealing process is not only proven by the external appearance but also by the fact that further inside the 
condenser, where because of the higher temperature no condensate formed, welding seams of the same type were 
undamaged. An indication as to the type of the corrosive medium may have been given by the contributor of the 
specimens who reported that moist deposits containing 15% sulfur were found on the damaged pipes. 

Related Information 

Forms of Corrosion, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 761-795 


Failure Analysis of an Exhaust Diffuser Assembly 

K. Sampath*, Concurrent Technologies Corporation; M.D. Chaudhari, Columbus Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: An exhaust diffuser assembly failed prematurely in service. The failure occurred near the intake end of the assembly and 
involved fracture in the diffuser cone (Corten), diffuser in take flange (type 310 stainless steel), diffuser exit flange (type 405 
stainless steel), expansion bellows (Inconel 600), and bellows intake flange (Corten). Individual segments of the failed 
subassemblies were examined using various methods. The analysis indicated that the weld joint in the diffuser intake flange (type 
310 stainless steel to Corten steel) contained diffusion-zone solidification cracks. The joints had been produced using the 
mechanized gas-metal arc welding process. Cracking was attributed to improper control of welding parameters, and failure was 
attributed to weld defects. 

Keywords: Air intakes; Corrosion-resistant steels; Diffusers; Exhaust systems; Low-cycle fatigue; Transition joints; Weld defects; 
Welded joints 


Materials: 310 (Austenitic wrought stainless steel), UNS S31000; COR-TEN (Chromium alloy steel); 405 (Ferritic stainless steel), 
UNS S40500; Inconel 600 (Nickel-base superalloy), UNS N06600 


Failure types: Joining-related failures; Fatigue fracture 


Background 

An exhaust diffuser assembly that handled air at about 450°C (850°F) failed prematurely in service after approximately 
5000 h of operation. The failure occurred near the intake end of the assembly and involved fracture in the diffuser cone 
(Corten), diffuser intake flange (type 310 stainless steel), diffuser exit flange (type 405 stainless steel), expansion bellows 
(Inconel 600), and bellows intake flange (Corten). 

Pertinent specifications 

The exhaust diffuser assembly consisted of two subassemblies: a diffuser cone assembly and an overlapping bellows 
assembly (Fig. 1). The diffuser cone assembly consisted of a diffuser cone with circumferential intake and exit flanges. 
The diffuser cone was produced by longitudinal welding of a formed steel sheet (Corten). The two circumferential joints 
in the diffuser cone assembly—one between the Corten and the intake flange (type 310 stainless steel) and the other 
between Corten and the exit flange (type 405 stainless steel)—were produced by mechanized gas-metal are welding 
(GMAW) using type ER309 filler metal (Ref 1) and 98Ar-20 2 shielding gas. The bellows assembly consisted of an 
expansion bellows (Inconel 600) bolted to circumferential intake and exit flanges (Corten). The field failure occurred near 
the intake end of the exhaust diffuser assembly and involved material fracture in the diffuser cone, diffuser intake and exit 
flanges, expansion bellows, and bellows intake flange. 



Fig. 1 Exhaust diffuser assembly. Arrow indicates direction of airflow. 

Visual Examination of General Physical Features 

Visual examination of the failed components indicated that the fracture path near the intake end of the diffuser cone was 
either random or irregular (Fig. 2). The random orientation of the fracture path suggested that failure was not associated 
with any specific metallurgical mechanism or phenomenon. Although the zigzag fracture path in the diffuser cone 
appeared to coincide with the longitudinal weld in the diffuser cone, the fracture in this region appeared to be secondary. 
Furthermore, selected areas on the diffuser cone showed blisters and rust spots on the aluminum-painted surface (Fig. 3). 
Flowever, the external surface did not exhibit significant evidence of any kind of macroplastic deformation. The external 
surface of the diffuser assembly also showed evidence of abrasion (rubbing) along the exit flange of type 405 stainless 
steel and an appreciable reduction in thickness across the weld seam. These abrasion marks were observed only at a select 
location rather than along the circumference of the exit diffuser flange, which suggested that abrasion had occurred at a 
later stage, following the complete fracture of the diffuser support assembly and perhaps immediately prior to shutdown. 
Alternatively, these abrasions might have occurred during transportation subsequent to failure. 



Fig. 2 Diffuser cone with intake side up. Note the zigzag fracture path along intake end (large arrow) and 
separation (small arrows) along exit side. 












Fig. 3 Fracture edge of diffuser cone near exit side, showing abrasions across weld and blisters (arrows) in 
diffuser cone. 

Visual examination of the fracture paths in the diffuser intake and exit flanges showed a clear association with the weld 
seam. The fracture path in the diffuser intake end exhibited cracking principally along the weld interface with the type 
310 stainless steel diffuser intake flange and on occasionally along the center of the weld and the Corten diffuser cone. 
The fracture path in the diffuser exit end exhibited cracking principally along the weld seam with the type 405 stainless 
steel diffuser exit flange and occasionally in the diffuser cone. 

The fracture in the expansion bellows was localized near the intake end (Fig. 4), whereas the exit end did not show any 
evidence of fracture. The fracture on the intake end appeared to be associated with a specific location. Ductile tearing at 



Fig. 4 Partial circumferential fracture in expansion bellows. Arrows indicate partial tearing along intake end. 

Testing Procedure and Results 

Individual segments of the failed subassemblies were examined using liquid penetrant testing to enable detailed 
characterization of the failure and to develop an overall approach for failure analysis. Multiple specimens were then 
obtained from representative transverse sections of the failed subassemblies, resin mounted, and prepared for macroscopic 
and microscopic examination and stereomicroscopy and light microscopy. The metallographic specimens were etched 
using equal volumes of HCE FINO 3 , and acetic acids. Representative fracture sections were also examined using scanning 
electron microscopy (SEM) to determine specific failure modes and to develop suitable correlations with the observed 
microstructures. Prior to SEM examination, the fracture surfaces were repetitively cleaned with acetone and methanol, 
followed by ultrasonic cleaning in a bath containing 5% phosphoric acid solution. 

The individual chemistries of the diffuser cone, diffuser intake flange, diffuser exit flange, expansion bellows, and 
bellows intake and exit flanges were also determined by inductively coupled plasma spectrometry to identify possible 
deviation in chemistry from material specifications. 

Nondestructive evaluation 

Liquid penetrant inspection showed that the diffuser intake flange exhibited a continuous fracture front, traveling 
along the type 310 stainless steel flange adjacent to the weld seam and extending a substantial length in a zigzag 
(irregular) manner into the diffuser cone. Several secondary cracks were also revealed. 

The diffuser exit flange also exhibited a continuous fracture adjacent to the weld seam along the type 405 stainless steel 
flange, which occasionally propagated into the diffuser cone. The shift or transition in the propagation of the crack 
appeared to coincide with the weld stops and restarts. Again, several secondary cracks were also revealed. 


Although liquid penetrant inspection did not enable identification of fracture initiation sites in the intake and exit diffuser 
flanges, it provided additional support to the findings of the visual examination. These findings indicated that the fracture 
initiated principally in the intake flange and probably caused cracking/separation along the exit diffuser flange at later 
stages of fracture propagation. Consequently, further detailed metallographic and fractographic examination was 
performed on the diffuser intake and exit flanges, whereas limited analysis was performed on the failed regions of the 
diffuser cone and the expansion bellows. 

Metallographic and fractographic examination 


Diffuser Intake Flange. Stereo examination of transverse sections of the diffuser intake subassembly revealed a 
single-pass weld made from the external side of the diffuser assembly. Examination of multiple sections showed several 
microcracks near the fusion boundary with type 310 stainless steel and incomplete weld penetration at selected locations. 
Interestingly, locations exhibiting complete weld penetration showed the fracture occurring either through type 310 
stainless steel (Fig. 5) or the Corten diffuser cone (Fig. 5), whereas locations exhibiting incomplete penetration showed 


the fracture occurring through the weld center (Fig. 5). 



Fig. 5 Representative transverse sections of diffuser intake subassembly, (a) Fracture through fusion boundary 
with type 310 stainless steel, (b) Fracture through welds, (c) Fracture through Corten. 

Subsequent microscopic examination of the transverse section of the diffuser intake flange revealed two weld beads, one 
made from the external side and the other made from the internal side. The internal weld bead was not readily evident in 
stereomicroscopy because of a postweld machining operation. Despite a two-pass welding procedure, both the external 
and internal weld beads exhibited a dendritic microstructure. 

Optical microscopic examination of representative failed specimens of the diffuser intake subassembly indicated cracks 
near the weld interface with the type 310 stainless steel flange (Fig. 6). Furthermore, the weld metal exhibited a primary 
austenite mode of solidification, especially at regions close to the weld interface (“unmixed zone”) with the type 310 
stainless steel flange. This indicated the possibility of fusion-zone solidification cracks at these locations. Examination of 
the weld microstructure at higher magnification confirmed the presence of microcracks in the weld fusion boundary. The 
weld fusion-zone microstructure also exhibited tiny fragments of Corten steel from the diffuser cone, indicating possible 
inadequate joint preparation (i.e., deburring prior to welding) and insufficient melting during welding. 






Fig. 6 Transverse section of weld between intake flange (left) and diffuser cone (right). Large arrow indicates 
cracking near fusion boundary with type 310 stainless steel. Small arrows indicate fragments of Corten steel in 
fusion zone. 

SEM examination of the failed regions adjacent to the fusion zone of the type 310 stainless steel diffuser intake flange 
showed minimal evidence of macroscopic deformation, indicating that fracture in these regions occurred unaided by 
deformation or mechanical loading—possibly by the propagation of the fusion-boundary cracks. To evaluate the nature of 
the fusion-boundary cracks, a transverse section containing the crack was slit open using a precision diamond saw. 
Subsequent SEM examination of the opened region revealed an intergranular type of separation along columnar dendrite 
boundaries (Fig. 7), which is typical of fusion-zone solidification cracks. The occurrence of fusion-zone solidification 
cracks in the weld between the diffuser cone and the type 310 stainless steel intake diffuser flange suggested that local 
variations in welding conditions probably produced sluggish fluid flow and promoted the occurrence of a weld metal 
chemistry (with a Cr eq /Ni eq ratio of less than 1.35) susceptible to solidification cracking, especially in the ‘“unmixed zone” 
of type 310 stainless steel (Ref 2). The occurrence of solidification cracks in the unmixed zone of type 310 stainless steel 
was attributed to improper control of welding parameters—specifically, weld travel rate. Lower weld travel rates along 
with the weld outer edge probably resulted in sluggish fluid flow and higher base metal dilution and promoted weld 
solidification to primary austenite near the fusion boundary with type 310 stainless steel. 



Fig. 7 Fracture surface in type 310 stainless steel flange, showing separation along columnar dendrite 
boundaries typical of fusion-zone solidification cracks. 

SEM examination of the failed regions along the Corten showed failure by mechanical loading and did not reveal any 
unusual features. SEM examination of the failed regions through the weld showed features intermediate between those in 
the fusion boundary with type 310 stainless steel and those along the Corten. 

Diffuser Exit Flange. Stereo examination of the failed sections of the diffuser exit assembly showed two weld passes 
between the diffuser cone and the exit flange. Analysis of the weld bead shapes indicated that one of the welds was made 
from the internal side and the other was made from the external side (Fig. 8). Examination of multiple sections indicated 
complete penetration (tie-in) between the external and internal weld beads. Optical microscopic examination of the two 
weld beads revealed different etching responses: the internal bead showed a transformed microstructure, and the external 
bead showed an as-solidified microstructure. Microstructural analysis of the transformed weld metal microstructure 
(Internal bead) showed appreciable grain-boundary martensite. The two-pass weld also showed a coarse-grained heat- 
affected zone (HAZ), with the type 405 stainless steel suggesting a probable drop in ductility in this region. 






Fig. 8 Representative transverse sections of diffuser exit subassembly (a) Fracture in Corten. (b) Fracture in 
type 405 stainless steel adjacent to the weld. 

Standardless quantitative SEM/EDS (energy-dispersive spectroscopy) analysis was performed to determine the 
chemistries of the internal and external weld beads. The chemical analysis (Table 1) indicated no appreciable variation in 
chemistries of the two beads, further suggesting that the microstructural transformation observed in the internal bead was 
caused by the combined effect of low nickel content (resulting from appreciable base metal dilution) and the thermal 
cycling associated with the external bead. 


Table 1 Chemistries of two-pass weld between Corten and type 405 stainless steel, wt% 


Component 

Cr 

Mn 

Fe 

Ni 

Internal bead 

15.35 

0.41 

80.27 

3.97 

External bead 

15.39 

0.37 

80.25 

3.98 


Optical microscopic examination of the fracture edge of the type 405 stainless steel flange showed significant shear-type 
plastic deformation (Fig. 9), indicating mechanical overload followed by shearing as the principal mode of failure. SEM 
examination of the failure in the diffuser cone exit flange showed evidence of ductile failure (Fig. 10), which confirmed 
that these regions failed by deformation caused by mechanical overloading. 





Fig. 9 Fracture edge of exit diffuser flange of type 405 stainless steel, showing cracking (small arrow) and 
shear-type plastic deformation of grains (large arrows). 



Fig. 10 Fracture surface of diffuser cone near exit end, showing ductile dimples in type 405 stainless steel. 









Fig. 12 Fracture surface of expansion bellows, showing fatigue striations (arrows). 

Chemical analysis/identification 


Table 2 shows the complete chemical analysis of the individual components. Detailed analyses did not reveal any 
significant deviation from material specifications, except for a marginally higher carbon content in the case of the diffuser 
exit flange versus the corresponding type 405 stainless steel specification. Interestingly, the intake diffuser flange showed 
a high phosphorus content (0.027%). A combined sulfur and phosphorus content higher than 0.02% in austenitic weld 
deposits is known to promote weld solidification cracking (Ref 3). 


Table 2 Chemical analysis of individual components, wt% 


Sample ID 

C 

Mn 

P 

S 

Si 

Cu 

Ni 

Cr 

Mo 

A1 

V 

Nb 

Co 

Diffuser 

Intake flange 

0.04 

1.63 

0.027 

0.001 

0.52 

0.14 

18.9 

25.9 

0.11 

0.009 

0.06 

0.013 

0.18 

Exit flange 

0.17 

0.34 

0.020 

0.002 

0.43 

0.06 

0.13 

11.9 

0.04 

0.002 

0.06 

0.006 

0.02 

Cone 

0.089 

0.35 

0.09 

0.009 

0.32 

0.33 

0.15 

0.88 

0.019 

0.005 

0.001 

0.000 

0.000 

Expansion bellows 

Intake flange 

0.13 

1.3 

0.006 

0.027 

0.32 

0.40 

0.12 

0.63 

0.019 

0.000 

0.057 

0.000 

0.009 











Exit flange 

0.14 

1.0 

0.008 

0.024 

0.35 

0.31 

0.033 

0.54 

0.010 0.000 0.030 0.000 0.000 

Bellows 

0.04 

0.18 

0.010 

0.002 

0.25 

0.08 

Remainder 

15.41 (Fe) 

8.0 . 


Conclusion 

The failure analysis procedure clearly indicated that the weld joint in the diffuser intake flange (type 310 stainless steel to 
Corten steel) contained fusion-zone solidification cracks. These cracks were promoted by a high phosphorus content in 
the type 310 stainless steel flange and a primary austenite mode of solidification in the unmixed zone of type 310 stainless 
steel. The occurrence of solidification cracks in the unmixed zone of type 310 stainless steel was attributed to improper 
control of welding parameters (specifically, weld travel rate), which in turn affected base metal dilution and promoted 
weld solidification to primary austenite near the fusion boundary with type 310 stainless steel. 

Futhermore, at selected locations along the weld circumference in the diffused intake flange, the two-pass welds did not 
tie in, and led to the occurrence of discontinuities, which may have served as additional sites for fracture 
initiation/propagation in the diffuser intake assembly. The failure analysis procedure showed that the failure of the 
exhaust diffuser assembly primarily occurred from pre-existing solidification-related cracks near the weld seam with the 
diffuser intake flange, whereas the eventual in-service failure of other components occurred by shear or tear caused by 
mechanical overload and/or fatigue. 
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Hydrogen Induced Cracking of a Tappet Adjusting Screw 

B.V. Krishna, Materials Science & Technology Division, Thapar Centre for Industrial Research and Development 
Thapar Technology Campus 


From: B.V. Krishna, Hydrogen Induced Cracking of a Tappet Adjusting Screw, Practical Failure Analysis, Vol 2 (No. 4), Aug 2002, p 
77-80 




Abstract: The electroplated tappet adjusting screws used in diesel engines failed during initial bend testing. The analysis of the 
failure showed that the fracture was nucleated from the subsurface of the screw. The fracture surface was intergranular at the ID 
and OD region and microvoid coalesence in the center. The improper baking after electroplating of the screw led to H2-induced 
blistering/cracking. The high strength of the threaded region of the adjusting screw increased the failure propensity. 

Keywords: Electroplating 

Material: 16MnCr5 (Chromium alloy steel); DIN 17210 (Chromium alloy steel) 


Failure types: Hydrogen damage and embrittlement; Surface treatment related failures 


Background 

The failed tappet adjusting screws evaluated in this analysis are for use in diesel engines. As the name suggests, the 
screws are used to adjust the tappet. These screws were cracking during the initial bend testing required to qualify the 
screws for service. The screws were manufactured from 16MnCr5 steel as per DIN: 17210. The manufactured screws 
were case carburized to increase the wear resistance in the top/cup portion of the screw (Fig. 1). After carburizing, the 
screws were electroplated with copper to a thickness of 8-10 pm. The electroplated tappet adjusting screws failed during 
5° bend tests required for qualification. 



Fig. 1 Schematic diagram of the tapped adjusting screw showing various portions 
The details of screw specification are as follows: 

Material: 16MnCr5 steel as per DIN: 17210 

Composition: C-0.14-0.19%, Si-0.15-0.40%, Mn-1.0-1.3%, P&S-0.035% max, Cr-0.8-1.1% 

Mechanical Properties: Core Strength — 1000-1200 MPa 
Core hardness — 310-370 HV 
Surface hardness in cup portion — 600-750 F1V 
Case depth — 0.15-0.20 mm 

The Analysis 

Visual inspection of the fracture surface revealed a dull and grainy fracture (Fig. 2a). The fracture surface also revealed 
some transition/difference in fracture surface gray level/shade on moving from the ID or OD toward the center of the 
screw. The general features of the fracture show that the fracture initiated from the subsurface of the screw. The transition 
from brittle to somewhat ductile is observed in stereomicrographs of the sample (Fig. 2b). 




Fig. 2 Stereomicrographs of failed screws showing (a) dull and gray fracture surface, (b) Different gray levels 
demonstrating the different fracture modes in different regions 

The scanning electron microscopy (SEM) of the fracture surface showed that fractures on both the ID and OD of the 
screw differed from fractures at the interior. The changes in the fracture mode were from brittle at both surfaces to ductile 
in the center (Fig. 3). The fracture apparently nucleated near the subsurface of the screw as evidenced by the “lip” seen in 
Fig. 3. This type of nucleation is typical for tF-induced cracking/blistering in electroplated carbon and low alloy steels. 
Observation of the fracture surface at high magnification near the ID clearly demonstrates the transition in the fracture 
mode (Fig. 4). The region of brittle fracture is attributed to hydrogen embrittlement due to hydrogen uptake during plating 
and pickling. This dissolved hydrogen diffused into the metal and precipitated at the internal defects, inclusions, 
interfaces, etc., and formed as nascent hydrogen. This precipitation led to the formation of blisters and the cracks (Fig. 4) 
in the metal, and pores in the copper plating and also the peeling off of the plating (Fig. 5) when precipitation occurred at 
the metal/plating interface. The fracture surface near the ID, OD, and edges of the oil hole was generally a brittle, 
intergranular typical of hydrogen embrittlement (Fig. 6), while a typical dimple structure was observed in the center of the 
failed screw (Fig. 6). 



Fig. 3 SEM micrographs of the fracture surface showing (a) different types of fractures in different regions, (b) 
fracture origin at the subsurface of the screw 



Fig. 4 SEM micrographs of the fracture surface near ID showing the transition from intergranular fracture to 
microvoid coalescence. 





Fig. 6 SEM micrographs of the fracture surface showing (a) brittle intergranular fracture near OD/ID, (b) 
dimple fracture surface in the center 








The microstructure of the screw in the cup portion was observed to be tempered martensite in the case and core region 
(Fig. 7). The microstructure of the case in the failed region also consisted of tempered martensite (Fig. 8). This indicates 
that the threaded portion of the screw was carburized. These findings were confirmed by hardness measurements at 
various regions of the screw. 



Fig. 7 Optical micrographs of the cup portion showing (a) tempered martensite in the case region, (a) 
tempered martensite and some ferrite (light) in the core 





Fig. 8 Optical micrographs of failed portion showing (a) tempered martensite in the case region, (a) tempered 
martensite and some ferrite (light) in the core 

The case and core hardness in the cup portion of the screw was measured to be 709 HV and 455 HV, respectively. The 
core hardness in this region was higher than the specified value of 310-370 HV. This could be due to improper 
tempering. In the failed region, the hardness near the surface was 594 HV and the core hardness 350 HV. The high 
hardness in the case is attributed to the carburizing on the thread region along with the cup portion. The hardness values 
obtained in various regions suggests that the tappet adjusting screw was not properly carburized and tempered. The 
hardness values measured in various regions of the screws are presented in Table 1. The case depth of the screw was 
measured according to IS 6416 (1988). The measured case depth in various regions of the screw was in the range of 0.25 
to 0.27 mm. 




Table 1 Hardness and Case Depth of the Screw in Various Regions 



Specified 

Cup Portion 

Failed Portion 

Case 

600-750 HV 

709 HV 

594 

Core 

310-370 HV 

455 HV 

350 

Case depth, mm 

0.15-0.20 

0.25 

0.27 


The carbon and low alloy steels are susceptible to hydrogen damage failures, especially when the strength is above 1000 
MPa. The high hardness/strength of the current material increased the propensity of the screws to failure by hydrogen 
embrittlement. The source of hydrogen in the present case was probably the copper electroplating. It is well known that 
during electroplating processes hydrogen may be picked up by the steel. This hydrogen is typically removed by baking 
before the component is put into service. Since the metallic coating acts as a barrier to effusion of hydrogen, a high 
temperature baking is required to remove the hydrogen. The high hardness in the threaded region accentuated the failure 
probability by hydrogen induced cracking/blistering. Since the strength of the threaded region was high, a small bend (5°) 
during room temperature testing resulted in cracking of the screws. 

Conclusions 

The tappet adjusting screws failed by hydrogen embrittlement. This conclusion was confirmed when a baking treatment at 
around 150-200 °C after plating, in conjunction with masking the threaded portion of the screw to reduce the hairiness 
after carburizing, completely eliminated the problem. 
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Cracking of Machined End Frame Steel Forgings After Heat Treatment 

A. K. Das, B. M. Thippeswamy, J. Prasad, Hindustan Aeronautics Ltd. 

From: A.K. Das, B.M. Thippeswamy, J. Prasad, Some Unique Case Studies on Hydrogen Embrittlement Failures in Components Used 
in Aeronautical Industry, Corrosion Cracking (Proceedings of the Corrosion Cracking Program and Related Papers presented at the 
International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis, Salt Lake City, 
Utah, 2-6 December 1985), V.S. Goel, Ed., American Society for Metals, 1986, p 92-94 

Abstract: A number of machined end frame Fe-0.34-lCr-1.9Mn-lSi alloy steel forgings showed tiny cracks during magnetic particle 
inspection after heat treatment. The cracks were mostly confined to base edges and fillet radius. No significant abnormality was 
observed in chemical composition and microstructure. Scanning electron microscopy, optical microscopy, and gas analysis showed 
the sub-surface discontinuous cracks noticed at the bore edges as well as in the fillet radius of the heat-treated end frame 
component in the final machined form had occured due to hydrogen embrittlement, and not because of faulty heat-treatment. This 
conclusion was supported by the presence of crack like indications in machined bore surface of the annealed part. 

Keywords: End frames; Forgings; Residual stress 

Material: Fe-0.34C-lCr-1.9Mn-lSi (Chromium alloy steel) 


Failure type: Hydrogen damage and embrittlement 




A number of machined end frame steel forgings made of Cr-Si-Mn alloy were showing tiny cracks during magnetic 
particle inspection after heat treatment. The cracks were mostly confined to base edges and fillet radius (Fig. 1). 



Fig. 1 Tiny cracks at the fillet radius and base edges, at x 0.75 

No significant abnormality was observed in chemical composition and microstructure. Initially, the cracks, appeared to be 
due to faulty heat-treatment. Subsequent batches also showed similar cracking, although heat-treatment parameters were 
carefully checked and controlled. Further investigation was conducted to pinpoint the cause of cracking. From the raw 
stock of the same batch (annealed condition), two discs were machined to a 50 mm. diameter hole in the centre similar to 
the end frame. Both the machined parts were subjected to magnetic particle inspection. Tiny cracks in 50 mm. diameter 
bore were observed si mi lar to the end frame (Fig. 2). 



Fig. 2 Indication of cracking on magnetic particle inspection in the 50 mm diameter machined bore surface in 
annealed condition, at x 1. 

This suggested the fact that cracks noticed in the finished forgings were existing prior to heat-treatment. Fleat-treatment 
could only aggravate the crack situation. 

Microexamination of the sections taken across the discontinuities of both annealed and heat-treated parts,revealed sub¬ 
surface discontinuous hairline cracks close to the bore surface (Fig. 3) which were intergranular in nature without any 
evidence of branching effect. A few sulphide and oxide type inclusions were seen along the path of cracking in places. 




Fig. 3 Sub-surface discontinuous hairline cracks close to the bore surface, (as polished) at x50 



Fig. 4 Intergranular crack in the as-polished condition, at x 400 



Fig. 5 Discontinuous intergranular cracks with Mn-sulphide inclusions along the path of cracking (2% Nital 
etched), at x 400 


SEM examination of the fracture (on opening out the tiny crack) revealed dimpled structure associated with brittle facets, 
ductile hairline cracks, micropores (Fig. 6) and rod-shaped sulphide (Fig. 7) inclusions indicating the characteristic 
features of hydrogen embrttlement. 



Fig. 6 Brittle facets, dimples, hairline cracks and micropores under SEM examination, at x 450 



Fig. 7 Rod-shaped sulphide inclusions under SEM examination, at x 450 

The end frame material was comparatively found cleaner as regards non-metallic inclusions. Chemical analysis confirmed 
the material used was alloy steel (0.34%C, l%Cr, 1.9%Mn, l%Si). Chapry impact properties determined in the locations 
both near and away from the defective zone in the longitudinal and transverse directions were found generally low (i.e. 
4.5 & 3.5 kg.M/cm 2 restpectively against the specification requirement of 5 kg.M/cm 2 ). 

Based on the above, the cracked end frame was subjected to instrumental gas analysis and hydrogen gas content was 
found to be of the order of 22 ppm. 


Summary and Conclusions 

A number of Cr-Si-Mn alloy machined end frame steel forgings developed random tiny cracks, mostly in the fillet radius 
portion on heat-treatment. It was suspected to be due to either to improper heat-treatment or wrong material. As both the 
chemistry and microstructure of the failed parts were found satisfactory with regard to heat-treatment parameters, further 
detailed probe was made into the reasons for the development of cracks with the help of scanning electron microscope, 
optical microscope and gas analysis. Based on the investigation observations and findings it was concluded that: (i) the 
sub-surface discontinuous cracks noticed at the bore edges as well as in the fillet radius of the heat-treated end frame 
component in the final machined form had occured due to hydrogen embrittlement, and definitely not due to faulty heat- 
treatment, not due to drastic quenching as appeared to be in the initial stage of investigation from the radial pattern of 
cracking etc., which is well supported by the presence of crack like indications in machined bore surface of the annealed 
part; and (ii) the fact that heavy machining involving a large diameter hole (as done in the case under investigation to 
develop to develop sub-surface crack) can induce severe residual stresses resulting in the increase of hydrogen 
concentration level for failure to occur by hydrogen embrittlement phenomenon (1). However, presence of high level 
concentration of hydrogen gas (22 ppm) in the annealed part as measured by instrumental analysis was indicative of a 
potentially dangerous situation even prior to service. 
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Steel Socket Pipe Conduit Cracked Next to Weld Seam 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A steel socket pipe conduit NW 150 cracked open during pressure testing next to the weld seam almost along the entire 
circumference. The crack occurred in part in the penetration notch and in part immediately adjacent to it. While the uncracked pipe 
showed the light etch shading of a low-carbon steel in which the zone heated during welding was delineated only slightly next to the 
seam, the other pipe was etched much darker, i.e. higher in carbon, and the heated zone appeared to stand out darkly against the 
basic material. The overlapping weld was defect-free and dense. The uncracked pipe consisted of soft steel that obviously was made 
for this purpose, while the cracked pipe consisted of a strongly-hardenable steel which contained not only more carbon and 
manganese than customary but also a considerable amount of chromium. Therefore the damage was caused by a mix-up of 
materials that allowed an unsuitable steel to be used for the weldment. 

Keywords: Cracking (fracturing); Materials selection; Pipe; Welded joints 


Material: Fe-0.35C-0.99Mn-2.08Cr (Chromium alloy steel) 


Failure type: (Other, general, or unspecified) fracture 


A steel socket pipe conduit NW 150 cracked open during pressure testing next to the weld seam almost along the entire 
circumference. The crack occurred in paid in the penetration notch and in paid immediately adjacent to it (Fig. 1). 




Fig. 1 View of crack region, approx, lx 

A longitudinal section was made for metallographic examination at the still adhering portion. It could be seen 
immediately after etching with copper ammonium chloride solution according to the Heyn method, that the weld-jointed 
conduit pipes consisted of different materials (Fig. 2). While the uncracked pipe showed the light etch shading of a low- 
carbon steel in which the zone heated during welding was delineated only slightly next to the seam, the other pipe was 
etched much darker, i.e. higher in carbon, and the heated zone appeared to stand out darkly against the basic material. The 
overlapping weld was defect-free and dense._ 



Fig. 2 Longitudinal section through weld opposite crack. Etch: Copper ammonium chloride solution according 
to Heyn. lx 

The uncracked pipe showed a ferritic-pearli tic structure in micro-section. Except for grain coarsening and a partially 7 
spear-like formation of ferrite (Widmannstatten structure), no major changes had occurred in the vicinity of the weld 
seam due to the heat of welding (Fig. 3). But the cracked pipe showed a ferrite-free mixed structure in the unaffected part 
consisting of pearlitc and bainite phases (Fig. 4). In the vicinity of the weld seam it had become coarse grained and was 
transformed into martensite (Fig. 5). The cracking open of this pipe next to the weld seam may be explained by the high 
stresses caused by the austenitic-martensitic transformation. 









Fig. 4 Structure of pipes. Longitudinal section, etch: Nital. lOOx Cracked pipe, unchanged structure. 






Fig. 5 Structure of pipes. Longitudinal section, etch: Nital. lOOx Cracked pipe, vicinity of seam. 

From the basic structure of the pipe and the delay of the transformation into the martensitic structure it had to be 
concluded that the pipe contained alloying elements that contributed to a rise in hardenability in addition to increased 
carbon content. An analysis confirmed this (Table 1). Therefore the uncracked pipe consisted of soft steel that obviously 
was made for this puipose, while the cracked pipe consisted of a strongly hardenable steel which contained not only more 
carbon and manganese than customary but also a considerable amount of chro mi um. 


Table 1 Chemical composition of pipes 


Pipe 

C% 

Si % 

Mn % 

Cr % 

uncracked 

0,11 

0,07 

0,33 

0 

cracked 

0,35 

0,11 

0,99 

2,08 


Therefore the damage was caused by a mix-up of materials that allowed an unsuitable steel to be used for the weldment. 
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Fractures of Electro-Galvanized Cylinderhead Screws 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Eight cylinderhead screws cracked after a short running time in motors. They were made of Fe-0.45C-lCr steel, had rolled 
threads, were heat treated to 110 kg/ mm2 tensile strength, and were electrolytically galvanized. All fractured at the root of the 
thread. The surfaces of fracture were fine-grained, and had not spread by rubbing. Because the screws were electrolytically 
galvanized, failure resulted from "delayed fracture". Experience has shown that this type of fracture is seen on production parts 
made of high-strength steels, which absorbed hydrogen during pickling or during a galvanic surface treatment. Such parts will 
rupture below the elastic limit during continuous stressing. This often occurs only after the expiration of a certain time period, and 
preferably at locations of stress concentrations such as changes in cross-section or threads. As a rule, the hydrogen cannot be 
verified analytically because most of it escapes again after prolonged storage at room temperature or short heating at 100 to 200 
deg C. 

Keywords: Cracking (fracturing); Galvanized steels; Screws 


Material: Fe-0.45C-l.0Cr (Chromium alloy steel) 


Failure type: Fiydrogen damage and embrittlement 


i 

Eight 16" cylinderhead screws which had cracked after a short running time of the motors were submitted for 
examination. They were made of a steel containing 0.45% C and 1% Cr, had rolled threads, were heat treated to approx. 
110 kg/ mm 2 tensile strength, and were electrolytically galvanized. All were fractured at the root of the thread. The 
surfaces of fracture were fine-grained and not spread by rubbing. They are judged to be forced ruptures or perhaps fatigue 
fractures which had progressed rapidly. 

Figure 1 shows a longitudinal polished section through the failure location of a screw. Apart from the crack which led to 
fracture (the origin of the fracture is marked by an arrow in Fig. 1), additional stalling cracks in several threads, and in 
part even a number of incipient cracks close together in the same thread, were noted (Fig. 2). The cracks proceeded in the 
jagged and branched manner typical of tension cracks (Figs. 3 and 4). 









Fig. 1 Longitudinal polished section through the thread of a ruptured screw, unetched. 7 x 



Fig. 2 Fine incipient cracks originating from the root of the thread. Longitudinal section, etch: nital. 200 



Fig. 3 Crack in Fig. 1 at higher magnification, longitudinal section, etch; nital. 200 x Crack origin in the root of 
thread. 





Fig. 4 Crack in Fig. 1 at higher magnification, longitudinal section, etch; nital. 200 x Course of crack. 

Pattern and course of the cracks do not exclude the possibility that they may be due to fatigue failure, but in view of the 
fact that the screws were electrolytically galvanized, they more strongly indicate that we may be dealing with so-called 
“delayed fracture” in the failure of the screws. Experience has shown that this type of fracture is seen on production parts 
made of high-strength steels, which have absorbed hydrogen during pickling or during a galvanic surface treatment. Such 
parts will rupture below the elastic limit during continuous stressing. This will often occur only after the expiration of a 
certain time period, and preferably at locations of stress concentrations such as changes in cross-section or threads 1. As a 
rule, the hydrogen cannot be verified analytically since most of it escapes again after prolonged storage at room 
temperature or short heating at 100 to 200°C. 
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Cracking of a Steel Socket Spanner Head Because of Forging Folds 


From: V.J. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: The head of a socket spanner made of heat-treated 0.40C-0.34Cr steel cracked in service. The pronounced fibrous 
structure of the component became evident as soon as it was etched with 2% nital. Folds in the material originating from the 
shaping process were visible, and the micrograph showed that cracks ran along these folds oriented according to the fiber. The 
fissures, with the exception of the hardening crack, were partly filled with oxide and showed signs of decarburization at the edges. 
From this it could be assumed that parts of the external skin had been forced into the folds during forging. This evidence supported 
the conclusion that even though there was some indication of chemical segregation, the folds made during forging initiated the main 
crack. Furthermore, even if the steel had been more homogeneous, hardening cracks would probably have been promoted by the 
coarse fissures at the fold zones. 

Keywords: Cracking (fracturing); Folds; Forgings 


Material: Fe-0.4C-0.34Cr (Chromium alloy steel) 


Failure type: Metalworking-related failures 


A head of a socket spanner made of heat-treated 0.40C-0.34Cr steel cracked in service. One half of the head, 
longitudinally sectioned, is shown in Fig. 1(a) in the as-received condition. 




Fig. 1 Steel socket spanner head that cracked in service because of forging folds, (a) Longitudinal section 
through the head showing region of crack (arrow), (b) Cracked region. 20x. Arrow indicates forging folds that 





initiated the crack. Etched with 2% nital. (c) Crack showing oxides (black) and some decarburization (light). 
Etched with 2% nital. 500x. Source: Ref 1 

Investigation. The pronounced fibrous structure of the component became evident as soon as it was etched with 2% 
nital. Folds in the material originating from the shaping process were visible at the point marked with an arrow in Fig. 
1(a). The micrograph in Fig. 1(b) shows that cracks run along these folds oriented according to the fiber. One exception is 
the longest crack, of which only the first third follows the direction of the fiber; the remainder runs transversely and 
shows the typical features of a hardening crack. 

The fissures, with the exception of the hardening crack, were partly filled with oxide and showed signs of decarburization 
at the edges (Fig. lc). From this it could be assumed that parts of the external skin had been forced into the folds during 
forging. 

Conclusions. Even though there was some indication of chemical segregation, the folds made during forging initiated 
the main crack. Furthermore, even if the steel had been more homogeneous, hardening cracks would probably have been 
promoted by the coarse fissures at the fold zones (Ref 1). 
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Failure of Rockbolts in Underground Mines in Australia 

A. Crosky and B. Smith, University of New South Wales, School of Materials Science and Engineering; B. 
Hebblewhite, University of New South Wales, School of Mining Engineering 


From: A. Crosky, B. Smith, and B. Hebblewhite, Failure of Rockbolts in Underground Mines in Australia, Practical Failure Analysis, 
Vol 3 (No. 2) Apr 2003 p 70-78 


Abstract: Over the last 15 years there has been an increasing incidence of failure in rockbolts used in underground mines in 
Australia. Failures have also been observed in the United Kingdom where Australian Technology rockbolting is also used. Most of the 
failures in the United Kingdom were found to be initiated by corrosion pits, but in Australia, the fractures were considered likely to be 
due to stress corrosion cracking (SCC). This paper reports a metallurgical study of 44 failed rockbolts from four different 
underground mines in Australia. The study confirmed that failure was generally due to SCC and showed that this was usually 
initiated by bending of the bolts that occurred due to lateral movement of the rock strata. It also showed that many of the failed 
bolts had very low toughness with Charpy impact values of 4 to 7 Joules. 


Keywords: Fracture 

Materials: Fe-0.5C-0.8Cr (Chromium alloy steel); Fe-0.4C-NbVTi (High-strength low-alloy (HSLA) steel); Fe-0.5C (Nonresulfurized 
carbon steel); Fe-0.4C (Nonresulfurized carbon steel) 


Failure type: Stress-corrosion cracking 


Introduction 

Over the last decade or so there has been an increasing trend toward the use of higher-strength steels for rockbolting in 
underground mines in Australia. This has been accompanied by an increased incidence of rockbolt failures. 
Characteristically, the failed rockbolts show a discolored region at the fracture origin, and, on the basis of this, the failures 
have been attributed to SCC. 1 

Rockbolt failures have not been restricted to Australian mines, with several failures occurring during the mid 1990s in the 
United Kingdom, which also uses Australian Technology (AT) rockbolting. In the context of the large number of AT 
rockbolts installed in the United Kingdom at the time (in excess of two million), the bolt failures were relatively few, but 
a comprehensive study was made of these failures. 2 The U.K. failures were found to be initiated by stress concentrators 



produced by corrosion pitting. The steel used in the rockbolts was found to be of low toughness with typical Charpy 
impact values of 5 Joules. It was demonstrated that, for such steels, a pit 1 mm deep was sufficient to initiate failure in a 
rockbolt when loaded to its yield strength. Subsequently, the toughness of the rockbolt steel was increased substantially, 
with a minimum Charpy impact energy requirement of 27 Joules, and the incidence of failure decreased enormously. 

Evidence of SCC was observed in only one of the 40 failed rockbolts examined in the United Kingdom, although it may 
have had a contributing role in a small percentage of the other failures. It was subsequently demonstrated that SCC could 
be produced in the U.K. rockbolts when exposed to acidified 3.5% sodium chloride solution containing hydrogen sulfide. 
However, failure did not occur when the rockbolts were exposed to a straight 3.5% NaCl solution, nor when exposed to 
mine water of similar composition to a sample taken from the vicinity of rockbolt failures in one of the U.K. mines. 

This article presents the findings of a comprehensive metallurgical study of failed rockbolts from underground mines in 
Australia, 3 earned out under the sponsorship of the Australian Coal Association Research Program (ACARP). Unlike in 
the United Kingdom, where only a single grade of steel is used for rockbolts, 2 a variety of different grades of steel are 
used in Australia. Additionally, a number of different bolt types are also used. 

Failure Analysis 

Forty-four bolts from four mines were examined in the study. These were of six different chemical compositions, and 
included six different bolt types. Details of the 44 bolts examined, together with their chemical analyses, are given in 
Table 1. The bolts included HPC (2 bolts), Tempcore HPC (1 bolt), Threadbar (3 bolts), Wriggle (1 bolt), X (15 bolts), 
AVH (12 bolts), AXR (8 bolts), and Tempcore X (2 bolts) and were of six different chemical types: 

• 0.4% C plain carbon steel (bolt 24) 

• 0.5% C plain carbon steel (bolts 4-6) 

• 0.4% C microalloyed steel (bolts 1-3) 

• 0.5% C chromium steel (bolts 7-10, 12-18, and 44) 

• 0.55% C manganese steel (bolts 11, 19-23, 25- 27, 29-31, 33-43) 

• 0.5% C Tempcore (bolts 28 and 32) 


Table 1 Bolt Compositions (Emission Spectroscopy) 


Bolt 

Bolt 

Comp 

%C 

%Mn 

%Si 

%Ni 

%Cr 

%Mo 

%S 

%P 

%Cu 

%Nb 

%v 

%Ti 

%A1 

%B 

ID 

Type 

Type 















■ 

HPC (a) 

Cl 

0.41 

1.83 

0.21 

0.01 

0.02 

<0.01 

0.120 

0.026 

0.01 

0.01 

0.12 

0.01 

0.01 

0.003 

2 

HPC 

C2 

0.38 

1.60 

1.08 

0.01 

0.03 

<0.01 

0.015 

0.017 

0.01 

0.01 

0.06 

0.01 

0.01 

0.001 

3 

HPC 

C2 

0.38 

1.59 

1.05 

0.01 

0.03 

<0.01 

0.014 

0.016 

0.01 

0.01 

0.06 

0.01 

<0.01 

0.001 


Thread 

B 

0.49 

0.67 

0.19 

0.07 

0.19 

<0.01 

0.026 

0.008 

0.24 

<0.01 

0.01 

<0.01 

<0.01 

<0.001 


Thread 

B 

0.52 

0.67 

0.20 

0.07 

0.19 

<0.01 

0.031 

0.011 

0.25 

<0.01 

0.01 

<0.01 

<0.01 

<0.001 


Thread 

B 

0.52 

0.67 

0.19 

0.07 

0.19 

<0.01 

0.030 

0.011 

0.25 

<0.01 

0.01 

<0.01 

<0.01 

<0.001 


AVH 

D 

0.49 

0.76 

0.23 

0.06 

0.80 

0.01 

0.016 

0.008 

0.14 

<0.01 

0.01 

0.01 

<0.01 

<0.001 
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AVH 

D 

0.50 

0.83 

0.21 

0.05 

0.83 

0.01 

0.020 

0.011 

0.11 

< 0.01 

0.01 

0.01 

< 0.01 

< 0.001 

9 

AVH 

D 

0.48 

0.79 

0.19 

0.05 

0.80 

0.01 

0.017 

0.010 

0.10 

< 0.01 

0.01 

< 0.01 

< 0.01 

< 0.001 

10 

AVH 

D 

0.49 

0.78 

0.24 

0.05 

0.82 

0.02 

0.024 

0.011 

0.10 

< 0.01 

0.01 

< 0.01 

< 0.01 

0.001 

11 

AX 

E 2 

0.54 

1.70 

0.25 

0.09 

0.10 

0.02 

0.032 

0.012 

0.28 

< 0.01 

0.01 

0.01 

< 0.01 

0.001 

12 

AVH 

D 

0.48 

0.81 

0.26 

0.04 

0.73 

< 0.01 

0.020 

0.012 

0.11 

< 0.01 

0.01 

< 0.01 

< 0.01 

< 0.001 

13 

AVH 

D 

0.50 

0.82 

0.19 

0.06 

0.73 

< 0.01 

0.016 

0.007 

0.10 

< 0.01 

0.01 

< 0.01 

< 0.01 

< 0.001 

14 

AVH 

D 

0.51 

0.79 

0.20 

0.04 

0.81 

< 0.01 

0.018 

0.011 

0.11 

< 0.01 

0.01 

0.01 

< 0.01 

0.001 

15 

AVH 

D 

0.50 

0.70 

0.22 

0.02 

0.81 

0.03 

0.019 

0.007 

0.07 

< 0.01 

0.01 

< 0.01 

< 0.01 

< 0.001 

16 

AVH 

D 

0.53 

0.75 

0.27 

0.03 

0.85 

0.04 

0.023 

0.009 

0.08 

< 0.01 

0.01 

0.01 

< 0.01 

0.001 

17 

AVH 

D 

0.53 

0.72 

0.25 

0.03 

0.83 

0.03 

0.022 

0.009 

0.07 

< 0.01 

0.01 

0.01 

< 0.01 

0.001 

18 

AVH 

D 

0.52 

0.72 

0.24 

0.03 

0.82 

0.03 

0.019 

0.008 

0.07 

< 0.01 

0.01 

< 0.01 

< 0.01 

< 0.001 

19 

AXR 

El 

0.55 

1.36 

0.20 

0.11 

0.08 

0.03 

0.016 

0.007 

0.25 

0.01 

0.01 

0.01 

< 0.01 

0.001 

20 

AXR 

El 

0.51 

1.36 

0.26 

0.08 

0.10 

0.02 

0.012 

0.009 

0.18 

0.01 

0.01 

0.01 

< 0.01 

0.001 

21 

AXR 

El 

0.60 

1.38 

0.28 

0.08 

0.11 

0.02 

0.022 

0.012 

0.21 

0.01 

0.01 

0.01 

0.01 

0.002 

22 

AXR 

El 

0.52 

1.50 

0.28 

0.12 

0.16 

0.03 

0.028 

0.027 

0.24 

0.01 

0.01 

0.01 

< 0.01 

0.001 

23 

AXR 

El 

0.53 

1.31 

0.26 

0.09 

0.17 

0.03 

0.019 

0.019 

0.15 

0.01 

0.01 

0.01 

< 0.01 

0.002 

24 

Wriggle 

A 

0.40 

0.67 

0.15 

0.08 

0.10 

0.02 

0.019 

0.014 

0.24 

< 0.01 

< 0.01 

< 0.01 

< 0.01 

0.001 

25 

AXR 

El 

0.53 

1.41 

0.27 

0.08 

0.16 

0.02 

0.026 

0.033 

0.25 

0.01 

0.01 

0.01 

< 0.01 

0.002 

26 

AXR 

El 

0.53 

1.38 

0.25 

0.08 

0.15 

0.02 

0.023 

0.032 

0.25 

0.01 

0.01 

0.01 

< 0.01 

0.001 


27 AXR 


El 


0.54 1.41 0.25 0.08 0.14 0.02 0.027 0.021 0.17 < 0.01 0.01 0.01 < 0.01 0.002 























28 

X (a) 

F 

0.50 

0.68 

0.19 

0.01 

0.02 

< 0.01 

0.014 

0.018 

0.02 

< 0.01 

0.01 

< 0.01 

0.03 

0.001 

29 

Unknown 

El 

0.55 

1.44 

0.27 

0.11 

0.11 

0.02 

0.028 

0.025 

0.25 

0.01 

0.01 

0.01 

< 0.01 

0.002 

30 

Unknown 

El 

0.53 

1.53 

0.27 

0.11 

0.11 

0.03 

0.028 

0.024 

0.22 

0.01 

0.01 

0.01 

< 0.01 

0.002 

31 

Unknown 

El 

0.56 

1.52 

0.29 

0.08 

0.13 

0.02 

0.018 

0.022 

0.18 

0.01 

0.01 

0.01 

< 0.01 

0.002 

32 

X (a) 

F 

0.51 

0.72 

0.21 

0.01 

0.04 

0.01 

0.020 

0.017 

0.01 

< 0.01 

0.01 

< 0.01 

0.03 

0.001 

33 

X 

E 2 

0.54 

1.68 

0.27 

0.07 

0.06 

0.02 

0.003 

0.010 

0.27 

0.01 

0.01 

0.01 

< 0.01 

0.002 

34 

X 

E 2 

0.51 

1.62 

0.27 

0.08 

0.06 

0.02 

0.025 

0.010 

0.27 

0.01 

0.01 

0.01 

< 0.01 

0.002 

35 

X 

E 2 

0.53 

1.60 

0.26 

0.07 

0.06 

0.02 

0.025 

0.010 

0.26 

0.01 

0.01 

0.01 

< 0.01 

0.002 

36 

X 

E 2 

0.53 

1.62 

0.27 

0.08 

0.06 

0.02 

0.027 

0.011 

0.27 

0.01 

0.01 

0.01 

< 0.02 

0.002 

37 

X 

E 2 

0.54 

1.68 

0.28 

0.08 

0.07 

0.02 

0.028 

0.013 

0.23 

0.01 

0.01 

0.01 

< 0.03 

0.002 

38 

X 

E 2 

0.53 

1.56 

0.27 

0.09 

0.08 

0.02 

0.022 

0.008 

0.21 

0.01 

0.01 

0.01 

< 0.04 

0.002 

39 

X 

E 2 

0.50 

1.50 

0.26 

0.08 

0.07 

0.02 

0.020 

0.008 

0.20 

0.01 

0.01 

0.01 

< 0.01 

0.002 

40 

X 

E 2 

0.53 

1.56 

0.28 

0.09 

0.08 

0.03 

0.020 

0.009 

0.20 

0.01 

0.01 

0.01 

< 0.01 

0.002 

41 

X 

E 2 

0.55 

1.57 

0.27 

0.09 

0.08 

0.02 

0.022 

0.009 

0.21 

0.01 

0.01 

0.01 

< 0.01 

0.002 

42 

X 

E 2 

0.55 

1.75 

0.32 

0.07 

0.08 

0.02 

0.026 

0.012 

0.21 

0.01 

0.01 

0.01 

0.01 

0.002 

43 

X 

E 2 

0.54 

1.73 

0.32 

0.07 

0.08 

0.02 

0.024 

0.012 

0.22 

0.01 

0.01 

0.01 

< 0.01 

0.002 

44 

AVH 

D 

0.47 

0.79 

0.19 

0.05 

0.65 

0.02 

0.009 

0.006 








(a) Tempcore 


An example of the failed bolts, as received, is shown in Fig. 1. The bolts were all 22 mm in diameter except for one (bolt 
24) that had a diameter of 18 mm. In each case, only the section of bolt from the fracture to the protruding end was 
retrieved; the rest of the bolt remained embedded in the rock. The length of the retrieved sections varied from 
approximately 100 to 800 mm (Table 2). 






















Bolt ID Bolt Type Length, mm Noticeably Bent Cracked Cracks on Tension Side of Bend 






1 

HPC 

-160 

No . 





2 

HPC 

-170 

No . 

3 

HPC 

-110 

No 






Thread 

-640 

Very 


Thread 

-510 

Very 


Thread 

-630 

Very 


AVH 

741 

Yes 

Yes (a) 


8 

AVH 

504 

Yes 

Yes ,a) 

9 

AVH 

644 

Yes 

Yes ,a) 

10 

AVH 

505 

Very 


11 

X 

471 

Yes 


12 

AVH 

531 

Yes 



13 


AVH 


523 


Very 


















14 


AVH 


372 


Just 


15 

AVH 

747 

Just 



16 

AVH 

488 

Yes 



17 

AVH 

687 

Yes 

Yes (a) 


18 

AVH 

526 

Yes 



19 

AXR 

452 

Yes 

Yes 

Yes 

20 

AXR 

752 

No 



21 

AXR 

214 

No 



22 

AXR 

459 

Just 



23 

AXR 

476 

Yes 



24 

Wriggle 

187 

Yes 

Yes ,a) 

Yes 

25 

AXR 

524 

Yes 



26 

AXR 

437 

Yes 



27 

AXR 

438 

Yes 



28 

X 

599 

No 

Yes 

Not bent 

29 

X 

480 

Yes 



30 

X 

253 

Yes 



31 

X 

265 

No 



32 

X 

783 

Yes 



33 

X 

475 

Very 

Yes 

Yes 























34 


X 


478 


Yes 


35 

X 

529 

Yes 

Yes 

Yes 

36 

X 

391 

Yes 



37 

X 

250 

No 

Yes 

Not bent 

38 

X 

278 

No 

Yes 

Not bent 

39 

X 

582 

Yes 



40 

X 

533 

Yes 

Yes 

Yes 

41 

X 

415 

Yes 



42 

X 

569 

Yes 



43 

X 

647 

Yes 



44 

AVH 

373 

Yes 

Yes ,a) 


(a) Cracks not detected by magnetic particle inspection 


All bolts had fractured through their section approximately perpendicular to their axis, and, with the exception of two 
bolts (bolts 8 and 9), there was minimal reduction in area at the fracture. However, most of the bolts showed a discernible 
bend near the location of the fracture when examined against a straight edge (Table 2), although in most cases the 
retrieved section was otherwise essentially straight. The fracture surface from each of the bolts was ultrasonically cleaned 
in a water/detergent mixture to remove dirt and loose rust and then examined using a low-power stereomicroscope. After 
cleaning, the fracture surfaces varied from being heavily rusted to being essentially rust-free. Typical examples of the 
fracture surfaces are shown in Fig. 2, 3, 4, 5, 6, 7. After cleaning, the majority of the fracture surfaces showed a distinct 
discolored region at the fracture origin. In the simplest of cases, this consisted of a small semicircular region that extended 
inward from the original surface (Fig. 3). In many cases there were multiple se mi circular initiation regions, usually 
overlapping (Fig. 3, 4, 5,), but sometimes discreet (Fig. 7). The depth of the discolored region varied from ~1 to ~7 mm. 
The results for the individual bolts are listed in Table 3. Two of the bolts (bolts 8 and 9) had no discolored origin. In the 
other bolts, the origin of the fracture was generally on the tension side of the bend in the bolt, and in most cases, at least 
one of the origins was located at a rib. 

















Fig. 2 Heavily rusted fracture surface (Bolt 36) 



Fig. 3 Fracture surface showing small semicircular discolored region (arrowed) at fracture origin (Bolt 44) 




Fig. 4 Fracture surface showing two overlapping semicircular discolored regions (arrowed) at fracture origin 
(Bolt 39) 



Fig. 5 Fracture surface showing three overlapping semicircular discolored regions (arrowed) at fracture origin 
(Bolt 33) 




Fig. 6 Fracture surface showing numerous overlapping semicircular discolored regions (between arrows) at 
fracture origin (Bolt 40) 



Fig. 7 Fracture surface showing discrete semicircular discolored regions (arrowed) at fracture origin (Bolt 42) 

Table 3 Details of Crack Origins 



Bolt ID Bolt Type Cracked Discolored origin Multiple origins Origin at Rib Max Origin Depth, mm 


■ 

HPC 


Too rusty 


Yes 

Not measured 

2 

HPC 


Too rusty 


Yes 

Not measured 

3 

HPC 


Too rusty 


At thread 

Not measured 


Thread 





Not measured 


Thread 





Not measured 


Thread 





Not measured 


AVH 

Yes (a) 

Yes 

No 

Yes 

3.8 

8 

AVH 

Yes (a) 

No 




9 

AVH 

Yes (a) 

No 




10 

AVH 


Yes 

No 

Yes 

2 

11 

X 


Yes 

No 

Yes 

2.2 

12 

AVH 


Yes 

No 

Yes 

4.4 

13 

AVH 


Too rusty 


Yes 

Not measured 

14 

AVH 


Yes 

Probably 

Yes 

3 

15 

AVH 


Yes 

No 

Yes 

~1 

16 

AVH 


Too rusty 



Not measured 

17 

AVH 

Yes (a) 

Yes 

No 

Yes 

2.0 

18 

AVH 


Yes 

No 

Yes 

Very small (<1 mm) 

19 

AXR 

Yes 

Yes 

Yes 

One 

4.1 























20 AXR ... Yes Four All 2.0 


21 

AXR 


Yes 

Multiple 


4.0 

22 

AXR 


Yes 

Multiple 

Some only 

4.1 

23 

AXR 


Yes 

Yes 

Yes 

7 

24 

Wriggle 

Yes (a) 

Yes 

Five 

No ribs 

5 

25 

AXR 


Yes 

Single 

Yes 

1.3 

26 

AXR 


Yes 

Single 

Yes 

1.5 

27 

AXR 


Too rusty 


Yes 

Not measured 

28 

X 

Yes 

Yes 

Two 

One 

5.0 

29 

X 


Too rusty 


Yes 

Not measured 

30 

X 


Yes 

One 

Yes 

~1 

31 

X 


Too rusty 


Yes 

Not measured 

32 

X 


Yes 

Two 

One 

~7 

33 

X 

Yes 

Yes 

3 or more 

Largest 

5.0 

34 

X 


Too rusty 


Yes 

Not measured 

35 

X 

Yes 

Yes 

Two 

Both 

5.5 

36 

X 


Too rusty 


Yes 

Not measured 

37 

X 

Yes 

Yes 

Single 

No 

4.0 

38 

X 

Yes 

Yes 

Two 

Both 

3.1 


39 X ... Yes Two Both 4.6 























40 X Yes Yes Yes Some 3.7 


41 

X 


Yes 

Single 

Yes 

2.4 

42 

X 


Yes 

Four 

All 

2.0 

43 

X 


Yes 

Five 

Mostly 

2.6 

44 

AVH 

Yes (a) 

Yes 

No 

Yes 

2.0 

(a) Cracks not detected by mag particle 


The fractures had generally propagated from the origin in a macroscopically brittle manner to produce a smooth fracture 
surface essentially perpendicular to the axis of the bolt. Typical scanning electron micrographs of the fracture surface are 
shown in Fig. 8 and 9. The origin can be seen to be heavily corroded (Fig. 8), while the remainder of the fracture surface 
is comparatively corrosion free and exhibits transgranular cleavage fracture (Fig. 9). 



Fig. 8 Scanning electron micrograph showing appearance of fracture surface within discolored region (Bolt 44) 













Fig. 9 Scanning electron micrograph showing appearance of fracture surface remote from discolored region 
(Bolt 44) 

Each of the bolts was inspected for additional cracking using magnetic particle inspection. Cracks were detected in only 
eight of the bolts (bolts 19, 28, 33, 35, 37, 38, and 40). An example of the cracking is shown in Fig. 10. In each case, the 
cracks were found within 100 mm of the fracture. The majority of the cracks were located near the inside radius of the 
ribs on the rockbolts, and all cracks were approximately perpendicular to the axis of the bolt. The cracks were generally 
on the tension side of the bolts when the bolts were discernibly bent. Cracks were detected near the fracture in some of the 
other bolts (bolts 7, 8, 9, 17, 24, and 44) when examined using a low-power binocular microscope. Most of these cracks 
were again situated around the inside radius of the ribs. Details of the cracking are included in Table 1. 



Fig. 10 Cracks in Bolt 28 revealed by magnetic particle inspection 

Metallographic sections were taken through the cracks, and an example is shown in Fig. 11. The cracks were deep, 
extensively branched, and were seen to contain corrosion product even at the tip. The cracks were identified as being 
transgranular (Fig. 12). 



Fig. 11 Section through-cracks in Bolt 40, originating from base of rib 



Fig. 12 Central region of section shown in Fig. 11 after etching in 2% Nital 

Charpy impact tests were performed on 43 of the bolts using standard notched 10 mm square test pieces, per AS 1544.2- 
1989 4, which had been machined from the center of each bolt. The tests were conducted at 23 °C. The results are given 
in Table 4. Thirty-four of the 43 bolts tested were X, AVH, or AXR, and these all had low impact energies. The X and 
AXR bolts had the lowest impact energies, all being in the range of 4 to 6 Joules. The impact energies for the AVH bolts 
were marginally higher, being from 5 to 8 Joules. In contrast, the two Tempcore X bolts (bolts 28 and 32) had impact 
energies of 14 to 16 Joules, while the Wriggle bolt had an impact energy of 20 Joules. The Tempcore HPC bolt (bolt 1) 
also had an impact energy of 14 Joules, while the other two HPC bolts (bolts 2 and 3) had impact energies of 8 to 9 
Joules. 


Table 4 Charpy Impact Energies and Hardnesses 


Bolt ID 

Bolt Type 

Impact Value, 

Hardness, 



Joules 

hv 30 

1 

HPC 

14 

325 

2 

HPC 

8 

333 

3 

HPC 

9 

326 

4 

Thread 

9 

241 

5 

Thread 

8 

242 

6 

Thread 

6 

245 

7 

AVH 

7 


8 

AVH 

6 

292 





9 

AVH 

5 


10 

AVH 

6 

318 


X 

5 


12 

AVH 

8 


13 

AVH 

6 


14 

AVH 

5 

322 

15 

AVH 

5 


16 

AVH 

6 

370 

17 

AVH 

6 

338 

18 

AVH 

7 

363 

19 

AXR 

4 


20 

AXR 

5 

287 

21 

AXR 

5 

291 

22 

AXR 

5 


23 

AXR 

5 

276 

24 

Wriggle 

20 

197 

25 

AXR 

4 


26 

AXR 

4 


27 

AXR 

6 



28 


X 


14 


269 


























29 

X 

5 


30 

X 

4 

313 

31 

X 

4 

303 

32 

X 

16 

279 

33 

X 

4 



X 

5 

297 

35 

X 

4 


36 

X 

5 

290 


X 

5 


38 

X 

5 

295 

39 

X 

6 

283 

40 

X 

6 



X 

5 

295 

42 

X 

4 


43 

X 

4 

301 

44 

AVH 


313 (a) 

(a) HV 20 


Hardness measurements were made on a range of bolts that included all the different bolt types and all the different 
chemical compositions. The results are included in Table 4 and ranged from 197 to 370 HV. 

Microstructural analysis was performed on all the bolts. Examples of the microstructures are shown in Fig. 13, 14, 15, 16, 
17, 18. The X, AXR, AVH, and Threadbar bolts all had predominantly pearlitic microstructures with just small amounts 
of ferrite around the pearlite colonies (Fig. 13, 14, 15 ). This is consistent with the high carbon content of these steels. The 
Tempcore X bolts had a tempered martensite outer layer with a pearlitic core, as did one of the Tempcore HPC bolts (bolt 
1) (Fig. 16). The remaining HPC bolts and the Wriggle bolt had pearl itic/fcrritic micrestructures (Fig. 17, 18). All bolts 
showed a decarburized surface layer, as would be expected from hot rolling. 





















Fig. 13 Microstructure at center of Bolt 23 (AXR; type E composition) 



Fig. 14 Microstructure at center of Bolt 24 (Wriggle; type A composition) 



Fig. 15 Microstructure at center of Bolt 14 (AVFI; type D composition) 















Fig. 16 Microstructure at center of Bolt 4 (Threadbar; type B composition) 



Fig. 17 Microstructure at center of Bolt 28 (Tempcore X; type E composition) 



Fig. 18 Microstructure at center of Bolt 1 (FIPC; type C composition) 












Discussion 


The 44 broken bolts that were examined were from four different mines, of six different types, and included six different 
chemical compositions, indicating the widespread nature of the problem. With the exception of bolts 8 and 9, which 
appeared to have failed simply by overload, the features of the fractures were consistent with failure by SCC. This is 
contrary to the U.K. experience, where SCC was rare. 2 

Most of the bolts showed evidence of bending close to the fracture, and this appeared to be the result of lateral movement 
of the strata. The crack origins were generally located on the tension side of the bend, as were any additional cracks that 
were present, indicating that the SCC was initiated by the bending. The stress concentration due to the ribs, as well as the 
axial prestress that is applied to the bolts during installation, would further exacerbate the situation. 

Like the failed U.K. bolts, a substantial proportion of the failed bolts examined here had very low toughnesses with 
Charpy impact values of approximately 5 Joules. However, 10% of the bolts had toughnesses in the range 14 to 20 Joules, 
indicating that the problem was not restricted to just the very low toughness bolts. 

Conclusions 

3. The 44 broken bolts examined were of six types, from four different mines, and included six different chemical 
compositions, indicating the widespread nature of the failures. 

4. Most of the broken bolts appeared to have failed by SCC. 

5. In most cases at least one of the crack origins was located at the base of a rib. 

6. Most of the bolts showed discernible bending in the vicinity of the fracture. The fractures generally initiated from 
the tension side of the bend, indicating that the bending was instrumental in initiating the stress corrosion cracks. 

7. The majority of the broken bolts had very low toughness with Charpy impact values of 4 to 7 Joules. 
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Failure of an Automobile Transmission Stick-Shift 


From: A. Moet, Failure Analysis of Polymers, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
758-765 


Abstract: A stick-shift from an automobile transmission failed in service. Failure occurred by stable fatigue-crack propagation at 
locations R and L. Plausibly, the crack initiated at location R due to maximum tensile stress, which was perhaps further concentrated 
by a surface imperfection. The crack appears to have started along the location R section to a certain extent at which service loads 
became mostly supported by the location L section. This overload on location L appears to have caused another fatigue crack that 
propagated first over the smooth-banded region. Catastrophic failure occurred when the component became unstable under the 
applied load. 

Keywords: Fatigue loading; Transmissions 


Material: Plastic (Polymer, general) 


Failure type: Fatigue fracture 


Figure 1 shows a stick-shift from an automobile transmission that failed in service (Ref 1). Obviously, fatigue loading is 
involved in this application. Failure occurred by stable fatigue-crack propagation at locations R and L (Fig. 1). Plausibly, 
the crack initiated at location R due to maximum tensile stress, which was perhaps further concentrated by a surface 
imperfection. The crack appears to have started along the location R section to a certain extent at which service loads 
became mostly supported by the location L section. This overload on location L appears to have caused another fatigue 
crack that propagated first over the smooth-banded region. Catastrophic failure occurred when the component became 
unstable under the applied load. 



Fig. 1 Optical micrograph showing a fractured automobile stick-shift. 

Reference 

1. K. Friedrich, Some Cases of Fatigue Damage of Polymeric Structural Components, in Practical Metallography, 
to be published 



Related Information 


J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 2002, p 437-459 

Fracture of Plastics, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Failure of Two Plastic Toilet-Tank Floats 

David O. Lesser, Consulting Engineer 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Two plastic tank floats in separate toilets in one dwelling failed within a relatively brief period of time. Examination of the 
floats and of a brass connecting rod revealed that the fracture occurred at the base of the threaded hole in the nipple and was brittle 
in nature. The fracture surfaces were coated with zinc oxide. It was concluded that the failure resulted from improper repairs and/or 
adjustments, including the use of a cosmetic zinc oxide cream as a lubricant. The cream initiated deterioration of the originally 
ductile plastic, causing it to become brittle and fragile. 

Keywords: Embrittlement; Lubricants; Polymers 

Material: Polymer (Polymer, general) 

Failure type: Brittle fracture 


Background 

Two plastic tank floats located in separate toilets in a condominium unit failed within a relatively brief period of time. 

Circumstances leading to failure 

The floats failed while the condominium owner was absent. During that time span, both tank floats broke from their 
stems, causing water to flow continuously at full capacity into both tanks. 

Most of the water in each tank drained through the overflow standpipe into the main sewer. Only a relatively small 
amount soaked the carpeting and padding in adjacent rooms. There was no physical evidence of water outside the closed 
doors or walls of the condominium The continuous water flow was not discovered until the unit owners returned in the 
winter to reoccupy the unit. A cost of more than $2,000 for wasted water had been incurred by the Flome owner's 
Association. 

Performance of other parts in same or similar service 

No other toilet failures of this type have been recorded to date at the condominium complex. Construction of the building 
and installation of the toilets was completed prior to winter. The owners occupied the unit during the winter and spring 
returning north for the summer. 

Visual Examination of General Physical Features 

A hard, white encrustation was observed on the bottom surface where the brass connecting rod and the nipple cavity of 
the float ball end, as shown in Fig. 1. Small particles of this same hard material were encrusted on the rod stem, adjacent 
to the nipple (Fig. 2). 




Fig. 1 Rod protruding into the broken face of the nipple of ball B. Note the excessive zinc oxide lubricant, most 
of which was removed while the rod lay at the bottom of the tank where it was subjected to continual washing. 
5.7x. 



Fig. 2 Threaded section of rod extending from ball B,with evidence of zinc oxide deposits prominently 
displayed. 4.8x. 

Testing Procedure and Results 

To avoid the destruction of evidence, non invasive testing techniques were used. 

Surface examination 


Visual inspection showed that both failures occurred at the base of the nipple of each float ball. The nipple broke off 
and remained attached to the threaded brass rod that was screwed into it (Fig. 3). Both float balls were sent for 
examination, but only one rod. 



Fig. 3 View of float ball severed from rod at nipple 0.5x. 



Macrofractography of the fractured surfaces, at magnifications of 3 to 30x showed that the material became 
embrittled and that fracture occurred at the base, or root, of the threaded hole in the nipple. In addition to the white 
material described above, a similar white residue coated certain areas of the fracture surfaces. Refer to Fig. 4 and 5, 
particularly the upper sections, where brittle fracture originated. 


Fig. 4 Failure of ball A nipple at root of threaded hole. Note zinc oxide bleed near the origin of failure (upper 
left corner) 5.4x. 






Fig. 5 Failure of ball B nipple at root of threaded hole. Origin of rupture is at top. Note evidence off zinc oxide 
5.5x. 

Brittle fractures have certain characteristics that permit them to be properly identified: 

• There is no gross permanent or plastic deformation in the region, although there may be permanent deformation 
in other locations, where relatively ductile fracture is seen. 

• The surface of brittle fracture is perpendicular to the principal tensile stress (applied by the float ball against the 
rod in this instance). 

• Characteristic fanlike markings on the fracture surface frequently point back to the location from which the 
fracture originated. These patterns are extremely fine and are difficult to recognize unless a strong light is 
positioned so that it just grazes the projections and the subject is magnified. 


Scanning Electron Microscopy/Fractography. The white coating was tested using noninvasive energy- 
dispersive x-ray spectrum techniques in a scanning electron microscope. The coating was identified as zinc (Fig. 6). 
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Fig. 6 Energy-dispersive x-ray spectrum of white residue found in float ball cavities and on extension. 

Zinc oxide, a white water-insoluble powder, is used in such products as moisture-resistant cosmetic creams to protect skin 
again sunburn and rashes. 

Mechanical Properties 

Impact Toughness. The plastic material from which the float-ball sections were made had remained flexible and 
resilient. 

Discussion 

It was unusual for two separate and distinct failures of an identical nature to occur in a new dwelling within such a short 
period of time. Hence, a common origin and insidious cause could be expected, particularly because the materials used in 
toilet-flush systems have a history of long life expectancy and reliability. Moreover, no other failures of this type were 
reported to occur in the approximately 250 toilets installed in the entire complex. Manufacturers do not recommend the 
use of lubricants to assist screw threading at rod-ball interfaces of plastic floats. 

Conclusion and Recommendations 

Most probable cause 

On site inspections were made of several other toilet tank installations in different units. All toilets were installed at 
different times during construction by the same contractor. No evidence of zinc oxide lubricant was found in any of the 
float joints inspected, nor was any expected; plumbers do not use lubricants for this simple type of assembly. 

How failure could have been prevented 

Zinc white paste usually has a 90% powdered oxide base with a 10% oil vehicle. Such a paste was apparently used to 
lubricate the iron ball-float rod so that it would screw into the ball more easily. 

Hydrocarbon oils are not recommended for use with plastics such as polyesters or polyethylenes, which are the materials 
used to make ball floats. These plastics are attacked by hydrocarbons and deteriorate as penetration proceeds, the plastic 
loses its ductility, becoming brittle and fragile under load, such as the bending moment produced as the ball floats in the 
water to press the rod against the water-valve closure. The zinc oxide paste should not have been used in this situation. 
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Termination Delamination of Surface-Mount Chip Resistors 

Jude M. Runge-Marchese, Taussig Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Several surface-mount chip resistor assemblies failed during monthly thermal shock testing and in the field. The resistor 
exhibited a failure mode characterized by a rise in resistance out of tolerance for the system. Representative samples from each step 
in the manufacturing process were selected for analysis, along with additional samples representing the various resistor failures. 
Visual examination revealed two different types of termination failures: total delamination and partial delamination. Electron probe 
microanalysis confirmed that the fracture occurred at the end of the termination. Transverse sections from each of the groups were 
examined metallographically. Consistent interfacial separation was noted. Fourier transform infrared and EDS analyses were also 
performed. It was concluded that low wraparound termination strength of the resistors had caused unacceptable increases in the 
resistance values, resulting in circuit nonperformance at inappropriate times. The low termination strength was attributed to 
deficient chip design for the intended materials and manufacturing process and exacerbated by the presence of polymeric 
contamination at the termination interface. 

Keywords: Delaminating; Electronic devices 


Materials: Gold (Gold); Lead-tin (Lead-tin); Polymer (Polymer, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Several surface-mount chip resistor assemblies failed during monthly thermal shock testing and in the field. 

Circumstances leading to failure 

The resistor, the only electrically active component in the final assembly, exhibited a failure mode characterized by a rise 
in resistance out of tolerance for the system. The failures occurred during monthly testing after 100 h of thermal shock 
(from -65 to 125°C, or -85 to 255°F, 30 min at each extreme for 100 cycles) and “suddenly” in the field (e.g., overnight). 
As part of a quality control test program, a die shear test was performed on the resistors after solder attachment to the 
carrier strips. The most recent attachment shear forces varied from 0.4 to 2 kg (0.8 to 4.5 lb.). The resistors with low force 
values reportedly exhibited entire termination failure. The attachment never broke within the solder joints. Rather, the 
termination consistently came apart from the substrate. 

Pertinent specifications 

A chip detail drawing (Fig. 1) indicated that the chip substrate was high-purity alumina. The resistive element was a 
sintered thick film that was coated with a protective glass film after laser trimming and finished with an epoxy coating. 
Continuity through the resistive element was established by solder attachments to the assembly lead frame through edge 
terminations. 



Gold coat Blaze 



Fig. 1 Chip detail schematic, indicating chip construction as having both a top and bottom termination. Actual 
construction and sales literature indicated only a top land termination. The edge termination has a wraparound 
configuration. Dimensions given in inches 

The terminations were of a lamellar design. Initial resistive element/termination contact was at the top land termination. 
The wraparound portion of the terminations coated the top land termination and “wrapped around” the ends of the 
substrate. No material was specified for the termination layers; however, it was specified that the wrap-around or edge 
terminations were to be coated with a nickel barrier layer (electroplated) and finished with electroplated tin deposit for 
solder ability (Fig. 1). 

Termination/carrier ship attachment was reportedly performed in a belt furnace. The carrier strip was stamped from coin 
silver ship. Solder paste (Pb-8Sn-2Ag) and type RMA flux were used to make the attachment. The reflow profile was 
such that the temperature ramped up to a maximum of 330°C (625°F), which is 40°C (70°F) higher than the liquidus 
temperature of the solder. The dwell time above the liquidus temperature was 110s. 

The carrier strip/clip assembly was overmolded with Valox resin at a temperature of 250°C (480°F); a recommended 
operating range of 240 to 260°C (465 to 500°F) was specified. Valox is a General Electric polymer blend of Lexan, a GE 
polycarbonate, and polybutylene terepthalate. 

Changes in resistance were often measured after solder attachment and encapsulation. Changes were also determined after 
thermal shock and were measured on returns from the field. 

Specimen selection 


Representative samples from each step in the manufacturing process were selected for analysis. Additional samples were 
selected representing the various resistor failures. Samples submitted for analysis were divided into the following groups: 


Group 

No. 

Description 

1 

As-received resistor chips from storage 

2 

Chips exposed to the solder reflow temperature of 330°C (625°F) for a dwell time of 60 to 90 s 

3 

Chips soldered on a silver carrier strip and washed in methylene chloride after attachment in order to remove 


flux residue 

4 

Carrier strip/chip assemblies as encapsulated with Valox resin 









5 Encapsulated resistor assembly that exhibited a failure rise in resistance after thermal shock. A void in the 

solder fillet was noted. 


6 Assembly that reportedly exhibited a cracked solder joint 

7 Assembly that exhibited an increase in resistance after thermal shock 

8 Several resistor chips that exhibited low shear force values during die shear testing. Some exhibited 
termination separation from the resistor die. 


Testing and Results 

Surface examination 

Visual. The chips were soldered with the resistive element toward the carrier plate. The resistor/carrier assemblies were 
encapsulated with Valox and cut from the carrier strip. 


The resistor chips were rectangular with metallic end terminations. The resistive element was coated with a gold-colored 
polymeric material. The material appeared soft, but could not be indented with a fingernail. The gold coating apparently 
turned brown when exposed to the heat of soldering (Fig. 2). 



Fig. 2 Group 1 (left) and Group 2 resistors. The group 2 resistor had been exposed to the heat of soldering for 
90 s. Note the dark appearance of the top polymer coating. This is due to the pyrolysis, or breakdown, of the 
epoxy coating. 19.25x 

Examination of various group 8 resistors, which failed by die shear, revealed two different types of termination failures. 
The first, and apparently most prevalent, type was that of total delamination (Fig. 3). The end terminations peeled from 
the substrate, exposing the ceramic ends and fracturing the polymer coating. It was noticed that the polymer coating on 
the failed resistors appealed darker in color than those in the as-received condition. The gold polymer coating also 
appeared to have melted in the area of the delamination. 









Fig. 3 Delaminated group 8 resistor that exhibited a low pushoff strength. Note the puckered appearance of 
the gold polymer coating at the left termination. This was caused by the heat of soldering exceeding the T g of 
the epoxy. 21.6x 



The second type of failure noted was that of partial determination. The gold-colored polymer coating did not appear as 
dark on these failures. The failed termination appeared to fracture at the end and around the bottom of the resistor. 
Scanning Electron Microscopy/Fractography. In order to determine at which interface the resistors were 
delaminated, several samples from group 8 were examined using a scanning electron microscope (SEM). Examination of 
the fractured termination confirmed visual findings that the fracture occurred at the end of the termination, exposing the 
ceramic substrate. The top land termination adjacent to the resistive element was apparently intact (Fig. 4). Examination 
of the delaminated termination revealed no evidence of fracture. The edge termination appeared to have peeled from the 
end of the resistor (Fig. 5 and 6). 


Fig. 4 SEM micrograph of a resistor with a partially delaminated termination. The light-appeahng portion is the 
lead-tin alloy on the surface of the termination. The dark-appearing area beneath the lead-tin alloy is exposed 
alumina. 




Fig. 5 SEM micrograph of the delaminated termination. Note the gray scale difference between the surface of 
the delaminated termination and that of the alumina substrate in Fig. 6. This is because delamination occurred 
at the cermet/thick-film polymer interface. 



Fig. 6 Higher-magnification examination of the surface of the delaminated portion of the resistor termination. 
Note the absence of evidence of any type of fracture or tearing on the surface. 

Energy-dispersive x-ray spectrographic (EDS) analysis was performed on the delaminated surface and determined the 
presence of zirconium, silver, silicon, lead, manganese, magnesium, and aluminum. The aluminum was most likely from 
the alumina resistor substrate. Silicon, zirconium, magnesium, and manganese oxide are various glass formers and metal 
oxides used in forming a ceramic-to-metal bond on chip components, most likely the top land termination. The silver 
component may have been the metallic portion of the metallization, which enabled subsequent electro deposition of the 
nickel barrier and solderable tin coatings. 

Metallography 

Microstructural Analysis. In order to determine the construction integrity and material failure mode of the resistor 
chips, transverse sections of samples from each of the groups were metallographically prepared. Examination was 
performed with a calibrated metallurgical microscope with magnification capabilities up to 2000x. 

Examination of the group 1 resistors, those which reportedly were in the as-received condition, revealed the following 
termination construction. The top land termination contacted the resistive element and ended at the edge of the substrate. 
It exhibited a typical cermet (ceramic-metal) metallization that had been fired to fuse the termination to the alumina 
substrate. The gold-colored polymer that coated the resistive element often overlapped the cermet top land termination. 
The top land termination was the only portion of the termination that exhibited actual ceramic-to-metal bonding. The 
wraparound portion of the termination was achieved with what appeared to be conductive (metal-loaded) polymer-base 
thick-film ink. Small, dark-appearing amorphous areas dotted the interface between the thick-film ink and the cermet 
metallization. The termination appeared to have been plated with two distinct metallic layers (Fig. 7). 




Fig. 7 Chip cross section from group I, those samples taken in the as-received condition prior to processing. As 
polished. 87x 

Examination of the metallization interface determined that each of the layers composing the termination was separate and 
distinct. There was no evidence of intermetallic formation between the cermet and thick-film ink. The presence of the 
dark-appearing amorphous phase at this interface was confirmed (Fig. 8). Samples from group 2. those that had been 
processed through the solderin g profile, exhi bited similar characteristic s._ 



Fig. 8 An interesting detail on the group 1 resistors was the presence of an amorphous dark-appearing phase 
dotting the interface between the cermet metallization and the thick-film polymer conductive ink. Fourier 
transform infrared analysis determined that this dark-appearing phase was actually resin separation from the 
epoxy binder in the thick-film ink. The following features can be discerned: area 1 is the alumina substrate; 
area 2 is the cermet metallization; area 3 is the thick-film polymer ink; area 4 is the electroplated nickel 
barrier; and area 5 is the lead-tin surface alloy 31.Ox 

In order to understand the metallurgical ramifications of a reported failure, a transverse section through a sample from 
group 6 was metallographically prepared. It was reported that the sample exhibited a cracked solder fillet. Examination of 
the cross section revealed gross delamination of the terminations (Fig. 9). So severe was the delamination that the 
encapsulant had flowed into the interface between the cermet metallization and the polymer thick-film ink. This expanded 
the plating and thick-film ink layers from the substrate to the point of rupture at the top of the termination. 




Fig. 9 Delaminated termination on a group 6 sample, showing Valox (the pellet encapsulant) intruding on the 
cermet/polymer thick-film metallization interface. Metallization forced the expansion of the termination, 
rupturing the nickel barrier and giving the solder joint a cracked appearance 



Metallographic examination of the group 6 samples and samples from the remaining groups determined the presence of 
consistent interfacial separation between the cermet and polymer thick-film layers. The condition ranged in severity from 
its presence as an amoiphous layer of contamination to that of total delamination. Gross delamination was consistently 
observed in the group 3 samples (Fig. 10), indicating that the solder attachment of the chip to the carrier strip was the 
point in the manufacturing process that produced the failure condition. 


Fig. 10 Consistent gross delamination in the group 3 samples, those that had been soldered to the carrier 
plate. Measurable separation was noted at the metallization interface. 124x 

Representative sections from groups 2 and 3 were analyzed using electron probe microanalysis (EMA) to determine the 
constituents of the resistor materials and possibly to identify the contaminating layer present at the metallization interface. 
EMA of the group 2 sections (see Fig. 11) determined that the resistor substrate was high-purity alumina. The metal 
portion of the cermet metallization was silver rich; the ceramic portion was zirconium rich. Significant amounts of silicon 
were also detected, most likely present as an oxide or glass former. Segregation due to diffusion and mass transport, 
typical for a ceramic-to-metal bond, was observed. The heaviest concentration of the oxides and glass formers was toward 
the substrate, whereas the silver remained at the surface for subsequent metallic joining operations. 






Fig. 11 SEM micrograph of a group 2 resistor termination. Areas of interest are as follows: area 1 is the 
alumina substrata area 2 is the cermet thick-film metallization; area 3 is the polymer thick-film ink; area 4 is 
the nickel barrier layer; and area 5 is the lead-tin surface coa ting. Arrows indicate the critical interface. Note at 
this interface, even in the group 2 components, the appearance of a dark thin layer at the cermet/polymer 
thick-film interface 

EDS analysis of the wraparound metallization determined that the metallic portion was silver. The dark phase was carbon 
rich, supporting the visual observation that the binder in the thick-film ink was polymer based. EDS analysis of the 
electroplated layers confirmed that the barrier layer was nickel and that the surface layer was tin-lead alloy. The gold- 
colored polymer coating over the resistive element was a metal-oxide-loaded polymer with a significant amount of 
chlorine, probably an epoxy. 

EMA of the sections of the group 3 samples that exhibited delamination (see Fig. 12) confirmed the metallographic 
analysis results by determining the presence of an amorphous contaminant at the cermet/polymer thick-film interface. 
Higher-magnification examination of this layer revealed the presence of voids within the amorphous material. EDS 
analysis of the material determined that it was organic in nature, with a significant amount of chlorine, and probably was 
an epoxy. 



Fig. 12 Interface on a group 3 resistor. Note the increased thickness at the critical interface. This was caused 
by the forces exerted by the expansion and contraction of the silver carrier plate during soldering. The polymer 
contamination (most likely resin separation from the epoxy thick-film ink) at the surface of the polymer 
metallization layer created a nonadherent film at the interface 

Chemical analysis/identification 


Fourier Transform Infrared Analysis. In order to discern the compositions of the polymer constituents of the 
resistors, Fourier transform infrared (FTIR) analysis was performed. Specifically, the gold coating, the polymer-base 



thick-film ink, and the interfacial contamination layer were compared to try to determine the nature of the amorphous 
layer consistently observed at the metallization interface. 

FTIR analysis of the gold coating material determined that it was an anhydride-cure epoxy. The significant chlorine 
content determined by way of EDS suggested that the curing agent for the epoxy was chlorendic anhydride. This material, 
thermo-setting in nature, will not melt when exposed to elevated temperatures. Instead, the epoxy exhibits a glass 
transition temperature, or T g . This is the point at which the amoiphous phase of the polymer changes from a hard brittle 
condition to a viscous rubbery condition. This could explain the ductile, puckered appearance of the gold coating on the 
delaminated resistors. 

The T g for most anhydride epoxies is about 130°C (265°F); some formulations (specifically, di-anhydride cure epoxies) 
exhibit T g s as high as 280°C (535°F). It is never advisable to subject epoxies to temperatures in excess of the T „ for an 
extended period of time. 

The polymer binder from the thick-film ink on several delaminated samples was removed by squeezing the silver flakes 
of the metallization together and extruding the binder between them. FTIR determined that this material consisted of 
polyamide and an epoxy similar to the polymer epoxy gold coating. These results were consistent for the binder in the 
thick-film ink on resistors from groups 1 and 2. These consistencies indicated that the epoxy contained a polyamide 
curing agent. This material, if fully cross-linked, would not melt, but would also exhibit a T s . 

The metallization interface was analyzed by preparing samples from group 3, the group that exhibited consistent gross 
delamination. Samples were prepared for transmission FTIR by replication in amyl acetate on potassium chloride blanks. 
During preparation, it was noted that a significant amount of a dark yellow, oily substance was present at the interface. 
FTIR analysis determined that it was a triglyceride. Triglycerides arc often added to epoxy formulations as drying oils. 
They are also typically found in animal or vegetable fats and can be attributed to handling. However, glycidyl groups are 
the most common constituents of epoxy resin functions; exposure to acids from soldering flux or residual cleaning 
solutions can convert un-cross-linked resin to triglycerides by way of nucleophilic substitution. This suggested that the 
amoiphous contamination observed at the metallization interface was the result of epoxy degradation by way of resin 
separation from the thick-film ink. 

To determine how early in the manufacturing process resin separation was apparent in the chip resistors, samples from 
groups 1 and 2 were prepared for analysis by forcing delamination and replicating the surface as described above. Smaller 
amounts of an oily substance, not yellow in color, were extracted from the samples. FTIR analysis again determined the 
oily substance to be a triglyceride, suggesting that degradation was present in chips in the as-received condition. 

Analysis of the delaminated surface on the group 8 samples revealed the presence of human skin cells. These skin cells 
could certainly contribute to delamination failures; however, they could also be the result of improper handling of the 
resistors after failure and prior to receiving them for analysis. 

Discussion 

Metallographic analysis determined that the failure mode exhibited by the resistors, that of an unacceptable increase in 
resistance during test and during service, was due to delamination of the wraparound or edge portion of the terminations. 
The focus of the failure analysis thus turned to determination of the nature and cause of the delamination. 

The consistent presence of an amoiphous, apparently polymeric layer at the metallization interface required FTIR 
analysis. By determining the nature of the layer via FTIR, the source for failure was indicated as both material and 
process related. In other words, the resistor termination design, because it incorporated polymeric materials and thus 
limited metallurgical bonding, was not appropriate for the recommended soldering and encapsulation profiles. This 
inadequacy was amplified by the presence of the layer of polymer-based contamination at the metallization interface. 

In order to support this conclusion, it is necessary to understand the failures. Two types of failures were observed: total 
and partial delamination. 

Partial delamination occurred at the metallization interface, confined to the portion of the wraparound termination away 
from the top land termination. This was primarily due to the absence of a ceramic-to-metal bond in this portion of the 
termination. Termination fracture occurred when die shear forces exceeded the mechanical bond force between the ink 
and the substrate during die shear testing. During manufacturing, fracture occurred when the resistor assembly was 
manufactured with the top land termination up and shear forces exerted by the thermal expansion and contraction of the 
silver carrier plate during soldering and encapsulation exceeded the strength of the mechanical bond between the 
termination and the resistor substrate. These failures were the easiest to cull out, because intermittent performance or 
abrupt failure was often revealed during thermal shock testing. 

The more subtle and most prevalent delamination type of failure also occurred at the metallization interface. The primary 
source for total delamination was also the absence of a true ceramic-to-metal bond at this interface. Exacerbating this lack 
of bond was the presence of interfacial polymer-based contamination. 

The consistency of a concentrated film or layer of amoiphous polymer film at the metallization interface suggested that 
the epoxy binder in the thick-film ink was neither homogeneous nor stable. Resin separation from the epoxy binder 
created an oily, nonadherent film at this critical interface. This meant that not only was there no ceramic-to-metal bond 



fixing the termination, but there also was no epoxy adhesive bond. The amount of resin separation varied from chip to 
chip, with those with worst-case adhesion exhibiting the most resin separation and those off the shelf with apparently 
good termination strength displaying only a small amount. It was observed that this layer became more pronounced as the 
resistors were exposed to the heat of processing. The dark yellow color of the oily residue observed at the metallization 
interface of the group 3 samples was most likely due to thermal breakdown of the resin during attachment to the carrier 
strip. 

Gold coat epoxy overlapped the top land termination of many of the samples. While this was probably a process control 
problem during component manufacture, the dimpled, reflowed appearance of the material on failed components 
indicated that the heat of processing the resistor assemblies exceeded the T g for the gold coat. Its softening would 
certainly undermine termination strength in the area, aiding thermal expansion forces in pulling the terminations from the 
resistor substrate. 

In the resistor assembly manufacturing process, as the components are soldered to the silver carrier plate, they are soaked 
above 290°C (555°F), peaking at 330°C (625°F) for 110 s. Even assuming the highest possible T g for the epoxy systems 
in the chip, 280°C (535°F), visual evidence supports the conclusion that the material certainly became viscous during this 
operation. Any polyamide curing agent or uncured resin that had not reacted during the cure cycle for the polymer-base 
thick-film ink degraded. Thermal expansion forces exerted by the carrier ship on the metallization interface pulled the 
terminations apart. Because nothing other than the wraparound termination was making contact with the top land 
termination and the resistive element, an open condition or measurable increase in the resistance value for the assembly 
was created. 

Conclusion and Recommendations 

Most probable cause 

Analysis of several groups of surface-mount chip resistors determined that sudden unacceptable increases in the chip 
resistance values both during testing and in the field were caused by inadequate wraparound termination strength. The 
source of the low termination strength was twofold. The first and most prevalent cause appeared to be inadequate 
component design for the intended manufacturing process. The second cause was polymeric contamination at the 
termination metallization interface. 

Remedial action 

In order to manufacture a resistor assembly with chips of this design, the attachment solder and reflow profile must 
remain below the T g for the epoxy systems manufactured into the component. A new encapsulant and encapsulation 
procedure are needed that will not exceed the critical T g . 

Variations in strength due to the presence of contamination at the metallization interface or degradation of the polymer 
constituents should be determined by nondestructive die shear testing. Chips soldered to carriers should be subjected to a 
nominal force for a period of time, released, and retested for shifts in the resistance values. Failed chips would be those 
that exhibit a shift in resistance out of the accepted range. 

Rather than alter the materials and add tests to the current process, it is also recommended that a resistor that exhibits a 
complete ceramic-to-metal wraparound termination be used. Manufactured properly, the resistor should be able to 
withstand the heat of soldering and encapsulation without delaminating. 

It is imperative when considering a new resistor design that the processing recommendations by the chip manufacturer be 
addressed. It still may be necessary to alter the assembly process and materials to reflect the temperature requirements of 
the chip. 


Fisheye Blemishes in Two Motorcycle Components 

S.J. Suess, Stork Technimet, Inc. 


From: S.J. Suess, Characterizing Surface Discoloration, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003, p 12 


Abstract: Two acrylic-coated polymeric motorcycle components exhibited fisheye blemishes after painting. SEM and EDS results 
showed relatively high levels of sulfur and chlorine associated with the blemishes in both parts. This suggested some adherent 
residual substances, possibly in the form of processing fluids and/or cleaning agents, were left on the surface just prior to painting 
and resulted in the observed fisheye blemishes. Component 1 also showed evidence of mechanical damage, in addition to detectable 
iron, which suggests that the surface of the part may have been damaged from contact with a ferrous material, such as a steel chip. 
Keywords: Chemical analysis; Coating defects; Discoloration; Motorcycle components 




Material: Polymer (Polymer, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Two acrylic-coated polymeric motorcycle components exhibited fisheye blemishes after painting. Only one imperfection 
was visibly evident on each part, and a typical blemish is shown in Fig. 1. Such blemishes are often caused by the 
presence of foreign substances and/or particles on the surface prior to painting and are unacceptable at any visible level 
because cosmetic appearance is crucial in these components. The parts are identified as Components 1 and 2 for the 
purpose of this article. 




Fig. 1 Typical fisheye blemish in a painted polymeric motorcycle component 

An SEM image showing the features in the center of the blemished area of Component 1 is presented in Fig. 2. A 
discontinuity is evident in the coating, and some adherent debris appears to be associated with this discontinuity. The 
general appearance of this blemish suggests that it may be associated with localized mechanical damage. The blemish of 
Component 2 shows a relatively rough morphology as opposed to a discrete coating discontinuity, as illustrated at lower 
magnification in Fig. 3. 


Fig. 2 Scanning electron micrograph showing the fisheye blemish in Component 1 





Fig. 3 Scanning electron micrograph showing the fisheye blemish in Component 2 

Both blemishes were analyzed via EDS, and similar analyses were conducted in the substrate of Component 1 as well as 
in a clean area of the painted surface for comparison. Because of the variations observed in the EDS findings within the 
defective area of Component 1, the part was analyzed in the overall blemished area as well as at the center of the blemish, 
which contained adherent debris. The EDS findings are summarized in Table 1. The painted surface was found to contain 
higher levels of silicon, aluminum, and magnesium as compared with the substrate, along with a significant level of 
phosphorus, which was not detected in the substrate. The overall blemished area of Component 1 was found to contain 
elevated amounts of chlorine and sulfur as compared with the painted surface. The center of the blemish, including the 
entrapped debris, was found to contain iron, silicon, potassium, calcium, titanium, sulfur, phosphorus, and chlorine. The 
blemish of Component 2 showed elevated levels of sulfur and chlorine as compared with the painted surface, in addition 
to silicon, aluminum, magnesium, titanium, and phosphorus. 


Table 1 EDS Results of Painted Polymeric Components 


Relative Weight Percent 


Element 

Substrate Painted Sui 

rface Component 1 


Component 2 

Overall Blemish 

Blemish Center Overall Blemish 

Iron 



... 11.4 ... 


5.3 

6.5 

4.7 

12.1 

6.0 


Aluminum 

6.3 

19.5 

16.3 


9.8 


Potassium 




2.0 



Magnesium 

2.8 

3.8 

3.8 


2.8 


Calcium 




2.3 



Titanium 

59.2 

4.0 

4.7 

16.8 

6.2 


Sulfur 

4.2 

4.0 

4.7 

11.2 

5.9 


Phosphorus 


60.6 

30.6 

38.4 

21.6 


Chlorine 

22.2 

1.6 

35.2 


47.7 



In general, relatively high levels of sulfur and chlorine were found to be associated with the blemishes in both parts. This 
suggests that some adherent residual substances, possibly in the form of processing fluids and/or cleaning agents, were 
left on the surface just prior to painting and resulted in the observed fisheye blemishes. Component 1 also showed 
evidence of mechanical damage, in addition to detectable iron, which suggests that the surface of the part may have been 
damaged from contact with a ferrous material, such as a steel chip. Areas exhibiting localized mechanical damage have a 
tendency to retain processing fluids because conventional cleaning processes are often not able to fully remove such 
materials from surface recesses. 







Concluding Remarks 


An investigation of discoloration, like any other failure investigation, requires an arrival at the correct conclusions and 
suitable recommendations for corrective action. The process of obtaining the correct conclusions and making the correct 
recommendations is based on an accurate understanding of the part history, a thorough knowledge of the materials, proper 
analysis using appropriate instrumentation and techniques, and pertinent experience. Adequate contaminant substance 
identification is achievable with relatively little analysis in some instances, while in others, more comprehensive studies 
are required and multiple analytical techniques must be applied. The extent of analysis that is conducted in a discoloration 
characterization study is virtually always limited by time and cost constraints. Techniques that require special sample 
preparation, as well as techniques that are lengthy to run or interpret, have a tendency to be expensive and even cost 
prohibitive in some instances. Therefore, an understanding of the advantages and limitations of analysis techniques will 
facilitate adequate, cost-effective, and timely identification of the causes of surface discoloration. 
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Failure of a Rubber Office-Chair Roller 


From: A. Moet, Failure Analysis of Polymers, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
758-765 


Abstract: A brittle-like crack propagation caused failure in a rubber office-chair roller. A crack initiated from the inside of the roller 
and propagated in a discontinuous brittle-like fashion, as indicated from the evolution of concentric fracture striations. Compressive 
fatigue was a dominant mode of loading. Nevertheless, the fracture surface of the failure-causing crack suggested a tensile-stress 
component was involved in driving failure. 

Keywords: Frictional wear; Microcracking 

Material: Rubber (Elastomer) 

Failure type: Brittle fracture 


A brittlelike crack propagation caused failure in a rubber office-chair roller. Figure 1(a) shows a low-magnification 
optical micrograph of a segment cut from the failed roller. A crack initiated from the inside of the roller (arrow) and 
propagated in a discontinuous brittlelike fashion, as indicated from the evolution of concentric fracture striations. 
Examination of the internal surface of the roller (Fig. lb) revealed other radial and circumferential surface microcracks 
(arrows). These result from frictional and wear effects. It is therefore reasonable to assume that the main crack (Fig. la) 
might have initiated from similar surface microcracks. 




Fig. 1 Failed rubber office-chair roller, (a) Fracture surface; the arrow indicates site of crack initiation, (b) 
Wear microcracks (arrows) on the internal surface of the roller. Both approximately 3.5x 

In this case, compressive fatigue was a dominant mode of loading. Nevertheless, the fracture surface of the failure- 
causing crack (Fig. la) suggested that a tensile-stress component was involved in driving failure. Fatigue-crack 
propagation was evident from the striations visible on the fracture surface. The striated region, almost half the thickness 
of the roller, reflected stable (subcritical) crack propagation beyond which uncontrolled crack propagation occurred, 


causing separation of the component. The magnitude of subcritical crack propagation relative to the entire crack path is 
known to reflect the level of the applied load and its frequency, that is, the rate of load application. In the present case, 
subcritical crack propagation prevailed over 50% of the crack-propagation path, which indicated a relatively small stress 
level applied at a low frequency. 

Related Information 

J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention , Vol 11, ASM Handbook , 
ASM International, 2002, p 437-459 
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Chemical Attack of Acrylonitrile-Butadiene-Styrene Grips 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A set of plastic grips from an electric consumer product failed while in service. The grips had been injection molded from a 
general-purpose grade of an acrylonitrile-butadiene-styrene (ABS) resin. The parts had cracked while in use after apparent 
embrittlement of the material. Investigation (visual inspection and SEM views), including micro-FTIR in the ATR mode showed the 
spectrum representing the grip surface contained absorption bands associated with ABS; however, the results contained additional 
bands of significant intensity. A spectral subtraction removed the bands associated with the ABS resin resulting in a very good match 
with glyceride derivatives of fats and oils, this supported the conclusion that the grips failed via brittle fracture associated with 
severe chemical attack of the ABS resin. A significant level of glyceride derivatives of fatty acids, known to degrade ABS resins, was 
found on the part surface. 

Keywords: Chemical attack; Embrittlement; Feedstock; Glycerides; Grips; Injection moldings 


Material: Acrylonitrile-butadiene-styrene (Thermoplastic) 


Failure types: Brittle fracture; Environmental cracking (plastics) 


A set of plastic grips from an electric consumer product failed while in service. The grips had been injection molded from 
a general-purpose grade of an acrylonitrile-butadiene-styrene (ABS) resin. The parts had cracked while in use after 
apparent embrittlement of the material. 

Tests and Results. An examination of the grips confirmed a severe level of cracking, covering the majority of the 
grip surface. Flandling of the parts revealed that the grip material exhibited very little integrity, unlike the usual ductility 
associated with ABS resins. A white discoloration was also observed on the otherwise red grips. The surface of the grips 
was evaluated using SEM, revealing isolated areas that showed significant degradation in the form of material loss, as 
shown in Fig. 1. The observed morphology suggested selective degradation of the polybutadiene domains within the ABS 
resin. 



Fig. 1 Scanning electron image showing isolated degradation of the grip material. 30x 


Micro-FTIR in the ATR mode was used to analyze the base material and the surfaces of the grips. The results obtained on 
the base material were characteristic of an ABS resin. Analysis of the surface of the part produced a somewhat different 
result. The spectrum representing the grip surface contained absorption bands associated with ABS; however, the results 
contained additional bands of significant intensity. A spectral subtraction was performed, thereby removing the bands 
associated with the ABS resin. The obtained subtraction spectrum produced a very good match with glyceride derivatives 
of fats and oils. This identification is illustrated in Fig. 2. 



Fig. 2 The FTIR spectrum obtained on the grip surface. The spectrum contains absorption bands indicative of 
glyceride derivatives of fats and oils in addition to bands associated with the base ABS resin. 

Conclusions. It was the conclusion of the analysis that the grips failed via brittle fracture associated with severe 
chemical attack of the ABS resin. A significant level of glyceride derivatives of fatty acids, known to degrade ABS resins, 
was found on the part surface. The glyceride derivatives selectively attacked the polybutadiene domains within the 
molded ABS paid, leading to apparent embrittlement and subsequent failure. 

Related Information 

D.E. Duvall, Effect of Environment on the Performance of Plastics, Failure Analysis and Prevention , Vol 11, ASM 
Handbook , ASM International, 2002, p 796-799 

Fracture of Plastics, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Cracking of Acrylonitrile-Butadiene-Styrene Protective Covers 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: Numerous protective covers, used in conjunction with an electrical appliance, failed during assembly with the mating 
components. The failures were traced to a particular production lot of the covers and occurred during insertion of the screws into the 
corresponding bosses. The parts had been injection molded from an ABS resin to which regrind was routinely added. Inspection of 
both the failed covers and retained parts, which exhibited normal behavior during assembly, included visual inspection, micro-FTIR 
in the ATR mode, and analysis using DSC. The FTIR results indicated the presence of contaminant material exclusively within the 
ABS resin used to mold the failed covers, and the thermograms suggested contamination with a PBT resin. Further TGA analysis 
showed the contamination was estimated to account for approximately 23% of the failed cover material. The conclusion was that the 
appliance covers failed via brittle fracture associated with stress overload. The failures, which occurred under normal assembly 



conditions, were attributed to embrittlement of the molded parts, due to contamination of the ABS resin with a high level of PBT. The 
source of the PBT resin was not positively identified, but a likely source appeared to be the use of improper regrind. 

Keywords: Contaminants; Electric appliances; Embrittlement; Housings; Molding resins; Protective covers; Stress cracking; 
Thermal analysis 

Material: Acrylonitrile-butadiene-styrene (Thermoplastic) 

Failure type: Brittle fracture 


Numerous protective covers, used in conjunction with an electrical appliance, failed during assembly with the mating 
components. The failures were traced to a particular production lot of the covers and occurred during insertion of the 
screws into the corresponding bosses. The parts had been injection molded from an ABS resin to which regrind was 
routinely added. Retained parts, which exhibited normal behavior during assembly, were available for comparative 
analysis. 

Tests and Results. A visual examination of the failed parts revealed relatively brittle fracture features, without 
significant ductility, as would be apparent as stress whitening or permanent deformation. Core material taken from the 
reference and failed parts was analyzed using micro-FTIR in the ATR mode. Both obtained spectra exhibited absorption 
bands associated with an ABS resin. Flowever, the spectrum representing the failed part showed additional absoiption 
bands. A spectral subtraction was performed, thereby removing the absorbances attributed to the ABS resin from the 
spectrum obtained on the failed part. The spectral subtraction results were consistent with a thermoplastic polyester, such 
as PET or PBT. Flowever, these two materials cannot be distinguished spectrally, because of similarities in their 
structures. As such, the melting point is usually used to differentiate between these materials. The FTIR results indicated 
the presence of contaminant material exclusively within the ABS resin used to mold the failed covers. 

In order to further identify the contaminant material, a sample taken from the failed paid was analyzed via DSC. The 
obtained DSC thermogram, as presented in Fig. 1, showed a glass transition at approximately 101 °C (214 °F), consistent 
with the expected results for an ABS resin. The results also showed an additional endothermic transition at 222 °C (432 
°F), indicative of a PBT resin. The failed cover material was also analyzed using TGA in order to assess the level of the 
contamination. The TGA analysis was performed using high-resolution temperature programming, and the results 
revealed adequate separation of the ABS and PBT resins. Based on the results, the contamination was estimated to 
account for approximately 23% of the failed cover material. 
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Fig. l The DSC thermogram obtained on the failed cover material. The thermogram shows an endothermic 
transition associated with PBT. The (I) indicates that the numerical temperature was determined as the 
inflection point on the curve. 

Conclusions. It was the conclusion of the evaluation that the appliance covers failed via brittle fracture associated with 
stress overload. The failures, which occurred under normal assembly conditions, were attributed to embrittlement of the 
molded parts, due to contamination of the ABS resin with a high level of PBT. The source of the PBT resin was not 
positively identified, but a likely source appeared to be the use of improper regrind. 


Related Information 


Fracture of Plastics, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Embrittlement of Nylon Couplings 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: Molded plastic couplings used in an industrial application exhibited abnormally brittle properties, as compared to 
previously produced components. The couplings were specified to be molded from a custom-compounded glass-filled nylon 6/12 
resin. An inspection of the molding resin used to produce the discrepant parts revealed differences in the material appearance, 
relative to a retained resin lot. Specifically, physical sorting resulted in two distinct sets of molding resin pellets from the lot that had 
generated the brittle parts. Both of these sets of pellets had a coloration that varied from that of the retained reference resin pellets. 
Investigation included visual inspection, Micro-FTIR in the ATR mode, and analysis using DSC. The thermograms supported the 
conclusion that the brittle couplings contained a significant level of contamination, polypropylene and nylon 6/6. The source of the 
polypropylene was likely the purging compound used to clean the compounding extruder. The origin of the nylon 6/6 resin was 
unknown but may represent a previously compounded resin. 

Keywords: Contaminants; Couplings; Embrittlement; Feedstock; Molding resins; Thermal analysis 


Material: Glass-filled nylon 6/12 (Thermoplastic) 


Failure types: (Other, general, or unspecified) processing-related failures; Brittle fracture 


Molded plastic couplings used in an industrial application exhibited abnormally brittle properties, as compared to 
previously produced components. The couplings were specified to be molded from a custom-compounded glass-filled 
nylon 6/12 resin. An inspection of the molding resin used to produce the discrepant parts revealed differences in the 
material appearance, relative to a retained resin lot. Specifically, physical sorting resulted in two distinct sets of molding 
resin pellets from the lot that had generated the brittle parts. Both of these sets of pellets had a coloration that varied from 
that of the retained reference resin pellets. A sample of retained molding resin, which had produced parts exhibiting 
satisfactory performance, was available for comparative analysis. 

Tests and Results. Micro-FTIR in the ATR mode was used to analyze the molding resin samples. The results 
obtained on the three molding resin samples were generally similar, and all of the spectra exhibited absoiption bands 
characteristic of a nylon resin. Further analysis of the resin samples using DSC indicated that the control material results 
exhibited a single endothermic transition at 218 °C (424 °F), consistent with the melting point of a nylon 6/12 resin, as 
specified. 

The DSC thermograms obtained on the two resin samples that produced brittle parts also exhibited melting point 
transitions associated with nylon 6/12. Flowever, additional transitions were also apparent in the results, indicative of the 
presence of contaminant materials. The results obtained on one of the resin samples, as presented in Fig. 1, showed a 
secondary melting point at 165 °C (330 °F), indicative of polypropylene. The thermogram representing the second resin 
sample, as included in Fig. 2, displayed a second melting transition at 260 °C (500 °F), characteristic of a nylon 6/6 resin. 
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Fig. l The DSC thermogram representing a molding resin pellet that had produced brittle parts. The 
thermogram shows a major melting transition associated with nylon 6/12 and a weaker transition attributed to 
polypropylene. 






Fig. 2 The DSC thermogram representing a second molding resin pellet that had produced brittle parts. The 
thermogram shows a major melting transition associated with nylon 6/12 and a weaker transition attributed to 
nylon 6/6. 

Conclusions. It was the conclusion of the analysis that the molding resin used to produce the brittle couplings 
contained a significant level of contamination, which compromised the mechanical properties of the molded components. 
Two distinct contaminants were found mixed into the molding pellets. The contaminant materials were identified as 
polypropylene and nylon 6/6. The source of the polypropylene was likely the purging compound used to clean the 
compounding extruder. The origin of the nylon 6/6 resin was unknown but may represent a previously compounded resin. 


Cracking of a Polyethylene Chemical Storage Vessel 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A chemical storage vessel failed while in service. The failure occurred as cracking through the vessel wall, resulting in 
leakage of the fluid. The tank had been molded from a high-density polyethylene (HDPE) resin. The material held within the vessel 
was an aromatic hydrocarbon-based solvent. Investigation (visual inspection, stereomicroscopic examination, 20x/100x SEM images, 
micro-FTIR in the ATR mode, and analysis using DSC and TGA) supported the conclusion that the chemical storage vessel failed via a 
creep mechanism associated with the exertion of relatively low stresses. The source of the stress was thought to be molded-in 
residual stresses associated with uneven shrinkage. This was suggested by obvious distortion evident on cutting the vessel. 
Relatively high specific gravity and the elevated heat of fusion indicated that the material had a high level of crystallinity. In general, 
increased levels of crystallinity result in higher levels of molded-in stress and the corresponding warpage. The significant reduction in 
the modulus of the FiDPE material, which accompanied the saturation of the resin with the aromatic hydrocarbon-based solvent, 
substantially decreased the creep resistance of the material and accelerated the failure. 

Keywords: Chemical analysis; Creep resistance; Molding resins; Residual stresses; Shrinkage; Solvents; Storage vessels 
Material: Fligh-density polyethylene (Thermoplastic) 


Failure types: Creep fracture/stress rupture; Brittle fracture 





A chemical storage vessel failed while in service. The failure occurred as cracking through the vessel wall, resulting in 
leakage of the fluid. The tank had been molded from a high-density polyethylene (HDPE) resin. The material held within 
the vessel was an aromatic hydrocarbon-based solvent. 

Tests and Results. A stereomicroscopic examination of the failed vessel revealed brittle fracture surface features. 
This was indicated by the lack of stress whitening and permanent deformation. Limited ductility, in the form of stretching, 
was found exclusively within the final fracture zones. On cutting the vessel, significant stress relief, in the form of 
distortion, was evident. This indicated a high level of molded-in stress within the part. The fracture surface was further 
inspected using SEM. The observed features included a relatively smooth morphology within the crack origin location, 
which was indicative of slow crack initiation. This area is shown in Fig. 1. Features associated with more rapid crack 
extension, including hackle marks and river markings, were found at the midfracture and final fracture areas, as 
represented in Fig. 2. The entirety of the fracture surface features indicated that the cracking had initiated along the 
exterior wall of the vessel. The cracking extended transversely through the wall initially, and subsequently, 
circumferentially around the wall. Throughout the examination, no signs of postmolding molecular degradation or 
chemical attack were found. 
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Fig. 1 Scanning electron image showing features associated with brittle fracture and slow crack growth within 
the crack initiation site. lOOx 
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Fig. 2 Scanning electron image showing features indicative of rapid crack extension within the final fracture 
zone. 20x 

The failed vessel material was analyzed using micro-FTIR in the ATR mode. The obtained spectrum exhibited absoiption 
bands characteristic of a polyethylene resin. No evidence was found to indicate contamination or degradation of the 
material. 

Material excised from the failed vessel was analyzed using DSC. The results showed a single endothermic transition 
associated with the melting point of the material at 133 °C (271 °F). The results were consistent with those expected for a 
HDPE resin. The results also showed that the HDPE resin had a relatively high level of crystallinity, as indicated by the 
elevated heat of fusion. 





Thermogravimetric analysis was performed to further evaluate the failed vessel material. The TGA testing showed that 
the HDPE absorbed approximately 6.3% of its weight in the aromatic hydrocarbon-based solvent. Overall, the TGA 
results were consistent with those expected for a HDPE resin. 

The MFR of the vessel material was evaluated, and the testing produced an average result of 3.8 g/10 min. This is 
excellent agreement with the nominal value indicated on the material data sheet, 4.0 g/10 min. As such, it was apparent 
that the vessel material had not undergone molecular degradation. The specific gravity of the resin was measured. The 
material produced a result of 0.965. This indicated that the material had a relatively high level of crystallinity, as 
suggested by the DSC results. 

In order to assess the effects of the hydrocarbon-based solvent on the HDPE vessel, the material was evaluated using 
dynamic mechanical analysis (DMA). The vessel material was analyzed in two conditions. Material samples representing 
the vessel material in the as-molded condition as well as material from the failed vessel were evaluated. A comparison of 
the DMA results showed that in the saturated, equilibrium state, the HDPE resin lost over 60% of its elastic modulus at 
room temperature, because of the plasticizing effects of the solvent. A comparison of the DMA results, indicating the 
reduction in mechanical properties, is shown in Fig. 3. 
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Fig. 3 A comparison of the DMA results, showing a loss of over 60% in the elastic modulus as a result of the 
effects of the solvent 

Conclusions. It was the conclusion of the investigation that the chemical storage vessel failed via a creep mechanism 
associated with the exertion of relatively low stresses. Given the lack of apparent ductility, the stresses responsible for the 
failure appear to have been below the yield strength of the material. The source of the stress was thought to be molded-in 
residual stresses associated with uneven shrinkage. This was suggested by the obvious distortion evident on cutting the 
vessel. The relatively high specific gravity and the elevated heat of fusion are indicative that the material has a high level 
of crystallinity. In general, increased levels of crystallinity result in higher levels of molded-in stress and the 
corresponding warpage. The significant reduction in the modulus of the HDPE material, which accompanied the 
saturation of the resin with the aromatic hydrocarbon-based solvent, substantially decreased the creep resistance of the 
material and accelerated the failure. The dramatic effects of the solvent had not been anticipated prior to use. 

Related Information 

Fracture of Plastics, Failure Analysis and Prevention, Vol 11 , ASM Handbook, ASM International, 2002, p 650-661 




Failure of a Squeeze-Clamped Polyethylene Natural Gas Pipeline 

Robert E. Jones Jr, The University of Texas at San Antonio; Walter L. Bradley, Texas A&M University 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A high-density polyethylene (HDPE) natural gas distribution pipe (Grade PE 3306) failed by slow, stable crack growth 

while in residential service. The leak occurred at a location where a squeeze clamp had been used to close the pipe during 

maintenance. Failure analysis showed that the origin of the failure was a small surface crack in the inner pipe wall produced by the 

clamping. Fracture mechanics calculations confirmed that the suspected failure process would result in a failure time close to the 

actual time to failure. It was recommended that: materials be screened for susceptibility to the formation of the inner wall cracks 
since it was not found to occur in pipe typical of that currently being placed in service; pipes be re-rounded after clamp removal to 
minimize residual stresses which caused failure; and a metal reinforcing collar be placed around the squeeze location after clamp 
removal. 

Keywords: Clamping damage; Mechanical properties; Natural gas pipes; Plastic pipe; Residual stress; Stable crack propagation 
Material: Fligh-density polyethylene (Thermoplastic) 

Failure type: Ductile fracture 


Background 

A high-density polyethylene (HDPE) natural gas delivery pipe leaked in service leading to an accumulation of gas under a 
residence and a serious explosion. 

Applications 

The 10-cm (4-in.) nominal diameter pipe had been in service for approximately ten years prior to failure. The pipe was 
operated as an intermediate pressure line, with a nominal pressure of 0.2 MPa (30 psi). It had been attached to the 10-cm 
(4-in.) steel main to extend the main. Smaller service lines carried gas from the mains to the residences. Acommon 
maintenance practice on PE pipelines is the use of a bar clamp to squeeze the pipe flat whenever the flow of gas is to be 
stopped for down-stream maintenance. This greatly reduces the need for valve installations and eliminates the venting of 
large quantities of gas to clear a pipe prior to maintenance. 

Circumstances leading to failure 

The pipe had been in service four years before it was squeeze-clamped to stop the flow of gas and permit the replacement 
of a leaking T-fitting downstream. Six years and three months later the pipe began leaking at a high rate from a crack 
located at the site of the pinch clamp application. 

Pertinent specification 

The pipe was extruded from ASTM grade PE 3306 polyethylene in accordance with ASTM standard D 2513. This is a 
high-density polyethylene with an approximate degree of crystallinity of 0.5. It was elevated temperature strength class A 
and had a standard diameter ratio (SDR) of 11.5. For this SDR. the specified outer diameter is 11.43 ± 0.0229 cm (4.5 ± 
0.009 in.) and the wall thickness is 1.04 + 0.124 cm (0.409 ± 0.049 in.). 

Performance of other parts in same or similar service 

There have been no general problems with the performance of squeeze-clamped polyethylene pipe, though there has been 
some concern in the industry about the possibility of unforeseen long-term effects of the procedure. 

Specimen selection 


A 170-cm (66.9-in.) long section of pipe containing the longitudinal through-wall crack responsible for the leak was 
provided for analysis. A similar length of the predominant pipe material in new installations, ASTM PE 2306 grade, was 
also provided for comparison. 



Visual Examination of General Physical Features 


The pipe showed permanent deformation where the squeeze clamp had been applied (Fig. 1). The crack appeared to 
follow the permanent crease in the pipe caused by the clamping procedure. 



Fig. 1 Photograph of as-received pipe failure. Arrows indicate ends of crack at outer surface. 

Testing Procedures and Results 

Nondestructive evaluation 

Outer diameter measurements at nine points well away from the clamped section yielded an average diameter of 11.34 cm 
+ 0.0178 cm (4.46 in. + 0.007 in.). This is slightly below the specified diameter of 11.43 cm ± 0.0229 cm (4.5 in. ± 0.009 
in.) but should not have been a problem. Thickness measurements indicated a wall thickness between 1.02 and 1.1 cm 
(0.40 and 0.43 in.) with minimum thickness at the crack of 1.04 cm (0.41 in.). The minimum allowable thickness of 
ASTM D 3035-83 is 1.04 cm (0.41 in.). Thus, most measurements were above the minimum allowable value and all 
measurements near the failure were within specified limits. 

Surface examination 

Macrofractography. The section containing the failure was cut from the pipe, cooled in liquid nitrogen and then 
broken open to expose the fracture surface. The liquid nitrogen fracture provided a clear delineation of the preexisting 
service crack and the crack induced by the opening process. The service crack did not propagate completely from the 
inside to the outside of the pipe wall along its entire length. The through crack length on the outside of the pipe wall was 
9.5 cm (3.74 in.) compared to a length of 15 cm (5.91 in.) on the inside pipe wall. The crack surface showed pronounced 
ridges beginning at the outer diameter of the pipe. These ridges could he traced back to a small region near the inside wall 
of the pipe. 

The inner wall of the pipe in the clamped region contained longitudinal bands of wrinkled material and small white 
bubble structures in the two opposed areas where maximum strain was induced by the clamp. 

Scanning Electron Microscopy. The fracture surface of the through crack could be divided into three regions (Fig. 
2). The first (zone A) was a band of long fibrils and large voids (Fig. 3) which extended from the inside surface of the 
pipe across approximately one third of its thickness. There was a gradual transition into a second region (zone B) of 
shorter fibrils and smaller voids with pronounced ridges of long tears interspersed among them (Fig. 4). The ridges 
pointed back to a single location, presumably the initiation site, along the inner wall of the pipe. The total growth of these 
two regions was 0.5 cm (0.20 in.) deep and 7.6 cm (2.99 in.) long. In the final fracture region (zone C and Fig. 5) the 
surface was duplex in appearance with pronounced ridges separating the two different types of surface features. One band 
continued with the fibrils of decreasing size while the other was relatively smooth, indicating a more brittle type fracture. 
Published literature indicated that fibril and void size decrease with decreasing crack growth rate. Thus the crack appears 
to have slowed as it propagated through the stable growth region. 



Fig. 3 First region of crack growth, zone A. 1500x. 





Fig. 5 Bands of crack growth indicating origin of failure—pipe inner wall at bottom. 15x. 





The direction of the drawn PE (Fig. 4) indicated that the failure initiated at the inside surface. Examination of the 
indicated region of the inner wall disclosed an elliptical feature in the area of the surface damage caused by the pinch 
clamp (Fig. 6). This feature has characteristics of both ductile fracture and an impact or high rate failure. The material 
near the surface appears to have bubbled outward, and is in fact associated with a surface bubble. There was no evidence 
of an inclusion, impurity concentration or manufacturing defect. No similar structures were found upon examination of 
the rest of the inner edge of the fracture surface. This feature appeal's to be the flaw which initiated the failure. 






Fig. 6 Elliptical flaw, origin of the failure. lOOx. 

Chemical analysis/identification 

Comparison of the dynamic mechanical spectra of the material near the failure and that at a distance indicated that there 
was no local variation in the structure of the material. Identical spectra were obtained and both samples melted at 130 °C 
(266 °F). Likewise, the specific gravity of material did not vary significantly. Near material had a measured density of 
0.942 g/cnv 1 (0.03403 lb/in. 3 ) while the distant material density was 0.940 g/cm 3 (0.03396 lb/in. 3 ). Both values are at the 
lower end of the range for this class of polyethylene. 

Mechanical properties 

Tensile Properties. Standard uniaxial tests were performed utilizing dogbone specimens specified by ASTM D 638- 
82a. This pipe material had a yield strength of 21.3 MPa (3.08 ksi) and an elongation at failure of >500%. The modulus 
was estimated to be 1034 MPa (150 ksi). These values all fall within the published ranges for these materials. 

Fracture Toughness. Fracture toughness was measured using fatigue precracked compact tension specimens and the 
resistance curve J integral approach of ASTM E 813-81. The critical value of J, J IC , at crack propagation was found to be 
3.08 kJ/m 2 (3.52 ft. .lbf/in. 2 ). 


Stress analysis 


There are several loads which could contribute to the stress state causing crack growth. These include internal residual 
stresses from processing, stress due to the internal pressurization of the pipe, stresses due to bending and ground loading, 
and residual stresses induced by the clamp application and removal. 

Analytical. The hoop stress due to internal pressure is easily calculated from the relationship a h = Pr/t , where P is the 
internal pressure, r is the nominal pipe radius, and t is the pipe wall thickness. Substitution of the appropriate values 
yields a tensile stress in the pipe wall of 1.08 MPa (157 psi). 

Experimental. Williams and Hodgkinson (Ref 1) suggest a simple means of estimating the residual stresses present in 
extruded plastic pipe. Rings, 2.54 cm (1.0 in.) wide were cut from the pipe and then cut diametrally into two halves. The 
change in diameter of the halves was measured and used to estimate the residual stresses present in the pipe due to the 
manufacturing process. This procedure gave an estimated maximum tensile stress at the inner wall of 1.9 MPa (276 psi). 
The stresses from other sources cannot be estimated from the available information. The permanent deformation at the 
inner wall caused by the clamping procedure would suggest that the material at the inner wall will be in a tensile stress 
state upon clamp removal. This would be added to the residual stresses from manufacturing and hoop stresses due to 
internal pressure. 

Fracture Mechanics Predictions. A / IC fracture toughness has been determined for this material using fatigue 
precracked specimens. Since the field failure occurred with little bulk yielding around the crack tip, an equivalent K 1C can 
be found from the measured J IC and 1 incar elastic fracture mechanics used for failure prediction. 

An equivalent plane strain K i C is defined by the equation: 



Using, the measured / IC of 3.08 kJ/m 2 (3.52 ft . lbf/in. 2 ) and the material modulus of 1034 MPa (150 ksi) gives a K IC of 
1.78 MPa\/^ (1.62 ksiV / lfE). 

If the crack was assumed to have grown stably until the duplex surface (zone C) where ductile and brittle regions were 
found side by side, the approximate crack dimensions at the onset of unstable growth were: 
a = 0.308 cm (0.121 in.) (depth) 

2c = 7.62 cm (3.0 in.) (width) 
t = 1.016 cm (0.4 in.) (pipe wall thickness) 

The standard relationship for K IC is: 




(Eq2) 


For an elliptical surface flaw with the above dimensions, Hertzberg (Ref 2) gives Q = 0.8 and Rooke (Ref 3) gives c = 
3.0. The critical stress can then be found by rearranging and solving for a. The resulting estimated critical stress is 4.2 
MPa (609 psi). This is only slightly larger than the previously calculated total tensile stress of 2.98 MPa (432 psi) at the 
inner wall of the pipe. The additional stress was probably easily provided by stresses due to the clamp-imposed 
deformation. 

The development of the crack prior to the onset of instability can also be modeled with fracture mechanics. Chan and 
Williams (Ref 4) proposed a relationship for stable crack growth rate as a function of stress intensity in PE piping 
materials: 


K c = 91.7(d) 025 


(Eq 3) 



where K in MPaV 11L and a is in m/s. Since this was a surface crack in the pipe we may substitute the previous 
relationship for K c . Using the appropriate dimensions for the initial elliptical flaw at the pipe inner wall, c = 1.12, a/2c = 
0.4, Q = 2, solving for a, separating variables, and integrating gives: 


--—=5.5x1 O' 8 to 4 

a o a c 


(Eq4) 


For a lifetime of 6 years (time between clamp application and failure of the pipe) t = 1.9 x 10 x s. If a service stress of 3.0 
Mpa (435 psi) is assumed and a critical flaw size a c of 0.5 cm (0.20 in.) is used, then a 0 is 0.09 cm (0.035 in.). This is 
larger than the initial flaw size measured in the field failure, where a 0 was 0.0432 cm (0.017 in.). Flowever the calculated 
value should he high since, as the crack grew, the width c varied from 1.12 to about 1.8, so that later stages of growth 
would have been faster, and the necessary initial flaw size smaller. Additionally, no account was taken in these 
calculations of the effect of residual stresses developed during pinch clamping which would have assisted crack 
propagation, especially in the early stages of growth. 

Simulation tests 

A squeeze clamp with 5.0-cm (1.97-in.) diameter pinch bars was used to clamp pipe sections for various lengths of time at 
22 °C (72 °F) and 4.4 °C (40 °F). The interior of the pipes tested suffered extensive surface damage which occurred in 
two zones 180 ° apart, both approximately 1.0 cm (0.39 in.) wide and 5.0 cm (1.97 in.) long, running longitudinally along 
the inside of the pipe. They were centered on the points of maximum strain due to clamping. The zones contained folded 
material as well as tears and bubble-like protrusions on the surface. These bubbles were visible to the unaided eye as 
elliptical white spots and were observed on the pipe which failed in service as well as the laboratory clamped specimens. 
SEM examination of the surface features showed them to be ruptured bubbles (Fig. 7) with subsurface cracking (Fig. 8). 
The cracking indicated that the bubbles represented regions of microcracking just beneath the surface. 



Fig. 7 Surface bubble (A) and thumbnail crack (B) in lab clamped pipe. 15x. 




Fig. 8 Interior of rupture bubble. lOOOx. 

The laboratory squeeze-clamped specimens were cooled in liquid nitrogen and then broken along the line of maximum 
strain due to clamping. Examination of the resulting fracture surfaces disclosed the presence of features (Fig. 7) very 
similar in shape and morphology to the origin site of the inservice failure. These features were associated with bubble 
damage at the inner surface of the pipe. The size of the features was found to increase for longer times under the clamp as 
well as lower clamping temperatures. 

It is of particular note that the clamping produced the bubble structures only in the particular sample of PE 3306 which 
failed in service. Similar tests on PE 2306 materials (the current commonly used material) produced a folded zone but 
none of the gross damage observed on this pipe. 

Discussion 

The diametral and wall thickness measurements indicated that the pipe was manufactured within the specifications of the 
applicable ASTM standards. Measurements did not indicate any significant deviation from specifications in the region of 
the failure. The consistent results of dynamic mechanical spectroscopy and density measurements, both of which are 
influenced largely by crystalline morphology, indicated that a localized manufacturing inhomogeneity (e.g., spot cooling 
or a coolant spill) was not a likely cause of the failure. Thus, any deficiency in the material’s performance will be 
generally applicable to the entire pipe, not just the region of the failure. 

SEM fractography of the service failure combined with evidence of damage in laboratory clamped pipes indicated that 
squeeze clamping introduced a flaw at the inside surface of the pipe. The large voids and long fibrils of the first zone of 
the fractured surface indicated a high initial rate of growth. This may have been due to greater extrusion-induced residual 
stresses and higher clamp stresses near the inner pipe surface. The rate of propagation decreased, leading to smaller voids 
and fibrils, as the crack propagated farther from the initiation site. At a critical point, the crack propagated rapidly the 
remaining distance through the pipe wall, leading to the nearly smooth bands in the duplex region near the outer surface 
of the pipe. 

The stepped duplex region indicates that a meniscus type instability may have occurred at the final stages of crack 
growth. As the stably growing crack passes a depth of half the wall thickness, the local stress intensity K becomes an 
increasingly sensitive function of the local uncracked ligament width. Thus, small local valuations in crack growth rate 
initiated by material inhomogeneity can result in continued, quite variable, local crack growth rates and locally unstable 
crack growth. 

Fracture mechanics calculations clearly indicate that there was nearly sufficient loading available from known sources to 
grow flaws of the type introduced by squeeze clamping to the dimensions of the apparent critical flaw. The fact that the 



crack grew in a curved path along the fold on the outer surface of the pipe caused by application of a clamp suggested that 
some of the additional stresses were in fact due to residual stresses from clamping. 


Conclusion and Recommendations 

Most probable cause 

The most probable cause of the failure was the introduction, by pinch clamping, of a small crack at the inner wall of the 
pipe. This initiated a process of slow stable crack growth until the crack reached a critical size at which time it propagated 
rapidly through the remaining thickness of the pipe. 

Remedial action 

Recommended remedial action included re rounding of pipes after clamping followed by installation of a reinforcing 
collar around the clamped location, and screening of materials currently in use for susceptibility to clamp-induced 
damage. Action taken by several utilities included total replacement of pipes of the grade involved in this failure 
whenever encountered during maintenance operations. 

References 

1. J.G. Williams, J.M. Hodgkinson, Polym. Eng. Sci., Vol 21,1981, p 822. 

2. R.W Hertzberg, Deformation and Fracture Mechanics of Engineering Materials, 2nd ed., John Wiley and Sons, 
New York, 1983, p 282. 

3. D.P. Rooke and D.J. Cartwright, Stress Intensity Factors, Her Majesty's Stationery Office, London, 1976, p 88. 

4. M.K.V Chan and J.G. Williams, Polymer, Vol 24, 1983, p 234. 

Related Information 

Fracture of Plastics, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Relaxation of Nylon Wire Clips 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A production lot of plastic wire clips was failing after limited service. The failures were characterized by excessive 
relaxation of the clips, such that the corresponding wires were no longer adequately secured in the parts. No catastrophic failures 
had been encountered. Parts representing an older lot, which exhibited satisfactory performance properties, were also available for 
reference purposes. The clips were specified to be injection molded from an impact-modified grade of nylon 6/6. However, the part 
drawing did not indicate a specific resin. Investigation included visual inspection, micro-FTIR in the ATR mode, and analysis using 
DSC. The spectrum representing the reference parts showed a relatively higher level of a hydrocarbon-based impact modifier, while 
the results obtained on the failed parts showed the presence of an acrylic-based modifier. Also, the reference clip thermogram 
showed a melting transition attributed to a hydrocarbon-based impact modifier. The conclusion was that the control and failed clips 
had been produced from two distinctly different resins. It appeared that the material used to produce the failed clips had different 
viscoelastic properties, which produced a greater predisposition for stress relaxation. 

Keywords: Additives; Chemical composition; Clips; Injection moldings; Molding resins; Stress relaxation; Thermal analysis; Wire 
clips 


Material: Nylon 6/6 (Thermoplastic) 


Failure type: (Other, general, or unspecified) processing-related failures 


A production lot of plastic wire clips was failing after limited service. The failures were characterized by excessive 
relaxation of the clips, such that the corresponding wires were no longer adequately secured in the parts. No catastrophic 
failures had been encountered. Parts representing an older lot, which exhibited satisfactory performance properties, were 



also available for reference purposes. The clips were specified to be injection molded from an impact-modified grade of 
nylon 6/6. However, the part drawing did not indicate a specific resin. 

Tests and Results. A visual examination of the clips showed that the failed parts were off-white in color, while the 
control parts had a pure white appearance. An analysis of both sets of parts was performed using micro-FTIR in the ATR 
mode. A direct comparison of the results produced a good match, with both sets of spectra exhibiting absorption bands 
that were characteristic of a nylon resin. The comparison, however, revealed subtle differences between the two sets of 
clips. The spectrum representing the reference parts showed a relatively higher level of a hydrocarbon-based impact 
modifier, while the results obtained on the failed parts showed the presence of an acrylic-based modifier. The differences 
in the spectra suggested that the two sets of clips were produced from resins having different formulations, particularly 
regarding the impact modifier. 

The clip materials were further analyzed using DSC. The thermogram representing the reference part material, as shown 
in Fig. 1, exhibited an endothermic transition at 264 °C (507 °F), characteristic of the melting point of a nylon 6/6 resin. 
Additionally, the results contained a second melting point, of lesser magnitude, at 95 °C (203 °F). This transition was 
indicative of a hydrocarbon-based impact modifier, as indicated by the FTIR results. The thermogram obtained on the 
failed clip material also showed a melting point characteristic of a nylon 6/6 resin. However, no evidence was found to 
indicate a transition corresponding to the hydrocarbon-based modifier found in the control clip material. 



Fig. 1 The DSC thermogram representing the reference clip material, exhibiting an endothermic transition 
characteristic of the melting of a nylon 6/6 resin. The results also showed a second melting transition attributed 
to a hydrocarbon-based impact modifier. 

Conclusions. It was the conclusion of the analysis that the control and failed clips had been produced from two 
distinctly different resins. While both materials satisfied the requirements of an impact-modified nylon 6/6 resin, 
differences in the impact modifiers resulted in the observed performance variation. From the results and the observed 
performance, it appeared that the material used to produce the failed clips had different viscoelastic properties, which 
produced a greater predisposition for stress relaxation. 



Failure of Polyacetal Latch Assemblies 


From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: Components of a latch assembly used in a consumer safety restraint exhibited a relatively high failure rate. The failures 
were occurring after installation but prior to actual field use when failure could result in severe injury. Cracking occurred within 
retaining tabs used to secure a metal slide on an older design, whereas newer components showed no signs of failure. The latch 
assembly components were injection molded from an unfilled commercial grade of a polyacetal copolymer. Investigation of both 
failed parts representative of the older design and newer components included visual inspection, specially designed proof load test, 
59x SEM images, micro-FTIR in the ATR mode, and DSC/TGA/MFR analysis) and showed no evidence indicating contamination or 
degradation of the molded parts. The conclusion was that the parts failed via brittle fracture associated with stress overload. The 
stress overload was accompanied by severe apparent embrittlement resulting from a relatively high strain rate event and/or 
significant stress concentration. A relatively sharp corner formed by a retaining tab on the older design was shown to be a primary 
cause of the failures, with the newer, redesigned parts producing superior mechanical test results. 

Keywords: Design; Injection moldings; Latches; Stress concentration 


Material: Polyacetal (Thermoplastic) 


Failure type: Brittle fracture 


Components of a latch assembly used in a consumer device exhibited a relatively high failure rate. The latches are used as 
a safety restraint, and failure in the field could result in severe injury. The failures were occurring after installation but 
prior to actual field use. Specifically, the failures occurred as cracking within retaining tabs used to secure a metal slide. 
The cracking was limited to an older design, with newer components showing no signs of failure. The latch assembly 
components were injection molded from an unfilled commercial grade of a polyacetal copolymer. As part of the 
evaluation, both failed parts representative of the older design and newer components were available for testing. 

Tests and Results. A visual examination of the failed parts confirmed cracking within the retaining tab adjacent to 
the metal slide. The failures were present at consistent locations on all of the parts. The crack surfaces showed evidence 
of macroductility in the form of stress whitening within the final fracture zone exclusively. Throughout the visual 
examination, it was also apparent that the parts exhibited a very sharp corner formed by the retaining tab and the main 
body of the latch assembly body. Shaip corners are considered a poor design feature in plastic components, because they 
can result in severe stress concentration and can produce areas of localized poor fusion. 

The fracture surface was further evaluated using SEM. The SEM examination showed a clear crack origin at the corner 
formed by the retaining tab. The crack origin areas exhibited brittle fracture features without signs of significant 
microductility. Secondary crazing was also apparent at the crack origin location. A typical crack initiation site is shown in 
Fig. 1. The overall features were suggestive of cracking caused by a relatively high strain rate event and/or very high 
stress concentration. The midfracture surface showed an increase in the apparent ductility, as evidenced by an overlapping 
morphological structure. The final fracture zone showed significant deformation and stretching, indicative of ductile 
overload. A laboratory failure was created by overloading the tab from a nonfailed part in a manner consistent with the 
insertion of the corresponding metal slide. The laboratory fractures exhibited surface features that were in excellent 
agreement with those exhibited by the failed parts, as apparent in Fig. 1. 




(b) 


Fig. 1 Scanning electron images showing excellent agreement between the features present within the crack 
initiation sites of (a) the failed latch assembly and (b) the laboratory fracture. Both surfaces showed relatively 
brittle fracture features. 59x 

The failed latch assembly material was analyzed using micro-FTIR in the ATR mode, and the obtained spectrum 
exhibited absoiption bands characteristic of a polyacetal resin. It is significant to note that polyacetal copolymers and 
homopolymers cannot be differentiated spectrally, and a melting point determination is often used to distinguish between 
these materials. 

Differential scanning calorimetry was used to analyze the latch material. The obtained results showed that the material 
underwent a single endothermic transition at approximately 165 °C (330 °F), characteristic of the melting point of a 
polyacetal copolymer. The results also showed that the part was somewhat undercrystallized. This was evident through a 
significant increase in the heat of fusion between the initial heating run and the second heating run, after slow cooling. 
Undercrystallization can reduce the mechanical strength of the molded article and is usually the result of molding in a 
relatively cold tool. The level of undercrystallization found in the failed parts, however, was moderate in nature and not 
thought to be a major factor in the failures. Thermogravimetric analysis was also performed on the latch material, and the 
obtained results were consistent with those expected for an unfilled polyacetal copolymer. 

The latch material was also analyzed to determine its MFR. Parts representing the older, failed components and the 
newer, current design were evaluated. Both sets of molded parts produced results ranging from 10.7 to 11.0 g/10 min. 
This was in good agreement with the nominal MFR for the molding resin, 9.0 g/10 min. Throughout the analytical testing 
of the failed latch material, no evidence was found to indicate contamination or degradation of the molded parts. 
Mechanical testing was performed in order to assess the effect of the recent design change. Because of the configuration 
of the parts, standard mechanical testing could not be performed. Instead, a proof load test was devised to directly assess 
the stress required to produce failure within the tab, at an area consistent with the failure latch assembly. A direct 



comparison was made between the two sets of parts. The parts representing the older design, with the sharp corner at the 
retaining tab. produced an average value of 78.7 N (17.7 lbf) at failure. More importantly, the parts within this group 
produced an average tab extension of 0.76 mm (0.03 in.) at failure. The evaluation of the part representing the new design 
generated significantly different results. Specifically, the failures occurred at a higher load, 92.1 N (20.7 lbf), and a 
greater tab extension, 2.5 mm (0.10 in.). A comparison of the mechanical test results is shown in Fig. 2. This mechanical 
evaluation clearly illustrated the advantage afforded by the design change, effectively increasing the tab radius. 
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Fig. 2 A comparison of the mechanical test results, showing a significant improvement in the parts produced 
from the new design 

Conclusions. It was the conclusion of the evaluation of the failed latch assemblies that the parts failed via brittle 
fracture associated with stress overload. The stress overload was accompanied by severe apparent embrittlement resulting 
from a relatively high strain rate event and/or significant stress concentration. The relatively sharp corner formed by the 
retaining tab was shown to be a primary cause of the failures, with the newer, redesigned parts producing superior 
mechanical test results. 


Related Information 

Fracture of Plastics, Failure Analysis and Prevention , Vol I I, ASM Handbook, ASM International, 2002, p 650-661 


Cracking of Poly(butylene terephthalate) Automotive Sleeves 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A number of plastic sleeves used in an automotive application cracked after assembly but prior to installation into the 
mating components. The sleeves were specified to be injection molded from a 20% glass-fiber-reinforced poly(butylene 
terephthalate) (PBT) resin. After molding, electronic components are inserted into the sleeves, and the assembly is filled with a 
potting compound. Investigation of the cracked parts and some reference parts available for testing included visual inspection, 
micro-FTIR in the ATR mode, and analysis using DSC. Subtle spectrum differences suggested degradation of the failed part material, 
and the thermograms supported this. The conclusion was that the failed sleeves had cracked due to embrittlement associated with 
severe degradation and the corresponding molecular weight reduction. The reduction in molecular weight significantly reduced the 
mechanical properties of the sleeves. The cause of the degradation was not evident, but the likely source appears to be the molding 
operation and exposure to elevated temperature for an extended period of time. 

Keywords: Automotive components; Cracking (fracturing); Glass fiber reinforced composites; Injection molding; Molecular 
degradation 


Material: Polybutylene terephthalate (Thermoplastic) 


Failure type: Brittle fracture 


A number of plastic sleeves used in an automotive application cracked after assembly but prior to installation into the 
mating components. The sleeves were specified to be injection molded from a 20% glass-fiber-reinforced poly(butylene 
terephthalate) (PBT) resin. After molding, electronic components are inserted into the sleeves, and the assembly is filled 
with a potting compound. A retained lot of parts, which had not cracked, were available for reference puiposes. 



Tests and Results. The reference and failed parts were analyzed using micro-FTIR in the ATR mode. The spectra 
obtained on both sets of parts contained absoiption bands characteristic of a thermoplastic polyester, such as PBT or 
poly(ethylene terephthalate) (PET). Different types of polyester resins cannot be distinguished spectrally, because of the 
similar nature of their structures. Flowever, subtle but distinct differences were apparent in the results, suggestive of 
degradation of the failed part material. 

Differential scanning calorimetry was performed on the sleeve materials using a heat/cool/heat methodology. Testing of 
the reference material produced initial heating results indicative of a PBT resin, as illustrated by the melting point at 224 
°C (435 °F). Analysis of the failed sleeve samples produced a melting transition at a significantly reduced temperature, 
219 °C (426 °F). Additionally, the failed material transition was broader, and overall, the results suggested molecular 
degradation of the failed sleeve material. A comparison of the initial heating thermograms is presented in Fig. 1. 
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Fig. l A comparison of the initial heating run results, suggesting degradation of the failed sleeve material 
The identification of degradation was supported by the second heating DSC results, obtained after slow cooling. The 
second heating thermogram representing the failed sleeve material showed additional differences relative to the results 
obtained on the reference material. The failed material did not produce the bimodal melting endothermic transition 
normally associated with PBT after slow cooling. This was thought to be the result of molecular degradation, which 
produced shorter polymer chain lengths, therefore reducing steric hindrance. A comparison of the second heating 
thermograms is included in Fig. 2. 
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Fig. 2 A comparison of the second heating run results, further suggesting degradation of the failed sleeve 
material 

The sleeve materials were further analyzed using TGA. The thermograms obtained on the reference and failed samples 
were generally consistent, including equivalent glass contents. Additionally, the results were in agreement with those 
expected for a PBT resin. 

The melt flow rates (MFRs) of the reference and failed sleeve materials were determined. Because no molding resin was 
available for comparison puiposes, the nominal range from the specification sheet, 14 to 34 g/10 min, was used. The 
testing showed that the failed sleeve material had been severely degraded, producing a MFR of 128 g/10 min. This was in 
agreement with the DSC data and indicated severe molecular degradation of the PBT resin. A review of the results 
generated by the reference parts also showed significant molecular degradation. While the extent of the degradation was 
less, the obtained melt flow rate, 50 g/10 min, still demonstrated a substantial reduction in the average molecular weight. 
Conclusions. It was the conclusion of the evaluation that the failed sleeves had cracked due to embrittlement 
associated with severe degradation and the corresponding molecular weight reduction. The degradation was clearly 
illustrated by the reduced melting point and uncharacteristic nature of the associated endothermic melting transitions as 
well as the substantial increase in the MFR of the molded parts. The reduction in molecular weight significantly reduced 
the mechanical properties of the sleeves. The cause of the degradation was not evident, but the likely source appears to be 
the molding operation and exposure to elevated temperature for an extended period of time. It is significant to note that 
the reference parts also showed a moderate level of molecular degradation, rendering them susceptible to failure over a 
longer duration. 

Related Information 

Fracture of Plastics, Failure Analysis and Prevention , Vol I I. ASM Handbook, ASM International, 2002, p 650-661 



Embrittlement of a Polycarbonate Bracket 


From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A plastic bracket exhibited relatively brittle material properties, which ultimately led to catastrophic failure. The part had 
been injection molded from a medium-viscosity polycarbonate resin and had been in service for a short duration prior to the failure. 
Investigation (visual inspection and analysis using micro-FTIR in the attenuated total reflectance (ATR) mode) revealed the spectrum 
showed changes in the relative intensities of several bands, as compared to the results representing the base material. A spectral 
subtraction was performed, and the results produced a good match with diphenyl carbonate, which is a common breakdown product 
produced during the decomposition of polycarbonate. The conclusion was that the most likely cause of the molecular degradation 
was improper drying and/or exposure to excessive heat during the injection molding process that in turn caused the material 
degradation. 

Keywords: Brackets; Embrittlement; Impurities; Injection moldings; Molecular degradation; Overheating 


Material: Polycarbonate (Thermoplastic) 


Failure type: Brittle fracture 


A plastic bracket exhibited relatively brittle material properties, which ultimately led to catastrophic failure. The part had 
been injection molded from a medium-viscosity polycarbonate resin and had been in service for a short duration prior to 
the failure. 

Tests and Results. A visual examination of the bracket revealed a series of surface anomalies, and it was suspected 
that the presence of the defects was related to the premature failure. The component base material was analyzed using 
micro-FTIR in the attenuated total reflectance (ATR) mode. The obtained spectrum exhibited absoiption bands 
characteristic of polycarbonate, as shown in Fig. 1. No evidence of material contamination was found. A similar analysis 
was performed on the part surface in an area that showed the anomalous surface condition. The spectrum representing the 
surface was generally similar to the results obtained on the base material. Flowever, the surface spectrum showed a 
relative increase in the intensity of a spectral band between 3600 and 3350 cm" 1 , indicative of hydroxyl functionality. 
Additionally, the spectrum also showed changes in the relative intensities of several bands, as compared to the results 
representing the base material. A spectral subtraction was performed, and the results produced a good match with a 
library reference of diphenyl carbonate. This is illustrated in the spectral comparison presented in Fig. 2. Diphenyl 
carbonate is a common breakdown product produced during the decomposition of polycarbonate. 
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Fig. 2 Spectral comparison showing differences between the base material and surface spectra, attributed to 
diphenyl carbonate 

Conclusions. Overall, the obtained results suggested that the anomalous surface condition observed on the bracket 
represented molecular degradation of the polycarbonate. This is consistent with the brittle properties exhibited by the 
component. The most likely cause of the molecular degradation was improper drying and/or exposure to excessive heat 
during the injection molding process. 

Related Information 

Fracture of Plastics, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 650-661 

Failure of a Polycarbonate Switch Housing 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A housing used in conjunction with an electrical switch failed shortly after being placed into service. A relatively high 
failure rate had been encountered, corresponding to a recent production lot of the housings, and the failed part was representative 
of the problem. The housing had been injection molded from a commercially available, medium-viscosity grade of PC, formulated 
with an ultraviolet stabilizer. In addition to the PC housing, the design of the switch included an external protective zinc component 
installed with a snap-fit and two retained copper press-fit contact inserts. Investigation supported the conclusion that the switch 
housings failed via brittle fracture, likely through a creep mechanism. The failure was caused by severe embrittlement of the housing 
resin associated with massive molecular degradation produced during the molding process. A potential contributing factor was the 
design of the part, which produced significant interference stresses between the contact and a mating retaining tab. 

Keywords: Creep strength; Housings 

Material: Polycarbonate (Thermoplastic) 


Failure type: Brittle fracture 



A housing used in conjunction with an electrical switch failed shortly after being placed into service. A relatively high 
failure rate had been encountered, corresponding to a recent production lot of the housings, and the failed part was 
representative of the problem. The housing had been injection molded from a commercially available, medium-viscosity 
grade of PC, formulated with an ultraviolet stabilizer. In addition to the PC housing, the design of the switch included an 
external protective zinc component installed with a snap-fit and two retained copper press-fit contact inserts. Control parts 
representing an earlier production lot were available for reference puiposes. 


Tests and Results. A visual examination of the submitted housing revealed massive cracking within the base of the 
part, including the retaining tabs securing the contacts. The fractures were primarily located adjacent to the copper 
contacts. Gray streaks, commonly referred to as splay, were also apparent on the PC housing, as shown in Fig. 1. Splay is 
often associated with molecular degradation, caused by insufficient drying or exposure to excessive heat, from the 
molding process. The visual examination also revealed that the contacts corresponding to the failed housing retaining tabs 
extended significantly, relative to contacts in nonfailed areas. This suggested a high level of interference stress between 
the contact and the tab. The fracture surface was further inspected using an optical stereomicroscope. The fracture surface 
showed no evidence of ductility, as would be evident in the form of stress whitening or permanent deformation. An oily 
residue was evident covering the crack surface. 



Fig. 1 A view of the housing showing gray streaks characteristic of splay 

The crack surface was further examined via SEM. The fracture surface exhibited multiple apparent crack origins and 
classic brittle fracture features, including hackle marks, river markings, and Wallner lines. A representative area on the 
fracture surface is shown in Fig. 2. No evidence of ductility, which would be apparent as stretched fibrils, was found. 
Overall, the observed features were indicative of brittle fracture associated with the exertion of stresses below the yield 
point of the material, over an extended period of time, by a creep mechanism. 
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Fig. 2 Scanning electron image showing characteristic brittle fracture features on the housing crack surface. 
lOOx 

The housing base material was analyzed using micro-FTIR in the ATR mode, and the resulting spectrum contained 
absoiption bands characteristic of PC. The results produced an excellent match with a spectrum obtained on a reference 
part, without evidence of contamination. The oily residue found on the part, including the fracture surface, was also 
analyzed. The obtained spectrum was characteristic of an aliphatic hydrocarbon-based oil, with no signs of aromatic 
hydrocarbons or other chemicals known to produce stress cracking in PC resins. 

The housing material was also analyzed using DSC. The DSC thermogram showed a single transition at 141 °C (286 °F), 
associated with the glass transition temperature (T g ) of the material. This temperature was somewhat lower than expected 
for a PC resin, which usually undergoes this transition closer to 150 °C (300 °F). This difference was thought to be an 
indication of potential molecular degradation. 

Thermomechanical analysis (TMA) was used to evaluate the failed retaining tab material, using an expansion probe. The 
TMA results confirmed the relatively low T g , in particular, with a comparison to a reference paid. A comparison showing 
this is presented in Fig. 3. No evidence was found in the results to indicate molded-in residual stress. 
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Fig. 3 The TMA results obtained on the failed and reference parts. The results exhibit differences 
corresponding to a reduction in the glass transition of the failed material. 

Melt flow testing of the housing samples showed the submitted reference paid to have a MFR of 39.7 g/10 min, compared 
with 78.1 g/10 min for the failed components. The nominal value for the resin used to produce the housing was 9 to 12 
g/10 min. This indicated not only severe molecular degradation within the failed housing material but also within the 
reference parts. The most likely source of the degradation was the molding process. This degradation was consistent with 
the presence of splay observed on the part as well as the reduced T g . 

Conclusions. It was the conclusion of the evaluation that the switch housings failed via brittle fracture, likely through a 
creep mechanism. The failure was caused by severe embrittlement of the housing resin associated with massive molecular 
degradation produced during the molding process. A potential contributing factor was the design of the part, which 
produced significant interference stresses between the contact and the mating retaining tab. 


Related Information 


Fracture of Plastics, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Solvent-Induced Cracking Failure of Polycarbonate Ophthalmic Lenses 

Edward C. Lochanski, Metalmax, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Metal-framed polycarbonate (PC) ophthalmic lenses shattered from acetone solvent-induced cracking. The lenses 
exhibited primary and secondary cracks with solvent swelling and crazing. A laboratory accident splashed acetone onto the lenses. 
The metal frames gripped approximately two-thirds of the lenses' periphery and introduced an unevenly distributed force on the 
lenses. To prevent future failures, it was recommended to protect PC from service environments with solvents, such as acetone; or 
from marking pens, adhesives or soaps which contain undesirable solvents; and to not apply excessive stress on ophthalmic lenses 
in the form of working or residual stresses. 

Keywords: Acetone environment; Cracking, environmental effects; Crazing; Mechanical properties; Plastic; Safety glasses; Swelling 


Material: Polycarbonate (Thermoplastic) 




Failure type: Environmental cracking (plastics) 


Background 

Application 

Metal-framed polycarbonate ophthalmic lenses were inadvertently substituted for plastic-framed polycarbonate 
ophthalmic lenses for use as prescription safety glasses in a chemical laboratory. 

Circumstances leading up to the failure 

A laboratory accident resulted in an unknown splashed solvent on metal-framed polycarbonate ophthalmic lenses. These 
lenses shattered, exhibiting signs of solvent swelling and crazing. 

Pertinent specifications 

The metal-framed ophthalmic lenses are specified to be unfilled polycarbonate which exhibits glass-like clarity. The 
metal frames were a custom designer series, chosen exclusively for style. These metal frames gripped approximately two- 
thirds of the lenses' periphery. 

Performance of other parts in same or similar service 

All previous solvent splashes on plastic-framed ophthalmic safety glasses did not produce any fractures. However, these 
lenses did exhibit signs of solvent swelling. 

Selection of specimens 

A new pair and a used pair of metal-framed ophthalmic lenses were examined. 

Testing Procedure and Results 

Surface examination 


Visual. The metal-framed ophthalmic lenses exhibited primary and secondary cracks with solvent swelling and crazing. 
Macrofractography. Typical new ploycarbonate ophthalmic lenses exhibited well polished surfaces (Fig. 1). The 
failed polycarbonate ophthalmic lenses exhibited primary and secondary cracks which were associated with solvent 
swelling and crazing (Fig. 2). The frames are not shown in order to protect manufacturer confidentiality. 



Fig. 1 Typical new polycarbonate ophthalmic lenses exhibited well polished surfaces. Approximately 0.55x. 




Fig. 2 The failed polycarbonate ophthalmic lenses exhibited primary and secondary cracks which were 
associated with solvent swelling and crazing. Approximately 0.55x. 

Chemical analysis/identification 

Material. The failed ophthalmic lenses were verified to be the specified polycarbonate material by Fourier-transform 
infrared (FTIR) analyses (Fig. 3 and 4). 
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Fig. 3 The failed ophthalmic lenses were verified to be the specified polycarbonate material by Fourier- 
transform infrared (FTIR) analysis. 
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Fig. 4 A Fourier-transform infrared (FTIR) analysis of a reference polycarbonate sample. 

The source of the splashed liquid was found to contain primarily acetone by Fourier-transform infrared (FTIR) analyses 
(Fig. 5 and 6). 
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Fig. 5 The source of the splashed liquid was found to contain primarily acetone by Fourier-transform infrared 
(FTIR) analysis. 



3500 3000 2500 2000 1500 1000 500 

Wavenumbers 


Fig. 6 A Fourier-transform infrared (FTIR) analysis of a reference acetone sample. 

Discussion 

Polycarbonate plastics are often used in applications which require glass-like clarity with extreme toughness. One such 
application is safety glasses. 

Under most circumstances, when polycarbonate material is stressed in the absence of a solvent environment, no shattering 
will occur. The converse of this event is also true. However, when polycarbonate material is stressed in the presence of a 
solvent environment, solvent-induced cracking, or environmentally induced cracking, can occur, resulting in a 
catastrophic brittle-like failure. This phenomenon also occurs with other plastics and other solvents. 

Solvent-induced cracking of the polycarbonate lenses resulted with the metal-framed ophthalmic lenses (but not the 
plastic-framed ophthalmic lenses) since the metal frames were exerting an uneven stress distribution on the polycarbonate 
lenses. 

It must be emphasized that polycarbonate ophthalmic lenses are usually not designed or designated for chemical splash 
protection. The wearer should always consult the manufacturer's recommendations before usage. 

Conclusions and Recommendations 

Most probable cause 

The most probable cause of failure of the metal-framed polycarbonate ophthalmic lenses is acetone solvent-induced 
cracking. The stress component was due to unevenly distributed force from the metal frames. The solvent component was 
due to an accidental splash of acetone. 


Remedial action 



Polycarbonate ophthalmic lenses should not be exposed to service environments with solvents, such as acetone. In 
addition, marking pens, adhesives or soaps, which contain undesirable solvents, should never be used on the ophthalmic 
lenses. 

Stresses on the ophthalmic lenses should be removed or reduced. Excessive stress can originate from working stress or 
from residual stress. 

How failure could have been prevented 

The failure could have been prevented by specifying and using the correct type of safety glasses, which are approved 
plastic-framed polycarbonate ophthalmic lenses. 

Related Information 

D.E. Duvall, Effect of Environment on the Performance of Plastics, Failure Analysis and Prevention, Vol 11, ASM 
Handbook, ASM International, 2002, p 796-799 


Failure of Polycarbonate/Polyethylene Terephthalate Appliance Housings 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: Housings (being tested as part of a material conversion) from an electrical appliance failed during an engineering 
evaluation. They had been injection molded from a commercial polycarbonate/PET (PC/PET) blend. Parts produced from the previous 
material, a nylon 6/6 resin, had consistently passed the testing regimen. Grease was applied liberally within the housing assembly 
during production. Investigation included visual inspection, 24x SEM images, Micro-FTIR in the ATR mode, and analysis using DSC. 
No signs of material contamination were found, but the thermograms showed a crystallization of the PET resin. The grease present 
within the housing assembly, analyzed using micro-FTIR, was composed of a hydrocarbon-based oil, a phthalate-based oil, lithium 
stearate, and an amide-based additive. The conclusion was that the appliance housings failed through environmental stress cracking 
caused by a phthalate-based oil that was not compatible with the PC portion of the resin blend. Thus, the resin conversion was the 
root cause of the failures. Additionally, during the injection molding process the molded parts had been undercrystallized, reducing 
their mechanical strength. More importantly, the resin had been degraded, producing a reduction in the molecular weight and 
reducing both the mechanical integrity and chemical-resistance properties of the parts. 

Keywords: Crystallization; Electrical appliances; Grease; Housings; Injection molding; Molding resins; Undercrystallization 


Material: Polycarbonate/polyethylene terephthalate blend (Thermoplastic) 


Failure types: Environmental cracking (plastics); Brittle fracture 


Housings from an electrical appliance failed during an engineering evaluation. The housings had been injection molded 
from a commercial polycarbonate/PET (PC/PET) blend. The parts were being tested as part of a material conversion. 
Parts produced from the previous material, a nylon 6/6 resin, had consistently passed the testing regimen. The housing 
assembly included a spring clip, which applied a static force on a molded-in boss extending from the main body of the 
housing. Grease was applied liberally within the housing assembly during production. 

Tests and Results. A visual inspection of the tested parts showed catastrophic failure within the molded-in boss. The 
failures were consistent across all of the parts and were located at an area where the spring clip contacted the housing 
boss. While the final fracture zone exhibited limited features associated with ductility in the form of stress whitening, no 
such characteristics were apparent at the locations corresponding to the crack origins. The fracture surfaces were further 
examined via SEM. The SEM inspection showed the presence of multiple crack initiation sites along the side of the boss 
that had mated with the spring clip. No evidence of significant ductility was found with the crack initiation locations, as 
represented in Fig. 1. The overall features observed on the fracture surface were indicative of environmental stress 
cracking. 
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Fig. 1 Scanning electron image showing brittle fracture features at the crack initiation site, characteristic of 
environmental stress cracking. 24x 

Micro-FTIR in the ATR mode was performed on the housing material, and the resulting spectrum was in agreement with 
the stated resin description, a blend of PC and polyester. No signs of material contamination were found. The housing 
material was further evaluated using DSC. The thermogram obtained during the initial heating run, as shown in Fig. 2, 
exhibited an endothermic transition at 253 °C (487 °F), characteristic of the melting point of a PET resin. The initial 
heating run results also showed a low-temperature exothermic transition associated with the crystallization of the PET 
resin. These results indicated that the material had not been fully crystallized during the molding process. The results 
generated during the second heating run, after slow cooling, did not show the low-temperature crystallization. The glass 
transition associated with the PC resin was observed in the second heating run. 



Fig. 2 The initial heating DSC thermogram, exhibiting a melting transition consistent with a PET resin. A low- 
temperature crystallization exothermic transition was also apparent. The (I) indicates that the numerical 
temperature was determined as the inflection point on the curve. 

In order to assess the molecular weight of the housing material, the intrinsic viscosity of the resin was measured. A 
comparison of the results with historical data revealed a substantial reduction in the viscosity of the failed part material. 



This indicated that the housing material had undergone significant molecular degradation during the injection molding 
process. 

The grease present within the housing assembly was analyzed using mi cro-FTTR. The FTIR test results indicated that the 
grease was composed of a relatively complex mixture. The lubricant contained a hydrocarbon-based oil, a phthalate-based 
oil, lithium stearate, and an amide-based additive. These results were significant, because phthalate esters are known to be 
incompatible with PC resins. 

Conclusions. It was the conclusion of the analysis that the appliance housings failed through environmental stress 
cracking. The required chemical agent was identified as a phthalate-based oil present within the grease used to lubricate 
the assembly. Specifically, the phthalate oil was not compatible with the PC portion of the resin blend. The source of the 
stress responsible for the cracking appears to be the interference related to the spring clip. While the previous parts, 
produced from the nylon 6/6 resin, were also under similar stresses, this resin was not prone to stress cracking in 
conjunction with the lubricant. Thus, the resin conversion was the root cause of the failures. Additionally, the test results 
also showed that the injection molding process left the material susceptible to failure. Specifically, the molded parts had 
been undercrystallized, reducing the mechanical strength of the molded articles, and, more importantly, the resin had been 
degraded, producing a reduction in the molecular weight and reducing both the mechanical integrity and chemical- 
resistance properties of the parts. 
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Failure of Polyethylene Terephthalate Assemblies 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: Cracking occurred within the plastic jacket (injection molded from an impact-modified, 15% glass-fiber-reinforced PET 
resin) of several assemblies used in a transportation application during an engineering testing regimen which involved cyclic thermal 
shock (exposing the parts to alternating temperatures of -40 and 180 deg C (-40 and 360 deg F)). Prior to molding, the resin had 
reportedly been dried at 135 deg C (275 deg F). The drying process usually lasted 6 h, but occasionally, the material was dried 
overnight. Comparison investigation (visual inspection, 20x SEM views, micro-FTIR, and analysis using DSC and TGA) with non-failed 
parts supported the conclusion that that the failure was via brittle fracture associated with the exertion of stresses that exceeded the 
strength of the resin as-molded caused by the disparity in the CTEs of the PET jacket and the mating steel sleeve. The drying 
process had exposed the resin to relatively high temperatures, which caused substantial molecular degradation, thus limiting the 
part's ability to withstand the stresses. The drying temperature was found to be significantly higher than the recommendation for the 
PET resin, and the testing itself exposed the parts to temperatures above the recognized limits for PET. 

Keywords: Brittle fracture; Chemical analysis; Drying; Feedstock; Injection moldings; Molding resins; Plastic jackets; Thermal 
shock 


Material: Polyethylene terephthalate (Thermoplastic) 


Failure types: Brittle fracture; (Other, general, or unspecified) processing-related failures 


Several assemblies used in a transportation application failed during an engineering testing regimen. The testing involved 
cyclic thermal shock, immediately after which cracking was observed on the parts. The cracking occurred within the 
plastic jacket, which had been injection molded from an impact-modified, 15% glass-fiber-reinforced PET resin. The 
plastic jacket had been molded over an underlying metal coil component. Additionally, a metal sleeve was used to house 
the entire assembly. Prior to molding, the resin had reportedly been dried at 135 °C (275 °F). The drying process usually 
lasted 6 h, but occasionally, the material was dried overnight. The thermal shock testing included exposing the parts to 
alternating temperatures of -40 and 180 °C (-40 and 360 °F). The failures were apparent after 100 cycles. Molding resin 
and non-failed parts were also available for analysis. 

Tests and Results. The failed assemblies were visually and microscopically examined. The inspection showed 
several different areas within the overmolded jacket that exhibited cracking. The cracked areas were located immediately 
adjacent to both the underlying metal coil and the outer metal housing. The appearance of the cracks was consistent with 
brittle fracture, without significant signs of ductility. The examination also revealed design features, including relatively 
shaip corners and nonuniform wall thicknesses, that appeared to have likely induced molded-in stress within the plastic 
jacket. 



The fracture surfaces were further inspected using SEM, and the examination revealed features generally associated with 
brittle fracture, as shown in Fig. 1. No evidence of microductility, such as stretched fibrils, was found. The fracture 
surface features indicated that the cracking had initiated along the outer jacket wall and subsequently extended through 
the wall and circumferentially around the wall. Throughout the examination, no indication of postmolding molecular 
degradation was found. 
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Fig. 1 Scanning electron image showing brittle fracture features on the failed jacket crack surface. 20x 
Micro-FTIR was performed in the ATR mode on a core specimen of the jacket material. The resulting spectrum was 
consistent with a thermoplastic polyester resin. Such materials, including PET and PBT, cannot be distinguished 
spectrally, and a melting point determination is usually used to distinguish these materials. The failed jacket material and 
reference molding resin were analyzed using TGA, and the results obtained on the two samples were generally consistent. 
This included relatively comparable levels of volatiles, polymer, carbon black, and glass reinforcement. Further, the 
results were in excellent agreement with those expected for the stated PET material. 

The failed jacket and reference materials were evaluated via DSC. Analysis of the failed jacket material produced results 
that indicated a melting transition at 251 °C (484 °F), consistent with a PET resin. However, a second endothermic 
transition was also present. This transition, at 215 °C (420 °F), suggested the melting of annealed crystals, indicating that 
the part had been exposed to a temperature approaching 215 °C (420 °F). The thermal shock testing appeared to be the 
only possible source of this thermal exposure. 

Analysis of the molding resin also produced results consistent with a PET resin. The results also exhibited a second 
melting endotherm at 174 °C (345 °F). Again, this transition was associated with melting of annealed crystals for material 
exposed to this temperature. The apparent source of the exposure was the drying process. This was well in excess of the 
stated drying temperature. 

Further analysis of the assembly materials using thermomechanical analysis (TMA) produced significantly different 
results for the PET jacket and the steel housing material. Determination of the coefficients of thermal expansion (CTEs) 
showed approximately an order of magnitude difference between the two mating materials. 

An assessment of the molecular weight of the failed jacket samples as well as a non-failed paid and the molding resin 
samples was performed using several techniques. A combination of MFR, intrinsic viscosity, and finally, gel permeation 
chromatography (GPC) was used, because of conflicting results. The MFR determinations showed that the drying process 
produced a considerable increase in the MFR of the resin, corresponding to molecular degradation in the form of chain 
scission. This was contrasted by the results generated by the intrinsic viscosity testing. These results showed an increase 
in the viscosity of the dried resin relative to the virgin resin. This increase was suggestive of an increase in molecular 
weight, possibly through partial cross linking. Testing of the resin samples and the molded parts via GPC produced results 
that reconciled the discrepancy. The GPC results showed that the drying process produced competing reactions of chain 
scission and cross linking. The net result was severe degradation of the dried resin, which predisposed the molding 
material to produce jackets having poor mechanical properties. The GPC testing showed that the molded jackets were 
further degraded during the injection molding process. 

Conclusions. It was the conclusion of the investigation that the assemblies failed via brittle fracture associated with the 
exertion of stresses that exceeded the strength of the resin as-molded. The stresses were induced by the thermal cycling 
and the dimensional interference caused by the disparity in the CTEs of the PET jacket and the mating steel sleeve. 
However, several factors were significant in the failures. It was determined that the resin drying process had exposed the 
resin to relatively high temperatures, which caused substantial molecular degradation. The drying temperature was found 
to be approximately 173 °C (344 °F), well in excess of the recommendation for the PET resin. Further degradation was 
attributed to the molding process itself, leaving the molded jacket in a severely degraded state. This degradation limited 


the ability of the part to withstand the applied stresses. Additionally, the testing itself exposed the parts to temperatures 
above the recognized limits for PET, and this may have significantly lowered the mechanical properties of the paid. 
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Thermal Analyses of a Polymer Failure 

Robert P. Kusy, John Q. Whitley, University of North Carolina 


From: R.P. Kusy and J.Q. Wiley, Thermal Analyses of a Polymer Failure, Advanced Materials and Processes, Vol 162 (No. 3), March 
2004, p 55-65 


Abstract: Thermogravimetric analysis (TGA) and differential scanning calorimetry (DSC) were used to analyze an automotive 
polyoxymethylene (POM) sensor housing that was depolymerizing during service. It was found that a combination of heat, oxygen, 
and sulfuric acid attacked and caused premature failure of the part. POM should not be selected for automotive applications where 
elevated temperatures and acidic environments can exist. If exposure to acid is suspected, sodium bicarbonate should be applied to 
neutralize the surrounding environment, followed by copious quantities of water, and repeated until no effervescence is observed. 
Keywords: Automotive components; Depolymerization; Differential scanning calorimetry; Housings; Sensors; Thermogravimetric 
analysis 


Material: Polyoxymethylene (Thermoplastic) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Thermogravimetric analysis (TGA) and differential scanning calorimetry (DSC) are the two most widely used thermal 
analysis methods for polymers. In DSC, sample and reference pans are heated in a controlled environment at a 
programmable rate so that the pre-weighed sample and the reference materials are always maintained at equivalent 
temperatures. Because the amount of input energy is known, transition temperatures and reaction kinetics can be 
determined with great precision. 

In TGA, a pre-weighed sample is placed on a microbalance in an environmentally controlled oven. From the weight loss 
of the sample as a function of temperature or time under isothermal conditions, thermal stability can be determined. 

This article discusses the application of TGA and DSC in the failure analysis of an automotive polyoxymethylene (POM) 
sensor housing that was depolymerizing during service. 

Sensor housing failure 

A high-end automobile was purchased from an American manufacturer in September of 1994. One of the appointments of 
the vehicle was an indicator light that signaled when the washer fluid required refilling. This light was actuated by a 
sensor that was partially encapsulated by a white plastic body that was plugged into the base of the washer fluid reservoir. 
It was located next to the front of the driver’s side wheel below the battery compartment and near two heat-exchanger 
hoses. 

After nearly 68,000 miles and eight years, this ' oldest' OEM part disintegrated. A replacement part was purchased and 
installed for summer driving in the South. About three months later, this replacement part also failed. Based upon the 
performance of the OEM part, it appeared 'old' before its time. Consequently, in early September another replacement 
part was acquired under the warranty provision, but not installed. Instead, the 'new' part was set aside for detailed TGA 
and DSC analyses. 

When the top and side views of this 'new' and 'old' sensor are compared (Fig. 1), two outcomes are obvious after just 
three months in service: 

• Cracks are present within the plug receptacle and along the body of the rectangular tray. 

• Mass has been lost around the plug receptacle and at the catch on the attachment clip. 




Fig. 1 Views of the as-received new versus the used old automotive part. 

Indeed, this loss of conformation gave the illusion that the paid had been made of ice and had, over this time interval, 
partially melted away. 

Preliminary analysis 

Recognizing the translucent qualities of acetal polymers, and knowing that they have been favored in applications such as 
carburetors, floats, pump housings, and gears, the hypothesis was advanced that the part might be made from a 
polyoxymethylene (POM) that was depolymerizing during service. Historically, the earliest POM materials were 
especially susceptible to depolymerization into formaldehyde (CH 2 0), until chemists found a way to place more stable 
groups on the ends of the molecules and to copolymerize oxyethylene linkages into the backbone. 

However, even after these advances, POM is subject to depolymerization if the backbones of the molecules are cleaved, 
thereby creating new unstable chain-ends. Backbones may be cleaved by chemical, mechanical, radiological, or thermal 
means. However, the only likely mechanisms for the sensor housing are chemical and/or thermal. 

In the worst case scenario, such failures would lead to unzipping of entire molecules into thousands of CH 2 0 rners, which 
because of the low boiling point (-21°C), would lead to huge mass losses and severely compromised structural 
characteristics. 

TGA results 

To test this hypothesis, the weight percents as a function of temperature were determined for five materials: 
approximately 10 mg shavings from the oldest, old, and new parts (see table); approximately 10 mg shavings from a 
commercially available DuPont Delrin rod; and approximately a 26 mg aliquot from formalin, a marketed solution 
containing 37.3% formaldehyde. 

By means of a TA Instruments Model Q500 TGA, each sample was ramped 10C7min from ambient temperature to 
600°C. An atmosphere of ultrapure nitrogen was passed over the sample at 50 ml/rnin, and bubbled through 1 ml aliquots 
of Schiff s reagent, which served as a colorimetric sensor to detect the presence of aldehydes. 

In Fig. 2, the control that was comprised of the formaldehyde solution experienced a weight reduction immediately, and 
by 125°C, it was gone. The other control, the Delrin rod, showed no weight loss until about 225 °C, but it too was gone by 
400°C. 





Fig. 2 TGA scans for the automotive part at three ages and for the two control samples. 

By comparison, the new part was more thermally stable than the standard Delrin rod; on the other hand, the oldest and the 
old parts were more like the formaldehyde solution than the Delrin rod. Indeed, even the old part was stalling to lose 
weight by 100°C, and by 240°C it had all but disappeared. The extent of mass loss in all three parts and in the Dekin rod 
indicated that these were unfilled polyacetyl materials having no inorganic extenders or reinforcements such as glass, 
kaolin, or feldspar. 

DSC results 

The thermal stability was further documented with a TA Instruments Model Q100 DSC. Here, 10 mg shavings of the 
three parts and the Delrin rod were compared by ramping the temperature from -20 to +350°C, and then from +350 to - 
20°C. During each heating or cooling cycle, the ramping rate was 10C7min, and the environment was ultrapure nitrogen 
at 50 ml/min. 

Based upon the heat flow against temperature traces, the Dekin rod melted at 177°C (Fig. 3). This outcome was 
comparable to three references from the literature, whose ranges averaged from 173 to 184°C. In contrast, the peak 
melting temperatures for the new, old, and oldest parts equaled 166, 169, and 156°C, respectively. The differences 
between the control and the parts were not large for good reason — those materials that had degraded were no longer 
present. That was deduced, in part, from the observation that only the Delrin rod and the new part displayed any 
exothermic peak upon cooling. Further investigation, which measured the residual mass after this singular - thermal cycle, 
showed that over 29% of the new part remained but that only 1% of the old part was retained. 





Fig. 3 DSC scans for a control sample and the automotive part at three ages. 

Gravimetric and thermal measurements of the new part revealed that, after six cycles, virtually no mass would be left and 
that the peak melting temperature (in dark green) or the peak freezing temperature (in light green) would decrease 
according to 1 inear regression lines having probabilities of p<0.01 and p<0.001, respectively (Fig. 4). 



Fig. 4 Outcomes from successive thermal and gravimetric runs on the new automotive sensor part. 












Accordingly, the oldest part with a peak melting temperature of 156°C should have no more than about 5% mass 
remaining, according to the cyclic data from the new paid. Figuratively speaking, the sample was evaporating away; and 
the portion that remained was structurally unsound. 

Degradation mechanism 

In the sweltering Southern heat, the summer surface temperatures on a superhighway can exceed 50°C. Depending on the 
location within the engine compartment, those temperatures can easily double. Moreover, the sensor position just below 
the methanol reservoir of the washer, nearly under the sulfuric acid cells of the battery, and adjacent to the heat-exchanger 
hoses from the automatic transmission, provides several potential causes for chemical degradation. 

But what should be different now that would reduce service from nearly eight years to only about three months? No loss 
of washer fluid was observed, so that could not be a factor. Above and around the immediate area, however, the wire- 
bundle wraps were reduced to a sticky, pliable plastic. Furthermore, some corrosion was evidenced by a build-up of a 
powdery substance around one of the fittings of the heat-exchanger hoses. A chalky haze was seen on the old in-service 
part. These observations and the foregoing TGA-DSC data suggested that the combination of heat, oxygen, and sulfuric 
acid attacked and caused premature failure of the part. 

Table 1 History of Part #04584019 sensor w/washer fluid 

Part designation Mileage Date Event 

Oldest 32 06/29/94 New car inspection date 

09/13/94 Vehicle placed in service 

Old 67,700 05/17/02 Replacement part purchased 

05/25/02 Part installed in vehicle 


New 74,960 09/09/02 Part obtained under warranty 

10/28/02 Evaluations of parts initiated 

05/01/03 Evaluations of parts completed 

Reference to the literature supports the contention that polyacetyls in general and POM in particular are susceptible to 
thermal attack and chemical attack (via acidic, alkaline, and oxidative antagonists), both of which lead to 
depoloymerization. The Material Safety Data Sheet for Delrin recommends that, during processing, the polymeric melting 
temperature be less than 230°C. Otherwise, after just 30 minutes at 210 to 220°C, decomposition will become significant 
and could be enhanced by contaminants. 

The Polymer Handbook reports that thermal depolymerization may occur at temperatures as low as 100 to 120°C, and 
that cationic depolymerization may occur at temperatures as low as -30 to +33°C. In fact, database websites recommend 
that the continuous service temperature in air under no load should not exceed 80°C, whether homopolymer, copolymer, 
or filled polymers are considered, and that upper working temperatures should not exceed 120°C. 

Although POM can be an attractive high strength, impact-resistant, and low-moisture-absorbent polymer, thermal 
degradation processes can readily compromise any of its apparent advantages, as depolymerization dominates over 
oxidation. The additional presence of acid at or above the continuous service temperature further accelerates this 
disintegration. POM should not be selected for automotive applications wherever elevated temperatures and acidic 
environments can exist. If exposure to acid is suspected, sodium bicarbonate should be applied to neutralize the 
surrounding environment, followed by copious quantities of water, and repeated until no effervescence is observed. 
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Failure Analysis of a Polysulfone Flow Sensor Body — A Case Study 

Jeffrey A. Jansen, Stork Technimet, Inc. 


From: J.A. Jansen, Failure Analysis of a Polysulfone Flow Sensor Body — A Case Study, Practical Failure Analysis, Vol 1 (No. 2), Apr 
2001, p 55-58 

Abstract: A failure analysis was conducted on a flow-sensing device that had cracked while in service. The polysulfone sensor body 
cracked radially, adjacent to a molded-in steel insert. This article describes the investigative methods used to conduct the failure 
analysis. The techniques utilized included scanning electron microscopy, Fourier transform infrared spectroscopy, differential 
scanning calorimetry, thermomechanical analysis, and melt flow rate determination. It was the conclusion of the investigation that 
the part failed via brittle fracture, with evidence also indicating low cycle fatigue associated with cyclic temperature changes from 
normal service. The design of the part and the material selection were significant contributing factors because of stresses induced 
during molding, physical aging of the amorphous polysulfone resin, and the substantial differential in coefficients of thermal 
expansion between the polysulfone and the mating steel insert. 

Keywords: Coefficient of thermal expansion; Insert molding; Plastic 


Material: Polysulfone (Thermoplastic) 


Failure type: Brittle fracture 


Introduction 

A flow sensor was submitted for analysis because the plastic body section had failed while in service in an industrial 
application. The part was representative of approximately 10 other sensors that had been returned from service with 
generally comparable features. It was also anticipated that similar failures went otherwise unreported, and that the 
premature failures posed a significant risk to other parts still in service. 

Engineering drawings specified that the body section be made from an unfilled polysulfone resin. Polysulfone is a 
transparent amorphous engineering thermoplastic, which, by comparison with other resins, is generally considered to be a 
ductile and tough material. Like many other plastics, however, it is somewhat notch sensitive. As a class of materials, 
polysulfone is known for good electrical insulation properties, excellent thermal stability, and exceptional hydrolytic 
stability. Because of its unique combination of thermal and hydrolytic properties, polysulfone is commonly used in 
several demanding applications including food processing, medical components, and fluid handling. 1 
The polysulfone body of the failed sensor had been injection molded around a tubular stainless steel insert to form the 
final component. Background information obtained on the application showed that the part was routinely exposed to 
alternating hot and cold cycles. The fluid passing through the flow sensor had ranged from 40 to 200 °F (4 to 93 °C). 
Cleaning agents, including chlorine-based and acid-based chemicals, had also been put through the sensor. In addition to 
the failed part, a typical sample of molding resin was also received for comparison with the sensor material. 

Visual Examination 

A visual inspection of the failed part confirmed numerous cracks within the collar - of the plastic body section. The cracks 
were oriented radially, as shown in Fig. 1. The cracks were completed in the laboratory and further examination of the 
fracture surface, using an optical stereomicroscope, showed relatively brittle fracture features. No signs of significant 
ductility, as would be evidenced by stress whitening or permanent deformation, were apparent. Additionally, the fracture 
surface exhibited beach marks, suggesting that the crack had propagated via fatigue. 




Fig. 1 The failed flow sensor shown as received exhibiting cracks radially within the plastic collar around the 
metal insert 

Scanning Electron Microscopy 

The fracture surface was further inspected using scanning electron microscopy (SEM). The SEM examination indicated 
that the apparent crack origin was located at an area along the inner diameter of the sensor body, which contacts the 
molded-in steel insert. This area had a relatively flat morphology, characteristic of brittle fracture. Surrounding the crack 
origin were features of alternating cracking and arrest cycles, consistent with low cycle fatigue, as shown in Fig. 2. The 
final fracture zone showed features associated with brittle overload, as evidenced by the significant concentration of 
hackle marks, and exhibited limited ductility in the form of isolated stretched fibrils. Throughout the SEM examination, 
no signs were found to indicate that post-molding degradation, such as chemical attack or thermal deterioration, had 
occurred. 



Fig. 2 Scanning electron image showing brittle fracture features and beach marks suggestive of low cycle 
fatigue 

Fourier Transform Infrared Spectroscopy 


The sample of the molding resin and the failed part were analyzed using micro-Fourier transform infrared spectroscopy 
(FTIR) in the attenuated total reflectance (ATR) mode. The results obtained on the sensor body yielded an excellent 
match with those obtained on the molding resin. Both spectra exhibited absorption bands characteristic of a polysulfone 


resin. This is illustrated in the spectral comparison presented in Fig. 3. These results demonstrated that the failed part was 
fabricated from a typical polysulfone resin and showed no evidence of contamination or degradation. 



Fig. 3 FTIR spectral comparison showing a very good match between the results obtained on the failed collar 
material and those representing a typical molding resin. Both spectra exhibit absorption bands characteristic of 
polysulfone. 

Differential Scanning Calorimetry 

The molding resin and the failed sensor were also analyzed via differential scanning calorimetry(DSC). Again, the results 
that were obtained on the materials were consistent. Both thermograms showed a single transition at approximately 187 
°C, as illustrated in Fig. 4. This is in agreement with the expected results for a polysulfone resin, as these resins generally 
exhibit a glass transition temperature (T g ) between 185 and 190 °C. No other transitions were observed, and no signs of 
contamination or degradation were found. 

DSC Plot Overlay 



Fig. 4 A comparison of the DSC results showing comparable heat flow profiles for the failed collar material and 
the molding resin 

Thermomechanical Analysis 

A sample of material was excised from the inner diameter of the sensor body adjacent to the fracture origin and analyzed 
using thermomechanical analysis (TMA). The resulting thermogram indicated that the material expanded steadily as a 
function of temperature through 170 °C. At that point, just under the glass transition temperature, the material contracted, 




as a result of the load placed upon the sample during the evaluation. This contraction was significant as it indicated that 
the material itself was not under bulk residual molded-in stress in the as-received condition. The results also showed that 
the material had a coefficient of thermal expansion of 57 u m/m °C between 0 and 100 °C. The steel insert from the sensor 
was also tested, and the results were consistent with those expected for this type of material. A review of the thermogram 
indicated that the steel material had a coefficient of thermal expansion of 19 pm/m °C through 100 °C. A comparison of 
these results, illustrating the thermal expansion properties that approximate actual service temperatures, is included in Fig. 
5. 

TMA Plot Overlay 



Fig. 5 TMA plot overlay showing the differential in the coefficients of thermal expansion between the plastic 
collar material and the steel insert 

Melt Flow Rate 

Melt flow rate determinations were performed on the molding resin and material taken from the failed sensor body. The 
testing was performed in accordance with ASTM D 1238 — Procedure B using a test temperature of 343 °C and a 
constant load of 2.16 kg. The samples were dried to a moisture content below 500 ppm prior to the analysis. The testing 
indicated that the molding resin had a melt flow rate of 8.19 g/10 min. This is in agreement with the expected results 
based upon the grade of polysulfone indicated on the engineering drawing. The analysis of the failed part material 
produced similar results, 8.03 g/10 min., showing a slight reduction in the melt flow rate for the failed part material. Such 
a reduction is commonly observed in polysulfone resins as a result of melt processing, where molecular weight can 
increase due to thermal induced crosslinking. The magnitude of the change, however, is low and the melt flow rate results 
suggest good retention of molecular weight through the molding process, without molecular degradation. 

Discussion 

Metal insert molding certainly offers distinct manufacturing and design advantages; however, it has inherent risks. These 
liabilities include the potential to generate excessive strain on the location of the part surrounding the insert due to a 
differential in the coefficients of thermal expansion between the plastic and the metal insert. 

During molding, the plastic is in a molten state, which for the current material was approximately 370 °C. Through the 
cooling process associated with the molding operation, the plastic, having a significantly higher coefficient of thermal 
expansion, will contract to a much greater extent than the metal insert. This difference in thermal expansion causes a high 
level of interference hoop stress on the plastic material at the interface. Such stresses are exerted on the part as soon as it 
cools from the molding process. 

Additionally, amoiphous resins, such as polysulfone, may develop cracks over time due to aging in conjunction with 
stresses. 2 This aging, commonly referred to as physical aging, occurs over an extended period of time, at temperatures 
below the glass transition, as the polymer undergoes molecular motion in an attempt to achieve an equilibrium state. 
Physical aging is particularly prevalent when an amoiphous resin is cooled rapidly through the glass transition 
temperature. 3 The condition is aggravated when the plastic resin is molded over a metal insert, as dimensional changes 
often accompany physical aging, thus producing additional hoop stress at the interface. Because of these phenomena, 



namely, the differential in thermal expansion coefficients of the plastic and the metal and physical aging, over-molding 
with amoiphous resins, such as polysulfone, in conjunction with metal inserts should be approached carefully. 

Conclusion 

It was the conclusion of the investigation that the flow sensor body failed within the collar section of the part immediately 
surrounding the molded-in metal insert via brittle fracture, which was brought about by the exertion of stresses beyond the 
strength of the material. Examination of the fracture surface revealed features associated with brittle cracking, with 
additional evidence indicating alternating cycles of cracking and arrest, characteristic of low cycle fatigue. 

The location of the cracks, which were oriented radially around the metal insert, was a strong indication that the source of 
the principal stress was the interference between the plastic collar on the sensor body and the molded-in insert. Although 
the analysis results indicated that the failure was primarily associated with mechanical stress produced during service, the 
design and production of the part are significant contributing factors. It appears likely that continued temperature changes, 
encountered during standard use conditions, coupled with the differential in the coefficients of thermal expansion between 
the polysulfone sensor body and the steel insert, along with physical aging, compounded the inherent internal stresses 
associated with the interference at the interface. This combination of stresses initiated the stress fractures radially around 
the insert over time in service. Given the notch sensitivity of polysulfone, 4 the cracks propagated through low cycle 
fatigue with the repeated temperature cycles. Final catastrophic failure occurred within some of the cracks due to the 
reduced cross section of the collar. 
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Failure of Plasticized Poly(vinyl chloride) Tubing 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A section of clear polymeric tubing failed while in service. The failed sample had been used in a chemical transport 
application. The tubing had also been exposed to periods of elevated temperature as part of the operation. The tubing was specified 
to be a poly(vinyl chloride) (PVC) resin plasticized with trioctyl trimellitate (TOTM). Investigation included visual inspection, micro- 
FTIR in the ATR mode, and thermogravimetric analysis (TGA). The spectrum on the failed tubing exhibited absorption bands 
indicative of a PVC resin containing an adipate-based plasticizer. Thermograms of the failed pieces and a reference sample of tubing 
that performed well showed that the reference material contained a trimellitate-based plasticizer, and confirmed the failed material 
contained an adipate-based material. The conclusion was that the failed tubing had been produced from a formulation that did not 
comply with the specified material, and was not as thermally stable as the reference material. 

Keywords: Chemical composition; Feedstock; Molding resins; Plasticizers; Thermal analysis; Tubing (nonmetal); Tubings 


Material: Polyvinyl chloride (Thermoplastic) 


Failure type: (Other, general, or unspecified) processing-related failures 


A section of clear polymeric tubing failed while in service. The failed sample had been used in a chemical transport 
application. The tubing had also been exposed to periods of elevated temperature as paid of the operation. The tubing was 



specified to be a poly(vinyl chloride) (PVC) resin plasticized with trioctyl trimellitate (TOTM). A reference sample of the 
tubing, which had performed well in service, was also available for testing. 

Tests and Results. The failed and reference tubing samples were analyzed using micro-FTIR in the ATR mode, and 
the results representing the reference tubing material were consistent with the stated description: a PVC resin containing a 
trimellitate-based plasticizer. Flowever, the spectrum representing the failed tubing material was noticeably different. 
While the obtained spectrum contained absorption bands characteristic of PVC, the results indicated that the material had 
been plasticized with an adipate-based material, such as dioctyl adipate. This identification is shown in Fig. 1. 



Fig. 1 The FTIR spectrum obtained on the failed tubing material. The spectrum exhibits absorption bands 
indicative of a PVC resin containing an adipate-based plasticizer. 

In order to assess their relative thermal stability, the two tubing materials were analyzed via thermogravimetric analysis 
(TGA). Both sets of results were consistent with those expected for plasticized PVC resins. The thermograms 
representing the reference and failed sample materials showed comparable plasticizer contents of 28 and 25%, 
respectively. The results also showed that the reference material, containing the trimellitate-based plasticizer, exhibited 
superior thermal resistance relative to the failed material, containing the adipate-based material. This was indicated by the 
elevated temperature of weight-loss onset exhibited by the reference tubing material. 

Conclusions. It was the conclusion of the evaluation that the failed tubing had been produced from a formulation that 
did not comply with the specified material. The failed tubing was identified as a PVC resin with an adipate-based 
plasticizer, not TOTM. The obtained TGA results confirmed that the failed tubing material was not as thermally stable as 
the reference material because of this formulation difference, and that this was responsible for the observed failure. 


Adhesion Failures Caused by Thin-Film Contaminants 

From: D.A. Ryder, T.J. Davies, I. Brough, and F.R. Hutchings, General Practice in Failure Analysis, Failure Analysis and Prevention, 
Vol 11, ASM Handbook, ASM International, 1986, p 15-46 


Abstract: A batch of bimetal foil/epoxy laminates was rejected because of poor peel strength. The laminates were manufactured by 
sintering a nickel/phosphorus powder layer to a copper foil, cleaning, then chromate conversion coating the nickel-phosphorus 
surface, and laminating the nickel-phosphorus side of the clad bimetal onto an epoxy film, so that the end product contained nickel- 
phosphorus sandwiched between copper and epoxy, with a chromate conversion layer on the epoxy side of the nickel-phosphorus. 
Peel testing showed abnormally low adhesion strength for the bad batch of peel test samples. Comparison with normal-strength 



samples using XPS indicated an 8.8% Na concentration on the surface of the bad sample; the good example contained less than 1% 
Na on the surface. After 15 min of argon ion etching, depth profiling showed high concentrations of sodium were still evident, 
indicating that the sodium was present before the chromate conversion treatment was performed. A review of the manufacturing 
procedures showed that sodium hydroxide was used as a cleaning agent before the chromate conversion coating. Failure cause was 
that apparently the sodium hydroxide had not been properly removed during water rinsing. Thus, recommendation was to modify 
that stage in the processing. 

Keywords: Adhesion; Laminates; Peel tests; Sodium hydroxide; Surface analysis (chemical) 

Materials: Epoxy (Thermoset); Nickel-phosphorus (Unclassified nickel); Copper foil (Wrought copper) 


Failure type: (Other, miscellaneous, or unspecified) failure 


The most widely used test for adhesion is the peel test, in which a layer of material is pulled from its base material and the 
force required to peel it away is measured. A variation of this test is the tape test, which is used to test surface finish layer 
adhesion. This microanalytical techniques commonly used to characterize adhesion problems include AES, XPS, SIMS, 
and LAMMA. These techniques vary greatly in spatial resolution, sensitivity, speed, and the type of information obtained, 
but all surface-analysis techniques are similar in that the information is obtained from a very thin surface layer. Because 
many adhesion problems are related to contaminants less than 10 nm thick, surface analysis is often necessary to solve 
adhesion problems. In this example, it was necessary not only to identify the contaminant but also to determine whether 
the contamination occured before or after a chromate conversion surface treatment. 

Investigation. A batch of bimetal foil/epoxy laminates was rejected because of poor peel strength. The laminates were 
manufactured by sintering a nickel/phosphorus powder layer to a copper foil, cleaning, then chromate conversion coating 
the nickel-phosphorus surface, and laminating the nickel-phosphorus side of the clad bimetal onto an epoxy film, so that 
the end product contained nickel-phosphorus sandwiched between copper and epoxy, with a chromate conversion layer 
on the epoxy side of the nickel-phosphorus. Peel test samples were prepared by masking and etching the copper (Fig. 1). 
Testing revealed abnormally low adhesion strength for the bad batch of peel test samples. These samples were compared 
with normal-strength samples using XPS by analyzing the surface chemistry of the exposed underside of the conversion- 
coated nickel-phosphorus layer after it was peeled away from the epoxy for both good and bad samples. X-ray 
photoelectron spectroscopy was used because the results would not be affected by the non-conducting epoxy. 



Fig. 1 Optical photograph of a peel test sample partially peeled to reveal the underside of the conversion- 
coated nickel-phosphorus laminate. 

Results of the XPS analyses indicated an 8.8% Na concentration on the surface of the bad sample; the good example 
contained less than 1% Na on the surface (Fig. 2a and b). Depth profiling was used to determine whether the sodium was 
present on the surface of the chromate conversion coating or whether it was present before the conversion coating was 
applied. After 15 min of argon ion etching, corresponding to approximately 45 nm of material removed, high 
concentrations of sodium were still evident, indicating that the sodium was present before the chromate conversion 
treatment was performed. A review of the manufacturing procedures showed that sodium hydroxide was used as a 
cleaning agent before the chromate conversion coating. Apparently, the sodium hydroxide had not been properly removed 
during water rinsing. This result determined the exact stage in the process to be modified, thus eliminating unnecessary 
expense. 










Fig. 2 Results of XPS analyses of bimetal foil laminates, (a) XPS spectra of the underside of the nickel- 
phosphorus layer in the low peel strength sample. Note the height of the sodium peak at 1069 eV as compared 
with (b), which shows the XPS spectra from a high peel strength sample. 
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Failure of Derricking Shaft of Dragline Excavator 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Severe damage to the jib of a dragline excavator resulted from failure of the shaft which carried the derricking sheaves at 
the apex of the "A" frame. Failure occurred within the hub of the center sheave of the group of three at the right-hand end of the 
shaft. The shaft was manufactured from a 0.5% carbon, 1% chromium steel heat treated to give a hardness value of 300 VDP. The 
material was in the hardened and tempered condition and showed no abnormalities which would predispose to early failure. The 
content of non-metallic matter was only of nominal amount. Failure of the shaft resulted from fatigue due to the cumulative action of 
the repeated stresses which it had been subjected to during service. The shaft had been subjected to repeated stress applications 
sufficient to result in the initiation and development of a fatigue crack at the radial hole. To prevent a repetition of the failure it was 
recommended that the stress-raising effect of the holes be reduced by chamfering or preferably rounding-off the edges. 
Furthermore, rotation of the shaft should be prevented so that the radial holes were positioned on the opposite side of the shaft. 
Keywords: Rotation; Shafts (power); Stress concentration 


Material: Fe-0.5C-l.0Cr (Chromium alloy steel) 


Failure type: Fatigue fracture 


Severe damage to the jib of this Dragline Excavator, as illustrated in Figure 1 resulted from failure of the shaft which 
carried the derricking sheaves at the apex of the “A” frame. The machine was some 16 years old and was worked 
approximately 22 hours per day. As will be seen from Figure 2, failure occurred within the hub of the centre sheave of the 
group of three at the right-hand end of the shaft. 





Fig. 2 Fracture of derricking sheave shaft. 
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The shaft was -tin. diameter and the fracture face — as seen in Figure 3 was duplex. A smooth portion adjacent to the 

3 

radial hole represented the path of a creeping fatigue crack which attained a depth of 2xS in. before failure of the 
remaining uncracked region occurred to give the rougher portion of the fracture surface. 





Fig. 3 Fatigue failure of shaft originating drilled radial hole. 

The sheaves were lubricated by grease introduced from the end face of the shaft, it passed along an axial hole and then 
through a short radial hole to the region of the shaft carrying the sheaves as can be seen in Figure 3 where it will be seen 
that failure occurred in a plane diametrically through the radial hole. Initially, several separate fatigue cracks broke out in 
the vicinity of the hole, these being marked in Figure 3. They later joined to give two main cracks, one at each side of the 
hole. After passing the axial hose these in turn united to form a single crack: the progressive stages of the fatigue crack 
the characteristic “conchoidal markings” — are particularly well shown. As it developed, the crack front apparently 
turned anti-clockwise which suggests that the plane of operation of the major stress which gave rise to the cracking was 
displaced approximately 20° to the axis of the radial hole. 

The surface of the shaft showed a slight pitting corrosion attack with rusting but this was of no significance. The fracture 
face itself was not discoloured by corrosion or oxidation, and therefore probably did not develop over a great length of 
time. In addition, a copious supply of grease would be available to protect the crack faces. A similar lubrication hole was 
present at the other end of the shaft, but examination by ultrasonic methods did not disclose the presence of any cracking 
in the vicinity. 

The shaft was manufactured from a 0.5% carbon, 1% chromium steel heat treated to give a hardness value of 300 VDP, 
equivalent to an ultimate tensile strength of approximately 65 tpsi. Specimens from the origin of the fatigue crack were 
examined microscopically. It was confirmed that the material was in the hardened and tempered condition and showed no 
abnormalities which would predispose to early failure and the content of non-metallic matter was only of nominal 
amount. 

Failure of the shaft resulted from fatigue due to the cumulative action of the repeated stresses which it had been subjected 
to during service. The stresses, were principally bending due to deflection of the shaft under load, and although their 



value presuming that the machine had been operated within the limits specified by the manufacturer would nominally be 
of a low order, they would be increased by a factor of atleast 3 in the region of the hole by virtue of the stress 
concentration effect that existed. Fatigue failure, of course, can result from either a large number of stress cycles of a 
relatively low order of stress (the so-called low strain-high cycle fatigue) or a smaller number of cycles of stress of a 
much greater order (high strain-low cycle fatigue) and the relatively smooth nature of the fatigue crack surface suggests 
that in this instance the former conditions applied. 

There was however a further contributory factor. Although the shaft was free to rotate, it will be seen from Figure 2 that it 
was orientated at the time of failure so that the radial drilled hole was on the front side of the shaft, that is, the region 
subjected to tension under the bending loads applied by the ropes. That cracking occurred at the one lubricating hole and 
not at the other was probably related to the fact that on the former side the shaft also carried the sheave by which the rope 
was diverted to the derricking drum and would therefore be subject to additional loading from this cause. Failure of the 
sheave on a machine of this type was unique in our experience but it did not appear to be due to any features of an 
unusual nature. It was certain, however, that, in its service life, the shaft had been subjected to repeated stress applications 
which were sufficient to result in the initiation and development of a fatigue crack at the radial hole. 

In order to prevent a repetition of the failure it was recommended that the stress-raising effect of the holes be reduced by 
chamfering or preferably rounding-off the edges. Furthermore, rotation of the shaft should be prevented so that the radial 
holes were positioned on the opposite side of the shaft — that subjected to compressive stresses in service. 

Fatigue cracks of this form are, of course, readily detectable by ultrasonic methods, but in this instance, due to the sheaves 
on the shaft, access for the application of such tests was only possible from the exposed end faces and it was apparent that 
the presence of the radial drilled hole would itself give rise to reflections of the ultrasonic beam and possibly serve to 
mask those from any crack that may have been present. In order to ascertain the minimum depth of cracking that it would 
be possible to detect in the presence of the influence of the hole a series of tests was carried out on the other, intact end of 
the shaft. The response from the hole was evaluated initially and a progressive saw cut is then made through the hole to 
simulate as closely as possible a developing fatigue crack, the ultrasonic response being checked at intervals. 

Taking into consideration the factors which may be present during a site test, it was concluded that a crack could be 

distinguished when it had reached a depth of approximately 2in. from the external surface of the shaft. It was 
recommended that such a test be applied at suitable intervals to machines of this class in order to detect cracks in course 
of development and so assist in preventing a similar mishap. Examination in situ by magnetic or dye penetrant was not 
possible without removal of the shaft and sheaves, an operation which would necessitate special arrangements for 
supporting the “A” frame. 

Subsequently the Contractors operating the machine modified the “A” frame design in order that an ultrasonic test of the 
shaft could be carried out without removing it from the “A” frame. 
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Fractured Lock Ring of Drum 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The lock ring of a centrifuge drum was fractured after one year's operation. The ring, with a trapezoidal thread on the 
inside, was made of steel with approximately 0.5% C, 1.3% Mn and 1.1% Cr and was hardened and tempered to 105 kp/mm2 
strength at 11% elongation (dlO). It fractured radially in one of four places in which the cross section was weakened by short 
grooves (l\l) that served as tool grips for tightening the cover. The fracture propagated from the base of the thread and followed it in 
a circumferential direction till it was broken through radially at the top across the ring due to a weakening caused by the external 
reduction of the cross section. The uppermost turn was corroded at the base by pitting favored by differences in ventilation and 
formation of Evans elements in the narrow gap between thread and counterthread. Metallographic examination showed that the 
pitting favored intergranular fissures and therefore it can be established that stress corrosion accelerated cracking of the ring 
although since the drum was used for the processing of various liquids, the exact corroding medium cannot be stated. 

Keywords: Centrifuges; Lock rings 


Material: Fe-0.5C-l.3Mn-l.lCr (Chromium alloy steel) 


Failure types: Pitting corrosion; Intergranular corrosion; Stress-corrosion cracking 





The lock ring of a centrifuge drum that turned at 4500 rpm fractured after one year’s operation. The ring had a trapezoidal 
thread on the inside whose uppermost turn can be seen in Fig. 1 (G). It had fractured radially in one of four places in 
which the cross section was weakened by short grooves (N) that apparently had served as tool grips for tightening the 
cover. The ring was made of steel with approximately 0.5% C, 1.3% Mn and 1.1% Cr and was hardened and tempered to 
105 kp/mrn 2 strength at 11% elongation (8io). Notch impact strength was 1.5 to 2.5 kpm/Crn 2 (DVM), a comparatively 
low value which may be caused by the sensitivity of this steel to embrittlement during slow cooling after tempering. 



Fig. 1 a. Transverse fracture, b. Inner surface at transverse fracture. Views. N = groove at exterior, G = 
uppermost thread inside. Fracture descaled with dilute hydrochloric acid with inhibitor. Approx. 1 x 

The fracture apparently propagated from the base of the thread and then followed the thread in a circumferential direction 
(Figs. 1 and 2 horizontal at bottom). It then broke through radially at the top across the ring due to a weakening caused by 
the external reduction of the cross section. The uppermost turn that was still present in the fractured specimen sent in for 
examination was corroded at the base by pitting (Figs. 1 and 2). Corrosion was favored in this case by differences in 
ventilation and formation of so-called Evans elements in the narrow gap between thread and counterthread. 



Fig. 2 As Fig. 1. Bottom: circumferential fracture. 3 x 

Metallographic examination showed that such pitting favored intergranular fissures of minor depth (Figs. 3 and 4). 
Therefore stress corrosion seems to be clearly established. It evidently accelerated cracking of the ring. 



Fig. 3 Section, etch: Nital. 100 x Corrosion pit with intergranular cracks. 



Fig. 4 Section, etch: Nital. 100 x Stress corrosion crack propagation. 

Since the drum was used for the processing of various liquids, we cannot state which medium caused the corrosion. 



Related Information 


W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 
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Working Roll with Shell-Shaped Fractures 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A working roll of 210 mm diameter and 500 mm face length was examined because of shell-shaped fractures. The roll 
consisted of Fe-0.83C-l.6Cr steel. The chromium content was low for a roll of this diameter. The crack origin was located about 10 
mm under the roil face. Surface hardness (HV1) of 900 kp/mm2 was exceptionally high corresponding to the martensitic peripheral 
structure. An untempered piece with such a thick cross section and a hardened peripheral zone with such high hardness must have 
high residual stresses that culminate in the transition zone. Therefore it must be very sensitive against additional stresses, be these 
of a mechanical or thermal nature. This contributed to the fragmenting of the roll face. 

Keywords: Cracking (fracturing); Residual stress; Rolling mill rolls; Thermal stresses 

Material: Fe-0.83C-l.60Cr (Chromium alloy steel) 

Failure type: Fleat treating-related failures 


A working roll of 210 mm diameter and 500 mm face length was examined because of shell-shaped fractures. The roll 
consisted of chromium steel of the followi ng composition in wt.-%: 


c 

Si 

Mn 

P 

S 

Cr 

0,83 

0,23 

0,20 

0,020 

0,007 

1,60 


The chromium content was low for a roll of this diameter. 


The fracture of the roll is shown in Fig. 1. The crack origin is designated by an arrow. It was located approx. 10 mm 
under the roil face. From this point the fracture in form of a narrow strip, whose special structure can be seen better at a 
higher magnification in Fig. 2, runs concentrically around almost two-thirds of the circumference and at various points 
exits at the surface obliquely from the strip. The fracture had a fine-grained structure. Figure 3 shows the roll after etching 
of the surface with 5% Nital. The dark strips are tempered structure and prove that the roll became hot in places. This 
probably happened 1 through sliding of the material to be rolled 1. But it is also entirely possible that the hot spots 
occurred at least in part after fracturing through polishing of break-away splinters. As can be seen from the transverse 
section (Fig. 4) and the hardness-depth curve (Fig. 5) the roll was hardened to a depth of 18 to 20 mm. The peripheral 
structure consisted of very fine acicular martensite with fine spherical carbide inclusions (Fig. 6) up to a depth of 5-6 
mm. The martensite indicated no signs of tempering treatment. Adjoining the purely martensitic peripheral zone was a 
transition zone with increasing amount of bainite and pearlite from the exterior to the interior, (Fig. 7) that led into the 
pearlitic core (Fig. 8). 






Fig. 3 Roll after etching of face with 5% Nital. 



Fig. 4 Transverse section through plane of fracture origin. Etch: Copper ammonium chloride solution according 
to Heyn. 
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Fig. 5 Hardness course under roll face. 





Fig. 6 Microstructure of roll. Transverse section, etch: Picral, 500x Martensitic peripheral zone (up to 6 mm 



Fig. 7 Microstructure of roll. Transverse section, etch: Picral, 500x Transition zone (martensite with bainite) 






Fig. 8 Microstructure of roll. Transverse section, etch: Picral, 500x Pearlitic core structure. Transverse section, 
etch: Picral, 500x 

Surface hardness (HV1) of 900 kp/mrn 2 was exceptionally high corresponding to the martensitic peripheral structure. An 
untempered piece with such a thick cross section and a hardened peripheral zone with such high hardness must have high 
residual stresses that culminate in the transition zone. Therefore it must be very sensitive against additional stresses, be 
these of a mechanical or thermal nature. This contributed to the fragmenting of the roll face. 
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Metallic Inclusions in Steel 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Examples of metallic inclusions in steels of various types are presented. The structure of an inclusion in an annealed Fe- 
lC-1.5Cr steel consisted of ferrite with lamellar pearlite. The carbon content of the inclusion was therefore considerably lower than 
that of the chromium steel and was adapted to the latter by diffusion only at the periphery of the inclusion. In another section of a 
hardened piece of the same chromium steel, the steel in this case had a structure of martensite with hypereutectice carbide, while 
the inclusions consisted of a very fine laminated eutectoid of the lower pearlite range (Troostite). In a pipe of 18-8 austenitic 
stainless steel a weakly magnetizable spot of limited size was found. This inclusion too was probably more alloy-deficient than the 
austenitic steel, similar to the ones described above. All three cases were casting defects. 

Keywords: Inclusions; Steel making 

Materials: 18-8 (Austenitic wrought stainless steel); Fe-l.0C-l.5Cr (Chromium alloy steel) 


Failure type: (Other, general, or unspecified) processing-related failures 


Occasionally metallic inclusions are found in ingots, semi-finished or finished products which top crusts resemble 1, 2, 3. 
While these can be differentiated from the steel in the primary structure but not in composition or the secondary structure, 
the former may have different basic composition and therefore also a different structure than the surrounding material 4. 
How such foreign matter has entered into the cast structure is usually impossible to establish later. For the nowa-days 
rarely used stirring of castings or pouring with curves, for instance, iron rods are used, from which pieces may melt off 
and fall into the liquid steel. But more probably the metallic inclusions originate in floated base places of carbon-deficient 
steel, such as are inserted into the mold in casting from the above for the protection of the bottom. In any case, irrespctive 
of their origin, they must be regarded as casting defects. 

In the following examples metallic inclusions in steels of various types are shown. 

1. The Figs. 1 and 2 show the structure of an inclusion in an annealed chromium steel with approx. 1% C and 1.5% 
Cr. It consists of ferrite with lamellar pearlite. The carbon content of the inclusion was therefore considerably 
lower than that of the chromium steel and was adapted to the latter by diffusion only at the periphery of the 
inclusion. The lamellar formation of the pearlite shows that the inclusion has reached the (a + y) — region during 
annealing of the chromium steel that took place between 750 and 800°C according to specifications. The structure 
of the chromium steel consisted of speroidal carbide in a ferritic matrix. The carbon has gone into solution and 
transformed into carbide grains. 

2. The Figs. 3 and 4 show the structure of a section of a hardened piece of the same chromium steel that also 
contains metallic inclusions. While the chromium steel in this case had a structure of martensite with 
hypereutectice carbide, the inclusions consisted of a very fine laminated eutectoid of the lower pearlite range 
(Troostite). 

The carbon content in this structure cannot be estimated. But it was lower than that of the chromium steel, 
because the latter was clearly decarburized in the region directly adjoining the inclusion. This is expressed in Fig. 
4 where the hypereutectic carbide has disappeared from the structure of the chromium steel and the austenite has 
been transformed in some areas to Bainite. The inclusion itself has been transformed to pearlite as previously 
stated which proves that it is more alloy-deficient than the surrounding steel. 

3. In a pipe of austenitic 18/8 stainless steel a weakly magnetizable spot of limited size was found. It was assumed 
that in this region an enrichfent of 8-ferrite may be present. 

X-ray diagrams of the outer and inner pipe surface in the indicated area showed only austenitic lines. 

A longitudinal section through the weak magnetic region of the pipe wall showed the presence of a thin layer with 
deviating structure. This layer appeared as a dark strip at slight magnification (designated in Fig. 5 by arrow). 
During magnetic in this strip which proves that the weak magnetic reaction of the pipe was caused by this strip. 
During higher magnification it could be seen that the deviating etch behavior was caused by carbon-deficient 
martensite contents (Fig. 6). Therefore this inclusion too was probably more alloy-deficient than the austenitic 
steel, similar to the ones described above. All three cases therefore were casting defects of the type mentioned 
above. 




Fig. 1 Foreign inclusion in an annealed piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch Picral lOOx 



Fig. 2 Foreign inclusion in an annealed piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch Picral 500x 




Fig. 3 Foreign inclusion in a hardened piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch: Picral 25x 



Fig. 4 Foreign inclusion in a hardened piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch: Picral 500x 


Fig. 5 Foreign inclusion in a pipe 18/8 stainless steel. Longitudinal section through the weakly magnetized 
region. Etch: V2A pickle lOx 



Fig. 6 Foreign inclusion in a pipe 18/8 stainless steel. Longitudinal section through the weakly magnetized 
region. Etch: V2A pickle 500x 
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Gear and Pinion Failures Due to Improper Carburization 


From: VJ. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: A gear manufacturer experienced service problems with various gears and pinions that had worn prematurely or had 
fractured. All gears and pinions were forged from 1.60Mn-5Cr steel and were case hardened by pack carburizing. Gear Failure: One 
of the gears showed severe wear on the side of the teeth that came into contact with the opposing gear during engagement. The 
microstructure at the periphery of a worn tooth at its unworn side consisted of coarse acicular martensite with a large percentage of 
retained austenite. Pinion Failure: The teeth of the pinion exhibited severe spalling; the microstructure at the surface consisted of 
coarse acicular martensite with retained austenite. Also, a coarse network of precipitated carbide particles showed that the 
carburization of the case had appreciably exceeded the most favorable carbon content. This evidence supported the following 
conclusions: 1) High wear rate on the gears was caused by spalling of the coarse-grain surface layer. The underlying cause of the 
wear was overheating during the carburization. 2) Pinion failure resulted from overheating combined with excessive case carbon 
content. Thus, the No recommendations were made. 

Keywords: Carburizing; Forgings; Gears; Overheating; Pinions 


Material: Fe-1.60Mn-5Cr (Chromium alloy steel) 


Failure types: Spalling wear; Intergranular fracture; Fleat treating-related failures 


A gear manufacturer experienced service problems with various gears and pinions that had worn prematurely or had 
fractured. All gears and pinions were forged from 1.60Mn-5Cr steel and were case hardened by pack carburizing. 

Gear Failure. One of the gears showed severe wear on the side of the teeth that came into contact with the opposing 
gear during engagement (Fig. 1). This contact point is where high shock loads had to be accommodated at large 
differences in peripheral speed. The microstructure at the periphery of a worn tooth at its unworn side (Fig. lb) consisted 
of coarse acicular martensite with a large percentage of retained austenite. Parts with such a structure usually have a 
relatively low wear resistance because of low hardness. They are also very sensitive to shock because of their large grain 
size. 




Fig. 1 Forged 1.60Mn-5Cr steel gear and pinion that failed in service because of improper carburization, (a) 
Gear showing irregular wear on teeth, (b) Microstructure on the periphery of a gear tooth on the unworn side 
showing coarse martensite and large amounts of retained austenite (white), (c) Spalled teeth of a pinion, (d) 
Intergranular cracking at the tip of a pinion tooth. Source: Ref 1 

It was concluded that the high wear rate was caused by spalling of the coarse-grain surface layer. The underlying cause of 
the wear was overheating during the carburization. 

Pinion Failures. The teeth of the pinion in Fig. 1(c) exhibited severe spalling; the fracture surfaces at spalled regions 
were coarse grained and lustrous. The microstructure at the surface consisted of coarse acicular martensite with retained 
austenite, si mi lar to that shown in Fig. 1(b). Also, a coarse network of precipitated carbide particles showed that the 
carburization of the case had appreciably exceeded the most favorable carbon content, resulting in increased sensitivity to 
shock. This structure indicates that the pinions were overheated during carburizing and that the carbon content of the case 
was excessive. 

Another pinion showed wear on one side of the teeth, similar to the wear on the gear teeth shown in Fig. 1(a). Cracks 
followed coarse prior-austenite grain boundaries in regions along tips of teeth (Fig. Id). 

Examination of the fracture surfaces of the pinions, together with examination of the microstructures, showed that the 
failures resulted from overheating combined with excessive case carbon content. These factors resulted in a large grain 
size with a brittle grain-boundary network. The overall effect is that the steel had low resistance to shock loading, wear, 
and surface fatigue. 
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Oxidized Recuperator Pipes 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: High-chromium steel pipes 42.25 x 3.25 mm from a blast furnace gas fired recuperator for the preheating of air were 
heavily oxidized and perforated in places. It was found that the blast furnace gas had a high sulphur content. Both the carburization 
and the formation of sulfide proved that in addition, from time to time at least, combustion was incomplete and the operation was 
carried out in a reducing atmosphere, with the result that oxygen deficiency prevented the formation or maintenance of a protective 
surface layer on the external surface of the pipes. The sulfur would probably not have damaged the nickel-free steel used here at 
the given temperatures if it had been present as sulfur dioxide in an oxidizing atmosphere. The damage was therefore caused 
primarily by an incorrectly conducted combustion process. 

Keywords: Blastfurnace components; Carburization (corrosion); Pipe; Recuperators; Sulfurization 


Materials: XIOCrAI 7 (Chromium alloy steel); Fe-0.37C-26Cr (Ferritic stainless steel); Fe-0.29C-26Cr (Ferritic stainless steel) 


Failure type: High-temperature corrosion and oxidation 


Pipes 42.25 x 3.25 mm from a blast furnace gas fired recuperator for the preheating of air were heavily oxidized and 
perforated in places. Depending on the load the temperature of the combustion gas in the flue channel on entering Group 
1 of the recuperator was 1150 to 1200°C, falling in Group 1 to 1125°C, in Group 2 to 1050 to 1000°C and in Group 3 to 
860 to 840°C. The air was heated to 420 to 450°C in Group 3, to 580 to 640°C in Group 1 and to 750 to 820°C in Group 
2. Theoretically the maximum wall temperature in Group 1 should be 790 to 920°C, in Group 2 860 to 960°C and in 
Group 3 680 to 770°C. In practice a maximum temperature of 1025°C was measured. The pipes in Groups 1 and 2 should 
have been made from a steel with <0.18% C and 27 % Cr, those in Group 3 from a steel with < 0.12 % C, 6 to 7 % Cr 
and 0.5 to 1.0 % A1 such as X10 Cr AI 7, Material No. 1.4713. 

Two pipes were examined from each group. Pipes from Groups 1 and 2 were heavily oxidized on the gas side (externally) 
and had burnt through in places (Fig. 1). The pipes from Group 3 however had only a thin external scale layer. Internally, 
on the air side, all the pipes were smooth. 




Fig. 1 View of recuperator pipes from Groups 1, 2 and 3 (top to bottom). 2x 

Chemical analysis of the pipes yielded the data shown in Table 1. In the case of the pipes in Groups 1 and 2 the carbon 
content is much higher than specified and in the case of the pipes in Group 3, the aluminium content lower. 


Table 1 Chemical composition of the pipes 


pipe from group 

C % 

Si % 

Mn % 

Cr % 

Al% 

1 

0,37 

0,29 

0,50 

26,1 

0,05 

2 

0,29 

0,45 

0,63 

25,9 

0,01 

3 

0,12 

0,82 

0,44 

6,58 

0,11 


Baumann prints were taken of the external surface and of cross sections of the pipes to test for sulphur present as sulphide 
(Figs. 2 and 3). A reaction was obtained only with pipes from Group 3. 



Fig. 2 Pipe from Group 1. Baumann sulphur prints from cross sections. 



Fig. 3 Pipe from Group 3. Baumann sulphur prints from cross sections. 

Microscopic examination revealed a thick oxide layer on the external surfaces of pipes from Groups 1 and 2 below which 
there was a narrow zone with oxide and sulphide precipitates (Fig. 4). The internal surface, however, was coated with 
only a thin layer of scale (Fig. 5). Pipes from Group 3 had an external oxide coating below which there was a layer of 
sulphide scale which had preferentially penetrated the grain boundaries (Fig. 6). On the internal surface (air side) they had 
a coating of oxide scale (Fig. 7). Like the analysis, the microstructure of the pipes from Groups 1 and 2 showed a higher 
than specified carbon content of the Group 3 pipes, however, was scarcely more than normal for this steel (Fig. 8). 





Fig. 4 External surface (gas side). Surface microstructure of a pipe from Group 2. Cross section, unetched. 
200x 



Fig. 5 Internal surface (air side). Surface microstructure of a pipe from Group 2. Cross section, unetched. 
200x 



Fig. 6 External surface (gas side). Surface microstructure of a pipe from Group 3 Cross section, unetched. 
200x 






Fig. 7 Internal surface(air side). Surface microstructure of a pipe from Group 3 Cross section, unetched. 200x 



Fig. 8 External surface microstructure of a pipe from Group 3. Cross section, etched in V2A pickle. 200x 
It must be concluded from the findings that the blast furnace gas had a high sulphur content. Both the carburization and 
the formation of sulphide prove that in addition, from time to time at least, combustion was incomplete and the operation 
was carried out in a reducing atmosphere, with the result that oxygen deficiency prevented the formation or maintenance 
of a protective surface layer on the external surface Of the pipes. The sulphur would probably not have damaged the 
nickel-free steel used here at the given temperatures if it had been present as sulphur dioxide in an oxidizing atmosphere, 
The damage was therefore caused primarily by an incorrectly conducted combustion process. 




Fig. 9 External surface microstructure of a pipe from Group 2. Cross section, etched in V2A pickle. 200x 
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Rupture of Chromium-Molybdenum Steel Superheater Tubes Because of 
Overheating 

From: D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 


Abstract: The tubes of a stationary industrial boiler, 64 mm in diameter and made of 1.25Cr-0.5Mo steel (ASME SA-213, grade T- 
11) failed by two different types of rupture. Noticeable swelling of the tubes in the area of rupture was revealed by visual 
examination. The tubes with slight longitudinal splits were interpreted to have failed by stress rupture resulting from prolonged 
overheating at 540 to 650 deg C as the microstructure exhibited extensive spheroidization and coalescence of carbides. The larger 
ruptures were tensile failures that resulted from rapid overheating to 815 to 870 deg C as a completely martensitic structure was 
revealed at the edges of the ruptures in these tubes because of rapid quenching by escaping fluid. The prolonged-overheating 
failures were concluded to have been the primary ruptures and that local loss of circulation had caused rapid overheating in adjacent 
tubes. Poor boiler circulation and high furnace temperatures were believed to have caused the prolonged overheating. 

Keywords: Heat exchanger tubes; Overheating; Spheroidizing; Superheaters 


Material: 1.25Cr-0.5Mo (Chromium-molybdenum alloy steel); ASME SA213-T11 (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


Two instances of superheater rupture occurred about 10 days apart in a stationary industrial boiler. Three tubes failed the 
first time, and four tubes the second. The tubes, 64 mm (2.5 in.) in diameter and made of 1.25Cr-0.5Mo steel (ASME SA- 
213, grade T-l 1), failed by two different types of rupture, and both types occurred in each instance of failure. 

Investigation. Visual examination of each type of rupture revealed noticeable swelling of the tubes in the area of 
rupture (Fig. 1). Relatively slight scaling, probably caused by high-temperature oxidation, was visible on fire-side 


surfaces, and black deposits and white deposits were found on steam-side surfaces. Subsequent analyses by scanning 
electron microscopy (SEM) and x-ray diffraction identified magnetic iron oxide (Fe^O^t) as the major constituent in the 
black deposit, and a complex sodium aluminum silicate as the major constituent in the white deposit. The nature and 
extent of the scale did not suggest that it was a contributing factor in the failures. 




(b) 


Fig. 1 Superheater tubes made of chromium-molybdenum steel (ASME SA-213, grade T-ll) that ruptured 
because of overheating, (a) Tube that failed by stress rupture, (b) Resultant loss of circulation and tensile 
failure 

Metallographic examination indicated that the tubes with slight longitudinal splits (Fig. la) had failed by stress 
rupture resulting from prolonged overheating at 540 to 650 °C (1000 to 1200 °F); the microstructure exhibited extensive 
spheroidization and coalescence of carbides. In contrast, the huger ruptures (Fig. lb) were tensile failures resulting from 
rapid overheating to 815 to 870 °C (1500 to 1600 °F); a completely martensitic structure existed at the edges of the 
ruptures in these tubes because of rapid quenching by escaping fluid. 

Conclusions. Based on the evidence—especially that both types of rupture had occurred in each instance of failure—it 
was concluded that the prolonged-overheating failures had been the primary ruptures and that local loss of circulation had 
caused rapid overheating in adjacent tubes. The prolonged overheating was believed to have resulted from poor boiler 
circulation and high furnace temperatures. 
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Rupture of a 1.25Cr-0.5Mo Steel Reheater Tube Because of Localized 
Overheating 


From: D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 


Abstract: Pendant-style reheater, constructed of ASME SA-213, grade T-ll, steel ruptured. A set of four tubes, specified to be 64 
mm outside diameter x 3.4 mm minimum wall thickness was examined. A small quantity of loose debris was removed from the 
inside of one of the tubes. The major constituent was revealed by Energy-dispersive X-ray spectrometry (EDS) analysis of the debris 
to be iron with traces of phosphorus, manganese, sodium, calcium, copper, zinc, potassium, silicon, chromium, and molybdenum. 
Thus the debris was interpreted to be the scale from inside diameter of the tube with boiler feedwater chemicals from the 
attemperation spray. The likely cause of failure was concluded to be exfoliation of the scale from the inside-diameter surface of the 
tube. Creep failures were interpreted to be caused by localized temperatures higher than the maximum service temperature. 
Replacement of the affected tubes was recommended. Inspection of the tubes by radiography to find the circuits with the greatest 
accumulation of debris and replacing them as necessary was recommended on an annual basis. 

Keywords: Exfoliation; Scale (corrosion) 


Material: 1.25Cr-0.5Mo (Chromium-molybdenum alloy steel); ASME SA213-T11 (Chromium-molybdenum alloy steel) 
Failure types: Fligh-temperature corrosion and oxidation; Creep fracture/stress rupture 


This particular pendant-style reheater, constructed of ASME SA-213, grade T-ll, steel, had been plagued by a rash of 
failures. All failures were similar in appearance and locations. The tubes measured 64 mm (2.5 in.) outside diameter x 3.4 
mm (0.134 in.) specified minimum wall thickness. A set of four tubes from several pendants was submitted for 
metallurgical evaluation. Figure 1(a) shows the four-tube set from the bottom of the pendant. 



Fig. 1 Ruptured tubes from a pendant-style reheater, (a) As-received sections from the toe of the reheater, 
(b) Creep-type failure typical of all the failed tubes. See also Fig. 2. 

Investigation. Visual examination showed that all of the ruptures were similar. Figure 1(b) illustrates one of these 
narrow fissure-type failures. Dimensional measurements showed no swelling except at the failure. Wall thickness away 
from the rupture was 3.8 to 3.9 mm (0.148 to 0.154 in.), depending on precise location and on the tube—well above the 
specified 3.4 mm (0.134 in.). No corrosion or other excessive wastage was observed at any location, nor was any inside- 
diameter deposit noted. Inside-diameter scale was quite uniform away from the fissure and measured 0.13 mm (0.005 in., 
or 5 mils). The inside-diameter scale at the fracture region measured up to 1.3 mm (0.050 in., or 50 mils). A small 
quantity of loose debris was removed from the inside of one of the tubes; the particles were simply poured out as chunky 
bits. 

Samples for microstructural analysis were taken through the failure lip, in line with the failure on the bottom of the 
pendant 205 mm (8 in.) from the failure, and in the same plane as the failure but 180° around the perimeter of the tube. 
The structure at the failure was completely spheroidized carbides in a ferrite matrix (Fig. 2a). The samples from locations 
2 and 3 are nearly normal ferrite and pearl itc (Fig. 2b and c). The carbide phase was spheroidized, but the pearlite 
colonies were still clearly defined. 




Fig. 2 Microstructures of the failed reheater tube in Fig. 1(b). (a) Section through the failure lip showing a 
complete spheroidization of the carbide phase in ferrite, (b) Section in the same plane as the failure, but 180° 
around the circumference of the tube. Structure is nearly normal pearlite and ferrite, (c) Section taken 205 mm 
(8 in.) away from the failure is also normal ferrite and pearlite. These three structures indicate the elevated 
temperature is confined to a small area of the failure. All etched with nital. 500x 

Energy-dispersive x-ray spectrometry (EDS) analysis of the debris showed the major constituent to be iron with traces of 
phosphorus, manganese, sodium, calcium, copper, zinc, potassium, silicon, chromium, and molybdenum. Thus, the debris 
is probably scale from the inside diameter of the tube (iron, manganese, silicon, chromium, and molybdenum), with boiler 
feedwater chemicals (phosphorus, sodium, and calcium) from the attemperation spray. The other elements detected 
(copper and zinc) also come from the spray, but indicate a feedwater heater or condenser-tube leak. 

Using Eq with X either 5 or 50 mils and a time, t, of 37,000 h (80% availability and 52 years of service on the reheater), 
the average metal temperature is estimated to be about 650 °C (1200 °F) at the failure and about 540 °C (1000 °F) 
elsewhere. 

Conclusion. The likely cause of failure is exfoliation of the scale from the inside-diameter surface of the tube. These 
small particles collect at the lowest point of the pendant, effectively insulating the tube. Thus, a small localized area has a 
metal temperature about 110 °C (200 °F) hotter than the rest of the circuit. At 650 °C (1200 °F), ASME SA-213, grade T- 
11, is above its usual oxidation limit or maximum service temperature of 550 °C (1025 °F). Such service temperatures 
resulted in the creep failures and the low reliability reported on this unit. 

Recommendations. Because reheaters are more apt to experience exfoliation than superheaters and because 
prevention is difficult, the most effective solution is to replace the affected tubes. Recommendations involved inspecting 
the tubes by radiography to find the circuits with the greatest accumulation of debris and replacing them as necessary on 
an annual basis. 
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Failure of a Weld Seam in a Heat Exchanger of an Ammonia Synthesis Plant 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A heat exchanger, with a container made of welded hollow cylindrical forgings, used in an ammonia synthesis plant failed 
after five year's use. The container, made of alloy steel, 12 CrMo 19 5 (Material No. 1.7362), was used under the reported conditions 
of temperature that did not exceed 400 deg C at a hydrogen partial pressure of approx. 600 atmospheres. X-ray examination of the 
welded seams of the container showed a fissure in one of the seams, and microscopic examination of the etched material showed 
the fissure originated on the outside, at the transition from the unetched austenitic welding material to the basic material of the 
container. Higher magnification revealed an approx. 0.5 mm wide zone adjacent to the weld seam which was permeated with 
intergranular cracks as a result of hydrogen attack. It also showed the structure incorporating the grain boundary cracks to be 
completely martensitic. Thus, the failure was due to hardening of the base material during welding, and recommendation was made 
to temper or anneal the welded regions to reduce the effects on the material of hydrogen under pressure. 

Keywords: Ammonia; Chemical processing equipment; Heat exchangers; Post heating; Welded joints 


Material: 12CrMol9 5 (Chromium-molybdenum alloy steel) 


Failure types: Joining-related failures; Hydrogen damage and embrittlement 


A heat exchanger was removed from an ammonia synthesis plant after five years' service because loss of gas indicated a 
leak. The container consisted of a number of hollow cylindrical forgings which were welded together. Alloy steel of 
designation 12 CrMo 19 5 (Material No. 1.7362) 1) which is highly stable in hydrogen, was used. The temperature 
reportedly did not exceed 400°C at a hydrogen partial pressure of approx. 600 atmospheres. Under these conditions the 
steel that was used can be considered absolutely stable. It was therefore suspected that a weld seam was leaky or had 
become so. A fine fissure was indeed located by X-ray examination in one of the welded seams. A specimen was 
removed from this location for investigation (Fig. 1). 


Schnitl 




Fig. 1 Position of the specimens in the wall of the container. 

An etched cross section through the round seam is shown in Fig. 2, The fissure originated on the outside, at the transition 
from the unetched austenitic welding material, which is highly resistant to attack by hydrogen, to the basic material of the 
container. For some distance, the fissure followed the transition zone, after which it deviated in a direction perpendicular 
to the inner wall of the tube, without however reaching it at the examined location. 


Fig. 2 Longitudinal cross section, see Fig. 1, etch: picral. 4 x 

Figures 3 and 4 reproduce a section from the flawed region at a higher magnification. This reveals an approx. 0.5 mm 
wide zone adjacent to the weld seam which is permeated with intergranular - cracks as a result of hydrogen attack. The 
fissure originated in this zone but later left it in order to follow the direction of maximum stress. Figures 5 and 6 show the 
structure adjacent to the weld seam at higher magnification. The zone incorporating the grain boundary cracks is 
completely martensitic. The weld seam was therefore not tempered or annealed. This is also evident from the hardness 



values shown in Fig. 7. Whereas the weld has an approximate hardness of 180 (F1V 0.1) and the base material one of 150 
kg/mm 2 , the hardness in the critical zone next to the seam increases to 380 kg/mm 2 . 



Fig. 3 Longitudinal cross section, see Fig. 2. 50 x Unetched. 



Fig. 4 Longitudinal cross section, see Fig. 2. 50 x Etch: picral. 






Fig. 6 Martensite zone adjacent to the austenitic weld seam, etch: picral. 500 x 
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Fig. 7 Hardness values near the weld seam. 

As mentioned previously 2), steel can be made resistant to attack by hydrogen under pressure by the addition of elements 
which bind all of the carbon in the form of stable carbides of low solubility. This should be the case in the presently used 
alloy containing 5 % Cr and 0.5 % Mo. The equilibrium phases and concentrations will however only appear if the steel is 
cooled slowly from the austenitic region. This is usually not the case after welding. In this case the unstable iron carbide 
may segregate as a transition phase in a zone immediately adjacent to the seam, since this zone is heated to the highest 
temperature and cooled at the fastest rate. This unstable phase may be transformed into the equilibrium carbide by means 
of tempering or annealing. 

The damage therefore arose because of the omission to anneal the container, or at least the welded regions, after the 
welding process. 
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Investigation of Superheated Steam Push Rod Spindles 


Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A spindle made of hardenable 13% chromium steel X40Crl3 (Material No. 1.4034) that was fastened to a superheated 
steam push rod made of high temperature structural steel 13CrMo44 (Material No. 1.7335) by means of a convex fillet weld, 
fractured at the first operation of the rod directly next to the weld bead. Investigation showed that the fracture of the superheated 
steam push rod spindle was caused by hardening and hardening crack formation in the weld seams and adjoining areas. It would 
have been preferable to avoid welding near the cross sectional transitions altogether in consideration of the crack sensitivity of high 
hardenability steels. If for some reason this was not possible, then all precautions should have been taken that are applicable to the 
particular steel, such as preheating, slow cooling and stress relief tempering after welding. The selection of an austenitic additive 
material should have been considered because it could have equalized stresses due to its high elongation. Most probably, however, a 
material of lower hardenability should have been selected for the spindle if high operating properties were of paramount importance. 
Keywords: Cracking (fracturing); Spindles; Superheaters; Welded joints 


Materials: 13CrMo44 (Chromium-molybdenum alloy steel); X40Cr 13 (Martensitic stainless steel) 


Failure type: Joining-related failures 


A spindle made of hardenable 13% chromium steel X 40 Cr 13 (Material No. 1.4034) that was fastened to a superheated 
steam push rod made of high temperature structural steel 13 CrMo 44 (Material No. 1.7335) by means of a convex fillet 
weld, fractured at the first operation of the rod directly next to the weld bead. The carbon-rich stainless spindle steel was 
said to have been selected because of its good operating properties. 

At the fracture a narrow circumferential zone of fine fracture grain could be observed that pointed to a hardening of the 
material next to the seam. 

A longitudinal section through the fracture origin after various etches showed the structure presented in Figs. 1 and 2. A 
low alloy additive was used for welding that was alloyed in contact with the spindle to such an extent that it was attacked 
by copper ammonium chloride solution according to Heyn, but not by Nital. In this alloyed area of the weld seam, as well 
as in the spindle directly next to the seam, several short cracks appeared which are designated by arrows in Fig. 1. Such a 
crack may also have been the cause of fracture. Figure 3 shows the crack in the transition zone of the spindle material on 
a larger scale. This zone has a hardened microstructure of martensite and ferrite (Fig. 4), while Fig. 5 shows the 
contrasting annealed microstructure of the unaffected spindle material consisting of chromium carbides in a ferritic 
matrix. 








Fig. 3 Stress crack in hardened zone of broken spindle (left: weld), longitudinal section, etch: V2A-pickling 
solution. 100 x 



Fig. 4 Microstructure of hardened zone, etch: V2A-pickling solution. 500 x 




Fig. 5 Unchanged microstructure of spindle, etch: V2A-pickling solution. 500 x 

Based upon the results of this investigation, the works manager of the power station in which several more of these 
shutoff valves were used, sent a push rod that did not show any such damage as yet, for nondestructive testing for cracks. 
It is shown in Fig. 6. The spindle is screwed into the foot of the pusher and secured against torsion by two bolts. It is not 
clear what sense the welding has made under these circumstances. In any case, it certainly was unsuitable as a means for 
rounding off the cross sectional transition as was proved by the fracture caused by it. 



1 

Fig. 6 Superheated steam push rod with unbroken spindle. 4 x 

Figure 7 shows the weld seam to be examined in actual size. Without any special aids it can easily be recognized that the 
seam has fractured to a length of approximately 30 mm in a circumferential direction. No further damages could be 
detected even by magnetic powder testing. Based upon this finding, the spindle was opened lengthwise through the 
fracture location. As can be seen from Fig. 8 the crack propagation pointed to the fact that the crack originated at the 
inside. A short incipient crack of 0.2 mm depth could also be found in the spindle material next to the weld at location a. 
Incipient cracks in the weld seam and adjoining it in the spindle material were also found on the side opposite the crack 
(Fig. 9, locations a and b). They are shown on a larger scale in Figs. 10 and 11. Similar, but shorter incipient cracks were 
also found in the weld joint with which the collar that secures the seal when the pusher is open is fastened onto the spindle 
(compare Fig. 6). The structure in the cracked zones consisted of martensite with little ferrite, just like in the broken 
spindle. 




Fig. 8 Longitudinal section through weld seam of unbroken super-heated steam push rod, etch: V2A-pickling 
solution. 5 x. Section through crack. 




Fig. 9 Longitudinal section through weld seam of unbroken super-heated steam push rod, etch: V2A-pickling 
solution. 5 x. Side opposite crack. 


Fig. 10 Longitudinal section, etch: V2A-pickling solution. 100 x. Crack in transition from weld seam (left) to 
spindle (location a in Fig. 9). 





Fig. 11 Longitudinal section, etch: V2A-pickling solution. 100 x. Crack in weld seam (location b in Fig. 9). 

This investigation has shown that the fracture of the superheated steam push rod spindle was caused by hardening and 
hardening crack formation in the weld seams and adjoining areas. Several errors were made during design and production 
of the push rods. 

1. It would have been preferable to avoid welding near the cross sectional transitions altogether in consideration of 
the crack sensitivity of high hardenability steels. 

2. If for some reason this was not possible, then all precautions should have been taken that are applicable to the 
particular steel, such as preheating, slow cooling and stress relief tempering after welding. 

3. The selection of an austenitic additive material should have been considered because it could have equalized 
stresses due to its high elongation. 

4. Most probably, however, a material of lower hardenability should have been selected for the spindle if high 
operating properties were of paramount importance. 
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Creep Rupture in a Superheated Steam Transfer Line 

T.L. da Silveira, Tito Silveira Engenharia e Consultoria, Limited; I. Le May, Metallurgical Consulting Services, 
Ltd. 


From: T.L. da Silveira, I. Le May, Damage Assessment and Integrity in High Temperature Plant, Creep: Characterization, Damage 
and Life Assessments (Proceedings of the Fifth International Conference on Creep of Materials, Lake Buena Vista, Florida, 18-21 May 
1992), D.A. Woodford, C.H.A Townley, and M. Ohnami, Ed., ASM International, 1992, p 236 


Abstract: Rupture occurred at a bend in a superheated steam transfer line between a header and a desuperheater of a boiler 
producing 230 t/h of steam at 540 deg C and 118 kPa. The boiler had operated for 77,000 h. Rupture occurred along the outer bend 
radius of the 168 mm diameter tube, this being of 1 Cr, 0.5 Mo steel with a wall thickness of 14 mm. The design temperature of this 
tube was 490 deg C, but there is evidence that it was operating at a temperature much above 500 deg C. Metallographic analysis 
disclosed an advanced stage of creep damage accumulation in the form of local cracks, microcracks, and aligned damage centers 
which showed up as voids upon repeated polish-etch cycles. Because of the local nature of creep damage that can occur, any 
inspection that involves in situ metallography must be conducted at exactly the right or critical position, or the presence of damage 
may not be detected. 

Keywords: Superheaters; Tube bends 


Material: lCr-0.5Mo (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


Rupture occurred at a bend in a superheated steam transfer line between a header and a desuperheater of a boiler 
producing 230 t/h of steam at 540°C and 118 kPa. The boiler had operated for 77,000 h. The geometry of the failed region 
is shown in Figure 1. Rupture occurred along the outer bend radius of the 168 mm diameter tube, this being of 1 Cr, 0.5 
Mo steel with a wall thickness of 14 mm. The design temperature of this tube was 490°C, but there is evidence that it was 
operating at a temperature much above 500°C. 



Fig. 1 Schematic showing where failure occurred in superheated steam transfer line. 

Metallographic analysis of the material disclosed an advanced stage of creep damage accumulation in the form of local 
cracks, microcracks and aligned damage centers which show up as voids following upon repeated polish-etch cycles ( 2). 
The severity of the damage changed from level D at the surface cracks to level A within a very short distance, using the 
Neubauer criterion for classification of creep damage (1). Figure 2 shows an area where the damage is at level C. The 
overall distribution of damage around the crack centerline is shown in a cross-section through the bend in Figure 3, in 
which the extremely localized nature of the creep damage is apparent for this case. 






Fig. 2 Specimen cut from the bend very close to the main crack, illustrating creep damage in the form of 
aligned damage center, shown as voids, with linking microcracks. Repeated polishing procedures. Nital etch. 
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Fig. 3 Schematic distribution of creep damage around main crack. 

The case of creep rupture in the superheated steam transfer line emphasizes the local nature of creep damage that can 
occur. The outside of a bend in a superheater tube is a critical area at which creep damage may accumulate. Any 
inspection that involves in situ metallography must be conducted at exactly the right or critical position, or the presence of 
damage may not be detected. Also, if the preparation is not done in a correct manner to emphasize the presence of damage 
( 2), little may be seen even though the material is close to failure. Thus, not only must the positions for in situ 
metallography be carefully chosen, but a sufficient number of areas must be examined to minimize the risk of missing a 
critical area. 
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Failure Analysis of a Set of lCrMoV Studs From a Steam Turbine and 
Techniques for Its Assessment 

J.J. Hickey and J.H. Bulloch, ESB 


From: J.J. Hickey and J.H. Bulloch, Failure Analysis of a Set of lCrMoV Studs From a Steam Turbine and Techniques for Its 
Assessment, Creep: Characterization, Damage and Life Assessments (Proceedings of the Fifth International Conference on Creep of 
Materials, Lake Buena Vista, Florida, 18-21 May 1992), D.A. Woodford, C.H.A Townley, and M. Ohnami, Ed., ASM International, 
1992, p 321-330 


Abstract: The results of a failure analysis of a series of CrMoV steel turbine studs which had experienced a service lifetime of some 
50000 h are described. It was observed that certain studs suffered complete fracture while others showed significant defects located 
at the first stress bearing thread. Crack extension was the result of marked creep embrittlement and reverse temper embrittlement, 
RTE. Selected approaches were examined to assess the effects of RTE on the material toughness of selected studs. It was observed 
that Auger electron microscopy results which indicated the extent of grain boundary phosphorus segregation exhibited a good 
relationship with ambient temperature Charpy data. The electrochemical polarization kinetic reactivation, EPR, approach, however, 
proved disappointing in that the overlapping scatter in the minimum current density, Ir, for an embrittled and a non-embrittled 
material was such that no clear decision of the toughness properties was possible by this approach. The initial results obtained from 
small punch testing showed good agreement with other reported data and could be related to the FATT. Indeed, this small punch 
test, combined with a miniature sample sampling method, represents an attractive approach to the toughness assessment of critical 
power plant components. 

Keywords: Grain boundaries; Phosphorus; Segregation; Stream turbines; Studs; Temper embrittlement 


Material: lCrMoV (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


Introduction 

During a routine maintenance overhaul of a 250MW steam turbine, the removal of the intermediate pressure inner 
cylinder casing revealed the presence of a number of cracked and through section fractures flange studs. The studs, 
sixteen in total, were fabricated from a 1 CrMoV steel approximately 140mm in diameter and 700mm in length and were 
subjected to an operational temperature of 490°C. Prior to removal of the casing these particular studs had operated for 
50,000 hours with around 600 and 300 hot and cold starts respectively. Also, ultrasonic inspection was earned out on the 
end face of the studs prior to removal in order to assess the location, extent and orientation of the cracking characteristics. 
It was observed that of the 16 studs, eight were completely fractured, four contained significant cracks and the remainder 
were defect free. The studs which had fractured or cracked in service did so at the first stress bearing thread in the lower 
half casing. The location and orientation of the cracking events are shown in Figure 1. 




Fig. 1 IP. inner casing flange 

The present paper describes a detailed failure analysis aimed at assessing the extent of creep embrittlement and the role 
played by in service toughness degradation through reverse temper embrittlement. RTE, on the cracking process. A 
number of techniques aimed at assessing RTE effects in a lCrMoV steel are also investigated. 

Creep-Reverse Temper Embrittlement Interaction Effects 

Reverse temper embrittlement is the result of the segregation of trace solute elements such as P, Sn. As and Sb to grain 
boundaries which cause a lowering of the grain boundary cohesive energy. RTE affects a materials fracture toughness (1) 
while other phenomena such as Hydrogen embrittlement ( 2), intergranular fatigue crack extension ( 3), 500°F 
embrittlement ( 4) and stress corrosion cracking ( 5), can be subjected to impurity induced or assisted grain boundary 
decohesion. However, the influence of grain boundary segregation, i.e., RTE, on creep is unclear. This probably is the 
result of the differences between the mechanisms of low and high temperature (creep) fracture, viz., in low temperature 
RTE fracture, initiation and propagation of microcracks are rate controlling while at high temperatures the nucleation and 
growth of creep cavitation, dislocation mobility and grain boundary sliding are important. 
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Wilkinson et al ( 6) observed that the ductility of P-doped TCrlMo steels were higher than those without P additions 
and suggested that the presence of P at grain boundaries enhance the nucleation of grain boundary cavities while retarding 
their subsequent growth by reducing boundary self diffusion. Takasugi & Pope also reported the beneficial effects that P 
had on hot ductility properties. Recently Yu and Grabke ( 7) observed that the minimum creep rate was increased with P 
additions. In addition to this effect of P on cavity and carbide formation it was evidenced that P increased the density of 
Manganese Sulphide non-metallic inclusions which served as prime nucleation sites for creep voids. 

Finally Burke and Howe ( 8) have recently reported that lowering the Phosphorus content from 0.02 to 0.007% essentially 
decreased the creep rupture life, which they suggested was the result of loss of solid solution hardening, and marginally 
increased the rupture ductility. This increase in rupture ductility was thought to be due to the reduction of phosphorus at 
grain boundaries. 

Experimental Techniques 


The studs were manufactured to the French specification 28CDV5-08 and this together with the bulk chemical 
composition of two studs are given in Table 1. 


Table 1 Chemical Composition of the Various Bars 




C 

S 

P 

Cr 

Mo 

V 

Specification 

0.25-0.31 

<0.030 

<0.030 

1.00-1.50 

0.60 - 0.90 

0.20 - 0.40 

Bar A 

0.290 

0.008 

0.019 

1.25 

0.70 

0.380 

Bar B 

0.288 

0.012 

0.010 

1.40 

0.68 

0.325 


The studs were originally supplied in the oil quenched (1 hour at 1000°C) and tempered (700°C for 4 hours) condition. 

A selection of the cracked and fractured studs were subjected to detailed metallographic and fractographic examinations. 
The fracture surfaces of the studs were covered by a high temperature oxide which was removed by immersing the 
fracture in a solution of inhibited hydrochloric acid for 10 minutes in an ultrasonic bath. 

A series of charpy vee-notch impact test specimens were machined from selected studs and full fracture appearance 
transition temperature. FATT, curves were obtained. 

Small bar samples, 25mm long, 2mm x 2mm, were machined from broken chaipy specimens and fractured at liquid 
nitrogen temperatures in a scanning auger microprobe, SAM. Ten separate grain boundaries were analysed, utilising 
auger spectroscopy ( 9 ) in each sample. An incident electron beam current of 5 x 10 7 A was used at a magnification of 
x200 and the point analysis was always employed and checked routinely with area analysis. 

Electrochemical polarisation kinetic reactivation, EPR, tests were conducted on a series of broken chaipy specimens 
utilising a portable Toshiba EPR testing unit ( 10). The anodic polarisation tests were conducted, using picric acid and a 
surfactant as the electrolyte, by sweeping the electric potential from the natural electric potential to 400mV at lmV/sec 
and holding at this potential for 2 mins to allow for a sufficient passive state film to form. The potential is then swept 
back to near the neutral potential at a similar rate and the corresponding current measured and plotted against the 
potential. 

A series of small thin disc specimens, 6mm dia. and 0.5nrm thick, were machined from the undamaged portion of broken 
chaipy test specimens. The small punch test ( 11, 12) was performed on an Instron tensile testing machine. The load train 
contains the punch/die set which holds the small disc test sample, environmental or temperature chamber and loads which 
record the punching force. The Instron cross head speed was kept constant at 0.02mm/sec. The specimens were punched 
until a 10% or greater decrease occurred in the peak load. The area under the load/deflection curve was assessed to 
estimate the energy which is called the small punch energy which is used to estimate T sp , the small punch transition 
energy. Foulds et al ( 13) has demonstrated that a good correlation existed between T sp , and the FATT for CrMoV steels. 

Experimental Results 

Fractography & Metallography 

Examination of the studs revealed that they had either one or two discrete “in service” portions of crack extension. In the 
case of the two crack studs a discrete crack occurred at opposite ends of the diameter and were located on the inside and 
outside of the casing. From a macroscopic fracture examination it was observed that four fracture types were in evidence, 
see Figure 2; viz; 

• Type 1 - A double sided crack followed by complete fracture in service. 

• Type 2 - A single crack followed by complete failure during service. 

• Type 3 - A double sided crack which did not fracture in service. 

• Type 4 - A single fracture face in service. 




FIG-. 2 



Fig. 2 

The results of the oxide stripping procedure used in the present study are shown in Figure 3. As can be seen, this figure 
illustrates an oxidised portion of the fracture face of a stud before and after oxide shipping and it is clear that the oxide 
was successfully stripped from the fracture face without destroying or altering the underlying original fracture surface. 
Figure 4 shows the intergranular nature of the initiation fracture process at the thread root location while a detailed view 
illustrating extensive secondary intergranular cracking, is shown in Figure 5. 




OXIDISED FRACTURE 
SURFACE 


Fig. 3 Fracture surface details 


OXIDE STRIPPED 
FRACTURE SURFACE 





Fig. 5 Detailed view of secondary cracking 

Evidence of grain boundary creep cavitation showing the coalescence or linking of individual creep cavities to form an 
incipient crack is portrayed in Figure 6. Indeed no transgranular failure was observed on any of the fracture surfaces. 




Fig. 6 Cavity coalescence at grain boundaries. 

The fractures were always in a plane normal to the axis of the stud and located at the root of the first stress heal ing thread 
in the end which was screwed into the bottom half casing. The initiation sites of the sub-critical cracks contained 
numerous grain boundary cavities located on prior austenite grain boundaries which frequently contained intergranular 
microcracks, see Figure 7. Discrete cavity linkage to form incipient microcracks were also evident. The initial severe 
level of creep damage, i.e., cavitation, is followed by a lesser degree of cavitation continuing through to the second, third 
and fourth stress bearing threads. Extensive creep cavitation was also observed in the bulk section of the threaded studs 
which fractured while cavitation was also observed at the thread location of the uncracked studs. 





Fig. 7 Microcrack formation at grain boundaries. 

The tempered microstructure of both the damaged and the uncracked studs exhibited no apparent differences while the 
hardness values varied marginally, i.e., from 260 to 300 H.V. Large variations in the average prior austenite grain size, 
i.e., 38 to 80pnr, however, were observed. 

Impact Energy Tests 

A selection of the studs were impact tested and it was clear that the RTE studs exhibited low room temperature charpy 
energies which varied from 5 to about 30 joules while a series of other non-embrittled CrMoV studs (14) showed 
energies in excess of 100 joules. Partially embrittled studs had charpy energies of around 70 joules at ambient 
temperatures. 

A selected stud which had an FATT value of +80°C was subjected to a de-embrittlement. The FATT of the de-embrittled 
material was -65°C showing that the embrittlement due to phosphorus segregation to grain boundaries, was significantly 
reversible. It is known that embrittlement is greater when grain boundary creep cavitation is present in an already 
embrittled material ( 15). It is suggested that the applied deformation leads to irreversible grain boundary damage, but that 
such damage is not enough to embrittle the material. On the other hand this effect becomes more significant in a material 
that has already embrittled by grain boundary segregation. It is clear - thus, that the embrittlement of the studs is both 
reversible, due to phosphorus segregation to grain boundaries, and irreversible due to grain boundary creep damage. 

Auger Electron Microscopy 

This data only recorded phosphorus as the damaging solute element and the extent of grain boundary phosphorus 
segregation was portrayed as a % of a grain boundary monolayer of phosphorus. The embrittled studs exhibited 
phosphorus levels which varied between the range 0.15 to 0.38 while a partially embrittled stud from another 
investigation (14) had 0.05 of a monolayer. The influence of % phosphorus monolayer on the room temperature charpy 
energy, RTCE, for the present study and other reported data ( 14, 16, 17) are shown in Figure 8. From this figure it can be 
seen that there is a significant correlation between % monolayer of phosphorus and the degree of embrittlement. Although 
the data exhibited a fair degree of scatter at impact energies below about 20 joules the data can be described by the 
following expression : 
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RTCE (Joules) = 

(% p mon) 



Fig. 8 Relationship between phosphorus grain boundary segregation and R.T. charpy energy. 

An example of a phosphorus map. from which the % phosphorus monolayer was assessed, and its companion fracture 
surface is shown in Figure 9. Note that the regions where no phosphorus was evident was transgranular in nature. 



(a) Phosphorus Dot Map X1000 (b) Fracture Surface X1000 




Fig. 9 Details of information acquired by auger electron spectroscopy, (a) Phosphorus Dot Map xlOOO; (b) 
Fracture Surface xlOOO. 

EPR Tests 

In an effort to evaluate the validity of the EPR test in assessing the toughness of a material, a total of fourteen repeat tests 
were conducted on theservice embrittled material which had an FATT of +80°C and the de-embrittled material which 
exhibited an FATT of -65°C. It was found that the embrittled material exhibited I r values which ranged between -0.74 to - 
1.85pamps averaging -1.35pamps while the de-embrittled material showed I r data between -0.89 to -2.36pamps averaging 
-.173pamps. A typical EPR test curve is shown in Figure 10 while the scatter and overalpping nature of the embrittled and 
de-embrittled material EPR data is shown in Figure 11. Clearly, for the present material and FATT toughness range -65°C 
to +80°C, the EPR test does not represent a realistic non-destructive toughness assessment method. 




Fig. 10 Typical EPR test curves for embrittled and de-embrittled studs. 
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Fig. 11 Scatter in Ir, the minimum current density, for service embrittled and de-embrittled stud. 

Small Punch Test 

To date only one stud has been subjected to small punch testing. This embrittled stud, FATT = +123°C, data is shown in 
Figure 12, together with other CrMoV steel data ( 12) and Ni-Cr steel results ( 13). From this figure it can be seen that the 
present data exhibited good commonality with the other reported data and that the small punch transition temperature can 
be related to the chaipy FATT by the expression : 



FATT (°C) = 438 + 2.48 (T sp ) 
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Fig. 12 Relationship between charpy FATT and Tsp (Small Punch Test Transition Energy). 

Concluding Remarks 

It has been shown that with a series of CrMoV steel studs which had been in service for around 50,000 hours, four types 
of defects were identified at the first stress bearing thread in the end which was screwed into the bottom half casing. 
Much evidence of significant creep damage has been observed on the fracture surfaces, i.e., primary and secondary 
macrocracking as well as isolated cavities and linked cavities (incipient microcracks). As well as irreversible creep 
embrittlement the material was temper embrittled through the diffusion of phosphorus solute atoms to prior austenite 
grain boundaries; such embrittlement is however reversible, viz., RTE. 

A series of assessments of the influence of RTE on the toughness of the CrMoV studs were conducted using (i) charpy 
impact tests, (ii) auger electron microscopy, (iii) electro-chemical polarisation kinetic reactivation, EPR and (iv) the small 
punch test. It was observed that a significant relationship existed between ambient temperature charpy impact energies 
and the extent of grain boundary phosphorus segregation expressed as a % of a monolayer. At low energy values, the data 
scatter became a limiting factor in the assessment. However, at such values the material was severely embrittled and the 
data scatter was much less in the practically important regime, i.e., the transition region. 



-150 -100 
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The EPR results, however, were disappointing in as much as that when extremely embrittled and de-embrittled materials 
were examined the data points significantly overlapped and theaverage I r value only changed by 28% for a 145°C change 
in the FATT value. 

Although only limited small punch test data is available to date, this data exhibited excellent commonality with other 
reported data and as a result this technique represents a viable method of assessing the toughness properties of a recently 
developed miniature sample sampling system ( 18) it now makes direct assessment of critical components by the small 
punch test, both a feasible and attractive approach. 
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Coal-Ash Corrosion of a Chromium-Molybdenum Steel Superheater Tube 

From: D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 


Abstract: The top tube of a horizontal superheater bank in the reheat furnace of a steam generator ruptured after 7 years in 
service. The rupture was found to have occurred in the ferritic steel tubing (2.25Cr-lMo steel (ASME SA-213, grade T-22)) near the 
joint where it was welded to austenitic stainless steel tubing (type 321 stainless steel (ASME SA-213, grade TP321H)). The surface 
temperature of the tube was found to be higher than operating temperature in use earlier. The ferritic steel portion of the tube was 
found to be longitudinally split and heavily corroded in the region of the rupture. A red and white deposit was found on the sides and 
bottom of the tube in the rupture area. The deposit was produced by attack of the steel by the alkali acid sulfate and had thinned 
the tube wall. It was concluded that rupture of the tube had occurred due to thinning of the wall by coal-ash corrosion. The thinned 
tubes were reinforced by pad welding. Type 304 stainless steel shields were welded to the stainless steel portions of the top reheater 
tubes and were held in place about the chromium-molybdenum steel portions of the tubes by steel bands. 

Keywords: Coal dust; Fleat exchanger tubes; Thinning 


Materials: 321 (Austenitic wrought stainless steel), UNS S32100; 2.25Cr-lMo (Chromium-molybdenum alloy steel) 


Failure type: High-temperature corrosion and oxidation 


The top tube of a horizontal superheater bank in the reheat furnace of a steam generator ruptured as shown in Fig. 1 after 

about 72 years of service (normal service life would have been 30 years). The tube consisted of 64-mm (22-in.) diam x 

5.6-mm (0.220-in.) wall thickness ferrite steel tubing welded to 64-mm (22-in.) diam x 3.4-mm (0.134-in.) wall thickness 
austenitic stainless steel tubing. The rupture occurred in the ferritic steel tubing near the welded joint. 



Fig. 1 2 .25Cr-lMo steel superheater tube that ruptured because of thinning by coal-ash corrosion. 

The ferritic steel tubing, used in the low operating temperature portion of the tube, was made of 2.25Cr-lMo steel (ASME 
SA-213, grade T-22); the austenitic steel tubing was made of type 321 stainless steel (ASME SA-213, grade TP321F1). 

The surface temperature of the tube was 620 to 695 °C (1150 to 1280 °F), which was higher than the operating 
temperature in use up to about 9 months earlier. At that time, the exit-steam temperature had been raised from about 520 
°C (970 °F) to about 540 °C (1000 °F). 
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Investigation. The ferritic steel portion of the tube had split longitudinally for about 38 mm (12 in.) along the top 
surface. Fleavy corrosion had occurred in the region of the rupture (portion at left of rupture. Fig. 1). 

The top surface of the tube in the rupture area was free of deposits, but the sides and bottom were covered with a heavy 
accumulation of red and white deposits that had a barklike appearance (Fig. 1). The nearby stainless steel portion was free 
of deposits, but did show some pitting corrosion. 



Spectrographic analysis showed that the ferritic tube steel contained 2.10% Cr and 1.10% Mo. both of which were within 
specified limits. 

The white deposit was identified as sodium-potassium sulfate [(Na,K)S 04 ], containing about 3% alkali acid sulfate 
[(Na,K)HS0 4 ]. The red deposit was found to be mainly Fe 2 0 3 plus about 5% Si0 2 , 2% A1 2 0 3 , and 0.5% Cr 2 0 3 . Attack of 
the steel by the alkali acid sulfate, which has a low melting point, thinned the tube wall and produced the red deposit. This 
type of corrosion is known to be severe on chromium-molybdenum steel at temperatures of about 595 to 705 °C (1100 to 
1300 °F). Where the tube surface had been exposed to intermittent blasts of air from soot blowers, the corrosion products 
had been carried away. Although stainless steel is also vulnerable to this type of attack, the reaction is slower, and only a 
slight amount of tube-wall thinning was detected on the stainless steel portion of this tube. 

The operating records showed two probable causes of the corrosion: the increase in operating temperature and the use of 
coal with an ash-fusion temperature 28 °C (50 °F) lower than normal during the week before the failure. Use of this coal 
could have caused severe slagging conditions in the boiler. 

Sectioning of the tube through the region of failure showed that the attack by the alkali acid sulfate had significantly 
reduced tube-wall thickness. Metallographic examination revealed a structure that was largely normal except for marked 
spheroidization of the carbides, which indicated appreciable service time at temperatures close to the Acj temperature. 
Conclusions. Rupture of the tube was attributed to thinning of the wall by coal-ash corrosion to the point at which the 
steam pressure in the tube constituted an overload of the remaining wall. The attack was accelerated by the increase in 
operating temperature and may have been influenced by temporary use of an inferior grade of coal. 

Corrective Measures. Adjacent tubes, which also showed evidence of wall thinning, were reinforced by pad 
welding. Type 304 stainless steel shields were welded to the stainless steel portions of the top reheater tubes and were 
held in place about the chromium-molybdenum steel portions of the tubes by steel bands. These shields were intended as 
a temporary expedient against coal-ash corrosion, not as a permanent solution. Because the shields would not be cooled 
by steam flow, their temperatures were expected to be about 705 °C (1300 °F), the maximum at which coal-ash corrosion 
would occur, and little corrosion was anticipated. The replacement for the ruptured tube was left bare to permit 
assessment of the degree of corrosion that would ensue after the improvements in coal quality and operating temperature 
were adopted. 

The superheater operated for about 10 years with no further ruptures or additional repairs. At that time, the tubes were 
inspected, and those that were thinned the most were replaced; this amounted to about 10% of the superheater bank. 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Cracking at a Superheater Header Connection 

T.L. da Silveira, Tito Silveira Engenharia e Consultoria, Limited; I. Le May, Metallurgical Consulting Services, 
Ltd. 


From: T.L. da Silveira, I. Le May, Damage Assessment and Integrity in High Temperature, Creep: Characterization, Damage and Life 
Assessments (Proceedings of the Fifth International Conference on Creep of Materials, Lake Buena Vista, Florida, 18-21 May 1992), 
D.A. Woodford, C.H.A Townley, and M. Ohnami, Ed., ASM International, 1992 p 236 


Abstract: Examination of the header of the third superheater of a boiler producing 150 t/h of steam at 525 deg C and 118 kPa, 
disclosed extensive internal cracking at the connection to the tube joining this to a safety valve. Cracking was observed within the 
tube and in the thickness of the shell wall itself. The boiler had been in operation for approximately 160,000 h, and was shut down 
for inspection when the cracking was detected. The material involved was 2.25 Cr, 1 Mo steel, and the unit had been subjected to 
115 shutdowns. Initiation of the cracks was attributed to thermal shock, caused by the periodic return of condensate along the long 
connecting line (some 9 m long). Propagation of the cracks was due to thermal cycling, together with periodic pressure cycles, 
producing growth by low cycle fatigue. This was aided by corrosion within the cracks and by the wedging action caused by corrosion 
deposits at their tips. The failure suggests control of dissolved solids in the boiler feedwater may have been inadequate. 

Keywords: Boilers; Corrosion products; Superheater headers 


Material: 2.25Cr-lMo (Chromium-molybdenum alloy steel) 
Failure types: Thermal fatigue fracture; Corrosion fatigue 


Examination of the header of the third superheater of a boiler producing 150 t/h of steam at 525°C and 118 kPa, disclosed 
extensive internal cracking at the connection to the tube joining this to a safety valve. Cracking was observed within the 




tube and in the thickness of the shell wall itself, the geometry being shown in Figure 1. The boiler had been in operation 
for approximately 160,000 h, and was shut down for inspection when the cracking was detected. The material involved 
was 2.25 Cr, 1 Mo steel, and the unit had been subjected to 115 shutdowns, although the number of load cycles was much 
greater because of hydrostatic tests and tests of the safety valves. The header was outside the radiation zone of the boiler. 


16 mm 



Fig. 1 Arrangement of nozzle connecting safety valve line to superheater header, showing cracking. 


Figure 2 shows the typical appearance of the surface cracks in the shell wall and entry to the safety valve connecting line: 
this shows a section parallel and adjacent to the surface in the polished and etched condition. Sections through the cracks 
were examined, and it was seen that the surface cracks penetrated to a depth of 10 mm in some cases (Figure 3). In Figure 
3(a) the crack appears to be blunt and nonpropagating, while Figure 3(b) shows an adjacent sharp crack tip that is 



Fig. 2 Section parallel and close to surface at nozzle connection seen in Fig. 1, showing cracking. Nital etch. 









Fig. 3 Sections through cracks at the nozzle: (a) blunted crack; (b) sharp tip of adjacent crack. Nital etch. 

The initiation of the cracks was attributed to thermal shock, caused by the periodic return of condensate along the long 
connecting line (some 9 m long). This would “flash off’ as steam when reaching the hot region at the enhance to the 
header, producing rapid surface cooling. 

Propagation of the cracks is considered to be due to thermal cycling, together with periodic pressure cycles, producing 
growth by low cycle fatigue. This is likely to have been aided by corrosion within the cracks and by the wedging action 
caused by corrosion deposits at their tips. 

This failure shows the problems that can develop where there are long lines in which condensation may occur and return 
periodically to a superheater or other hot component. A design of this type is a poor one, and inspection of a steam 
generator having such features should include a careful evaluation of potential cracking in their vicinity. Although at first 
sight the idea of SCC or corrosion fatigue as damage mechanisms may seen inappropriate for components exposed to 
superheated steam, the analysis shows how they can come into play. The failure described suggests that, in this particular 
case, control of dissolved solids in the boiler feedwater may have been inadequate. 

Related Information 


D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 



Failure of a Superheater Outlet Tube 

T.L. da Silveira, Tito Silveira Engenharia e Consultoria, Limited; I. Le May, Metallurgical Consulting Services, 
Ltd. 


From: T.L. da Silveira, I. Le May, Damage Assessment and Integrity in High Temperature Plant, Creep: Characterization, Damage 
and Life Assessments (Proceedings of the Fifth International Conference on Creep of Materials, Lake Buena Vista, Florida, 18-21 May 
1992), D.A. Woodford, C.H.A Townley, and M. Ohnami, Ed., ASM International, 1992, p 239 


Abstract: After some 87,000 h of operation, failure took place in the bend of a steam pipe connecting a coil of the third superheater 
of a steam generator to the outlet steam collector. The unit operated at 538 deg C and 135 kPa, producing 400 t/h of steam. The 
2.25Cr-lMo steel pipe in which failure took place was 50.8 mm in diameter with a nominal wall thickness of 8 mm. It connected to 
the AISI 321 superheater tube by means of a butt weld, and was one of 46 such parallel connecting tubes. The Cr-Mo tubing was 
situated outside the heat transfer zone of the superheater. The overall sequence of failure involved Overheating of the Cr-Mo outlet 
tubes, heavy oxidation, oxide cracking on thermal cycling, thermal fatigue cracking plus oxidation, creep-controlled crack growth, 
and rapid plastic deformation and rupture. This failure was indicative of excess temperature of the steam coming from the heat 
transfer zone of the coil. It showed that many damage mechanisms may combine in the transition from fracture initiation to final 
failure. The presence of grain boundary sliding as an indication of creep damage was useful in the characterization of the stress level 
as high, and showed that the process of creep was not operative throughout the life of the equipment. 

Keywords: Outlet tubes; Overheating; Oxidation; Superheaters 


Material: 2.25Cr-lMo (Chromium-molybdenum alloy steel) 


Failure types: Creep fracture/stress rupture; Thermal fatigue fracture 


After some 87,000 h of operation, failure took place in the bend of a steam pipe connecting a coil of the third superheater 
of a steam generator to the outlet steam collector. The unit operated at 538°C and 135 kPa, producing 400 t/h of steam. 
The 2.25 Cr, 1 Mo steel pipe in which failure took place was 50.8 mm in diameter with a nominal wall thickness of 8 mm. 
It connected to the AISI 321 superheater tube by means of a butt weld, and was one of 46 such parallel connecting tubes. 
The Cr-Mo tubing was situated outside the heat transfer zone of the superheater. 

Figure 1 shows the outside of the bend, and the longitudinal split is clearly seen. Many parallel grooves are apparent, 
together with a heavy oxide deposit on the part of the tube adjacent to the failure. Approximately 10 of the outlet tubes 
were grooved in this way, being in the same region of superheater coils as the failed tube. 



Fig. 1 Outside of bend in superheater outlet tube, showing heavy oxide, parallel grooves and rupture. 

The heavy layer of high temperature oxide suggests that the design metal temperature (543°C) was exceeded in a section 
of the superheater outlet tubes. Whether this was due to steam flow restriction or to differential heating of the superheater 
due to preferential hot gas flow is not known. Because steam temperature is recorded at the outlet steam collector, being 
an average from the mixing of steam from all superheater coils, no records of this local heating existed. 

Metallographic sections showed the grooves to consist of cracks containing oxide, one having progressed through the wall 
to cause rupture. The initial mechanism appears to have been cracking of the thick oxide (probably during cooling-heating 
cycles), followed by thermal fatigue combined with oxidation during subsequent cycles. Approximately halfway through 



the wall thickness it was seen that the cracks had grown by creep, there being many wedge-type voids caused by grain 
boundary sliding: these were adjacent to the main crack leading to fracture and ahead of branch cracks. Figure 2 shows a 



Fig. 2 Branch crack from main fracture, approximately halfway through tube wall. Note grain boundary voids. 
Nital etch. 



Fig. 3 Wedge-type cracks seen in Fig. 2, shown in more detail. Nital etch. 

At the inside surface of the tube the fracture showed extensive plastic deformation, and the overall sequence of failure 
may be given as follows: 

Overheating of the Cr-Mo outlet tubes —» heavy oxidation —> oxide cracking on thermal cycling —> thermal fatigue 
cracking plus oxidation —> creep controlled crack growth —> rapid plastic deformation and rupture. 

The example of the failure at the superheater outlet tube of Cr-Mo steel is indicative of excess temperature of the steam 
coming from the heat transfer zone of the coil. This case is interesting in that it shows that many damage mechanisms 
may combine in the transition from fracture initiation to final failure. The presence of grain boundary sliding as an 
indication of creep damage is useful in the characterization of the stress level as high, and shows that the process of creep 
was not operative throughout the life of the equipment. 
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Fracture of Steam Pipes Removed From Service* 

P.K. Liaw, Westinghouse Science and Technology Center; A. Saxena, Georgia Institute of Technology; J. 
Schaefer, Detroit Edison Company 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Creep crack growth and fracture toughness tests were performed using test material machined from a seam welded ASTM 
A-155-66 class 1 (2.25Cr-lMo) steel steam pipe that had been in service for 15 years. The fracture morphology was examined using 
SEM fractography. Dimpled fracture was found to be characteristic of fracture toughness specimens. Creep crack growth generally 
followed the fusion line region and was characterized as dimpled fracture mixed with cavities. These fracture morphologies were 
similar to those of an actual steam pipe. It was concluded that creep crack growth behavior was the prime failure mechanism of 
seam-welded steam pipes. 

Keywords: Creep (materials) 


Material: ASTM A155-66 class 1 (Chromium-molybdenum alloy steel); 2.25Cr-lMo (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


Background 

Creep crack growth and fracture toughness tests were performed using test material machined from a seam-welded steam 
pipe that had been in service for 15 years. 

Pertinent specifications 

The steam pipe was made from an ASTM A-155-66 class 1 (2.25Cr-lMo) steel. The typical operation temperature was 
approximately 540 °C (1000 °F). 

Specimen selection 


The specimens were in the form of plates that consisted of base and weld materials, with the seam-welded region located 
at the censer portion of the plate. Each steel plate was approximately 280 mm (11 in.) wide, 356 mm (14 in.) long, and 38 
mm (1.5 in.) thick. A cross-sectional view is shown in Fig. 1. 
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Fig. 1 Cross-sectional view of the steam pipe. 

Testing Procedure and Results 

Surface examination 

Scanning Electron Microscopy/Fractography. Fracture toughness testing was performed on composite 
specimens composed of base, fusion line, and weld materials at 540 °C (1000 °F) in accordance with ASTM Standard 
E813-87. The cracking plane in the composite specimen was approximately aligned with the fusion line area to simulate 
the steam pipe cracking conditions. 

The resulting fracture morphology is shown in Fig. 2. Dimpled fracture was found to be characteristic of fracture 
toughness specimens. Flowever, the size of dimples varied significantly. For example, in Fig. 2, dimple sizes ranged from 
approximately 1 to 40 pm (3.9 x 10 5 to 1.6 x 10 3 in.). It should be noted that in the composite specimens, crack 
extension during fracture toughness testing typically followed the fusion line area. 



Fig. 2 Fracture morphology of fracture toughness specimen (fusion line). 

Similar to the fracture toughness testing, creep crack propagation testing was performed on composite specimens at 540 
°C (1000 °F). The specimen was oriented so the cracking plane would pass along the fusion line area. In the composite 
specimen, creep crack growth was observed to generally follow the fusion line. A high-magnification SEM micrograph of 
the fracture surface is shown in Fig. 3. The surface can be characterized as dimpled fracture mixed with cavities. 



Fig. 3 Fracture morphology of creep crack growth composite specimen (fusion line). 

Fractography of an actual steam pipe is presented in Fig. 4 and 5. Figure 4 shows the fracture mode characteristic of a 
crack growth region along the fusion line. Dimpled fracture mixed with cavities was observed. The fracture morphology 
was found to be similar to that associated with laboratory creep crack growth testing on composite specimens (Fig. 3). 
Moreover, the sizes of dimples (or cavities) in Fig. 3 and 4 seem to be comparable. Therefore, creep crack growth 
behavior along the fusion line appeal's to be the dominant failure mechanism in steam pipes. 






Fig. 5 Fracture morphology of the final fast fracture. 

Figure 5 presents the failure mode of a fast fracture region along the fusion line. Large dimples mixed with small dimples 
were observed on the fracture surface. This type of fracture mode again seems to be consistent with that observed on the 
fracture surfaces of laboratory fracture toughness test specimens (Fig. 2). 


Metallography 




Microstructural Analysis. The microstructures of the base and weld metals are shown in Fig. 6. The grain size of the 
base metal was found to be greater than that of the weld metal, corresponding to ASTM 7 and 8, respectively The 
microstructural characteristics near the fusion line region are presented in Fig. 7. The grain size of the fusion line area was 
much smaller than that of the base or weld metals. 



(•) 


(b) 


Fig. 6 Microstructures of 2.25Cr-l Mo steels, (a) Base metal, (b) Weld metal. 



Fig. 7 Microstructure of fusion line area. 

Chemical analysis/identification 

The chemical compositions of the base and weld metals are presented in Table 1. 


Table 1 Results of chemical analysis 





Elements 

Composition, % 


Base metal 

Weld metal 

Carbon 

0.102 

0.62 

Manganese 

0.47 

1.02 

Phosphorus 

0.006 

0.009 

Sulfur 

0.018 

0.019 

Silicon 

0.20 

0.32 

Chromium 

2.22 

2.28 

Molybdnum 

1.01 

1.03 

Copper 

0.014 

0.24 

Tin 

0.039 

0.048 

Lead 

0.001 

0.006 

Aluminum 

<0.01 

0.019 

Arsenic 

<0.005 

<0.005 

Antimony 

<0.005 

0.013 

Calcium 

<0.005 

<0.005 


Mechanical properties 


Hardness. Microhardness measurements were taken across the fusion line region that included base, fusion line, and 
weld metals; results are presented in Fig. 8. The fusion line area hardness level was found to be greater than that of base 
or weld materials. Moreover, the base metal regions seemed to have lower hardnesses than the weld metal regions. The 
highest level of hardness in the fusion line area corresponded to the smallest grain size (Fig. 7). The lower hardness level 
in the base metal, compared with that found in the weld metal, appeared to be in agreement with the larger grain size in 
the base metal (Fig. 6). 
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Distinct I mm I 

Fig. 8 Hardness profile of fusion line area. 

Conclusion 

The fracture morphologies of laboratory-tested creep crack growth and fracture toughness test specimens were found to 
be similar to those of an actual steam pipe. Thus, creep crack growth behavior appears to be the prime failure mechanism 
of seam-welded steam pipes. These trends reflect the validity of using the material data obtained in the laboratory for life- 
prediction analyses of in-service and ex-service steam pipes. 

Related Information 


Creep and Stress Rupture Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
728-737 

Footnote 


* Exceipted with permission from: Estimating Remaining Life of Elevated-Temperature Steam Pipes, Eng. Fract. Mech., 
Vol 32 (No. 5), 1989, p 675-722, Pergamon Press Ltd. 


Failure of Carbon Steel Superheater Tubes 

Joseph P. Ribble, Betz Laboratories, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Two superheater tubes from a 6.2 MPa (900 psig) boiler failed in service because of creep rupture. One tube was carbon 
steel and the other was carbon steel welded to ASTM A213 Grade T22 (2.25Cr-1.0Mo) tubing. The failure in the welded tube 
occurred in the carbon steel section. Portions of the superheater were retubed five years previously with Grade 722 material. The 
failures indicated that tubes were exposed to long-term overheating conditions. While the carbon steel tube did not experience 
temperatures above the lower transformation temperature 727 deg C (1340 deg F), the welded tube did experience a temperature 
peak in excess of 727 deg C (1340 deg F). The long-term overheating conditions could have been the result of excessive heat flux 
and /or inadequate steam flow. In addition, the entire superheater bank should have been upgraded to Grade 722 material at the 
time of retubing. 

Keywords: Boiler tubes; Creep rupture; Mechanical properties; Overheating 


Materials: 2.25Cr-lMo (Chromium-molybdenum alloy steel), UNS K21590; ASTM A213 grade T22 (Chromium-molybdenum alloy 
steel), UNS K21590; ASTM A192 (Nonresulfurized carbon steel), UNS K01201 


Failure type: Creep fracture/stress rupture 


Background 

Two tubes from the superheater section of a two-drum boiler failed while in service. The tubes were identified as being 
the “old tube” (tube 1) and the “new tube” (tube 2). Tube 1 was an original equipment tube and was in service for 19 
years. Tube 2 was in service for approximately five years. 

Applications 

The superheater tubes had different nominal outer diameters and nominal wall thicknesses. Tubes 1 and 2 measured 44 
mm (1.75 in.) and 50.8 mm (2.00 in.) in diameter, respectively. The wall thicknesses of tube 1 and the failed end of tube 2 
the measured 4.5 mm (0.176 in.) and 3.8 mm (0.150 in.) thick, respectively. The wall thickness at the end of tube 2 
opposite the failure measured 6.0 mm (0.235 in.). These tubes were steam bearing tubes for a 6.2 MPa (900 psig) boiler. 

Pertinent specifications 

Tube 1 and the failed end of tube 2 were fabricated from low-carbon steel consistent with ASTM A192 specifications. 
The non-failed end of tube 2 was fabricated from ASTM A123 Grade T22 seamless ferritic alloy steel superheater tubing. 

Performance of other parts in the same or similar service 

Several other superheater tubes in a boiler of identical design and manufacturer, at the same plant, had failed two years 
prior to this failure by the same apparent mechanism. Portions of the superheater in the present boiler were retubed five 
years ago. The two submitted tubes were in parallel in the superheater section at the time of failure. 

Selection of specimens 

Two selections approximately 406 mm (16 in.) long were submitted for laboratory examination. 

Visual Examination and General Physical Features 

The external surface of the superheater tubes is shown in Fig. 1. The failures in tube 1 consisted of two ruptures in the 
middle of localized bulges. The two failure sites are indicated as “a” and “b” in Fig. 1. The ruptures were oriented 
approximately 90° apart with respect to the tube circumference, and were separated by approximately 70 mm (2.75 in.). 
The tube 2 sample consisted of two tubes welded together with the failure entirely within the carbon steel portion. The 
tube 2 failure was a thin-lipped rupture displaying a high degree of deformation. The low-alloy portion of tube 2 had no 
failures associated with it. 



Fig. 1 The submitted super heater tube sections. 0.23x 

Testing Procedure and Results 

Surface examination 

The tube 1 outer diameter surface exhibited two ruptures parallel to its longitudinal aids. Wall thinning to 0.76 mm (0.030 
in.) and secondary creep cracks were observed at both tube 1 failure sites (Fig. 2 and 3). Secondary creep cracks and wall 
thinning to 0.51 mm (0.020 in.) were observed at the tube 2 failure lip (Fig. 4). The internal surface of tube 1 was covered 
with a thin layer of yellow-brown deposits over a tightly adherent black scale. The internal surface of tube 2 was covered 
with a thin layer of tightly adherent black magnetite scale._ 



Fig. 2 Tube 2 failure site a (see Fig. 1). Note the heavy oxidation and longitudinal secondary creep cracks. 
0.60x 




Fig. 3 

0.60x 


Tube 1 failure site b (see Fig. 1). Note the heavy oxidation and longitudinal secondary creep cracks. 



Fig. 4 The failure edge of tube 2. Note the secondary creep cracks. 1.06x 

Metallography 

Representative sections from select areas of both tubes were prepared for metallographic examination. Creep voids were 
observed along the fracture lip b of tube 1 (Fig. 5). The microstructure observed at the mid-wall location of the tube 1 b 
failure and opposite failure a was in a very advanced stage of spheroidization (Fig. 6 and 7). In addition, isolated graphite 
nodules were also observed in the microstructure. 




Fig. 5 Photomicrograph of the b failure lip in tube 1. Note the creep voids along the fracture surface. Nital 
etch, 38x 



Fig. 6 Photomicrograph of the mid-wall microstructure observed in the tube 1 b failure area shown in Fig. 5. 
Note the spheroidization and large graphite nodule. Nital etch, 285x 





Fig. 7 Photomicrograph showing the mid-wall microstructure opposite the failure of Fig. 5 and 6. Note the 
spheroidization. Nital etch, 285x 

Elongated grains were observed at the failure lip of tube 2 (Fig. 8). The microstructure at the midwall location of the tube 
2 failure consisted of ferrite and reformed pearlite (Fig. 9). The presence of transformation products (reformed pearlite) at 
the failure lip indicated that this portion of tube 2 experienced temperatures above its lower transformation temperature, 
727 °C (1340 °F), at the time of failure. Opposite the tube 2 failure, the mid-wall microstructure consisted of spheroidal 
carbides and occasional islands of pearlite in a ferrite matrix (Fig. 10). The mid-wall microstructure observed in the low- 
alloy portion of tube 2 that did not fail consisted of a fine dispersion of spheroidal carbides (Fig. 11). 



Fig. 8 Photomicrograph of the microstructure taken at the failure lip of tube 2. Note the creep voids and 
elongated grains. Nital etch, 57x 





Fig. 9 Photomicrograph of the mid-wall microstructure at tube 2 failure lip. Note the reformed pearlite in the 
ferrite matrix. Nital etch, 285x 



Fig. 10 Photomicrograph of the mid-wall microstructure opposite the tube 2 failure. Note the spheroidal 
carbides and pearlite islands. Nital etch, 285x 





Fig. 11 Photomicrograph of the tube 2 mid-wall microstructure on the failure side, in the non-failed portion 
opposite the weld. Nital etch, 285x 

Chemical analysis/identification 

Material analysis. Portions of tube 1 and 2 from either side of the weld joint were tested for chemical analysis using 
optical emission spectroscopy (OES) to determine the alloy composition. The results (Table 1) confirmed that tube 1 and 
the portion of tube 2 containing the failure were fabricated from low-carbon steel consistent with ASTM A192 tubing 
specification. The similarity of the chemical composition of the failed tube sections suggest they were from the same heat 
of steel. Results of the alloy analysis on the non-failed portion of tube 2 (Table 2) indicated that it was fabricated from 
ASTM A213 Grade T22 tubing. 


Table 1 Alloy analyses of failed tube sections 


Element 

Composition, % 



Tube 1 

Tube 2 

ASTM A192 specification 

C 

0.11 

0.12 

0.06 to 0.18 

Mn 

0.49 

0.46 

0.27 to 0.63 


0.006 

<0.005 

0.035 max 

S 

0.026 

0.25 

0.035 max 

Si 

0.02 

0.01 

0.25 max 

Cr 

0.03 

0.03 

ns 

Ni 

0.07 

0.07 

ns 













Mo 

0.02 

0.02 

ns 


Cu 

0.14 

0.11 

ns 


Fe 

rem 

rem 

rem 


ns, not specified 


Table 2 

Alloy analysis of not-failed section of tube 2 

Element 

Composition, % 



Non-failed section 

ASTM A213 Grade T22 specification 

C 

0.11 


0.15 max 

Mn 

0.49 


0.30 to 0.60 


0.016 


0.30 max 

S 

0.017 


0.30 max 

Si 

0.27 


0.50 max 

Cr 

2.30 


1.90 to 2.60 

Ni 

0.22 


ns 

Mo 

1.02 


0.87 to 1.13 

Cu 

0.09 


ns 

Fe 

rem 


rem 

ns, not specified 


Internal deposit analysis. Scanning electron microscope-energy dispersive spectroscopy (SEM-EDS) was used to 
determine the elemental composition of the internal deposits on both tubes. 

The results (Table 3) revealed significant quantities of calcium, silicon and sodium species in tube 1. The same species 
were also present in tube 2 but in smaller quantities. This indicated that some carryover of boiler water was taking place 
in the superheater section. 


Table 3 Analyses of the internal deposits 




















Element 

Composition, % 


Tube 1 

Tube 2 

Fe 

47.1 

83.5 

Ca 

22.2 

5.5 

Si 

16.6 

4.5 

Na 

9.8 

4.6 

Cl 

0.7 


s 

1.0 

<0.5 

A1 

1.7 


Mn 

0.9 


Cr 


<0.5 

Mg 


1.6 


Discussion 

Heavy oxidation and longitudinal cracking parallel to the failures in both tubes indicated a creep rupture mechanism. 
Chemical analysis revealed that tube 1 and the failed section of tube 2 were fabricated from plain carbon steel. The non- 
failed side of tube 2 was fabricated from ASTM A213 Grade T22 low-alloy steel tubing. In steam environments, the 
generally accepted oxidation limit for plain carbon steel is 454 °C (850 °F), while for Grade T22 it is approximately 580 
°C (1075 °F). A spheroidized microstructure with graphite nodules indicated that tube 1 was operating at a temperature 
significantly above its oxidation limit and below its lower transformation temperature of 727 °C (1340 °F) for an 
extended period of time. 

Transformation products in the failed region of tube 2 indicated that the failure region experienced a peak temperature in 
excess of 727 °C (1340 °F). However, secondary creep cracks around the failure and creep voids along the rupture lip 
indicated that it experienced long-term overheating effects prior to rupture. The presence of a transformed microstructure 
in the carbon steel portion of tube 2 made an assessment of the degree of long-term overheating impossible. The superior 
oxidation resistance and microstructural stability of Grade T22 tubing, via its chromium and molybdenum additions, 
resulted in the virtual absence of significant scale and fine dispersion of spheroidal carbides in the microstructure 

Conclusion and Recommendations 

Most probable cause 


The tube 1 failure was caused by creep mechanism via long-term overheating. Microstructural analysis indicated that the 
tube 1 peak metal temperatures were greater than 454 °C (850 °F) but less than 727 °C (1340 °F). Secondary creep 
cracking indicates long-term overheating conditions were present prior to the failure of tube 2. However, microstructural 




analysis indicated that tube 2 experienced a brief high-temperature excursion greater than 727 °C (1340 °F) at the time of 
failure. The long-term overheating of tubes 1 and 2 was likely caused by an excessive heat flux and/or insufficient steam 
distribution. The high-temperature event coinciding with the violent rupture of tube 2 most likely resulted from a sudden 
loss in steam distribution through this tube circuit. Although SEM-EDS analysis identified some carryover deposits on the 
internal surfaces, only a small amount of transported deposit was present. Internal deposits were not a primary cause of 
the tube failures. 

Remedial action 

A review of steam flow in the superheater should be conducted to ensure adequate steam distribution in the circuit. The 
entire superheater should be upgraded to ASTM A213 Grade T22 tubing. 

How failure could have been prevented 

Alloy analyses of the submitted tube samples indicates the overheating failures occurred in low-carbon steel sections. The 
portion of tube 2 that did not contain the failure tested as being consistent with ASTM A213 Grade T22 boiler tubing 
specification. The similarity of the chemical composition of the failed sections suggests these sections were installed at 
the same time. When the superheater was retubed, the entire superheater assembly should have been upgraded to Grade 
T22 material. 

Related Information 

Creep and Stress Rupture Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 
728-737 

D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
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Fractured Chain Link 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A chain link which was part of the hoisting mechanism of a drop hammer broke after three or four months' service. It was 
reportedly manufactured of the heat resistant steel 30 CrMoV 9 (Material No. 1.7707). The fracture of the chain link had a 
conchoidal structure and ran along the austenitic grain boundaries. Such fractures are characteristic results of strong overheating. 
The coarse-grained, coarse acicular heat-treated structure of the chain link, confirmed overheating. Because temperatures in excess 
of 1150 deg C are required for the solution of impurities, it is more probable that the real damage was done during the heat-up 
forging (drop-forging) and could not be removed during heat-treatment. 

Keywords: Chains; Cracking (fracturing); Drop forgings; Overheating 


Material: 30CrMoV 9 (Chromium-molybdenum alloy steel) 


Failure type: Metalworking-related failures 


A chain link which was part of the hoisting mechanism of a drop hammer broke after three or four months' service. It was 
reportedly manufactured of the heat resistant steel 30 CrMoV 9 (Material No. 1.7707). 

Verification of the chemical composition yielded the followin g values: 


c % 

Si % 

Mn % 

P% 

S % 

Cr % 

Mo % 

V % 

0,32 

0,18 

0,60 

0,022 

0,013 

2,34 

0,01 

0,09 


The steel therefore is lacking in molybdenum; the rest of the composition approximately corresponds to the specification. 
The deviations are insignificant in connection with the damage. 






The fracture of the chain link had a conchoidal structure and ran along the austenitic grain boundaries (Fig. 1). Such 
fractures are characteristic results of strong overheating. They occur because slightly soluble sulfidic or oxydic impurities 
of the steel dissolve at very high temperatures and later during cooling deposit at the austenitic grain boundaries as a 
submicroscopically fine dispersion 1, 2. These deposits lower the strength and decrease the plasticity which is especially 
important in chain links. They, therefore, favor the premature appearance of a fracture attributable to low ductility. 



Fig. 1 Fracture. 20x 

Figure 2 shows the coarse-grained, coarse acicular heat-treated structure of the chain link, which confirms overheating. 
Since temperatures in excess of 1150°C are required for the solution of the forementioned impurities, it is more probable 
that the real damage was done during the heat-up forging (drop-forging) and could not be removed during heat-treatment. 



Fig. 2 Structure after heat-treatment, etchant: Picral. lOOx 
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Investigation of Jet Engine Oil Scavenge Pump Failure 

L.D. Cologna 


From: L.D. Cologna, Investigation of Jet Engine Oil Scavenge Pump Failure, MC95 International Metallography Conference 
(Proceedings of the International Metallography Conference, Colmar, France, 10-12 May 1995) ASM International, 1996, p 341-345 


Abstract: Stereomicroscopy inspection of a failed jet engine oil scavenge pump revealed a frozen driven gear, spacer wear from 
contact with gear teeth side faces, and a frozen drive gear. The evident thermal discoloration and the blockage of a bushing to the 
gears' shafts affected microstructure of base materials by overheating. It was found that the uncontrolled fit interference of the 
bushing into the Al spacer had lead to Cu Alloy overstress. Thermal cycling under operating conditions yelded the material. The 
dilation was then directed inward to the shaft only, where some microns of clearance were available. This behaviour caused the oil to 
squeeze out and metal-metal contact occurred. Once the engine was shut-down, cooling of the pump produced a futher clamping of 
the bushing to the shaft. At that point the No. 5 compartment of the pump was frozen. At the next engine start, the shear neck 
fractured, preserving the accessory gearbox from secondary damage. 




Keywords: Aircraft components; Gear boxes; Oil pumps; Overheating; Thermal stresses 


Material: 32CrMoV 13 (Chromium-molybdenum alloy steel) 
Failure type: (Other, miscellaneous, or unspecified) failure 


Introduction 

In a jet engine, oil scavenge pump is an accessory, together with pressure pump, that provides correct lubrication to the 
anti-friction bearings of the main shaft. 

The pump is generally driven by the accessory gearbox, that consists in train of gearshafts (32CrMoV13) into an A1 alloy 
casing. 

Failure of the scavenge pump causes the main shaft bearings to be overlubricated because the oil is no longer drained 
from those compartments. 

Flames and smoke from the engine tailpipe (when oil gets to the hot gas flow) is the latest step of the occurred failure. 

Pump Components and Materials 

The pump consists in several gears (drive and driven), in spacers (that separate different compartments scavenge and act 
as bushing for free gears rotation) and in a casing that holds all these components together. 

Gears base material is nitriding steel 32CrMoV13, hardened and nitrided to a surface hardness in the range of 750 4- 950 
HV, for high wear resistance properties. Core hardness is maintained in the range of 34 4- 44 HRc for good toughness 
properties, [ref as nr. 170 & 230 in Figure 1] 



Fig. 1 

The spacers are produced by forced assembling of a Cu alloy to AMS4845 bushing into an AA2024-T3 A1 alloy spacer. 

[ref as nr. 200 & 270 in Figure 1] 

The casing is obtained by an investment casting in A357-T61 A1 alloy [ref as nr. 34 in Figure 1] 



Pump Investigation 


Visual Inspection by Stereoscope 

After disassembling of pump at single level, the components were inspected under stereomicroscope. 

The main information gained from this first examination were: 

• - driven gear relative to compartment 5 brg was found frozen with upper and lower spacers. Gear teeth side faces 
and fillet radius area showed thermal discoloration by the friction effect occurred between gear and spacer 
surfaces [Figure 2]; 

• - accessible surfaces of spacer showed wear effect caused by mutual contact with gear’ teeth side faces; 

• - drive gear relative to compartment 5 brg was found frozen with lower bushing that had separated from its 
original position into the lower spacer. This gear showed thermal discoloration too; 

• - no seizing effect was detected. 



Fig. 2 

Micrographic Inspection and Thermal Alteration Evaluation 

The evident thermal discoloration and the blockage of bushing to the gears' shafts had surely affected microstructure of 
base materials by overheating. 

It is very important to highlight that engine syntetic lubricating fluid looses properties and begins to release carbon 
deposits in the range of 230 -r 250°C. Neither carboned deposits nor burnt oil film were detected during visual 
examination of the frozen components. 

On the other hand, thermal discoloration discovered on the gears was typical of high local temperature (> 350°C). That 
could mean that the failure happened in oil absence, very hard to believe in an oil pump !!!! 

The micrographic sections were obtained by cutting the frozen set of gear and upper and lower spacers, once A1 spacers 
were forcely separated from the bushing. 

The gear teeth section was obtained by cutting along a plane normal to shaft axis and passing through the teeth (ref. as 
Section A). 

The lower bushing section was obtained by cutting along a plane normal to shaft axis. At the cutting, the bushing had 
fractured releasing residual stresses (ref. as Section B). 

The upper bushing section was obtained by cutting along a radial plane, passing through one tooth top land (ref. as 
Section C) [Figure 3]. 



Fig. 3 

Section A and C were utilized to verify case profile properties of gear teeth in the undamaged area (groove - flanks) and 
to evaluate hardness drop due to overheating (fillet radius and shaft). 

As visible in Figure 4. in the most thermally affected zones (shaft and fillet radius), a drop of about 250 F1V at 0.1mm 
from surface was detected. In the unaffected areas, the hardness profile was found in line with the requirements of the 
blueprint. 

HARDNESS TRANSVERSE PROFILE 
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Fig. 4 

In order to understand the range of temperature reached by the part in the shaft and fillet radius areas, a scrap gear (same 
shape, base material and heat treatment) was subjected to a overheating test (exposure to different temperatures for t=lhr 
in air). At different steps, hardness drop was evaluated, in order to plot a Flardness vs. T curve. Surface hardness before 
test was recorded to be 963 HV [see Figure 5]. 
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Fig. 5 

Section B showed clearly that no seizing occurred between shaft and bushing. That is explicable because the self- 
lubricating properties of that Cu alloy. 

Section C gave the primary information to understand failure mode. In fact, as visible in Figure 6, it was discovered that 
the bushing had “copied” the shaft profile, creating a “hook” in correspondance to the groove that is machined at the 
blending between shaft and gear teeth side faces. Intermitted line identifies original shape of bushing. 



Fig. 6 


The amount of hardness drop was surely caused by overheating temperature that was higher than nitriding temperature of 
gear. In Figure 7, 8, 9 microstructure alteration of nitrided layer is visible, compared to an unaltered area's microstructure. 



The original Fe nitrides have been substituted by compounds that are poor in N, that diffused outward to the close surface. 






Fig. 8 Altered microstructure (shaft) x300 



Fig. 9 Unaltered microstructure (tooth flank) x300 

Considerations 

Summarizing, the main information gained from the investigation were: 

• - a 250 HV points drop was to be related to a overheating temperature in the range of 550° 4- 650°C. Such 
temperature was higher than nitriding temperature and nitrogen has diffused once again back to the surface, 
causing the drop of hardness properties in the first 0.25mm from surface; 

• - max. oil operating temperature was 230°C; no carboned deposits were found. So, no oil was present between 
shaft and bushing during the failure; 

• - the bushing has plastically deformed to “copy” shaft's shape. 

Review of the manufacturing operations evidenced that no verification of correct interference was recorded at assembling 
of bushings into the spacers. 

Review of base materials properties showed that: 

• - bushing material max. operating temperature was 200°C (that was too close to operating temperature of pump, 
190°C); 

• - thermal coefficient of 1 inear dilation for bushing material is 11.0 x 10 6 /°C; 

• - thermal coefficient of linear dilation for spacer material is 25.0 x 10 /°C. 

Review of engine operating condition showed that the nr. 5 brg compartment is in underpressure during engine start and 
run. That means that nr. 5 compartment gears receives the oil later than the remaining areas of the pump and, at starting, 
it's not lubricated at all. 



Conclusions 


The uncontrolled fit interference of bushing into the al spacer had lead to Cu Alloy overstress. Thermal cycling under 
operating conditions yelded the material. 

At temperature raise, dilation of bushing was not allowed radially outward by the fit and the dilation was then inward 
directed to the shaft only, where some microns of clearance were available. This behaviour caused the oil to squeeze out 
and metal-metal contact occurred. 

Temperature raised once more in such area but rotation was still possible because the self-lubrication properties of 
bushing that, at the same time, was “copying” shaft's profile. 

Once the engine was shut-down, cooling of the pump produced a futher clamping of the bushing to the shaft. At that point 
the nr. 5 compartment of the pump was frozen. 

At next engine start, the shear neck has fractured preserving the accessory gearbox from secondary damage. 

Related Information 

L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
586-601 


Cracked Eccentric Camshaft 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: During dismantling of an eccentric camshaft of 340 mm diameter that had worked for a total of 450,000 load reversals, it 
was found that it had cracked on both sides of the eccentric cam. The shaft was made of chromium-molybdenum alloy steel 34 
CrMo4 (material No. 1.7220) according to DIN 17200. Microstructural examination showed the shaft had ran hot, and there were no 
material defects. The shaft probably was overstressed by torsion forces. The presence of surface checks on both sides of the cam 
lobe that were filled with bearing metal proved that overstressing occurred through galling of the end faces of the bearing liners. 
Keywords: Camshafts; Eccentrics; Torsional fatigue 


Material: 34CrMo4 (Chromium-molybdenum alloy steel) 


Failure type: Fatigue fracture 


1 

During dismantling of an eccentric camshaft of 340 mm diameter that had worked for about 2year with a total of 450,000 
load reversals, it was found that it had cracked on both sides of the eccentric cam. The shaft was made of chromium- 
molybdenum alloy steel 34 CrMo4 (material No. 1.7220) according to DIN 17200 and was heat heated to a strength of 69 
kp/mm 2 . 

First a section of the one transition between the shaft and the cam lobe was sent in for examination. The piece showed two 
circumferential parallel cracks in the fillet which apparently initiated independently of each other (Fig. 1). A number of 
cracks could also be observed running vertically to these in the adjacent zone of the cam lobe. These were recognized as 
grinding checks (Fig. 2). 




Fig. 2 Grinding checks on cam lobe side, after application of magnaflux method. 1 x 

Subsequently the remaining piece was viewed in the plant of the sender and it was found that a crack had occurred at this 
side running along half the circumference. At the beginning or at the branches it ran at an angle of about 300 against the 
circumference. This showed that it was a torsion fracture that was deflected into the direction of circumference by the 
dimensional effect of the cross sectional transition. No bend fractures could be expected at this place because the incipient 
cracks were located at the compression side of the shaft. The finish of the fillet was good. Grinding checks could again be 
observed at the side of the cam lobe, i.e. in the characteristic crazing pattern. 

The circumferential cracks were 15 to 16 mm deep as measured at cross sections (Fig. 3). As expected, they were fatigue 
cracks each with several points of origin which was confirmed by breaking them open (Fig. 4). The crack propagations 
were discoloured red by bearing metal. In microsections was to be seen that bearing bronze had penetrated not only into 
the incipient fatigue cracks but also into the finest branches of the grinding checks in the cam lobe (Fig. 5). The peripheral 
structure of the lobeside showed signs of strong cold deformation (Fig. 6). In some places a thin martensite layer had 
formed through heat caused by friction (Fig. 7). The shaft therefore ran hot. There were no material defects. 





Fig. 3 Fatigue fractures in cross section, after application of magnaflux method. 1 x 



Fig. 4 Fatigue fractures in fillet breakout. 1 x 






Fig. 5 Fatigue fracture with penetration of bearing bronze. Unetched section. 500 x 




Fig. 6 Grinding check on cam lobe side. Etch: Nital. 100 x 



Fig. 7 Cold deformation and grinding martensite at surface of cam lobe side. Etch: Nital. 200 x 

Therefore the shaft was probably overstressed by torsion forces. The presence of surface checks on both sides of the cam 

lobe that were filled with bearing metal proved that overstressing occurred through galling of the end faces of the bearing 

liners. 
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Ultrasonic Inspection of an Upset-Forged 4118 Steel Shaft 

From: Nondestructive Inspection of Forgings, Nondestructive Evaluation and Quality Control, Vol 17, ASM Handbook, ASM 
International, 1989, p 491-511 


Abstract: Field failures, traced to internal cracks that were initiated from gross nonmetallics, were encountered in the upset portion 
of forged 4118 steel shafts. Ultrasonic inspection was thought to be the best method for detection from the location of these cracks, 
their orientation, and the size of the shaft. A longitudinal beam was sent in from the end of the shaft. The shaft was observed to 
have a radially drilled oil hole 9 mm in diameter. Since there was a variation in flaw orientation, testing of the shaft was desired 
from both the long and short end. The rejection level was set at 20% of full screen and was based on the size of flaws observed 
when the shafts were cut up. The inclusions were considered to be rejectable if the size was larger than 20 mm diameter. Similar 
flaws were observed in larger shafts but no flaws were observed once the shafts were sectioned. It was interpreted that the flaw 
signals were false and had happened when a portion of the beam struck the oily surface of the longitudinal oil hole. The problem was 
solved by removing the oil film from the longitudinal oil hole. 

Keywords: Shafts (power); Ultrasonic testing; Upset forgings 


Material: 4118 (Chromium-molybdenum alloy steel), UNS G41180 


Failure types: (Other, general, or unspecified) fracture; Metalworking-related failures 


Field failures were encountered in the upset portion of forged 4118 steel shafts (Fig. 1). The failures were traced to 
internal cracks in the upset flange area that were initiated from gross nonmetallics. These nonmetallics, which were 
originally located near the center of the cross section, were pushed outward into an almost radial plane in the upsetting of 
the flange. When the shaft was heat treated, these planes of inclusions developed internal cracks. 
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Fig. 1 Upset shaft forging, of 4118 steel, that was ultrasonically inspected by the pulse-echo longitudinal wave 
technique. Dimensions given in inches 

The location of these cracks, their orientation, and the size of the shaft all indicated that ultrasonics would be the best 
method for detection. Two approaches were feasible. The first was to send a longitudinal beam in from the end of the 
shaft, and the second was to use a shear wave from the outside diameter of the shaft adjacent to the flange. The first 

technique was selected because it permitted testing of shafts already assembled. 

7 

A 22 mm (8 in.) diam, 2.25-MHz transducer was used with a plastic wear face and an oil couplant. The shaft had a 

3 

radially drilled oil hole 9 mm (8 in.) in diameter (note location in Fig. 1). This radial hole was used as a landmark and 
standard to set the sensitivity. The signal from this hole was set to give full-screen height from a known flaw-free shaft. 




1 

The end of the shaft was scanned in a zone extending from the center out 40 mm (12 in.) radially. The area around the 
longitudinal oil hole within the upset section was the area where the flaws occurred (Fig. 1). 

When the shaft was tested from the short end (measured from the upset), a portion of the test area was in the shadow of 
the radial oil hole. In addition, because of the distance to the radial hole, the second multiple of the radial-hole signal 
occurred at the same point on the screen as did the flaws. For this reason and because of variation in flaw orientation, it 
was desirable to test the shaft from the long end as well as from the short end. In the assembled machines, the only access 
was to the long end of the shaft. The same standard was used from the long end of the shaft, but an instrument having 
higher sensitivity was required to produce a full-screen signal from the radial hole because of the added length of beam 
path. 

The rejection level was set at 20% of full screen and was based on the size of flaws observed when the shafts were cut up. 
The flange portion was first cut out of the shaft and retested with a smaller-diameter transducer to better define the extent 
of the flaw. The section was further cut until one edge of the flaw was exposed. When possible, this reduced section was 
broken open through the flaw. The fracture face provided the best view of the extent and shape of the flaws. If the 

3 

inclusion flaws were huger than 20 mm (4 in.) in diameter, they were considered rejectable even if they had not cracked 
in heat treatment. An attempt was made to test the shafts in the as-forged condition, but this approach was not reliable 
because some inclusions developed cracks during heat treatment. 

Similar but slightly larger shafts were found to have the same types of flaws. These shafts were tested with the same 
technique as described above and initially showed a very high rate of rejection. No flaws were found when the rejected 
shafts were sectioned, and when the shafts were retested, no flaws were found. After some investigation, it was realized 
that the flaw signals were false. When a portion of the beam shuck the oily surface of the longitudinal oil hole, a mode- 
converted wave was reflected back to the search unit. The time of travel of the mode-converted false signal coincided 
with the time of travel of the true flaw signals, causing rejection of the shafts. The problem was solved by removing the 
oil film from the longitudinal oil hole. 

Related Information 

DJ. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 1986, p 
459-482 


Fatigue Fracture of a Chromium-Molybdenum Steel Integral Coupling and Gear 


From: S.D. Antolovich and A. Saxena, Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 102-135 


Abstract: An integral coupling and gear (chromium-molybdenum steel), used on a turbine-driven main boiler-feed pump, was 
removed from service after 1 year of operation because of excessive vibration. Spectrographic analysis and metallographic 
examination revealed the fact that gritty material in the gear teeth (found at visual inspection) was composed of the same material 
as the metal in the coupling. Beach marks and evidence of cold work, typical of fatigue failure, were found on the fracture surface. 
Chips remaining in the analysis cut were difficult to remove, indicating a strong magnetic field in the part. Evidence found supports 
the conclusions that failure of the coupling was by fatigue, and incomplete demagnetization of the coupling following magnetic- 
particle inspection caused retention of metal chips in the roots of the teeth. Improper lubrication caused gear teeth to overheat and 
spall, producing chips that eventually overstressed the gear, causing failure. Because the oil-circulation system was not operating 
properly, metal chips were not removed from the coupling. Recommendations included checking the replacement coupling for 
residual magnetism and demagnetizing it if any is present. The lubrication oil would be changed or filtered to remove any debris 
from previous damage to the gears. 

Keywords: Couplings; Gears; Magnetic particle testing; Overheating; Spalling 
Material: 4130 (Chromium-molybdenum alloy steel), UNS G41300 


Failure type: Fatigue fracture 


Figure 1 shows an integral coupling and gear, used on a turbine-driven main boiler-feed pump, that was removed from 
service after 1 year of operation because of excessive vibration. Oil lines to the coupling were reportedly not operating 
shortly after the coupling was installed. Also, chips in the oil were reported on previous inspections of the coupling, but 
their nature was unknown. 




Fig. 1 Integral coupling and gear of chromium-molybdenum steel that failed in fatigue because the part was 
magnetized and retained metal chips at tooth roots. Dimensions given in inches 

Investigation. Visual examination revealed that the hub of the coupling was cracked, that teeth on the coupling gear 
were severely damaged, and that a paste of gritty material was pressed into the gear teeth. Severe wear and broken teeth 
were also observed. A crack was found that apparently started in the keyway and continued circumferentially around the 
coupling (Details A and B, Fig. 1). 

Spectrographic analysis of the coupling material revealed that it was made of a chromium-molybdenum steel, similar in 
analysis to 4130 steel. The gritty material in the gear teeth was found to be of the same composition as the metal in the 
coupling. 

Surface hardness of the gear teeth was 56 to 58 F1RC, and core hardness was 27 to 30 FIRC; both hardness ranges were 
satisfactory for the work metal and the application. Metallographic examination revealed a desirable microstructure with 
no unusual features. 

A section of the coupling containing gear teeth and paid of the keyway was removed to permit examination of the fracture 
surface. Beach marks and evidence of cold work that are typical of fatigue failure were found on the surface. 

When the cut was made on the coupling, chips remained in the cut and were difficult to remove, indicating a strong 
magnetic field in the paid. A gauss-meter probe was inserted into the cut, and a reading of 2000 G was obtained, which is 
a high residual flux density for steel (for comparison, magnetic steels have a flux density of about 9000 G). A field test 
around the boiler-feed pump indicated virtually no electric forces that could induce magnetism in the gears. Therefore, the 
gear must have been magnetized before being put into service. 

A logical source of magnetism in the gear teeth would be magnetic-particle inspection on the gear before it was put into 
service. Normally, workpieces are demagnetized after magnetic-particle inspection. Flowever, in this case, the coupling 
may have been only partly demagnetized or overlooked completely. 

Conclusions. Failure of the coupling was by fatigue, as evidenced by the beach marks and signs of cold work. 
Incomplete demagnetization of the coupling following magnetic-particle inspection caused retention of metal chips in the 
roots of the teeth. These chips contributed to cyclic loading. 

Improper lubrication caused gear teeth to overheat and spall, producing chips that eventually overstressed the gear, 
causing failure. Because the oil-circulation system was not operating properly, metal chips were not removed from the 
coupling. 

Recommendations. To prevent damage to the replacement coupling, it should be checked for residual magnetism and 
should be demagnetized if any is present. The lubrication oil should be changed or filtered to remove any debris from 
previous damage to the gears. The oil-circulation system should be put into operating conditions. 

Related Information 

L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
586-601 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 




Surface Indications in Hot-Rolled 4130 Steel Bars 


From: VJ. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: Routine magnetic-particle inspection revealed crack indications in a number of shafts produced from hot-rolled 4130 steel 
bar. A pronounced indication of this size is cause for rejection if the defect is not eliminated during subsequent machining. A 
microstructural analysis of the shaft cross section revealed that the crack was approximately 0.5 mm (0.020 in.) deep and oriented 
in a radial direction. Furthermore, no stringer-type nonmetallic inclusions were observed in the vicinity of the flaw, which did not 
display the intergranular characteristics of a quench crack. The defect did, however, contain substantial amounts of oxide, which 
evidently resulted from the hot-working operation. This evidence supports the conclusion that the appearance of this discontinuity, 
with the long axis parallel to the working direction and radial orientation with regard to depth, strongly suggests a seam produced 
during rolling. Use of components with surface-defect indications as small as 0.5 mm (0.02 in.) can be risky in certain 
circumstances. Depending on the orientation of the flaw with respect to applied loads, the nature of the applied forces (for example, 
cyclic), and the operating environment, such a surface flaw can become the initiating site for a fatigue crack or a corrosion-related 
failure. 

Keywords: Cracking (fracturing); Forgings; Seams; Shafts (power); Surface defects 


Material: 4130 (Chromium-molybdenum alloy steel), UNS G41300 


Failure type: Metalworking-related failures 


Routine magnetic-particle inspection revealed crack indications in a number of shafts produced from hot-rolled 4130 steel 
bar (Fig. la and b). A pronounced indication of this size is cause for rejection if the defect is not eliminated during 
subsequent machining. 







Fig. 1 Seam in rolled 4130 steel bar. (a) Overall view of bar showing location of seam (arrow), (b) Closeup of 
seam. Note the linear characteristics of this flaw, (c) Micrograph showing cross section of the bar. Seam is 
normal to the surface and filled with oxide. 30x 



Investigation. A microstructural analysis of the shaft cross section revealed that the crack was approximately 0.5 mm 
(0.020 in.) deep and oriented in a radial direction (Fig. lc). Furthermore, no stringer-type nonmetallic inclusions were 
observed in the vicinity of the flaw, which did not display the intergranular characteristics of a quench crack. The defect 
did, however, contain substantial amounts of oxide (Fig. Id), which evidently resulted from the hot-working operation. 
Conclusion. Overall, the appearance of this discontinuity, with the long axis parallel to the working direction and radial 
orientation with regard to depth, strongly suggests a seam produced during rolling. Flaws of this nature are not 
uncommon in rolled bars and generally do not present a serious problem if allowance has been made for adequate stock 
removal before finishing. Unfortunately, the shaft in this case was to be used without further machining and was therefore 
rejected. 

Use of components with surface-defect indications as small as 0.5 mm (0.02 in.) can be risky in certain circumstances. 
Depending on the orientation of the flaw with respect to applied loads, the nature of the applied forces (for example, 
cyclic), and the operating environment, such a surface flaw can become the initiating site for a fatigue crack or a 
corrosion-related failure. 

Related Information 

Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
81-102 


Fatigue Failure of Steering Arms Due to Forging Defects 

Roy G. Baggerly, Kenworth Truck Company 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Several heavy truck Cr-Mo steel steering arms in service less than three years fractured during stationary or low-speed 
turning maneuvers that required power-assisted steering. Metallographic examination of the cracked AISI 4135 arms, heat treated 
to a hardness of 285 to 341 HB, revealed that fatigue crack initiation occurred from the tip of oxide scale inclusions forged into the 
U-shaped arm at the inside radius. Corrective action involved redesigning the steering arm to increase the minimum forging radius 
and reduce the stress level at the inner-bend radius, and reducing the level of power assistance to the wheels to encourage the 
driver to put the vehicle in motion prior to turning. 

Keywords: Chromium-molybdenum steel - 4135; Chromium-molybdenum steels, mechanical properties; Crack initiation; Fatigue 
failure; Forging defects; Steering arms; Stress concentration 


Material: 4135 (Chromium-molybdenum alloy steel), UNS G41350 


Failure types: Metalworking-related failures; Fatigue fracture 


Background 

Several steering arms in service less than three years fractured during a dry park turn or slow speed turn when a high load 
was applied from hydraulically assisted power steering 

Applications 

Maneuvring of heavy trucks during parking or backing into loading/unloading docks is greatly facilitated by power- 
assisted steering. The load applied to the steering system is maximum at this time due to the scrubbing friction of the tires 
across a surface, often dry pavement. The geometry of the steering system is such that the steering arm usually has a 
bend, the inside radius or which can vary depending on the particular front axle arrangement. Since this component is 
forged, potential forging discontinuities can be introduced when the forged radius of the bend is too small. A schematic of 
the steering arm is shown in Fig. 1. 





Fig. 1 Schematic of steering arm 

Circumstances leading to failure 

A steering arm failed when a fully loaded truck was maneuvering in a parking lot in preparation for unloading. The 
vehicle was equipped with a hydraulic power-assisted steering gear, and manoeuvring required full turns of the tires from 
the left to the right. Subsequently several other steering arms failed under similar circumstances, i.e. stationary or low- 
speed turning manoeuvres that required power-assisted steering. 

Pertinent specifications 

The manufacturer’s material specification for the steering arm required an AISI 4135 forged steel part, heat treated to a 
Brinell hardness of 285 to 341 HB. 

Performance of other parts in same or similar service 

The same steering arm is also used in manual steering gear applications. The manual resistance to turning the steer axle 
wheels while the truck is stationary is too great, and the vehicle is generally placed in motion in order to turn. No failures 
of steering arms occurred when used with manual steering gears, although small cracks have been observed at very high 
vehicle mileages in manual gear steering arms. These cracks initiated at oxide scale forged into the inner bend of the 
steering arm. The number of fatigue cycles at these high applied loads from manual steering gears, however, was not 
sufficient to cause failure during the lifetime of the vehicle. 

Selection of specimens 

The result of these early failures prompted a federal recall campaign and many returned steering arms were 
metallographically sectioned and examined microscopically to determine the statistical distribution of the forged-in oxide 



scale and the propensity to initiate fatigue cracks. Several steering arms that were unused were also sampled and 
examined for forged-in oxide scale. 

Visual Examination of General Physical Features 

Complete fracture of the steering arm could occur along a plane that passed through the inside radius. A macrophotograph 
of a characteristic steering arm fracture is shown in Fig. 2 and the failure location is also shown in Fig. 1. 



Fig. 2 Fractured steering arm 

Testing Procedure and Results 

Nondestructive evaluation 

Magnetic Particle. The location on the steering arm where fatigue cracks initiated occurred over a very restricted area 
of the inside radius, and most of the steering ai ms that were returned in the recall did not require detailed inspection prior 
to sectioning through the suspect area. Several unused steering arms were subjected to magnetic particle inspection, and 



Fig. 3 Magnetic particle indications of oxide scale forged into the steering arm 

Surface examination 

Visual. The fracture surfaces of the failed steering arms revealed characteristic beach marks indicating a fatigue 
mechanism with either single or multiple origins emanating from the inside radius of the steering arm (Fig. 4). 
Occasionally fatigue initiation would occur from both the outside and inside of the bend, and the fatigue crack would 
propagate from both sides of the steering arm simultaneously in a reverse bending mode. 




Fig. 4 Fracture surface of steering arm showing characteristic beach marks 

Metallography 

Microstructural Analysis. The microstructure of the AISI 4135 forged steering arm exhibited a tempered 
martensitic structure that was indicative of a quench and temper heat treatment. This was consistent with the hardness 
specification and hardness measurements and showed that the steering arms were in compliance with the heat treatment 
specification. 

Crack Origins/Paths. The metallographic examination of several cracked steering aims revealed that fatigue 
initiation occurred from the tip of the oxide scale inclusions forged into the arm. Typical oxide scale inclusions that were 
present in every steering arm investigated are shown in Fig. 5. 
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Fig. 5 Oxide scale inclusions forged into the inner radius of the steering arm 

Chemical analysis/identification 

The chemical composition of the failed steering arms was determined using optical emission spectroscopy for most of the 
alloy elements and a Leco carbon/sulfur analyzer for carbon and sulfur content. The latter analysis required the use of 
drill flakes for ignition and the subsequent analysis of the combustion gases. Table 1 lists the chemical analysis for a 
characteristic failed steering arm. The composition of the material complies with the standard composition for AISI 4135 
alloy steel. 


Table 1 Chemical analysis results 



Element 

Composition, wt% 


Steering arm 

AISI 4135 steel 

Carbon 

0.38 

0.32-0.38 

Silicon 

0.240 

0.15-0.30 

Manganese 

0.75 

0.60-1.00 

Chromium 

0.94 

0.75-1.00 

Molybdenum 

0.15 

0.15-0.25 

Nickel 

0.15 


Phosphorus 

0.008 

0.035 max 

Sulfur 

0.023 

0.040 max 

Vanadium 

0.004 


Copper 

0.17 


Aluminum 

0.018 



Mechanical properties 


Hardness was the only mechanical property determined. The hardness of the failed steering aims were consistently 
within the required hardness range of 285 to 341 HB. 

Discussion 

Forging slugs were blanks are prepared from annealed 4135 alloy bar material by shearing to the appropriate length. The 
process of forging the steering arm required repeated hits of the forging billet using a series of three separate die cavities. 
The arm was forged into a U-shape in the second die cavity, during which there was a distinct possibility of entrapping 
surface oxide scale in the region of the inner bend radius of the part. A forging die is normally designed to expel the 
surface oxide scale with the flash at the parting line. The inner bend radius was too sharp, however, and some of the oxide 
scale was entrapped within the forging instead of being expelled with the flash. Many steering arms, both new and 
unused, as well as those returned from the field, were metallographically sectioned and the depth of the oxide scale 
measured. The data was subsequently analyzed using weibull statistics. Fig. 6 shows the best fit of the data corresponding 
to a Weibull slope of 2.11 and a characteristic oxide depth of 0.6 mm (0.02 in.) (63.2% of the population). The expected 
oxide flaw distribution depth is shown in Fig. 7, which indicates a finite probability of oxide scale extending to depths 
greater than 1 mm (0.04 in.). 

















Fig. 6 Weibull analysis of the depth of forged-in oxide scale 



Fig. 7 Statistical frequency distribution of the depth of forged-in oxide scale 

The failed steering arms would be expected to be from the population that had the greater depth of oxide scale. The 
maximum stress on the steering arm occurs during a dry park, right hand turn which results in scrubbing the tires over dry 
pavement. A stress as high as 903.2 MPa (131 ksi) was measured during this manoeuvre. The maximum stress intensity 
present at the tip of the oxide flaw, assuming that it acts as a sharp crack, can be calculated using standard fracture 
mechanics methodology. The relationship between stress intensity and depth of oxide scale is shown in Fig. 8. An 

approximate threshold for fatigue crack propagation of 8.8 Mpa V (8.0 ksi \ZluT) is also shown (Ref 1). A flaw 
larger than 0.07 mm (0.003 in.) will propagate by fatigue crack growth under repeated cyclic stressing at a stress 
amplitude of 903.2 MPa (131 ksi). 
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Fig. 8 Effect of flaw depth on cyclic stress intensity 

The number of dry park manoeuvres that can be accommodated by these steering anus before they fail by fatigue is 
therefore of interest. The failures occurred with steering arms that were less than three years old. The manufacturer 
indicated that if the arm was subjected to an average of 12 cycles per day for three years, approximately 13,000 cycles 
would accumulate. At this level of fatigue cycles and stress, a steering arm with a flaw approximately 0.9 mm (0.035 in.) 
or larger would be with expected to fail. Fig. 9 shows the relationship between the integrated Paris equation, da/dn, using 
fatigue crack growth data for AISI 4140 steel of similar - strength (Ref 1) and a final crack size of 15.2 mm (0.6 in.) to 
define failure. If the steering arms had not been removed from service, arms with smaller flaws would have continued to 
fail with time, since the average lifetime of heavy trucks is greater than 15 years. 



(Thousands) 

Fig. 9 Effect of flaw size on integrated fatigue life 

Conclusion and Recommendations 

Most probable cause 

The most probable cause of failure of the steering arms was the presence of forged-in oxide scale at a location along the 
inner radius of the arm subjected to a high stress level. Tire scrubbing movement, facilitated with hydraulic power assist 
when the vehicle is stationary (i.e. the dry park condition) imparts a high stress level to the steering arm, resulting in 
fatigue crack propagation from pre-existing flaws. 






Remedial action 


The steering arm was redesigned to reduce the stress level at the inner bend radius. The level of courage the driver to 
place the vehicle in motion prior to turning the steering axle wheels. 

How failure could have been prevented 

An appropriate design analysis to lower the overall operating stress on the steering arm should have been performed. 
Insuring an adequate inspection procedure prior to release of the design for manufacture could also have prevented 
failures. The use of metallographic techniques would have shown the presence of oxide scale in the critical section, and 
an effective NDT inspection technique such as magnetic particle inspection would have prevented the deployment of 
flawed steering arms. 
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Hydrogen-Assisted SCC Failure of Four AISI 4137 Steel Bolts 

From: Threaded Steel Fasteners, Properties and Selection: Irons, Steels, and High-Performance Alloys, Vol 1, ASM Handbook, ASM 
International, 1990, p 289-301 


Abstract: Hydrogen-assisted stress corrosion cracking (SCC) failure occurred in four AISI 4137 chromium molybdenum steel bolts 
having a hardness of 42 HRC. The normal service temperature (400 deg C, or 750 deg F) was too high for hydrogen embrittlement 
but, the bolts were subjected also to extended shutdown periods at ambient temperatures. The corrosive environment contained 
trace hydrogen chloride and acetic acid vapors as well as calcium chloride if leaks occurred. The exact service life was unknown. The 
bolt surfaces showed extensive corrosion deposits. Cracks had initiated at both the thread roots and the fillet under the bolt head. 
Multiple, branched cracking was present in a longitudinal section through the failed end of one bolt, typical of hydrogen-assisted SCC 
in hardened steels. Chlorides were detected within the cracks and on the fracture surface. The failed bolts were replaced with 17-4 
PH stainless steel bolts (Condition H 1150M) having a hardness of 22 HRC. 

Keywords: Bolts; Chlorides; Corrosion environment 


Material: 4137 (Chromium-molybdenum alloy steel), UNS G41370 


Failure types: Stress-corrosion cracking; Hydrogen damage and embrittlement 


Figure 1 shows an example of hydrogen-assisted SCC failure of four AISI 4137 steel bolts having a hardness of 42 F1RC. 
Although the normal service temperature (400 °C, or 750 °F) was too high for hydrogen embrittlement, the bolts were 
also subjected to extended shutdown periods at ambient temperatures. The corrosive environment contained trace 
hydrogen chloride and acetic acid vapors as well as calcium chloride if leaks occurred. The exact service life was 
unknown. The bolt surfaces showed extensive corrosion deposits. Cracks had initiated at both the thread roots and the 
fillet under the bolt head. Figure 1(b) shows a longitudinal section through the failed end of one bolt. Multiple, branched 
cracking was present, typical of hydrogen-assisted SCC in hardened steels. Chlorides were detected within the cracks and 
on the fracture surface. The failed bolts were replaced with 17-4 PF1 stainless steel bolts (Condition FI 1150M) having a 
hardness of 22 FIRC (Ref 1). 
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Fig. 1 4137 steel bolts (hardness: 42 HRC) that failed by hydrogen-assisted SCC caused by acidic chlorides 
from a leaking polymer solution, (a) Overall view of failed bolts, (b) Longitudinal section through one of the 
failed bolts in (a) showing multiple, branched hydrogen-assisted stress-corrosion cracks initiating from the 
thread roots. Source: Ref 1 
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Brittle Fracture of a Cadmium-Plated 4140 Steel Retaining Ring at a Hard Spot 
Caused by an Arc Strike 


From: G.W. Powell, Ductile and Brittle Fractures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, 

p 82-101 

Abstract: After less than 30 days in service, several cadmium plated retaining rings, made of 4140 steel tubing and heat treated to 
36 to 40 HRC, broke during operation that included holding components of a segmented fitting in place under a constant load. 
Photographic and lOOx nital-etched micrographic examination showed a microstructure of tempered martensite with low inclusion 
content as well as a pit or burned spot on the outer area of the ring. The defect was approximately 0.18 mm (0.007 in.) deep and 
0.5 mm (0.020 in.) in diameter and had a hardness of 58 to 60 HRC. The base metal adjacent to the defect had a hardness of 36 to 
40 HRC. Small cracks or fissures were also evident within the defect. Thus, the rings failed in brittle fracture as the result of an arc 
strike (or burn) on the surface of the ring. At the site of the arc strike, a small region of hard, brittle untempered martensite was 
formed as the result of an arc strike during the cadmium-plating operation. Fracture occurred readily when the ring was stressed. No 
recommendations were made. 

Keywords: Cadmium plating; Retaining rings; Surface defects 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 
Failure types: Surface treatment related failures; Brittle fracture 


The retaining ring shown in Fig. 1 was used to hold components of a segmented fitting in place under a constant load. The 
ring was made of 4140 steel tubing and heat treated to 36 to 40 FIRC, then cadmium plated. Several rings that broke after 
less than 30 days in service were examined to determine the cause of failure. 






Fig. 1 Retaining ring of cadmium-plated 4140 steel that failed by brittle fracture at a hard spot caused by an 
arc strike during plating, (a) View of retaining ring, and section showing location of arc strike. Dimensions given 
in inches, (b) Photograph of the retaining ring showing pit or burned spot on the outer surface. 12x. (c) 
Micrograph showing the pit as a semicircular defect in the fracture surface at the outer edge of the ring. Etched 
with nital. lOOx 

Investigation. Metallographic examination of a section adjacent to one fracture surface showed that the 
microstructure was tempered martensite and the inclusion content was low. The fracture was brittle in appearance, and 
there were no shear lips. 

Examination also revealed a pit or burned spot on the outer of the ring (Section A-A, Fig. 1 a and b). The pit appeared as 
a semicircular defect in the fracture surface at the outer edge of the ring (Fig. lc). The defect was approximately 0.18 mm 




(0.007 in.) deep and 0.5 mm (0.020 in.) in diameter and had a hardness of 58 to 60 HRC. The base metal adjacent to the 
defect had a hardness of 36 to 40 HRC. At higher magnifications, small cracks or fissures were evident within the defect. 
Two unbroken rings were visually examined and found to have defects similar in appearance to those on the rings that 
fractured in service. These two rings were fractured for further examination. Each fracture surface contained a small hard 
spot similar to those on the rings that failed; however, a shear lip at the inside diameter indicated an inherently ductile 
material. 

The difference in hardness, etching characteristics, and surface appearance of other parts of the ring indicated that the 
small hard spot was untempered martensite that formed as the result of an arc strike during the cadmium-plating 
operation. Arcing at the point of contact between the ring and a finger on the plating rack or arcing between rings while 
on the rack caused local overheating above the critical temperature of 735 °C (1350 °F). This arcing occured either as the 
ring entered the plating bath or when it was in the bath. The part was quenched by the bath, resulting in transformation to 
hard, brittle martensite at the locations of arcing. 

Conclusions. The rings failed in brittle fracture as the result of an arc strike (or burn) on the surface of the ring. At the 
site of the arc strike, a small region of hard, brittle untempered martensite was formed. Fracture occurred readily when the 
ring was stressed. 
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Brittle Fracture of a Cadmium-Plated 4140 Steel Retaining Ring at a Hard Spot 
Caused by an Arc Strike 

From: G.W. Powell, Ductile and Brittle Fractures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, 

p 82-101 

Abstract: After less than 30 days in service, several cadmium plated retaining rings, made of 4140 steel tubing and heat treated to 
36 to 40 HRC, broke during operation that included holding components of a segmented fitting in place under a constant load. 
Photographic and lOOx nital-etched micrographic examination showed a microstructure of tempered martensite with low inclusion 
content as well as a pit or burned spot on the outer area of the ring. The defect was approximately 0.18 mm (0.007 in.) deep and 
0.5 mm (0.020 in.) in diameter and had a hardness of 58 to 60 HRC. The base metal adjacent to the defect had a hardness of 36 to 
40 HRC. Small cracks or fissures were also evident within the defect. Thus, the rings failed in brittle fracture as the result of an arc 
strike (or burn) on the surface of the ring. At the site of the arc strike, a small region of hard, brittle untempered martensite was 
formed as the result of an arc strike during the cadmium-plating operation. Fracture occurred readily when the ring was stressed. No 
recommendations were made. 

Keywords: Cadmium plating; Retaining rings; Surface defects 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Surface treatment related failures; Brittle fracture 


The retaining ring shown in Fig. 1 was used to hold components of a segmented fitting in place under a constant load. The 
ring was made of 4140 steel tubing and heat treated to 36 to 40 HRC, then cadmium plated. Several rings that broke after 
less than 30 days in service were examined to determine the cause of failure. 






Fig. 1 Retaining ring of cadmium-plated 4140 steel that failed by brittle fracture at a hard spot caused by an 
arc strike during plating, (a) View of retaining ring, and section showing location of arc strike. Dimensions given 
in inches, (b) Photograph of the retaining ring showing pit or burned spot on the outer surface. 12x. (c) 
Micrograph showing the pit as a semicircular defect in the fracture surface at the outer edge of the ring. Etched 
with nital. lOOx 

Investigation. Metallographic examination of a section adjacent to one fracture surface showed that the 
microstructure was tempered martensite and the inclusion content was low. The fracture was brittle in appearance, and 
there were no shear lips. 

Examination also revealed a pit or burned spot on the outer of the ring (Section A-A, Fig. 1 a and b). The pit appeared as 
a semicircular defect in the fracture surface at the outer edge of the ring (Fig. lc). The defect was approximately 0.18 mm 




(0.007 in.) deep and 0.5 mm (0.020 in.) in diameter and had a hardness of 58 to 60 HRC. The base metal adjacent to the 
defect had a hardness of 36 to 40 HRC. At higher magnifications, small cracks or fissures were evident within the defect. 
Two unbroken rings were visually examined and found to have defects similar in appearance to those on the rings that 
fractured in service. These two rings were fractured for further examination. Each fracture surface contained a small hard 
spot similar to those on the rings that failed; however, a shear lip at the inside diameter indicated an inherently ductile 
material. 

The difference in hardness, etching characteristics, and surface appearance of other parts of the ring indicated that the 
small hard spot was untempered martensite that formed as the result of an arc strike during the cadmium-plating 
operation. Arcing at the point of contact between the ring and a finger on the plating rack or arcing between rings while 
on the rack caused local overheating above the critical temperature of 735 °C (1350 °F). This arcing occured either as the 
ring entered the plating bath or when it was in the bath. The part was quenched by the bath, resulting in transformation to 
hard, brittle martensite at the locations of arcing. 

Conclusions. The rings failed in brittle fracture as the result of an arc strike (or burn) on the surface of the ring. At the 
site of the arc strike, a small region of hard, brittle untempered martensite was formed. Fracture occurred readily when the 
ring was stressed. 
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Wear Failure of a 4140 Steel Bolt Because of Low Hardness 


From: R.C. Tucker, Jr., Wear Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 145-162 


Abstract: The bolt in a bolt and thimble assembly used to connect a wire rope to a crane hanger bracket was worn excessively. Two 
worn bolts, one new bolt, and a new thimble were examined. Specifications required the bolts to be made of 4140 steel heat treated 
to a hardness of 277 to 321 HB. Thimbles were to be made of cast 8625 steel, but no heat treatment or hardness were specified. 
Analysis (visual inspection, hardness testing, and metallographic examination) supported the conclusion that the wear was due to 
strikingly difference hardness measurements in the bolt and thimble. Recommendations included hardening and tempering the bolts 
to the hardness range of 375 to 430 HB. The thimbles should be heat treated to a similar microstructure and the same hardness 
range as those of the bolt. Molybdenum disulfide lubricant can be liberally applied during the initial installation of the bolts. A 
maintenance lubrication program was not suggested, but galling could be reduced by periodic application of a solid lubricant. 
Keywords: Bolts; Galling; Molybdenum disulfide; Solid lubricants; Wear resistance 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Abrasive wear; Heat treating-related failures 


Figure 1 shows a bolt and a thimble used to connect a wire rope to a crane hanger bracket. The bolt, which attached the 
thimble to the hanger bracket, was worn excessively. Two worn bolts, one new bolt, and a new thimble were examined. 




Hardness of the used bolts was within or only slightly above the specified range; the hardness of the new bolt was well 
above the range. As noted earlier, no hardness was specified for the thimble. 














Microstructure of the bolts was tempered martensite. The microstructures of the two used bolts were similar in 
appearance; however, the microstructure of the new bolt appeared slightly different because it had been tempered at a 
lower temperature than the used bolts. The thimble showed a bainitic microstructure typical of as-cast steel rather than of 
heat-treated steel. 

Discussion. Mating of the hard bolt surface with the soft thimble surface was conducive to wear of both surfaces. The 
wearability of the bolt-thimble arrangement could be improved only by equalizing and increasing the hardness of the 
mating surfaces. Although the bolt was heat treated, the specified hardness of 277 to 321 HB did not produce a surface 
haidncss that yielded good wearability. 

Case hardening of the bolt and thimble hole to equal hardness values would produce the best wear characteristics. 
However, loading of case-hardened bolts could cause the case to spall or fracture from the base metal; also, case 
hardening the bolt would not improve its impact strength. The wearability and the impact properties of the bolt would be 
improved by tempering after through hardening. 

Corrective Measures. The bolts were through hardened and tempered to the hardness range of 375 to 430 HB. The 
thimbles were heat treated to a similar microstructure and the same hardness range as those of the bolt. Molybdenum 
disulfide lubricant was liberally applied during the initial installation of the bolts. A maintenance lubrication program was 
not suggested, but galling could be reduced by periodic application of a solid lubricant. No further failures were reported 
after these measures were incorporated. 
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Brittle Failure of Locking Collar Produced From Rolled 4140 Grade Steel Plate 


From: V.J. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: The locking collar on a machine failed suddenly when the shaft it restrained was inadvertently subjected to an axial load 
slightly higher than the allowable working load. The locking collar fractured abruptly, producing four large fragments. This allowed 
the shaft to be propelled forcefully in the direction of the load, causing substantial damage to other machinery components in the 
vicinity. The failed component, which was 43 cm (17 in.) in diameter, was machined from 4140 plate and heat treated to 34 to 36 
HRC. Analysis (visual inspection, composite micrographs, scanning electron microscopy, and mechanical-property analysis) 
supported the conclusions that the alloy steel plate used in this application contained significant brittle microstructural fibering or 
banding. This condition produced considerable anisotropy in ductility and toughness as revealed by mechanical testing. 
Unfortunately, the potential effects of anisotropy were apparently neglected when this component was designed and manufactured 
from the plate stock, because the loading was applied in a direction that stressed the weakest planes in the material, that is, a 
direction normal to the fibering. No recommendations were made. 

Keywords: Anisotropy; Locking collars; Plate metal 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure type: Brittle fracture 


The locking collar on a machine failed suddenly when the shaft it restrained was inadvertently subjected to an axial load 
slightly higher than the allowable working load (Fig. la). The locking collar fractured abruptly, producing four large 
fragments (Fig. lb). This allowed the shaft to be propelled forcefully in the direction of the load, causing substantial 
damage to other machinery components in the vicinity. The failed component, which was 43 cm (17 in.) in diameter, was 
machined from 4140 plate and heat treated to 34 to 36 F1RC. 




Fig. 1 Failure of a 4140 steel locking collar machined from rolled plate, (a) Collar assembly showing fracture 
location, (b) Illustration of the failure with respect to the plate orientation, (c) SEM micrograph showing the 
cleavage-failure mode, (d) Composite micrograph showing microstructural orientation produced by rolling. RD, 
rolling direction 

Investigation. The fracture surface of the locking collar fragments exhibited a brittle appearance with no evidence of 
ductile or fibrous fracture. The cracks initiated in the fillets and propagated to the outside corners, as shown schematically 
in Fig. 1 (a) and (b). No pre-existing cracks or flaws were observed on the fractures or at the initiation sites. Scanning 
electron microscopy (SEM) examination corroborated the macroexamination observations in that the failure mode 
consisted entirely of cleavage through the grains (Fig. lc). 

Mechanical-property analysis revealed that, although the yield strengths were comparable (793 to 834 MPa, or 115 to 121 
ksi) in the S-T and L-T orientations shown in Fig. 1(b), there were significant differences in ductility and fracture 
toughness between these orientations. For example, reduction of area averaged 4% in the S-T orientation as opposed to 

57% in the F-T, while K i c (plane-strain fracture toughness) averaged 66 MPaV ; (60 ksi V 7 ill.) in S-T and 104 

MPaV ^ (95 ksi\/ill..) in F-T. A composite photomicrograph (Fig. Id) taken from the locking collar shows that the 
material contains microstructural bands that are oriented in the rolling direction (RD). 

Conclusions. The alloy steel plate used in this application contained significant microstructural fibering or banding. 
This condition produced considerable anisotropy in ductility and toughness as revealed by mechanical testing. 
Unfortunately, the potential effects of anisotropy were apparently neglected when this component was designed and 





manufactured from the plate stock, because the loading was applied in a direction that stressed the weakest planes in the 
material, that is, a direction normal to the fibering. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 


Failure of Seamless Tubing Due to a Quench Crack 

From: V.J. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: Hydraulic cylinder housings were being fabricated from 4140 grade seamless steel tubing. During production, magnetic- 
particle inspection indicated the presence of circumferential and longitudinal cracks in a large number of cylinders. Analysis (visual 
inspection, dye penetrant inspection, 50x/90x/400x SEM micrographs, and metallographic analysis) supports the conclusion that the 
cracking problem in these components was identified as quench cracks due to their brittle, intergranular nature and the 
characteristic temper oxide on the fracture surfaces. Although the steel met the compositional requirements of SAE 4140, the sulfur 
level was 0.022% and would account for the formation of the sulfide stringers observed. Apparently, the combination of the 
clustered, stringer-type inclusions and the quenching conditions were too severe for this component geometry. The result was a high 
incidence of quench cracks that rendered the parts useless. Recommendations included changing the specification, requiring the 
steel to have lower sulfur concentrations. Magnetic-particle cleanliness standards should be imposed that will exclude material with 
harmful clusters of sulfide stringers, for example, modified AMS 2301. 

Keywords: Quenching cracks; Seamless tubes 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Metalworking-related failures; Heat treating-related failures 


Fiydraulic cylinder housings were being fabricated from 4140 grade seamless steel tubing. During production, magnetic- 
particle inspection indicated the presence of circumferential and longitudinal cracks in a large number of cylinders (Fig. 
la). 





Fig. 1 Alloy steel seamless tubing that failed because of quench cracks, (a) Cross section of tube showing 
extensive cracking revealed by dye-penetrant inspection, (b) SEM micrograph showing intergranular fracture at 
a crack origin. 90x. (c) SEM micrograph illustrating the brittle mode of failure associated with the fracture. 
50x. (d) Micrograph showing the typical concentrations of nonmetallic stringers in the tube material, (e) 
Micrograph showing a quench crack. Note the intergranular branching and heavy oxide. 400x 

Investigation. Visual examination of the cracks in several pieces revealed that the fractures exhibited a dull gray 
appearance over most of their surfaces. Such a feature is indicative of an elevated-temperature oxide in this material. A 
subsequent SEM analysis of the fracture surfaces confirmed that a fairly heavy oxide had formed on the crack surfaces 
and that the fracture mode was entirely brittle, consisting of intergranular fracture and cleavage (Fig. lb and c). 
Microstructural analysis showed a tempered martensite structure typical of a heat-treated 4140 grade steel. Furthermore, 
large concentrations of sulfide stringers were also present (Fig. Id). It is plausible to suspect that these second-phase 
particles could act as stress raisers and contribute to quench-crack initiation. Finally, a cross section of one of the cracks is 
shown in Fig. 1(e). This view shows the oxide layer associated with the crack surface and the intergranular (branching) 
nature of the fracture. 

Conclusions. The cracking problem in these components was identified as quench cracks due to their brittle, 
intergranular nature and the characteristic temper oxide on the fracture surfaces. Although the steel met the compositional 
requirements of SAE 4140, the sulfur level was 0.022% and would account for the formation of the sulfide stringers 
observed. Apparently, the combination of the clustered, stringer-type inclusions and the quenching conditions were too 
severe for this component geometry. The result was a high incidence of quench cracks that rendered the parts useless. 
Corrective Measures. The steel should have a specification that will require lower sulfur concentrations. Magnetic- 
particle cleanliness standards should be imposed that will exclude material with harmful clusters of sulfide stringers, for 
example, modified AMS 2301. 

Related Information 

G.E. Totten, M. Narazaki, R.R. Blackwood and F.M. Jarvis, Failures Related to Heat Treating Operations, Failure 
Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 192-223 

Failures Related to Metalworking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
81-102 


Fracture of an Accumulator Ring Due to Hydrogen Embrittlement 


From: VJ. Colangelo and P.A. Thornton, Failures of Forgings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 314-343 


Abstract: Fracture of a cadmium-plated accumulator ring forged from 4140 steel was discovered during inspection and disassembly 
of a hydraulic-accumulator system stored at a depot. The ring had broken into five small and two large segments. The small 
segments of the broken ring displayed very flat fracture surfaces with no apparent yielding, but the two large segments did show 
evidence of bending (yielding) near the fractures. In addition, some segments contained fine radial cracks. Analysis (visual 
inspection, optical microscopy on polished-and-etched specimens, hardness testing, and chemical analysis) supported the conclusion 
that the failure was caused due to brittle fatigue, as evidenced by the intergranular nature of the fracture path. Also, hydrogen 
penetration occurred during the plating operation and was not relieved subsequently as required. 

Keywords: Accumulators; Cadmium plating; Forgings; Rings 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Intergranular fracture; Hydrogen damage and embrittlement 


Fracture of a cadmium-plated accumulator ring forged from 4140 steel was discovered during inspection and disassembly 
of a hydraulic-accumulator system stored at a depot. The ring had broken into five small and two large segments. 

The small segments of the broken ring displayed very flat fracture surfaces with no apparent yielding, but the two large 
segments did show evidence of bending (yielding) near the fractures. In addition, some segments contained fine radial 
cracks (arrow, Fig. la). 



Fig. 1 Hydrogen-embrittlement fracture in a cadmium-plated 4140 steel forged accumulator ring, (a) Ring 
segment showing a fine crack (arrow), (b) Electron fractograph showing the predominantly intergranular 
fracture. 7800x 

Investigation. Optical microscopy on polished-and-etched specimens cut from the ring revealed the microstructure to 
be very fine-grain tempered martensite, typical of quenched-and-tempered low-alloy steel. 

Flardness testing of the broken ring yielded a range of 43 to 48 F1RC. This hardness ranged above the required 40 to 45 
F1RC, but this small variation from requirements was not regarded as sufficient to have caused the fracture. 


Inspection of fracture-surface replicas by electron microscopy disclosed the fracture mode to be predominantly 
intergranular (Fig. lb). Also observed were many hairline indications on the fracture facets and some partly formed 
dimples. All these features indicate the cracking associated with hydrogen embrittlement. 

Chemical analysis showed that all elements were within the specified limits for 4140 steel. Hydrogen-gas analysis of four 
specimens yielded the follo wing information: 


Specimen 

Hydrogen 


content, ppm 

1 

0.15 + 0.03 

2 

0.23 ± 0.03 

3 

2.29 + 0.07 

4 

0.29 + 0.04 


Although three values are low, specimen 3 exhibited a hydrogen content in the range of those generally associated with 
hydrogen embrittlement (>1 ppm). Also, these data indicate a localized hydrogen concentration rather than a uniform 
distribution throughout the ring. 

Conclusions. Results of the examination point to a brittle fracture mechanism, as evidenced by the intergranular nature 
of the fracture path. Also, the hydrogen content of one tested specimen indicates that localized embrittlement of grain 
boundaries by hydrogen is a very strong possibility. The fine cracks in some of the intact segments most likely existed 
where the fractures occurred. Because these fractures were clean—that is, they showed no corrosion products, 
discoloration, or obvious contamination—the hydrogen most likely resulted from a processing operation. The processing 
history for the fractured component was reviewed for potentially detrimental operations. 

The review of processing revealed that the components required cadmium plating, after which they were scheduled for 
stress relieving at 260 °C (500 °F) for 3 h. An investigation showed that there was a strong possibility that one batch of 
rings did not receive the required stress-relieving treatment. The conclusion, therefore, is that the hydrogen penetration 
occurred during the plating operation and was not relieved subsequently as required. The slightly higher-than-specified 
hardness may have helped to promote embrittlement, but was not considered significant. 


Related Information 


Hydrogen Damage and Embrittlement, Failure Analysis and Prevention, Vol 11, ASM FIandbook, ASM International, 
2002, p 809-822 

S. Lampman, Intergranular Fracture, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p 641-649 



Fatigue Fracture of a 4140 Steel Forged Crankshaft Resulting From Stress 
Raisers Created During Hot Trimming 

From: D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 459-482 


Abstract: Textile-machine crankshafts forged from 4140 steel fractured transversely on one cheek during one to three years of 
service. The cause of failure for two forgings (one complete fractured forging and second a section that contained the shorter shaft 
fracture cheek) was determined. Indication of fatigue failure was revealed by visual examination of the fracture surfaces. Rough 
grooves from hot trimming of the flash were visible on the surface of the cheeks. The outer face of one cheek of the throw on the 
forging contained shallow surface folds. Slightly decarburized forged surface was identified around one of the folds and a fatigue 
crack initiated in the fold and propagated across the cheek. Properties representative of 4140 steel, quenched and tempered to a 
hardness of 20 to 22 HRC, were observed. Tempered bainite was revealed in the general microstructure. As a corrective measure, 
the forgings were normalized, hardened and tempered to 28 to 32 HRC before being machined to increase fatigue strength and 
extremely rough surfaces were removed by careful grinding. 

Keywords: Defects 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Fatigue fracture; Metalworking-related failures 


Textile-machine crankshafts like that shown in Fig. 1 were usually forged from 1035 steel, but because of service 
conditions, the material was changed to 4140 steel. The forgings were made from 5.5-cm (2.15625-in.) diam bar stock by 
cutting to length, hot bending, upsetting, hot-trimming flash, hot pressing, and visually inspecting before shipping. 
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The crankshafts were failing by transverse fracture of one cheek after one to three years of service. The expected life was 
20 years of continuous service. One complete forging that had fractured (No. 1 in this Example) and a section containing 
the fractured cheek on the shorter shaft of another forging (No. 2) were sent to the laboratory so that the cause of failure 
could be determined. 

Investigation. Visual examination of the fracture surfaces of both crankshafts revealed indications of fatigue failure; 
however, the origins were not readily visible (Fig. lb). The surfaces had a clean fine-grain structure, but the edges were 
peened—evidently the result of damage after fracture. 

The surfaces of the cheeks at the parting line contained rough grooves from hot trimming of the flash and from snag 
grinding (Fig. lc and d). Forging 2 contained the most severe of such markings. 

Fongitudinal and transverse sections were prepared and etched with hydrochloric acid at a temperature of 71 to 77 °C 
(160 to 170 °F). The steel was of good quality and contained the normal amount of nonmetal lie inclusions but no 
segregation or pipe. 

Examination of an as-polished specimen revealed no intergranular oxidation. Etching the specimen with a 10% sulfuric 
acid and 10% nitric acid solution revealed no evidence of burning or overheating of the steel. 

An area containing shallow surface folds was found on the outer face of one cheek of the throw on forging 1 (Fig. le). As 
shown in Fig. 1(f), the metal around one of the folds contained some ferrite, and the forged surface was slightly 
decarburized. Also, a fatigue crack had initiated in the fold and was propagating across the cheek. Examination of a 
section through the fracture surface disclosed cold working of the surface, which could have been the result of a rather 
extended period of fatigue cracking. 

Chemical analysis of the two forgings found the metal to be 4140 steel, as specified. The hardness of the two forgings at 
the subsurface, midradius, and core ranged from 19 to 22 HRC. The specified hardness of the machined forging was 
unknown. 

Tensile strength of the forgings ranged from 790 to 817 MPa (114.5 to 118.5 ksi), and yield strength at 0.2% offset was 
580 to 620 MPa (84 to 90 ksi). Elongation in 3.8 cm (1.5 in.) was 20.6 to 22%, and reduction of area was 56.2 to 59.4%. 
These properties were representative of 4140 steel quenched and tempered to a hardness of 20 to 22 HRC. The general 
microstructure of the forgings was tempered bainite; the grain size was ASTM 6 to 8. 

Conclusions. Fatigue cracking resulted in the transverse fracture of one cheek in each of the two crankshafts submitted 
for examination. In crankshaft 1, fatigue cracks were initiated at a shallow hot-work defect. A rough surface resulting 
from hot trimming or snag grinding of the forging flash was the point of initiation of fatigue cracks in crankshaft 2. 
Corrective Measures. Before being machined, the forgings were normalized, hardened and tempered to 28 to 32 
HRC to increase fatigue strength. The quenching procedure was changed to produce a more complete martensite 
transformation and to increase the ratio of yield strength to tensile strength. The surfaces were inspected by the magnetic- 
particle method, and shallow folds, notches, or extremely rough surfaces were removed by careful grinding. 

Related Information 


Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 
81-102 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 



Bearing Failure Caused by Improper Heat Treatment of Outer-Ring Raceway 


From: R.L. Widner, Failures of Rolling-Element Bearings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 490-513 


Abstract: Deformation, surface cracking, and spalling on the raceway of the outer ring (made of 4140 steel) of a large bearing 
caused it to be replaced from a radar antenna. The raceway surfaces were to be flame hardened to 55 HRC minimum and 50 HRC 
3.2 mm below the surface, according to specifications. Samples from both the inner and outer rings were examined. A much lower 
hardness (25.2 to 18.9 HRC) was indicated during a vertical traverse 4.1 cm from the outer surface of the outer ring while slightly 
lower hardness values (46.8 to 54.8 HRC) were seen on the hardness traverse on the inner ring raceway. The lower hardness values 
were attributed to improper flame hardening. It was confirmed by metallographic examination of a 3% nital etched sample that the 
inner ring (tempered martensite and ferrite) and the outer ring (ferrite, scattered patches of pearlite, and martensite) were not 
properly austenitized. Displacement of metal on the outer raceway was revealed by elongation of grain structure. It was concluded 
that the failure of the raceway surface was due to incomplete austenitization caused by the improper heat treatment during flame 
hardening process. 

Keywords: Antennas; Austenitizing; Bearing races; Radar equipment; Rockwell hardness 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure type: Heat treating-related failures 


A large bearing from a radar antenna was replaced because of deformation, surface cracking, and spalling on the raceway 
of the outer ring. Figure 1(a) shows a sectional view of the bearing. 




Fig. 1 Large-diameter 4140 steel radar-antenna bearing that failed because of improper heat treatment of 
outer-ring raceway, (a) Configuration and dimensions (given in inches), (b) Fractograph showing typical 
damage on outer-ring raceway, (c) Micrograph of section through metal in outer ring adjacent to raceway 
showing ferrite, scattered patches of pearlite, and tempered martensite, (d) Micrograph of section through 
outer ring at raceway showing grains elongated by metal movement (raceway surface is at top) 

Specifications required that the rings be made of 4140 steel. The raceway surfaces were to be flame hardened to 55 HRC 

minimum and 50 HRC 3.2 mm (8 in.) below the surface. Other surfaces of the rings were to have a hardness of 24 to 28 
HRC. The bearing capacity at 1.67 rpm was a radial load of 713,000 kg (1,572,000 lb) and an axial (thrust) load of 
459,000 kg (1,012,800 lb). Samples of the inner and outer rings 15 to 20 cm (6 to 8 in.) long were sent to the laboratory 
for examination. 

Investigation. Examination revealed that the raceway of the outer ring was damaged by deformation, surface 
cracking, and spalling (Fig. lb). The raceway of the inner ring exhibited little or no damage. 

Wet chemical analysis of the material in the inner and outer rings showed it to be 4140 steel. Molybdenum contents were 
0.26% in the inner ring and 0.31% in the outer ring, both slightly above the specified range of 0.15 to 0.25%. However, 
this deviation is not significant and would not affect strength properties or hardenability. 

3 

A cross-sectional specimen about 9.5 mm (8 in.) thick was taken through the center of each sample; after cutting, both 
surfaces of each specimen were ground smooth. Hardness of the raceway of the outer ring was 29.8 to 11.7 HRC. A 

5 

horizontal traverse through the center of the ring showed a hardness of 26.1 to 18.7 HRC. A vertical traverse 4.1 cm (IS 
in.) from the outer surface showed a hardness of 25.2 to 18.9 HRC. The low hardness values for the outer-ring raceway 


200X 




indicated that it had not been properly flame hardened. The hardness of the top and outer surfaces of the rings was within 
specifications. The hardness traverse of the inner ring raceway showed a hardness of 46.8 to 54.8 HRC, which was below 
the specified hardness of 55 HRC minimum. 

The specimens were etched in 3% nital to differentiate between hardened and unhardened areas. The inner ring showed a 
well-developed hardened case at the raceway; the outer ring did not. 

Metallographic examination of an etched specimen showed that the structure of the inner ring adjacent to the raceway was 
a mixture of tempered martensite and some ferrite. This suggested that heat treatment was insufficient to make the 
structure completely austenitic before quenching; therefore, the full hardening capability of the steel was not attained. The 
microstructure of the material away from the hardened surface was a mixture of finely divided pearl i te and ferrite, which 
resulted in the metal being relatively soft. 

The microstructure of the material in the outer ring adjacent to the raceway (Fig. lc) was a mixture of white ferrite, 
scattered patches of pearlite, and martensite, which showed that the steel had been improperly austenitized, producing 
very low hardness. 

Displacement of metal on the outer raceway is shown in Fig. 1(d). The grain structure had been elongated, indicating 
metal movement. Rolled-out and embedded metal particles were also found in the surface. 

Hardenability of the metal in the outer ring was checked by heating a specimen 25 x 25 x 6.4 mm (1 x 1 x -tin.) along one 
edge with an oxyacetylene torch to 870 to 900 °C (1600 to 1650 °F), then quenching in water. Hardness in the heated area 
was 57 to 60 HRC; in the unheated area, 23 HRC. 

Conclusions. Failure of the raceway surface of the outer ring of the bearing was the result of incomplete 
austenitization. The steel in the inner-ring raceway had been hardened to slightly below the specified hardness of 55 HRC 
minimum, but the outer-ring raceway had a maximum hardness of only 29.8 HRC. The raceway surface in the outer ring 
was not properly heated by the flame-hardening process; therefore, subsequent quenching and tempering operations, if 
any, would have had virtually no effect on hardness. 

Related Information 

G.E. Totten, M. Narazaki, R.R. Blackwood and L.M. Jarvis, Failures Related to Heat Treating Operations, Failure 
Analysis and Prevention , Vol 1 I, ASM Handbook, ASM International, 2002, p 192-223 


Fatigue Fracture of a 4140 Steel Cross-Travel Shaft 


From: F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 514-528 


Abstract: The horizontal cross-travel shaft on a derrick failed after 2 years of service. The shaft was required to be made of 4140 
steel quenched to a hardness of 302 to 352 FIB. The shaft was found to have fractured approximately 13 mm from the change in 
section between the splined end and the shaft proper. The cracks were found to have propagated in the longitudinal and transverse 
directions until failures occurred. It was showed by a transverse section through the spline that the longitudinal cracks were initiated 
at the sharp corners at the roots of the spline teeth. The shaft was subjected to reverse torsional loading by the operation of the 
derrick and the shaft fatigue fracture was caused by this. The fillets at the roots of the spline teeth were increased in size and 
polished to minimize stress concentrations in these areas. 

Keywords: Cracks; Derricks; Magnetic particle testing; Radii; Splines 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure type: Fatigue fracture 


The horizontal cross-travel shaft on a derrick broke after 2 years of service. Specifications required the shaft to be made 
of 4140 steel quenched and to a hardness of 302 to 352 HB. 
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Investigation. Examination revealed that the shaft had fractured approximately 13 mm (2 in.) from the change in 
section between the splined end and the shaft proper. At this point, the cracks propagated in the longitudinal and 
transverse directions until failures occurred (Fig. la). A transverse section through the spline (Fig. lb) showed that the 
longitudinal cracks had been initiated at the shaip corners at the roots of the spline teeth. The cracks visible in Fig. 1(b) 
were highlighted by techniques used in magnetic-particle inspection. Operation of the derrick had subjected the shaft to 
reversed torsional loading. 




Fig. 1 4140 steel cross-travel shaft that failed in service, (a) Broken end of the shaft from a derrick showing 
the star-type fracture that results from reversed torsional loading, (b) Transverse section through the spline 
showing cracks initiated at sharp corners at the roots of the spline teeth 

Conclusions. The shaft fractured in fatigue from reversed torsional loading; the sharp corners at the roots of the spline 
teeth acted as initiation sites for fatigue cracks. 

Corrective Measures. The fillets at the roots of the spline teeth were increased in size and polished to minimize 
stress concentrations in these areas, and no further shaft failures occurred. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Fatigue Cracking of Welded Tubular Posts in a Carrier Vehicle Because of the 
Presence of Inclusions That Acted as Stress Raisers 


From: Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156-191 


Abstract: Two tubular AISI 1025 steel posts (improved design) in a carrier vehicle failed by cracking at the radius of the flange after 
five weeks of service. The posts were two of four that supported the chassis of the vehicle high above the wheels. The original 
design involved a flat flange of low-carbon low-alloy steel that was welded to an AISI 1025 steel tube, and the improved design 
included placing the welded joint of the flange farther away from the flange fillet. Investigation (visual inspection and chemical 
analysis) supported the conclusion that the failures in the flanges of improved design were attributed to fatigue cracks initiating at 
the aluminum oxide inclusions in the flange fillet. Recommendations included retaining the improved design of the flange with the 
weld approximately 50 mm (2 in.) from the fillet, but changing the metal to a forging of AISI 4140 steel, oil quenched and tempered 
to a hardness of 241 to 285 HB. Preheating to 370 deg C (700 deg F) before and during welding with AISI 4130 steel wire was 
specified. It was also recommended that the weld be subjected to magnetic-particle inspection and then stress relieved at 595 deg C 
(1100 deg F), followed by final machining. 

Keywords: Carrier vehicles; Chassis; Fillet welds; Flanges; Inclusions; Joint design; Nonmetallic inclusions; Posheating; Stress 
relieving; Tubes; Welded joints 


Materials: 4140 (Chromium-molybdenum alloy steel), UNS G41400; 1025 (Nonresulfurized carbon steel), UNS G10250 


Failure types: Fatigue fracture; Joining-related failures 


Two tubular steel posts in a carrier vehicle failed by cracking at the radius of the flange (Fig. 1) after five weeks of 
service. The posts were two of four that supported the chassis of the vehicle high above the wheels so that the vehicle 
could straddle a stack of steel or lumber for pickup and transport. Over a period of approximately four years, 47 other 



posts had failed in nine vehicles. The latest failures occurred in posts of an improved design (Fig. 1) that had been used in 
an attempt to halt the pattern of cracking. 



Fig. 1 AISI 1025 steel tube post for a carrier vehicle. The post failed in fatigue because of improper design and 
choice of flange metal. Dimensions given in inches 

The original design involved a flat flange of low-carbon low-alloy steel that was welded to an AISI 1025 steel tube with a 

wall thickness of 22 mm (3 in.) as shown in Fig. 1. The fillet portion of the weld was machined to a smooth radius, but 
this region was highly stressed, and fatigue accounted for the numerous failures of posts. 

In an effort to improve the strength of the joint, an improved design was adopted. The improvement was associated with 
the flange, which was machined from a 100 mm (4 in.) thick plate of normalized low-carbon low-alloy steel so that the 
welded joint would be approximately 50 mm (2 in.) away from the flange fillet. Flowever, after the brief service of five 
weeks, the two posts showed the same fatigue cracks in the fillet as the original design. 

Investigation. Chemical analysis of the flange metal showed that it met specification requirements. Examination of a 
metallographic specimen from the fracture area revealed a banded structure in the direction of rolling and aluminum oxide 
stringers at the fillet surface, which undoubtedly served as stress raisers, in the direction of crack extension. 
Conclusions. The failures in the flanges of improved design were attributed to fatigue cracks initiating at the aluminum 
oxide inclusions in the flange fillet. It was concluded that a higher-strength flange was necessary. 

Corrective Measures. The design of the flange with the weld approximately 50 mm (2 in.) from the fillet was 
retained, but the metal was changed to a forging of AISI 4140 steel, oil quenched and tempered to a hardness of 241 to 
285 FIB. Preheating to 370 °C (700 °F) before and during welding with AISI 4130 steel wire was specified. The weld was 
subjected to magnetic-particle inspection and was then stress relieved at 595 °C (1100 °F), followed by final machining. 
No further failures of posts were reported in four years of service after the changes. 
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Fatigue Failure of a Steering Spindle on a Tricycle Agricultural Field Chemical 
Applicator 

Dean E. Orr, Orr Metallurgical Consulting Service, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: The 4140 steel steering spindle on a tricycle agricultural field chemical applicator failed, causing the loss of the front 
wheel and overturn of the vehicle. The spindle was a solid 120 mm (4.75 in.) diam forging. It had been machined to 115 mm (4.5 
in.) in diameter to fit tightly inside a collar at one point and to 90 mm (3.5 in.) for attachment to the steering mechanism at 
another. Visual examination showed that the spindle fractured at the fillet welds that attached it to the collar. Macrofractography and 
metallography revealed that the failure initiated at the root of a weld that bridged a wide gap. The most probable cause of failure 
was improper preheat during welding. 

Keywords: Agricultural equipment; Fillet welds 

Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 

Failure types: Joining-related failures; Fatigue fracture 


Background 

The 4140 steel steering spindle on a tricycle agricultural field chemical applicator failed, causing the loss of the front 
wheel and overturn of the vehicle. 

Applications 

The steering mechanism on the field chemical applicator is very similar to that on a child's tricycle (Fig. 1). Because the 
unit is built for use on soft ground, it has large balloon tires. The steering spindle is made from a solid 120 mm (4.75 in.) 
diam forging. This forging is machined to a 115 mm (4.5 in.) diameter to fit tightly inside a 165 mm (6.5 in.) OD collar 
that is 210 mm (8.25 in.) long. A raised 3.175 mm (0.125 in.) land 13 mm (0.5 in.) long is left on the spindle for welding 
and for accurately locating the collar. The spindle is further machined to a 90 mm (3.5 in.) diameter for attachment to the 
steering mechanism. All of the changes in section had ample machined fillets (Fig. 2). 




Spindle 



(a) 



(b) 


Fig. 1 Fork assembly from a tricycle agricultural field chemical applicator. 



Fig. 2 Steering spindle and collar after removal. 

Circumstances leading to failure 

The chemical spreader was being used in a field when the front wheel fell off and the unit turned over. 

Pertinent specifications 

The manufacturing specifications were not available at the time of the investigation. 

Specimen selection 

The steering spindle and collar were cut from the fork assembly for analysis. 


Testing Procedure and Results 


Surface examination 








Visual examination revealed that both of the fillet welds attaching the spindle to the collar had cracked (Fig. 3). The 
fracture surface on the spindle showed that it had failed in fatigue. Beach marks and ratchet marks were visible (Fig. 4). 


Fracture Surface 


Cracked Weld 


Fig. 3 Fracture surface on the spindle and the cracked attachment weld. 



Fig. 4 Fracture surface on the spindle, showing beach marks and ratchet marks. 



The collar and spindle were sectioned to examine the weld configuration and the crack paths through the welds (Fig. 5). 
This section showed the machined land on the spindle that was used for locating the collar on the spindle and for the 


Fig. 5 Section through the collar and the spindle, showing both fractured fillet welds. 



Fig. 6 Weld design with land on spindle. Crack path follows the surface of the land. 



Macrofractography. Examination of the weld fractures under low magnification showed considerable mechanical 
damage from rubbing. The fractures showed multicycle failures and multiple origins. The fillet weld attaching the spindle 
to the inside of the collar showed a very flat fracture along the end of the spindle. 

The weld attaching the collar to the land on the outside of the spindle showed large, flat areas parallel to the surfaces of 
the land (Fig. 7). Examination of these areas revealed some blue coloring. 


Wultl Fractur 
Surface 


blue Color 


Fig. 7 Fracture surface of the attachment fillet, showing large areas parallel to the land surface. These areas 
show some blue coloring from tempering. 

The fracture on the spindle revealed multiple fracture origins around the outside of the spindle. The final failure was 
located in the censer of the spindle, indicating that it rotated in both directions. 

Weld Characteristics. The fillet weld attaching the spindle to the inside of the collar had failed parallel to the end of 
the spindle along the fusion line. The fracture was badly damaged from movement between the two surfaces, but it 
appeared that there was very little fusion between the weld and the spindle. 

The fillet weld attaching the collar to the land on the outside of the spindle showed multiple origins that all appeared to 
start at the root of the weld. The fracture ran parallel to the surface of the land at the fusion line of the weld. The root 
opening of the weld was excessive, requiring the welding operator to bridge a wide gap. 


Metallography 


Microstructural Analysis. A section was taken through the outside fillet weld to examine the microstructure of the 
collar and the spindle. The collar showed pearlite in a matrix of ferrite, indicating a plain carbon steel in the as-rolled or 
normalized condition (Fig. 8). The spindle was tempered martensite with some ferrite (Fig. 9). 




Fig. 9 Microstructure of the spindle, showing tempered martensite with some ferrite. Nital etch, lOOx. 

Crack Origins/Paths. The crack path through the weld followed the surface of the land on the spindle for 
approximately 3.175 mm (0.125 in.) and then broke through the weld (Fig. 10). 




Fig. 10 Metallographic specimen through the attachment fillet weld, showing a gap between land and collar 
The crack path follows the land surface. 

Chemical analysis/identification 

Material. A sample from the spindle was chemically analyzed and found to be AISI 4140 steel. 

Mechanical properties 

Hardness, readings were taken on the spindle, the collar, and in the heat-affected zones (HAZ) of the weld attaching 
the collar to the land of the spindle: 


Hardness 

Spindle 

23 HRC 

Spindle HAZ 

38 HRC 

Collar 

95 HRB 

Collar HAZ 

90 HRB 

Discussion 


Visual examination of the spindle assembly showed that the collar attachment welds had failed. The fracture surfaces on 
the failed welds were badly worn from movement between the two surfaces, indicating that they had been broken for 
some time. These welds could not have been a secondary failure, because there could be no stress on the welds once the 
spindle failed. 

The failure of the weld on the outside of the collar initiated at the root of the weld, where the weld had to bridge a wide 
gap. The fracture surfaces on this weld showed many areas that were parallel to the surfaces of the land on the spindle. 
These fractures traced very closely the fusion line at the root of the weld. These areas also contained regions of a dark 
blue temper color, which indicated that the crack had been present at a temperature of approximately 315 °C (600 °F). 
This temperature could have been reached on this paid only when it was being welded. 

The hardness readings indicated a relatively high hardness in the HAZ on the spindle. The microstructure showed no 
untempered martensite. 

The fillet weld inside the collar showed very little fusion to the spindle. This was evidenced by the fracture surface 
perpendicular to the collar surface. 

The fracture surface on the spindle, which actually caused the wheel to fall off the spreader, was a typical rotating- 
bending fatigue failure. It showed numerous origins around the periphery of the spindle at the change in section. After the 
welds had failed, this was the weakest point in the system. 


Conclusion and Recommendations 



Most probable cause 


It can be concluded that the welds attaching the collar to the spindle failed first. The most probable cause of this failure 
was improper preheat during welding. The welding design using the land with a generous machined fillet caused the weld 
to bridge a large gap. Such a welding design is unsatisfactory. 

How failure could have been prevented 

Proper preheat during welding could have prevented this failure. Proper preheat is necessary when AISI 4140 steel is 
welded. The land machined on the outside of the spindle required a similar contour on the collar, thus allowing the two 
welding surfaces to be closer together. 

Related Information 

Failures Related to Welding. Failure Analysis and Prevention , Vol 11. ASM Handbook . ASM International, 2002, p 156— 
191 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Fatigue Failure of an Axle From a Prototype Urban Transit Vehicle 

W.B.F. Mackay, Materials and Metallurgical Engineering Department, Queen's University 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Failed portions of a 4140 steel axle from a prototype urban transit vehicle were examined to determine the cause of 
failure. The testing procedures included visual examination, macrofractography, metallography, chemical analysis, and hardness and 
tensile testing. The analysis showed that a salvage welding repair had resulted in the formation of martensite that developed cracks, 
leading to fatigue failure of the axle. It was recommended that no weld buildup or repair be permitted on the axles. 

Keywords: Repair welding; Transportation applications 

Material: 4140 (Chromium-molybdenum alloy steel) 

Failure types: Fatigue fracture; Joining-related failures 


Background 

A 4140 steel axle in a prototype urban transit vehicle failed. 

Circumstances leading to failure 

Failure had occurred in service at very low mileage under a normal load situation. 

Pertinent specifications 

The axle was made of AISI 4140 steel oil quenched and tempered to AAR specification M101. Specified mechanical 
properties were: ultimate tensile strength, 830 MPa (120 ksi) (min); yield strength, 690 MPa (100 ksi) (min); elongation, 
15% (min). 

Specimen selection 

Two sections of the failed axle, containing the fractured faces, were submitted for examination. 

Visual Examination of General Physical Features 



Figure 1 shows the fractured surfaces and evidence of some secondary damage caused by contact of the faces after 
failure. The fracture was located where a raised section supporting the roller bearing approaches an adjacent groove of 
reduced axle diameter. 



Fig. 1 As-received failed axle surfaces. 

Testing Procedure and Results 

Surface examination 

Visual. The fractured face shown in Fig. 2 showed evidence of fatigue markings. 



Fig. 2 Failed surface, showing evidence of fatigue (arrow) and the extent of secondary damage. 
Macrofractography. The macrograph in Fig. 3 shows clearly the presence of fatigue beach marks. A macrograph 
(Fig. 4) taken transversely on the fractured face showed that welding had been performed on the axle surface. The “as- 
cast” structure on the surface contained an area of martensite. A crack in the martensite proceeded through the heat- 
affected zone (FIAZ) to the tempered martensite parent metal. 





Fig. 4 Macrograph taken transversely showing a crack starting in the white martensitic area and proceeding 
through the HAZ to the parent metal. Nital etch. 7.6x. 


Metallography 


Microstructural Analysis. The micrograph shown in Fig. 5 was taken of a longitudinal section through the fracture 
face and the adjacent groove radius. A triangular-shaped area of martensite was concentrated at the surface by the 
fractured face. Figure 6 shows the origin of a crack in the martensitic area. 




Fig. 5 Micrograph taken longitudinally at the failed face, showing the martensitic structure of the triangular 
area at A. Nital etch. 38x. 



Fig. 6 Micrograph showing the start of a crack in the martensitic area below the "as-cast" weld metal. Nital 
etch. 152x. 

Chemical analysis/identification 

Material. No chemical analysis was performed. The statement from the steel supplier that the material was 4140 was 
accepted. 

Mechanical Properties 

Hardness tests carried out on the externally machined and ground axle surface resulted in values of 25 to 28 HRC 
(converted to 256 to 270 HV). Referring to Fig. 4, the “as-cast” surface weld metal produced readings averaging 200 F1V, 
the martensitic area varied from 486 to 526 F1V. and the F1AZ from 220 to 238 F1V. 

Tensile Properties. A longitudinal specimen was cut from the end section of the axle. The following results were 
obtained: ultimate tensile strength, 930 MPa (135 ksi); yield strength. 760 MPa (110 ksi); elongation, 18.7%. 

Discussion 

The micrograph of a transverse section at the fracture face showed evidence of welding and the formation of some 
untempered martensite. The martensitic area had a crack that could have been the origin of a fatigue failure. Undoubtedly, 


this situation existed at other locations on the shaft circumference and accounted for the fatigue beach marks in Fig. 2 and 
3. The axle was etched to determine the extent of welding. Figure 7 reveals that the heal ing seat adjacent to the fracture 
had been built up with longitudinal welds around 360°C of the axle circumference. The start and finish of a weld pass is 
indicated by arrows in Fig. 7. Martensite formed at the end of a pass, as indicated in Fig. 5. 



Fig. 7 Evidence of a weld overlay buildup on the axle. Nital etch. 

It appeared that for some reason the axle had been machined down without allowing for the raised bearing seat. Salvaging 
the part by weld buildup was attempted. Although the weld was of good quality, preheating or postheating was apparently 
not performed. The 4140 steel had sufficient hardenability to form martensite due to the cooling rate at the end of weld 
passes. The material of the axle was metallurgically sound, and the hardness and tensile results indicate that the 
mechanical properties were slightly higher than specification requirements. 

Conclusion and Recommendations 

Most probable cause 

The axle failure was a direct result of a welding repair performed to build up the bearing seat. 

Remedial action 

No weld buildup or repair should be permitted on these axles. In fact, wheelset drawings, in addition to containing AAR 
specification M101, should specifically include a note prohibiting weld repairs. 

Related Information 


Failures Related to Welding, Failure Analysis and Prevention, Vol I I, ASM Handbook, ASM International, 2002, p 156— 
191 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 



Fracture of a Turbine Impeller Shaft 

Carmine D'Antonio, Department of Metallurgy and Materials Science, Polytechnic University 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: An ASTM A193-83a grade B7 (AISI 4140) steel turbine impeller shaft fractured after 2 months of service. Failure had 
initiated at three separate points around the periphery of the shaft, each associated with one of three keyways. SEM fractography, 
metallography, and chemical analysis indicated that the mechanism of fracture initiation was torsional fatigue. Intermittent 
deceleration and acceleration resulting from power surges during operation of the turbine caused torsional vibration and was 
considered the most probable source of the required cyclic stress. Final failure took place by torsional shear. 

Keywords: Gas turbines; Shafts (power); Torsional fatigue 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure type: Fatigue fracture 


Background 

A steel turbine impeller shaft fractured after 2 months of service. 

Applications 

The shaft was part of the impeller system of a gas turbine and, owing to the manner in which it was installed in the unit, 
was in constant tension. The magnitude of the tensile force was unknown. The shaft reportedly was designed to rotate at 
constant speed (7500 rev/min) during normal service. 

Pertinent specifications 

The shaft material was specified to he ASTM A193-83a grade B7 steel, with a minimum tensile strength of 790 MPa (115 
ksi). 

Specimen selection 

The shaft had fractured in two piees. A portion of one of the mating fracture surfaces was cut away from the shaft and 
used for scanning electron microscope (SEM). This sample contained a fracture initiation zone. A second section of the 
same fracture surface, also containing a fracture origin, was cut from the shaft and mounted so as to show the fracture in 
cross section. Drillings were machined from the shaft and used to conduct a chemical analysis. 

Visual Examination of General Physical Features 

Failure had taken place at the keyed end of the shaft through the keyways. Figure 1 shows the shaft and the fracture site; 
the keys are in the keyways in the short section of the shaft. 



Fig. 1 Turbine impeller shaft fractured through three keyways. 

Figure 2 shows the mating fracture surfaces. The hole in the center of the fracture on the short tension of the shaft was 
made to facilitate removal of this piece from the unit. 





Fig. 2 Mating fracture surface. The hole in the center of the fracture surface on the left was drilled subsequent 
to failure in order to remove this piece from unit. Arrows indicate three separate crack origins. 

Several important features should be noted in Fig. 2. The fracture surface is, for the most part, normal to the axis of the 
shaft, his would be the plane of maximum tension due to tensile forces and the plane of maximum shear due to torsion. 
There is no shear lip around the periphery of the fracture, nor is there any evidence of necking. This indicates either a 
brittle tensile failure or a torsional shear overload failure. There are three separate origins of fracture (marked A, B, and 
C) each of which is located at a keyway and each initiating its own fracture plane. These fracture initiation sites are 
inclined to the main fracture surface and have a helicoidal surface. This surface is the tension plane due to torsion on the 
bar. The texture of fracture at these origins is typical of fatigue. 

Testing Procedure and Results 

Surface examination 

Scanning Electron Microscopy/Fractography. SEM examination of the helicoidal area are point A (Fig. 2) 
revealed a featureless flat surface at the fracture origin caused by rubbing of the mating fracture surfaces. Accordingly, no 
fatigue striations were found. The fracture surface in the flat area (away from the origin) was generally smeared over. 
ITowever, in the small areas where the fracture surface was intact, elongated dimples parallel to the OD surface, indicative 
of ductile torsional shear failure, were observed. 

Metallography 

Examination of a metallographic sample cut from the fracture at point B (Fig. 2) showed the general microstructure to be 

_ 3 _ 

tempered martensite from surface to core. A small secondary crack, 4.8 mm (16 in.) long, was found adjacent to and 

approximately 1.6 mm (16 in.) from the main origin at B. The crack was parallel to the main fracture origin; that is, it too 
followed a helicoidal path. Figure 3 shows this crack coming in from the shaft surface. Figure 4, at higher magnification, 
shows the crack near its end. The crack morphology is typical of fatigue. 




Fig. 4 Micrograph of the crack near its end. 500x. 

Chemical analysis/identification 

Chemical analysis of the shaft material showed it to conform to the requirements ofASTMA193-83a grade B7 (AISI 
4140) steel. 

Mechanical properties 

Hardness tests conducted on the shaft produced a value of 28 HRC. This is indicative of a strength level well above the 
requirement of 790 MPa (115 ksi) minimum and is in keeping with the chemical composition and observed 
microstructure. 

Discussion 

Failure initiated at three separate points around the periphery of the shaft, each associated with one of the three keyways. 
The mechanism of fracture initiation was torsional fatigue. This is borne out by the helicoidal surface at the fracture 
origin and the nature of the fracture surface in this area. A helicoidal surface making an angle of 45° with the shaft axis is 
the surface of maximum tension in a torsion bar. Therefore, this would be the surface along which a torsional fatigue 




failure would occur. The presence and morphology of a secondary crack parallel to the fracture origin surface further 
supports this conclusion. 


Conclusion 

Final failure of the shaft took place by torsional shear, superimposed on which were static tensions. Both uniaxial tension 
and torsional shear would act on the same surface, one normal to the shaft axis. It must be emphasized, however, that the 
fatigue cracks were the initiating cause of final failure. 

The presence of torsional fatigue indicates that, contrary to the reported operating conditions of the unit, the shaft must 
have been intermittently decelerating and accelerating during service. This is the only way that eyelid torsional loads 
could be induced in the shaft. The reason for the change in speed is unknown. Flowever, a likely source would be 
torsional vibration caused by power surges during service. The presence of vibrational stresses, a high-frequency source, 
would explain the short service life of the shaft. 

Related Information 

D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
459-482 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Failure of a Tied Universal Expansion Joint 

Ralph D. Bowman, Consulting Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A tie rod, nut, and bellows from a failed 610 mm (24 in.) diam tied universal expansion joint that carried tail gases 
consisting of N2 + 02 with slight traces of nitrogen oxides and water were examined. The materials were SA 193-B7 (AISI 4140), 
SA 194-214, and Incoloy 800H, respectively. Visual examination of the bellows revealed cracks in heavily cold-worked areas (both 
inside and outside) and considerable corrosion. SEM analysis showed a classical intergranular failure pattern with microcracking. The 
threaded tie rod microstructure contained spheroidized carbide that was more pronounced at the tie rod end of the failure. Energy- 
dispersive X-ray analysis of fracture surfaces from the bellows showed the presence of chlorine and sulfur. Failure of the bellows was 
attributed to stress-corrosion cracking, with chlorine and sulfur being the corroding agents. The rod damage was the result of failure 
of the bellows, which allowed escaping hot gases to impinge on the tie rods and heat them to approximately 595 deg C (1100 deg 
F). It was recommended that the insulation be analyzed to determine the origin of the chlorine and sulfur and that it be replaced if 
necessary. 

Keywords: Bellows, corrosion; Chemical processing equipment, corrosion; Hot gas corrosion 


Materials: ASME SA193-B7 (Chromium-molybdenum alloy steel), UNS G41400; ASME SA194-214 (Chromium-molybdenum alloy 
steel), UNS G41400; 4140 (Chromium-molybdenum alloy steel), UNS G41400; Incoloy 800FI (Iron-base superalloy), UNS N08810 

Failure types: Fligh-temperature corrosion and oxidation; Stress-corrosion cracking 


Background 

A tied universal expansion joint failed. 

Applications 

The 610 mm (24 in.) diam expansion joint carried tail gases consisting of N 2 + 0 2 with slight traces of nitrogen oxides 
and water. Approximately 4300 kmol/h (9300 lb . mol/h) of gases were conveyed at 965 kPa (140 psig) and 635 °C (1176 
°F). 


Specimen selection 



Three different components of the joint were submitted for investigation. Each of the components—tie rod. nut, and 
bellows—underwent chemical analysis. A good portion of the bar was selected for tensile testing. Portions of the cracked 
bellows were taken for examination and analysis by scanning electron microscopy (SEM) and energy-dispersive X-ray 
analysis (EDXA). 

Testing Procedure and Results 

Surface examination 

Visual examination of the bellows revealed cracks in apparently heavily cold-worked areas. The twin bands on this 
section suggested the presence of cracks. Cracking was found on both the inside and outside of the convoluted section of 
the bellows. This section also exhibited considerable corrosion. 

Scanning Electron Microscopy/Fractography. Because stress corrosion was suspected, paid of the failed 
fracture surface was submitted for examination by SEM. A classical intergranular failure pattern with microcracking was 



Fig. 1 SEM fractograph of the fractured face of the bellows, showing grain facets and secondary microcracks. 
150x. 

Metallography 

Microstructural Analysis. Examination of a cross section from the threaded tie rod revealed a microstructure 
exhibiting characteristics of spheroidized carbide (Fig. 2). The tie rod end of the failure appeared to be more completely 
spheroidized, indicating that it had been at temperatures of approximately 595 °C (1100 °F) during operation. Inspection 
of a cross section of the bellows provided more evidence of SCC—characteristic multiple intergranular, branching cracks. 




Fig. 2 Microstructure of the tie rod. Tempered martensite with spheroidized carbide. 250x. 

Chemical analysis/identification 

Material. Chemical analysis was conducted on each component of the joint. The compositions are given in Table 1. 

Table 1 Chemical analysis of expansion joint components 


Specimen 

Composition, % 







C 

Mn 

Cr 

Ni 

Mo 

Fe 

Cu 

Round bar 

0.46 

0.91 

1.18 


0.20 



Nut 


0.76 

0.06 


0.03 



Bellows 


0.71 

21.9 

37.1 

0.50 

46.0 

3.30 


Note: Due to the use of different analysing methods, the constituents of the bellows exceed 100%. 

The materials were identified as follows, based on the chemical analysis and the specifications for the parts: 


Bar 

SA 193-B7 (AISI4140) 

Nut 

SA 19-214 

Bellow 

Incoloy 800H 











The compositions were in compliance with the corresponding specifications. All the elements present on the fracture 
surface were identified by EDXA. Single-element identification allowed determination of the potential corrosion agent— 
in this case, chlorine and sulfur. 

Mechanical properties 

Tensile Properties. A turned tensile specimen was machined from a section of the rod that was unaffected by the gas 
impingement. Tests yielded the following results: yield strength, 771.5 MPa (111.9 ksi); ultimate tensile strength, 858.4 
MPa (124.5 ksi); elongation, 22%; reduction of area, 64.3%. 

These values indicated a suitable strength level for the specified material (AISI 4140) and eliminated the possibility of 
low tensile properties as a cause of failure. 

Conclusion and Recommendations 

Most probable cause 

The bellows failed by SCC caused by the presence of chlorine and sulfur. Stress-corrosion cracking allowed escaping hot 
gases to impinge on the threaded 4140 alloy steel tie rods. The insulation retained the heat, thus locally heating the tie 
rods to approximately 595 °C (1100 °F). 

Heating of the rods lowered their strength. In this weakened condition, permanent deformation could have occurred at 
relatively low loads. Although calculations show that the tie rods still should have had sufficient strength to withstand the 
forces involved, a worse-case scenario could have caused failure. With the misalignment of the tie rods allowing for only 
single loading and with the reduction in cross-sectional area, the occurrence of a significant stress concentration in 
combination with any sudden overload would cause failure. 

Remedial action 

How the contaminants entered the bellows is unknown; therefore, the insulating material should he analyzed. If chloride 
ions are found in amounts greater than 20 ppm, another insulation material containing lower levels should be used. Also, 
the tie rods should be positioned outside the insulation, where the full strength of the steel alloy can be utilized. 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 823-860 



Damage to Tool Joints in Hydrogen Sulphide-Carrying Natural Gas Drilling 
Operation 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut for Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: During natural gas drilling in the Ems region in 1956, considerable numbers of longitudinal cracks and transverse 
fractures occurred in the connecting pieces of the bore rods. The connectors were screwed onto the rods by means of a fine thread 
and tightly joined with it by shrinkage at 530 deg C. The connectors were made of SAE 4140 Cr-Mo steel. The material for the rod 
pipes was Fe-0.4C-lMn steel. Structural stresses played a role in the cracking. Iron sulfide formed on the fracture planes and flake¬ 
like stress cracks occurred in the steel. The hydrogen sulfide content of the gas was the cause of damage. Hydrogen liberated by 
reaction with the iron caused the formation of iron sulfide after penetration of the steel, which had an explosive effect during 
molecular separation under high pressure. This in turn caused the crack formation in conjunction with the external and residual 
stresses. 

Keywords: Connectors; Drilling rigs; Hydrogen sulfide; Natural gas 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure type: Hydrogen damage and embrittlement 


During drilling for natural gas in the Ems region in the year 1956, considerable amounts of longitudinal cracks and 
transverse fractures occurred in the connecting pieces of the bore rods. The connectors, whose shape can be seen in Fig. 1, 
were screwed onto the rods by means of a fine thread and tightly joined with it by shrinkage at 530° C. The connectors 
were made of chromium-molybdenum steel SAE 4140 with approx. 0.4% C 1% Cr and 0.2% Mo, and they were hardened 
and tempered to 90 to 105 kp/mm 2 tensile strength. The material for the rod pipes was steel with 0.4% C and 1% Mn of 
68 kp/mm 2 strength. 



Fig. 1 Schematic representation of the parts investigated with fracture sites and crack propagation. Shrunk 

4 - 

connectors 2". 


Visual inspection showed that 87 out of 172 dismantled connecting parts were destroyed, that is, over one-half. The 
amount of couplings and pin cracks were about even. The cracks appeared predominantly in the heat shrunk fine thread of 






the pins and couplings (Fig. 2), but in some cases also in the coarse thread paid of the couplings (Fig. 3). This negated the 
assumption that shrinkage s tresses were the cause of the damage, even though the fractures were tarnished blue. 



Fig. 2 Pin (5) with longitudinal crack and fatigue fracture in fine threaded part and transverse fracture in 
coarse thread. 0.3 x 











Fig. 3 Coupling with longitudinal cracks in fine and coarse threaded part. 0.3 x 

As far as could be ascertained by external observation, the cracks originated in the end faces, i.e. the points of highest 
shrinkage or screw stresses. The longitudinal cracks at the pins were usually upon attaining a certain length transformed 
immediately or gradually into a circumferential transverse crack (Fig. 2). Some pins also showed transverse fractures in 
the coarse thread (Fig. 2). 

No fractures or cracks could be observed at the bore rods. It was subsequently established that steels of lower strength are 
considerably less sensitive to fractures of the kind considered here. 

It is noteworthy that the damage appeared only in a certain well. Its cause, therefore, was bound to lie in the specific 
conditions of this well. Subsequently it was found that the natural gas drilled in these locations had an exceptionally high 
hydrogen sulphide content that even after passing through the scrubber still amounted to 5 to 6%, and therefore must have 
been considerably higher originally. 

Five pins and three couplings with especially significant aspects were selected for investigation. Chemical composition 
and strength properties corresponded to specifications. To seek out the cause of fracture it was necessary, as always, to 
determine the point of origin of the cracks. For this puipose all cracks were opened up. The fracture planes were in part 
tarnished blue. By means of a sulphur print according to Baumann (Fig. 4) it was later established that this was not an 
oxidic tarnish, but a coating of iron sulphide. The points of origin and the fracture propagation are designated by arrows 
in Fig. 1. In the pins and coupling 2, the cracks originated in the face plane of the fine threaded part (Fig. 5). In pin 3 a 



deviation may be noticed since the crack runs not along the inner edge which theoretically is exposed to the highest stress, 
but along the outer rim (Fig. 6). Flowever, an entirely different fracture propagation appears in the couplings 1 and 3. 
Flere the cracks clearly originated at the exterior. In coupling 3 this was just opposite the large shrink fit in the fine 
threaded part and opposite the seal plane and the first thread turn in the coarse threaded part (Fig. 7). In coupling 1 this 
was still farther away from the face plane opposite the small shrink fit (Fig. 8). The unusual fracture origin from points of 
small mechanical stress pointed to other origins of the stresses that may also have played a role in the other connectors. 




Fig. 5 Pin cracks in the fine threaded part, opened up (crack initiation designated by arrows). Pin 5, not 
cleaned at left, pickled at right. 0.5 x 








Fig. 7 Coupling cracks, opened up (crack initiation designated by arrows). Coupling 3, not cleaned at left, 
pickled at right. 1 x 



Fig. 8 Coupling cracks, opened up (crack initiation designated by arrows). Coupling 1, pickled, approx. 0.6 x 
The transverse cracks in the fine threaded part, however, proved to be fatigue fractures that ran from the small shrink fit to 
the seal plane and also in part and probably secondary-originated at the opposite exterior plane (Fig. 9. compare with 
arrows in Fig. 1). The fatigue cracks arc probably caused secondarily by alternating bending stresses that occurred after 
the tearing open of the pins by losening of the slip joint. The transverse cracks in the coarse threaded part of the pins are 
internally initiated stress cracks. 
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Fig. 9 Fatigue fracture in fine threaded part of pin 1. In area of longitudinal cracks erosion through exuded 
fluid. 0.5 x 

In coupling 1 with continuous longitudinal crack and external fracture origin (compare Fig. 8), a number of deep seated 
longitudinally directed impression marks were noticeable, that were caused by the pliers used for tightening of the screws. 
In order to find out whether the unusual fracture origin at the external plane had any connection with the plier marks, 
several sections were made across these points. The steel that showed a fine-grained and fine-needled heat treated 
structure was deeply cold deformed under the plier marks (Fig. 10) and fractured in the direction of shear stress. Thus the 
fracture formation was helped along by deformation stresses. 



Fig. 10 Structure under a plier mark in coupling, transverse section, etch: IMital. 65 x 

A different kind of crack occurred at several microsections without any connection to plier marks. These are short stress 
cracks and are similar to flakes in whose formation hydrogen plays a part 1. They originate internally like the former, and 

all end 2to 1 mm under the surface (Fig. 11). The fracture of the coupling may have started from such cracks which 
continue in a radial direction, in paid over one-third to one-half of the wall thickness. 





Fig. 11 Interior stress crack in coupling 1, transverse section, etch: Nital. 60 x 



Initiation and propagation of these cracks point to the fact that structural stresses play a role in their appearance, and in 
part they have the principal role in the sum of the stresses. From the investigation — formation of iron sulphide on the 
fracture planes and flake-like stress cracks in the steel — it could be concluded that the hydrogen sulphide content of the 
gas was the true cause of the damage. It could be further concluded that the hydrogen that was liberated by reaction with 
the iron causing the formation of iron sulphide after penetration of the steel, had an explosive effect during molecular 
separation under high pressure. This in turn caused the crack formation in conjunction with the external and residual 
stresses. This assumption was confirmed by stress corrosion tests with bend specimens (Jominy specimens) 2 that used 
the same corrosive solution that had been used for the flushing during drilling. The solution was used once in the state in 
which it came out of the well and again after boiling to remove the hydrogen sulphide. Under high stresses those samples 
of the steel used for the connector that were in the original solution fractured already on the first day, while those in the 
boiled solution still stood up after 128 days. The fracture-promoting effect of a cold deformation was confirmed as well. 
Specimens made of the softer rod steel did not fracture even after 86 days in more effective saturated hydrogen sulphide 
water. 

Subsequently the mechanism of the process was thoroughly investigated 3. 

Generally valid recommendations for the avoidance of such damage could not be given with respect to the material. 
Keeping the strength low is. not possible in view of the mechanical stress. A chromium addition of a level for customary 
alloyed structural steels is useless and even a higher alloy content provides no absolute protection. Metallic or non- 
metallic coatings are either not wear-resistant or they are brittle and porous. It appears to be more successful to lower the 
attack potential of the hydrogen sulphide solution by raising its basicity or by the addition of inhibitors. 
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Contact Fatigue Failure of A Bull Gear 

G. Mark Tanner, Radian Corporation; James R. Harty, The Hertford Steam Boiler Inspection and Insurance 
Company 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A bull gear from a coal pulverizer at a utility failed by rolling-contact fatigue as the result of continual overloading of the 
gear and a nonuniform, case-hardened surface of the gear teeth. The gear consisted of an AISI 4140 Cr-Mo steel gear ring that was 
shrunk fit and pinned onto a cast iron hub. The wear and pitting pattern in the addendum area of the gear teeth indicated that either 
the gear or pinion was out of alignment. Beach marks observed on the fractured surface of the gear indicated that fatigue was the 
cause of the gear failure. Similar gears should be inspected carefully for signs of cracking or misalignment. Ultrasonic testing is 
recommended for detection of subsurface cracks, while magnetic particle testing will detect surface cracking. Visual inspection can 
be used to determine the teeth contact pattern. 

Keywords: Alignment; Pulverizers; Rolling contact Mechanical properties 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Rolling-contact wear; Fatigue fracture 


Background 


Applications 



The gear is part of a coal pulverizer, built in 1978. The bull gear was driven by a pinion gear at 100 to 200 lpm. The 
pinion gear was reportedly undamaged. The gear box is sealed and uses extra pressure (EP) lubricant. The bull gear 
consists of a steel gear ring that is shrunk fit and pinned onto a cast iron hub. 

Circumstances leading up to failure 

The gear failed in service under normal operation. No potential problem with the gear was indicated. 

Performance of other parts in same or similar service 

None of the other coal pulverizers had experienced a failure. 

Selection of specimens 

Four sections from the bull gear were received for analysis. Three of the sections contained fractures and one section was 
intact. 

Visual Examination of General Physical Features 

The four gear sections received for analysis are shown in Fig. 1, 2, 3, 4. Figures 1 and 2 show the two mating fractured 
sections. Figure 3 shows a fractured gear tooth and Fig. 4 shows the largest section, which was intact and contained no 
apparent damage. 



(•) <*>) 
Fig. 1 One section of the bull gear as received for analysis. 



Fig. 2 The mating section of the section in Fig. 1. 














Fig. 3 A gear tooth section as received for analysis. 



Fig. 4 The largest gear section, which was intact, as received for analysis. Arrows point to teeth that contained 
ultrasonic indications. 

Testing Procedure and Results 

Non-destructive evaluation 

The largest gear section underwent wet fluorescent magnetic particle testing to cheek for additional cracks. No additional 
cracks were observed. The teeth in the gear section were then inspected using ultrasonic testing. Indications were 
observed in two teeth 51 to 63 mm (2.0 to 2.5 in.) from the edge of the gear. The teeth that contained indications are 
marked with arrows in Fig. 4. 

Surface examination 

Beach marks were observed over most of the fracture surfaces on the three fractured gear sections. Figures 5 and 6 show 
beach marks on two of the fractured sections, as indicated by arrows. Beach marks are small ridges that develop on a 
fracture surface during cyclic load variations. Beach marks can be used to locate fatigue initiation sites as they are 
concentric about the origin area. The pattern of beach marks on the fracture surfaces indicated a primary crack initiation 
site just below the surface of the gear tooth. The initiation site was located approximately 63 mm (2.5 in.) from the edge 
of the gear. The crack propagated towards the middle of the tooth and then changed direction and propagated radially 
towards the hub. Several subsurface secondary initiation sites were also observed. 





Fig. 5 Photographs showing the fracture surface of the gear section shown in Fig. 1. Arrows to beach marks, 
(a) 0.65x. (b) 0.30x. 
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Fig. 6 The fracture surface of the gear section shown in Fig. 2. Small arrows point to beach marks, while the 
large arrow points to fatigue crack origin, (a) 0.63x. (b) 0.44x. 


Figure 7 shows a sketch of a gear tooth profile with observed wear and pitting damage. Surface wear, shown in Fig. 8, 
was observed on the face of the gear teeth in the addendum area and was located slightly towards one end of the teeth. 
The surface wear was on the same side of the gear teeth as the initiation site of the cracks. Figure 9 shows surface pitting 
observed on the opposite side of the teeth in the addendum area. The pitting started approximately 6.3 mm (0.25 in.) from 
the edge of the gear and continued for about 25 mm (1.0 in.). A smaller amount of pitting was observed on the gear 
diagonal to this pitting, as shown in Fig. 7. 



Surface Pitting 
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Fig. 7 Sketch of a gear tooth profile showing observed wear and pitting damage. Approximate location of a 
subsurface crack is shown. 



Fig. 8 Photograph showing surface wear typical of that observed on all of the teeth. 0.22x 



Fig. 9 Surface pitting (arrows) observed on all of the teeth. 


Metallography 

Three cross sections were cut from the gear, one containing an indication and two without indications. The sections 
without indications were removed from opposite sides of the gear and were ground and macroetched to reveal the 
hardened case of the gear. Figure 10 shows the macroetched cross section through a tooth, which reveals the location and 
thickness of the hardened case. The hardened case did not contain any discontinuities; however, the case depth was not 
uniform on both sides of each tooth. The case depth varied from approximately 1.8 mm (0.07 in.) on one side of the tooth, 
to approximately 1.3 mm (0.05 in.) on the other side. 





Fig. 10 Macroetched cross section through a gear tooth showing the geometry and thickness of the hardened 
case. Note the irregular case depth. Nital etchant, 1.86x 



One macroetched section was subsequently prepared using standard metallographic techniques. The microstructure of the 
gear, shown in Fig. 11, consists of tempered martensite with a few scattered manganese sulfide inclusions, typical of AISI 
4140 in the quenched-and-tempered condition. The microstructure in the case-hardened region of the gear tooth, shown in 
Fig. 12, consists of martensite and dispersed carbides, with a few scattered manganese sulfide inclusions. 
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Fig. 11 Gear core microstructure consisting of tempered martensite with an average hardness of 24 HRC. Nital 
etchant. (a)154x. (b)616x 



Fig. 12 Microstructure of the case-hardened gear teeth, consisting of martensite and dispersed carbides along 
with a few manganese sulfide inclusions. The average hardness is 55 HRC. Nital etchant, (a) 154x(b) 616x 

The section that contained an indication was ground and polished until a crack was observed. Figure 13 shows a 
subsurface crack indication on a cross section through a tooth. The crack is located approximately at the same level as the 
pitch line. Figure 14 shows the crack initiation area. The crack initiated approximately 1.5 mm (0.06 in.) below the 
surface. The cracking mode is transgranular, characteristic of fatigue. A microstructural feature, termed butterfly wings, 
was observed in the vicinity of the crack. Butterfly wings are evidence of rolling contact fatigue (Ref 1). 


Fig. 13 Cross section through a gear tooth with a crack indication (arrow) revealed by magnetic particle 
inspection. 2.2x 




Fig. 14 Photomicrographs of the crack initiation area. Butterfly wings (arrows) are evidence of rolling-contact 
fatigue. Nital etchant, (a) lOOx (b) 400x 


Chemical analysis/identification 


The chemical composition of the gear material is given in Table 1, along with the specification for AISI 4140. The gear 
material meets the chemical requirements of the specification. 


Table 1 Chemical composition of the bull gear (% by weight) 


Element 

Gear 

Chemical requirements per AISI 4140 

Carbon 

0.40 

0.38 to 0.43 

Manganese 

0.80 

0.75 to 1.0 

Silicon 

0.30 

0.15 to 0.30 

Phosphorus 

0.012 

0.35 max. 

Sulfur 

0.017 

0.040 max. 

Nickel 

0.08 

NS (a) 

Chromium 

0.82 

0.80 to 1.10 

Molybdenum 

0.15 

0.15 to 0.25 

Iron 

Balance 

Balance 

(a) NS-Not Specified 


Mechanical properties 

Microhardness measurements of the base metal and case on all three metallographic sections were taken, using a Vicker's 
microhardness in-denter. The microhardness values were subsequently converted to the more common Rockwell C scale. 
The hardness ranged from 48 to 60 HRC in the case hardened region, and averaged 24 HRC in the core of the teeth 
without cracks. The hardness for the tooth that contained a crack averaged 55 HRC in the case hardened region and 23 
HRC in the core. 

Discussion 

AISI 4140 steel is a commonly used material of construction for gears. The case and the gear teeth were case-hardened to 
promote increased wear resistance. The material is appropriate for this service and material. The base metal exhibited a 
normal microstructure for a quenched-and-tempered low-alloy steel. The core and case hardness values are in the normal 
range for a gear. 

The wear and pitting pattern in the addendum area of the gear teeth indicates that either the gear or the pinion was out of 
alignment. Misalignment will cause localized overloading of the gear. Since the wear and pitting pattern occurred on all 
of the teeth, it is unlikely that misalignment occurred as a result of deflection of teeth that were cracked. 

The beach marks observed on the fracture surface of the gear indicate that fatigue was the cause of the gear failure. The 
location of the fatigue initiation site and the microstructural feature of butterfly wings indicate the gear failure started by 
rolling-contact fatigue. 

Rolling-contact fatigue is the result of stresses very near the contact area exceeding the endurance limit of the material. 
The endurance limit is the minimum stress level required to initiate fatigue. In rolling conditions, the maximum stress is 
the shear stress located below the surface just ahead of the rolling point of contact. If sliding is occurring in the same 
direction, the shear stress will increase at the same point. If the shear plane is close to the surface, pitting or spalling will 
occur (Ref 1). However, if the shear plane is deep due to a continual, heavy-rolling load contact, the crack will propagate 




inward, as was the case with the bull gear. The crack initiated approximately 1.5 mm (0.06 in.) below the surface in the 
core; the case depth at this location was 1.3 mm (0.05 in.). Crack propagation was parallel to the surface for a short 
distance and then turned radially inward. 


Conclusions and Recommendations 

Most probable cause 

The root cause of the rolling-contact fatigue could not be determined from the available information. However, the most 
likely cause is a continual, localized overloading of the gear. A nonuniform case-hardened surface of the gear teeth may 
have also contributed to the failure. The wear pattern indicated the gear was overloaded on approximately 5% of the face 
during service, causing the maximum stress to occur at a greater depth. This depth was located in the core below the 
maximum case depth on one side of the tooth. A harder material (non-austenitic steel) correlates with a higher tensile 
strength and a higher endurance limit. The stress level in the gear was above the endurance limit of the core. If minimum 
case depth on both sides of each tooth had been at least 18 mm (0.07 in.), the maximum stress would have occurred in the 
case and may have been below the endurance limit. As a result, fatigue failure would not have occurred. Consequently, 
the nonuniform case-hardened layer on the gear - teeth probably contributed to the failure. 

Remedial action 

Gears in the other coal pulverizers at the utility may also be cracking. All similar gears should be inspected carefully for 
cracking. Ultrasonic testing is recommended for the detection of subsurface cracks, while magnetic particle testing will 
detect surface cracking. The gears should be checked for any indication of misalignment, which could cause overloading. 
Visual inspection of the contact pattern on the teeth is one method which can be used to cheek for misalignment. 

Reference 

1. Metals Handbook , 9th ed., Vol. 11, Failure Analysis and Prevention, American Society for Metals, 1986, p 593 

Related Information 

L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
586-601 

R. Ahmed, Rolling Contact Fatigue, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p941-956 


Failure of Trailer Kingpins Caused by Overheating During Forging 

T.M. Maccagno, J.J. Jonas, and S. Yue, McGill University, Department of Metallurgical Engineering; J.G. 
Thompson, Atlas Specialty Steels 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: To forged AISI 4140 steel trailer kingpins fractured after 4 to 6 months of service. Fractographic and metallographic 
examination revealed that cracks were present in the spool-flange shoulder region of the defective kingpins prior to installation on 
the trailers. The cracks grew and coalesced during service. Consideration of the manufacturing process suggested that the cracks 
were the result of overheating of the kingpin blanks prior to forging, which was exacerbated during forging by deformation heating in 
the highly-strained region. This view was supported by results of two types of tensile tests conducted near the incipient melting 
temperature at the grain boundaries. All kingpins made by the supplier of the fractured ones were ultrasonically inspected and six 
more anticipated to fail were found. It was recommended that the heating of forging blanks be more carefully controlled, especially 
with respect to the accuracy of the optical pyrometer temperature readout. Also, procedures must be developed such that forging 
blanks that trigger the over-temperature alarm are reliably and permanently removed from the production line. 

Keywords: Crack propagation; Forging defects; Mechanical properties 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 
Failure types: Metalworking-related failures; Intergranular fracture 



Background 


Applications 

The trailer kingpin, shown schematically in Fig. 1, fits into the fifth wheel of a tractor to provide the link in a tractor- 
trailer unit. 



fits into 
fifth wheel 


Fig. 1 Schematic of a trailer kingpin, showing where fracture occurred. 

Circumstances leading to failure 

The kingpins of two trailers fractured after the trailers had been in service for approximately 4 to 6 months. The first 
failure occurred during hook-up of the tractor to the trailer, and the second occurred while the tractor-trailer unit was 
manoeuvring in a yard. These two kingpins were traced to a single supplier. All the kingpins made by this supplier were 
ultrasonically inspected; both those in service (i.e. on trailers in use), and those held in inventory. Six more kingpins 
considered likely to fail were found: two in service, and four in inventory. 

Pertinent specifications 

This supplier produced the kingpins by forging AISI 4140 steel bar stock which had been cut into blanks. The blanks 
were heated in an induction furnace for about 5 minutes, by which time the temperature was normally about 1177 to 1232 
°C (2150 to 2250 °F). At this point, the temperature is monitored by an optical pyrometer near the end of the heating line, 
and if the temperature exceeds 1260 °C (2300 °F), a warning fight and buzzer are activated and the blank is taken out of 
the production line and scrapped. A warning s also given if the temperature of the blank is below about 1149 °C (2100 
°F). Such blanks are also set aside, but can be re-inserted into the heating line after cooling. 

This forging was made in two steps. After the blank left the induction coil, it dropped through a chute and an operator 
placed it in a hammer forge roughing die, where it was given a single large deformation at a high strain rate. The 
partially-formed kingpin was then moved to the finishing die and given a smaller deformation at a slower strain rate. The 
final piece was trimmed of flash and dropped in a steel bin to cool. It was then reaustenitized in a controlled atmosphere, 
quenched, and tempered to 380 to 420 FIB. 



Performance of other parts in same or similar service 


Of the approximately 15,000 kingpins that were supplied by the forging shop to the trailer manufacturer, eight were found 
to be seriously defective. Four of these were in service, and four were in inventory. 

Selection of specimens 

Fractographic and metallographic evaluation was carried out on all eight defective kingpins. Mechanical testing was also 
carried out on specimens taken from these kingpins, and compared with specimens taken from other heats of 4140 steel 
that did not give problems. 

Visual Examination of General Physical Features 

The two kingpins that ailed in service had fractured completely across the shoulder between the flange and spool regions 
(Fig. 1). The failure surfaces exhibited an oxidized and soiled dark region that covered about 40% of the failure surface 
(Fig. 2). The oxidation indicated that this region had been exposed to air at high temperature. 



Fig. 2 The lower part of a failed kingpin. 

Adjacent to the dark surface was a clean uncorroded light region, where final fracture occurred. The shear lip around the 
light region edge of the failure surface provided support for this view. Gross plastic deformation was not evident 
anywhere on the kingpins. 

Testing Procedure and Results 

Fracture surface examination 

Because the dark regions of the failure surfaces were judged to he where the failure originated, these regions were the 
focus of the examination. 

Macro (optical) Fractography. Under a low-power microscope, the dark region of the failure surface consisted of 
flattened step-like features that appeared to be worn, but with areas dispersed throughout that appeared smooth and 
unworn. The smooth unworn areas were especially evident on the failure surfaces of the second failed kingpin. 

No obvious failure origin could be identified on any of the surfaces. 

Scanning Electron Microscope (SEM) Fractography. In an SEM, the smooth unworn areas seen in the optical 
microscope exhibited a faceted appearance, characteristic of intergranular cracking (Fig. 3). The size of the individual 


facets indicated a large grain size (0.5 mm or 0.02 in. or more), and suggested that the cracking was the result of high 
temperature at some point during the processing. Moreover, the highly equiaxed appearance of these facets suggested that 



Fig. 3 SEM micrograph of the fracture surface in the dark region of a failed kingpin. Note the large facets 
characteristic of intergranular cracking at high temperature. 


SEM examination at higher magnification revealed dendritic MnS precipitates on many of the intergranular facets (Fig. 
4). The facets themselves appeared to be smooth and rounded at the edges. These features suggested that very high 
temperatures had been reached and that grain boundary liquation (melting) had occurred. 
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Fig. 4 Higher magnification SEM micrograph of the same fracture surface, showing dendritic MnS precipitates 
on the facets. This is an indication of incipient melting at the grain boundaries. 

Sectioning along the lengths of the kingpins revealed many cracks away from the actual failure surfaces. SEM 
fractography of cracks that were subsequently opened up in the lab clearly showed intergranular facets with features 
similar to those seen on the failure surfaces. 

Metallography 

Microstructural Examination. Sectioning and polishing along the length of the kingpins revealed many cracks 
away from the actual failure surfaces, and etching additionally revealed the flow lines due to forging (Fig. 5). Cracking 
and failure took place in the region of the most intense deformation. 



Fig. 5 Optical micrograph of axial section through the shoulder region of a failed kingpin. This polished and 
etched view revealsthe flow pattern due to forging, and shows cracking in the dark region in addition to the 
main fracture. 

The cracks open to the outer surface appeared to be somewhat oxidized, and the outer surface itself also showed evidence 
of decarburization. Cracks not connected to the surface, however, showed little evidence of oxidation or decarburization. 
This last point indicated that the internal cracks did not originate from folding of the metal surface (say, during hot rolling 
of the starting blanks) but were developed at a late stage in the processing. 

It was also found that the morphology of MnS precipitates differed considerably according to location. In the spool 
region, far away from the failed surfaces, the MnS appeared as elongated stringers (Fig. 6a) often seen in wrought steel. 
ITowever, at locations closer and closer to the failure surfaces, the MnS appeared more globular, and more associated with 
voids identified as solidification shrinkage cavities (Fig. 6b). This morphology is characteristic of material that has 
undergone local melting and re-solidification. These voids do not appear to he highly deformed, also indicating that the 
melting occurred at a late stage during processing. 
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Fig. 6 Optical micrographs of the spool region of failed kingpin, (a) Away from the site of the failure. This view 
shows MnS stringers typical of those seen in wrought steel products. Not etched, (b) Close to the site of the 
failure. This view shows the globular MnS inclusions associated with solidification shrinkage cavities. Not 
etched. 

Crack Origins/Paths. The failure surface profiles corresponding to the dark and light regions of the failure surfaces 
are marked in Fig. 5. Cracking is associated with the deformed flow lines in the dark region. 

In many instances, the shrinkage cavities and globular MnS inclusions were associated with a large prior grain structure 
(Fig. 7), which corresponds with the large intergranular facets observed in the section on SEM fractography. Note also 
that the globular MnS inclusions in Figs. 6 and 7 are probably sections through dendritic precipitates similar to those seen 
on grain facets in Fig. 4. 



Fig. 7 Optical micrograph of the spool region of the failed kingpin, close to the site of the failure. This view 
shows the globular MnS precipitates along large prior grain boundaries. 

Chemical Analysis of the Bulk Material. The chemical compositions for the four heats from which the defective 
kingpins were made were compared with the specification for AISI 4140 steel, and the chemical compositions for other 
heats which did not give problems. All heats, including the ones which resulted in defective kingpins, were within the 



specification for 4140 steel, and contained low levels of residual elements. Moreover, no obvious relationship exists 
between the levels of residuals and the defective kingpins. 


Mechanical properties 


Tensile Properties. Room-temperature tensile testing was carried out on specimens cut from inventory kingpins from 
the same heat as the two service failures. The specimens were machined such that the gage lengths were oriented along 
the axis of the kingpin, in the spool-flange shoulder region. The yield stress, ultimate tensile stress, and elongation at 
room temperature were all found to be well within the normal ranges. 

High-temperature tensile testing was also performed (on specimens cut from an inventory kingpin from the same heat as 
the first failed kingpin), using a technique whereby the specimen was slowly pulled while the temperature was 
simultaneously increased. The results of this test (Fig. 8) established that the temperature where the ductility dropped to 
zero, due to incipient melting at the grain boundaries, was about 1408 °C (2566 °F). The increasing-temperature test also 
revealed a sharp strength drop in flow stress at about 1320 °C (2408 °F) due to dynamic recrystallization. 



Fig. 8 Force vs. temperature for a specimen machined from a kingpin from the same heat as the first failed 
kingpin, and pulled in an increasing temperature test. The specimen was pulled at 2 mm/min. (0.08 in./min.) 
while the temperature was increased at 1 ° C/s (1.8 °F/s). 

Impact Toughness. Charpy V-notch impact tests were performed at room temperature on specimens cut from an 
inventory kingpin from the same heat as the first failed kingpin, and from an inventory kingpin from a heat that did not 
give problems. The failure heat exhibited impact energy values virtually identical to those exhibited by the non-failure 
heat, and all the results were within the normal range. 

Simulation Tests 

Tensile Simulation Tests. Efforts were made to produce, in the laboratory, fracture surfaces that exhibited features 
similar to those exhibited by the failed kingpins. This was achieved by pulling the specimens at a high strain rate (about 
500%/s), at a temperature a few °C below the incipient melting point. This procedure led to fracture surfaces (Fig. 9) that 
exhibited large intergranular facets remarkably similar to those exhibited by the actual failed kingpins (compare Fig. 9 
with Fig. 3). 















Fig. 9 SEM micrograph of the fracture surface of a specimen tested about 10 °C (18 °F) below the incipient 
melting temperature, at a strain rate of about 500%/s. This view shows large intergranular facets similar to 
those seen in Fig. 3. 

Introduction of Artificial Defects Prior to Forging. In order to determine whether it was possible that defects 
present in the blanks before the forging operation (i.e. developed during hot rolling of the bar stock) could be responsible 
for the cracking observed in the defective kingpins, some stalling blanks containing saw cuts were forged at the forging 
shop. These artificial rolling defects did result in 'cracks’ in the final forged pins, but the locations of these cracks 
depended sensitively on the location of the saw cut in the starting blanks. The artificial cracks were only occasionally 
found in the critical spool-flange shoulder region, in contrast with the actual defective pins, where cracking was observed 
only in the shoulder region. 

Moreover, the surface morphology of the artificially-introduced cracks was quite different from the cracks observed in the 
defective kingpins. The artificial cracks exhibited smooth, non-granular surfaces with evidence of significant oxidation 
and decarburization, whereas the service cracks were intergranular, and the fully internal ones showed no evidence of 
oxidation or decarburization. 

Discussion 

The fractography and metallography clearly indicated that cracks were present in the spool-flange shoulder region of the 
defective kingpins prior to their installation on the trailers. The shoulder is a highly stressed region of the kingpin, and 
these cracks grew and coalesced during the 4 to 6 months of service. At some point, the load heal ing capability of the 
kingpin was insufficient and a final catastrophic burst of crack propagation occurred, as shown by the clean light regions 
of the failure surfaces. 

The cracks were found in the region which undergoes the most deformation during forging. Moreover, the cracks 
exhibited rounded large intergranular facets associated with localized melting at the grain boundaries. Throughout the 
shoulder regions there were solidification shrinkage cavities and MnS inclusions. The latter showed evidence of having 
been melted and re-solidified (sometimes along grain boundaries) at some point after hot rolling of the forging blanks. 
The evidence indicated that the cracks arose as a result of overheating of the blanks before forging, exacerbated by the 
deformation heating developed in the highly strained shoulder region during forging. Because the processing was 
conducted in air, the cracks open to the surface of the kingpin oxidized, causing the 'dark' regions seen on the failure 
surfaces. 

The likely sequence of events was reconstructed as follows. If a blank is initially overheated to 1360 °C (2480 °F) or 
more, the additional deformation heating produced during forging in the shoulder region can raise the temperature by 
some 20 to 30 °C (36 to 54 °F). Further straining becomes concentrated in this region, resulting in even more deformation 
heating, all the way up to the incipient grain boundary melting temperature. Upon cooling, shrinkage cavities occur, and 
the previously elongated MnS particles become globular and precipitate out at the boundaries of the large grains. More 
importantly, though, the resolidified grain boundaries have little strength, and if a tensile stress is acting across the grain 
boundaries at this point, the boundaries open up to form cracks. 

This explanation for the cracking is supported by the results of the tensile simulation testing. 

Conclusions and Recommendations 


Most probable cause 


The kingpins probably failed as a result of the propagation of cracks that had formed during the forging operation. These 
cracks developed in kingpin blanks overheated prior to forging, a situation which was exacerbated during forging by 
deformation heating in the highly strained regions. 

How failure could have been prevented 

Optical pyrometers of the type used to measure temperature in heating lines can be notoriously imprecise; the temperature 
readout is significantly affected by oxide scale on the surface of blanks, calibration errors, and smoke or steam. Moreover, 
examination of the production line raised questions about the effectiveness of the over-temperature alarm, and of the 
procedures applied to the blanks that trigger the alarm. 

The heating of forging blanks needed to be more carefully controlled, especially with respect to the accuracy of the 
temperature readout given by the pyrometer in the heating line. Similarly, procedures needed to be developed so that 
forging blanks that trigger the over-temperature alarm were reliably and permanently removed from the production line. 
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Footnotes 


* For a more detailed discussion of grain boundary melting, see L.E. Samuels, Optical Microscopy of Carbon Steels, 
American Society for Metals, Metals Park, Ohio, 1980. p 257-291. 


** See F. Flassani, T.M. Maccagno, J.J. Jonas, and S. Yue, “Behaviour of steels near the incipient melting temperature,” 
Metal. Trans. A. in press, 1993. 



Failure Analysis of a Hydroturbine Shaft 

Donald R. McCann and Michael V. Harry, A-C Siemens Power Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A forged 4140 steel shaft that connected two runners in a hydroturbine failed catastrophically after approximately 5900 h 
of service. The runner and the mating section of the broken shaft were examined and tested by various methods. The results of the 
analyses indicated that the shaft failed by torsional fatigue starting at subsurface crack initiation sites. The forging contained regions 
of crack like flaws associated with particles rich in chromium, manganese, and iron. Fracture features indicated that the fatigue 
cracks propagated under a relatively low stress. 

Keywords: Forgings; Flydroelectric generators; Shafts (power); Turbines 
Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 
Failure type: Fatigue fracture 


Background 

A steel shaft that connected two runners in a hydroturbine failed catastrophically after approximately 5900 h of service 
over 27 months. 


Applications 

The runner shaft that failed was one of two shafts joined by a stub shaft and connecting four runners that provided the 
mechanical energy to drive a generator at 180 rev/min. Fig. 1 shows a schematic of the hydroturbine unit. 



Fig. 1 Schematic of the hydroturbine plant 

Circumstances leading to failure 


Review of photographs and on-site examination of the failed components disclosed that the first shaft failed initially 
adjacent to the No. 2 runner. The shaft then failed adjacent to the No. 1 runner by rapid brittle fracture caused by bending. 



probably as the shaft went through the casing. Subsequently, the second shaft failed adjacent to the No. 3 runner by 
torsional overload, probably when the first shaft separated and jammed the No. 2 runner. The turbine was almost 
completely destroyed as the three runners, together with paid of the first shaft, burst through the casings. 

Pertinent specifications 

The shaft was ordered as an SAE 4140 forging specified to be normalized, quenched and tempered, and stress relieved. 
No bal dness or tensile requirements were specified. 

Specimen selection 

The No. 2 runner and the mating section of the broken shaft were chosen for failure analysis. The failed shaft was 
removed from the No. 2 runner by heating the runner hub and cooling the shaft while pressure was applied to the stub 
shaft end. The two as-received shaft pieces are shown in Fig. 2, with the shaft portion removed from the runner hub on the 
right. 



Fig. 2 As-received pieces from the failed shaft. The shaft portion that was removed from the runner hub is at 
the right. 0.17x 

Visual Examination of General Physical Features 

The fracture occurred at the transition between the 230 mm (9 in.) diam hub section and the 170 mm (6.5 in.) diam 
necked-down section of the shaft. Although the fracture surface on the necked-down section was completely destroyed by 
rubbing against the mating fracture surface, sufficient fracture features were present on the hub section that a failure 
analysis could be conducted. 


Testing Procedure and Results 



Nondestructive evaluation 


Ultrasonic Examination. Both shaft pieces were ultrasonically inspected with a longitudinal-wave 2.25 MHz search 
unit from the diameters. The hub section was also inspected from the stub shaft end. Although the ultrasonic flaw detector 
was set to detect a 3 mm (0.1 in.) equivalent diameter flat-bottom hole, no flaws were detected in either piece. 

Surface examination 


Macrofractography. Figure 3 shows what remained of the fracture surface on the shaft hub section. Careful 
examination of the fracture surface revealed several crack initiation sites, all located below the shaft surface. Figure 3 
shows four of the subsurface crack initiation sites (arrows), and Figure 3 indicates that cracks propagated by torsional 
fatigue from these sites since the crack plane is about 45° to the shaft axis. The fracture surface was removed from the 


hub shaft section for microscopic examination by a saw cut through the cross section approximately 13 mm (2 in.) from 
the fracture surface. Another saw cut was made 25 mm (1 in.) from the first to obtain material for tensile testing. 



(a) 



Fig. 3 Fracture features, (a) Fracture surface of the hub piece, showing evidence of subsurface crack initiation 
sites (arrows). Most of the surface was damaged by pieces rubbing together. 0.37x. (b) Closeup view of 
subsurface flaws. Concentric markings around flaws indicate that crack propagation occurred by torsional 
fatigue. 0.63x 

Scanning Electron Microscopy/Fractography. The subsurface flaw shown in the middle of Fig. 3 (shaped like 
a half circle) was cut out for optical and electron microscope examinations. The flaw is shown in Fig. 4 after chemical 
cleaning to remove oil and rust. Ridges mark the transition between the subsurface flaw (bottom portion) and the fatigue 
crack (top portion). Enlargements on each side of the ridges are shown in Fig. 4. Higher-magnification views of the 
subsurface flaw near the ridges are shown in Fig. 4. Note the many pits and craters covering the surface. 





Fig. 4 Subsurface flaw near ridges, (a) Subsurface flaw and fatigue crack. 2x. (b) Ridges separating the 
fatigue crack from the subsurface flaw. 11.56x, (c) Fracture surface of the subsurface flaw near the ridges. 
Note the high density of pits and craters. 10.08x. (d) Fligher-magnification view of fracture surface near ridge. 
100.8x. (e) Fligher-magnification view of fracture surface and craters. 504x 

Figure 5 shows the subsurface flaw features away from the ridges and toward the center of the half circle. The density of 
the pits is still high, and particles are present in the pits and craters (Fig. 5). X-ray analysis revealed that the majority of 
the particles contained chromium, manganese, and iron and that some of the particles contained silicon. The chromium 




content of the particles was much higher than that of the surrounding metal. Higher-magnification views of the surface 
next to a crater and inside a crater are shown in Fig. 5. The texture of the surface was not typical of hydrogen 
embrittlement, as distinct cleavage river markings were not present. The texture of the crater was rough and contained 



Fig. 5 Subsurface flaw away from ridges, (a) Fracture surface away from ridges and toward the center of the 
subsurface flaw in Fig. 4, showing many pits and craters. 12.58x. (b) Higher-magnification view of (a), showing 
pits and craters filled with particles containing chromium, manganese, and iron. 56.95x. (c) Higher- 
magnification view of fracture surface next to crater. Surface texture is not typical of hydrogen embrittlement. 
578x. (d) Higher-magnification view of crater. Texture is very rough and not typical of gas porosity Analysis of 
small particles within the crater was not possible. 1156x 

Metallography 

Crack Origins/Paths. Across section through the subsurface flaw adjacent to the right side of Fig. 4 is shown in Fig. 
6. A portion of deformed metal was partially rolled into the flaw when the two surfaces rubbed together. Fig. 6 shows that 
the subsurface flaw was intersected by many small, crack like defects (arrows). Higher magnification of these defects 
(Fig. 6) showed that they were filled with particles; x-ray analysis indicated that the particlcs contained chromium, 
manganese, and iron. 




(•) 


Fig. 6 Cross section through subsurface flaw, (a) Deformed metal has rolled against flaw. 2.88x. (b) Higher- 
magnification view of subsurface flaw, showing intersecting cracklike defects (arrows) 45x. Cross section 
through subsurface flaw, (c) Higher-magnification view of several intersecting flaws. 240x. (d) Intersecting 
flaws filled with particles rich in chromium, manganese, and iron. 950x. (e) Particle-filled subsurface flaws with 
fine cracks (arrows) in vicinity of fatigue crack initiation. 600x 



Figure 6 shows additional subsurface flaws filled with similar chromium, manganese, and iron panicles slightly below the 
point at which the fatigue crack initiated. Close examination of these flaws showed very tight cracks extending on both 
sides of the flaw. 


Chemical analysis/identification 

Results of the analysis of the chemical composition of No. 2 runner shaft are presented in Table 1. 

Table 1 Results of chemical analysis 


Element 

Laboratory shaft Analysis 

Reported by forge shop 

SAE 4140 specification 

Carbon 

0.40 

0.40 

0.38-0.43 

Manganese 

0.86 

0.84 

0.75-1.00 

Silicon 

0.25 

0.24 

0.20-0.35 

Phosphorus 

0.016 

0.012 

0.035 (max) 

Sulfur 

0.014 

0.011 

0.040 (max) 

Chromium 

0.99 

0.96 

0.80-1.10 

Nickel 

0.04 

0.05 


Molybdenum 

0.16 

0.18 

0.15-0.25 

Copper 

0.05 



Vanadium 

0.06 




Mechanical properties 

The hardness, of the shaft was determined to be 255 FIB. 

Tensile Properties. A tangential tensile specimen removed from a section 25 mm (1 in.) below the fracture surface 
was tested, with the following results: tensile strength. 928.8 MPa (134.7 ksi); 0.2% yield strength, 762.8 MPa (110.6 
ksi); elongation, 12.5%; and reduction of area, 40%. These values are consistent with quenched and tempered material of 
the grade used in the section size utilized. 

Conclusion 

Most probable cause 

It appeared that the subsurface flaws were associated with the steelmaking process; the particles were probably alloying 
elements that did not go into solution. Fine cracks associated with these flaws probably linked together when a torsional 
load was applied. The subsurface crack then propagated by torsional fatigue, since the crack plane was at an angle to the 
shaft axis, until the final overload failure. The torsional stress was probably due to a slight resonance condition. 
















Related Information 


D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
459-482 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Anomalous Fractures of Diesel Engine Bearing Cap Bolts* 

G.H. Walter, R.M. Hendrickson, and R.D. Zipp, J.I. Case 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Sudden and unexplained bearing cap bolt fractures were experienced with reduced-shank design bolts fabricated from 42 
CrMo 4 steel, quenched and tempered to a nominal hardness of 38 to 40 HRC. Fractographic analysis provided evidence favoring 
stress-corrosion cracking as the operating transgranular fracture failure mechanism. Water containing H7S was subsequently 
identified as the aggressive environment that precipitated the fractures in the presence of high tensile stress. This environment was 
generated by the chemical breakdown of the engine oil additive and moisture ingress into the normally sealed bearing cap chamber 
surrounding the bolt shank. A complete absence of fractures in bolts from one of the two vendors was attributed primarily to surface 
residual compressive stresses produced on the bolt shank by a finish machining operation after heat treatment. Shot cleaning, with 
fine cast shot, produced a surface residual compressive stress, which eliminated stress-corrosion fractures under severe laboratory 
conditions. 

Keywords: Bolts; Compressive stress; Corrosion environment; Hydrogen sulfide; Mechanical properties; Residual stress; Shot 
cleaning 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400; 42CrMo4 (Chromium-molybdenum alloy steel), UNS G41400 


Failure types: Intergranular fracture; Stress-corrosion cracking 


Background 

When the International Harvester Company was in existence, sudden unexplained bearing cap bolt fractures were 
experienced in a line of diesel engines manufactured at one of its overseas facilities. Examination of engines at various 
plants, here and abroad, revealed that a small but significant percentage of the bearing cap bolts were fractured. 

Pertinent specifications 

_ 9 _ 

The subject bolt (16 in.-12 UNC) was a reduced shank design with the shank diameter being smaller than the minor 
thread diameter. This type of bolt design had several proven advantages, especially in fatigue applications. The bolt was 
fabricated from an alloy steel, 42 CrMo 4, similar to AISI 4140, quenched and tempered to a nominal hardness of 38 to 40 
HRC. The chemical analysis and mechanical properties required for this bolt are listed in Tables 1 and 2. The required 
minimum tensile strength (1,170 MPa, or 170 ksi) and yield strength (1,050 MPa, or 153 ksi) were somewhat higher than 
the corresponding values (1,030 MPa, or 150 ksi tensile; and 900 MPa, or 130 ksi, yield) specified for high-strength Type 
8 bolts used in the United States. The high-strength bolt was commonly used in Germany by the automotive industry. 



Table 1 Chemical analysis 


Element 

Recommended analysis per DIN 267 (Ref 1) 

Specified analysis for AISI 4140 

Specified analysis for 42 CrMo 4 

Carbon 

0.19 to 0.52 

0.38 to 0.43 

0.38 to 0.45 

Manganese 


0.75 to 1.00 

0.50 to 0.80 

Surface 

0.05 max 

0.035 max 

0.035 max 

Phosphorus 

0.04 max 

0.04 max 

0.035 max 

Silicon 


0.20 to 0.35 

0.15 to 0.35 

Chromium 


0.80 to 1.10 

0.90 to 1.20 

Nickel 

£>0.9 



Molybdenum 


0.15 to 0.25 

0.15 to 0.25 

Aluminum 


Table 2 Tensile properties: comparison of subject bolt and Grade 8 bolt 


Property 

Type 12.9 DIN 267 (Ref 1) Grade 8 SAE J429d 

Tensile strength 

max 

1,380 MPa (200 ksi) 

Not indicated 

min 

1,170 MPa (170 ksi) 

1,030 MPa (150 ksi) 

Yield strength, 0.2% offset 

min 

1,050 MPa (153 ksi) 

900 MPa (130 ksi) 

Proof stress 

930 MPa (135 ksi) 

830 MPa (120 ksi) 

Elongation, % 

min 

8 

12 

























Hardness, Brinell 

max 

425 

352 

min 

330 

302 

Hardness, HRC 

max 

44 

38 

min 

34 

32 


Performance of other parts in same or similar service 

Bolts had been supplied by two vendors, A and B, and only bolts from vendor B were involved in the fractures. Also, 
only bolts from main bearing caps 2 and 4 of the four cylinder engine were involved in the fractures. These main bearing 
caps were the ones likely to be removed for bearing inspection after engine run-in subsequent to final assembly. 

Visual Examination of General Physical Features 

At first glance, broken bearing cap bolts (Fig. 1) gave the appearance of brittle fractures, primarily because of a distinct 
absence of deformation. Fiowever, this lack of ductility was not inherent to these bolts; under conditions of an increasing 
applied tensile or combined tension plus torsion load, the fractures obtained were accompanied by considerable 
prefracture deformation, as shown in Fig. 2. 










Fig. 1 Broken bolt removed from diesel engine. Absence of plastic deformation close to the fracture indicates a 
low ductility failure. 2x 



Fig. 2 Comparison of overload failures with a typical engine fracture (right). Uniaxial tensile failure on left and 
an overtorqued failure (combined stress state) at center. Both overload failures exhibit ductility, with plastic 
deformation Near the fracture regions reflected by a notable reduction of area. The engine failure (right) does 
not reflect a reduction in area, indicating a fracture of low ductility, unlike either overload condition. 0.95x 

Testing Procedures and Results 

Nondestructive evaluation 

Wet fluorescent magnetic particle inspection, of failed bolts typically revealed regions of circumferential 
cracks present on the shank in proximity to the main fracture. These cracks and the fracture itself were oriented 
approximately 60° to the axis of the shank. This orientation appeared to correspond with the principal stress planes 
associated with the combined torsion and tensile stresses present in the shank when the bolt was tightened. The extent to 
which cracking occurred in some cases prior to failure is indicated in Fig. 3. In several cases, however, broken bolts were 
found to be completely free of these additional cracks. 



Fig. 3 Extensive cracking spread over the central shank portion of a nonfractured bolt detected by wet 
fluorescent magnetic particle inspection. Cracks are oriented circumferentially around the shank in planes of 
principal stress, resulting from combined torsional and tensile stresses. Regions of circumferential cracks we re 
usually found on failed bolts in the vicinity of the fracture. The extent of cracking, however, was variable. In 
some instances, tailed bolts were tree of additional cracks other than that which initiated the fracture. 0.75x 

Surface examination 

Visual. The location of fractures and cracking on the bolt shank appeared to be quite random, occurring from near the 
head to close to the threads (Fig. 4). Crack origins in the shank corresponded to regions of maximum stress occurring in 
each particular bolt. The location of these regions varied among individual bolts as a result of nonuniform loads stemming 
from slight misalignments or geometric inconsistencies associated with component and assembly tolerances. 




Fig. 4 Circumferential cracks found in shank adjacent to threaded section, lx 

Macrofractography. Closer observation of the fracture surface in failed bolts (Fig. 5) revealed that usually three 
regions were present. At the bolt periphery, one or more rough areas (resolved to be crack origins) appeared brightly 
faceted and extended inward from the shank surface. In the multiple-origin fractures, these regions were usually present in 
a stepwise orientation around the outer surface. A central fibrous-appearing area, through which the multiple origins were 
joined, appeared adjacent to these faceted regions. In general, the faceted regions occurred on one side of the periphery. 
On the opposite side, the fibrous central area transformed to a shear - lip region. 



Fig. 5 Perspective view of fracture surface of a failed bolt. Several crack origin regions can be observed at the 
outer edge of the left side. These multiple origins occur in a stepwise fashion and appear as bright, faceted 
surfaces. The fibrous center region results from ductile overloading. At the right edge of the fracture surface are 
shear lips where final separation occurred. 3x 

Electron fractography provided a closer examination of the fracture surface. The results of a fractographic analysis 
are depicted in Fig. 6. 7, 8. 9. In this picture sequence, the crack propagation is traced from the intergranular origin area at 
the shank surface to the unstable crack growth region near the shank center. The crack originated intergranularly at the 
shank surface. It progressed slowly inward by this intergranular mode until the remaining cross section could no longer 
support the tensile load on the bolt, and sudden transgranular fracture occurred. The fracture mode of the transgranular 
crack was dimpled rupture. 





Fig. 6 Outer edge of a failure origin. This area reflects an intergranular mode of crack propagation. The 
intergranular region extends to the extreme outer surface of the fracture (some separation of the carbon replica 
is seen at this outer edge). 1900x 


Fig. 7 Approximately 0.25 mm (0.010 in.) from origin edge showing intergranular mode of fracture and 
secondary intergranular cracking indicated by black folds. 1444x 






Fig. 9 Nonembrittled region of fracture surface. In this area (about 3.8 mm, or 0.150 in., from origin) the 
mode of failure is equiaxed dimpled rupture. 1976x 

Metallography 

Crack Origins/Paths. The intergranular cracking originated at the surface is typical of several types of brittle fracture 
mechanisms. However, in Fig. 7 and 8, the presence of corrosion products on grain facets and networks of intergranular 
secondary cracking (appearing as black folds at grain boundaries) provided evidence to define the mechanism more 
explicitly. These two features are associated with stress-corrosion cracking in steels (Ref 2). Under conditions of high 
local stresses and an aggressive environment, a crack can initiate and propagate by stable intergranular growth. 

The intergranular - nature of these cracks is further represented by conventional microscopy in Fig. 10 and 11. In Fig. 11, 
the branching of secondary cracks can be readily seen. 






Fig. 10 Longitudinal section through a failed bolt illustrating the propagation of a crack from the surface. Tool 
marks generated when machining the bolt shank acted as additional stress concentrators. Vilella etch, 87x 



Fig. 11 A magnified view of Fig. 10, reflecting the intergranular path along prior austenite boundaries. 
Secondary cracks emanating from the primary crack are also evident. Vilella etch, 435x 

Chemical analysis/identification 

Associated Environments. Since fractographic analysis provided evidence favoring stress-corrosion cracking as the 
operative failure mechanism, the aggressive environment that initiated the cracks, needed to be identified. Initial testing 
consisted of a series of “steady stress-delayed fracture” tests, using production engine blocks. The test setup used standard 
bearing caps with small holes drilled through to the bolt chamber for the admission of test atmospheres. 

Tests were conducted under static conditions, with bearing caps attached to the engine blocks by tightening the test bolts 
to specific torque values. The bolts were either dipped in a test fluid before tightening or subjected to a test atmosphere, 
introduced through the small hole in the bearing cap. Solutions that could come into contact with the bolts prior to or 
during the normal engine assembly procedure were tested. These fluids consisted of various cleaning solutions and oils 
used in engine production and assembly operations. The original specified production torque of 163 to 167 J (120 to 123 
ft. lb.) was applied. Several bolts representing each condition survived for at least seven days without fracturing or 
cracking. 

Negative results of the initial studies prompted consideration of other possible environments. In this group, one reactant, 
water with dissolved H 2 S, precipitated cracks leading to delayed fracture. Warm moist gas was generated and vented into 
the healing cap bolt chamber. To ensure the presence of the test environment, the test fixtures were periodically 
recharged. Positive results were obtained with ITS within 20 h of testing when several bolt failures occurred, as shown in 
Table 3. Bolts from both suppliers (A and B) failed under these high H 2 S concentration conditions, but with further 
testing at lower bolt tension, the frequency of failures was lower with vendor A bolts. Charging with dry bottled H 2 S did 
not produce failures; it was necessary to have water with dissolved H 2 S for failures to occur. The visual appearance of the 
H 2 S fractures was quite similar to service failures (Fig. 12). 

Table 3 Stress-corrosion tests: effect of bolt tension and vendor comparison 


No. of treatments with Bolts Torque 


Vendor 


Results/ 



H 2 S (a) 

tested 

J 

ft. lb. 

time, h 

1 

8 

172 

127 

2 fail/8 to 20 

4 to 6 

4 

172 

127 

2 fail/24 to 35 

4 to 6 

4 

172 

127 

4 fail/25 to 30 

4 to 6 

4 

138 

102 

1 fails/31 

4 to 6 

4 

138 

102 

3 fail/24 to 27 

6 

4 

102 

75 

0 fail/... 

6 

4 

102 

75 

1 fails/33 


(a) Each treatment consisted of a 60-s purge of generated warm moist H 2 S gas into the bearing cap chamber once per hour. 


m 


INCHES I 

Fig. 12 Comparison of a laboratory H 2 S stress-corrosion failure (left) with a broken bolt removed from an 
engine (right). Test conditions were high clamping load and moist H 2 S-containing atmosphere. Similarity of 
fracture surfaces is evident. Arrows indicate origin regions. l.Ox 

Engine oil is the most likely source of H 2 S that could come into contact with bearing cap bolts. This likelihood was 
reinforced by reports that certain oil additives, such as zinc di-thiophosphate (a corrosion and oxidation inhibitor), were 
capable of releasing H 2 S. In certain oils, a release temperature of 160°C (320°F) is possible in an operating engine. Some 
European oils were reported to have an even lower release temperature of 120°C (250°F). Laboratory tests confirmed that 













certain engine oils, mixed with a small quantity of water, could effect the release of FFS. Further, in studies conducted by 
the petroleum industry, it was found that concentrations of FFS as low as 0.1 ppm could develop stress-corrosion failures 
in steel (Ref 3). This low concentration of FFS is well below the normal detectable odor level. 

The probability of generating FFS and water within the confined region of the bearing cap bolt chamber was increased by 
the heal ing inspection procedure following engine run-in. After engine run-in, the engine was removed from the line and 
partially disassembled to facilitate inspection of one or more main bearings. Because the bearing caps of bearing 4 and 2 
were easier to remove, these bearings were usually examined. 

The time interval between run-in and inspection was minimal, resulting in the opening of hot engines to the surrounding 
atmosphere and thereby permitting the entrance and accumulation of moisture on internal parts (that is, on the bearing cap 
bolt well and chamber). During the run-in and bearing inspection, engine oil accumulated in the bolt wells. These two 
ingredients (moisture and engine oil), confined within the warm bearing cap bolt chamber, was all that was necessary to 
release FFS. 

Other possible environments resulting from breakdown of engine oil were investigated. Primary among these 
environments were N 2 0, C0 2 , S0 2 , and formaldehyde. The various combinations of these fluids, mixed with water vapor, 
were introduced into a series of stress-corrosion load cells, using bolts at yield point loads. Each cell was charged three 
times per day, with no failures incurred until the gaseous atmosphere was heated to 60°C (140°F) prior to entering the 
load cells. Under these conditions, several failures were produced in the environment containing S0 2 , but occurred at 
least 300 hours after test initiation. The failures obtained in this series, however, were heavily surface-corroded, which 
was not the case of service failures and FFS test failures. 

Mechanical properties 

Hardness and Strength. Other important factors relevant to stress-corrosion cracking include the relative level of 
tensile stress imposed and the strength of the material. Studies of these factors in steel have shown that a relationship 
exists between them (Ref 4). With increasing material strength, the applied stress necessary to initiate stress-corrosion 
cracking decreases. At lower hardnesses, about 30 F1RC, stresses in the range of the yield point are necessary to initiate 
cracking by FFS stress corrosion. Plastic prestraining has a pronounced effect, by markedly increasing the sensitivity to 
FFS stress-corrosion failures at hardness levels as low as 22 FIRC. 

Evaluation of the subject bolt steel strength characteristics, Table 4, showed that all failed and unfailed bolts were normal 
in complying with the specifications. There was no significant difference in hardness or strength level of the bolts 
supplied by the two vendors A and B. 

Table 4 Properties of bolts from different vendors 


Property 

Vendor 



B 

A 

Tensile strength 

MPa 

1,230 to 1,300 

1,090 to 1,230 

ksi 

178 to 188 

173 to 179 

Proportional limit 

MPa 

1,090 to 1,120 

1,100 to 1,160 

ksi 

158 to 163 

160 to 179 


Hardness, HRC 36 to 41 


38 to 42 




Surface Finish and Residual Stress. Other factors found to have a significant effect on susceptibility to stress- 
corrosion cracking are associated with the fabrication of the bolt itself. The final machining process results in a rough 
shank surface (Fig. 11). Surface finish requirements were quite liberal, allowing up to 4.5 pm (181 pin.). The resulting 
tool marks provided significant stress concentrators, which increased the maximum stress at the shank surface. In 
addition, the fabrication sequence, including heat treatment, provided an additional factor affecting stress-corrosion. All 
bolts manufactured by vendor B had been heat treated after final machining, leaving the bolts essentially free of surface 
residual stresses. 

Bolts manufactured by vendor A were finish-machined after heat treatment, leaving a significant level of compressive 
residual stress at the surface. Stress-corrosion failures were nonexistent with vendor A bolts. The compressive residual 
stress effectively reduced applied tensile stress on the shank surface, and thereby reduced the sensitivity to stress- 
corrosion cracking. The values of surface residual stress measured by x-ray diffraction are listed in Table 5. 


Table 5 Surface residual stresses on both shanks 


Vendor 

Condition 

Compressive residual stress (a) 

MPa 

ksi 

B 

As received 

76 

11 


As received 

240 

35 


Stress-received at 538 °C (1000 °F) for 1 h 

19 

2.7 


Shot-cleaned 

510 

74 

(a) x-ray diffraction. Precision, ±55 MPa (8 ksi) 


In further investigations of the effect of compressive residual stresses, stress-corrosion tests were conducted on shot- 
cleaned bolts. Vendor A bolts, received with a built-in residual compressive stress of 241 MPa (35 ksi), were shot- 
cleaned, which resulted in a stress of approximately 510 MPa (74 ksi). Bolts treated in this manner were highly resistant 
to stress-corrosion cracking in FFS, as shown by the results of Table 6. 


Table 6 Stress-corrosion tests: effect of shot cleaning 


Vendor 

Condition 

No. of treatments with 

No of bolts 

Torque 


Results/ 



H 2 S (al 

tested 

J 

fts lb. 

time, h 

B 

As received 

4 to 6 

4 

172 

127 

4 fail/25 to 30 

B 

As received 

5 

4 

138 

102 

3 fail/7 to 27 

B 

Shot-cleaned 

5 

8 

172 

127 

0 fail/... 

B 

Shot-cleaned 

5 

8 

137 

101 

0 fail/... 

B 

Shot-cleaned 

1 

1 

138 

102 

0 fail/— 
















Shot-cleaned 


Yield point load* 


1 fails/360 


(a) Charged with H 2 S, as in Table 3. 

(b) Tested in strain gated load cell 


Metallurgical Characteristics. The role of metallurgical factors, such as microstructure and grain size, on FFS 
stress-corrosion cracking were not well defined in this investigation. Microstructures of failed bolts reflected the normal, 
tempered martensitic structure characteristic of this material for the required strength. Significant grain size variations 
were observed between bolts supplied by the two vendors (Fig, 13 and 14). Flowever, owing to the dominating factor of 
residual stress, definite conclusions with regard to the effect of grain size could not be made. 
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Fig. 13 Microstructure of a vendor B bolt. Structure consists almost entirely of tempered martensite. Prior 
austenite grain size ASTM 4 and 5. Vilelia etch, 67x 



Fig. 14 Fine tempered martensitic structure in a vendor A bolt. ASTM grain size 9 to 10. Vilelia etch, 67x 
Fractographic Analysis of Laboratory Test Samples. The fractographic analysis of stress-corrosion test 
failures induced in the laboratory was limited to the FFS failed specimens because of the extensive corrosion of the 
fracture surfaces of S0 2 failures. A summary of this analysis is represented in Fig. 15, 16, 17, which illustrate the mode of 
FI 2 S stress-corrosion cracking propagation. Cracking originated at the bolt shank surface and progressed inward slowly 
along an intergranular path, accompanied by secondary cracks. When the effective cross section could no longer support 









the preload, rapid fracture by dimpled rupture completed the failure. The characterized failure by laboratory-induced FFS 
stress-corrosion was very similar to the fracture mode of engine failures (Fig. 6, 7, 8). 
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Fig. 15 Failure origin area with intergranular mode of fracture continuous to the surface 


Fig. 16 Approximately 0.38 mm (0.015 in.) from origin. Mode of crack propagation is intergranular, with 
corrosion products and secondary cracking evident. 1444x 



Fig. 17 Nonembrittled area of fracture in overload region, showing primarily a dimpled mode of fracture. 
2964 x 

Conclusion and Recommendations 

Most probable cause 

The unusual spontaneous fracture of high-strength diesel engine bearing cap bolts was the result of several concurring 
factors which established a mechanism of stress-corrosion cracking. Water containing H 2 S was identified as the 
aggressive environment that precipitated the fractures in the presence of high tensile stress. This environment was 
generated by: 

• The chemical breakdown of the engine oil additive, zinc di-thiophosphate, which provided the H 2 S portion of the 
environment. 

• Removal of certain bearing caps from the hot engine immediately after run-in, which introduced moisture into the 
normally sealed bearing cap chamber surrounding the bolt shank. The complete absence of fractures in bolts from 
one specific vendor is attributed primarily to surface residual compressive stresses produced on the bolt shank by 
a finish machining operation after heat treatment. 

Remedial action 

Shot cleaning, with fine cast shot, produced a high level of surface residual compressive stress, which eliminated stress- 
corrosion fractures under severe laboratory conditions. 
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Failure Analysis of Cylinder Clamping Rods in Diesel Engines 

B.V. Krishna, Materials Science & Technology Division, Thapar Center for Industrial Research and Development; 
A. Verma, John F. Welch Technology Center 


From: B.V. Krishna and A. Verma, Failure Analysis of Cylinder Clamping Rods in Diesel Engines, Practical Failure Analysis, Vol 1 (No. 
4), Aug 2001, p 51-55 


Abstract: This article discusses the failure of cylinder clamping rods in single cylinder diesel engines. The AISI 4140 hardened and 
tempered steel clamping rods were failing after 200 to 250 h of operation. The fatigue failures initiated at the root of the last thread 
on the clamping rod that was engaged in a blind hole in the cylinder block. The failures were caused by loose tolerances on the 
threads that resulted in a non-uniform distribution of load. The load was concentrated on the last threads to engage, thus causing 
fatigue crack nucleation at the thread root and propagation until the rod broke by overload. Changing the tolerance on the threads 
virtually eliminated the fatigue problem. 

Keywords: Threaded fasteners; Tolerance 


Material: 4140 (Chromium-molybdenum alloy steel), UNS G41400 


Failure type: Fatigue fracture 


Background 

Cylinder clamping rods, Fig. 1, are used or clamping the cylinder block to the piston assembly in a single cylinder diesel 
engine. The two ends of the clamping rods are identified as the nut and carter ends. The specifications for the nut and 
carter, in the present application, require a tolerance of 6g . 1 This relatively loose tolerance had been specified for 
identical cylinder clamping rods used in an earlier engine design. The rods were 380 mm long with a pitch diameter of 
14.7 mm and were fabricated from drawn and rolled steel rods of AISI 4140 steel. The rods were hardened by 
austenitizing at 840 to 850 °C for 45 min, oil quenching to room temperature, tempering at 520 °C and air-cooling. The 
resulting hardness was HRC 32 to 39. Thread rolling was performed after the hardening treatment. 



Fig. 1 Photograph showing the typical cylinder clamping rod 


The Failure 

The failure problem emerged after a value engineering exercise changed the design. The attachment for connecting the 
carter end of the clamping rod to the cylinder block was converted from a nut and bolt arrangement to a blind hole drilled 
and tapped in the block itself. 

The clamping rods in the new design frequently failed after only 200 to 250 h of service. The failure always took place at 
the carter end of the rod and initiated at the last thread that was engaged in the blind hole. In attempts to reduce the 
tendency for failure, the engine manufacturer: 

• a) checked the material and quality of the fasteners, 

• b) placed a radius on the carter end of the fastener to reduce the stress concentration, and 

• c) increased the strength of the rod material. 

None of these measures improved performance, but increasing the strength increased the failure frequency. Additionally, 
manufacturing/assembly practices were changed so that two rods instead of one were used to lift the 300 kg engine. This 
change did not alter the failure frequency. 

The Evaluation 

Visual inspection of the failed cylinder clamping rods suggested that cracks initiated at the root and propagated across 
most of the rod cross-section before the rod finally failed by ductile fracture processes. If the highly deformed regions of 
the fracture surface were caused by overload fracture and the relatively flat portions of the fracture were caused by 
fatigue, then nearly 70% of the fracture surface was caused by fatigue. Overload fracture occurred when the cross section 
of the rods had been reduced to approximately 30% of the original value. A photograph of the fracture surfaces of typical 
failed rods is shown in Fig. 2. The fracture initiated in the first or second thread at the carter end of the rod, Fig. 3. 
Flowever, the site of initiation was always at the last thread to engage with the threads in the blind hole on the cylinder 
block. 





Fig. 2 Photograph of the failed clamping rods showing overload features 



Fig. 3 Fractured clamping rods (note the fracture location is on the first or second thread) 

Examination of the fracture surfaces with a stereomicroscope revealed multiple fracture origins and beach marks, Fig. 4 
and 5. These observations confirmed the visual inspections and also showed that 70% of the fracture surface was by 
fatigue and 30% by overload fracture. The spacing between the beach marks was fine, indicating a low cyclic stress. 
Ratchet marks and striations were also observed by SEM, Fig. 6 and 7, respectively. These observations confirmed that 
fatigue was the primary mechanism of failure. 







Fig. 4 Stereomicrograph of cylinder clamping rods showing multiple fracture origin, 2.5x: a) failed after 85 h 
of service, b) failed after 214 h of service 






Fig. 5 Stereomicrograph of cylinder clamping rods showing fatigue beach marks, 2.5x: a) failed after 85 h of 
service, b) failed after 214 h of service 







Fig. 6 SEM photograph of cylinder clamping rods showing ratchet marks: a) 30x, b) 30x, c) 150x 






Fig. 7 SEM photograph of cylinder clamping rods showing striations: a) 30x, b) 30x, c) 150x 





The microstructures of new and failed cylinder clamping rods were nearly identical, Fig. 8 and 9, respectively. The 
tempered martensite structure was present in both types of rods. The hardness of the new and failed rods reflected the 
microstructural observations and was always within the specified range of F1RC 32 to 39. The tensile strength measured 
on new and failed rods ranged from 109 to 115 kg/mm 2 and was slightly higher than the specified strength of 106 
kg/mm 2 . Additionally, the chemical composition of the steel, as determined by vacuum spectrography, conformed to the 



Fig. 8 Microstructure of the new cylinder clamping rod showing tempered martensite structure, 3000x 



Fig. 9 Microstructure of the failed cylinder clamping rod showing tempered martensite structure, 3000x 



Table 1 Chemical composition of fastener steel 


Elements 

Wt.% 



Specified 

Analyzed 

Carbon 

0.38-0.45 

0.40 

Silicon 

0.15-0.35 

N.A. 

Manganese 

0.50-0.80 

0.79 

Chromium 

0.90-1.20 

0.98 

Molybdenum 

0.15-0.25 

0.20 


Conclusions 

The inspections and analysis showed that the structure and properties of the steel in the failed rods was typical of that new 
material and conformed to specifications. This suggested that the failures were associated with design, rather than a 
material or heat treatment problem. The design tolerances were therefore tightened, and the problem was virtually 
eliminated. 

The loose tolerance for the carter end of the cylinder clamping rod, coupled with the design change to a blind hole 
connection, led to a non-uniform distribution of the load on the threads. The load was concentrated on the last thread to 
engage in the blind hole (the first or second thread from the non-threaded portion of the rod). The concentrated stress was 
sufficient to cause fatigue crack initiation at the thread root. 

When a load is applied to nut/bolt assembly, the bolt stretches and lengthens the effective lead of the engaging threads. 
The nut is compressed and tends to shorten the effective lead of its threads. These deformations, while small and discrete, 
must balance both locally and over the entire length of the thread contact. In practice, the deformations never balance, so 
there is a disproportionate distribution of the load. The first engaged thread (the last threat to engage in this case) assumes 
a higher than average load while the remaining threads carry successively lower loads. Analytical studies 2 have shown 
that the load on the first thread can be over twice the average load for all threads. The earlier, pre-value engineering 
design had used a nut and bolt arrangement to attach the carter end of the cylinder clamping rod to the cylinder block. The 
change from a nut and bolt arrangement to a blind hole attachment altered both the design and the material of the female 
fitting. The cylinder block and the blind hole threads did not compress and shorten the lead of its threads in the same 
fashion as the bolt. This change in response altered the load distribution and concentrated the load and stresses on the last 
thread to engage in the cylinder block. This stress concentration was sufficient to cause the cylinder clamping rod to 
experience fatigue. This problem was eliminated by changing the tolerance on the carter threads from 6g (a loose 
tolerance) to 6h (a tight tolerance). Increasing the tolerance reduced the stress concentrations and virtually eliminated the 
fatigue problem. 
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Fractured Marine Riser 

Fulmer Research Institute Ltd. 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Visual examination, optical and scanning electron microscopy were used to determine the cause of failure in the connector 
groove of a marine riser coupling. The specified steel was AISI 4142 (0.40 to 0.45% C; 0.75 to 1.00% Mn; 0.20 to 0.35% Si; 0.80 
to 1.10% Cr; 0.15 to 0.25% Mo) normalized from 9000C. Microscopic examination revealed the crack's initiation point and 
subsequent propagation. SEM examination of chemically stripped corrosion showed that corrosion fatigue and stress corrosion might 
have contributed to the initial slow crack growth. Impact tests revealed a fracture transition temperature in excess of 1000C. The 
sequence of events leading to failure was detailed. The main recommendation was to quench and temper existing couplings and to 
use a lower carbon quenched and tempered steel for new couplings. 

Keywords: Couplings; Drilling rigs 


Material: 4142 (Chromium-molybdenum alloy steel), UNS G41420 


Failure types: Brittle fracture; Corrosion fatigue; Pitting corrosion 


Failure occurred in the connector groove of a marine riser coupling from a drilling rig. The steel specified for this 
component was AISI 4142 (0.40 to 0.45 % C; 0.75 to 1.00 % Mn; 0,20 to 0.35 % Si; 0.80 to 1.10 % Cr; 0.15 to 0.25 % 
Mo) normalised from 900°C. 


The general appearance of the failed coupling is shown in Fig. 1. The fracture surface was heavily corroded due to its 
exposure to sea water but nevertheless the directions of crack propagation could be determined from the orientation of the 
clearly defined chevron markings. These chevron markings are characteristic of a fast-running brittle crack and their 
appearance at position C in Fig. 1 is shown in detail in Fig. 2. This indicates that at this position the crack was 
propagating in an anti-clockwise direction. Similar fractographic features were evident at position D, but in this case the 
chevrons indicated a clockwise direction of crack propagation. This indicates that the fracture initiated in the region of 
position A, then propagated as two cracks running simultaneously in clockwise and anticlockwise directions, eventually 
meeting opposite the point of initiation forming a pronounced step on the fracture surface at point B in Fig. 1. 



Fig. 1 General appearance of failed coupling. 




Fig. 2 Showing chevron markings on fracture surface at position C (Fig. 1). 

Examination of region A revealed that the crack had initiated on the outside surface of the riser at the bottom corner of a 

circumferential connector groove. Having passed through the 12.7 mm (2 in) reduced wall thickness at the base of the 
connector groove, the two cracks then propagated into the full 25.4 mm (1 in) thickness, but returned to the connector 
groove at positions C and D. Propagation through the thicker section of the plate is not unusual since, due to the increased 
stress triaxiality, this can be a lower energy fracture path. 

Detailed examination of the initiation region at position A revealed a discoloured area on the fracture surface which 
extended for approximately 65 mm (2.5 in) along the surface of the connector groove and penetrated to a maximum depth 
of 5.5 mm (0.25 in) into the fracture surface. This area is delineated in Fig. 3 and appeared to consist of a compact oxide 
scale. The same area is shown in Fig. 4 after chemical stripping of the corrosion products, and at least two separate 
initiation sites can be distinguished. Also evident in Fig. 4 are numerous corrosion pits, 0.25 mm to 0.125 mm deep — on 
the inclined face of the groove. 



Fig. 3 Fracture surface at position A (Fig. 1), illustrating compact oxide scale region within dotted line. 




Fig. 4 Same area as Fig. 3, after chemical stripping, showing (arrowed) two separate initiation sites. 


Sections of the fracture surface were examined in the scanning electron microscope after chemical stripping of the 

50 

corrosion products with a solution 50HCl/water inhibited with hexamine. The resultant cleaned surfaces revealed that the 
region of fast fracture consisted entirely of brittle cleavage failure. The initiation area was more heavily corroded but 
some cleavage facets could be distinguished in addition to a generally rather featureless fracture appearance. This 
suggests that both corrosion fatigue and stress corrosion may have contributed to the initial stage of slow crack growth. 
Sections for optical micro-examination taken from areas both adjacent to and remote from the fracture had similar micro¬ 
structures consisting of upper bainite together with grains of unresolvable pearlite aligned in bands along the longitudinal 
direction of the pipe. The pearlite grains occur in lean alloy microsegregation bands where local hardenability is low. The 



Fig. 5 Upper bainitic structure with aligned grains of unresolved pearlite (black). 100 x 

This type of microstructure is very brittle and although tensile tests confirmed that the steel satisfied the specified strength 
requirements (700 MNnT 2 Y. S.), impact tests revealed a fracture transition temperature in excess of +100°C. Figure 6 
shows the completely brittle cleavage mode of fracture exhibited by a fracture toughness specimen. 




Fig. 6 Brittle cleavage surface of fracture toughness specimen. 500 x 

Summary 

From the results of visual examination, optical and scanning electron microscopy, it has been possible to draw up a 
sequence of events leading to failure: 

• i.) Formation of corrosion pits in the connector groove due to the presence of sea water. 

• ii.) Initiation of a corrosion fatigue crack in the connector groove. 

• iii.) Fatigue crack propagation in a direction normal to the axis of the coupling, probably subsequently assisted by 
stress coiTosion. 

• iv.) After reaching a crack depth of 5.5 mm, rapid unstable brittle fracture occurred resulting in catastrophic 
failure in the marine riser. 

The main recommendation was to specify a quench and temper, rather than a normalising treatment which would produce 
a high toughness steel without loss in strength. This recommendation would be suitable for existing couplings but the use 
of a lower carbon quenched and tempered steel for new couplings would not only give a very high toughness, resistance 
to stress corrosion cracking and pitting corrosion, but would also be very much more easily welded than the present low 
alloy steel. 
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Spalling Failure of a Spur Gear 

Lester E. Alban, Metallurgical Engineer, Fairfield Manufacturing Company, Inc., Subsidiary of Rexnord, Inc. 


From: Systematic Analysis of Gear Failures, L.E. Alban, ASM International, 1985 


Abstract: A portion of two large spur tooth bull gears made from 4147H Cr-Mo alloy steel that had spalling teeth was submitted for 
evaluation. The gears were taken from a final drive wheel reduction unit of a very large open-pit mining truck. The parts had met 
the material and initial heat treat hardening specifications. The mode of failure was tooth profile spalling. By definition, spalling 
originates at a case/core interface or at the juncture of a hardened/nonhardened area. The cause of this failure was either 
insufficient or no induction-hardened case along the active profile. The cause was activated by a nonfunctioning induction hardening 
coil that did not or was not allowed to harden the midprofile of several teeth. 

Keywords: Hardness; Induction hardening; Mining; Motortrucks; Spur gears 


Material: 4147H (Chromium-molybdenum alloy steel), UNS H41470 
Failure types: Heat treating-related failures; Spalling wear 


A portion of two large spur tooth bull gears that had spalling teeth was submitted for evaluation (Fig. 1). 



(a) 


(b) 


Fig. 1 Spur gear tooth, SAE 4147H, quenched and tempered to 311 HB, machined completely, induction 
hardened with a tooth space inductor by traversing one tooth space at a time, (a) Surface spalling along one 
tooth flank, (b) No hardened case on active profile of one side of the teeth. 


Background Information 

The gears were taken from a final drive wheel reduction unit of a very large open-pit mining truck. The driving pinions 
were not submitted; the usual assurance was given that they were in good condition and were still in operation. 
Apparently, these two gears had been operating for relatively few hours. The loads were considered to be maximum for 
the operation. 

These parts were to have been SAE4147FI steel, quenched and tempered to 262-311 FIB, finish machined, induction 
hardened (both the spline and the spur teeth), and tempered at 350 °F to a specified hardness of 55 FIRC minimum on the 
hardened surface. 


Visual Examination 

Identification markings. None on either part; the markings were on the portion not returned. The part number had 
been submitted on the shipping papers. 

Physical appearance. The two parts were identical. Four contiguous teeth had a spalled area on one side only at 
midprofile but for varying lengths (Fig. 1). They were not consistent. The nonspalled teeth showed a very good surface on 
the same side, and all of the teeth were in good condition on the opposite side. There was no evidence of adhesive or 
abrasive wear. 


Physical Examination 


Magnetic-particle inspection. There were no indications other than those associated with the spalled areas. 
Surface hardness testing. The ends of the teeth were at 311 HB (specified, 262-311 HB). The surface at the root 
was 58 HRC (specified, 55 HRC min). 

Nital etching. The end faces of the gear teeth were polished and nital etched for a view of the hardened area. (This 
viewing area is the same area examined by the induction hardening operator on each production part to maintain 
consistency.) The end face of all submitted teeth showed a consistent hardened pattern along the full profile and around 
the root fillets. From this vantage point, they would have been acceptable. 


Metallurgical Examination 

Up to this point, no incriminating evidence has been found; but there is a need to find out what has happened in the 
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spalled areas. The consistency in the spalled pattern is that every spalled tooth has a spalled area 2in. from one open 

1 i- 

end. Therefore, both eight-tooth sections should be cut parallel to and at a plane 2in. from the end face. The freshly cut 
plane will then be nital etched for a macroscopic examination. 

Macroscopic examination (Fig. 1) of the nital-etched surface revealed that the spalled areas retained very little, if 
any, induction hardened case. The compressive loads originated the failures at the case/core interface and at the 
terminating junction of the surface hardened zone. Also, along the profile of the teeth that had not failed, the hardened 
case was as shallow as 0.020 in. 

Chemical analysis confirmed the material to be SAE 4147F1, as specified. 


Final Analysis 


The parts had met the material and initial heat treat hardening specifications. The mode of failure was tooth profile 
spalling. By definition, spalling originates at a case/core interface or at the juncture of a hardened/nonhardened area. 

The cause of this failure was either insufficient or no induction hardened case along the active profile. The cause was 
activated by a nonfunctioning induction hardening coil that did not or was not allowed to harden the midprofile of several 
teeth. The teeth had been induction hardened by the single-tooth method, wherein the adjacent profiles and included root, 
defined as a tooth space, are heated by a tooth space inductor traversing the length of the tooth. Continuous cooling and 
quench flow must be maintained very closely; any interruption will result in an improperly hardened pattern. Since the 
hardening pattern was uniform on most of the teeth, the problem appeal's to have been related to the flow of cooling 
water. When noticed by the operator, the condition was corrected; but the induction machine operator's error was failing 
to have the gears checked closely for a lack of a hardening pattern on those few teeth. Next in line was the nital etch 
procedure set up by the inspection department, which also failed to discover the condition. Though the problematic 
condition was overlooked during two other stages, the cause ultimately goes back to the heat treatment process. This 
failure was determined to be an isolated case and did not warrant a recall of all the gears in operation. 
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Fatigue Fracture of a Forged 4150 Steel Drive Axle in an Overhead Crane 


From: S.D. Antolovich and A. Saxena, Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 102-135 


Abstract: A stepped drive axle (hardened and tempered resulfurized 4150 steel forging) used in a high-speed electric overhead 
crane (rated at 6800 kg, or 7 tons, and handling about 220 lifts/day with each lift averaging 3625 to 5440 kg, or 4 to 6 tons) broke 
after 15 months of service. Visual examination of the fracture surface revealed three fracture regions. The primary fracture occurred 
approximately 50 mm (2 in.) from the driven end of the large-diameter keywayed section on the stepped axle and approximately 38 
mm (1 in.) from one end of the keyway where the crane wheel was keyed to the axle. Macroscopic, microscopic, and chemical 
examination revealed composition that was basically within the normal range for 4150 steel. This evidence supports the conclusion 
that cracking initiated at a location approximately opposite the keyway, and final fracture was due to mixed ductile and brittle 
fracture. Axial shift of the crane wheel during operation, because of insufficient interference fit, was the major cause of fatigue 
cracking. Recommendations included redesigned of the axel to increased the critical diameter from 140 to 150 mm (5.50 to 6 in.), 
and to add a narrow shoulder to keep the drive wheel from shifting during operation. 

Keywords: Axles; Cranes; Forgings; Torsional fatigue 


Material: 4150 (Chromium-molybdenum alloy steel), UNS G41500 


Failure type: Fatigue fracture 


A stepped drive axle used in a high-speed electric overhead crane broke after 15 months of service. The axle (Fig. la) was 

made from a hardened-and-tempered resulfurized 4150 steel forging. The overhead crane was rated at 6800 kg (72 tons) 
and handled about 220 lifts per day, each lift averaging 3625 to 5440 kg (4 to 6 tons). 




Fig. 1 4150 steel drive axle for an overhead-crane wheel that fractured from fatigue in service due to 
insufficient interference fit between the wheel and the axle, (a) Original design showing location of fracture, (b) 
Improved axle design that used a narrow shoulder at stress area to prevent shifting. Dimensions given in 
inches, (c) Fracture surface showing regions of bending fatigue (region A), combined bending and torsional 
fatigue (region B), and final fast fracture (region C) 

Investigation. Fracture occurred approximately 50 mm (2 in.) from the driven end of the large-diameter keywayed 

section on the stepped axle and approximately 38 mm (1 2in.) from one end of the keyway where the crane wheel was 
keyed to the axle (Fig. la). There were visual indications that the crane wheel had moved during operation to a position 








1 

approximately 12.5 mm (2 in.) farther away from the driven end of the axle. The interference fit between the wheel and 
the shaft was insufficient to prevent radial and axial movement during operation. The axial movement of the crane wheel 
allowed the torsional moment to be displaced toward the location of the maximum bending moment, increasing the total 
effective stress. The edges of the portion of the keyway in the broken axle were battered and misshapen (Fig. lc), 
apparently from repeated impact against the key during the latter stages of failure. 

Visual examination of the fracture surface revealed three fracture regions as shown in Fig. 1(c): a region of bending 
fatigue (at A); a region of combined bending and torsional fatigue (at B); and a region of final fast fracture (at C). The 
dark, convex bending-fatigue region accounted for less than 5% of the fracture surface. The greater part of the fracture 
surface, more than 80%, was the region of combined bending and torsional fatigue—the flat, relatively featureless area at 
B in Fig. 1(c) that covers the upper half of the fracture surface and looks progressively less smooth as it approaches the 
rough final-fracture region (at C) adjacent to the bending-fatigue region (at A). 

Beach marks in the bending-fatigue region indicated that cracking started at the surface approximately at the center of the 
bending-fatigue region. Cracking in the region of combined bending and torsional fatigue had multiple origins at the 
surface. Several of the origins can be seen immediately to the left of the bending-fatigue region (A) in Fig.(c). Final 
fracture was by mixed ductile and brittle fracture, as indicated by a chevron pattern that followed a generally elliptical 
contour in the final-fracture region (C). 

The hardness of the axle varied from 305 FIB near the surface to 277 HB at the center. This was within the specified 
hardness range of 269 to 331 FIB. 

Macroscopic and microscopic examination revealed indications of slight porosity near the center of the axle, but this had 
no causative relationship to the fracture. The microstructure was acicular tempered martensite with moderately numerous 
elongated manganese sulfide inclusions. 

The chemical composition was within the normal range for 4150 steel, except for manganese, which was slightly above 
the high limit for 4150 steel, and sulfur, which was intentionally added to improve machinability of the hardened and 
tempered material. 

Conclusion. Cracking initiated in bending fatigue at a location approximately opposite the keyway. This was followed 
by torsional-fatigue cracking from multiple origins and by final fracture due to mixed ductile and brittle fracture. 

Axial shift in position of the crane wheel during operation, because of insufficient interference fit, was the major cause of 
fatigue cracking. This shift significantly increased the bending stresses on the shaft. 

Corrective Measure. The axle was redesigned as shown in Fig. 1(b). The critical diameter was increased from 140 to 
150 mm (5.50 to 6 in.), and a narrow shoulder was added to keep the drive wheel from shifting during operation. 
Metallurgical changes were not considered necessary, because the metallurgical condition did not appear to be a factor in 
this failure. 

Related Information 


Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 



Failure in Stainless Steel Welds Joining Low-Carbon Steel Handles to Type 502 
Stainless Steel Covers Because of Martensite Zone in the Welds 


From: A.G. Glover, D. Hauser, and E.A. Metzbower, Failures of Weldments, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 1986, p 411-449 


Abstract: Handles welded to the top cover plate of a chemical-plant downcomer broke at the welds when the handles were used to 
lift the cover. The handles were fabricated of low-carbon steel rod; the cover was of type 502 stainless steel plate. The attachment 
welds were made with type 347 stainless steel filler metal to form a fillet between the handle and the cover. The structure was found 
to contain a zone of brittle martensite in the portion of the weld adjacent to the low-carbon steel handle; fracture had occurred in 
this zone. The brittle martensite layer in the weld was the result of using too large a welding rod and too much heat input, melting of 
the low-carbon steel handle, which diluted the austenitic stainless steel filler metal and formed martensitic steel in the weld zone. 
Because it was impractical to preheat and postheat the type 502 stainless steel cover plate, the low-carbon steel handle was welded 
to low-carbon steel plate, using low-carbon steel electrodes. This plate was then welded to the type 502 stainless steel plate with 
type 310 stainless steel electrodes. This design produced a large weld section over which the load was distributed. 

Keywords: Chemical processing equipment; Filler metal; Welding parameters 


Material: 502 (Chromium-molybdenum alloy steel), UNS S50200 
Failure type: Joining-related failures 


Handles welded to the top cover plate of a chemical-plant downcomer broke at the welds when the handles were used to 

3 

lift the cover. The handles were fabricated of 19-mm (4-in.) diam low-carbon steel rod; the cover was of type 502 
stainless steel [0.10% C (max), 5% Cr, 0.5% Mo] plate. The attachment welds were made with type 347 stainless steel 
filler metal to form a fillet between the handle and the cover. 

Investigation. A metallographic specimen was prepared to show a cross section through the handle, the fillet weld, 
and the cover. The structure was found to contain a zone of brittle martensite in the portion of the weld adjacent to the 
low-carbon steel handle; fracture had occurred in this zone. 

Sufficient heat had been generated during welding to fuse an excessive amount of the carbon steel and thereby dilute the 
weld deposit locally to create a layer of low-alloy steel between the handle and the weld metal. This low-alloy zone had 
sufficient hardenability to form martensite when mass quenched by heat transfer to the cover. 

Conclusions. Failure was due to brittle fracture. A brittle martensite layer in the weld was the result of using too large a 
welding rod and too much heat input. The high heat input resulted in excessive melting of the low-carbon steel handle, 
which diluted the austenitic stainless steel filler metal and formed martensitic steel in a local zone in the weld. 

Corrective Measures. Because it was impractical to preheat and postheat the type 502 stainless steel cover plate, the 
3 1 

19-mm (4-in.) diam low-carbon steel handle was welded to a 13- x 100- x 150-mm (2- x 4- x 6-in.) low-carbon steel 
plate, using low-carbon steel electrodes. This plate was then welded to the type 502 stainless steel plate with type 310 
stainless steel electrodes. This design produced a large weld section over which the load was distributed. 

Related Information 

Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156— 
191 



Fracture Mechanics Analysis of Fatigue Failures in Crankshafts With Drilled 
Holes and Surface Compression 

From: S.D. Antolovich and A. Saxena, Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 102-135 


Abstract: Several crankshaft failures occurred in equipment that was being used in logging operations in subzero temperatures. 
Failure usually initiated at a cracked pin oil hole, and the failure origin was approximately 7.6 mm (0.3 in.) from the shaft surface. 
The holes were produced by gun drilling, giving rise to surface defects. The fracture surface was characteristic of fatigue in that it 
was flat, relatively shiny, and exhibited beach marks. The crack surface was at a 45 degree angle to the axis of the shaft, indicating 
dominant tensile stresses. The material was the French designation AFNOR 38CD4 (similar to AISI type 4140FI) and was in the 
quenched-and-tempered condition, with a yield strength of about 760 MPa (110 ksi). It was treated to have compressive surface 
stresses, and the prior-austenite grain size was ASTM 8. Analysis (visual inspection, stress analyses, and macrographs) supported 
the conclusion that failure was caused by fatigue stress caused by surface defects in the oil holes. Recommendation includes drilling 
the oil holes by a technique that essentially eliminates surface defects. 

Keywords: Crankshafts; Gun drilling; Surface defects 


Material: AFNOR 38CD4 (Chromium-molybdenum alloy steel) 
Failure types: Metalworking-related failures; Fatigue fracture 


Several crankshaft failures occurred in equipment that was being used in logging operations in subzero temperatures. 
Failure usually initiated at a cracked pin oil hole, and the failure origin was approximately 7.6 mm (0.3 in.) from the shaft 
surface. The holes were produced by gun drilling, giving rise to surface defects. The fracture surface was characteristic of 
fatigue in that it was flat, relatively shiny, and exhibited beach marks. The crack surface was at 45° to the axis of the 
shaft, indicating dominant tensile stresses. Possible causes of failure included: 

• Poor-quality material with low fracture and fatigue resistance 

• Poor machining, which initiates cracks that propagate to failure by a fatigue mechanism in service 

• Excessive stresses associated with abusive use or failure of other components in the system to operate according 
to design 

The material was the French designation AFNOR 38CD4 (similar to AISI type 4140FI) and was in the quenched-and- 
tempered condition, with a yield strength of about 760 MPa (110 ksi). It was treated to have compressive surface stresses, 
and the prior-austenite grain size was ASTM 8. The investigation sought to analyze the failure, provide an estimate of 
operative stresses, and suggest ways to avoid such failures in the future. 

Investigation. Although the location of the origin would normally be at the surface, because the stresses are at a 
maximum there, the fact that the origin was approximately 7.6 mm (0.3 in.) below the main surface was indicative of 
compressive stresses on the surface. These stresses are caused by heat treatment and are clearly beneficial. 

The picture that develops is that the tensile stress due to torsional loading decreases linearly from a maximum at the 
surface to zero at the center. The residual surface compression associated with heat treatment is large but decreases rather 
rapidly. The net stress represents a balance between these two competing factors and is shown schematically in Fig. 1. To 
be consistent with observation, the maximum occurs in the vicinity of 7.6 mm (0.3 in.) below the surface. At the point of 
initiation, the stress was amplified by the oil hole. It is a maximum at the oil hole surface and decreases on a plane normal 
to the hole, as shown schematically in Fig. 2. The crack surface is shown in Fig. 3. It can be seen that the crack size at the 
point of final failure was large compared to the size of the oil hole. In addition, it can be seen from the beach marks that 
the crack had an elliptical shape. These observations were useful in estimating the size of the remote stress field 7.6 mm 
(0.3 in.) from the main surface. 



(Compression) Stress (Tension 



Shaft surface 

Fig. 1 Schematic stress distribution showing a maximum stress at 7.6 mm (0.3 in.) from the shaft surface. 



Fig. 2 Schematic stress distribution on plane normal to the oil hole 7.6 mm (0.3 in.) from the shaft surface. 



Fig. 3 Macrograph of fractured shaft. Note the elliptical shape of the propagating fatigue crack. The scale 
markings are 0.1 in. 

Fracture Mechanics Approach. In principle, the stresses can be computed by measuring the final crack size and 
shape and noting that at fracture the stress intensity parameter is equal to the plane-strain fracture toughness K Ic . The 
problem was that the oil holes from which the crack did not originate interfered with the solutions for the stress intensity 
parameter. This approach therefore had an element of uncertainty associated with it. and another approach was used. 

It can be seen quite clearly in Fig. 3 that the crack had an original elliptical shape at the point of origin. The situation is 
shown schematically in Fig. 4; it was extremely well defined in terms of geometry and stress, and was thus amenable to 
analysis. Defects around the surface of the oil hole were observed whose size was of the order of 0.076 mm (0.003 in.). 
For puiposes of analysis, these defects were considered to be elliptical starter cracks. For the cracks to propagate, the 
stress intensity must exceed the threshold stress intensity for fatigue (Ref 1): 
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where A * is the threshold stress intensity for fatigue; o is remote stress; cp 0 is an elliptic integral; p is a position locator 
(Fig. 4); a and b are the semi-minor and semi-major axes, respectively; s = a/R + a , where R is hole radius; and F Js) is a 
correction factor to account for the stress-concentrating effect of the oil hole (Ref 2). The geometry and correction factors 


are defined in Fig. 5. In this case, X - -1, because torsional loading is equivalent to biaxial tension and compression (Ref 
3). Also, because p = jt/2, Eq 1 reduces to: 
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From measurement: 


5 = 0.024 


From this: 


F x ( 0.024) = 2(3.3) - 2.2 = 4.4 


To a very good approximation, the elliptic integral is: 
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The aspect ratio of the elliptical crack was measured as a function of crack depth a. The results are shown in Fig. 6. The 
appropriate equation is: 



Ola + 0.82 


where a is in millimeters. For a crack depth of 0.08 mm (0.003 in.): 

= 0.81 
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Using the computed and measured quantities, A * can be expressed in terms of stress: 


A * = 0.27a (for a = 0.08 mm) 


The threshold stress intensity for type 4140 at the 690-MPa (100-ksi) yield level is to a good approximation, of the order 

of 6.6 MPaV (6 ksiV 114.). Thus, the computed stress is about 154 MPa (22 ksi). It should be noted that this 
represents the minimum stress necessary for cracks to propagate. The stresses could be higher but certainly not lower. 



Also, this calculation does not distinguish between any residual stresses that might be associated with machining the hole 
and loading stresses. The one certain fact is that there is a net stress of at least 154 MPa (22 ksi). 

Oil hole surface 



Fig. 4 Schematic of elliptical cracks in the origin region. 
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Fig. 5 Correction factor for cracks emanating from a hole subjected to biaxial stress. Source: Ref 2 
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Fig. 6 Aspect ratio as a function of crack depth. 

It is of interest to inquire as to the effects of improving the machining operation. For example, assume that the defect zone 
size is halved. In this case, the following quantities apply: 


a = 0.038 mm 

? = 0.82 
b 

<t> 0 = 1.75 
F x (j) = 4.48 


Using these values and substituting into Eq 2 gives: 


K * = 0.193a (for a = 0.038 mm) 


In this case the minimum stress for crack propagation would be 214 MPa (31 ksi). 

Finally, an upper-bound calculation can be made. The object here is to compute the crack size that would not propagate 
even if the stress were just below yield. It is recognized that the stresses will not be this high. However, if it is feasible to 
machine the critical oil hole so that the defects are smaller than those that will propagate at this stress, then such an 
operation is clearly indicated, because any fatigue crack propagation problem could certainly be eliminated. In this case, 
the following values apply: 



a = 760 MPa (110 ksi) 


- = 0.82 
b 

<t> 0 = 175 
F k (s) = 4.48 

a = _L/**Y 

1.21 irl <jF k (s)J 

= 3 x 10 ' mm (for <r = 760 MPa> 


Any machining operation that would reduce the defect size to below approximately 0.025 mm (0.001 in.) would eliminate 
any fatigue problem at the oil holes. 

Conclusions. The stress 7.6 mm (0.3 in.) from the surface was at least 154 MPa (22 ksi). This included any stresses 
that could be present as a result of machining. For the most severe conditions that can be envisioned, improving the 
machining operation such that machining-related defects were reduced to 0.025 mm (0.001 in.) would eliminate the 
problem of fatigue crack propagation from the oil holes. 

Corrective Measures. The oil holes were drilled by a technique that essentially eliminated surface defects. No further 
field failures were encountered. 
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Hydrogen Embrittlement of P-110 Couplings for Mating 180 mm (7 in.) Casing 
in Oilfield Production 

Clifford W. Peterson, Exxon Production Research Company; James Day, Exxon Company 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Several tin plated, low-alloy steel couplings designed to connect sections of 180 mm (7 in.) diam casing for application in 
a gas well fractured under normal operating conditions. The couplings were purchased to American Petroleum Institute (API) 
specifications for P-110 material. Chemical analysis and mechanical testing of the failed couplings showed that they had been 
manufactured to the API specification for Q-125, more stringent specification than P-110, and met all requirements of the 
application. Fractographic examination showed that the point of initiation was an embrittled region approximately 25 mm (1 in.) 
from the end of the coupling. The source of the embrittlement was determined to be hydrogen charging during tin plating. Changes 
in the plating process were recommended. 

Keywords: Casing (material); Gas wells; Petroleum engineering; Pipe fittings 


Material: API 5C P-110 (Chromium-molybdenum alloy steel); API 5C Q-125 (Chromium-molybdenum alloy steel) 


Failure types: Brittle fracture; Surface treatment related failures; Hydrogen damage and embrittlement 


Background 

Several couplings, purchased to American Petroleum Institute (API) specifications for P-110 material, were designed to 
connect sections of 180 mm (7 in.) diam casing for use in a gas well, but fractured under normal operating conditions. 

Applications 

In the oil and gas production process, wells are drilled through many layers of sediment. To prevent these sediment layers 
from collapsing and falling into the well, and to prevent fields from entering or leaving the wehbore in an uncontrolled 
manner, pipe (casing) is lowered into the hole and cemented in place. This protects a segment of hole before drilling 
ahead. Each section of casing is about 12 m (40 ft) long, and they are joined by threaded couplings (Fig. 1). 





Fig. 1 180 mm (7 in.) diam coupling for P-110 casing material 

Circumstances leading to failure 

A 4510 m (14,800 ft) string of 180 mm (7 in.) P-110 casing was run into a well. Its purchase complied with standard 
company and API specifications. The string had just been cemented in place when bubbles and a slight change in fluid 
level were detected. Two split couplings (Fig. 2) were discovered when the casing was removed from the hole. 




Fig. 2 Split coupling still on casing. 

Pertinent specifications 

The casing and couplings were purchased to API specification 5C for P-110 and plated to a company-prepared 
specification that had been thoroughly proven in the field. A check with the manufacturer revealed that the casing was 
actually manufactured to the API specification for Q-125 materials, which is more stringent than that for P-110, but has 
substantial overlap in terms of mechanical properties. 

Performance of other parts in same or similar service 

These materials and their design are industry standards and have been used in the same service thousands of times. In the 
4510 m (14,800 ft) string, there were approximately 370 similar couplings, only two of which failed. There was nothing 
new or unusual about either the order or the application. 

Visual Examination of General Physical Features 

The couplings that failed in the field were visually examined and photographed in the as-received condition (Fig. 2). The 
following observations were made: 

• The failures were axial splits and appeared to be the only cracks in the couplings. 

• There was some discoloration of the surfaces, but there was no extensive rust buildup. 

• There were no obvious regions of ductile necking associated with the cracks. 

There was no evidence that the failures initiated from any topical defects, nor was there any apparent corrosion or 
mechanical damage. 


Testing Procedures and Results 


Surface examination 

Visual. Prior to sectioning the samples, the entire OD surface of each coupling was visually scanned by the unaided eye. 
Along the crack region, a microscope was used to search for possible initiation sites. No evidence of abnormalities was 
found. 

Macrofractography. The samples were cut to expose the fracture surfaces. On the basis of visual examination, it 
immediately became apparent that the fractures initiated on the OD of the couplings at a location approximately 25 mm (1 
in.) from the end of the couplings. The cracks first propagated through the wall of the coupling, and then the coupling 
proceeded to tear the rest of the way. Figure 3 shows one of the initiation sites prior to cleaning; Fig. 4 shows the surface 
after cleaning. 



Fig. 3 Fracture initiation site on OD of casing. Corrosion products give false impression of fatigue. 



Fig. 4 Fracture initiation site on cleaned surface. 15x. 


Scanning Electron Microscopy/Fractography. Photographs of the fracture surface are shown in Fig. 5, 6. 7. 
Figure 5, in particular, shows the individual grains composing the steel and the intergranular attack. That fracture surface 
contrasts with the fracture surfaces in Fig. 6 and 7, which are located approximately midwall and near the ID, 
respectively. The fracture mode changes from intergranular with no evidence of ductility to regions of ductile tearing. 
Based on this information, it was concluded that the failures initiated on the OD of the couplings in a very localized 
region. 



Fig. 5 SEM micrograph of intergranular attack at initiation site. 445x. 



Fig. 6 Fracture surface near midwall. 445x 




Fig. 7 Region of ductile failure near ID. 445x. 

Metallography 

Microstructural Analysis. Microstructures of the failed samples (Fig. 8 and 9) and of an unfailed coupling were 
examined. As can be seen, the microstructures are essentially identical and are normal for quenched and tempered 
material. The grain size is small, and no unusual precipitates arc present. Therefore, improper heat treatment and a poor 
microstructure were eliminated as possible causes of the failure. 





Fig. 8 Microstructure of "representative" P-110 tempered martensite. 324x 




Fig. 9 Microstructure of split No. 1. 356x 


Chemical analysis/identification 


Material. Portions of the couplings were subjected to chemical analysis to ensure that the material met API 
specifications. The material was purchased to P-110 criteria, but was manufactured to meet Q-125 requirements, which 
are more comprehensive. Table 1 shows the requirements for both P-110 and Q-125, as well as the actual chemistry of the 
failed samples, and indicates that the chemistry of the failed couplings met the API specification. 



Table 1 Results of chemical analysis 


Material Composition, % 



C 

Mn 

Mo 

Cr 

Ni 

Cu 

P 

Si 

S 



API specifications 








P-110 







0.040 (max) 


0.060 (max) 

Q-125 

0.5 (max) 

1.9 (max) 

No limit 

No limit 

0.99 (max) 


0.30 (max) 


0.02 (max) 

Measured values 

Split No. 1 

0.26 

0.52 

0.37 

0.89 

0.07 

0.07 

0.008 

0.24 

0.006 

Split No. 2 

0.25 

0.54 

0.37 

0.9 

0.06 

0.06 

0.008 

0.24 

0.006 


Mechanical properties 

Hardness measurements were taken using an HV100 indenter in order to evaluate the bulk material properties. The 
results showed an average hardness of 344 HV100, which correlates to a tensile strength of approximately 1075 MPa (156 
ksi). Several microhardness measurements were also made on samples taken near the region where the cracks initiated to 
determine whether local hard spots might have caused crack initiation. The average of 12 readings was 361 HV100, 
which corresponds to 1130 MPa (164 ksi). Although there appears to be a slight increase in hardness, the level of increase 
would not appear to qualify as a “hard spot.” 

Tensile Properties. Tensile tests were performed on each failed coupling. Table 2 presents the results of those tests, 
along with the API specifications for P-110 and Q-125. The data show that the material met all the mechanical property 
requirements for P-110 and Q-125. 

Table 2 Mechanical properties 


Charpy impact toughness at room temperature 


Material Yield strength Ultimate strength Longitudinal Transverse 


MPa ksi MPa ksi J ft • lbf J ft ■ lbf 


API specifications 


P-110 760-965 110-140 860 (min) 125(min) 


Q-125 860-1035 125-150 930 (min) 135 (min) . 27 (min) 20 (min) 


Measured values 

















Split No. 1 

890 

129 

1075 

156 

41 

30 

28 

21 

Split No. 2 

925 

134 

1055 

153 

39 

29 

27 

20 


Impact Toughness. Charpy impact testing was also carried out on the couplings to determine whether the material 
was too brittle. The results (Table 2) show that the material met or exceeded the API specifications. 

Stress analysis 

Experimental. Because of the fracture direction, there was speculation that the failure was caused by overstressing in 
the hoop direction that was due to overtorquing during connection makeup. Additional testing was carried out to 
determine whether such a failure could occur. Couplings were torqued on pipe to levels that far exceeded design levels, 
without any failures. 

Discussion 

Fractographic examination clearly showed that the point of initiation in both failed couplings was approximately 25 mm 
(1 in.) from the end of the coupling and that the initiation was caused by brittle fracture. The causes of such localized 
embrittlement became the focus of the investigation. Three mechanisms were possible: stress-corrosion cracking (SCC), 
liquid metal embrittlement (LME), and hydrogen embrittlement. 

Stress-corrosion cracking failures are caused by the combined action of the environment and stress. Chlorides, a common 
cause of SCC in materials and a common substance in the wellbore, usually result in transgranular attack in steel. The 
“rock candy” fracture appearance seen in the failed samples would be more indicative of a caustic attack. Because the 
material has been used successfully for many years in this environment and because there were no known abnormal 
stresses or aggressive environments, this mechanism was ruled out. 

Liquid metal embrittlement is caused by penetration of a liquid metal into the base metal, usually at the grain boundary. 
Penetration of steel by molten tin, which was plated onto the coupling, is an example of LME. Because LME is an 
unusual form of attack in oilfield service (tin plating has been used for years in such service) and because there was no 
evidence of tin associated with the crack, LME was also eliminated as the probable cause of failure. 

Flydrogen embrittlement is caused by the penetration of nascent (atomic) hydrogen into the structure of the steel. 
Flydrogen-embrittled steels show fracture surfaces of both the transgranular and intergranular types. This is a common 
failure mechanism in highly stressed materials in the cooler portions of a well. 

Based on the evaluation, none of the mechanisms seemed to corroborate brittle failure induced by the operating 
environment. It turned out that the fact the couplings failed in the well was a “red herring.” As indicated previously, this 
material and coupling design represent an industry standard and should not have failed in service. Therefore, it became 
necessary to scrutinize the manufacturing process. 

One variation from other orders was that the plating had been done by a company that was new to the plating business. 
One possible source of hydrogen is electroplating. The investigation therefore shifted from metallurgical deficiency to 
process deficiency. 

During a tour of the plating facility, four small, blackened spots on the OD of couplings that were the same diameter (180 
mm, or 7 in.) as the failed couplings were observed. Subsequent discussion revealed that for small OD couplings, the 
plater used a special four-fingered arm to pass the plating current. This device was not needed for larger OD couplings, 
and the current was passed through the ends of the couplings. Examination of the spots revealed that two of the four spots 
were from 25 to 38 mm (1 to 1.5 in.) from the end of the coupling, which represented the same distance as the initiation 
sites on the failed couplings. These spots were not apparent on the failed couplings, which were painted on their OD. 

Conclusion and Recommendations 

Most probable cause 

The cause of the failures was attributed to hydrogen generation during the plating process. Initiation occurred in an area 
of highest stress. 


Remedial action 




Records were reviewed to determine which couplings had been plated in the manner described above, and those couplings 
were retrieved where possible. Several other cracked couplings were discovered on the storage rack, further verifying the 
hypothesis of embrittlement during the plating process rather than environmental cracking. 

How failure could have been prevented 

The plater, in recognition of the problem, redesigned his system to eliminate passing the current through the ID or OD 
wall. From a purchasing view-point, the plating specification should include a requirement that prohibits hydrogen 
generation in the plating bath and that perhaps even requires hydrogen monitors on the baths. To further minimize the 
probability of such a failure, the plating thickness specified should be limited to the minimum necessary (to reduce 
exposure time). If hydrogen charging is suspected, then all suspect couplings should be heat-soaked for at least 1 h at 200 
°C (392 °F) to drive off the hydrogen. 

Related Information 

Flydrogen Damage and Embrittlement, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 809-822 
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Abstract: Several tin plated, low-alloy steel couplings designed to connect sections of 180 mm (7 in.) diam casing for application in 
a gas well fractured under normal operating conditions. The couplings were purchased to American Petroleum Institute (API) 
specifications for P-110 material. Chemical analysis and mechanical testing of the failed couplings showed that they had been 
manufactured to the API specification for Q-125, more stringent specification than P-110, and met all requirements of the 
application. Fractographic examination showed that the point of initiation was an embrittled region approximately 25 mm (1 in.) 
from the end of the coupling. The source of the embrittlement was determined to be hydrogen charging during tin plating. Changes 
in the plating process were recommended. 
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Material: API 5C P-110 (Chromium-molybdenum alloy steel); API 5C Q-125 (Chromium-molybdenum alloy steel) 


Failure types: Brittle fracture; Surface treatment related failures; Hydrogen damage and embrittlement 


Background 

Several couplings, purchased to American Petroleum Institute (API) specifications for P-110 material, were designed to 
connect sections of 180 mm (7 in.) diam casing for use in a gas well, but fractured under normal operating conditions. 

Applications 

In the oil and gas production process, wells are drilled through many layers of sediment. To prevent these sediment layers 
from collapsing and falling into the well, and to prevent fields from entering or leaving the wehbore in an uncontrolled 
manner, pipe (casing) is lowered into the hole and cemented in place. This protects a segment of hole before drilling 
ahead. Each section of casing is about 12 m (40 ft) long, and they are joined by threaded couplings (Fig. 1). 




Fig. 1 180 mm (7 in.) diam coupling for P-110 casing material 

Circumstances leading to failure 

A 4510 m (14,800 ft) string of 180 mm (7 in.) P-110 casing was run into a well. Its purchase complied with standard 
company and API specifications. The string had just been cemented in place when bubbles and a slight change in fluid 
level were detected. Two split couplings (Fig. 2) were discovered when the casing was removed from the hole. 




Fig. 2 Split coupling still on casing. 

Pertinent specifications 

The casing and couplings were purchased to API specification 5C for P-110 and plated to a company-prepared 
specification that had been thoroughly proven in the field. A check with the manufacturer revealed that the casing was 
actually manufactured to the API specification for Q-125 materials, which is more stringent than that for P-110, but has 
substantial overlap in terms of mechanical properties. 

Performance of other parts in same or similar service 

These materials and their design are industry standards and have been used in the same service thousands of times. In the 
4510 m (14,800 ft) string, there were approximately 370 similar couplings, only two of which failed. There was nothing 
new or unusual about either the order or the application. 

Visual Examination of General Physical Features 

The couplings that failed in the field were visually examined and photographed in the as-received condition (Fig. 2). The 
following observations were made: 

• The failures were axial splits and appeared to be the only cracks in the couplings. 

• There was some discoloration of the surfaces, but there was no extensive rust buildup. 

• There were no obvious regions of ductile necking associated with the cracks. 

There was no evidence that the failures initiated from any topical defects, nor was there any apparent corrosion or 
mechanical damage. 


Testing Procedures and Results 


Surface examination 

Visual. Prior to sectioning the samples, the entire OD surface of each coupling was visually scanned by the unaided eye. 
Along the crack region, a microscope was used to search for possible initiation sites. No evidence of abnormalities was 
found. 

Macrofractography. The samples were cut to expose the fracture surfaces. On the basis of visual examination, it 
immediately became apparent that the fractures initiated on the OD of the couplings at a location approximately 25 mm (1 
in.) from the end of the couplings. The cracks first propagated through the wall of the coupling, and then the coupling 
proceeded to tear the rest of the way. Figure 3 shows one of the initiation sites prior to cleaning; Fig. 4 shows the surface 
after cleaning. 



Fig. 3 Fracture initiation site on OD of casing. Corrosion products give false impression of fatigue. 



Fig. 4 Fracture initiation site on cleaned surface. 15x. 


Scanning Electron Microscopy/Fractography. Photographs of the fracture surface are shown in Fig. 5, 6. 7. 
Figure 5, in particular, shows the individual grains composing the steel and the intergranular attack. That fracture surface 
contrasts with the fracture surfaces in Fig. 6 and 7, which are located approximately midwall and near the ID, 
respectively. The fracture mode changes from intergranular with no evidence of ductility to regions of ductile tearing. 
Based on this information, it was concluded that the failures initiated on the OD of the couplings in a very localized 
region. 



Fig. 5 SEM micrograph of intergranular attack at initiation site. 445x. 



Fig. 6 Fracture surface near midwall. 445x 




Fig. 7 Region of ductile failure near ID. 445x. 

Metallography 

Microstructural Analysis. Microstructures of the failed samples (Fig. 8 and 9) and of an unfailed coupling were 
examined. As can be seen, the microstructures are essentially identical and are normal for quenched and tempered 
material. The grain size is small, and no unusual precipitates arc present. Therefore, improper heat treatment and a poor 
microstructure were eliminated as possible causes of the failure. 





Fig. 8 Microstructure of "representative" P-110 tempered martensite. 324x 




Fig. 9 Microstructure of split No. 1. 356x 


Chemical analysis/identification 


Material. Portions of the couplings were subjected to chemical analysis to ensure that the material met API 
specifications. The material was purchased to P-110 criteria, but was manufactured to meet Q-125 requirements, which 
are more comprehensive. Table 1 shows the requirements for both P-110 and Q-125, as well as the actual chemistry of the 
failed samples, and indicates that the chemistry of the failed couplings met the API specification. 



Table 1 Results of chemical analysis 


Material Composition, % 



C 

Mn 

Mo 

Cr 

Ni 

Cu 

P 

Si 

S 



API specifications 








P-110 







0.040 (max) 


0.060 (max) 

Q-125 

0.5 (max) 

1.9 (max) 

No limit 

No limit 

0.99 (max) 


0.30 (max) 


0.02 (max) 

Measured values 

Split No. 1 

0.26 

0.52 

0.37 

0.89 

0.07 

0.07 

0.008 

0.24 

0.006 

Split No. 2 

0.25 

0.54 

0.37 

0.9 

0.06 

0.06 

0.008 

0.24 

0.006 


Mechanical properties 

Hardness measurements were taken using an HV100 indenter in order to evaluate the bulk material properties. The 
results showed an average hardness of 344 HV100, which correlates to a tensile strength of approximately 1075 MPa (156 
ksi). Several microhardness measurements were also made on samples taken near the region where the cracks initiated to 
determine whether local hard spots might have caused crack initiation. The average of 12 readings was 361 HV100, 
which corresponds to 1130 MPa (164 ksi). Although there appears to be a slight increase in hardness, the level of increase 
would not appear to qualify as a “hard spot.” 

Tensile Properties. Tensile tests were performed on each failed coupling. Table 2 presents the results of those tests, 
along with the API specifications for P-110 and Q-125. The data show that the material met all the mechanical property 
requirements for P-110 and Q-125. 

Table 2 Mechanical properties 


Charpy impact toughness at room temperature 


Material Yield strength Ultimate strength Longitudinal Transverse 


MPa ksi MPa ksi J ft • lbf J ft ■ lbf 


API specifications 


P-110 760-965 110-140 860 (min) 125(min) 


Q-125 860-1035 125-150 930 (min) 135 (min) . 27 (min) 20 (min) 


Measured values 

















Split No. 1 

890 

129 

1075 

156 

41 

30 

28 

21 

Split No. 2 

925 

134 

1055 

153 

39 

29 

27 

20 


Impact Toughness. Charpy impact testing was also carried out on the couplings to determine whether the material 
was too brittle. The results (Table 2) show that the material met or exceeded the API specifications. 

Stress analysis 

Experimental. Because of the fracture direction, there was speculation that the failure was caused by overstressing in 
the hoop direction that was due to overtorquing during connection makeup. Additional testing was carried out to 
determine whether such a failure could occur. Couplings were torqued on pipe to levels that far exceeded design levels, 
without any failures. 

Discussion 

Fractographic examination clearly showed that the point of initiation in both failed couplings was approximately 25 mm 
(1 in.) from the end of the coupling and that the initiation was caused by brittle fracture. The causes of such localized 
embrittlement became the focus of the investigation. Three mechanisms were possible: stress-corrosion cracking (SCC), 
liquid metal embrittlement (LME), and hydrogen embrittlement. 

Stress-corrosion cracking failures are caused by the combined action of the environment and stress. Chlorides, a common 
cause of SCC in materials and a common substance in the wellbore, usually result in transgranular attack in steel. The 
“rock candy” fracture appearance seen in the failed samples would be more indicative of a caustic attack. Because the 
material has been used successfully for many years in this environment and because there were no known abnormal 
stresses or aggressive environments, this mechanism was ruled out. 

Liquid metal embrittlement is caused by penetration of a liquid metal into the base metal, usually at the grain boundary. 
Penetration of steel by molten tin, which was plated onto the coupling, is an example of LME. Because LME is an 
unusual form of attack in oilfield service (tin plating has been used for years in such service) and because there was no 
evidence of tin associated with the crack, LME was also eliminated as the probable cause of failure. 

Flydrogen embrittlement is caused by the penetration of nascent (atomic) hydrogen into the structure of the steel. 
Flydrogen-embrittled steels show fracture surfaces of both the transgranular and intergranular types. This is a common 
failure mechanism in highly stressed materials in the cooler portions of a well. 

Based on the evaluation, none of the mechanisms seemed to corroborate brittle failure induced by the operating 
environment. It turned out that the fact the couplings failed in the well was a “red herring.” As indicated previously, this 
material and coupling design represent an industry standard and should not have failed in service. Therefore, it became 
necessary to scrutinize the manufacturing process. 

One variation from other orders was that the plating had been done by a company that was new to the plating business. 
One possible source of hydrogen is electroplating. The investigation therefore shifted from metallurgical deficiency to 
process deficiency. 

During a tour of the plating facility, four small, blackened spots on the OD of couplings that were the same diameter (180 
mm, or 7 in.) as the failed couplings were observed. Subsequent discussion revealed that for small OD couplings, the 
plater used a special four-fingered arm to pass the plating current. This device was not needed for larger OD couplings, 
and the current was passed through the ends of the couplings. Examination of the spots revealed that two of the four spots 
were from 25 to 38 mm (1 to 1.5 in.) from the end of the coupling, which represented the same distance as the initiation 
sites on the failed couplings. These spots were not apparent on the failed couplings, which were painted on their OD. 

Conclusion and Recommendations 

Most probable cause 

The cause of the failures was attributed to hydrogen generation during the plating process. Initiation occurred in an area 
of highest stress. 


Remedial action 




Records were reviewed to determine which couplings had been plated in the manner described above, and those couplings 
were retrieved where possible. Several other cracked couplings were discovered on the storage rack, further verifying the 
hypothesis of embrittlement during the plating process rather than environmental cracking. 

How failure could have been prevented 

The plater, in recognition of the problem, redesigned his system to eliminate passing the current through the ID or OD 
wall. From a purchasing view-point, the plating specification should include a requirement that prohibits hydrogen 
generation in the plating bath and that perhaps even requires hydrogen monitors on the baths. To further minimize the 
probability of such a failure, the plating thickness specified should be limited to the minimum necessary (to reduce 
exposure time). If hydrogen charging is suspected, then all suspect couplings should be heat-soaked for at least 1 h at 200 
°C (392 °F) to drive off the hydrogen. 

Related Information 

Flydrogen Damage and Embrittlement, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 809-822 


Failure of a Tied Universal Expansion Joint 

Ralph D. Bowman, Consulting Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A tie rod, nut, and bellows from a failed 610 mm (24 in.) diam tied universal expansion joint that carried tail gases 
consisting of N2 + 02 with slight traces of nitrogen oxides and water were examined. The materials were SA 193-B7 (AISI 4140), 
SA 194-214, and Incoloy 800H, respectively. Visual examination of the bellows revealed cracks in heavily cold-worked areas (both 
inside and outside) and considerable corrosion. SEM analysis showed a classical intergranular failure pattern with microcracking. The 
threaded tie rod microstructure contained spheroidized carbide that was more pronounced at the tie rod end of the failure. Energy- 
dispersive X-ray analysis of fracture surfaces from the bellows showed the presence of chlorine and sulfur. Failure of the bellows was 
attributed to stress-corrosion cracking, with chlorine and sulfur being the corroding agents. The rod damage was the result of failure 
of the bellows, which allowed escaping hot gases to impinge on the tie rods and heat them to approximately 595 deg C (1100 deg 
F). It was recommended that the insulation be analyzed to determine the origin of the chlorine and sulfur and that it be replaced if 
necessary. 

Keywords: Bellows, corrosion; Chemical processing equipment, corrosion; Hot gas corrosion 


Materials: ASME SA193-B7 (Chromium-molybdenum alloy steel), UNS G41400; ASME SA194-214 (Chromium-molybdenum alloy 
steel), UNS G41400; 4140 (Chromium-molybdenum alloy steel), UNS G41400; Incoloy 800FI (Iron-base superalloy), UNS N08810 


Failure types: Fligh-temperature corrosion and oxidation; Stress-corrosion cracking 


Background 

A tied universal expansion joint failed. 

Applications 

The 610 mm (24 in.) diam expansion joint carried tail gases consisting of N 2 + 0 2 with slight traces of nitrogen oxides 
and water. Approximately 4300 kmol/h (9300 lb . mol/h) of gases were conveyed at 965 kPa (140 psig) and 635 °C (1176 
°F). 

Specimen selection 

Three different components of the joint were submitted for investigation. Each of the components—tie rod, nut, and 
bellows—underwent chemical analysis. A good portion of the bar was selected for tensile testing. Portions of the cracked 



bellows were taken for examination and analysis by scanning electron microscopy (SEM) and energy-dispersive X-ray 
analysis (EDXA). 

Testing Procedure and Results 

Surface examination 



Visual examination of the bellows revealed cracks in apparently heavily cold-worked areas. The twin bands on this 
section suggested the presence of cracks. Cracking was found on both the inside and outside of the convoluted section of 
the bellows. This section also exhibited considerable corrosion. 

Scanning Electron Microscopy/Fractography. Because stress corrosion was suspected, paid of the failed 
fracture surface was submitted for examination by SEM. A classical intergranular failure pattern with microcracking was 
revealed, confirming stress-corrosion cracking (SCC) as the failure mechanism (Fig. 1). 






Fig. 1 SEM fractograph of the fractured face of the bellows, showing grain facets and secondary microcracks. 
150x. 

Metallography 

Microstructural Analysis. Examination of a cross section from the threaded tie rod revealed a microstructure 
exhibiting characteristics of spheroidized carbide (Fig. 2). The tie rod end of the failure appeared to be more completely 
spheroidized, indicating that it had been at temperatures of approximately 595 °C (1100 °F) during operation. Inspection 
of a cross section of the bellows provided more evidence of SCC—characteristic multiple intergranular, branching cracks. 






Fig. 2 Microstructure of the tie rod. Tempered martensite with spheroidized carbide. 250x. 

Chemical analysis/identification 

Material. Chemical analysis was conducted on each component of the joint. The compositions are given in Table 1. 

Table 1 Chemical analysis of expansion joint components 


Specimen 

Composition, % 







C 

Mn 

Cr 

Ni 

Mo 

Fe 

Cu 

Round bar 

0.46 

0.91 

1.18 


0.20 



Nut 


0.76 

0.06 


0.03 



Bellows 


0.71 

21.9 

37.1 

0.50 

46.0 

3.30 


Note: Due to the use of different analysing methods, the constituents of the bellows exceed 100%. 

The materials were identified as follows, based on the chemical analysis and the specifications for the parts: 


Bar 

SA 193-B7 (AISI 4140) 

Nut 

SA 19-214 

Bellow 

Incoloy 800H 











The compositions were in compliance with the corresponding specifications. All the elements present on the fracture 
surface were identified by EDXA. Single-element identification allowed determination of the potential corrosion agent— 
in this case, chlorine and sulfur. 

Mechanical properties 

Tensile Properties. A turned tensile specimen was machined from a section of the rod that was unaffected by the gas 
impingement. Tests yielded the following results: yield strength, 771.5 MPa (111.9 ksi); ultimate tensile strength, 858.4 
MPa (124.5 ksi); elongation, 22%; reduction of area, 64.3%. 

These values indicated a suitable strength level for the specified material (AISI 4140) and eliminated the possibility of 
low tensile properties as a cause of failure. 

Conclusion and Recommendations 

Most probable cause 

The bellows failed by SCC caused by the presence of chlorine and sulfur. Stress-corrosion cracking allowed escaping hot 
gases to impinge on the threaded 4140 alloy steel tie rods. The insulation retained the heat, thus locally heating the tie 
rods to approximately 595 °C (1100 °F). 

Heating of the rods lowered their strength. In this weakened condition, permanent deformation could have occurred at 
relatively low loads. Although calculations show that the tie rods still should have had sufficient strength to withstand the 
forces involved, a worse-case scenario could have caused failure. With the misalignment of the tie rods allowing for only 
single loading and with the reduction in cross-sectional area, the occurrence of a significant stress concentration in 
combination with any sudden overload would cause failure. 

Remedial action 

How the contaminants entered the bellows is unknown; therefore, the insulating material should he analyzed. If chloride 
ions are found in amounts greater than 20 ppm, another insulation material containing lower levels should be used. Also, 
the tie rods should be positioned outside the insulation, where the full strength of the steel alloy can be utilized. 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 823-860 



Rupture of Chromium-Molybdenum Steel Superheater Tubes Because of 
Overheating 


From: D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 


Abstract: The tubes of a stationary industrial boiler, 64 mm in diameter and made of 1.25Cr-0.5Mo steel (ASME SA-213, grade T- 
11) failed by two different types of rupture. Noticeable swelling of the tubes in the area of rupture was revealed by visual 
examination. The tubes with slight longitudinal splits were interpreted to have failed by stress rupture resulting from prolonged 
overheating at 540 to 650 deg C as the microstructure exhibited extensive spheroidization and coalescence of carbides. The larger 
ruptures were tensile failures that resulted from rapid overheating to 815 to 870 deg C as a completely martensitic structure was 
revealed at the edges of the ruptures in these tubes because of rapid quenching by escaping fluid. The prolonged-overheating 
failures were concluded to have been the primary ruptures and that local loss of circulation had caused rapid overheating in adjacent 
tubes. Poor boiler circulation and high furnace temperatures were believed to have caused the prolonged overheating. 

Keywords: Fleat exchanger tubes; Overheating; Spheroidizing; Superheaters 


Material: 1.25Cr-0.5Mo (Chromium-molybdenum alloy steel); ASME SA213-T11 (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


Two instances of superheater rupture occurred about 10 days apart in a stationary industrial boiler. Three tubes failed the 
first time, and four tubes the second. The tubes, 64 mm (2.5 in.) in diameter and made of 1.25Cr-0.5Mo steel (ASME SA- 
213, grade T-l 1), failed by two different types of rupture, and both types occurred in each instance of failure. 


Investigation. Visual examination of each type of rupture revealed noticeable swelling of the tubes in the area of 
rupture (Fig. 1). Relatively slight scaling, probably caused by high-temperature oxidation, was visible on fire-side 
surfaces, and black deposits and white deposits were found on steam-side surfaces. Subsequent analyses by scanning 
electron microscopy (SEM) and x-ray diffraction identified magnetic iron oxide (Fe^CU) as the major constituent in the 
black deposit, and a complex sodium aluminum silicate as the major constituent in the white deposit. The nature and 
extent of the scale did not suggest that it was a contributing factor in the failures. 




Fig. 1 Superheater tubes made of chromium-molybdenum steel (ASME SA-213, grade T-ll) that ruptured 
because of overheating, (a) Tube that failed by stress rupture, (b) Resultant loss of circulation and tensile 
failure 




Metallographic examination indicated that the tubes with slight longitudinal splits (Fig. la) had failed by stress 
rupture resulting from prolonged overheating at 540 to 650 °C (1000 to 1200 °F); the microstructure exhibited extensive 
spheroidization and coalescence of carbides. In contrast, the larger ruptures (Fig. lb) were tensile failures resulting from 
rapid overheating to 815 to 870 °C (1500 to 1600 °F); a completely martensitic structure existed at the edges of the 
ruptures in these tubes because of rapid quenching by escaping fluid. 

Conclusions. Based on the evidence—especially that both types of rupture had occurred in each instance of failure—it 
was concluded that the prolonged-overheating failures had been the primary ruptures and that local loss of circulation had 
caused rapid overheating in adjacent tubes. The prolonged overheating was believed to have resulted from poor boiler 
circulation and high furnace temperatures. 

Related Information 

Creep and Stress Rupture Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 
728-737 


Rupture of a 1.25Cr-0.5Mo Steel Reheater Tube Because of Localized 
Overheating 

From: D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 

Abstract: Pendant-style reheater, constructed of ASME SA-213, grade T-ll, steel ruptured. A set of four tubes, specified to be 64 
mm outside diameter x 3.4 mm minimum wall thickness was examined. A small quantity of loose debris was removed from the 
inside of one of the tubes. The major constituent was revealed by Energy-dispersive X-ray spectrometry (EDS) analysis of the debris 
to be iron with traces of phosphorus, manganese, sodium, calcium, copper, zinc, potassium, silicon, chromium, and molybdenum. 
Thus the debris was interpreted to be the scale from inside diameter of the tube with boiler feedwater chemicals from the 
attemperation spray. The likely cause of failure was concluded to be exfoliation of the scale from the inside-diameter surface of the 
tube. Creep failures were interpreted to be caused by localized temperatures higher than the maximum service temperature. 
Replacement of the affected tubes was recommended. Inspection of the tubes by radiography to find the circuits with the greatest 
accumulation of debris and replacing them as necessary was recommended on an annual basis. 

Keywords: Exfoliation; Scale (corrosion) 


Material: 1.25Cr-0.5Mo (Chromium-molybdenum alloy steel); ASME SA213-T11 (Chromium-molybdenum alloy steel) 


Failure types: Fligh-temperature corrosion and oxidation; Creep fracture/stress rupture 


This particular pendant-style reheater, constructed of ASME SA-213, grade T-ll, steel, had been plagued by a rash of 
failures. All failures were similar in appearance and locations. The tubes measured 64 mm (2.5 in.) outside diameter x 3.4 
mm (0.134 in.) specified minimum wall thickness. A set of four tubes from several pendants was submitted for 
metallurgical evaluation. Figure 1(a) shows the four-tube set from the bottom of the pendant. 





Fig. 1 Ruptured tubes from a pendant-style reheater, (a) As-received sections from the toe of the reheater, 
(b) Creep-type failure typical of all the failed tubes. See also Fig. 2. 

Investigation. Visual examination showed that all of the ruptures were similar. Figure 1(b) illustrates one of these 
narrow fissure-type failures. Dimensional measurements showed no swelling except at the failure. Wall thickness away 



from the rupture was 3.8 to 3.9 mm (0.148 to 0.154 in.), depending on precise location and on the tube—well above the 
specified 3.4 mm (0.134 in.). No corrosion or other excessive wastage was observed at any location, nor was any inside- 
diameter deposit noted. Inside-diameter scale was quite uniform away from the fissure and measured 0.13 mm (0.005 in., 
or 5 mils). The inside-diameter scale at the fracture region measured up to 1.3 mm (0.050 in., or 50 mils). A small 
quantity of loose debris was removed from the inside of one of the tubes; the particles were simply poured out as chunky 
bits. 

Samples for microstructural analysis were taken through the failure lip, in line with the failure on the bottom of the 
pendant 205 mm (8 in.) from the failure, and in the same plane as the failure but 180° around the perimeter of the tube. 
The structure at the failure was completely spheroidized carbides in a ferrite matrix (Fig. 2a). The samples from locations 
2 and 3 are nearly normal ferrite and pearlitc (Fig. 2b and c). The carbide phase was spheroidized, but the pearlite 
colonies were still clearly defined. 


Fig. 2 Microstructures of the failed reheater tube in Fig. 1(b). (a) Section through the failure lip showing a 
complete spheroidization of the carbide phase in ferrite, (b) Section in the same plane as the failure, but 180° 
around the circumference of the tube. Structure is nearly normal pearlite and ferrite, (c) Section taken 205 mm 
(8 in.) away from the failure is also normal ferrite and pearlite. These three structures indicate the elevated 
temperature is confined to a small area of the failure. All etched with nital. 500x 

Energy-dispersive x-ray spectrometry (EDS) analysis of the debris showed the major constituent to be iron with traces of 
phosphorus, manganese, sodium, calcium, copper, zinc, potassium, silicon, chromium, and molybdenum. Thus, the debris 
is probably scale from the inside diameter of the tube (iron, manganese, silicon, chromium, and molybdenum), with boiler 
feedwater chemicals (phosphorus, sodium, and calcium) from the attemperation spray. The other elements detected 
(copper and zinc) also come from the spray, but indicate a feedwater heater or condenser-tube leak. 

Using Eq with X either 5 or 50 mils and a time, t, of 37,000 h (80% availability and 52 years of service on the reheater), 
the average metal temperature is estimated to be about 650 °C (1200 °F) at the failure and about 540 °C (1000 °F) 
elsewhere. 

Conclusion. The likely cause of failure is exfoliation of the scale from the inside-diameter surface of the tube. These 
small particles collect at the lowest point of the pendant, effectively insulating the tube. Thus, a small localized area has a 
metal temperature about 110 °C (200 °F) hotter than the rest of the circuit. At 650 °C (1200 °F), ASME SA-213, grade T- 
11, is above its usual oxidation limit or maximum service temperature of 550 °C (1025 °F). Such service temperatures 
resulted in the creep failures and the low reliability reported on this unit. 

Recommendations. Because reheaters are more apt to experience exfoliation than superheaters and because 
prevention is difficult, the most effective solution is to replace the affected tubes. Recommendations involved inspecting 
the tubes by radiography to find the circuits with the greatest accumulation of debris and replacing them as necessary on 
an annual basis. 

Related Information 


Creep and Stress Rupture Failures, Failure Analysis and Prevention , Vol IE ASM Handbook, ASM International, 2002, p 
728-737 


1 

Preventive Analyses of Croloy 1 ^Pressure Parts 

From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 

Abstract: The maximum life of base-loaded headers and piping is not possible to be predicted until they develop microcracking. The 
typical elements of a periodic inspection program after the occurrence of the crack was described extensively. Cracks caused by 
creep swelling in the stub-to-header welds in the secondary superheater outlet headers (constructed of SA335-P11 material) of a 
major boiler were described as an example. The outside diameter of the header was measured to detect the amount of swelling and 
found to have increased 1.6% since its installation. Ligament cracks extending from tube seat to tube seat were revealed by surface 
inspection. Cracks were found to originate from inside the header, extend axially in the tube penetrations and radially from those 
holes into the ligaments. Cracks in 94 locations, ranging from small radial cracks to full 360Y cracks were revealed by dye-penetrant 
inspection. The unit was operated under reduced-temperature conditions and with less load cycling than previously until a 
redesigned SA335-P22 header was installed. 

Keywords: Boilers; Piping; Pressure vessels; Superheaters 


Material: ASME SA335-P11 (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


It is generally not possible to predict the maximum life of base-loaded headers and piping until they have already 
developed microcracking. When cracking does occur, it can be monitored over a period of several years by a periodic 
inspection program (Ref 1). Typical elements of such a program include the following: 

• An engineering stress analysis of the header, tube legs, and the associated piping system is conducted. Numerical 
analysis, a modern tool, can be used to determine which areas of the component should be tested and inspected 
during downtimes and to determine static and cyclic stresses accurately 

• Dimensional examinations can be performed to determine the extent of time-dependent swelling, bowing, or 
other deformation that may have occurred 

• Visual examination is performed to disclose the extent of other defects. Borescopes and fiberscopes can be used 
to examine otherwise inaccessible areas of a component. These examinations may be supplemented with dye- 
penetrant inspections in areas suspected of cracking 

• Field replication is recommended to examine metallurgical microstructure in situ. Surfaces to be examined must 
be polished and etched by metallographic methods, usually under difficult field conditions and without regard to 
specimen flatness. The surface is then recorded by coating the surface with a resin that hardens and is stripped 
off, bearing the image of the specimen topography. The image is then coated to enhance detail and studied by 
optical or electron microscopy. Field replication is useful for detecting the early stages of creep, fatigue, grain¬ 
boundary separations, and other problems. It can also be used to detect spheroidization or graphitization of steels 

• Boat samples of headers and piping are generally removed only after cracking has been detected by other means. 
Tube stubs may be removed to examine the more highly stressed regions of headers 

In one example, this type of routine disclosed cracks caused by creep swelling in the stub-to-header welds in the 
secondary superheater outlet headers of a major boiler. The header was constructed of SA335-P11 material (1.25Cr- 
0.25Mo silicon steel). A review of the design of this unit showed that it had been designed according to allowable stresses 
that had been established in 1951 from a relatively small data base. As more information became available, the ASME 
Boiler Code allowable stresses for the material were reduced in mid 1965 for temperatures above 525 °C (975 °F); 
therefore, the unit was underdesigned. After about 30 years of service, repairs had been necessary on 61 of the 222 header 
welds, and a permanent solution to the problem was sought. 

To document the amount of creep swelling that had occurred, the outside diameter of the header was measured and found 
to have increased 1.6% since its installation. It was re-measured after another 6 months and found to have swelled another 
0.14%. Surface inspection revealed ligament cracks extending from tube seat to tube seat (Fig. 1). Cracks originated from 
inside the header, extending axially in the tube penetrations and radially from those holes into the ligaments. The ligament 
cracking of the header was a separate event from the stub-to-header weld cracking, although both were caused by high 
stresses in the header. Dye-penetrant inspection of the latter welds revealed cracks in 94 locations, ranging from small 
radial cracks to full 360° cracks. An example of this cracking is shown in Fig. 2. The unit was operated under reduced- 
temperature conditions and with less load cycling than previously until a redesigned SA335-P22 (2.25Cr-lMo-0.25-Si) 
header was installed. 



Fig. 1 Interligament cracking in a failed secondary superheater outlet header from a boiler. 




Fig. 2 Microstructure, linked voids, and split grain boundaries in the failed outlet header shown in Fig. 1. 400x 

Reference 

1. G. Harth, Header and Piping Inspection Guides Boiler Life Extension. Power, Vol 109, March 1965. p 99 

Related Information 

Creep and Stress Rupture Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 
728-737 


Failure of a Main Steam Line of a Power-Generating Station 


From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 


Abstract: A main steam pipe was found to be leaking due to a large circumferential crack in a pipe-to-fitting weld in one of two 
steam leads between the superheater outlet nozzles and the turbine stop valves (a line made of SA335-P22 material). The main 
crack surface was found to be rough, oriented about normal to the outside surface, and had a dark oxidized appearance. The 
cracking was found to be predominantly intergranular. Distinct shiny bands that etched slower than the remainder of the sample at 
the top of each individual weld bead were revealed by microscopic examination. These bands were found contain small cracks and 
microvoids. A mechanism of intergranular creep rupture at elevated temperature was identified as a result of a series of stress- 
rupture and tensile tests. It was revealed by the crack shape that cracking initiated on the pipe exterior, then propagated inward and 
in the circumferential direction in response to a bending moment load. It was concluded that the primary cause of failure was the 
occurrence of bending stresses that exceeded the stress levels predicted by design calculations and that were higher than the 
maximum allowable primary membrane stress. 

Keywords: Bending stresses; Electric power generation; Steam lines; Welded joints 


Material: ASME SA335-P22 (Chromium-molybdenum alloy steel) 


Failure types: Intergranular fracture; Creep fracture/stress rupture 


A main steam pipe was found to be leaking during a start-up after a 1-day shutdown. The leak was a large circumferential 
crack in a pipe-to-fitting weld in one of two steam leads between the superheater outlet nozzles and the turbine stop 
valves, a line made of SA335-P22 material (2.25Cr-lMo steel) with an outside diameter of 475 mm (18.75 in.) and a wall 
thickness of 95 mm (3.75 in.). The design operating conditions were 25 MPa (3.6 ksi) at 540 °C (1000 °F). 



Investigation. A boat sample was cut from one side of the main crack and subjected to an initial examination. Visual 
and magnetic-particle examinations revealed secondary cracks roughly parallel to the main failure in the weld metal and 
adjacent base metal. The main crack surface was rough, oriented about normal to the outside surface, and had a dark 
oxidized appearance. The topography of the crack surface reflected the weld-bead patterns. A metallographic section of 
this sample shows the main crack surface and the secondary cracks (Fig. 1). The cracking is predominantly intergranular, 
with some grain boundaries exhibiting unlinked intergranular voids that should eventually link to form complete grain¬ 
boundary separations. This microstructure was thought to be typical of elevated-temperature stress rupture in the material. 



Fig. 1 Metallographic cross section through failure in 2.25Cr-lMo weld main steam line of power plant. 
Secondary cracking in base metal indicates that failure is not uniquely the result of weld-metal properties. 

Microscopic examination of the cross section revealed distinct shiny bands that etched slower than the remainder of the 
sample at the top of each individual weld bead. These bands were located within the interbead F1AZ and consisted of 
localized areas with a large-grain ferrite matrix and relatively large carbide particlcs. The bands frequently contained 
small cracks and microvoids that did not extend into the surrounding fine-grain material. These features suggest that the 
ferrite bands served as initiation sites for the failure and that they lowered the rupture strength of the weld metal. The 
Knoop hardnesses of the bands tended to be in the range 138 to 144 HK, while the adjacent areas of the interbead FIAZ 
were 161 to 168 FIK. Qualitative analyses of the ferrite bands by EDS revealed no significant differences in composition 
between the bands and surrounding material. 

While these observations identified the mechanism of cracking at the main failure, they did not provide insight into the 
cause of the premature service failure. The work was therefore expanded to include other weld metal and base metal of 
the steam line. The samples included a full ring section containing the failed weld and a quadrant of a weld that had not 
cracked. Smaller boat samples and pyramid samples were removed from other welds. Each was characterized, at a 
minimum, by chemical analyses and microstructural examinations. Stress-rupture tests and tensile tests were performed 
on some samples to determine the strength properties of the materials of construction. The results of these examinations 
are summarized as follows: 

• The chemical analyses and mechanical properties were within specifications or reasonable for the materials of 
construction after service 

• The failed weld and three others had an unusually high manganese content that identified them as having been 
fabricated by the submerged arc process. Three other welds were low in manganese, identifying them as having 
been fabricated by the manual shielded metal arc process. The submerged arc welds were cracked in the weld 



metal, but the submerged arc welds were cracked in the adjacent base metal or HAZ. The difference in the failure 
loci was apparently a result of the relative strengths and ductilities of the specific base metal/weld metal 
combinations that were present 

• All observations are consistent with a mechanism of intergranular creep rupture at elevated temperature 

• The crack shape indicated that cracking initiated on the pipe exterior, then propagated inward and in the 
circumferential direction in response to a bending moment load. There was no indication of a pre-existing flaw or 
defect at the initiation sites other than the microscopic hardness heterogeneity noted above 

Conclusions. The primary cause of failure was the occurrence of bending stresses that exceeded the stress levels 
predicted by design calculations and that were higher than the maximum allowable primary membrane stress specified in 
the ASME Boiler and Pressure Vessel Code, Section I, and the ANSI Power Piping Guide. 

Related Information 
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Failure Analysis of Superheater Outlet Header 

Helmut Thielsch, Robert Smoske, Florence Cone, Jason Husband, Thielsch Engineering 


From: H. Thielsch, R. Smoske, F. Cone, and J. Husband, Failure Analysis of Superheater Outlet Header, Advanced Materials and 
Processes, Vol 157 (No. 2), Feb 2000, p 43-44 


Abstract: In Nov. 1998, the west superheater outlet header at an electricity generating plant began to leak steam. Subsequent 
investigation revealed the presence of a crack that extended for 360 degrees around the full circumference of the header and 
through the full cross-sectional thickness. The subsequent inspection of this header and the east superheater header revealed the 
presence of extremely severe ligament cracking. They operated at 2400 psi (16.5 MPa) and a temperature of 540deg C (1005 deg 
F). Both were fabricated from seamless pipe produced in accordance with ASME Specification SA-335, and the steel was Grade P22, 
a 2.25Cr-lMo alloy steel. Visual and metallurgical evaluations showed the cracking in the west superheater outlet header was caused 
by thermal fatigue. Tube holes had served as a preferential site for thermal fatigue cracking. 

Keywords: Electric power generation; Overheating; Piping; Superheaters; Thermal stresses 


Material: ASME SA335-P22 (Chromium-molybdenum alloy steel) 


Failure type: Fatigue fracture 


In November of 1998, the west superheater outlet header at an electricity generating plant began to leak steam. 
Subsequent investigation revealed the presence of a crack that extended for 360 degrees around the full circumference of 
the header and through the full cross-sectional thickness. The subsequent inspection of this header and the east 
superheater header revealed the presence of extremely severe ligament cracking. The resultant two segments of the header 
were held together by the remnants of several tube-to-header welds. 

Thielsch Engineering was requested to inspect the west and the east superheater outlet headers. Both headers are 
essentially identical in design and operation. They are operated at a pressure of 2400 psi (16.5 MPa) and a temperature of 
1005°F (540°C). They were both fabricated from seamless pipe produced in accordance with ASME Specification SA- 
335, which covers “Seamless Ferritic Alloy-Steel Pipe for High-Temperature Service.” The steel is Grade P22, a low- 
alloy steel with 2.25% chromium and 1% molybdenum. The pipe has an outside diameter of 16 in. (40 cm) and a nominal 
wall thickness of 3.5 in. (9 cm). The pipes have many rows of circumferential tube holes along their lengths (Fig. 1). 




Fig. 1 This is the 5-ft. long section cut from the west superheater outlet header in tube rows number 4 
through 7. Subsegments of row 4 are referred to as Al, A2, A3, etc. 

The puipose of the inspection was to determine the extent and severity of the cracking, to evaluate the feasibility of repair 
welding, and to establish the cause and origin of the cracking. The inspection, which included borescope and ultrasonic 
examinations, revealed the presence of severe circumferential cracking in both the west and east headers. The results of 
the failure analysis, which included several analytical techniques as well as a finite element analysis, confirmed that the 
failure was related to thermal fatigue. 

Analysis techniques 



Various samples were removed from the header and were subjected to detailed metallurgical examinations. The samples 
were examined visually and then were subsectioned. The subsegments were analyzed to determine the material grade, the 
mechanical properties, and the mode of failure. 

A 5-ft (1.5 m) section was cut from the west header (Fig. 1). This segment extended from tube row number 4 to tube row 
number 7. The visual examination confirmed that the crack that had caused the leak was located in tube row number 4. 
The crack essentially extended for 360 degrees around the circumference (Fig. 2), and for a large percentage of the 
circumference extended through the full cross-sectional wall thickness of the pipe (Fig. 3). The visual examination 
confirmed that the crack extended in a relatively straight manner through the cross-sectional thickness. In addition to the 
cracking in the ligaments, cracks had also developed in the toe of the lug weld that attached the header to a support. 


Fig. 2 The circumferential through-wall crack in tube row number 4 is apparent along the inside surface of the 
header. 






Fig. 3 This circumferential crack extends through the wall thickness of the header. 

After the visual examination was complete and any conditions of note had been documented photographically, the header 
section was further cut into subsegments. Visual examination of each of the mating fracture surfaces on segments A1 and 
A2 (from tube row 4) revealed ratchet marks, which are steps in the fracture surface formed when two cracks progressing 
at slightly different elevations ultimately meet. The presence of ratchet marks confirmed that multiple cracks had initiated 
in this tube row. 

Visual examination of each of the fracture surfaces also revealed clamshell marks or beach marks. Beach marks are 
formed as a crack starts to progress when stress is applied and removed in a cyclic manner. These marks are consistent 
with cracking produced by mechanical fatigue. 

The location and orientation of the beach marks confirmed that, in each case, the cracking initiated at the corner formed 
by the intersection of the tube hole with the inside diameter surface of the header. The cracking then progressed through 
the ligament toward the adjacent tube hole, while at the same time progressing through the cross-sectional thickness of the 
header. In most cases, the crack extending from each adjacent tube hole met at the approximate midpoint of the ligament. 
This is typical of ligament cracking in superheater and reheater outlet headers produced by thermal fatigue. 

Evaluation results 

The results of this metallurgical evaluation confirmed that the header had been produced in accordance with the chemical 
composition and mechanical testing requirements of ASME Specification SA-335, Grade P22. No evidence was found of 
a material discrepancy that would have caused or contributed to the cracking. 

The cracking in the west superheater outlet header was caused by thermal fatigue in conjunction with hoop stresses 
associated with the normal operation of the unit (Fig. 4). This type of cracking initiates at the corner formed by the 
intersection between the bore of the tube hole and the inside diameter surface of the header. The thermal gradient at this 
corner is higher than at any other location in the header. In addition, the mechanical stresses at this location are 
consistently higher than they are at any location within the cross-sectional thickness of the header. In time, if the stresses 
caused by the thermal gradients and the stresses associated with mechanical loads are sufficiently high and are cyclic in 
nature, these combined stresses will lead to initiation and progression of fatigue cracking. 
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Fig. 4 This graph illustrates the stress in the header model at point A. 

The conclusion, that the cracking in the west superheater outlet header was caused by thermal fatigue, was confirmed by 
the results of the visual and metallurgical evaluations. The visual examination confirmed that the cracking initiated from 
the tube holes.Tube holes involve an extremely abrupt change in the cross-sectional thickness of the header, and as such, 
are subject to consistently higher mechanical and thermally-induced stresses than any other location within the header. 
Tube holes thus serve as a preferential site for cracking caused by thermal fatigue. 

The visual examination also revealed that the cracking extended in a fairly straight manner across the width of the 
ligament, and through the cross-sectional thickness of the header. This is also consistent with cracking produced by 
thermal fatigue. 

The metallurgical evaluation provided additional confirmation that the cracks extended in a fairly straight manner through 
the width of the ligaments, and through the cross-sectional thickness of the header. The crack progression mode was 
essentially transgranular. This, in conjunction with the relative straightness of the cracking, is consistent with fatigue. 

The microstructures exhibited carbide spheroidization and agglomeration, particularly in the tempered bainite grains and 
at the grain boundaries. This is typical of piping and headers operating at temperatures of 1000°F (540°) and higher. 
Actual evidence of creep deterioration, including void formation, void linkage, and Assuring, was not apparent. 

Cause of failure 

It is considered likely, based on the fact that the most severe fatigue cracking was confined to approximately a 10 ft long 
(3 m) section, that some factor other than normal operation contributed to the fatigue cracking. Two explanations are 
plausible for the preferential nature of the cracking in the west superheater outlet header. The first explanation (which is 
considered to be the least likely) is that there is a low spot in the header. This low spot would permit condensate to collect 
when the boiler is brought off line. The condensate would flash to steam on start-up, exacerbating both the mechanical 
and thermally induced stresses. However, the inside diameter surface did not show evidence of this type of condition. 

The second explanation (and the one considered to be most likely) involves periodic overheating of the header. The 
results of the finite element analysis of the header confirm that if the header is subject to a temperature fluctuation of 25°F 
(14°C), the stresses at the corner of the tube hole increase by 5% or 1100 psi (7.6 MPa). If the header is subject to a 
temperature fluctuation of 100°F (55°C), the stresses at the comer of the tube hole increase by 77% or 16,100 psi (110 
MPa). If temperature fluctuations were routine, fatigue cracking would be expected to initiate and progress through the 
cross-sectional thickness of the header. 

Metallurgical evidence indicates that the header has been subject to overheating periodically during the prior years of 
service. Specifically, a number of cracks were coated with extremely heavy oxide scale layers. The heaviest scale layer 
observed had a thickness of 0.017 in. (0.43 mm). At an operating temperature of 1005°F (540°C), this scale layer would 
have taken in excess of 300,000 hours to form. However, the boiler has been in service for only 120,000 hours. Thus, for 
this oxide scale layer to form, the header must have been subject to overheating. (At an operating temperature of 1105°F 
(595°C), this same scale layer could have formed in 30,000 hours.) 

Scope of repair 

The results of the failure analysis were utilized to determine the scope of repair, and the expected longevity of the repair. 
With the understanding that the header would be replaced after an additional 18 months of service, some ligament 
cracking was allowed to remain in place. The guillotine failure and the most severe ligament cracking were repaired 




successfully by a proprietary low stress welding technique. This allowed the header to be returned to service in less than a 
month. 

The repair reduced very substantially the interruption of plant operations during a period of full capacity, an interruption 
that would have been much longer and far more costly if replacement headers had been required to be fabricated and 
installed. 

Related Information 
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Failure of a Reheat Steam Piping Line at a Power-Generating Station 


From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 


Abstract: A 75-cm OD by 33-mm thick pipe in a horizontal section of a hot steam reheat line ruptured after 15 years in service. The 
failed section was manufactured from rolled plate of material specification SA387, grade C. The longitudinal seam weld was a double 
butt weld that was V welded from both sides and failure was found to propagate along the longitudinal seam and its HAZ. The 
fracture surface near the inner wall of the pipe was found to have a bluish gray appearance, while the fracture surface near the 
outer wall was rust colored (oxides). The transverse-to-the-weld specimen from the longitudinal seam weld was revealed to have 
lower elongation and a shear type failure rather than the cup-cone failures. It was concluded that the welded longitudinal seam 
exhibited embrittlement. A low-ductility intergranular fracture that progressed through the weld metal was revealed by scanning 
electron microscopy. The cracks were revealed to be in existence for some time before the final failure which was indicated by the 
extent and amount of corrosion products. It was concluded that low ductility was responsible for the original initiation of cracks in 
the pipe. 

Keywords: Crack propagation; Ductility; Embrittlement; Intergranular precipitation; Steam Piping 


Material: ASME SA387-C (Chromium-molybdenum alloy steel) 


Failure types: (Other, general, or unspecified) corrosion; Brittle fracture 


A 75-cm (30-in.) OD by 33-mm (1.31-in.) thick pipe in a horizontal section of a hot steam reheat line ruptured 
explosively with serious damage and loss of life after approximately 15 years of service. The line nominally operated at 
4135 kPa (600 psi) and 540 °C (1000 °F). The section that failed was manufactured from rolled plate of material 
specification SA387, grade C. The longitudinal seam weld was a double butt weld that was V welded from both sides. 
The failure propagated along the longitudinal seam and its HAZ for a distance of 2.7 m (9 ft.) in both directions from the 
point of origin, creating a clam-shell opening 2.1 m (7 ft) wide. On one end, the failure traveled through a circumferential 
seam that deflected its path and stopped about 150 mm (6 in.) past the weld. On the other end, the fracture stopped several 
feet short of a circumferential seam while traveling in the longitudinal seam HAZ. The fracture in the pipe was pointed 
directly toward occupied regions of the plant. 

Investigation. A systematic review of the circumstances of the failure revealed a number of factors that may have 
played a role in the failure. In the design of the system, the original material specified was ASTM A155 fusion-welded 
pipe that had been substituted with SA387, grade C, plate, rolled and welded with filler metal added. At the time of the 
design of the system, the allowable design stress for SA387, grade C, material was 48 MPa (6.9 ksi) at 540 °C (1000 °F). 
Approximately 3 years after the plant was put into service, this was reduced to 46 MPa (6.6 ksi) at 540 °C (1000 °F). 

The hydrostatic test pressure specified for the system was sufficiently high that, if it was actually applied, it is possible 
that the pipe cylinder and its weldment were overstressed, perhaps to the point of being damaged. The actual test pressure 
could not be determined in the original investigation. Two other unconfirmed possibilities are operation of the pipe at 
higher-than-anticipated service temperatures for short times during its service life and earthquake loadings acting on the 
pipeline. 

Several metallurgical factors were found during a laboratory analysis of samples from the failed pipe. However, two key 
pieces, the fracture area containing the fracture-initiation point and the end of the crack in the longitudinal seam weld, 
were not available for this analysis. Three samples containing parts of the fracture surface were received: a 165- x 285- 
mrn (6.5- x 11.25-in.) section near the end of the fracture in the longitudinal seam weld as well as 205- x 405-mrn (8- x 



16-in.) and 180- x 330-mm (7- x 13-in.) sections from either side of the point of origin of the fracture. One 150- x 305- 
mm (6- x 12-in.) section, including the undamaged longitudinal weld and a circumferential weld to a fitting, was also 
received. These samples were removed by flame cutting, and care was taken to avoid the heat-affected cut zone in all 
testing. 

The fracture surface near the inner wall of the pipe had a bluish gray appearance, while the fracture surface near the outer 
wall was rust colored. Two of the samples had a distinct gray color halfway through the thickness of the reheat pipe. 
Before sectioning, all fracture surfaces were coated with clear acrylic, which was later removed with acetone for optical 
microscope examination. The rust colored oxide could not be cleaned off, while the bluish gray coating appeared thick at 
magnifications of 10 to 70x. It was very brittle with a mud-crack appearance, and appeared to consist of a mixture of 
oxides. 

The base metal, which was analyze d in three locations, contained: 


Element 

Composition, % 

Carbon 

0.14 

Manganese 

0.51-0.54 

Phosphorus 

0.016-0.018 

Sulfur 

0.011-0.015 

Silicon 

0.54-0.57 

Copper 

0.023-0.028 

Tin 

0.003-0.006 

Nickel 

0.022-0.024 

Chromium 

1.39-1.43 

Molybdenum 

0.50-0.54 

Aluminum 

0.000 

Vanadium 

0.005-0.006 

Niobium 

0.006-0.011 

Zirconium 

0.001-0.002 

Titanium 

0.000 




Boron 

0.0001-0.0003 

Cobalt 

0.004-0.006 


The weld filler metal, including bo th inside-diameter and outside-diameter samples, contained: 


Element 

Composition, % 

Carbon 

0.096-0.10 

Manganese 

0.81-0.91 

Phosphorus 

0.015-0.018 

Sulfur 

0.013-0.015 

Silicon 

0.47-0.54 

Copper 

0.13-0.40 

Tin 

0.005-0.013 

Nickel 

0.10-0.12 

Chromium 

1.28-1.43 

Molybdenum 

0.50-0.54 

Aluminum 

0.003-0.007 

Vanadium 

0.007-0.008 

Niobium 

0.009-0.013 

Zirconium 

0.001-0.002 

Titanium 

0.000 

Boron 

0.0003-0.0005 
























Cobalt 


0.007-0.009 


These contents conform to the requirements of SA387-67. grade B and C, as well as SA387-82, grade 11. The weld-metal 
analyses were from the centers of the welds and may differ from other areas of the weld; the weld metal and base metals 
were thought to be compatible. 

Each of the samples was polished and etched for metallographic examination in the planes normal to the longitudinal 
and/or circumferential welds. Cracks were found in and around the root-pass areas of the three samples containing the 
longitudinal seam weld. There were several secondary cracks on the fracture side and a short internal crack in one 
specimen (Fig. 1(a)). 



Fig. 1(a) Fracture surface of reheat steam pipe showing corrosion products covering early-fracture region and 
freshly exposed fracture surface of weld metal. 

The sample containing the circumferential weld was examined using radiography and was found to be acceptable. 
Radiography of the samples containing the longitudinal seam weld detected only one sample with a crack, which ran 
parallel to the weld seam. 

Longitudinal and transverse tensile specimens were cut from the pipe, and transverse-to-the-weld specimens were cut 
from the longitudinal and circumferential welds from the undamaged specimen. All room-temperature tensile properties 
were within specification: tensile strengths ranged from 476 to 517 MPa (69 to 75 ksi), yield strengths ranged from 265 to 
305 MPa (38.5 to 44.3 ksi), and elongations ranged from 24 to 27%, except for the transverse-to-the-weld specimen from 
the longitudinal seam weld, which had a value of 19% (compared with 22% from the specification). That sample has 34% 
reduction of area and a shear-type failure rather than the cup-cone failures in the 63 to 70% reduction-of-area range of the 
other samples. It was concluded that the welded longitudinal seam exhibited embrittlement. 

A Rockwell hardness traverse across the longitudinal weld from the undamaged region did not disclose a systematic 
variation in hardness across the weldment; hardnesses from 72 to 75 HRB were reported. A similar traverse across the 
circumferential weld revealed higher hardness in the weld metal and HAZ, reaching a value of 87 HRB. Hardnesses along 
the fracture edge of a longitudinal weld sample ranged from 70 to 80 HRB. 

Several sections were cut from the fracture-surface samples and prepared for both optical microscopy and SEM. The rust 
spots were removed with phosphoric acid, which also removed or attacked some of the other corrosion products, changing 
their color from bluish gray to black. The microstructure of the material is predominantly an equiaxed ferritic matrix, with 
corrosion pits and grain-boundary precipitates. The fracture surface in the vicinity of the origin of fracture, near the 
outside diameter, is mainly ductile dimples, but corrosion pits and cracks are also present; by contrast, the tensile sample 
from the undamaged region had only ductile dimples. The pictures taken of the fracture using a scanning electron 
microscope (Fig. 1(a), 1(b), 1(c), and 1(d)) were consistent with a low-ductility intergranular fracture that progressed 
through the weld metal and had been in existence long enough to allow the formation of corrosion products on the 
fracture surface. Energy-dispersive x-ray analyses (EDAX) of the corrosion products showed them to be high in iron, with 
silicon, phosphorus, calcium, and manganese in small amounts, together with light elements, such as oxygen or carbon. 
Examination of the structure of the longitudinal weld near the fracture-initiation point revealed the presence of a grain¬ 
boundary phase (Fig. 1(d)), whose ED AX spectrum was high in silicon, sulfur, chromium, manganese, and iron. 




Fig. 1(c) Fracture surface near root pass showing corrosion products on part of fracture surface. 



Fig. 1(d) Microstructure of longitudinal weld metal near fracture-initiation point. Note the white phase along 
grain boundaries. 

Conclusions. The metallurgical analyst concluded that low ductility was responsible for the original initiation of cracks 
in the pipe. The low ductility may have been due to the presence of carbides and sulfides in grain boundaries, and 
corrosion may have played a major role in the deterioration of the steel in the weld-joint area. The extent and amount of 
corrosion products indicated that the cracks were in existence for some time before the final failure. Further work was 
deemed desirable to confirm these findings. It was not clear which of the design and construction, operating, and 
metallurgical factors played the dominant role in this failure, and further investigation of these factors may be required. 



Related Information 


W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 


Fracture of Steam Pipes Removed From Service* 

P.K. Liaw, Westinghouse Science and Technology Center; A. Saxena, Georgia Institute of Technology; J. 
Schaefer, Detroit Edison Company 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Creep crack growth and fracture toughness tests were performed using test material machined from a seam welded ASTM 
A-155-66 class 1 (2.25Cr-lMo) steel steam pipe that had been in service for 15 years. The fracture morphology was examined using 
SEM fractography. Dimpled fracture was found to be characteristic of fracture toughness specimens. Creep crack growth generally 
followed the fusion line region and was characterized as dimpled fracture mixed with cavities. These fracture morphologies were 
similar to those of an actual steam pipe. It was concluded that creep crack growth behavior was the prime failure mechanism of 
seam-welded steam pipes. 

Keywords: Creep (materials) 


Material: ASTM A155-66 class 1 (Chromium-molybdenum alloy steel); 2.25Cr-lMo (Chromium-molybdenum alloy steel) 


Failure type: Creep fracture/stress rupture 


Background 

Creep crack growth and fracture toughness tests were performed using test material machined from a seam-welded steam 
pipe that had been in service for 15 years. 

Pertinent specifications 

The steam pipe was made from an ASTM A-155-66 class 1 (2.25Cr-lMo) steel. The typical operation temperature was 
approximately 540 °C (1000 °F). 

Specimen selection 

The specimens were in the form of plates that consisted of base and weld materials, with the seam-welded region located 
at the censer portion of the plate. Each steel plate was approximately 280 mm (11 in.) wide, 356 mm (14 in.) long, and 38 
mm (1.5 in.) thick. A cross-sectional view is shown in Fig. 1. 
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Fig. 1 Cross-sectional view of the steam pipe. 

Testing Procedure and Results 

Surface examination 

Scanning Electron Microscopy/Fractography. Fracture toughness testing was performed on composite 
specimens composed of base, fusion line, and weld materials at 540 °C (1000 °F) in accordance with ASTM Standard 
E813-87. The cracking plane in the composite specimen was approximately aligned with the fusion line area to simulate 
the steam pipe cracking conditions. 

The resulting fracture morphology is shown in Fig. 2. Dimpled fracture was found to be characteristic of fracture 
toughness specimens. Flowever, the size of dimples varied significantly. For example, in Fig. 2, dimple sizes ranged from 
approximately 1 to 40 pm (3.9 x 10 5 to 1.6 x 10 3 in.). It should be noted that in the composite specimens, crack 
extension during fracture toughness testing typically followed the fusion line area. 




Fig. 2 Fracture morphology of fracture toughness specimen (fusion line). 

Similar to the fracture toughness testing, creep crack propagation testing was performed on composite specimens at 540 
°C (1000 °F). The specimen was oriented so the cracking plane would pass along the fusion line area. In the composite 
specimen, creep crack growth was observed to generally follow the fusion line. A high-magnification SEM micrograph of 
the fracture surface is shown in Fig. 3. The surface can be characterized as dimpled fracture mixed with cavities. 



Fig. 3 Fracture morphology of creep crack growth composite specimen (fusion line). 

Fractography of an actual steam pipe is presented in Fig. 4 and 5. Figure 4 shows the fracture mode characteristic of a 
crack growth region along the fusion line. Dimpled fracture mixed with cavities was observed. The fracture morphology 
was found to be similar to that associated with laboratory creep crack growth testing on composite specimens (Fig. 3). 
Moreover, the sizes of dimples (or cavities) in Fig. 3 and 4 seem to be comparable. Therefore, creep crack growth 
behavior along the fusion line appeal's to be the dominant failure mechanism in steam pipes. 






Fig. 5 Fracture morphology of the final fast fracture. 

Figure 5 presents the failure mode of a fast fracture region along the fusion line. Large dimples mixed with small dimples 
were observed on the fracture surface. This type of fracture mode again seems to be consistent with that observed on the 
fracture surfaces of laboratory fracture toughness test specimens (Fig. 2). 


Metallography 




Microstructural Analysis. The microstructures of the base and weld metals are shown in Fig. 6. The grain size of the 
base metal was found to be greater than that of the weld metal, corresponding to ASTM 7 and 8, respectively The 
microstructural characteristics near the fusion line region are presented in Fig. 7. The grain size of the fusion line area was 
much smaller than that of the base or weld metals. 



<•> <■» 


Fig. 6 Microstructures of 2.25Cr-l Mo steels, (a) Base metal, (b) Weld metal. 



Fusion Line 


Base 


Weld 


Fig. 7 Microstructure of fusion line area. 

Chemical analysis/identification 

The chemical compositions of the base and weld metals are presented in Table 1. 


Table 1 Results of chemical analysis 





Elements 

Composition, % 


Base metal 

Weld metal 

Carbon 

0.102 

0.62 

Manganese 

0.47 

1.02 

Phosphorus 

0.006 

0.009 

Sulfur 

0.018 

0.019 

Silicon 

0.20 

0.32 

Chromium 

2.22 

2.28 

Molybdnum 

1.01 

1.03 

Copper 

0.014 

0.24 

Tin 

0.039 

0.048 

Lead 

0.001 

0.006 

Aluminum 

<0.01 

0.019 

Arsenic 

<0.005 

<0.005 

Antimony 

<0.005 

0.013 

Calcium 

<0.005 

<0.005 


Mechanical properties 


Hardness. Microhardness measurements were taken across the fusion line region that included base, fusion line, and 
weld metals; results are presented in Fig. 8. The fusion line area hardness level was found to be greater than that of base 
or weld materials. Moreover, the base metal regions seemed to have lower hardnesses than the weld metal regions. The 
highest level of hardness in the fusion line area corresponded to the smallest grain size (Fig. 7). The lower hardness level 
in the base metal, compared with that found in the weld metal, appeared to be in agreement with the larger grain size in 
the base metal (Fig. 6). 




Base Fusion Line Weld 
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Fig. 8 Hardness profile of fusion line area. 

Conclusion 

The fracture morphologies of laboratory-tested creep crack growth and fracture toughness test specimens were found to 
be similar to those of an actual steam pipe. Thus, creep crack growth behavior appears to be the prime failure mechanism 
of seam-welded steam pipes. These trends reflect the validity of using the material data obtained in the laboratory for life- 
prediction analyses of in-service and ex-service steam pipes. 

Related Information 

Creep and Stress Rupture Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
728-737 

Footnote 


* Exceipted with permission from: Estimating Remaining Life of Elevated-Temperature Steam Pipes, Eng. Fract. Mech., 
Vol 32 (No. 5), 1989, p 675-722, Pergamon Press Ltd. 


Liquid Metal Embrittlement of Flange Connector Studs in Contact With 
Cadmium 

Harry E. Ebert, Dresser-Rand, Turbo Products Division 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Four cadmium-plated ASTM A193 grade B studs from a steam line connector associated with a power turbine failed 
unexpectedly in a nii-ductility manner. Fracture surfaces were covered with a light-colored, lustrous deposit. Optical microscope, 
SEM, and EDS analyses were conducted on sections from one of the studs and revealed that the coating on the fracture surface was 
cadmium. The fracture had multiple origins, and secondary cracks also contained cadmium. The fracture topography was 
intergranular. The failures were attributed to liquid metal embrittlement caused by the presence of a cadmium plating and operating 
temperatures at approximately the melting point of cadmium. It was recommended that components exposed to the cadmium be 
replaced. 

Keywords: Cadmium, coatings; Electroplates; Steam electric power generation; Steam pipes; Steam turbines; Turbogenerators 


Material: ASTM A193 grade B (Chromium-molybdenum alloy steel) 


Failure types: Surface treatment related failures; Liquid metal induced embrittlement 


Background 

Four cadmium-plated studs failed unexpectedly in a nil-ductility manner. The studs were made of low-alloy steel heat 
heated to 27 to 32 FIRC. They were in operation for only a few hours prior to failure. 

Applications 


4l 1 

The studs—115 mm ( 2 in.) long and 19 mm (4 in.) in diameter—were from a steam line connector, a peripheral 
component to a unit that drives a power turbine, which in turn drives an electric generator. Normal operating parameters 
are a pressure of 2750 kPa (400 psi) and a temperature of 315 °C (600 °F). 

Specimen selection 

All four of the failures appeared identical. This case study will focus on stud 3 from Fig. 1, which was sectioned for 
metallographic and scanning electron microscopy (SEM) inspection. Similar analyses were performed on the remaining 
studs, with identical conclusions. 



Fig. 1 Broken and unbroken flange studs. 0.031x. 

Visual Examination of General Physical Features 





All fractures occurred in the first full nut thread (inside face of each nut), approximately 19 mm (4 in.) from the stud 
ends. The fractures were covered with a light-colored, lustrous deposit, which was found to be cadmium. Figure 1 shows 
all of the studs, with the light-colored deposit in evidence. 

Testing Procedure and Results 

Surface examination 

Visual. Low-power magnification showed that the cadmium on the fracture surfaces melted and resolidified, imitating 
the substrate topography. When sectioned longitudinally, the stud sections within the companion nuts were found to 
contain networks of secondary cracks (Fig. 2 and 3). 



Fig. 2 Stud 3, sectioned longitudinally through nut. Note the network of secondary cracks. 1.5x. 



Fig. 3 Closeup of stud 3 fracture face, covered with cadmium. 3.7x. 

Figures 4 and 5 show the stud 3 fracture at two low-power magnifications. It appeared that the fracture, which was nil- 
ductility, had multiple origins, which is not unusual considering the high localized stress “notch” effect introduced by the 
threads. 







Fig. 4 Stud 3 and companion nut. Note the light-colored fracture aces. 1.5x. 



Fig. 5 Enlargement of bottom section in Fig. 2, showing crack network. 4.Ox. 

Scanning Electron Microscopy. In conjunction with the SEM, energy-dispersive spectroscopy (EDS) was used to 
qualitatively analyze the coating on the fracture surface. The location analyzed is at “A” in Fig. 6 and proved to be 
cadmium. Figure 7 is an EDS graph related to this analysis. Figure 6 also shows that the substrate was primarily 
intergranular, consistent with liquid metal embrittlement (LME). 






Fig. 6 SEM micrograph of a fracture surface, depicting a melted and resolidified cadmium layer over an 
intergranular topography. EDS analysis was performed at "A" (see Fig. 7). 1540x. 


B 



Fig. 7 Cracks in stud 3, filled with cadmium. EDS analyses were performed at "B". Unetched. The white 
constituent is cadmium. 77x. 

Figure 8 shows that secondary cracks housed foreign material, which was identified as cadmium.EDS analyses at two 
locations verified this. Cadmium was also detected in the finest cracks that had formed (Fig. 9). 



Fig. 8 Backscattered SEM micrograph of a polished metallographic specimen, showing some of the finest 
cracks in the network. 1540x. 

/ , 





Fig. 9 Typical crack network, revealing an intergranular mode of crack propagation. 2% nital etch. 385x. 

Metallography 

Microstructural Analysis. The stud material was of average cleanliness and contained one-dimensional, thin series 
oxides, with a few scattered fine sulfides. Etching revealed a tempered martensitic microstructure typical of a quenched 
and tempered material. Figure 10 shows a typical secondary crack network. Crack propagation was primarily 
intergranular. 
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Fig. 10 EDS graph of fracture surface coating. 

Chemicai analysis/identification 


Material. Material was specified as ASTM A193, grade B7. Table 1 shows the specified chemical analysis, along with 
actual properties (from stud 1). 

Table 1 Chemical analysis results 


Element 

Composition, % 



ASTM 193, grade B7 (a) 

Actual stud material (average) 

Carbon 

0.37-0.49 

0.3960 

Manganese 

0.65-1.10 

0.84960 

Phosphorus 

0.035 (max) 

0.0167 

Sulfur 

0.04 (max) 

0.0104 

Silicon 

0.15-0.35 

0.2014 

Copper 

NR 

0.0550 

Nickel 

NR 

0.0375 

Chromium 

0.75-1.20 

0.9595 














Molybdenum 

0.15-0.25 

0.1270 

Tin 

NR 

0.0057 

Aluminum 

NR 

0.0239 

Vanadium 

NR 

0.0012 

Titanium 

NR 

0.0032 

(a) NR, no requirement 


Mechanical properties 

The stud material was required to have a minimum ultimate tensile strength of 690 MPa (100 ksi), which converts to 
approximately 17 HRC. Actual hardnesses of 27 to 32 HRC were recorded on the parts. 

Conclusion and Recommendations 

Most probable cause 

The stud failures were caused by LME. Embrittlement occurred because of the presence of cadmium plating in 
conjunction with operating temperatures at approximately the melting point of cadmium (-315 °C, or 600 °F). 

Remedial action 

It was recommended that components exposed to the cadmium—even by transfer—be removed from the unit and 
replaced with nonplated parts. 

Related Information 

W.R. Warke, Liquid Metal and Solid Metal Induced Embrittlement. Failure Analysis and Prevention , Vol 11. ASM 
Handbook , ASM International, 2002, p 861-867 



Rupture of a Ferritic Steel Return Bend Because of Inclusions 


From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 


Abstract: A return bend (made from ASTM A213, grade Til, ferritic steel) from a triolefin-unit heater ruptured after 2 years in 
service. The unit operated at 2410 kPa, with a hydrocarbon feed stream (85% propylene) entering at 260 to 290 deg C and leaving 
at 425 to 480 deg C. The fracture was found to terminate at the welds that joined the bend to the pipeline. A high concentration of 
both small and large inclusions was exhibited by the metallographic examination of the steel near the fracture. Branched cracks 
similar to those produced by stress corrosion of steel were observed in a section through the fireside edge of the fracture surface. 
Scale was observed over most of the crack path which acted as a stress raiser. The effect of the oxide was magnified during thermal 
cycles because of differential thermal expansion, with the steel having a greater expansion coefficient than the scale. It was 
recommended that material that is intended for critical applications where failure cannot be tolerated should be non-destructively 
examined. 

Keywords: Inclusions; Pressure vessels; Trialefin; Tube components 


Material: ASTM A213 grade Til (Chromium-molybdenum alloy steel), UNS K11597 


Failure type: Stress-corrosion cracking 


After 2 years of service, a return bend from a triolefin-unit heater ruptured (Fig. la). The bend was made from 115-mm 

(42-in.) schedule 40 (6.0 mm, or 0.237-in., wall thickness) pipe of ASTM A213, grade Til, ferritic steel. The unit 
operated at 2410 kPa (350 psi), with a hydrocarbon feed stream (85% propylene) entering at 260 to 290 °C (500 to 550 
°F) and leaving at 425 to 480 °C (800 to 900 °F). The temperature of the combustion gas was 900 °C (1650 °F). 




Fig. 1 Return bend made of ASTM A213, grade Til, ferritic steel that ruptured because it contained a large 
number of inclusions, (a) Overall view of the return bend showing rupture, (b) Micrograph of an unetched 







specimen showing high concentration of inclusions. 400x. (c) Micrograph of an unetched specimen showing 
inclusions and cracks containing scale. 435x 

This rupture occurred on the inner surface of the bend, rather than on the outer surface where erosion-induced failures 
usually occur. The fracture was limited to the return bend and terminated at the welds that joined the bend to the pipeline. 
Investigation. Examination of the fracture surfaces with a low-power stereomicroscope revealed that very little 
thinning of the metal had taken place, indicating low ductility and little corrosive attack. 

Metallographic specimens were prepared from regions adjacent to the fracture and at the outer surface of the bend. The 
steel near the fracture exhibited a high concentration of both small and large inclusions (Fig. lb). The steel in the outer 
surface contained relatively few inclusions, most of which were very small. 

A micrograph of a section through the fireside edge of the fracture surface is shown in Fig. 1(c). Branched cracks similar 
to those produced by stress corrosion of steel were observed. These cracks had apparently propagated between the 
inclusions in the steel. 

Scale was observed over most of the crack path, even down to the fine tip of the crack. The scale provided stress raisers in 
two ways. First, the volume of the oxide exceeded that of the steel it replaced, placing the metal at the crack tip in tension 
and promoting a stress-corrosion reaction. Second, the effect of the oxide was magnified during thermal cycles because of 
differential thermal expansion, with the steel having a greater expansion coefficient than the scale. The high density of 
inclusions was assumed to be the result of improper cropping of the ingot from which the tube for the return bend was 
made. 

Conclusions. The return bend failed as a result of stress-corrosion cracking (SCC), which propagated because of the 
presence of numerous inclusions in the metal. Scale formed in the cracks, abetted by thermal cycling, contributed to 
stresses that caused cracking. 

Corrective Measures. There is no general remedy for this relatively rare type of failure, which is difficult to control 
because of its localized nature. It is not cost-effective to nondestructively examine all fittings for such defects, but 
material that is intended for critical applications where failure cannot be tolerated should be examined. 

Related Information 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 
2002, p 823-860 


Failure of Carbon Steel Superheater Tubes 

Joseph P. Ribble, Betz Laboratories, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Two superheater tubes from a 6.2 MPa (900 psig) boiler failed in service because of creep rupture. One tube was carbon 
steel and the other was carbon steel welded to ASTM A213 Grade T22 (2.25Cr-1.0Mo) tubing. The failure in the welded tube 
occurred in the carbon steel section. Portions of the superheater were retubed five years previously with Grade 722 material. The 
failures indicated that tubes were exposed to long-term overheating conditions. While the carbon steel tube did not experience 
temperatures above the lower transformation temperature 727 deg C (1340 deg F), the welded tube did experience a temperature 
peak in excess of 727 deg C (1340 deg F). The long-term overheating conditions could have been the result of excessive heat flux 
and /or inadequate steam flow. In addition, the entire superheater bank should have been upgraded to Grade 722 material at the 
time of retubing. 

Keywords: Boiler tubes; Creep rupture; Mechanical properties; Overheating 

Materials: 2.25Cr-lMo (Chromium-molybdenum alloy steel), UNS K21590; ASTM A213 grade T22 (Chromium-molybdenum alloy 
steel), UNS K21590; ASTM A192 (Nonresulfurized carbon steel), UNS K01201 

Failure type: Creep fracture/stress rupture 


Background 


Two tubes from the superheater section of a two-drum boiler failed while in service. The tubes were identified as being 
the “old tube” (tube 1) and the “new tube” (tube 2). Tube 1 was an original equipment tube and was in service for 19 
years. Tube 2 was in service for approximately five years. 




Applications 


The superheater tubes had different nominal outer diameters and nominal wall thicknesses. Tubes 1 and 2 measured 44 
mm (1.75 in.) and 50.8 mm (2.00 in.) in diameter, respectively. The wall thicknesses of tube 1 and the failed end of tube 2 
the measured 4.5 mm (0.176 in.) and 3.8 mm (0.150 in.) thick, respectively. The wall thickness at the end of tube 2 
opposite the failure measured 6.0 mm (0.235 in.). These tubes were steam bearing tubes for a 6.2 MPa (900 psig) boiler. 

Pertinent specifications 

Tube 1 and the failed end of tube 2 were fabricated from low-carbon steel consistent with ASTM A192 specifications. 
The non-failed end of tube 2 was fabricated from ASTM A123 Grade T22 seamless ferritic alloy steel superheater tubing. 

Performance of other parts in the same or similar service 

Several other superheater tubes in a boiler of identical design and manufacturer, at the same plant, had failed two years 
prior to this failure by the same apparent mechanism. Portions of the superheater in the present boiler were retubed five 
years ago. The two submitted tubes were in parallel in the superheater section at the time of failure. 

Selection of specimens 

Two selections approximately 406 mm (16 in.) long were submitted for laboratory examination. 

Visual Examination and General Physical Features 



The external surface of the superheater tubes is shown in Fig. 1. The failures in tube 1 consisted of two ruptures in the 
middle of localized bulges. The two failure sites are indicated as “a” and “b” in Fig. 1. The ruptures were oriented 
approximately 90° apart with respect to the tube circumference, and were separated by approximately 70 mm (2.75 in.). 
The tube 2 sample consisted of two tubes welded together with the failure entirely within the carbon steel portion. The 
tube 2 failure was a thin-lipped rupture displaying a high degree of deformation. The low-alloy portion of tube 2 had no 
failures associated with it. 


Fig. 1 The submitted super heater tube sections. 0.23x 

Testing Procedure and Results 

Surface examination 

The tube 1 outer diameter surface exhibited two ruptures parallel to its longitudinal aids. Wall thinning to 0.76 mm (0.030 
in.) and secondary creep cracks were observed at both tube 1 failure sites (Fig. 2 and 3). Secondary creep cracks and wall 
thinning to 0.51 mm (0.020 in.) were observed at the tube 2 failure lip (Fig. 4). The internal surface of tube 1 was covered 




Fig. 2 Tube 2 failure site a (see Fig. 1). Note the heavy oxidation and longitudinal secondary creep cracks. 
0.60x 



Fig. 3 Tube 1 failure site b (see Fig. 1). Note the heavy oxidation and longitudinal secondary creep cracks. 
0.60x 




Fig. 4 The failure edge of tube 2. Note the secondary creep cracks. 1.06x 

Metallography 

Representative sections from select areas of both tubes were prepared for metallographic examination. Creep voids were 
observed along the fracture lip b of tube 1 (Fig. 5). The microstructure observed at the mid-wall location of the tube 1 b 
failure and opposite failure a was in a very advanced stage of spheroidization (Fig. 6 and 7). In addition, isolated graphite 
nodules were also observed in the microstructure. 



Fig. 5 Photomicrograph of the b failure lip in tube 1. Note the creep voids along the fracture surface. Nital 
etch, 38x 




Fig. 6 Photomicrograph of the mid-wall microstructure observed in 
Note the spheroidization and large graphite nodule. Nital etch, 285x 
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the tube 1 b failure area shown in Fig. 5. 


Fig. 7 Photomicrograph showing the mid-wall microstructure opposite the failure of Fig. 5 and 6. Note the 
spheroidization. Nital etch, 285x 

Elongated grains were observed at the failure lip of tube 2 (Fig. 8). The microstructure at the midwall location of the tube 
2 failure consisted of ferrite and reformed pearlite (Fig. 9). The presence of transformation products (reformed pearlite) at 
the failure lip indicated that this portion of tube 2 experienced temperatures above its lower transformation temperature, 
727 °C (1340 °F), at the time of failure. Opposite the tube 2 failure, the mid-wall microstructure consisted of spheroidal 
carbides and occasional islands of pearlite in a ferrite matrix (Fig. 10). The mid-wall microstructure observed in the low- 
alloy portion of tube 2 that did not fail consisted of a fine dispersion of spheroidal carbides (Fig. 11). 






Fig. 8 Photomicrograph of the microstructure taken at the failure lip of tube 2. Note the creep voids and 
elongated grains. Nital etch, 57x 



Fig. 9 Photomicrograph of the mid-wall microstructure at tube 2 failure lip. Note the reformed pearlite in the 
ferrite matrix. Nital etch, 285x 




Fig. 10 Photomicrograph of the mid-wall microstructure opposite the tube 2 failure. Note the spheroidal 
carbides and pearlite islands. Nital etch, 285x 



Fig. 11 Photomicrograph of the tube 2 mid-wall microstructure on the failure side, in the non-failed portion 
opposite the weld. Nital etch, 285x 

Chemical analysis/identification 

Material analysis. Portions of tube 1 and 2 from either side of the weld joint were tested for chemical analysis using 
optical emission spectroscopy (OES) to determine the alloy composition. The results (Table 1) confirmed that tube 1 and 
the portion of tube 2 containing the failure were fabricated from low-carbon steel consistent with ASTM A192 tubing 
specification. The similarity of the chemical composition of the failed tube sections suggest they were from the same heat 
of steel. Results of the alloy analysis on the non-failed portion of tube 2 (Table 2) indicated that it was fabricated from 
ASTM A213 Grade T22 tubing. 





Table 1 Alloy analyses of failed tube sections 


Element 

Composition, % 



Tube 1 

Tube 2 

ASTM A192 specification 

C 

0.11 

0.12 

0.06 to 0.18 

Mn 

0.49 

0.46 

0.27 to 0.63 


0.006 

<0.005 

0.035 max 

S 

0.026 

0.25 

0.035 max 

Si 

0.02 

0.01 

0.25 max 

Cr 

0.03 

0.03 

ns 

Ni 

0.07 

0.07 

ns 

Mo 

0.02 

0.02 

ns 

Cu 

0.14 

0.11 

ns 

Fe 

rem 

rem 

rem 


ns, not specified 


Table 2 Alloy analysis of not-failed section of tube 2 


Element 

Composition, % 



Non-failed section 

ASTM A213 Grade T22 specification 

C 

0.11 

0.15 max 

Mn 

0.49 

0.30 to 0.60 


0.016 

0.30 max 

S 

0.017 

0.30 max 























Si 

0.27 

0.50 max 

Cr 

2.30 

1.90 to 2.60 

Ni 

0.22 

ns 

Mo 

1.02 

0.87 to 1.13 

Cu 

0.09 

ns 

Fe 

rem 

rem 

ns, not specified 


Internal deposit analysis. Scanning electron microscope-energy dispersive spectroscopy (SEM-EDS) was used to 
determine the elemental composition of the internal deposits on both tubes. 

The results (Table 3) revealed significant quantities of calcium, silicon and sodium species in tube 1. The same species 
were also present in tube 2 but in smaller quantities. This indicated that some carryover of boiler water was taking place 
in the superheater section. 

Table 3 Analyses of the internal deposits 


Element 

Composition, % 


Tube 1 

Tube 2 

Fe 

47.1 

83.5 

Ca 

22.2 

5.5 

Si 

16.6 

4.5 

Na 

9.8 

4.6 

Cl 

0.7 


s 

1.0 

<0.5 

A1 

1.7 


Mn 

0.9 


Cr 


<0.5 











Mg ... 1.6 


Discussion 

Heavy oxidation and longitudinal cracking parallel to the failures in both tubes indicated a creep rupture mechanism. 
Chemical analysis revealed that tube 1 and the failed section of tube 2 were fabricated from plain carbon steel. The non- 
failed side of tube 2 was fabricated from ASTM A213 Grade T22 low-alloy steel tubing. In steam environments, the 
generally accepted oxidation limit for plain carbon steel is 454 °C (850 °F), while for Grade T22 it is approximately 580 
°C (1075 °F). A spheroidized microstructure with graphite nodules indicated that tube 1 was operating at a temperature 
significantly above its oxidation limit and below its lower transformation temperature of 727 °C (1340 °F) for an 
extended period of time. 

Transformation products in the failed region of tube 2 indicated that the failure region experienced a peak temperature in 
excess of 727 °C (1340 °F). However, secondary creep cracks around the failure and creep voids along the rupture lip 
indicated that it experienced long-term overheating effects prior to rupture. The presence of a transformed microstructure 
in the carbon steel portion of tube 2 made an assessment of the degree of long-term overheating impossible. The superior 
oxidation resistance and microstructural stability of Grade T22 tubing, via its chromium and molybdenum additions, 
resulted in the virtual absence of significant scale and fine dispersion of spheroidal carbides in the microstructure 

Conclusion and Recommendations 

Most probable cause 

The tube 1 failure was caused by creep mechanism via long-term overheating. Microstructural analysis indicated that the 
tube 1 peak metal temperatures were greater than 454 °C (850 °F) but less than 727 °C (1340 °F). Secondary creep 
cracking indicates long-term overheating conditions were present prior to the failure of tube 2. However, microstructural 
analysis indicated that tube 2 experienced a brief high-temperature excursion greater than 727 °C (1340 °F) at the time of 
failure. The long-term overheating of tubes 1 and 2 was likely caused by an excessive heat flux and/or insufficient steam 
distribution. The high-temperature event coinciding with the violent rupture of tube 2 most likely resulted from a sudden 
loss in steam distribution through this tube circuit. Although SEM-EDS analysis identified some carryover deposits on the 
internal surfaces, only a small amount of transported deposit was present. Internal deposits were not a primary cause of 
the tube failures. 

Remedial action 

A review of steam flow in the superheater should be conducted to ensure adequate steam distribution in the circuit. The 
entire superheater should be upgraded to ASTM A213 Grade T22 tubing. 

How failure could have been prevented 

Alloy analyses of the submitted tube samples indicates the overheating failures occurred in low-carbon steel sections. The 
portion of tube 2 that did not contain the failure tested as being consistent with ASTM A213 Grade T22 boiler tubing 
specification. The similarity of the chemical composition of the failed sections suggests these sections were installed at 
the same time. When the superheater was retubed, the entire superheater assembly should have been upgraded to Grade 
T22 material. 

Related Information 

Creep and Stress Rupture Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 
728-737 

D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM 
International, 1986, p 602-627 




Corroded Pipes from Gas Generating Plant 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: After four months at a temperature of 400 to 5000 C, pipes at a gas generating plant were so heavily eroded they had to 
be replaced. Three sections of pipe, from different locations, were analyzed to determine whether mechanical wear or corrosion 
caused the damage. Samples of corrosion product from each pipe section were analyzed for carbon, sulfur, and iron and were found 
to consist mainly of iron sulfide mixed with soot and rust. The damage resulted from a high content of hydrogen sulfide in the gas 
(6% C02, 20% CO, 8 to 12% H2, 0.5 to 1.5% CH4, remainder N2). To process the coal in question, the pipes material should be a 
heat-resistant steel that contains more chromium and has greater resistance to hydrogen sulfide. 

Keywords: Corrosion products; Hydrogen sulfide; Piping 


Material: Chromium-molybdenum steel (Chromium-molybdenum alloy steel) 

Failure types: Hydrogen damage and embrittlement; High-temperature corrosion and oxidation 


Pipes from a gas generating plant producing a gas containing 6% C0 2 , 20% CO, 8 to 12% H 2 , 0.5 to 1.5% CH 4 , remainder 
N 2 , were so heavily eroded after only four months that they had to be replaced. The temperature was 400 to 500°C. The 
pipes were supposed to have been made from a chromium-molybdenum steel, probably a high temperature steel with low 
chromium content. The object of the investigation was to determine whether the damage was due to mechanical wear or 
corrosion. 


Three sections of pipe were examined. Specimen 1 from the inlet pipe of the hot gas valve had a light coloured deposit on 
the external surface which was probably fur while its inside surface was lined with a thin layer of black corrosion 
products, probably iron sulphide. Specimen 2. from the outlet pipe of the dust extractor had been reduced to a thickness of 
several tenths of a millimetre, apparently preferentially from the inside. Residues of a black corrosion product remained 
adhering to this specimen also. Specimen 3. taken from the pipe in the dust extractor was completely corroded apart from 
a few places along the welded seam. The black corrosion product had a lamellar appearance. 


A sample of the corrosion product was scratched off all the specimens and analysed for carbon, sulphur and iron. The 
following values were obtained: 


Specimen 

C % 

S % 

Fe % 

1 

9,1 

25,2 

48,5 

2 

5,7 

26,5 

50,9 

3 

5,1 

25,1 

45,1 


According to these, the corrosion product consisted mainly of iron sulphide mixed with soot and rust. 


The pipes had thus been eroded not by mechanical wear but by corrosion due to the high content of hydrogen sulphide in 
the gas. This was confirmed by metallographic examination. Figure 1 shows a section of the iron sulphide layer on 
specimen 2. The microstructure of the pipe was ferritic-pearlitic and the carbide of the pearlite was spheroidized. No 
conclusions could be drawn about the operating temperature because no information was available about the initial 
microstructure of the pipe. It is known, however, that hydrogen sulphide attacks iron strongly at 400 to 500°C with the 
formation of sulphide. 





Fig. 1 Surface microstructure of specimen 2. Etched with alcoholic picric acid. 100 x(top: corrosion product, 
bottom steel). 

It can therefore be concluded that for the processing of the high sulphur content coal in question, the pipes must be made 
of a heat resistant steel with a higher chromium content and more resistant to attack by hydrogen sulphide than the 
material used here 1. 
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Condition Assessment and Improvement of a Steam Turbine Rotor 

H. R. Jhansale and D. R. McCann, A-C Equipment Services Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Numerous flaws were detected in a steam turbine rotor during a scheduled inspection and maintenance outage. A 
fracture-mechanics-based analysis of the flaws showed that the rotor could not be safely returned to service. Material, samples from 
the bore were analyzed to evaluate the actual mechanical properties and to determine the metallurgical cause of the observed 
indications. Samples were examined in a scanning electron microscope and subjected to chemical analysis and several mechanical 
property tests, including tensile, Charpy V-notch impact, and fracture toughness. The material was found to be a typical Cr-Mo-V 
steel, and it met the property requirements. No evidence of temper embrittlement was found. The analyses showed that the 
observed flaws were present in the original forging and attributed them to lack of ingot consolidation. A series of actions, including 
overboring of the rotor to remove indications close to the surface and revision of starting procedures, were implemented to extend 
the remaining life of the rotor and ensure its fitness for continued service. 

Keywords: Cleavage; Electric power generation; Forgings; Nonmetallic inclusions 


Material: Cr-Mo-V (Chromium-molybdenum alloy steel) 


Failure types: Metalworking-related failures; Brittle fracture 


Background 

During a scheduled inspection and maintenance outage, a steam turbine rotor that had been in service for more than 30 
years was nondestructively examined. Numerous potential flaws were observed, and a fracture-mechanics-based analysis 
showed that the rotor could not be safely returned to service. 

Applications 


Steam turbine rotors are essentially large, high-speed (1800 or 3600 rev/min) rotating shafts that are part of an electric 
power generation unit. Figure 1 shows a line schematic of a single turbine rotor connected to a generator rotor in tandem 
and a cross section of the turbine rotor. In general, the arrangement could include more than one turbine and one 
generator rotor either in tandem or cross-compounded. Steam turbine rotors are driven by steam entering at high 
temperature (480 to 565 °C, or 900 to 1050 °F) and pressure, alternately passing between rotating blades mounted on the 
outside of the turbine rotor and stationary blades mounted on the inside of the turbine casing surrounding the turbine 
rotor. The turbine rotor in turn drives the generator rotor, which is housed in a stator where electricity is produced. 



(a) 


(b) 


Fig. 1 Steam turbine-generator unit, (a) Single turbine rotor connected to a generator rotor, (b) Cross section 
of the turbine rotor. 

Until recently, the majority of steam turbine rotors manufactured in the United States had an axial bore (Fig. 1). Rotor 
forging practices were not well developed until about 1960, and a central bore was required to remove unconsolidated and 
high-impurity segregated material from the center. This bore also facilitated ultrasonic inspection of the forging volume 
from the bore side for defects buried near it. Such rotors experience high centrifugal tangential stresses at the bore due to 



High-speed rotation. During cold starts, the bore region also experiences a high tangential thermal stress in tension 
because of the high temperature gradient from the periphery to the bore. 

Circumstances leading to failure 

The materials used in turbine forgings (Ni-Mo-V, Cr-Mo-V, or Ni-Cr-Mo-V steels) are susceptible to temper 
embrittlement when exposed to temperatures in the range of 315 to 480 °C (600 to 900 °F) for long periods of time. The 
degree of embrittlement depends on the amount of impurity elements, especially phosphorus and sulfur. Forgings 
manufactured prior to the development of vacuum techniques (before 1960) typically have higher impurity contents and 
hence are more susceptible to embrittlement. This means loss of fracture toughness, decrease in critical crack size, and 
increase in potential for rotor burst with continued service. 

Most turbine-generator units manufactured prior to the 1970s were designed to run continuously as base-load machines. 
However, many of these units are being used as peak-load machines to meet the current daily and seasonal fluctuations in 
power demand. These frequent start-stop operations increase the potential for fatigue damage accumulation in highly 
stressed critical locations. 

Although the actual reported number of failures is quite small (about 30 in the entire world), the consequence of such 
failures is so serious and expensive that any failure rate is unacceptable. Therefore, periodic inspection, remaining life 
assessment, and life extension if feasible have become paid of standard maintenance practice. 

Testing Procedure and Results 

Nondestructive evaluation 

Magnetic Particle and Ultrasonic Inspection. The bore profile was measured by measuring the diameter at 50 
mm (2 in.) intervals along the length, before and after honing and polishing. An illuminated borescope was used to 
observe and record any surface indications, such as scratches, inclusions, or cracks. This was followed by a wet magnetic 
particle examination to better resolve the bore surface indications. Ultrasonic examination from the bore is typically a 
computerized, automated procedure, in which multiple transducers are mounted on a rigid head that moves axially and 
circumferentially along the length of the rotors. Details of the several commercially available methods of instrumentation, 
data acquisition, and processing can be found in the literature (Ref 1, 2, 3). 

Numerous visual and magnetic particle indications were observed throughout the bore length in the highly stressed main 
body of the rotor. Many of these were crack like. The longest indication was 26.9 mm (1.06 in.). Ultrasonic examination 
revealed more than 30,000 indications, the highest density being within 50 mm (2 in.) of the bore surface. 

Condition assessment 

Because the operating temperatures of the steam turbine were below 480 °C (900 °F), creep was not considered a 
problem. Therefore, a fracture mechanics approach was used for condition assessment. Detailed discussions of this 
methodology have been published elsewhere (Ref 3, 4, 5). 

The highest bore stress was estimated to be about 330 MPa (48 ksi), corresponding to a 10% overspeed test condition that 
is periodically used. Based on the available database for the rotor materials of a vintage similar to the rotor in question, 

the fracture toughness, K Ic , was conservatively estimated to be about 39 MPa Y' / (35 ksi \/lIl.). This property was 

nonexistent at the time of rotor manufacture and hence was never previously measured. Assuming that the observed 
surface flaws were cracks, for the longest surface flaw (26.9 mm, or 1.06 in.) observed, the stress-intensity factor, K , was 

estimated to be in the range of about 46 to 59 MPa \J 11 c (42 to 54 ksi \ZlH.), depending on the depth of the crack. 
According to fracture mechanics, when the applied K equals or exceeds K lc of the material, a burst condition occurs. A 
typical critical crack size on the bore surface was estimated to be about 6.4 mm (0.25 in.) deep and 19 mm (0.75 in.) long. 
Thus, several of the large surface flaws observed were judged to be beyond the critical size. Because of the numerous 
large surface flaws and ultrasonic indications, the rotor was considered unfit for further service unless appropriate life- 
improvement measures were taken, including the following: 

• The diameter of the bore was enlarged from 81 mm (3.2 in.) to 142 mm (5.6 in.) to remove most of the harmful 
surface flaws and near-surface ultrasonic indications observed during the inspection. 

• Ring samples were removed as paid of the overbore operation to capture flaws, study their cause, and evaluate 
current mechanical and fracture toughness properties. 

• A detailed finite-element thermal and stress analysis was performed to more accurately determine the operating 
temperatures and stresses. Such techniques were either unavailable or not utilized at the time of the original 
design. 



Stalling procedures were reviewed and revised to reduce the stresses and increase metal temperature at the 
beginning of cold stalls to adequately raise the fracture toughness level. 


Surface examination 


Scanning Electron Microscopy/Fractography. Figure 2 shows the ring sample with the flaw. This sample was 
cut in half. One half was examined as a cross section, and the other half was broken open at a low temperature and 
examined in a scanning electron microscope (SEM). 

Examination of the cross section of the flaw under high magnification showed that it was an oxide filled crack with 
associated non-metallic inclusion segregates (Fig. 3). The depth of the flaw was estimated to be about 5 mm (0.2 in.). 
Because it was unknown whether the oxidation occurred during the original forging process or during service, a buried 
flaw found near the outside diameter of the ring sample was also examined. This flaw was also oxide filled, indicating 
that the flaws were probably caused by lack of ingot consolidation during forging. 



Fig. 2 Ring sample removed from bore, showing the 26.9 mm (1.06 in.) magnetic particle indications (arrow). 
Note that the indication continued on the face. 0.55x. 



Fig. 3 (a) Cross section through surface flaw revealed that it was an oxide-filled crack. The radial crack depth 
is about 5 mm (0.2 in.), llx (b) Enlargement of region 1. The crack is filled to the tip with oxides.Across- 
sectional view of the magnetic particle indication found in the ring sample shown in Fig. 2. 355x. 

Figure 4 shows an SEM view of the fracture surface of the other half of the ring sample, which was broken open at a low 
temperature. The oxide-covered flaw surface and the fresh cleavage fracture caused by low-temperature breaking are 
clearly shown. Several such examinations showed no evidence of fatigue cracking, such as striations. The transition from 
the oxidized crack to the cleavage crack was quite distinct. Based on these observations and fatigue crack growth 
calculations, it was concluded that the observed flaws were caused by lack of ingot consolidation and did not grow 
because of start-stop fatigue cycles. 


Fig. 4 Fracture surface of the magnetic particle indication found in the ring sample (Fig. 2), showing the 
oxidized flaw surface and cleavage facets caused by fracture at low temperature. No evidence of fatigue 
striations is found between the flaw and cleavage fracture. 340x. 

Mechanical properties 

A ring sample removed from a sound location was used to perform several mechanical property tests, including tensile, 
Charpy V-notch impact, and fracture toughness. Because of the limited sample size, standard specimens were fabricated 
by electron beam welding similar material attachments. This method also allowed determination of the properties in the 
proper orientation of interest—namely, the axial-radial plane of the rotor. A detailed discussion of these techniques has 
been published elsewhere (Ref 5). 

Both chemical analysis and tensile tests showed that the material was a typical Cr-Mo-V steel and met the property 
requirements. The tensile strength and 0.2% offset yield strength were 650 and 340 MPa (94 and 49 ksi), respectively. 
Elongation and reduction of area were 20 and 37%, respectively. 

The room-temperature Charpy V-notch impact energy was 12 J (9 ft . lbf), and the percent fibrous fracture appearance 
was 28%. Based on a number of Charpy impact tests at several temperatures, the fracture appearance transition 
temperature (FATT) corresponding to 50% fibrous fracture appearance was estimated to be 80 °C (180 °F). Charpy 
impact requirements did not exist when these rotors were manufactured. However, based on the accumulated database, 
the room-temperature Chaipy impact energy could be as low as 5 J (4 ft . lbf) and FATTs typically range from about 120 
to 230 °C (250 to 450 °F) or more. Therefore, this forging had better than average toughness properties. Two fracture 
toughness tests were performed at room temperature. ASTM Standard E-813, a computer-controlled unloading 
compliance method for elastic-plastic fracture tough ness (J Ic ), was used. Based on these tests and typical scatter factors, 

K ic, was evaluated to be 59 MPa \/^(54 ksi \/lTL) at room temperature. Thus, the fracture toughness tests also 
showed that the material was better than average. Because fracture toughness increases with temperature, the available 
minimum database curve was shifted upward to estimate fracture toughness at other required temperatures. 

One of the testpieces was broken at a low temperature, and the fracture surface was examined using SEM for potential 
temper embrittlement. Temper-embrittled materials exhibit intergranular cracking with typical “rock candy“-type facets, 
as shown in Fig. 5. The sample, the fracture surface of which is shown in Fig. 6, exhibited only cleavage facets and no 
evidence of temper embrittlement. 


Fig. 5 Typical "rock candy" fracture appearance with intergranular cracking exhibited by temper-embrittled 
materials. 136x. 



Fig. 6 Fracture surface of the ring sample material broken at low temperature. The fracture is essentially 
cleavage. There is no evidence of any temper embrittlement (rock candy appearance with intergranular 
cracking, as shown in Fig. 5). 408x. 

Finite-element and fracture mechanics analyses 

A general-purpose, commercially available finite-element code, ANSYS (Ref 6), was used. The rotor was modeled as a 
two-dimensional axisymmetric body. Transient and steady-state thermal and mechanical operating conditions were 
analyzed for both cold-start and hot-start procedures. According to fracture mechanics, the square of the ratio of the 
fracture toughness to applied stress (K IC /o) is approximately proportional to the critical crack size. Therefore, the rotor 
burst condition corresponds to the moment when this ratio is a minimum. A postprocessor computer program was used to 
scan the entire rotor and the load history from start-up to shutdown to determine the burst condition of the rotor. 

Under the former start-up procedure, the burst condition occurred about 0.17 h after the cold start during the initial steam 
condensation phase. The corresponding K Ic /a ratio was about 1.49. The rotor bore temperature at this moment was only 
45 °C (113 °F). This burst condition K Ic /g ratio corresponds to a critical crack depth of about 18 mm (0.7 in.). In view of 
the observed flaws and numerous ultrasonic indications, it was decided that this critical crack size was too small, and so 
the starting procedure was revised to increase the burst condition K Ic /o ratio and thus increase the critical crack size. The 
analysis also showed that the bore stress reaches approximately 370 MPa (54 ksi) after about 3 h during a cold-start 


transient when the dry steam first contacts the rotor surface. Although the K Ic /a ratio at this moment is adequate (2.46), 
the stress is beyond the yield strength. This also necessitated revision of the start-up procedure. 

The revised cold-start procedure included a prewarming of the rotor before rolling off the turning gear and a more gradual 
increase in steam flow and rotation to reduce the temperature gradient across the rotor section as well as the thermal 
stress. The procedure also allowed the rotor bore to adequately warm up and increase in fracture toughness. The finite- 
element analysis of the revised start-up procedure showed that the rotor burst condition now occurred about 7.2 h after 
cold start and that the corresponding K lc /cr ratio was about 2.58, as compared with the original value of 1.49. The 
corresponding bore temperature was about 160 °C (320 °F), and the associated fracture toughness was about 127 MPa 

V ^(115 ksi \/ill.). The burst condition critical crack size for the revised start-up procedure was about three times 
larger than the original value. The maximum peak stress was about 283 MPa (41 ksi), compared with the original 370 
MPa (54 ksi). 

In order to develop a recommended future inspection schedule, a default semicircular surface flaw 13 mm (0.5 in.) deep 
(larger than any remaining flaws) was assumed to be present in the highest stressed location. A fatigue crack growth 
analysis was performed to determine the number of startstop cycles required for this initial crack to become critical. 
Applying a suitable factor of safety to these results and using a projected frequency of future starts, it was recommended 
that the inspection should be scheduled within 7 years. 

Conclusion and Recommendations 

The nondestructive examinations and initial condition assessment based on estimated stresses and material properties 
showed that the turbine rotor had numerous potential harmful flaws and that it was unfit for continued reliable operation. 
State of-the-art finite-element and fracture mechanics techniques were utilized to more accurately assess the material 
properties, operating conditions, and remaining life of the turbine rotor. These analyses showed that the observed flaws 
were present in the original forging and did not grow due to operating stresses. Also the material in this forging had not 
embrittled in service and had better than average properties. However, the analysis indicated the need for improving the 
reliability of the rotor. The remaining life and hence the reliability were significantly improved by appropriate bore 
enlargement to remove potentially harmful flaws and by revising the start-up procedure. The improved rotor has been 
back in operation for about 6 years and is scheduled for inspection soon. 
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Cracking of High Strength Steel Piston Rod During Chrome Plating 

A. K. Das, B. M. Thippeswamy, J. Prasad, Hindustan Aeronautics Ltd. 


From: A.K. Das, B.M. Thippeswamy, J. Prasad, Some Unique Case Studies on Hydrogen Embrittlement Failures in Components Used 
in Aeronautical Industry, Corrosion Cracking (Proceedings of the Corrosion Cracking Program and Related Papers presented at the 
International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis, Salt Lake City, 
Utah, 2-6 December 1985), V.S. Goel, Ed., American Society for Metals, 1986, p 90 


Abstract: A few Cr-Mo (Fe-0.3C-3.0Cr-0.4Mo 0.4%) steel piston rods from different production batches were found identically 
cracked in the eye end near the radius after chrome plating and baking treatment. Two of them cracked in the plating stage itself 
instantly broke on slight tapping. Cracking initiated from the outer base surface of the forked eye end. The 40 mm diameter forged 
piston rods were subjected to plating after heavy machining on the part without any stress-relieving treatment. Also, time lapses 
between plating and baking were varied from 3 to 11 h. The brittle cracking along forked eye-end radius portion was attributed to 
hydrogen embrittlement that occurred during chrome plating. 

Keywords: Chromium plating; Piston rods; Residual stress 


Material: Fe-0.3C-3.0Cr-0.4Mo (Chromium-molybdenum alloy steel) 


Failure types: Hydrogen damage and embrittlement; Surface treatment related failures 


A few Cr-Mo (C 0.3%, Cr 3.0%, Mo 0.4%) steel piston rods from different production batches were found identically 
cracked in the eye end near the radius (Fig. 1) after chrome plating and baking treatment. Two of them cracked in the 
plating stage itself instantly broke on slight tapping. Cracking was found to have initiated from the outer base surface of 
the forked eye end (i.e. from the plated side, the inner surface of the eye ends being masked). It was ascertained during 
investigation that 40 mm. diameter forged piston rods were subjected to plating after carrying out heavy machining on the 
part without any stress-relieving treatment. Also, time lapses between plating and baking were noted to vary from 3 to 11 
hours. 



Fig. 1 Cracking of the eye end portion near the radius, at x 0.75. 

Macroexamination revealed numerous tiny blisters all over the bright chrome plated piston rod surface. On examination 
under stereoscopic microscope, fracture showed identically coarse, irregular crystalline (brittle) surface features, typical 
of intercrystalline failures (Fig. 2). 



Fig. 2 Coarse, irregular crystalline surface features, at x 2. 

Microexamination of a section across the fractures revealed intergranular cracking with lifting up of crystals in places, 
characteristics of a sudden intergranular mode of failure (Fig. 3). 



Fig. 3 Lifting up of crystals in the microstructure, at x 100 

Scanning electron micropic examination of the same fracture confirmed cracking of intergranular mode along with 
transcrystal line fracture structure of micro-quasi-cleavage type, as indicated by the presence of 'botanical appearance' 3 
resembling curved leaves (Fig. 4) — a feature suggestive of failure under hydrogen embrittlement. 



Fig. 4 Fracture with botanical appearance resembling curved leaves under SEM examination, at x 450 
Chemical composition and microstructure of the piston rod material were found satisfactory as per specification. 
Flowever, strengthwise the piston rods that failed during plating and after baking showed slightly higher hardness values 
compared to the drawing requirement. The failed piston rod was also subjected to instrumental gas analysis and the 
hydrogen gas content was found to be of the order of 18 ppm. 

Summary and Conclusions 

A number of Cr-Mo steel piston rods got cracked during chrome plating and some after baking treatment. A detailed 
investigation was undertaken to pinpoint the source of cracking with the aid of optical as well as scanning electron 
microscope including gas analysis. Based on the investigation results and observations, the brittle cracking along forked 
eye-end radius portion was attributed to hydrogen embrittlement occuring during chrome plating process. In this 
connection, the following factors were believed to be primarily responsible for enhancement of hydrogen gas absoiption 
leading to instant cracking in extreme cases, (i) presence of high residual stresses in the part, particularly in the location of 
complex shaped thin forged eye-end radius zone due to removal of heavy mass by machining in the heat-treated 
condition; (ii) presence of numerous tiny gas bubbles/blisters all over the surface of the affected parts noticed prior to 



baking indicating higher degree of gas absoiption; (iii) time lapse between plating and baking for different batches 
facilitating chances of hydrogen embrittlement; and (iv) Hydrogen content of the order of 18 ppm being sufficient enough 
to cause hydrogen embrittlement cracking without any external stress. 


Reference 

1. Metals Hand Book 8th edition Vol.9 p.186, American Society for Metals,Ohio (1974) 

2. Lothar Engle and Hermann Klesigele “An Atlas of Metal Damage” (English version), p.121, 122 & 123, Wolfe 
Publishing Ltd., Conway Street, London (1981) 

3. Lothar Engle and Hermann Klesigele “An Atlas of Metal Damage” (English version), p.121, 122 & 123, Wolfe 
Publishing Ltd., Conway Street, London (1981) 

4. Lothar Engle and Hermann Klesigele “An Atlas of Metal Damage” (English version), p.121, 122 & 123, Wolfe 
Publishing Ltd., Conway Street, London (1981) 

Related Information 

Hydrogen Damage and Embrittlement, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 809-822 

Broken Structural Bolt 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Two bolts from the stressed structure of a church building that had broken during stressing were examined to establish 
the cause of fracture. The fracture of one of the first bolt occurred in a double-Vee groove weld whose root was not completely 
welded. The second bolt had cracked outside of the weld seam closely under the head. Neither one had been particularly deformed 
before fracture. The composition of the head pieces corresponded approximately to the manganese steel 19 Mn 5 (Material No. 1 
0845), a weldable construction steel with increased yield point and strength, while the shafts were made from 42CrMo4 Cr-Mo steel 
(Material No. 1.7225) according to DIN 17200. It was found that the bolts were not made from the alloy steel suitable for this 
purpose, but were welded together without planning of two steels unsuitable for this purpose, one of which had too low strength. 
The austenitic weld seams showed hot tears and were not welded through to the root. Also, the pieces were not preheated before 
welding, so that stress cracks occurred in the transition zones. The second bolt was overstressed during the impact caused by the 
breaking of the first bolt. 

Keywords: Bolts; Hot tears; Welded joints 


Materials: Fe-0.41C-l.10Cr-0.19Mo (Chromium-molybdenum alloy steel); Fe-0.19C-l.50Mn (High-manganese carbon steel) 


Failure type: Joining-related failures 


Two bolts from the stressed structure of a church building that had broken during stressing were examined to establish the 
cause of fracture. They had been ordered made of sigma steel 60-90, which is a heat treated low ahoy structural steel with 
a yield point of at least 60 kp/mm 2 and a strength of 90 to 100 kp/mm 2 . 

The fracture of one of the bolts (1) showed that it had occurred in a double-Vee groove weld whose root was not 
completely welded (Lig. 1). The machining grooves at the end face of the head piece could still be seen in the center. 
Tinting of the fracture proved that the seam had cracked while exposed to heat. The other bolt (2) had cracked outside of 
the weld seam closely under the head. The fracture had a slightly fibrous structure (Lig. 2). Neither one had been 
particularly deformed before fracture. Ligs. 3 and 4 are lateral views of the bolts. The surface has been etched with copper 
ammonium chloride solution in order to bring out the weld seam. The weld rod material has not been attacked by the 
etchant, and therefore is highly alloyed. The unbroken weld seam of the second bolt was also not dense and had cracked. 
The welded-on head piece was shorter in this bolt than in the first. 




Fig. 2 Fracture of bolt 2. 2 x 



Fig. 3 Bolt No. 1. Lateral views, surface etched according to Heyn. 1 x 





Fig. 4 Bolt No. 2. Lateral views, surface etched according to Heyn. 1 x 


Spectroscopic examination showed that the head pieces were made of manganese steel and the shafts of a chro mi um- 
molybdenum steel. Chemical analysis of bolt No. 2 showed th e following values: 



C % 

Si % 

Mn % 

P% 

S % 

Cr % 

Mo % 

Head 

0,19 

0,50 

1,50 

0,026 

0,034 

0 

0 

Shaft 

0,41 

0,20 

0,58 

0,012 

0,012 

1,10 

0,19 


Thus the composition of the head piece corresponded approximately to the manganese steel 19 Mn 5 (Material No. 1 
0845), a weldable construction steel with increased yield point and strength, while the shaft was made from a chromium- 
molybdenum sleet of 42 CrMo 4 (Material No. 1 7225) according to DIN 17200. 

Figs. 5 and 6 show the longitudinal sections through the weld seams, located in such a way that in one case the double- 
Vee seam had been cut through its entire width (Fig. 5) while in the other case only the root was cut across (Fig. 6). This 
also remained completely open in the second bolt. It can be seen already from the macroetching that the head pieces have 
been machined from the billets or plate in such a way that the fiber runs transversely to the direction of principal stress. 
Toughness is thus lowered considerably. 




Fig. 5 Bolt No. 1. Longitudinal sections etched according to Heyn. 2 x 



Fig. 6 Bolt No. 2, section plane turned 90°. Longitudinal sections etched according to Heyn. 2 x 
According to the fine microstructure the head pieces were untreated or normalized (Fig. 7), while the shafts were heat 
treated (Fig. 8). The previously mentioned unfavorable fiber direction of these pieces can also be seen from the secondary 
banded structure. The weld seams consisted of austenitic steel. They were permeated with hot tears (Fig. 9) as could be 
concluded already from the heat tinting of the fractures. The transition zones were hardened martensitically on both sides 
and had fractured in places due to transformation stresses (Fig. 10). 





Fig. 8 Shafts. Microstructure of bolts, longitudinal sections, etch: IMital. 500 x 




Fig. 9 Microstructure of weld seams, etch: V2A-pickling solution. 50 x 










Fig. 10 Microstructure of transition zone with stress crack. Longitudinal section, etch: Nital. 100 x 
The head pieces had a hardness of (HB 10/300/30) 179 to 186, or 167 to 168 kp/mm 2 , respectively, corresponding to a 
strength of 62 or 57 kp/mm 2 . Tensile test results with the heat treated shafts averaged 97 kp/mm 2 yield point, 109 kp/mm 2 
tensile strength. 16% elongation (S 5 ) and 62% reduction in area. These are normal values for the steel used. 

The investigation showed that in this construction almost all errors that could be made had indeed been made, namely: 

1. The bolts were not made from the alloy steel suitable for this puipose, but were welded together without planning 
of two steels unsuitable for this puipose, one of which had too low strength. 

2. The austenitic weld seams showed hot tears and were not welded through to the root. 

3. The pieces were not preheated before welding, a necessity in view of the strong hardenability of the steel, and 
they therefore had cooled too fast after welding, so that stress cracks had occurred in the transition zones. 

This explains the fracture of bolt No.l. 

Bolt No.2 very likely was overstressed during the impact caused by the breaking of the bolt No. 1. Its fracture was 
furthermore promoted by the unfavorable fiber direction due to wrong machining from the preformed material. 

Related Information 
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An Example of Decarburisation in Alloy Steels and Its Effect on Further 
Processing 

P. K. Chatterjee, Ministry of Defense, Controllerate of Inspection (Metals) 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: One percent Cr-Mo low alloy constructional steel is widely used for high tensile applications, e.g., for manufacture of high 
tensile fasteners, heat treated shafts and axles, for automobile applications such as track pins for high duty tracked vehicles etc. The 
steel is fairly through hardening and heat treatment does not present any serious difficulty, care is still required in processing to 
avoid decarburization. In an application of track pins for tracked vehicles, bars about 22 mm diameter were required in heat treated 
and centerless-ground condition prior to induction hardening of the surface. Indifferent results were obtained in induction hardening; 
cracks were noticed and patchy hardness figures were obtained on the final product in several batches. Metallographic examination 
of transverse sections through the defective areas showed decarburization to varying degrees, i.e., from partial to total 
decarburization. Observations suggested the defects originated at the stages of ingot making and rolling. This was apparently the 
reason for complete decarburization of the area with original surface defect which opened up further in the oxidizing atmosphere of 
the furnace with low melting clinkers from scale and furnace lining filling up the crevice of the original defect. 

Keywords: Decarburizing; Ingots; Nonmetallic inclusions; Rolling 


Material: Fe-0.4C-0.73Mn-l.15Cr-0.28Mo (Chromium-molybdenum alloy steel) 


Failure type: (Other, general, or unspecified) processing-related failures 


Case history 

One percent Chromium-Molybdenum steel a low alloy constructional steel is very widely used for high tensile 
applications e.g. for manufacture of high tensile fasteners, heat treated shafts and axles, for automobile applications such 
as track pins for high duty tracked vehicles etc. The steel is fairly through hardening and heat treatment does not present 
any serious difficulty. It is also amenable to induction hardening and can therefore be harnessed in applications where 
high core strength and toughness and very high hardness on surface are required. However care is still required in 
processing to avoid decarburisation. In applications requiring induction hardening of the outer layers, this may present 
defects making the components unacceptable. 

In an application of track pins for tracked vehicles, bars about 22 mm die were required in heat treated and centreless 
ground condition prior to induction hardening of the surface. Indifferent results were obtained in induction hardening; 
cracks were noticed and patchy hardness figures were obtained on the final product in several batches. The details of 
chemical analysis and mechanica l strength on the bulk as obtained, are given below: 


Chemical Composition (wt.-%) 

Carbon 

0.40 

Manganese 

0.73 

Chromium 

1.15 

Molybdenum 

0.28 


Mechanical properties 


(on heat treated bars intended for induction hardening) 




Yield 

70 kp/rnm 2 

Ultimate tensile strength 

88 kp/rnm 2 

Elongation 

18.0% 

Impact 

45.52 ft lbs (Izod) 


The stock when examined by magnaflux method revealed presence of longitudinal cracks of varying lengths, the longer 
ones being 100 mm in length and smaller ones about 10 to 20 mm. The cracks were not continuous but in the same line. It 
was apparent the defective areas were continuous but in some areas the cracks were removed in centreless grinding, 
which might be due to the greater depth of the defect in some regions or greater depth of the material having been 
removed in machining or in centreless grinding. The observations of the magnetic crack detection test were confirmed by 
deep etch test in 10% hydrochloric acid. 

Metallographic examination of transverse sections through the defective areas showed decarburisation to varying degrees 
i.e. from partial to total decarburisation. Photomicrographs in Fig. 1 and 2 show partial and complete decarburisation 












Fig. 2 Slag entrapment in totally decarburised area. 150x 

Conclusion 

The observations suggest the defects to have originated at the stages of ingot making and rolling. The surface defect with 
shorter depth and relatively sharp outline (Fig. 1) is apparently a crack from original ingot/bloom stage gradually enlarged 
in rolling/heat treatment. The defect in Fig. 2 with irregular contour and greater width is suggestive of entrapment of 
slag/oxides inclusion. The widening of the outline might have been caused by oxidation of an initially present fissure 
which was filled up by low melting oxides (clinkers) in the furnace bed. This is apparently the reason for complete 
decarburisation of the area with original surface defect which opened up further in the oxidising atmosphere of the 
furnace with low melting clinkers from scale and furnace lining filling up the crevice of the original defect. 

The microscopic examination furnished the clue and solution to problem of patchy hardness in induction hardening due to 
decarburisation of the outer surfaces, and shows the importance of this simple yet powerful tool of the metallurgical 
microscope in the hands of a Works Metallurgist. The photomicrographs are good examples of partial and total 
decarburisation not easy to come by in alloy steels containing carbide forming elements. 


Related Information 
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Fatigue Failures of Connecting Bolts in a Truck Crane 

Yoshio Kitsunai and Yutaka Maeda, National Research Institute of Industrial Safety 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: JIS SCM435 steel bolts that connected the slewing ring to the base carrier on a truck crane failed during the lifting of steel 
piles. The bolts were double-ended stud types and had been in operation for 5600 h. Failure occurred in the root of the external 
thread that was in contact with the first internal thread in the slewing ring. Examination of plastic carbon replicas indicated that 
failure was the result of fatigue action. Failure was attributed to overloading during service and increased stress concentration on a 
few bolts due to nonuniform separations around the slewing ring. A design change to achieve equal separation between bolt holes 
was recommended. 

Keywords: Bolting; Gears; Piles; Studs 


Material: JIS SCM435 (Chromium-molybdenum alloy steel) 


Failure type: Fatigue fracture 


Background 

JIS SCM435 steel bolts that connected the slewing ring to the base carrier on a truck crane failed during the lifting of steel 
piles. 

Applications 

Truck cranes are widely used in construction and hoisting operations because of their mobility. The requirements for such 
mobility demand that the structural components and associated equipment in the crane often be reduced in weight. In 
contrast, operating rates of truck cranes have tended to increase over those of ten years ago. Accordingly, the margin for 
the strength of the components is not always sufficient, and damage or failure sometimes occurs. It has been shown that 
most truck cranes are damaged within ten years (Ref 1). Failure or damage is usually associated with fatigue, because 
truck cranes are generally subjected to severe cyclic loading in service. 

Circumstances leading to failure 

When steel piles being driven into the ground at a construction site were drawn out using a truck crane with a hoisting 
capacity of 300 kN (34 tonf), the crane suddenly collapsed, and the upper revolving structure, including a boom and an 
operation room, fell to the ground. The operator was not injured. The crane had been in use for approximately 10 years. 
Five years before, it was found that several connecting bolts had failed and fallen out from the base carrier. At that time, 
all connecting bolts were replaced with new ones. After replacement of the bolts, the crane was operated approximately 
800 days (5600 h) before failure. 

The crane collapsed because of the fracture of the bolts that connected the slewing ring to the base carrier. The upper 
revolving structure rotated on a steel slewing gear ring, which was bolted to the base carrier with 32 high-strength bolts. 
The structure of the slewing ring system is shown in Fig. 1. The bolts that failed, a double-ended type of stud, were 20 
mm (0.8 in.) in diameter (M20), had an effective thread of 40 mm (1.6 in.), and had a total length of 175 mm (7 in.). The 
pitch of the screw of the bolt was 1.5 mm (0.06 in.) on one side and 2.0 mm (0.08 in.) on the other. The bolts failed at the 
root of the external thread that was in contact with the first internal thread in the slewing ring. The connecting bolt failure 
is shown in Fig. 2. 




Fig. 2 Failed connecting bolt 

Testing Procedure and Results 

Surface examination 

Visual. The fractured surfaces of some of the failed bolts were covered completely with beach marks, which are 
characteristic of fatigue cracking (Fig. 3). The other fracture morphology of the bolts was terminal tensile fracture, as 
indicated by the characteristics of sudden shear overloading. Short fatigue cracks were found in most of the bolts that 
finally failed by shear (Fig. 4). 














Fig. 3 Macroscopic view of the fracture surface of a bolt that failed completely by fatigue cracking by fatigue 
cracking 



Fig. 4 Macroscopic view of fractured surface of a bolt that failed by fatigue cracking and terminal shear 
fracture. Areas F and H show fatigue shear fracture zones, respectively. 

The relationship between the area percentage of fatigue cracking in each bolt and its location on the slewing ring is shown 
in Fig. 5. The bolt number on the abscissa, which shows the location of the bolt, was defined as the number when 
counting clockwise from the bolt located at approximately 12 o'clock on the slewing ring (Fig. 6). The bolts with area 
percentages of fatigue cracking more than 40% are in the first and second quadrants in Fig. 6, while the bolts primarily in 




Area percentage (%) 


the third and fourth quadrants. These results suggested that the fatigue failures of several bolts occurred in the first and 
second quadrants and that the remaining bolts failed, mainly by tensile shear fracture because of the resulting overloading. 




Fig. 6 Relationship between bolt number and location of the bolt on the slewing ring .Note the separations of 
the bolt holes. For example, the separation between the No. 4 and 5 boltholes is larger than that between the 
No. 5 and 6 boltholes. 







Electron Microscopy. The fracture surfaces of the bolts were replicated by the plastic carbon method, and the replicas 
were examined with a transmission electron microscope (TEM). The fracture surfaces were also observed using a 
scanning electron microscope (SEM). Examination revealed abundant fatigue striations (Fig. 7), except for the bolts that 
failed mainly by shear. This verified that the primary cause of the failures was fatigue action. A large scatter of striation 
spacings was observed. Small striations with regular spacings and large striations with dimples were often alternately 
formed on the fracture surface (Fig. 8), which suggested that the connecting bolts were subjected to large variable - 


Fig. 7 Fractograph showing striations formed on the fracture surface of a bolt 


Fig. 8 Fractograph showing striations and dimples formed on the fracture surface of a bolt. Areas S and L 
indicate small and large striations, respectively 

Metallography 


Microstructural Analysis. The microstructure of a typical bolt, tempered martensite, is shown in Fig. 9. No 
microstructural defects were observed. 


Fig. 9 Microstructure of the failed bolt 


Chemical analysis/identification 

The chemical composition of a failed bolt was determined by spectral analysis. The results—0.45% C, 0.17% Si, 0.68% 
Mn, 0.011% S, 1.05% Cr, and 0.18% Mo—satisfied the requirements of J1S SCM435. 

Mechanical Properties 

Hardness. Microhardness testing using a 300 g load was conducted along the longitudinal section of a failed bolt. 
Hardness ranged from 357 to 381 HV. 

Tensile Properties. Based on the Vickers hardness results, the tensile strength of the bolt material was approximately 
1200 MPa (175 ksi). 

Fatigue Properties. Fatigue testing of an unfailed bolt was performed under tension-tension cyclic loading with a 
stress ratio of 0.05 (Fig. 10). The fatigue limit was approximately 50 MPa (7 ksi). 



Fig. 10 S-N curve for the same type of bolts as those that failed in service 

Stress analysis 

It has been shown that the striation spacing in various materials is given by the following relationship (Ref 2): 

S = 9.4 (1 - v 2 ) (AK/E) 2 


(Eql) 



where S is striation spacing, and v is Poisson's ratio A K is stress-intensity factor range, and E is Young’s modulus. 

The stress amplitude applied to the bolts was estimated using Eq 1 and 2. To determine S, small striations with regular 
spacings were measured. These striations were chosen only because the spacing of larger striations with dimples varied 
widely. 

The stress-intensity factor range for a surface crack in a bolt subjected to cyclic tension was estimated using the relation 
of Murakami et al. (Ref 3): 


£=0.650 A a lUm 



(Eq 2) 


where A am is the total stress range in a given stress cycle and A is the projected area of the crack. 

The total stress range calculated by Eq 1 and 2 is shown in Table 1. The crack depth, a, in Table 1 was measured from the 
root of the thread. The total stress range from striation spacing was about 300 MPa (44 ksi). Therefore, the stress 
amplitude was about 150 MPa (22 ksi), which exceeded the fatigue limit of the bolts (about 50 MPa, or 7 ksi), as shown 
in Fig. 10. 


Table 1 Stress range estimated from striation spacing on a failed bolt 



The bolts in the slewing ring were subjected to tensile or compressive loading, depending on the revolving direction of 
the boom. To measure the stresses acting on the bolts in the slewing ring, -element close-strain gages were glued onto 
bolts at diametrically opposite locations (Fig. 11). The bolts with strain gages on them were attached to a slewing ring of 
the same type of truck crane as the failed one. Before measurement, the initial tightening force was adjusted to 470 + 20 
MPa (68 ± 3 ksi) in all the bolts. 




Section A-A Section B-B 


Fig. 11 Schematic of the bolt used for stress measurement 

Measurements were earned out under the following two conditions: (1) hoisting a dead weight of 103 kN (12 tonf) by the 
crane, which corresponds to the rated load at the working radius of the crane and (2) a similar operating conditions, that 
is, drawing a steel pile from the ground by the crane. When the dead weight was hoisted by the crane, the stress acting on 
each bolt was found to be as shown in Fig. 12. The No. 29 bolt was subjected to a tensile stress of about 220 MPa (32 
ksi), and a compressive stress of about 120 MPa (17 ksi) in addition to the initial tightening stress. The stress amplitude 
acting on the No. 29 bolt reached about 170 MPa (25 ksi), which exceeded the 50 MPa (7 ksi) fatigue limit of the bolt, 
even when just the rated load was applied. Therefore, it was again confirmed that the bolt failed by fatigue. 
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Fig. 12 Results of the stress measurements of bolts in the slewing ring of a truck crane while the rated load 
was hoisted., stress measured as the weight was hoisted at the rear of thecrane.,stress measured as the weight 
was hoisted in front of the crane 









Figure shows the stress of the bolts measured when the pile located at the rear of the crane was drawn out from the 
ground. Stress measurements were conducted both with and without use of a vibrohammer, a machine used to vibrate the 
pile. It was difficult to measure the stresses on all the bolts, because the instruments needed for the dynamic strain 
measurements were limited in number. Remarkably high stresses, reaching approximately the tensile strength of the bolts, 
acted on the No. 4 and 29 bolts while the pile was drawn out directly without the use of the vibrohammer. The locations 
of these bolts corresponded to the locations of bolts with a high area percentage of fatigue cracking, as shown in Fig. 5. 
There was a hu ger separation between the No. 4 and 5 bolts and between the No. 28 and 29 bolts, as compared with the 
separation between the bolts subjected to relatively low stresses, as shown in Fig. 6. These larger separations were due to 
the structure of the truck crane, because the carrier frame prevented the use of boltholes. When a pile was drawn out using 
a vibrohammer, the stress acting on the bolt was found to decrease slightly compared with the stress obtained without the 
use of a vibrohammer, as shown in Fig. 13. When the crane collapsed, a vibrohammer was not being used. 
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Fig. 13 Results of the stress measurements of bolts in the slewing ring of a truck crane under simulated 
service conditions 

Conclusion and Recommendations 

Most probable cause 

The collapse of the truck crane was caused by fatigue failures of the bolts connecting the slewing ring to the base carrier. 
The fatigue failures resulted from overloading during service and from increased stress concentrations on a few bolts due 
to nonuniform separations around the slewing ring. 

Remedial action 

To prevent such failures, the pitch of the bolthole should be at the same distance on the slewing ring to avoid the stress 
concentration for some of the bolts. Moreover, the stiffness of the base carrier attached to the slewing ring should be 
increased. Although only a slight decrease in stress was obtained by using a vibrohammer, its use may be advantageous 
under other hoisting conditions. 
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Failure of a Thick-Wall Alloy Steel Pressure Vessel Caused by Cracks in Weld 
HAZ. 


From: Brittle Fracture of a Thick Walled Pressure Vessel, BWRA Bull., Vol 7 (No. 6), June 1966, as published in R.T. King, Failures of 
Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 643-669 


Abstract: A large pressure vessel designed for use in an ammonia plant failed during hydrostatic testing. It was fabricated from ten 
manganese-chromium-nickel-molybdenum-vanadium steel plates which were rolled and welded to form ten cylindrical shell sections 
and three forgings of similar composition. The fracture surfaces were metallographically examined to be typical for brittle steel 
fracture and associated with the circumferential weld that joined the flange forging to the first shell section. Featureless facets in the 
HAZ were observed and were revealed to be the fracture-initiation sites. Pronounced banding in the structure of the flange forging 
was revealed by examination. A greater susceptibility to cracking was interpreted from the higher hardenability found within the 
bands. Stress relief was concluded to have not been performed at the specified temperature level (by hardness and impact tests) 
which caused the formation of hard spots. The mode of crack propagation was established by microstructural examination to be 
transgranular cleavage. It was concluded that failure of the pressure vessel stemmed from the formation of transverse fabrication 
cracks in the HAZ fostered by presence of hard spots. It was recommended that normalizing and tempering temperatures be 
modified and a revised forging practice should be explored. 

Keywords: Heat affected zone; Pressure vessels; Residual stress; Stress relieving 
Material: Mn-Cr-Mo-V steel (Chromium-molybdenum alloy steel) 


Failure types: Transgranular fracture; Joining-related failures 


A large pressure vessel (Fig. la) designed for use in an ammonia plant at a pressure of 35 MPa (5.1 ksi) at 120 °C (250 
°F) failed at 34 MPa (5.0 ksi) during hydrostatic testing. The intended maximum test pressure was 48 MPa (6.95 ksi). The 

1 J_ 

vessel weighed 166 Mg (1832 ton), measured 18.2 m (59 ft, 8l6 in.) in overall length, and had an outside diameter of 2.0 
? 7 

m (6 ft, 64 in.). It was fabricated from ten manganese-chromium-nickel-molybdenum-vanadium steel plates 150 mm (55 
in.) thick, which were rolled and welded to form ten cylindrical shell sections and three forgings of similar composition. 
The forgings formed two end closures and a flange for attaching one of the forged end closures to the vessel. 
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Fig. 1 Large thick-wall pressure vessel that failed because of cracking in weld HAZ. (a) Configuration and 
dimensions (given in inches), (b) Shattered vessel, (c) General appearance of one fracture surface; arrow 
points to facet at fracture origin, (d) Enlarged view of region at arrow in (c). 5.5x. (e) Charpy V-notch impact- 
strength values of specimens from weld area, both as-fractured and after retempering at 650 °C (1200 °F) for 
6 h. Source: Ref 1 

The failure did extensive damage to one end forging and three adjacent shell sections. Four large pieces were blown from 

the vessel; the largest, weighing about 2 Mg (24 ton), penetrated the shop wall and traveled a total distance of 46 m (152 
ft). Pieces of the failed vessel are shown in Fig. 1(b). 

Fabrication History. The cylindrical shell sections were hot formed so that the rolling direction of the plates was 
perpendicular to the axis of the vessel. All plates were supplied in the normalized-and-tempered condition. The forgings 
were annealed, normalized, and tempered at 645 °C (1195 °F) to obtain the desired mechanical properties. 

The longitudinal seams in the cylindrical shells were electroslag welded, and the welds were ground to match the 
curvature of the shell. The cylindrical shell sections were heated at 900 to 950 °C (1650 to 1740 °F) for 4 h, rounded in 
the rolls within that temperature range, and then cooled in still air for examination of the seams. 







Circumferential welding was done by the submerged arc process, using preheating at 200 °C (390 °F). Each subassembly 
was stress relieved by being heated to 620 to 660 °C (1150 to 1220 °F) for 6 h. 

Final joining of the three subassemblies followed the same welding procedures except that localized heating for stress 
relief was employed. During various stages of manufacture, all seams were examined by gamma radiography, automatic 
and manual ultrasonic testing, and magnetic-particle inspection. 

Hydraulic Testing. The vessel was closed at the top, and water was admitted to the vessel through a fitting in the 

cover plate until the vent that was within 3 mm (3 in.) of the inside surface at the top showed a full-bore discharge of 
water, at which time it was blanked off. The specified hydrostatic proof test called for a pressure of 48 MPa (6.95 ksi) at 
an ambient temperature of not less than 7 °C (45 °F). 

At 34 MPa (5.0 ksi), the customary halt was made, and about 30 s later, the flange end of the vessel exploded without 
warning. The flange forging was found to be cracked completely through in two locations, and the first two cylindrical 
sections were totally shattered. 

Metallurgical Examination. The fracture surfaces were typical for brittle steel fracture. There were two points of 
origin, both associated with the circumferential weld that joined the flange forging to the first shell section. 

The general appearance of one fracture surface of the flange forging is shown in Fig. 1(c). The arrow near the center 
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indicates a flat facet (with major dimensions of roughly 9 mm, or 3in.) approximately 14 mm (16 in.) below the outer 
surface of the vessel, which was partly in the HAZ on the forging side of the circumferential seam weld. Figure 1(d) 
shows an enlarged view of the region containing this facet. A slightly larger facet was found on another fracture surface 

I 

of the flange, near a fracture origin 11 mm (16 in.) below the outer surface. This facet was also situated partly on the 
forging side of the HAZ. These flat, featureless facets in the HAZ were the fracture-initiation sites. 

Metallographic examination revealed that the structure immediately below each facet in the HAZ was a mixture of bainite 
and austenite having a hardness (1 -kg load) of 426 to 460 HV. Elsewhere, the structure of the HAZ was coarse and jagged 
bainite with a hardness of 313 to 363 HV. 

Examination of a section transverse to the weld disclosed that the structure of the flange forging contained pronounced 
banding, whereas the plate did not. The structure between the bands (and away from the weld) consisted of ferrite and 
pearlite with a hardness of 180 to 200 HV (10-kg load). In the bands, the structure was upper bainite with a hardness of 
251 to 265 HV. Specimens cut from this area were austenitized at 950 °C (1740 °F) and quenched in a 10% solution of 
NaOH in water to produce pure martensite. A Vickers hardness traverse (1 -kg load) across a band showed average values 
of 507 on one side of the band, 549 within the band, and 488 on the other side. A microprobe scan across the banded area 
showed the following differences in chemical composition: 1.56% Mn outside the band, 1.94% within it; 0.70% Cr 
outside, 0.81% within; and 0.23% Mo outside, 0.35% within. These differences indicated higher hardenability within the 
bands, which suggested a greater susceptibility to cracking, especially where the bands met the HAZ of the 
circumferential weld. 

The hard spots within the forging suggested that during stress relief the vessel had not actually attained the specified 
temperature. To check this, specimens from the HAZ were accordingly heated to a variety of tempering temperatures to 
observe at what point softening would occur. Vickers hardness tests (1-kg load) on hard-spot specimens showed no 
deviation from the as-failed hardness scatter band for temperatures up to 550 °C (1020 °F), but gave definitely lower 
values after retempering at or above 600 °C (1110 °F). A similar behavior occurred in specimens taken outside the hard 
spots. It was therefore concluded that stress relief had not been performed at the specified temperature level. 

Other studies of microstructure established that the mode of crack propagation was transgranular cleavage, which 
occurred not only in prior-austenite grains but also in ferrite grains and pearl ite colonies. Branching and subsidiary cracks 
were also found, all very close to the main fracture surface. The distance from the fracture to the crack farthest away from 
it was 0.5 mm (0.020 in.). 

To further investigate the effect of the stress relief on the properties of the vessel, standard Chaipy V-notch specimens 
were prepared from the flange forging, the plate, and the weld. All specimens were oriented with their length parallel to 
the circumference of the vessel so that the induced fractures would be parallel to the main fracture. Tests were performed 
on as-received vessel material over the temperature range of -10 to 100 °C (15 to 212 °F), yielding impact values that met 
the specifications for the forging and plate, but the weld metal exhibited inferior impact strength (lower curve, Fig. le). 
None of the materials displayed a sufficient capacity for energy absorption (41 J, or 30 ft • lb, for the forging; 69 J, or 51 
ft • lb, for the plate; and 16 J, or 12 ft • lb, for the weld) to have arrested the crack propagation that led to failure of the 
pressure vessel. Other specimens of the weld metal, which were retempered at 650 °C (1200 °F) for 6 h and tested over 
the same temperature range as those discussed above, showed a marked improvement in impact strength at or above 20 
°C (70 °F) (upper curve, Fig. le). This confirmed the previous deduction that the stress relief of the vessel was at a lower 
temperature than the specified temperature. 

Conclusions. Failure of the pressure vessel stemmed from the formation of transverse fabrication cracks in the HAZ of 
the circumferential weld joining the flange forging to the first shell section. The occurrence of the cracks was fostered by 
the presence of bands of alloying-element segregation in the forging, which had created hard spots, particularly where 



they met the HAZ. Stress relief of the vessel had been inadequate, leaving residual stresses and hard spots and providing 
low notch ductility, especially in the weld. 

Recommendations. The final normalizing temperature should be AC 3 + 50 °C (Ac 3 + 90 °F), and the tempering 
temperature should be 650 °C (1200 °F), where Ac 3 represents the temperature at which transformation of ferrite to 
austenite is complete during heating. After completion of each seam weld, the weld preheat should be continued for a 
short distance along the seam. The critical flaw size for this alloy and section thickness should be determined by fracture 
mechanics, and the capacity of available nondestructive testing methods for detecting flaws of this size should be 
assessed. The possible benefits of a more effective solution treatment or a revised forging practice should be explored to 
eliminate the banding in the flange forging. 
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Fatigue Fracture of a 6150 Steel Main Shaft in a Coal Pulverizer 

From: D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 459-482 


Abstract: After being in service for 10 years the ball-and-race coal pulverizer was investigated after noises were noted in it. Its 
lower grinding ring was attached to the 6150 normalized steel outer main shaft while the upper grinding ring was suspended by 
springs from a spider attached to the shaft. A circumferential crack in the main shaft at an abrupt change in shaft diameter just 
below the upper radial bearing was revealed by visual examination. The smaller end of the shaft was found to be slightly eccentric 
with the remainder when the shaft was set up in a lathe to machine out the crack for repair welding. The crack was opened by 
striking the small end of the shaft and the shaft was broken 1.3 cm away from the crack in the process. A previous fracture that 
resulted from torsional loading acting along a plane of maximum shear was revealed almost perpendicular to the axis of the shaft. 
Faint lines parallel to the visible crack thought to be fatigue cracks were revealed on examination of the machined surface. The shaft 
was repaired by welding a new section and machined to required diameters and tapers to avoid abrupt changes. 

Keywords: Eccentricity; Friction welding 


Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 


Failure type: Fatigue fracture 


Unusual noises were noted by the operator of a ball-and-race coal pulverizer (shown schematically in Fig. la), and the 
unit was taken out of service to investigate the cause. The pulverizer had been in service for ten years. 




Fig. 1 6150 steel coal pulverizer shaft that failed by fatigue. (Left) Section through pulverizer showing the 
inner main shaft that fractured, repaired itself by friction welding, and fractured a second time. (Right) 
Photograph of the friction welded surface 

The lower grinding ring of the pulverizer was attached to the outer main shaft (Fig. 1. left side). The upper grinding ring 
was suspended by springs from a spider that was attached to the main shaft. The weight of the upper grinding ring and the 
load imposed by the springs resulted in a total force of 8165 kg (18,000 lb) on the pulverizer balls. The shaft was made of 
6150 steel normalized to a hardness of about 285 FIB. 

Investigation. Visual examination of the shaft revealed a circumferential crack in the main shaft just below the upper 
radial bearing at an abrupt change in shaft diameter. The shaft was set up in a lathe to machine out the crack for repair 
welding, and the smaller end (17.8 cm, or 7 in., in diameter) was found to be slightly eccentric with the remainder of the 
shaft. The crack did not disappear after a 6.3-mm (0.25-in.) deep cut, and the crack was opened by striking the small end 
of the shaft. The shaft broke about 1.3 cm (0.5 in.) from the crack. Examination of the fracture surface (Fig. 1, right side) 
revealed a previous fracture, almost perpendicular to the axis of the shaft, that resulted from torsional loading acting along 
a plane of maximum shear. 

Although the shaft operated at the relatively low speed of 82 rpm, the weight of the upper portion of the shaft, the spider, 
and the upper ring caused the shaft to repair itself by friction welding in a band about 2.5 cm (1 in.) wide beginning at the 
periphery of the shaft. Thus, friction welding was confined to a small paid of the 17.8-cm (7-in.) diam cross section. The 
center region of the fracture surface of the shaft (Fig. 1, right side) contained swirls of metal softened by frictional heat as 
a result of rotation of the lower part of the shaft. Welding of the plasticized outer ring of metal on the shaft and 
solidification of the swirls probably occurred while the pulverizer was shut down. 

Examination of the machined surface revealed faint lines parallel to the visible crack. These faint lines generally followed 
bands containing large grains. The lines were thought to be fatigue cracks. The hardness of the shaft in the friction welded 
area was 38 to 49 FIRC, and inward from the weld area, the hardness was 31 to 33 FIRC. 

Conclusion. The second fracture of the shaft was by fatigue, which resulted from an eccentric condition after the shaft 
was friction welded and from the inherent vibrations within the machine. Shafts in other coal pulverizers at the same plant 
fractured in the same region after similar service lives. 

Corrective Measures. The shaft was repaired by welding a new 20.3-cm (8-in.) diam section to the older, longer 
section and machining to the required diameters. The fatigue cracks in the longer section were machined away before 
repair welding. Liquid-penetrant inspection was performed to ensure soundness of the metal in the older section. The 
repaired shaft was machined to provide a taper between the two diameters, rather than reproduce the shaip change in 
diameter in the original design. The taper section was carefully blended with the smaller diameter so that there were no 
sharp corners. The repaired coal-pulverizer shaft operated satisfactorily for more than five years. As shafts in other units 
failed, they were repaired by the same technique. 


Related Information 
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Flat-Spring Failure Due to an Edge Defect 

From: J.H. Maker, Failures of Springs, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 550-562 

Abstract: A 6150 flat spring was found to be failed. The face of the spring was revealed to be under tensile stress. The failure was 
concluded to have begun at the dark spot on the edge where roughness resulted from shearing during the blanking operation. 
Keywords: Blanking; Roghness; Tensile stress 

Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 

Failure type: Metalworking-related failures 


The face of a 6150 flat spring was under tensile stress. Although small flaws were visible on the surface (Fig. 1), the 
failure began at the dark spot on the edge, where roughness resulted from shearing during the blanking operation. On the 
fracture surface at the left, rays approximately 0.18 mm (0.007 in.) below the surface can be seen diverging from the 
origin. 



Fig. 1 Failure origin (arrow) on the edge of a flat spring. 58x 

Related Information 


Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
81-102 




Fracture of a Landing-Gear Flat Spring 

From: J.H. Maker, Failures of Springs, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 550-562 


Abstract: A flat spring for the main landing gear of a light aircraft failed after safe execution of a hard landing. The spring material 
was identified by chemical analysis to be 6150 steel. The fracture was found to have occurred near the end of the spring that was 
inserted through a support member about 25 mm thick and attached to the fuselage by a single bolt. Brinelling (plastic flow and 
indentation due to excessive localized contact pressure) was observed on the upper surface of the spring where the forward and rear 
edges of the spring contacted the support member. It was indicated by chevron marks that brittle fracture had started beneath the 
brinelled area at the forward edge of the upper surface of the spring. The origin of the brittle fracture was found to be a small 
fatigue crack that had been present for a considerable period of time before final fracture occurred. Fracture of the landing-gear 
spring was concluded to have been caused by a fatigue crack that resulted from excessive brinelling at the support point. Regular 
visual examinations to detect evidence of brinelling and wear at the support in aircraft with this configuration of landing-gear spring 
were recommended. 

Keywords: Brinelling; Loads (forces); Support 


Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 


Failure types: Brittle fracture; Fatigue fracture 


A flat spring for the main landing gear of a light aircraft broke after safe execution of a hard landing. The spring (Fig. la) 
was submitted for laboratory examination. No information was furnished concerning design, material, heat treatment, or 
length of service. 




Fig. 1 Landing-gear spring, 6150 steel, that broke during a hard landing, (a) Configuration and dimensions 
(given in inches) of the spring, (b) Fractograph showing fatigue crack that initiated the brittle fracture. 7x 

Investigation. Fracture occurred near the end of the spring that was inserted through a support member about 25 mm 
(1 in.) thick and attached to the fuselage by a single bolt. The required fit between the spring and the support member was 
obtained by inserting wedges beneath the spring at each side of the support. These wedges were bolted to the support 
member, and the degree of tightness of the assembly was controlled by the tension on the bolts. Details of the assembly 
are shown in section A-A in Fig. 1(a). 

The spring had broken laterally at an angle of about 60° to its longitudinal axis (Fig. la). One end of the fracture 
corresponded to the point at which the forward edge of the spring contacted the support member. The other end of the 
fracture was in an unsupported area. 

Brinelling (plastic flow and indentation due to excessive localized contact pressure) had occurred on the upper surface of 
the spring where the forward and rear edges of the spring contacted the support member. There was no evidence of 
brinelling on the bottom surface of the spring where it contacted the support member. 

Visual examination of the fracture surface revealed that the spring had failed by mainly brittle fracture. Chevron marks 
indicated that fracture had started beneath the brinelled area at the forward edge of the upper surface of the spring. Figure 
1(b), a light microscope fractograph of this corner, shows that the origin of the brittle fracture was in fact a small fatigue 
crack that had been present for a considerable period of time before final fracture occurred. 











Microscopic examination of longitudinal and transverse sections near the fracture confirmed that the material had suffered 
extensive grain flow from cold working in the brinelled areas. The general microstructure was fine-grained tempered 
martensite of good quality. There was no surface decarburization. 

Chemical analysis identified the spring material as 6150 steel. The hardness of the material was 49.5 to 51 HRC. 
Discussion. Normal recurring vertical landing loads cause the top surface of the spring at the edge of the support to be 
stressed in compression. These probably were the major loads applied to the spring. On the other hand, side and drag 
loads produce tensile stresses at the top surface of the spring. When vertical, side, and drag loads are applied 
simultaneously during a landing, the resultant stress at the support is compressive. However, after the aircraft has touched 
down and the vertical load has decreased to the static load of the aircraft, the continuing application of side and drag loads 
during taxiing causes a tensile stress at the top surface of the spring. 

Compressive stresses in the top surface of the spring at the support are generally localized at the edges of the support by 
the wedges and by any lack of straightness across the section that may have been introduced during fabrication or that 
may have occurred when the complicated loading pattern caused a torsional deflection in the region of failure. Also, it 
was considered probable that the assembly could have been more tightly compressed than it actually was. This would 
explain the brinelling observed near the forward and the rear edges of the top surface. The localized plastic deformation 
under compressive loading (brinelling) created high residual tensile stresses in the deformed region, reducing the capacity 
of the material to withstand fluctuating tensile stresses due to applied loads. 

Ultimately, a crack stalled at the corner where the fluctuating tensile stress was highest under combined side and drag 
loads. This crack progressed by fatigue over a relatively long period of time (many landings). Final fracture occurred 
when the applied stress (primarily tensile stress due to side and drag loads) exceeded the critical fracture stress for the 
partially cracked spring. Under normal conditions, such a cracked part might last a long time, although complete fracture 
would occur eventually. An abnormal condition, such as a sharp change of direction on a runway or taxiway, rolling over 
the edge of a runway, or encountering a rut, could impose a sufficient amount of additional loading to cause final, fast 
fracture. 

Conclusions. Fracture of the landing-gear spring was caused by a fatigue crack that resulted from excessive brinelling 
at the support point. The fatigue crack significantly lowered the resistance of the material to brittle fracture under critical 
side and drag loads. 

Although the loading at the time of final fracture may have been unusual, a spring that did not contain a fatigue crack 
similar to the one found in the failed spring probably would not have broken. The fatigue crack had been present in the 
part for some time, and suitable inspection would have revealed it. 

Recommendations included regular visual examinations to detect evidence of brinelling and wear at the support in 
aircraft with this configuration of landing-gear spring and means of attachment. If visual examination showed evidence of 
brinelling or wear, the spring should be magnetic-particle inspected for evidence of cracks. Liquid-penetrant inspection 
might be adequate if the amount of brinelling were minor, although care should be used in this type of inspection because 
brinelling can hide small cracks. 

Cracked parts should be replaced. Brinelling itself need not be cause for retiring a part. The presence of a crack was 
considered necessary for failure to occur in the manner described in this example. 

Related Information 
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Fatigue Fracture of Alloy Steel Valve Springs Because of Pipe 


From: Failures Related to Metalworking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 81-102 


Abstract: Two outer valve springs made from air-melted 6150 pretempered steel wire broke during production engine testing. The 
springs were 50 mm in outside diameter and 64 mm in free length, had five coils and squared-and-ground ends, and were made of 
5.5 mm diameter wire. It was revealed that fracture was nucleated by an apparent longitudinal subsurface defect. The defect was 
revealed by microscopic examination to be a large pocket of nonmetallic inclusions (alumina and silicate particles) at the origin of 
the fracture. Partial decarburization of the steel was observed at the periphery of the pocket of inclusions. Torsional fracture was 
indicated by the presence of beach marks at a 45Y angle to the wire axis. It was established that the spring fractured by fatigue 
nucleated at the subsurface defect. 

Keywords: Nonmetallic inclusions; Shrinkage pipe; Valve springs 


Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 


Failure types: Fatigue fracture; Metalworking-related failures 


Two outer valve springs broke during production engine testing and were submitted for laboratory analysis. The springs 
were from a current production lot and had been made from air-melted 6150 pretempered steel wire. The springs were 50 
mm (2 in.) in outside diameter and 64 mm (2.5 in.) in free length, had five coils and squared-and-ground ends, and were 
made of 5.5 mm (0.2 in.) diameter wire. Because both failures were similar, the analysis of only one is discussed. 

Investigation. The spring (Fig. la) broke approximately one turn from the end. Fracture was nucleated by an apparent 
longitudinal subsurface defect. Magnetic-particle inspection did not reveal any additional cracks or defects. 



Fig. 1 Valve-spring failure due to residual shrinkage pipe, (a) Macrograph showing fracture, as indicated by 
arrow, (b) Fracture surface; pipe is indicated by arrow. 


Microscopic examination of transverse sections of the spring adjacent to the fracture surfaces revealed that the defect was 
a large pocket of nonmetallic inclusions at the origin of the fracture. The inclusions were alumina and silicate particles. 
Partial decarburization of the steel was evident at the periphery of the pocket of inclusions. The composition and 
appearance of the inclusions and the presence of the partial decarburization indicated that the inclusions could have been 
associated with ingot defects. The defect was 0.8 mm (0.03 in.) in diameter (max), 25 mm (1 in.) long, and 1.3 mm (0.05 
in.) below the surface (Fig. lb). 

The steel had a hardness of 45 to 46 FIRC, a microstructure of tempered martensite, and a grain size of ASTM 6 or 7, all 
of which were satisfactory for the application. The fracture surface contained beach marks typical of fatigue and was at a 
45° angle to the wire axis, which indicated torsional fracture. 

Conclusions. The spring fractured by fatigue; fatigue cracking was nucleated at a subsurface defect that was 
longitudinal to the wire axis. The stress-raising effect of the defect was responsible for the fracture. 

Related Information 
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Failure of a Main Landing Gear on a Light Airplane 

C. Howard Craft, Senior Metallurgist, Magnaflux Corp. Testing Laboratories 


From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society for Metals, 1974, p 170 

Abstract: Initial investigation showed that a landing gear failure was the result of a hard landing with no evidence of contributory 
factors. The objective of reexamination was to determine whether there was any evidence of metallurgical failure. The landing gear 
was primarily an AISI type 6150 Cr-V steel flat spring attached at the top end to the fuselage and at the bottom end to the axle. 
Failure occurred at the clamping point near the top end of this spring. The failure showed evidence of severe brinelling at one corner 
in the clamping area. The fracture surfaces were clean, fresh, and indicative of a shock type of failure pattern. Closer examination, 
however, showed a fatigue crack at one corner. At this point, there was definite evidence of progression and oxidation. It was 
concluded that the corner in question was subjected to repeated brinelling resulting from normal landing loads, probably accentuated 
by looseness in the clamping device. The resulting residual tensile stress lowered the effective fatigue strength at that point against 
drag and side loads. 

Keywords: Aircraft components; Brinelling; Clamping; Landing gear; Loads (forces) 


Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 


Failure type: Fatigue fracture 


So many accidents — particularly those of private airplanes — involve pilot error that investigators sometimes overlook 
other possibilities. In this case, initial investigation showed that the landing gear failure was the result of a hard landing 
with no evidence of contributory factors. Reexamination of the flight log and information available from witnesses made 
reinvestigation desirable. The objective was to determine whether there was any evidence of metallurgical failure. 

The landing gear was primarily a flat spring attached at the top end to the fuselage and at the bottom end to the axle. 
Failure occurred at the clamping point near the top end of this spring (Fig. 1). Close visual examination of the failure 
showed evidence of severe brinelling at one corner in the clamping area. A close-up view of the damaged area is also 
shown in Fig. 1. For the most part, the fracture surfaces were clean, fresh, and indicative of a shock type of failure pattern. 
Closer examination, however, showed a defect of some kind at one corner. At this point, there was definite evidence of 
progression and oxidation. 




Fig. 1 Discovery of a defect in one corner of this failed aircraft landing gear (close-up) provided the key. Two 
conclusions were reached: the corner was subjected to repeated brinelling during normal landing loads. This 
was probably compounded by looseness in a clamping device. 

Permission was obtained to cut sections from the part to determine more positively the characteristics of the failure. 
Chemical analysis showed the material to be AISI type 6150 steel, heat treated to Re 50. Microscopic examination 
indicated the steel to be of good commercial quality, properly heat treated. 

Microscopic observation further identified the pertinent characteristics of the defect area. There was a definite 
microstructural disturbance indicative of severe cold working and flow. 

Consideration of the loading applied in service showed that the major stress at this point due to landing loads is 
compression. Tensile stress, however, can occur due to side loads and drag loads which are of major consideration once 
the aircraft is on the ground. These loads are accentuated by sharp turns and roughness in the runway. 

Based on these considerations, it was concluded that the corner in question was subjected to repeated brinelling resulting 
from normal landing loads, probably accentuated by looseness in the clamping device. The resulting residual tensile stress 
lowered the effective fatigue strength at that point against drag and side loads. 

The corner defect was actually a fatigue crack, which was the obvious initiating point. In this case, it is not certain 
whether the initial fault would be described as improper design or improper usage, since it is apparent that the local 
stresses at the clamping point were higher than those which might have been anticipated. 

Related Information 
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Analysis of an Unusual Failure of a Steel Shaft in a Coal Pulverizer 


Jack J. Bodzin, Principal Engineer, Chemical & Metallurgical Div., Engineering Research Dept., River Rouge 
Powerplant, Detroit Edison Co.and Gordon W. Houser, Maintenance Engineer, River Rouge Powerplant, Detroit 
Edison Co. 


From: J J. Bodzin and G.W. Houser, Analysis of an Unusual Failure of a Steel Shaft in a Coal Pulverizer, Metal Progress Vol 98 (No 5) 
Nov 1970 as published in Source Book in Failure Analysis, American Society for Metals, 1974, p 151-152 

Abstract: A shaft can crack twice before it fails. A Detroit electric plant had this experience with one in a coal pulverizer. Because 
the first crack rewelded partially (by friction) in service, the pulverizer remained serviceable until the second crack developed. 
Keywords: Coal pulverizers; Shafts (power); Torsional fatigue 

Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 

Failure type: Fatigue fracture 


A unique failure developed in the central shaft of a coal pulverizer at our plant. A crack appeared in the shaft at one place 
and then welded by friction around the circumference while the pulverizer continued to operate. Then another crack 
developed adjacent to the original crack, eventually causing the failure. The shaft, welded by our technicians in October 
1966, is still functioning with no indication of trouble. 

Details of the Mill 

The pulverizer, which is of the ball and race type (Fig. 1), has one revolving and one stationary ring, between which are a 
set of grinding balls rolling in a horizontal plane. Force is applied through the stationary top ring (supported from the 
housing but free to move up and down within limits) to the lower revolving ring by springs which impose 18,000 lb of 
compression. The grinding ring, driven through the shaft, is guided by two roller bearings. A thrust bearing supports the 
entire load applied by the spring pressure, grinding ring weight, and other associated components. 



Fig. 1 This is a sectional view of the central shaft of a coal pulverizer which failed twice at the indicated area 
before the mill had to be shut down. The first crack went through the shaft, but it was rewelded by friction due 
to the spring pressure and the weight of grinding mechanism. 


How Failure Occurred 



When the mill began to vibrate excessively, it was shut down for repairs. On inspecting it, we found a circumferential 
crack in the shaft just below the upper radial bearing at the change in section. (The shaft, of AISI 6150, was normalized to 
Bhn 285.) When the machinist set the shaft up in a lathe (to machine out the crack for welding), he noted that the smaller 

(tapered) end was slightly offcenter. Then he cut into the surface for about -tin. and saw that the crack did not diminish 
appreciably. Attempting to open the crack further, the machinist struck the small end of the shaft. The shaft broke in two 

— but not at the crack! The break was 2in. away, as shown in Fig. 2. 



Fig. 2 While the shaft was being machined (to prepare it for repair welding), it broke apart. Note that a second 
crack lies next to the fracture surface. 

Close examination of the fracture surface (Fig. 3) and longitudinal section indicated that the other crack, the original one, 
had developed almost exactly perpendicular to the axis. Although the shaft ran at a relatively low speed (82 lpm), the 
massive weight of the grinding ring and the spring pressure caused it to weld to itself by friction at the periphery and 
inward for about an inch. The “friction weld” did not display flash, which means that bonding was confined to a small 
portion of the cross section. In fact, calculations showed that the shaft would not have been broken apart due to its own 
weight if only 0.020 in. at the rim had bonded completely. 



Fig. 3 The fracture surface of the original crack displays evidence of torsional failure, followed by partial 
welding by friction. Apparently, the second crack then developed by fatigue. 

When we examined a section including the visible fatigue crack, we saw that numerous fatigue cracks had started. Figure 
4 shows the open crack; the many lines paralleling it appear to be nucleating fatigue cracks. Interestingly, these white 

bands generally followed bands of larger grain size. 

• A*'*' . ' 


Fig. 4 This section through the visible crack reveals light bands that parallel it. They are thought to be incipient 
fatigue cracks Etchant, 2% nital; 55x. 

A microhardness traverse revealed some martensite (Re 38 to 49. as converted from Knoop readings) at the weld. As the 
traverse moved across the grains away from the weld, hardness dropped to Re 31 to 33 on the average. (Occasional large 
grains were as hard as Re 38. while some very fine grains were as low as Re 25.) 

The broken shaft was repaired by machining a groove into the two pieces as shown in Fig. 5. Technicians drilled a 1 in. 
hole into the center of each piece, and pressed a dowel pin into the holes. Then, the shaft was preheated to 600-700 F and 
held in that range throughout automatic arc welding (with a 0.045 in. wire of 1.25Cr-0.50Mo steel). When the weld was 
completed, shopmen stress relieved the shaft at 1,200 F for 3 hr, covered it with insulation, and let it cool to room 
temperature. Then the weld area was machined to provide a taper between the two diameters, rather than reproduce the 
sharp section change that had led to failure in the original design. 




Fig. 5 To prepare the shaft for repair welding, a machinist cut a groove into the fractured zone. After a dowel 
was inserted through the centers to hold the two sections in place, welding proceeded. Note electrical coils that 
wrap each section; they were used for preheating and postheating the weld. 
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Failures in Landing Gear Spring Legs 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
Administration, Aircraft Accident Investigation Div., Engineering Laboratory 


From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part II, Metals Engineering Quarterly, Vol 14 (No 4) Nov 1974 p 23-25 


Abstract: In a spring leg of a main landing gear, large brittle fracture zones indicated a predominately cleavage pattern with some 
ductile dimples, and a tiny fatigue segment disclosed fine striations. Factors influencing failure were surface decarburization, notch 
sensitivity of the modified SAE 6150 spring steel, Canada's cold weather which may have had an embrittling effect on the steel, and 
cumulative fatigue damage from severe landing loads during service life. Replacement with heavier-duty spring legs will probably not 
eliminate this type of failure, but their use has reduced the number of failures substantially. Precautionary measures recommended 
to preclude accidents include removal of decarburization, proper operation of main landing gears, and adequate magnetic particle 
inspection of the legs at the beginning and end of the ski season to detect any fatigue cracks that might develop in attachment 
holes. 

Keywords: Decarburizing; Inspection; Landing gear; Magnetic particle testing 


Material: 6150 (Chromium-vanadium alloy steel), UNS G61500 


Failure types: Brittle fracture; Fatigue fracture 


In a spring leg of a main landing gear (Figs. 1, 2, 3, 4, 5, 6, 7), large brittle zones indicated predominately cleavage 
pattern with some ductile dimples, and a tiny fatigue segment disclosed fine striations. Several factors were involved. 
First, the surface was decarburized, 0.010 to 0.030 in. Second, the leg was made of modified SAE 6150 spring steel, 
which is notch sensitive at the particular tensile strength, 240,000 to 250,000 psi. Third, Canada's cold weather might 
have an embrittling effect on the steel. Fourth, severe landing loads during service life cause cumulative fatigue damage. 
(The frequency of failures seemed to rise after the aircraft had accumulated about 3,000 h of operation, or had been 

subjected to hard landing or rough terrain landings and take-offs.) It appears that the spring legs, about l6in. thick, are not 
sturdy enough for arduous Canadian winters. Even though their replacement with the manufacturer's heavy-duty legs, 



3 

about -tin. thick, will probably not eliminate this type of failures, their use has substantially reduced the number of 
failures. However, three precautionary measures are recommended to preclude accidents. These are (1) removal of 
decarburization, (2) proper operation of main landing gears, and (3) adequate magnetic particle inspection of the legs at 
the beginning and end of the ski season to detect any fatigue cracks that might develop in attachment holes. 



Fig. 1 Spring leg of main landing gear has two failures at the upper (right) and lower ends. 



Fig. 2 Brittle fracture originating from three small fatigue cracks (arrows) at chamfered edges of lower 
attachment bolt holes. The nucleus of each fatigue crack is indicated. Magnification about 1.5 times. 



Fig. 3 Enlarged view of small incipient crack at the attachment hole, showing oxidation and "beach marks". It 
is typical of a high-cycle low-stress fatigue crack, from which fine radial ridges emanate. Magnification 15 
times. 





Fig. 4 Example of failure remote from attachment bolt holes of spring leg. Note severe fretting, pitting, and 
polishing on the outboard side at lower end of leg. Fatigue started at indicated area of fretting marks. 


/ 



Fig. 5 Brittle fracture in spring leg spread from fretting-induced fatigue zone (arrow) at the outboard side 
surface. Fatigue began at fretting marks due to loosened (or inadequately tightened) lower bolts, which attach 
the ski-wheel axle. 



Fig. 6 Typical brittle fracture surface in upper end of spring leg. Note "chevron" marking or "herring-bone" 
pattern, characteristics of brittle fracture, radiating from two tiny fatigue cracks (arrows). Magnification 1.09 
times. 







Fig. 7 Decarburization on the surface of spring leg. Etchant, 2 pet Nital. Magnification 82 times. 
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Steel Hardenability and Failure Analysis 

Brett A. Miller, Stork Technimet, Inc. 


From: B.A. Miller, Steel Hardenability and Failure Analysis, Practical Failure Analysis, Vol 1 (No. 3), Jun 2001, p 45-50 


Abstract: Hardenability evaluation is typically applied to heat treatment process control, but can also augment standard 
metallurgical failure analysis techniques for steel components. A comprehensive understanding of steel hardenability is an essential 
complement to the skills of the metallurgical failure analyst. The empirical information supplied by hardenability analysis can provide 
additional processing and service insight to the investigator. The intent of this paper is to describe some applications of steel thermal 
response concepts in failure analysis, and several case studies are included to illustrate these applications. 

Keywords: Thermal response 


Materials: ASTM A232 (Chromium-vanadium alloy steel), UNS K15047; ASTM A572 grade 50 (High-strength low-alloy (HSLA) 
steel), UNS K02303; 1045 (Nonresulfurized carbon steel), UNS G10450, UNS K02599; ASTM A36 (Nonresulfurized carbon steel), 
UNS G10450, UNS K02599 


Failure types: Brittle fracture; Joining-related failures 


The Basics of Hardenability 

The primary characteristic of steel that allows property modification through heat treatment is hardenability. 
Hardenability is a term used to quantify the relative response of a material to thermal treatment transformation to 
martensite based upon alloying elements and other variables. Many researchers have empirically determined the 
individual and combined effects of alloying elements. A comparison measure, identified as the critical diamctcr(Di), was 
implemented to estimate the hardening response of a steel from the chemical composition. The critical diameter 
calculated for a given steel composition can thereafter be used to create an approximate through-thickness distance 
hardness profile. The individual alloying element contributions and complicated regression equations typically used are 
included in ASTM A 255 and SAE J406. 


Alloying Effects on Hardenability 


It has been demonstrated that almost all elements have a measurable effect on steel hardenability. Carbon has a profound 
effect on both the martensite hardness and the steel hardenability. The mathematical estimation for steel surface hardness 
is based upon carbon content alone. The predominant additional elements of interest in hardenability calculations are 
manganese, silicon, nickel, chromium, molybdenum, copper, vanadium, and boron. The decrease in hardness as a 
function of depth depends primarily upon the combined effects of these alloying elements. Most other common steel 
alloying elements have a minimal effect on hardenability. Generally, hardenability is directly proportional to elemental 
concentration, that is, higher amounts of an alloying element result in higher hardenability; however, a few elements 
exhibit an inverse proportionality. 

Boron Steel Hardenability 

Heat treatment problems and service failures in boron-containing steels can result from unanticipated hardenability 
variations. Boron has an effect on hardenability only second to carbon, although its efficacy is due to a different 
mechanism. In fully deoxidized steels of low carbon content, boron has been shown to increase hardening depth by 
various effects, including the suppression of the formation of both bainite and ferrite. Boron steels typically contain 
between 0.0005 and 0.0030 wt.% boron in the absence of high levels of other alloying elements. 

Unlike other elements, the relative amount of boron beyond a requisite level will not provide additional increases in 
hardenability. Due to the reactivity of boron, this element can be rendered ineffective if the nitrogen in the steel is not 
completely combined by the addition of titanium or aluminum. Altered hardenability calculations for boron steels have 
been developed for estimation puiposes. 

Grain Size Effects 

Grain size is another essential variable in steel hardenability calculations. Grain size and hardenability exhibit an inverse 
proportionality. Steels with lower grain size numbers, which correspond with large or coarse grains, exhibit superior 
hardening characteristics. The superior hardenability of large grained steels results because the number of pearlite nuclei 
is proportional to the available grain boundary area. Larger grained materials shift the nose of the Time-Temperature- 
Transformation (TTT) curve to the right, inhibiting pearlite nucleation and promoting martensite formation. Much of the 
hardenability research has been performed on a moderately fine grain size. Size 7 per ASTM El 12, with correction 
factors determined for finer- and coarser-grained steels. 

Variation and Inhomogeneity Effects 

Complete compositional homogeneity is not achievable in engineering alloys, notwithstanding carefully worded 
marketing claims to the contrary. All alloy specifications include permissible ranges of individual elemental 
concentrations, which are necessary to keep these materials economically feasible. When hardenability is of paramount 
importance, ‘H’ grades of steels are frequently available. These steels specify a minimum hardenability as an independent 
variable and the composition as a dependent variable. Clearly, controls such as material and purchasing specifications can 
be successfully implemented to obtain steel that will yield predictable and suitable post-processing properties for 
component manufacture. In commercial failure analysis, however, any possible combination of grain sizes and chemical 
compositions, even extreme combinations, may be encountered and must be kept in consideration for their hardenability 
effects. 

Trace levels of unspecified elements can also be high enough to impart undesired hardening response. For instance, many 
carbon steel specifications contain no maximum requirements for chromium, nickel, aluminum, and molybdenum, which 
can result in significant hardening at relatively low elemental concentrations. Compositional variations at different 
regions in a material can result in hardenability variations that may initiate failures. Chemical segregation or banding, 
carburization, and decarburization are a few of the types of elemental variations that can affect localized thermal 
response. 

Additionally, grain size differentials can provide unpredicted hardening. Wide ranges of grain sizes can be produced in 
casting, forging, and other high temperature processes. Subsequent heat treatment of cold worked steels can result in 
recrystallization to finer grains with reduced hardenability. Recrystallization and grain growth of steel can result in 
significantly higher hardenability due to the hu ger grain size. 

Hardenability Calculations 

The mechanics of critical diameter calculation are fairly straightforward and have been extensively, but not exhaustively, 
documented. The calculation methodology is suitably described in SAE and ASTM specifications and is beyond the scope 
of this article. Many researchers have developed more specific methods for hardenability calculation, but these are less 



broadly applicable and are of more importance to the development of manufacturing processes than on the performance of 
failure analyses. 

Widely published hardenability information may be too esoteric for easy interpretation by many engineers. However, the 
impact of hardenability on steel materials must be recognized. For illustration of the implications of alloying variation, the 
moderate hardenability Grade 4130 steel is selected, due to its widespread use in many industries. The alloying elements 
for this grade are specified as acceptance ranges. The calculated hardenability of this grade at maximum, midrange, and 
minimum elemental concentrations is illustrated in Fig. 1 for a steel with a grain size of 7. These compositional extremes 
correspond to calculated D| values between 38.1 and 99.1 mm (1.5 and 3.9 in.). 

Grade 4130 Steel Variable Hardenability 


Distance from Surface, inches 

000 0 25 0 50 0 75 1 00 1.25 1.50 1.75 2 00 



Distance from Surface, mm 

Fig. 1 The distance hardness is depicted for Grade 4130 steel at maximum, midrange, and minimum 
composition levels. This comparison is for Grain Size 7 only. 

Consideration of the potential hardenability variations that can occur due to grain size differences reveals an even wider 
spectrum of possible critical diameter values. This is shown graphically in Fig. 2. The critical diameter range is between 
33.0 and 116.8 mm (1.3 and 4.6 in.). To really understand the importance of this variation, it is necessary to diagram the 
distance hardness with the additional influence of grain size, as shown in Fig. 3. Addition of the approximate equivalent 
tensile strengths to this figure emphasizes that variable hardenability can result in drastic strength differences. Differences 
of this magnitude are not a trivial occurrence, as failure analysts often encounter such cases. 
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Grade 4130 Steel Hardenability Extremes 
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Fig. 3 The distance hardness and approximate tensile strength equivalents that can result from composition 
and grain size extremes 

Heat Treating and Hardenability 

Quenching and tempering, and some surface hardening methods, are designed to take advantage of the beneficial aspects 
of steel hardenability. Carburizing, carbonitriding, and other methods use altered surface compositions to increase surface 
hardenability in applications when lower subsurface properties are desired. In many cases, failures can result directly 
from unanticipated heat treating results. It should be mentioned that heat treatment anomalies can also be due to 
austenitizing temperature, quench rate, quench delay, and many factors aside from chemical composition and grain size. 

Welding and Hardenability 

The hardenability variations described herein are also of great concern in the fusion welding of steels. The composition 
dictates the maximum heat affected zone (HAZ) and weld hardnesses along with a wide variety of heat input and cooling 
rate variables. The normal dilution effects from the use of differing base metals or differing filler metal cause graduated 
hardenability coupled with cooling rate variations. Very often, elemental concentrations are used along with geometric 
variables and restraint levels to estimate welding preheat temperatures in order to avoid high HAZ hardening. 

Case History #1 - Compression Spring Fracture 

A client submitted a helical compression spring that had failed during installation. The material was identified as 
rectangular chromium-vanadium steel wire per ASTM A 232. It was opined that the failure had occurred via hydrogen 
embrittlement during a nickel plating process after quenching, tempering, and coiling. The spring had a lower than 
average calculated D! of 96.5 mm (3.8 in.) with a grain size of 7, but it had an elevated surface hardness because the 
carbon content was at the high-end of the allowable range. The nominal critical diameter for this steel is approximately 
101.6 mm (4.0 in.). Laboratory analyses showed the failure occurred by quench cracking rather than hydrogen 
embrittlement. 

A metallographic cross section at the likely origin of a quench crack on the spring is shown in Fig. 4. The profile of the 
crack appears intergranular, which was consistent with fractographic features observed during scanning electron 
microscope examination. A plating layer is evident over a portion of the crack surface, confirming that cracking occurred 
prior to the plating process. The heat treatment process was likely developed for steel heats with more nominal carbon 





content. These lower carbon heats would require a more severe quenching practice to satisfy the high surface hairiness 
requirements. 



Fig. 4 Metallographic cross section through a fractured compression spring. Intergranular features are 
suggested and a plating layer is apparent on the quench crack surface. 2% Nital Etchant (Original Magnification 
100 x) 

Case History #2 - Axle Bar Cracking 

Axle bars were manufactured from 38 mm square Grade 1045 plain carbon steel. The bars were induction hardened to 45 
to 50 HRC with a minimum required case depth of 3 mm. The bars were cracking during installation but no magnetic 
particle indications were identified prior to installation. Laboratory investigation revealed intergranular, brittle fracture 
morphology followed by transgranular cleavage within the core. Hardcnability evaluation revealed a Di of 45.7 mm (1.8 
in.) due to the presence of trace elements. The typical Di of Grade 1045 steel is 22.9 mm (0.9 in.). A high carbon content 
(0.52%) was also identified, further contributing to high core hardness. Hardenability evaluation and tempering curve 
inspection revealed that the tempering temperature necessary to reduce the material to the specified hardness at the 
specified depth was likely within the blue brittleness range of 230 to 370 °C (450 to 750 °F). This embrittlement 
phenomenon was considered the likely cause of the failures. 

Case History #3 - HSLA Steel Welding Failure 

In-service cracking occurred to a large piece of mining equipment. The vehicle was fabricated from ASTM A 572 Grade 
50 High Strength Low Alloy (HSLA) steel, ranging in thickness from 38 to 152 mm. Fatigue fracture was found to have 
initiated in a weld HAZ in 127 mm thick plate. The plate met the grade specifications and calculation revealed a D! of 
approximately 38.1 mm (1.5 in.). The equivalent HAZ hardness was found to be 45 HRC, exactly as predicted by 
hardcnability evaluation. It was determined that the welding procedure omitted a preheating step, resulting in extremely 
rapid solidification and cooling of the weld, equating to an effective “quench” in normal heat treatment practice. In 




addition to poor fatigue strength in the resulting weld joints, some hot cracking was apparent, but not at the fracture 
origin. 

Case History #4 - Weld Filler Metal Cracking 

A carbon steel actuator that exhibited brittle cracking within a weld was submitted for metallographic examination. The 
base materials were identified as ASTM A 36 structural steel and the joint was a corner fillet. The weld cross section is 
shown in Fig. 5. The weld quality appeared good, but anomalous etching behavior, and subsequent chemical analysis, 
revealed that the weld filler was an austenitic stainless steel. The weld joint design resulted in extreme dilution of the 
filler metal, due to the relatively small amount of filler used. As a result, a dilution zone with insufficient nickel to remain 
austenitic at room temperature was formed. This zone also contained sufficient chromium, silicon, and molybdenum from 
the filler metal, and carbon from the base metal, to approximate a highly hardenable low alloy steel upon fast 
solidification and cooling. The base metal had a D, of 10.2 mm (0.4 in.), and the average weld D, was likely greater than 
68.6 mm (2.7 in.). The measured equivalent hardnesses were 74 FIRB in the base metal, 89 FIRB in the FIAZ, and 46 
FIRC in the weld. The stainless steel filler metal was found to have been an inadvertent, costly, and disastrous 
substitution. 



Fig. 5 Metallographic cross section through a carbon steel component inadvertently welded with an austenitic 
stainless steel filler metal. Brittle cracking occurred in a very hard region in the center of the weld. 2% Nital 
Etchant (Original Magnification 12.5 x) 

Other Heating Event Failures 

In addition to intentional heat treatment and welding effects, there are a variety of other processes that may result in 
hardening-related failures. Thermal events in manufacturing, which are not intended to result in hardening, such as 
casting, forging, annealing, and normalizing, can all result in severe property differences, depending upon alloying and 
cooling rates. Cutting techniques with insufficient cooling can result in hard spots. Hardened zones can also result from 



abusive grinding, localized wear, or inadvertent frictional heating of moving components. Unanticipated and unusual 
events such as resistance heating or electrical arcing of poorly grounded equipment may result in localized hardening and 
subsequent failure. 

Summary 

An understanding of the significant effects of chemical composition on the heat treatment response and mechanical 
properties of steels is necessary for the practicing metallurgical failure analyst. The allowable and discrepant alloying 
variations present in engineering steels can result in drastically different properties after heat treatment or welding. Grain 
size variation can also significantly change the hardenability of materials ostensibly of the same grade. 

Failures occurring due to excessive hardenability have been emphasized, as this can often lead to brittle, catastrophic 
failures, whereas low hardenability more likely may result in deformation or ductile overload failure. Fatigue failures are 
somewhat problematic with regard to hardenability, as fatigue strength and mechanical strength do not always exhibit a 
direct proportionality. As with any tool, hardenability evaluation must be used with the requisite discretion of the failure 
analyst, as this information is most often illustrative rather than exact. 
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Hydrogen-Assisted Stress Cracking of Carburized and Zinc Plated SAE Grade 8 
Wheel Studs 

Roy G. Baggerly, Kenworth Truck Co. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Several case-hardened and zinc-plated carbon-manganese steel wheel studs fractured in a brittle manner after very 
limited service life. The fracture surfaces of both front and rear studs showed no sign of fatigue beach marks or deformation in the 
form of shear lips that would indicate either a fatigue mechanism or ductile overload failure. SEM analysis revealed that the mode of 
fracture was intergranular decohesion, which indicates an environmental influence in the fracture mechanism. The primary fracture 
initiated at a thread root and propagated by environmentally-assisted slow crack growth until final fracture. The natural stress 
concentration at the thread root, when tightened to the required clamp load concomitant with the presence of cracks in the 
carburized case, was sufficient to exceed the critical stress intensity for hydrogen-assisted stress cracking (HASC). The zinc plating 
exacerbated the situation by providing a strong local corrosion cell in the form of a sacrificial anode region adjacent to the cracked 
thread. The enhanced generation of hydrogen in a corrosive environment subsequently lead to HASC of the wheel studs. 

Keywords: Case-hardened fasteners; Fasteners; Stress-corrosion cracking 


Material: 1340 (Manganese alloy steel), UNS G13400 


Failure types: Hydrogen damage and embrittlement; Surface treatment related failures 


Background 

Several wheel studs fractured in a brittle manner after very limited service life. 

Applications 

Most heavy truck wheels are clamped to steer axle and drive axle hubs using ten spherical ball mount wheel nuts. The 
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wheel stud thread sizes are typically 1-S-in. - 16 for front hubs and 4-in. - 16 for rear hubs. Torque levels of 542 to 630 N 
. m (400 to 465 ft. lb) are specified for both front and rear studs. These high torque levels are typically achieved by using 
air impact wrenches. Actual clamp load levels attained in the field may vary due to inexperience in the use of impact 



wrenches, thread contamination which changes the coefficient of friction, as well as the possibility of inaccurate torque 
values. 

Components for use in this application must be able to withstand the severe environment to which they are subjected. 
This environment includes corrosive conditions from road salt and acid-forming air pollutants. In the last several years, 
the truck industry has upgraded the strength level of wheel studs from SAE Grade 5 to SAE Grade 8, which is satisfied by 
the chemistry and heat treatment of medium-carbon alloy steels. The basic configurations for the studs involved are 
shown in Fig. 1. 
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Fig. 1 Wheel stud configurations, (a) Front 1-g-in. stud, (b) Rear 4,-in. stud 

Circumstances leading to failure 

A report of four wheel stud failures was received 6 weeks after sourcing the components from a new supplier. This 
supplier had developed a proprietary material processing specification for the wheel studs, and was having them 
manufactured to their specification. Early indications were that the failures could be described as brittle, and that fatigue 
was not a factor. Several other failures followed these initial reports, and fractured samples from rear studs as well as 
front studs were soon available for analysis. Failures were reported for studs that had been exposed to service ranging 
from only a few miles to as many as 25,000 miles. 

Pertinent industry specifications and manufacturer's requirements 

Threaded fasteners used in the automotive industry are specified to SAE Standard J429, “Mechanical and Material 
Requirements for Externally Threaded Fasteners.” This standard lists different levels of fastener strength which have 
requirements for chemistry, core and surface hardness, and level of allowable surface discontinuities. SAE Grade 8 
requirements are given in Table 1. 














Table 1 Specification and requirements for wheel studs 


Specification Ultimate Yield Elongation, Hardness, HRC 

tensile strength 

strength 



MPa 

ksi 

MPa 

ksi 

% 

Core 

Surface 

Chemistry 

SAE Standard 
J429, Spec. 

Grade 8 

1034 

150 

896 

130 

12 

33 to 
39 

39 max 
(58.6 HR 

3 ON) 

Medium carbon alloy steel, quenched and 
tempered 

SAE Standard 
J1102, Spec. 
Grade 5 

827 

120 

634 

92 

14 

25 to 
34 

34 min (77 
HR 15N) 

Medium carbon alloy steel, quenched and 
tempered after carburization to a case depth 
of 0.10 to 0.30 mm (0.004 to 0.012 in.) 

Supplier 

(proprietary) 

1034 

150 

896 

130 

12 

32 to 
38 

42 to 47 

SAE 1340 manganese alloy steel, 
carburized to a case depth of 0.10 to 0.30 
mm (0.004 to 0.012 in.). Zinc plated per 
Federal Specification QQ-Z-325, Type II, 
Class 2 


(a) Minimum properties 


SAE Standard J1102 for wheel hardware, “Mechanical and Material Requirements for Wheel Bolts,” employs a serrated 
wheel stud configuration that is carburized. The core hardness is consistent with an SAE Grade strength level. Serrated 
truck wheel studs, prior to around 1984, conformed to this grade. See Table 1 for requirements. 

The specification required by the supplier for the serrated wheel studs described in this analysis are also given in Table 1. 

Specimen Selection 

The samples that initially failed were available for detailed examination. Additional stud samples that had not been placed 
in service were also obtained and evaluated using various mechanical tests, including normal and slow-strain-rate tensile 
testing as well as sustained-load clamp tests, with and without a 5% salt solution. 

Visual Examination of General Physical Features 

The appearance of both front and rear stud failures were similar in that the fracture surfaces showed no sign of fatigue 
beach marks or deformation in the form of shear lips that would indicate either a fatigue mechanism or ductile overload 
failure. Areas of corrosion on the fracture surfaces suggested a corrosive environment may have been influential in the 



1 3 

Fig. 2 Fracture surface appearance studs. Approximately lx (a) l-S-in. stud, (b) 4-in. stud 










Testing Procedure and Results 





<» (b) 
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Fig. 3 SEM fracture appearance of failed ^-in. stud 


Fig. 4 SEM fracture appearance of failed 4-in. stud 


Surface examination 


Scanning Electron Microscopy Fractography. The fracture surface from several failed studs were examined in 
greater detail using scanning electron microscopy (SEM). SEM analysis revealed that the mode of fracture was by 
intergranular decohesion which indicates an environmental influence in the fracture mechanism. This fracture mode 
occurred across the entire cross-section of the stud in the slow crack growth region. Figures 3 and 4 show characteristic 
fractographs typical of the failed studs examined in the SEM. Regions of corrosion were chemically analyzed using 
energy dispersive spectroscopy (EDS) and the elements potassium and sulfur were found to be present. An EDS 

is 






Fig. 5 EDSKas pectrograph from fracture surface corrosion products 

Metallography 

Microstructural Analysis. Metallographic analysis indicated the microstructure was tempered martensite, which is 
consistent with a heat-treated medium-carbon steel. The near surface region revealed a carburized and hardened layer. 
Crack Origins/Paths. The dominant fracture initiated at a thread root and propagated by environmentally-assisted 
slow crack growth until final fracture. Thread roots adjacent to the dominant crack also contained cracks that were 
initiated in the carburized case but arrested at the case/core interface. Figure 6 shows a crack that initiated at the 
carburized thread root but subsequently arrested in the softer and tougher core material. 




Fig. 6 Arrested crack at the case/core interface of the carburized thread root region 

Chemical analysis/identification 


A chemical analysis using an optical emission spectrograph indicated that all of the steel samples tested were within the 
requirements for SAE 1340 steel. Table 2 lists the required steel chemistry limits and the chemical analysis from three 
failed studs. 



Table 2 Results of chemical analysis 


Element 

Composition, wt% 




Stud 1 

Stud 2 

Stud 3 

SAE 1340 steel 

Carbon 

0.39 

0.40 

0.38 

0.38 to 0.43 

Manganese 

1.72 

1.73 

1.71 

1.60 to 1.90 

Phosphorus 

0.015 

0.015 

0.014 

0.035 max 

Sulfur 

0.015 

0.014 

0.014 

0.040 max 

Silicon 

0.22 

0.21 

0.21 

0.15 to 0.35 


Coatings or Surface Layers. A zinc plating of approximately 12.7 pm (0.0005 in.) was applied to the wheel stud 
surface and the thickness was confirmed by metallographic measurements. Records from the plater/heat treater confirmed 
that all parts had undergone a 4-h bake at 204°C (400°F) within 1 h of plating; this was required to help reduce the 
propensity for hydrogen embrittlement from the cleaning and zinc plating processes. 

Mechanical properties 


Hardness. The average core hardness of the failed studs tended to be at the higher end of the SAE Grade 8 range. These 
studs tested at 36 to 38 HRC; the required range is 32 to 38 HRC. The surface hardness was measured using a Knoop 
microhardness diamond indenter. A typical microhardness survey as a function of distance from the thread root surface is 
shown in Fig. 7. The stud, including the threaded region, had been carburized, and the equivalent hardness at the root of 
the thread is 45 HRC. These values for surface and core hardness were within the manufacturer's specification. 
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Fig. 7 Variation of microhardness with distance from the thread root 
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Tensile Properties. The average tensile and yield strength from testing the 4-in. studs showed they were within the 
required range for SAE Grade 8. These studs were tested at a constant deflection rate of 10 2 min. Machined samples with 
smooth gage lengths were also tested at two different deflection rates, 10 2 min. and 10 5 min. The slower strain rate tests 
showed a small drop in strength, but the statistical accuracy was not sufficient to state unequivocally that residual 
hydrogen content had an effect. 





Sustained Clamp Load Test. Twelve unused studs were tightened to a torque level of 881 N . m (650 ft . lbf) and 
retightened every 24 h. Six of the studs were tested in the dry condition and six were exposed to a 5% salt solution. At the 
end of 72 h, the thread roots were examined for cracks using a stereomicroscope and subsequently pulled to failure in 
tension to expose the extent of any cracks that appeared to be present. Two of the six studs exposed to the salt solution 
contained significant cracks that had formed during this 72-h exposure and had extended over approximately 30% of the 
stressed area. The fracture mode was intergranular decohesion, and the fracture surface appeared very similar to the 
failures that occurred in the field. 

Discussion 

An initial response to these failures was to determine why both fasteners failed in the same manner, since the clamp loads 
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were so disparate with equivalent torque levels. The ratio of the tensile stress area was 2.38 to 1 for the 4-in. and 1-S-in. 
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studs, respectively. The worst case clamp load for the 4-in. stud will be in the range of 13,636 to 18,182 kg (30,000 to 
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40,000 lb.) at the specified torque values. This results in tensile stresses of approximately 738 MPa (107 ksi) for the 4-in. 

wheel stud and 310 MPa (45 ksi) for the 1-3-in. wheel stud. The elastic stress concentration factor at the root of the 
thread has K t values of approximately 4.1 and 4.4 for the two studs. This implies a localized thread root stress of 3027 
MPa (439 ksi) and 1365 MPa (198 ksi), respectively, when the rear and front wheel studs are tightened to the maximum 
torque value. These high values of localized stress may be realized, since the thread root area has a high hardness and 
negligible ductility as a result of the carburization treatment. Since torque values are usually achieved using air impact 
wrenches, the probability of fracturing the brittle carburized thread root region is very high. 

The zinc plating on the carburized fastener creates a source of hydrogen when the fastener is exposed to corrosive 
conditions. Zinc will act as a sacrificial anode during corrosion, with the result that hydrogen atoms will be liberated at 
the cathodic region in a galvanic cell between zinc and iron. The presence of a crack at the root of a thread produces a 
nearby cathodic region between the zinc-plated threads and steel core at the tip of the thread root crack. A diagram 
depicting the condition of a cracked, zinc-plated thread root under stress in a corrosive medium is shown in Fig. 8. 
Hydrogen-assisted stress cracking can then occur from the cracked thread root under the sustained high-stress clamp load, 
with subsequent ultimate fracture of the fastener. 



Fig. 8 Interaction of a corrosive environment with a carburized and zinc plated high strength fastener under 
stress Anode reaction Zn <-> Zn-i- + +2e-; Cathode reaction H20 <-> H+ + OH- 



Conclusion and Recommendations 


Most probable cause 

The potential for cracking a hardened carburized case in a high-strength stud is significant, considering the common use 
of either air impact wrenches or the possibility of exceeding the proof stress with a wrench. A cracked case enables 
moisture to penetrate to the tip of the crack, which will become cathodic with respect to the zinc plating. Hydrogen 
charging from corrosion fosters embrittlement and sustained slow crack growth at the tip of the crack, due to the residual 
stress from the high clamp load and HASC. A high clamp load is required to prevent fatigue and restrain the wheels from 
slippage movement on the hub. 

Remedial action 

The requirement for a carburized case was eliminated from the manufacturing specification. 

How failure could have been prevented 

These failures could have been prevented by not requiring carburization of the stud. The design of wheel studs requires 
consideration of the effect of nut tightening techniques, the required clamp loads, and how these assembly procedures 
affect the thread root region of the fastener. 
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Decarburisation 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Decarburization of steel may occur as skin decarburization by gases either wet or containing oxygen, and as a deep on¬ 
going destruction of the material by hydrogen under high pressure. Guidelines are given for recognizing decarburization, and 
determining at what point cracks occurred. How decarburization changes workpiece properties and the case of hydrogen 
decarburization are addressed through examples. 

Keywords: Cracking (fracturing); Decarburizing 


Materials: Nitriding steel (Alloy steel, general); Manganese-vanadium steel (Manganese alloy steel); Silicon spring steel (Silicon 
alloy steel) 


Failure types: Intergranular fracture; Hydrogen damage and embrittlement; High-temperature corrosion and oxidation 


One reason for many damages is the decarburisation of steel. This may occur in two different forms, namely as skin 
decarburisation by gases either wet or containing oxygen, and as a deep going destruction of the material by hydrogen 
under high pressure. 

The reaction of the oxygen decarburisation takes place by the formation of carbon oxide on the surface. In slightly 
oxydizing atmospheres like wet hydrogen the velocity of decarburisation is determined by the diffusion velocity of carbon 
in iron, however in the presence of more oxydizing gases like oxygen or wet nitrogen the removal of the carbon oxides 
may be obstructed by the formation of scale and thus decarburisation will be stopped 1. So, if in view of its consequences 



a decarburisation should by all means be avoided, it is not advisable to perform a heat treatment in slightly oxydizing 
atmospheres as they can always generate in annealing boxes or protective gases with small amounts of air or moisture 
present. 

How does a skin decarburisation become evident to a metallographer? It can go so far that the carbon has completely 
disappeared at the outer edge. After DIN 17 014 this state is called ,,Auskohlung”. This form of a complete 
decarburisation with a steep transition to the core material is very likely to formate at low temperatures in the a- or (a + 
y)-area of iron (cases a and b in Fig. 1 and Fig. 2). When the decarburisation starts in the y-area and — during the 
procedure — passes through the (a + y)-area (case c in Fig. 1), the totally decarburised zone is followed by a partially 
decarburised transition zone (Fig. 2). The ferrite precipitated while passing through the (a + y)-area takes up a columnar 
structure. This form of abrupt decarburisation is usually not observed when annealing in gases producing scale, since 
there because of the hindrance by scale decarburisation at such low temperatures proceeds not at all or very slowly — as 
already mentioned above. An exception is made by steels with alloying elements, which cut off the y-area; thus the a- and 
(a + y)-area extend to elevated temperatures. To these steels belong for example the silicon spring steels and the A1 
alloyed nitriding steels (Figs. 3 and 4). When the whole decarburisation proceeds in the y-area, that is above 911°C in 
unalloyed steels (case d in Fig. 1), the carbon content goes over gradually — with or without a zone of unorientated ferrite 
— into that of core (Fig. 2). So it is possible from the structure of the decarburised zone to draw certain conclusions 
regarding the conditions for its formation. 



Fig. 1 Possible cases of decarburisation, schematicly. 




Fig. 3 Edge structure of a nitride plunger. Nitride layer peeled off because of decarburisation. Cross section, 
etched in picral. 100 x 










Fig. 4 Edge structure of a spring washer of silicon steel, broken ahead of time in a fatigue test. Cross section, 
etched in nital. 100 x 

For the examination of cracks it is important to know when or during which working process the crack has generated. To 
that, a hint may be given by the structure of the crack edges. If the crack is severely decarburized on the whole length 
(Fig. 5), it can be surely assumed that it did not generate during the last heat treatment like quenching or tempering but 
was already existent earlier and formated at the latest during wanning up for the final treatment. If in a hardened or 
tempered work piece a broad crack severely decarburised on the outside goes suddenly over into a dense, closed, not 
decarburised crack with a jagged path (Fig. 6), it is with great probability a hardening crack which started from a surface 
defect, like a rolling fold for example. But also the opposite case may occur, namely that a crack is scaled but not 
decarburised in its outer part, however not scaled but clearly decarburised in its inner branch (Fig. 7). As mentioned 
introductorily, here the scale which formated under heavily oxydizing conditions near the surface prohibited the 
decarburisation while the less oxydizing atmosphere in the narrow crack branch led to a decarburisation. If the 
decarburisation has proceeded up to the formation of a purely ferrite edge which passes over to the core structure 
abruptly, like in Fig. 7, it may be concluded that it came into existence at relatively low temperatures. Also then the crack 
can be a hardening crack which has been decarburised during tempering. 



Fig. 5 Longitudinal crack in a hardened and tempered bar of nickel-chromium steel, cross section, etched in 
nital. 10 x 










Fig. 7 a). Cracks in hardened and tempered axle journals of manganese-vanadium steel, cross sections, 
etched in nital. 100 x. Branch of a long crack, b). Cracks in hardened and tempered axle journals of 
manganese-vanadium steel, cross sections, etched in nital. 100 x. Short crack. 

How are the properties of work pieces changed by skin decarburisation? A totally decarburised layer has a lower hardness 
and resistance to wear than the basic material. It is not at all or not so well hardenable (Fig. 8). The different 
transformation behaviour of edge and core may lead to tensions and as a consequence to distortions or cracks. During 
nitriding decarburised surfaces tend to peeling off (Fig. 3). The fatigue strength will be decisively decreased by skin 
decarburisation (Fig. 4). Thus fatigue failures in vibrating machine parts like springs caused by skin decarburisation are 
not a rarity 2, 3, 4. However the soft edge layer formated by oxygen or vapour decarburisation is not brittle or cracky. 



Fig. 8 Edge structure of a file blank, which remained too soft during hardening. Cross section, etched in nital. 
100 x 


Quite different are procedure and effect of a hydrogen decarburisation. The decarburisation of dry hydrogen is lower by 
one order of magnitude than of wet hydrogen 5. Decarburisation via the methane reaction under atmospheric pressure 
becomes only notable at temperatures beyond 1000°C 1. It is greatly favoured by an increase of the hydrogen pressure 
and thus by a rising dissociation of the hydrogen. At pressures from 100 to 1000 atmospheres, as nowadays common in 
technical hydrogenation processes, failures of the steel containers by hydrogen decarburisation must be taken into 
consideration from temperatures of little above 200° C on upwards 6, 7. 

The location of the decarburisation reaction during hydrogen attack is not the surface of the steel but any void, maybe a 
grain boundary, in the steel structure where the formated methane molecule can precipitate. The distances of carbon 
diffusion to the place of reaction are consequently very short ones. By the precipitation of methane the steel structure is 
burst apart. While without that the hydrogen penetrates rapidly into the steel by diffusion, it is now still easier for it to 
enter and also made possible to remove the reaction products. 

Corresponding to the altered reaction mechanism also the appearance of hydrogen decarburisation or hydrogen attack is 
completely different from that of decarburisation by oxydizing gases. The first thing to become visible is the bursting 
open of grain boundaries. The removal of a small amount of carbon is already sufficient. As an example Figs. 9 show the 


structure of a soft iron with 0.01% C before and after the action of hydrogen under 300 atm at 400 and 600°C 8. 




t 


Fig. 9 a). Change in structure by hydrogen attack, etched in nital. 200 x. Soft iron with 0,01%. C. Initial state, 
b). Change in structure by hydrogen attack, etched in nital. 200 x. Soft iron with 0,01% C. 100 h, 400°C, 300 
atu H 2 . c). Change in structure by hydrogen attack, etched in nital. 200 x. Soft iron with 0,01% C. 100 h, 600° 
C, 300 atu H 2 . 




From the structure of steels with a larger content af carbon attacked by hydrogen it can be recognized how the 
decarburisation from the grain boundaries to the core of the grains. Figs. 10 show that at a steel with 0.45% C. The 
hydrogen attack favourably follows the dendrite axes with little segregation or primary bands. The initiations of such a 
hydrogen attack cannot always be detected easily by metallographic means, particularly when the temperature was low 
and thus the carbon diffusion slow. 



Fig. 10 a). Change in structure by hydrogen attack, etched in nital. 200 x. Steel with 0,45% C. a). Initial 
state, b). Change in structure by hydrogen attack, etched in nital. 200 x. Steel with 0,45% C. 10.0 h, 400°C, 
300 atu H 2 . c). Change in structure by hydrogen attack, etched in nital. 200 x. Steel with 0,45% C. 100 h, 
600° C, 300 atu H 2 . 


Fig. 11 shows the inside view of a high pressure tube of 110 x 70 mm diameter. For five years it had been exposed to 
hydrogen attack of max. 260 atm. at max. 280°C and had become leak by cracking up in longitudinal direction. After 
bursting open the crack faces had that mat grey appearance which is significant for hydrogen attack. As proved from Figs. 
12 the crack is mostly intergranular. Already the unetched microsection (Fig. 12) reveals that the cohesion of the grains 
has loosened in the whole crack region. As could be expected from the low operation temperature the steel is only slightly 
decarburised. The hydrogen attack has greatly advanced. In the middle of the tube wall the structure is still heavily 
destroyed (Fig. 13) and even 3 mm away from the outer face the bursting open of grain boundaries can be recognized 
(Fig. 14). By loosening the structure the strength is decreased and all toughness data drop to a fraction of their original 
values. Fractures adopt the appearance of wood fibre structure and mat grey colour (Fig. 15). Similar to pickle attack, 
hydrogen attack can sometimes be externally perceived by the formation of blowholes which, however, are not filled with 
molecular hydrogen but with methane. 
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Fig. 11 High pressure tube burst by hydrogen attack. Inside view. 1 x 




Fig. 12 a). Cross sections, etched in picral. Intergranular crack. 100 x. Unetched, b). Cross sections, etched in 
picral. Intergranular crack. 100 x. Etched in picral. 



Fig. 13 Cross sections, etched in picral. Structure in the middle of the tube wall. 200 x 






Fig. 14 Cross sections, etched in picral. Structure 3 mm away from the outside wall. 200 x 



Fig. 15 a). Change of the fracture of notched-bar impact specimen of a steel with 0,24% C by hydrogen 
attack, 2 x. Initial state, b). Change of the fracture of notched-bar impact specimen of a steel with 0,24% C by 
hydrogen attack, 2 x. 100 h, 400° C, 300 atii H 2 . c). Change of the fracture of notched-bar impact specimen of 
a steel with 0,24% C by hydrogen attack, 2 x. 100 h, 600°C, 300 atu H 2 . 

Hydrgoen attack can be prohibited by alloying the steel with elements which formate steady and hardly soluble carbides 
like chromium, molybdenum, vanadium or titanium 
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Boiler Tube Cracked During Bending 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: A seamless hot-drawn boiler tube NW 300 of 318 mm OD and 9 mm wall thickness made of steel 15Mo3 was bent with 
sand filling after preheating allegedly to 1000 deg C. In the process it had cracked repeatedly in the drawn fiber. The composition 
corresponded to specifications but exceptionally high copper content was noticeable. Microstructural examination showed the 
damage was due to overheating and burning during preheating and bending. Furthermore, crack formation was promoted by 
precipitation of metallic copper that had penetrated into the austenitic grain boundaries under the influence of tensile stresses that 
arose during bending. This phenomenon is known as "solder brittleness". 

Keywords: Bending; Boiler tubes; Brittleness; Overheating 

Material: 15Mo 3 (Molybdenum or molybdenum-sulfide alloy steel) 

Failure type: Metalworking-related failures 


A seamless hot-drawn boiler tube NW 300 of 318 mm O. D. and 9 mm wall thickness made of steel 15 Mo 3 was bend 
with sand filling after preheating allegedly to 1000°C. In the process it had cracked repeatedly in the drawn fiber (Fig. 1). 



Fig. 1 Transverse cracks on external tube bend. 1 x 
A check of the chemical composition showed the following values: 


c % 

Si % 

Mn % 

P% 

S % 

Mo % 

Cu % 

0,13 

0,17 

0.53 

0.032 

0.022 

0,26 

0.26 


The composition thus corresponded to specifications. Only the exceptionally high copper content was noticeable. 








For metallographic examination one longitudinal section was taken out of the straight part and out of the tube bend, 
respectively. The initial microstructure of the straight paid consisted of a fine-grained mixture of ferrite and pearlite (Fig. 

2), whereas the structure of the bend consisted of a very coarse-grained Bainite with little ferrite (Fig. 3). 
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Fig. 2 Etch: Nital. 200 x Original microstructure in straight part. 




Fig. 3 Etch: Nital. 200 x Microstructure of bend with cracks. 

Accordingly, the tube was strongly overheated during bending. Furthermore, it also distinctly showed signs of burning. 
The surface was strongly scaled. Under the scale there appeared additionally precipitates of metallic copper next to oxidic 
precipitates (“internal oxidation”). This copper had accumulated in the residual iron as difficult-to-oxidize metal (Figs. 4 
and 5). The oxidation had penetrated already 3 mm into the steel along the grain boundaries (Fig. 6). 




Fig. 4 Oxidized edge, etch: Nital. 500 x 




Fig. 5 Oxidized edge, etch: Nital. 1000 x 
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Fig. 6 Oxide precipitates at austenitic grain boundaries 3 mm under surface, etch: Nital.200 x 
Therefore the damage is due to overheating and burning during preheating and bending. Furthermore, crack formation 
was promoted by precipitation of metallic copper that had penetrated into the austenitic grain boundaries under the 
influence of tensile stresses that arose during bending. This phenomenon is known under the designation “solder 
brittleness” 1). 

Reference 

1. vgl. Ed. Floudremont; Flandbuch der Sonderstahlkunde, 3. verbesserte Aufl., Bd. 2, S. 1273 


Related Information 



Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 
81-102 


Fatigue Fracture of 4520 Steel Wheel Studs 


From: W.J. Jensen, Failures of Mechanical Fasteners, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 529-549 


Abstract: Each of the ten studs on one wheel of a semitrailer used to haul coal broke in half while the trailer was in operation. Both 
halves of each of three studs were sent to the laboratory to determine the cause of failure. Visual examination of the fracture 
surfaces of the studs disclosed beach marks, indicative of fatigue cracking, starting at opposite sides of each stud, with final fracture 
occurring across the stud. Each failure occurred in the first thread of the stud. It was concluded that the wheel studs fractured by 
reversed-bending fatigue. To minimize the possibility of a recurrence, the wheel nuts were tightened with an air-impact wrench to a 
torque of 610 to 678 J (450 to 500 ft ■ lb) dry. All wheel studs were checked at normal maintenance periods to ensure uniform and 
proper loading, and no further failures occurred. 

Keywords: Bending fatigue; Studs 


Material: 4520 (Molybdenum or molybdenum-sulfide alloy steel), UNS G45200 


Failure type: Fatigue fracture 


Each of the ten studs on one wheel of a semitrailer that was used to haul coal broke in half while the trailer was in 
operation. Both halves of each of three studs were sent to the laboratory to determine the cause of failure. 

Investigation. Visual examination of the fracture surfaces of the studs disclosed beach marks, indicative of fatigue 
cracking, stalling at opposite sides of each stud, with final fracture occurring across the stud (Fig. la). Each failure 
occurred in the first thread of the stud. Figure 1(b) shows a micrograph of a cross section of the stud at the thread next to 
the one that failed; it illustrates that cracking was also present at the root of this thread. 



Fig. 1 4520 steel semitrailer wheel studs that failed by fatigue. The wheel nuts were improperly tightened, 
resulting in reversed-bending stresses each time the wheel turned. This eventually caused all ten wheel studs 
to fracture, (a) Fracture surfaces of three of the studs, (b) Cross section of a stud showing cracking at a thread 
root away from the failure area. lOOx 

3 

The studs were 19 mm (4 in.) in diameter. Spectrographic analysis revealed that the studs were made from a steel 
containing molybdenum, such as 4520 steel, and heat treated to a hardness of 30 FIRC and that the wheel nuts were made 
of carbon steel. 

Because all ten of the wheel studs fractured, it was throught that the wheel nuts were not tightened adequately and 
uniformly on the wheel. If the wheel were not secured snugly by the studs, a slight movement of the wheel relative to the 
studs could initiate fatigue cracking. Each time the wheel made one revolution, reversed bending would occur on the 
studs. After fatigue started, the loosening of any stud would increase the stress on the remaining studs until they all failed. 
Conclusion. The wheel studs fractured by reversed-bending fatigue. 

Corrective Measures. To minimize the possibility of a recurrence of this type of failure, the wheel nuts were 
tightened with an air-inrpact wrench to a torque of 610 to 678 J (450 to 500 ft • lb) dry. All wheel studs were checked at 
normal maintenance periods to ensure uniform and proper loading, and no further failures occurred. 
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Creep Failure of a Superheater Tube Promoted by Graphitization 

Sarah Jane Hahn, Radian Corporation; Tom Kurtz, The Hartford Steam Boiler Inspection and Insurance 
Company 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Tube 3 from a utility boiler in service for 13 years under operating conditions of 540 deg C (1005 deg F), 13.7 MPa (1990 
psi) and 1,189,320 kg/h (2,662,000 Ib/h) incurred a longitudinal rupture near its 90 deg bend while Tube 4 from the same boiler 
exhibited deformation near its bend. Metallographic examination revealed creep voids near the rupture in addition to graphite 
nodules. Exposure of the SA209 Grade T1A steel tubing to a calculated mean operating temperature of 530 deg C (983 deg F) for 
the 13 years resulted in graphitization and subsequent creep failure in Tube 3. The deformation in Tube 4 was likely the result of 
steam washing from the Tube 3 failure. Graphitization observed remote from the rupture in Tube 3 and in Tube 4 indicated that 
adjacent tubing also was susceptible to creep failure. In-situ metallography identified other graphitized tubes to be replaced during a 
scheduled outage. 

Keywords: Boiler tubes; Graphitization; Mechanical properties 


Material: ASME SA219-T1A (Molybdenum or molybdenum-sulfide alloy steel), UNS K12023 


Failure types: Fiigh-temperature corrosion and oxidation; Creep fracture/stress rupture 


Background 

Applications 

The superheater tubes were from a utility boiler, a base-loaded unit that had been in service for 13 years. Normal steam 
conditions were reportedly 540 °C (1005 °F), 13.7 MPa (1990 psi), and 1,189,320 kg/h (2,622,000 lb/h). 

Pertinent specifications 

The tubes were made of SA209 Grade T1A steel tubing, 51 mm (2.0 in.) outer diameter, and 5.6 mm (0.220 in.) minimum 
wall thickness. The remote ring wall thicknesses ranged from 6.1 to 6.9 mm (0.241 to 0.271 in.) in Tube 3, and from 6.5 
to 6.6 mm (0.255 to 0.260 in.) in Tube 4. Wall thickness near the rupture ranged from 5.8 to 6.6 mm (0.230 to 0.259 in.). 

Selection of specimens 

Two superheater tubes were received for analysis. The tubes were reportedly the third and fourth tubes from the front of 
the ninth pendant in Unit 1, and are identified as Tube 3 and Tube 4. Tube 3 contained a longitudinal rupture. 

Visual Examination of General Physical Features 


The tubes were examined visually and photographed as received for analysis (Fig. 1). Figure 2 shows the damaged areas 
observed in each tube. Tube 3 contained a longitudinal rupture near its 90° bend, and Tube 4 exhibited deformation near 
its 90° bend. 



Fig. 1 The tubes as received for analysis. The arrows indicate the damaged areas. Tube 3 is to the left and 
Tube 4 is to the right. 
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Fig. 2 Photomacrographs of the damaged areas of (a) Tube 3 and (b) Tube 4. 

Testing Procedure and Results 

Metallography 

Microstructural Analysis. Three transverse ring sections were cut from Tube 3; one through the rupture and one on 
either side of the rupture, remote from the failed area. An additional ring section was removed from Tube 4 remote from 
the damaged area. The ring sections were prepared for metallographic examination by grinding, polishing, and etching. 
The prepared sections were examined using an optical metallographic microscope to assess microstructure and internal 
and external surface conditions. 

The typical microstructure in the failed area is shown in Fig. 3. Creep voids were evident near the rupture, in addition to 
graphite nodules. The typical microstructures in the remote rings from Tubes 3 and 4 are shown in Fig. 4. The remote 
microstructures consisted of ferrite and bainite with graphite nodules. Both tubes contained dense, uniform, internal scale 
approximately 76 pm (0.003 in.) thick. 



Fig. 3 Microstructure in Tube 3 at the rupture. The creep voids have linked up to form a crack. Nital etchant, 
(a) 177x. (b) 308x. 
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Fig. 4 Microstructure in the remote rings of (a) Tube 3 and (b) Tube 4. The microstructures consist of ferrite 
and bainite, and the dark spots are graphite. Nital etchant, (a) 308x. (b) 616x. 


Mechanical properties 


Hardness, was measured on the transverse ring sections. Hardness values for the remote ring sections of both tube 
samples ranged from 72 to 79 HRB. Hardness values for the ruptured ring section of Tube 3 ranged from 71 to 77 HRB. 

Stress analysis 


Analytical. Microstructural observations suggested that the superheater tube had experienced temperatures from 427 to 
552 °C (800 to 1025 °F). The temperature was calculated using the known wall thickness and service life on the tube, a 
plot of Larson-Miller parameters for the tube material, and the following assumptions: 


• Only stresses due to internal pressure were present 

• Operating pressure remained constant at 13.7 MPa (1990 psi) 

• The original wall thickness was 6.2 mm (0.246 in.) (average wall thickness measured on ruptured ring section) 

• The tube metal temperature was constant over the operating life of the tube 

• The tube experienced about 8,000 hours of service each year 

A mean temperature of 528 °C (983 °F) was calculated to correspond to a creep life of about 13 years using the above 
assumptions. This value can be considered a maximum value for constant exposure. The actual maximum temperature 
that the tube experienced could be higher for short-term excursions. The calculated mean operating temperature of 528 °C 




(983 °F) is not necessarily excessive for SA209 Grade T1A steel tubing for shorter periods of time. However, exposure to 
this temperature for 13 years resulted in graphitization and subsequent creep failure. 


Discussion 

Creep is a long-term failure mechanism depending on time, temperature, and operational stress. The creep failure of Tube 
3 was aggravated by graphitization of the microstructure. Graphitization was also observed in areas remote from the 
rupture and in Tube 4, indicating that adjacent tubing is susceptible to creep failure. 

Graphitization is the decomposition of pearlite into ferrite and carbon (graphite) that sometimes occurs in carbon or 
carbon-molybdenum steels subjected to moderate overheating for long periods of time. This microstructural change can 
embrittle steel parts, and reduce strength and creep resistance. Pearlite decomposes by either graphitization or 
spheroidization. Both mechanisms are temperature-dependent and occur at temperatures in the 427 to 732 °C (800 to 
1350 °F) range. Graphitization usually occurs at temperatures below 550 °C (1025 °F); formation of spheroidal carbides 
usually occurs at higher temperatures. Tubing, piping, and other components exposed to temperatures from about 425 to 
550 °C (800 to 1025 °F) for several thousand hours are most likely to be damaged by graphitization (Ref 1). 

Conclusion and Recommendations 

Most probable cause 

Graphitization had reduced the creep resistance of the tube material, and the failure of Tube 3 was due to creep. The 
microstructure of the adjacent tube also exhibited graphitization. The deformation observed in Tube 4 was likely the 
result of steam washing from the Tube 3 failure, and was considered secondary damage. 

Remedial action 

If these tube samples are representative, other tubes in the superheater were probably approaching the end of their useful 
lives. Additional sampling or in-place metallurgical analysis was recommended to determine the extent of tubing that 
needed replacement. The plant subsequently requested in-place metallurgical analysis of a number of superheater 
pendants. The analysis identified other graphitized tubes, and allowed the plant to selectively replace damaged tubing 
during a scheduled outage at a significant cost savings. 
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SCC of a Nuclear Steam-Generator Vessel at Low Concentrations of Chloride 
Ion. 


From: C.J. Czajkowski, "Investigation of Shell Cracking on the Steam Generators at Indian Point Unit No. 3," NUREG/CR3281, also 
BNL-NUREG-51670, U.S. Nuclear Regulatory Commission, Washington, June 1983, and "Constant Extension Rate Testing of SA302 
Grade B Material in Neutral and Chloride Solutions," NUREG/CR-3614, also BNL-NUREG-51736, U.S. Nuclear Regulatory Commission, 
Washington, Feb 1984, as published in R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM 
Handbook, ASM International, 1986, p 643-669 


Abstract: A nuclear steam-generator vessel constructed of 100-mm thick SA302, grade B, steel was found to have a small leak. The 
leak originated in the circumferential closure weld joining the transition cone to the upper shell. The welds had been fabricated from 
the outside by the submerged arc process with a backing strip. The backing was back gouged off, and the weld was completed from 
the inside with E8018-C3 electrodes by the shielded metal arc process. Striations of the type normally associated with progressive or 
fatigue-type failures including beach marks that allowed tracing the origin of the fracture to the pits on the inner surface of the 
vessel were revealed. Copper deposits with zinc were revealed by EDS examination of discolorations. Pitting was revealed to have 
been caused by poor oxygen control in the steam generators and release of chloride into the steam generators. It was concluded by 
series of controlled crack-propagation-rate stress-corrosion tests that A302, grade B, steel was susceptible to transgranular stress- 
corrosion attack in constant extension rate testing with as low as 1 ppm chloride present. It was recommended to maintain the 
coolant environment low in oxygen and chloride. Copper ions in solution should be eliminated or minimized. 

Keywords: Chlorides; Nuclear power generation; Pressure vessels; Welded joints 


Material: ASME SA302-8 (Molybdenum or molybdenum-sulfide alloy steel) 
Failure type: Stress-corrosion cracking 


A small leak was found in a nuclear steam-generator vessel constructed of 100-mm (4-in.) thick SA302, grade B, steel 
[0.25% C (max). 1.15-1.5% Mn. 0.035% O (max). 0.04% S (max), 0.15-0.4% Si, 0.45-0.6% Mo] during a scheduled 
shutdown. The leak originated in the circumferential closure weld joining the transition cone to the upper shell. The unit 
had provided approximately 3 years of effective full-power operation in the 6 years following its installation. 

Investigation. Examination of the leak area disclosed a hole approximately 16 mm (0.6 in.) long and 5 mm (0.2 in.) 
wide. Further visual inspection, ultrasonic examination, and magnetic-paiticle examination of that closure weld, as well as 
others on similar steam generators at the plant, disclosed about 100 cracks associated with each closure weld, although the 
only through-crack was the leak. Figure 1 shows a macrophotograph of a polished-and-etched plug sample of the failure. 
The details are obscured by erosion damage from the escaping coolant, but the failure clearly passes through both weld 
and base metal. 




Fig. 1 Cross section through leak in steam-generator wall. Crack extends across weld metal, base metal, and 
HAZ. Erosion obliterated much of the original crack detail. 

The welds had been fabricated from the outside by the submerged arc process with a backing strip. The backing was back 
gouged off. and the weld was completed from the inside with E8018-C3 electrodes by the shielded metal arc process. The 
weld was continuously stress relieved for 12 h at 540 °C (1000 °F). Hardness traverses on the weldments suggested that 
the actual heat-treatment temperature may have been less than 540 °C (1000 °F), leaving relatively high residual stresses 
in the weldments. Metallographic analyses demonstrated that the base metal had a tempered martensitic structure 
consistent with A302, grade B, steel and that the weld metal had dendritic structures normal for both the shielded metal 
arc and submerged arc portions of the weld. The HAZ had a more acicular structure normally associated with untempered 
martensite. 

Scanning electron microscopy of the failure surface of the plug sample revealed striations of the type normally associated 
with progressive or fatigue-type failures (Fig. 2), including beach marks that allowed tracing the origin of the fracture to 
the pits on the inner surface of the vessel. Examination of discolorations with EDS disclosed that copper deposits with 
zinc were also present. 


Fig. 2 Fracture morphology of steam-generator wall in a region where regularly spaced striations typical of 
fatigue are evident. 

Three samples were also taken from cracked regions of another steam generator. They exhibited similar features, 
including varying degrees of pitting at the origin of the cracks (Fig. 3). Examination of the leading edges of the cracks by 
EDS revealed traces of copper and silicon, as well as a few scans with zinc or nickel present. The area of initiation of one 
crack had iron, chromium, nickel, silicon, sulfur, copper, and zinc. 



Fig. 3 Fracture surface of a failed steam-generator sample. The fracture morphology is characteristic of fatigue 
cracking, but 1 ppm of Ce" under constant extension rate testing produced this same fracture morphology in 
laboratory tests. The initiation site is on the inside surface of the steam generator and apparently emanates 
from surface pits. 

Several historical factors were found to influence the purity level of the coolant water in the steam generators. Brackish 
river water had corroded copper alloys in the condenser tubes, and some leakage into the system was indicated. Both 
cuprous oxide (Cu 2 0) and a-hematite were found in the sludge, indicating that oxygen control in the steam generators had 
been poor for some time and that hydrazine levels had been kept low due to environmental concerns. These factors were 
thought to contribute to pitting. In addition, a turbine-blade failure occurred and damaged about 50 condenser tubes, 
releasing sufficient chloride into the steam generators that values up to 350 ppm were measured. This may have also 
played a role in pitting. 

At this point, the analyst was uncertain whether crack propagation was due to corrosion fatigue or stress corrosion: 
therefore, a series of tests was performed on welded plate of the same specification grade that failed. A series of 
controlled crack-propagation-rate stress-corrosion tests was performed at temperatures ranging from 30 to 268 °C (85 to 


514 °F) for flat tensile specimens in various heat-treatment conditions. These tests led to the conclusion that A302, grade 
B, steel is susceptible to transgranular stress-corrosion attack in constant extension rate testing with as low as 1 ppm 
chloride present (as cupric chloride) at 268 °C (514 °F). Welded SA302. grade B, in the stress-relieved condition is 
susceptible to stress-corrosion failure at stress levels of about 70% of the yield stress in 268-°C (514-°F) water containing 
325 ppm of chloride (as cupric chloride). At lower concentrations of cupric chloride (1 and 5 ppm of chloride), there is a 
beneficial effect of stress relief on weldments in minimizing this kind of attack; however, the base metal is susceptible to 
SCC in this environment. A base-metal specimen that failed in water containing 1 ppm of chloride had a fracture 
morphology nearly identical to that of the failed steam generator. 

Recommendations. To alleviate the possibility of additional cracking in the field, the coolant environment should be 
maintained low in oxygen and chloride, and the copper ions in solution should be eliminated or minimized. 

Related Information 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 
2002, p 823-860 


Corrosion Fatigue Cracking of a Steam Generator Vessel From a Pressurized 
Water Reactor 

Carl J. Czajkowski, Department of Nuclear Energy Brookhaven National Laboratory 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Two vertical U-tube design ASTM A302 grade B steel steam generator used at a pressurized water reactor exhibited 
leakage near a closure weld. The shell material exhibited high hardness values prior to confirmatory heat treatment, indicating high 
residual stresses in the area of the weld. All cracks were transgranular and were associated with pits on the inside surfaces of the 
vessels. It was concluded that the cracking was caused by a low-cycle corrosion fatigue phenomenon, with cracks initiating at areas 
of localized corrosion and propagating by fatigue. The cause of the pitting/cracking was related to the unit's copper species in 
solution. 

Keywords: Boilers; Nuclear reactor components; Stress-corrosion cracking; Welded joints 


Material: ASTM 302 grade B (Molybdenum or molybdenum-sulfide alloy steel), UNS K12022 


Failure type: Corrosion fatigue 


Background 

Two vertical U-tube design Model 44 steam generators used at a pressurized water reactor (PWR) exhibited leakage near 
a closure weld. 

Pertinent specifications 

The steam generators were constructed from ASTM A302 grade B material. The closure welds were stress relieved after 
welding at a minimum of 540 °C (1000 °F) for 3 h per inch of thickness. 

Performance of other parts in same or similar service 

An investigation of cracking at a second PWR and subsequent constant-extension-rate testing led to the conclusion that 
although the cracking was considered to be caused by a low-cycle corrosion fatigue phenomenon, the A302 material was 
also susceptible to transgranular stress-corrosion cracking (SCC) in the PAT environment if copper was present in 
solution. 

Specimen selection 


Three elliptically shaped boat samples of the shell material were evaluated: 



• Sample A from steam generator No. 2, which was cut transverse to the weld. This particular sample had a 
radiation count between 150 and 200 counts/min above background. 

• Sample B from steam generator No. 1 

• Sample C from steam generator No. 1. which was taken vertically (120 to 150° from the inlet headers) 

Visual Examination of General Physical Features 

All three samples showed evidence of pitting on the inside surfaces of the steam generators. This was particularly true in 
the case of sample A, whose crack appeared as an array of pits following the crack outline (Fig. 1). 



Fig. 1 Pitting and cracking on sample A. 

Testing Procedure and Results 

Surface examination 

Scanning Electron Microscopy/Fractography. The first fracture face examined was a crack associated with 
sample C. This specimen was in two as-received sections. The specimen surface was coated with a thick, black oxide 
film, which was removed by ultrasonic cleaning for several cycles using an electrolyte solution. 

Scanning electron microscopy (SEM) revealed that the crack initiated on the inside surface of the steam generator. It 
appeared to have a significant amount of general corrosion (and, possibly, pitting) in the initiation area. The fracture had 
transgranular features with the woodlike appearance. Various areas of a metallic substance were visible on the fracture; 
when subjected to energy-disperive spectroscopy (EDS), a definite peak of copper was associated with them. 

The second fracture face examined was sample A (Fig. 2), which also had a tight, black adherent oxide, was 
transgranular, and had a woodlike appearance. Five various EDS scans were made on the fracture. No definite corrodants 
were found, but traces of copper, sulfur, tin, and silicon were present, in addition to the normal metallic constitutents. 
After deoxidation treatment, this fracture was reexamined (Fig. 3), and an area of possible fatigue interaction was 



Fig. 2 Corrosion fatigue like fracture on sample A; circles represent areas of EDS scans. 8.Ox. 



Fig. 3 Area of possible fatigue interaction observed on sample A after deoxidation treatment. 12x. 



Fig. 4 Higher-magnification SEM micrograph of boxed area in Fig. 3.36x. 

Six EDS scans were performed on the fracture surface of sample B (Fig. 5). Copper was detected on two of the scans; one 
scan had a trace of sodium and zinc associated with it. After deoxidation treatment, two areas of possible fatigue 
contribution were revealed. Sample B also had visible copper deposits associated with it and a transgranular, woodlike 
appearance. 



Fig. 5 Low-magnification SEM micrograph of sample B after deoxidation; circles represent areas of EDS scans. 
6.2x. 

Metallography 

Crack Origins/Paths. A section from sample B was examined by optical microscope after etching. Figure 6 is a low- 
magnification view of the crack, which appeared to have initiated right at the weld fusion line. The cracking was 
transgranular, with no evidence of branching. There was evidence of a number of crack arrests, indicating that a corrosion 
process was the dominant mode for some of the propagation period. 



Fig. 6 Low-magnification optical micrograph showing definite transgranularity of cracking in sample B. 

The weld metal exhibited a typical columnar appearance, and the base metal was generally composed of pearlite and 
ferrite (a typical 302 grade B structure). A “hard” martensitic transition at the weld fusion line is evident in Fig. 7. 



Fig. 7 Hard martensitic (acicular) transition at weld fusion line in sample B. 324x. 


Mechanical properties 

Hardness. A specimen was cut perpendicular to the long axis of sample B. This section was mounted in epoxy, 
metallurgically ground and polished, and then etched in a 10% nital solution. A series of knoop microhardness 
measurements was performed. The base material, heat-affected zone (HM), and weld metal had average Knoop readings 
of 207, 271, and 270 HK respectively (where 207 HK =8.7 HRC and 274 HK —2 4 HRC), values consistent with an 
ASTM A302 grade B material. 

The epoxy mold for sample B was broken open and the specimen was heat treated as follows: 

• A metallurgical furnace was stabilized at 540 °C (1000 °F) for 12 h prior to heat treatment. 

• The specimen was placed in the furnace and the temperature was allowed to stabilize to 540 ± 3 °C (1000 ± 5 °F) 

for a minimum of 30 min before the soak time began. 

• The specimen soaked at temperature for 3 h per inch of thickness (1.5 h total soak). 

• The specimen was furnace cooled at a rate that did not exceed 110 °C (200 °F) per hour until 315 °C (600 °F) was 

reached, and then was still-air cooled. 

This heat treatment corresponded to the original heat treatment of the weld. 

The specimen was then remounted, polished, and etched. Microhardness measurements were performed, and the average 
values were: base metal, 203 FIK; FIAZ, 260 FIK; weld metal, 266 FIK Although the hardness averages were reduced 
slightly, it appeared that this section of the vessel did receive the majority of benefit from the original stress-relieving 
operation. 

Both before and after heat treatment, a band of hardness (martensite) was found adjacent to the weld fusion line. The 
fusion line hardness was 39 to 40 F1RC; the band had a maximum hardness value of 415 FIK (=41 F1RC). This peak 
value indicated that relatively high residual stresses were present in the weld. 

Discussion 

Steam generators have a history of thermal fatigue failures, such as cracking of feedwater nozzles. These nozzle cracks 
exhibit crack arrests and beach marks, which suggests that their propagation was discontinuous in nature and was caused 
by a cyclic stress mode. In fact, the failure mode for these nozzles was low-cycle corrosion fatigue. The cracks observed 
in this investigation were quite similar in appearance to feedwater cracks. 

Constant-extension-rate tests performed on A508 C12 steel, which is also used in pressure vessels, in oxygenated water at 
higher temperatures have demonstrated that this particular material is susceptible to transgranular SCC in pure water 
between 100 and 290 °C (212 and 550 °F) if the water contains 1 or 8 ppm O. Additionally, pitting corrosion can occur in 
pure water (of the same oxygen content) at 100 and 150 °C (212 and 300 °F). Transgranular cracks nucleating from the 
corrosion pits are typical. 


Carbon steel is susceptible to environmentally assisted cracking in high-temperature, oxygenated water environments, 
especially under high-amplitude, low-frequency cyclic loading. Low-frequency cyclic stresses are the type encountered 
during steam generator operation. 

Oxygen is a strong influencing factor in the general corrosion of carbon steels in nuclear reactor environments. Oxygen 
content exerts considerable control on the incubation time of crack growth in A302 grade B material subjected to 
corrosion fatigue testing. These observations stemmed from a testing program initiated after a Japanese power 
demonstration reactor developed cracks in its stainless steel overlay that propagated into the A302 grade B base material. 
The nucleation of the pits on the shell walls was probably caused by the combined effect of oxygen with the copper 
species, promoting a more oxidizing potential in solution. 

Although the relative importance of residual stresses in fatigue life has been argued extensively, it is generally accepted 
that fatigue strength increases when the specimens tested have compressive residual stresses. If a weld has received 
insufficient or inadequate stress relief, the stresses present are generally of the tensile, rather than compressive, variety. 
Also, many fatigue failures result from material stress raisers on a free surface. Pits on the inside surface of a pressure 
vessel are effective stress raisers. 

Conclusion and Recommendations 

Most probable cause 

The cracking on the steam generator specimens was predominantly transgranular and was associated with pits on the 
inside surfaces. The relatively high hardness level found on a band at the weld fusion line indicated relatively high 
residual stresses at the weld. The only slight lowering of hardness values after a 540 °C (1000 °F) heat treatment indicated 
that the original stress-relieving operation was beneficial. 

The observance of possible fatigue interaction indicated that the probable cause of failure was a low-cycle corrosion 
fatigue phenomenon, similar to other steam generator failures. The source of the stresses could have been thermal, caused 
by the normal startup, shutdown, and standby modes that a steam generator is subjected to during its life. The possibility 
that SCC contributed to the failure cannot he totally discounted, because of the indications of this potential from 
previously published work. 
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Cracking in Carbon-Molybdenum Desulfurizer Welds 


From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 


Abstract: Welds in two carbon-molybdenum (0.5% Mo) steel catalytic gas-oil desulfurizer reactors cracked under hydrogen 
pressure-temperature conditions that would not have been predicted by the June 1977 revision of the Nelson Curve for that 
material. Evidence of severe cracking was found in five weld-joint areas during examination of a naphtha desulfurizer by ultrasonic 
shear wave techniques. Defect indications were found in longitudinal and circumferential seam welds of the ASTM A204, grade A, 
steel sheet. The vessel was found to have a type 405 stainless steel liner for corrosion protection that was spot welded to the base 
metal and all vessel welds were found to be overlaid with type 309 stainless steel. Long longitudinal cracks in the weld metal, as well 
as transverse cracks were exposed after the weld overlay was ground off. A decarburized region on either side of the crack was 
revealed by metallurgical examination of a cross section of a longitudinal crack. It was concluded that the damage was caused by a 
form of hydrogen attack. Installation of a used 2.25 Cr-lMo steel vessel with a type 347 stainless steel weld overlay was suggested 
as a corrective action. 

Keywords: Decarbuization; Desulfurizer reactors; Pressure vessels; Welded joints 


Material: ASTM A204 Grade A (Molybdenum or molybdenum-sulfide alloy steel), UNS K11820 


Failure types: Intergranular fracture; Hydrogen damage and embrittlement 


Welds in two carbon-molybdenum (0.5% Mo) steel catalytic gas-oil desulfurizer reactors cracked under hydrogen 
pressure-temperature conditions for which hydrogen damage would not have been predicted by the June 1977 revision of 
the Nelson Curve for that material. As a result of this experience, a major refiner instituted regular ultrasonic inspections 
of all welds in its Fe-C-0.5Mo steel desulfurizers. 

Investigation. During a routine examination of a naphtha desulfurizer by ultrasonic shear wave techniques, evidence 
of severe cracking was found in five weld-joint areas (Ref 1). The inspection involved stripping all the insulation from the 
vessel and testing all seams with a beam propagated perpendicular to the welds. Defect indications were found in 

i 

longitudinal and circumferential seam welds of the 113-mm (4l6-in.) thick ASTM A204, grade A, Fe-C-0.5Mo steel 

sheel. Indications were also found in the 57-mrn (24-in.) thick top and bottom heads that were formed by welding pie 
sections of plate. No records were available on the welding method used in the mid 1950s. The vessel had a 2.8-mrn 
(0.109-in.) thick type 405 stainless steel liner for corrosion protection that was spot welded to the base metal at about 38- 

mrn (12-in.) centers, and all vessel welds had been hand overlaid with type 309 stainless steel. 

The vessel was emptied and visually inspected, but no surface damage was evident. To inspect the weld metal, the type 
309 stainless steel weld overlay was ground off along a 965-mm (38-in.) strip of a longitudinal seam weld in an area that 
had ultrasonic indications. This exposed a 330-mrn (13-in.) long longitudinal crack in the weld metal, as well as 

transverse cracks. When about 3 mm (8 in.) of the base-metal weld was ground off and the surface was dye checked, 
hundreds of transverse cracks were observed. An external shear wave test was then performed on the outside of the 
vessel, but perpendicular to the normal scan direction, including weld areas that had not shown indications in the original 
testing; indications of transverse cracks were found. The testing was extended to include all welds, and all were found to 
have indications of transverse cracks. 

Conclusions. Samples were taken from a girth weld for examination. It was found that weld metal from the cracked 
region contained 0.09% C, whereas the base plate contained 0.18% C as compared with a maximum 0.25% C for ASTM 
A204 material. This was taken as an indication of severe decarburization in the crack area. Subsequent metallurgical 
examination of a cross section of a longitudinal crack after polishing and etching with 2% nital disclosed a decarburized 
region on either side of the crack. The cracking was clearly intergranular in nature (Fig. 1). It was concluded that the 
damage was caused by a form of hydrogen attack. 
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Fig. 1 Cracks in naphtha desulfurization reactor attributed to hydrogen damage, (a) Note decarburized region 
adjacent to crack. 25x. (b) Higher-magnification view. 200x 

Corrective Measures. The nominal service conditions for the desulfurizer were approximately 345 °C (650 °F) and 
2690 kPa (390 psig) of hydrogen partial pressure, conditions that would not be expected to produce hydrogen damage 
based on the limits of the 1977 revision of the Nelson Curve for Fe-C-0.5Mo steel. The solution to this material problem 
was installation of a used 2.25 Cr-lMo steel vessel with a type 347 stainless steel weld overlay. The use of an available 
vessel satisfied certain time constraints on the allowable down time for the plant. 
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Hydrogen-Embrittlement Cracking in a Large Alloy Steel Vessel 


From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 


Abstract: A vessel made of ASTM A204, grade C, molybdenum alloy steel and used as a hydrogen reformer was found to have 
cracked in the weld between the shell and the lower head. Six samples from different sections were investigated. The crack was 
found to be initiated at the edge of the weld in the coarsegrain portion of the HAZ. The microstructure was found to be severely 
embrittled and severely gassed in an area around the crack. The microstructure of the metal in the head was revealed to be banded 
and contained spheroidal carbides. The lower head was established by hardness values and microscopic examination to have been 
overheated for a sufficiently long time to reduce the tensile strength below the minimum required for the steel. It was interpreted 
that the wide difference in tensile strength between head and weld metal (including HAZ) formed a metallurgical notch that 
enhanced the diffusion of hydrogen into the metal in the cracked region. The resultant embrittlement and associated fissuring was 
established to have caused the failure. The hydrogen was diffused out by wrapping the vessel in asbestos and heating followed by 
cooling as prescribed by ASME code. 

Keywords: Hydrogen reformers; Pressure vessels; Welded joints 


Material: ASTM A204 grade C (Molybdenum or molybdenum-sulfide alloy steel), UNS K12320 


Failure type: Hydrogen damage and embrittlement 


Figure 1(a) shows a vessel that had been in service about 3 years as a hydrogen reformer when cracking occurred in the 
weld between the shell and the lower head. As shown in Detail A in Fig. 1. one crack, which was 150 mm (6 in.) long, 
developed at the bottom of the weld at the inner surface of the head (crack A), and another, which was 0.9 m (3 ft) long, 
developed at the top of the weld at the outer surface of the shell (crack B). Crack B later extended to a length of 2.7 m (9 
ft). Also, some small blisters were observed on the inner surface near the weld after attempts had been made to repair the 
crack. 



«j 



IfiSulflliQfi 


Fig. 1 Vessel made of ASTM A204, grade C, steel that failed as the result of hydrogen embrittlement, (a) 
Portion of tank; Detail A shows locations of cracks, at welds joining shell to lower head. Dimensions given in 
inches, (b) Schematic illustration of the weld area showing locations of cracks and of samples removed for 
examination, (c) Macrograph of a nital-etched specimen from the inner surface of the head showing a crack in 
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the HAZ. 6.5x. (d) Micrograph of a nital-etched specimen showing normal microstructure and hydrogen 
embrittlement. lOOx 

The vessel contained ceramic balls in the lower head and a catalyst in the shell section. Temperature of the incoming gas 
was 690 °C (1275 °F); the outgoing gas, 620 °C (1150 °F). Design temperature of the vessel, which was insulated inside, 
was 120 °C (250 °F), and design pressure was 4480 kPa (650 psi). No liquid phase was present. A temperature of 340 °C 
(640 °F) had occurred at two hot spots 100 mm (4 in.) in diameter on the outside surface just above the area of the failure. 

_ 5 _ 

The vessel was made of ASTM A204, grade C, molybdenum alloy steel. The head was 33 mm (116 in.) thick, and the 
_ 5 _ 

shell was 59 mm (2l6 in.) thick. 

Metallurgical Investigation. Six samples were removed from the outside surface of the vessel at right angles to the 
weld, using an abrasive cutoff wheel; as shown in Fig. 1(b), three were cut across the weld line on the shell side and three 

on the head side. The samples were triangular in cross section, about 13 mm (2 in.) wide on each surface, and 75 mm (3 
in.) long. A sample at the end of the crack on the inner surface of head was removed parallel to the weld. This sample was 

7 5 1 

also triangular in shape, 22 mm (8 in.) wide at the head surface, 16 mm (8 in.) deep, and 240 mm (92 in.) long. Also, 
13 

three 21-mm (16 in.) diam plugs were trepanned through the complete wall thickness, one each from the head, weld, and 
shell. 

_3_ 

Of the six samples taken from the outer surface, only sample 3 was visibly cracked. This crack, about 5 mm (16 in.) deep, 
initiated at the edge of the weld in the coarsegrain portion of the FIAZ. Microscopic examination revealed a small crack in 
sample 1, which was taken from the shell side. This crack was also located in the coarse-grain portion of the FIAZ. No 
cracks were discovered in the other samples taken from the outer surface. No microfissures, decarburization, or 
characteristics of hydrogen embrittlement were observed in any of the six samples from that surface. 

Examination of a section through the sample from the inner surface of the head showed that the crack was at the edge of 
the weld, completely in the FIAZ of the head (Fig. lc). Fusion of the weld metal on both the head and shell sides was 
good on both the inner and outer surfaces. A micrograph of the start of the crack, which was at the inner surface, revealed 
elongated grains, indicating that the metal had undergone plastic flow before failure. Figure 1(d) shows a micrograph of a 
portion of the same section farther along the crack. The microstructure was normal in appearance, but was severely 
embrittled, as shown by the region near the fracture surfaces. Additional micrographs near the crack showed that the 

metal had become severely gassed in an area extending up to 3 mm (8 in.) on each side of the crack. 

Microscopic examination of the plug trepanned from the head showed decarburization, which was present in nearly equal 
amounts on both inner and outer surfaces and therefore was not the result of service conditions. The inner surface was 
coated with a dark-brown scale. The microstructure of the metal in the head was banded, except near the surfaces, and 
contained spheroidal carbides, indicating that the metal had been held at temperatures above 540 °C (1000 °F) for a long 
period of time. 

The plug from the shell also had a dark-brown scale on the inner surface and showed a microstructure that was uniform 
throughout and typical for the metal. The carbides in the pearlite areas had lost some of their lamellar form, which 
indicated that the material had been held at a high temperature for some time, but the breakdown was not as severe as that 
observed in the head. 

Flardness tests were performed on one of the samples taken from the outer surface, the sample from the inner surface, and 
the three trepanned plugs. Rockwell B hardness values and equivalent tensile-strength values are given in Table 1. 

Table 1 Hardness and tensile properties of samples taken from a failed pressure vessel 

Location of Hardness, Equivalent 
hardness test 

HRB tensile strength 


MPa ksi 


Outer-Surface Sample 



Shell plate 86 


586 85 


Head plate 

86 

586 

85 

HAZ ,a) 

92-98 

724 

105 

Weld metal 

92-96 

690 

100 

Inner-Surface Sample 

Head plate 

76 

465 

67.5 

HAZ ,b) 

89 

565 

85 

Weld metal 

90 

638 

92.5 

Trepanned Plugs 

Shell: 

Inner wall 

84 

569 

82.5 

Center 

81 

517 

75 

Outer wall 

85 

579 

84 

Head: 

Inner wall 

76 

465 

67.5 

Center 

78 

490 

71 

Outer wall 

79 

500 

72.5 

Weld metal: 

Inner wall 

96 

769 

111.5 

Center 

94 

748 

108.5 























Outer wall 95 758 110 


Discussion. Hardness data and microscopic examination indicated that the lower head had been overheated for a 
sufficiently long time to reduce the tensile strength below the 517-MPa (75-ksi) minimum required for ASTM A204, 
grade C, steel. The wide difference in tensile strength between head and weld metal (including HAZ) formed a 
metallurgical notch that enhanced the diffusion of hydrogen into the metal in the cracked region. The resultant 
embrittlement and associated Assuring led to further weakening and eventually to failure. 

Because the fracture was brittle, internal cracking must have taken place before plastic deformation on the inner surface. 
Also, the major crack must have propagated internally because it did not intersect the inside surface near its end. Cracking 
on the outside surface was simply the result of overloading the embrittled material alter internal failure had already 
occurred. 

The total absence of decarburization on the trepanned plugs at the inside surface of the shell and the minor 
decarburization of the head suggested that hydrogen diffusion was limited to the head regions adjacent to the HAZ or that 
hydrogen diffused into the metal at temperatures below 205 °C (400 °F). The tensile tests of the head material would have 
detected any embrittlement. Had hydrogen diffusion occurred at higher temperatures, more Assuring (gassing) or 
considerably more decarburization would have been in evidence. Because no serious damage was detectable in the 
trepanned plugs, heat treatment would relieve any embrittlement that may have occurred in the shell and head. Grains 
need not be separated for embrittlement to occur, and provided no fissures have formed, the pressure can be relieved by 
allowing the gases to diffuse out of the metal during careful heat treatment; otherwise, blisters will result. The damaged 
region adjacent to the weld on the head side should be removed, because these fissures cannot be repaired by heat 
treatment. 

Conclusion. Failure of the vessel was chieAy the result of hydrogen embrittlement with over-heating as a contributory 
factor. 

Corrective Measures. The vessel was wrapped in asbestos and heated to 455 °C (850 °F) at a rate of 55 °C (100 °F) 

per hour, held at 455 to 480 °C (850 to 900 °F) for 24 h, heated to 595 °C (1100 °F) at a rate of 55 °C (100 °F) per hour, 

and held for 24 h. The vessel was then cooled at a rate prescribed by the ASME code. This treatment caused hydrogen to 
be diffused out of the metal, thus removing the source of embrittlement. 

_3_ 

The weld metal on both sides of the crack and 5 mm (16 in.) of base metal in the shell and the head were removed. The 
area thus prepared was repair welded using E7018 filler metal, then stress relieved. 
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2002, p 809-822 


Superheater Components 

H.C. Furtado, Centro de Pesquisas de Energia Eletrica-CEPEL; Iain Le May, Metallurgical Consulting Services, 
Ltd. 


From: H.C. Furtado, I. Le May, Case Studies of High Temperature Failures, Microstructurai Science, Vol 23, Advances and 
Applications in the Metallography and Characterization of Materials and Microelectronic Components, D.W. Stevens, E.A. Clark, D.C. 
Zipperian, and E.D. Albrecht, Ed., ASM International, 1996, p 165-168 

Abstract: Some examples of equipment failures involving high temperature operation are presented. They include some steam 
generator superheater components and a pump shaft that should not have been at high temperature. Metallographic analysis is used 
to determine the causes of failure in each case. 

Keywords: Decarburization; Superheaters; Tube components 

Material: ASTM A209 (Molybdenum or molybdenum-sulfide alloy steel) 

Failure types: Creep fracture/stress rupture; Intergranular corrosion; High-temperature corrosion and oxidation 




The authors have been involved in the examination of many failed superheater components and the two examples given 
here are considered representative. 

Tube Evaluation 

In the first case a superheater bend had ruptured after 120,000 h of operation, the steam temperature being nominally 
440°C. Because of this, sample bends and tubes were provided for analysis. The discussion here will relate to the 
examination of the tubes, which was made to determine if there were serious concerns about their continued operation. 
Three tubes were provided, the material being specified as ASTM A209. One of the tubes was much less oxidized than 
the others. Representative microstructures are shown in Figure 1. The tube that had suffered less oxidation had a structure 
of ferrite and lamellar pearlite across the wall (Figure la) while the others had a structure of ferrite and spheroidized 
pearlite with extensive decarburization at the outer surface (Figure lb), and a lesser degree of decarburization at the 
inside. 



Fig. 1 (a) Microstructure of tube that had suffered less oxidation; (b) microstructure of tube with more 
oxidation (external surface). Etched in 1% Nital. 

From the microstructure it was clear that one of the tubes supplied had operated for a much shorter time or at a lower 
temperature than the others and was probably a replacement tube, although no operating records mentioned this. The 
microstructural degradation noted in the others (Figure 1) corresponds to Stage D of spheroidization, using the 
classification of Toft and Marsden (1). The reduced creep resistance to be expected in the tube material on the basis of 
the microstructural changes observed did not give cause for any immediate concern, although the sample size was small, 
and it was considered that a more extensive study should be made, particularly as the ruptured tube bend indicated that 
much higher local temperature existed locally than the design called for ( 2). 

Superheater Header Stub Failures. 

Failures had occurred in the stubs connecting the outlet header to the superheater tubes in a steam generator. The steam 
temperature at outlet was nominally 515°C and they had been in service for some 175,000 h. Because there was extensive 




deformation at the rupture in the failed stub supplied, together with a marked local reduction in thickness along the 
fracture lips, short term overheating was an obvious explanation of the failure ( 3). However, the microstructure was one 
of completely spheroidized carbides in a ferrite matrix (Figure 2), with little evidence of the original pearlite areas being 
left. Samples of unused stubs showed the original microstructure to be one of ferrite and lamellar pearlite. The “damaged” 
microstructure corresponds to Stage E of Toft and Marsden's classification (1). 



Fig. 2 Spheroidized carbides in ferrite matrix in the ruptured stub. Nital 1% etch. 

Intergranular creep cracking was present, running into the material parallel to the fracture surface (Figure 3). 



Fig. 3 Intergranular creep cracking at the fracture surface of the stub. Nital 1% etch. 

It was clear that there had been long term overheating rather than short term, and that the failure was by creep. 
Accordingly, it was recommended that a wider examination be made and, at the least, all stubs adjacent to the failed ones 
be changed immediately. 

Concluding Remarks 

The analysis of high temperature failures is often interesting in that the conditions actually experienced may be very 
different from the design conditions or from those reported to be present. Original microstructures are often unknown but, 
if original unused samples of the materials can be obtained, they are very useful for the puipose of comparison. 

It is hoped that the brief examples given here will be of some value to others dealing with failures where high temperature 
is a major factor. 
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Graphitization-Related Failure of a Low-Alloy Steel Superheater Tube 

David J. Kotwica, Betz Laboratories, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A carbon-molybdenum (ASTM A209 Grade Tl) steel superheater tube section in an 8.6 MPa (1250 psig) boiler cracked 
because of long-term overheating damage that resulted from prolonged exposure to metal temperatures between 482 deg C (900 
deg F) and 551 deg C (1025 deg F). The outer diameter of the tube exhibited a crack (fissure) oriented approximately 45 deg to the 
longitudinal axis and 3.8 cm (1.5 in.) long. The inner diameter surface showed a fissure in the same location and orientation. 
Microstructure at the failure near the outer diameter surface exhibited evidence of creep cracking and creep void formation at the 
fissure. A nearly continuous band of graphite nodules was observed on the surface of the fissure. In addition to the graphite band 
formation, the microstructure near the failure exhibited carbide spheroidization from long-term overheating in all the tube regions 
examined. It was concluded that preferential nucleations of graphite nodules in a series of bands weakened the steel locally, 
producing preferred fracture paths. Formation of these graphite bands probably expedited the creep failure of the tube. Future 
failures may be avoided by using low-alloy steels with chromium additions such as ASTM A213 Grade Til or T22, which are resistant 
to graphitization damage. 

Keywords: Boiler tubes; Creep (materials); Graphitization, bleating effects; Mechanical properties; Microstructural effects; 
Overheating 


Material: ASTM A209 grade Tl (Molybdenum or molybdenum-sulfide alloy steel), UNS K11522 


Failure type: High-temperature corrosion and oxidation 


Background 

A low-alloy steel superheater tube failed in a two drum Sterling design boiler in service at a chemical plant. At the time of 
failure, the superheater tube had been in service for approximately 24 years. 

Application 

The superheater tube as-submitted had a nominal outer diameter of 63.5 mm (2.5 in.) and a nominal wall thickness of 4.4 
mm (0.172 in.). It was intended as a steam bearing tube for an 8.6 MPa (1250 psig) boiler. 

Pertinent specifications 

The superheater tube had been fabricated from annealed ASTM A209 Grade Tl seamless carbon-molybdenum alloy 
steel. 

Performance of the other parts in same or similar service 

A tube in the waterwall bank had failed in service due to long-term overheating at the same time. The exact cause of the 
overheating of the water-wall tube (e.g., excessive heat flux, internal deposits, and/or insufficient circulation in this 
section) was not specifically detailed. 


Selection of specimens 



A61-cm (24-in.) long section of the superheater tube that failed was examined in the laboratory. 


Visual Examination and General Physical Features 

The external surface of the superheater tube is shown in Fig. 1. The failure consisted of a single fissure (Fig. 2). with no 
visible evidence of bulging or secondary cracking. No evidence of significant ash build-up was observed on the outer 
diameter surface. Flowever, an iron oxide scale layer approximately 0.2 mm (0.008 in.) thick was observed under a very 
thin layer of brownish deposit on the outer diameter surface. 



Fig. 1 The external surface of the submitted superheater tube. 0.46x 



Fig. 2 The fissure oriented at 45° on the outer diameter surface. 0.76x 

Testing Procedure and Results 

Surface examination 

The outer diameter surface of the tube exhibited a crack (fissure) oriented approximately 45° to the longitudinal axis and 
3.8 cm (1.5 in.) long. No apparent wall thinning or bulging accompanied the fissure. The tube was split longitudinally 
with a band saw to facilitate examination of the inner diameter surface. The inner diameter surface exhibited a fissure in 
the same location and orientation as that observed on the outer diameter surface (Fig. 3). Therefore, the fissure had 
propagated through the entire wall thickness. Also shown in Fig. 3 are secondary fissures oriented similarly. The entire 




internal surface was covered with a uniform adherent dark gray iron oxide scale (most likely magnetite) 1.5 mm (0.006 
in.) to 0.2 mm (0.008 in.) thick. 



Fig. 3 The inner diameter surface of the superheater tube, at the failure. The arrow indicates the failure site. 
0.68x 

Metallography 

A microstructural study of the failure and adjacent inner diameter fissures was performed by cross-sectioning the tube 
perpendicular to the fissures. The microstructure at the failure near - the outer diameter surface exhibited evidence of creep 
cracking and creep void formation at the fissure (Fig. 4). Upon close examination, an almost continuous band of graphite 
nodules on the surface of the fissure was observed. Inspection revealed slight curvatures of the fissure surface 
accentuating the individual nodule positions. 



Fig. 4 Photomicrograph showing the crack morphology observed at the failure adjacent to the outer diameter 
surface. Unetched. 38x 

A second a nay of graphite nodules was observed adjacent to the fissure and exhibiting the same orientation in the 
microstructure (Fig. 5). This band of nodules corresponded to a secondary fissure on the inner diameter surface (see Fig. 
3). Examination of the secondary band of graphite nodules revealed small cracks linking the individual graphite nodules 
(Fig. 6). In addition to the graphite band formation, the microstructure near the failure exhibited carbide spheroidization 
from long-term overheating in all the regions examined. Fig. 7 shows the typical mid-wall microstructure adjacent to the 
failed region. 



Fig. 5 Photomicrograph showing secondary band of graphite nodules adjacent to the outer diameter surface. 
Nital etch. 29x 



Fig. 6 Photomicrograph showing the linkage of individual graphite nodules by a network of cracks. Nital etch. 
152x 










Fig. 7 Photomicrograph showing a close-up of two graphite nodules and carbide spheroidization typical of the 
mid-wall microstructure of the tube. Nital etch. 285x 

Chemical analysis/identification 

Material. A portion of the superheater tube was chemically analyzed by optical emission spectroscopy (OES) to 
confirm the alloy composition. The results, given in Table 1, indicate that the tube met the compositional requirements for 
ASTM A209 Grade T1 superheater tubing. 


Table 1 Alloy analysis by wt% 


Element 

Tube sample 

ASTM A209 Grade T1 specification 

C 

0.12 

0.10 to 0.20 

Mn 

0.48 

0.30 to 0.80 


0.005 

0.045 max. 

S 

0.016 

0.045 max. 

Si 

0.21 

0.10 to 0.50 

Mo 

0.47 

0.44 to 0.65 

Ni 

0.07 

ns 

Cr 

0.10 

ns 

Cu 

0.17 

ns 

Fe 

Rem 

Rem 

ns, not specified 


Internal Surface Coating. Scanning electron microscope/energy dispersive spectroscopy (SE/EDS) was used to 
determine if any contaminants were present in the inner diameter surface magnetite scale. A specimen was prepared by 
scraping the scale off and mixing to produce a homogeneous sampling. The results indicated that the inner diameter scale 
consisted entirely of iron oxides. No impurities were detected 

Discussion 

The failure of the Grade T1 superheater tube can be attributed to severe long-term overheating and the subsequent 
formation of bands of graphite nodules. Graphitization is a microstructural change that sometimes occurs in carbon and 
0.5% molybdenum low-alloy steels subjected to moderately excessive metal temperatures 482 to 551°C (900 to 1025°F) 
for long periods of time (Ref 1). Because the carbon in this steel as-manufactured is usually present in a metastable state 
as carbides, thermal decomposition of the cementite (Fe 3 C) platelets in the pearlitc grains can result in a mixture of 
carbon (graphite) and ferrite. A competing form of pearlite decomposition (carbide spheroidization) will also occur at 
these temperatures, which was found in the microstructure. In superheater tubing, usually the formation of spheroidized 
carbides is predominant when metal temperatures exceed 551°C (1025°F). 
















The band of preferred graphite nodule formation at the failure likely occurred due to preferential nucleation sites. The 
pattern of the nodules (orientation 45° to the longitudinal axis) suggests that they formed at sites associated with internal 
strain bands (possibly slip planes that formed in the steel from the original manufacturing of the tube) in the steel (Ref 2, 
3). Thus, the term “slip-plane graphitization” has been coined. Nucleation then proceeds at sites of higher dislocation 
densities and/or stacking faults in a preferential manner. In conjunction with the slip-band graphitization, a general 
weakening of the mechanical properties of the tube and the onset of creep, which was observed at the outer diameter 
surface of the failure, caused the final failure of the tube. 

Conclusion and Recommendations 

Most probable cause 

The failure in the Grade T1 superheater tube was precipitated by exposure to higher-than-design metal temperatures (long¬ 
term overheating at metal temperatures 551°C, or 1025°F). The most likely causes of overheating in superheater tubing 
are inadequate steam distribution and/or excessive heat flux. Microstructural analysis of the failed region indicated the 
formation of graphite nodule arrays (slip-band graphitization) at 45° to the longitudinal axis. Since graphite nodules have 
little tensile strength, the slip-band graphitization severely weakened the steel along these paths. The failure of the tube 
occurred as creep cracking and creep void development occurred along the tube surfaces at the site of localized 
deterioration of mechanical proper ties (a graphite nodule array). 

Remedial action 

In addition to identifying and eliminating the excessive metal temperatures experienced in this region of the superheater 
bank, avoiding failures of this nature may include consideration of upgrading the superheater tubing from A209 T1 to a 
chromium-containing grade (e.g., ASTM A213 Grade Til or T22). Both of these grades contain enough chromium to be 
immune to carbide graphitization. Additionally, Til and T22 offer enhanced creep/oxidation resistance properties. 
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Fatigue Failure of Carbon-Molybdenum Steel Boiler Tubes Caused by Vibration 

From: D.N. French, Failures of Boilers and Related Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 602-627 


Abstract: Tubes in a marine boiler on a new ship failed after brief service lives. Circumferential brittle cracking was found to occur 
in the carbon-molybdenum steel tubes near the points where the tubes were attached to the steam drum. Fatigue striations were 
revealed by examination of fracture surfaces by electron microscopy at high magnification. Fatigue failures were concluded to be 
caused by vibrations resulting from normal steam flow at high steam demand. Too rigid support near the steam drum resulted in 
concentration of vibratory strain in the regions of failure. The method of supporting the tubes was changed to reduce the amount of 
restraint and the strain concentration. 

Keywords: Constraining; Fluid flow; Strain; Supports 


Material: Carbon-molybdenum steel (Molybdenum or molybdenum-sulfide alloy steel) 


Failure type: Fatigue fracture 


Tubes in a marine boiler on a new ship failed after brief service lives. Circumferential brittle cracking occurred in the 
carbon-molybdenum steel tubes near the points where the tubes were attached to the steam drum. 

Investigation. Visual, macroscopic, and metallographic examination did not disclose the reason for the failures. There 
was no evidence of overheating, excessive corrosion, or metallurgical damage caused by improper fabrication. However, 
when the fracture surfaces were examined by electron microscopy at high magnification, fatigue striations were found. 

Conclusion. It was concluded that the fatigue failures were caused by vibrations resulting from normal steam flow at 
high steam demand. The tubes were supported too rigidly near the steam drum, resulting in concentration of vibratory 
strain in the regions of failure. 

Recommendations. The method of supporting the tubes was changed to reduce the amount of restraint and thus the 
strain concentration, and no further failures occurred. In similar circumstances, it might be necessary to lengthen or 
shorten tubes (or pipes) or to reduce operating load in order to eliminate fatigue caused by vibrations resulting from 
normal fluid flow. 
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Cast Ingot Cracked During Forging 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: An octagonal steel ingot weighing 13 tons made of manganese-molybdenum steel developed gaping cross-cracks on all 
eight sides in the forging press during initial pressure application. It was reported that the steel had been melted in a basic 12-ton 
arc furnace, oxygenated, furnished with 42 kg of 75% ferrosilicon and 12 kg aluminum additions, alloyed with 160 kg of 80% 
ferromanganese, and finally deoxidized in the ladle with 42 kg calcium silicon. For metallographic examination a plate approximately 
100 mm thick was cut parallel to one of the eight planes. Platelet-like particles could be discerned on the conchoidal fracture planes 
with the scanning electron microscope. The precipitates proved to be thin and partially transparent platelets of a hexagonal crystal 
lattice whose parameters resemble those of AIN. The precipitates were at least in part still undissolved in spite of the long holding 
period at high initial forging temperature. Another block melted under the very same conditions and immediately after the defective 
one, was forged into a gear ring without any trouble. This ring was free of grain boundary precipitates, but it contained only 0.012 % 
AI and 0.0102 % N. 

Keywords: Cracking (fracturing); Forgings; Ingots; Precipitates 


Material: Fe-0.39C-1.38Mn-0.325Mo (Molybdenum or molybdenum-sulfide alloy steel) 


Failure type: Mixed-mode fracture 


An octagonal steel ingot weighing 13 tons made of manganese-molybdenum steel containing 0.39% C, 0.41% Si, 1.38% 
M n, 0.014% P, 0.009% S and 0.325% Mo, developed gaping cross-cracks on all eight sides in the forging press during 



initial pressure application. It was reported that the steel had been melted in a basic 12-ton arc furnace, oxygenated, 
furnished with 42 kg of 75% ferrosilicon and 12 kg aluminum additions, alloyed with 160 kg of 80% ferromanganese, and 
finally deoxidized in the ladle with 42 kg calcium silicon. The iron mold had been preheated to 125°C and its inner 
surface was dusted with aluminum powder. 


The block was 1780 mm long and had a diameter of 1020 mm at the top and 920 mm at the bottom. It was stripped after 


104 , 


4hr, transferred into the forging furnace at 1080°C and then kept at 1200°C for 10 hours before forging. 


The block is shown in Fig. 1. A particularly deep crack appeal ed in the transition to the feeder head (not visible in Fig. 1). 
The crystallites with conchoidal grain boundary fracture which are shown in Fig. 2 could be broken out of this crack. 



Fig. 1 View of the forged 13-ton block. 


Fig. 2 Crystallites removed from gaping crack. 1 x 

For metallographic examination a plate approximately 100 mm thick was cut parallel to one of the eight planes. Its upper 
quarter is illustrated in Fig. 3 as seen from the lateral plane of the block, while Fig. 4 shows the etched section plane on 
the opposite inner side of the same section. It is apparent that the cracks have penetrated deeply into the block. They run 
along the primary grain boundaries. After breaking open the fracture planes showed a predominantly conchoidal structure 
(Fig. 5). The smooth, non-deformed fracture on the primary grain boundaries can be particularly well distinguished from 
the ragged ductile fracture (Fig. 6) under the scanning electron microscope. 









Fig. 4 Longitudinal section at 100 mm depth parallel to octagonal plane. Etch: Copper ammonium chloride 
solution according to Heyn. 1 x 





Fig. 6 Fracture plane in scanning electron microscope. Lower right: Ductile fracture, top: Conchoidal fracture. 
2000 x 

During microscopic examination of microsections, a coarse-meshed net of fine precipitates was found (Fig. 7). They were 
in part transparent and were illuminated four times while turning 360° in polarized light between crossed Nicols. Thus 
they were anisotropic, i.e. not glassy or of cubic structure (Fig. 8). 





Fig. 7 Crack and precipitates at primary grain boundaries. Unetched longitudinal section. 100 x 





Fig. 8 Grain boundary precipitates in polarized light. Longitudinal section. 1200 x 

The melting of the steel in the basic electric arc furnace with a high content of dissociated nitrogen permitted the 
assumption that the precipitates were nitrides. This had been found in several prior cases of conchoidal fractures 1. 
Analysis showed that the steel contained 0.022% A1 and 0.017% N. 

Electron microprobe tests showed that the precipitates were not enriched by either iron, silicon, manganese, oxygen or 
sulfur. In contrast to this, the aluminum radiation showed such a high intensity that this metal had to be the principal 
constituent of the precipitates (Figs. 9). Calcium also was present. Therefore the precipitates could not consist of oxides, 
silicates or sulfides. 










Fig. 9 a). Examination by electron microprobe. Electron diffraction pattern. B). Examination by electron 
microprobe. Aluminium Ka - radiation. 

Platelet-like particles could be discerned on the conchoidal fracture planes with the scanning electron microscope 
(Compare Fig. 6). They were isolated by vaporizing with carbon and stripping of the film (Fig. 10). Their lattice structure 
was examined by electron diffraction (Fig. 11). The precipitates proved to be thin and partially transparent platelets of a 
hexagonal crystal lattice whose parameters resemble those of AIN. 



Fig. 10 Precipitates in carbon film of fracture. 5000 x 




Fig. 11 Electron diffraction pattern of precipitated particle. 

It has been known from previous experience that such precipitates lower the cold strength and toughness of steel castings 
and lead to a ripping open of the grain boundaries during mechanical stress application or hydrogen loading 1. During 
forging they apparently also cause hot tears according to the determinations made here. If the data given by the 
manufacturer are correct it is noteworthy that the precipitates were at least in paid still undissolved in spite of the long 
holding period at high initial forging temperature. 

It may be added here that another block that was melted under the very same conditions and immediately after the 
defective one. was forged into a gear ring without any trouble. This ring was free of grain boundary precipitates of the 
kind described, as could be proved by metallographic examination. But it contained only 0.012 % AI and 0.0102 % N. A 

i. 

favorable circumstance may also have been that the ring was removed from the casting mold after 4hr and transferred 
into the forging furnace at a correspondingly higher temperature. At this temperature the nitrides were perhaps not yet 
precipitated. 
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Cracking in a Boiler Steam Drum. 

T.L. da Silveira, Tito Silveira Engenharia e Consultoria, Limited; I. Le May, Metallurgical Consulting Services, 
Ltd. 


From: T.L. da Silveira, I. Le May, Cracking in a Boiler Steam Drum, Creep: Characterization, Damage and Life Assessments 
(Proceedings of the Fifth International Conference on Creep of Materials, Lake Buena Vista, Florida, 18-21 May 1992), D.A. 
Woodford, C.H.A Townley, and M. Ohnami, Ed., ASM International, 1992, p 237 


Abstract: During the inspection of a boiler containing cracks at the superheater header connection, cracking also was detected 
within the main steam drum. This was fabricated from a Mn-Mo-V low alloy steel. It operated with water and saturated steam at 
approximately 335 deg C. Cracking was detected at the nozzles connecting the tubes for the entry of steam and hot water to the 
drum, at the downcomers, and at the connection to the safety valve. All cracks had a similar morphology, running in a longitudinal 
direction along the drum from the cutouts in the shell. All the cracks had developed under the influence of the hoop stress and were 
associated with the locally increased stress levels relating to the cutouts at nozzle and pipe connections. At their ends the cracks 
were filled with corrosion products, and their surfaces were seen to be very irregular. The process of crack growth was not due to 
fatigue only, but can most probably be attributed to corrosion fatigue. The boiler steam drum design should be reviewed to reduce 
the local level of stress at the shell-nozzle connections. 

Keywords: Boilers; Corrosiun products; Low cycle fatigue; Steam drums 


Material: Mn-Mo-V (Molybdenum or molybdenum-sulfide alloy steel) 


Failure type: Corrosion fatigue 


During the inspection of the boiler containing cracks at the superheater header connection (the previous case), cracking 
was also detected within the main steam drum. This was fabricated from a Mn-Mo-V low alloy steel. It operated with 
water and saturated steam at approximately 335°C. 

Figure 1 shows the various areas in which cracking was detected. These were: at the nozzles connecting the tubes for the 
entry of steam and hot water to the drum; at the downcomers; and at the connection to the safety valve. All cracks had a 
similar morphology, running in a longitudinal direction along the drum from the cutouts in the shell. 

SAFETY VALVE 



Fig. 1 Showing cracking in steam drum. 

From their orientation it was clear that all the cracks had developed under the influence of the hoop stress and were 
associated with the locally increased stress levels relating to the cutouts at nozzle and pipe connections. It was not 
possible to prepare metallographic sections through the cracks as the cracked areas were to be ground away and built up 
with weld metal if considered necessary. Thus, examination was made by replication at different stages during the 






grinding process conducted on the 68 mm thick shell. The maximum crack depth was determined to be approximately 2 
mm. 

At their ends the cracks were filled with corrosion products as shown in Figure 2, and their surfaces were seen to be very 
irregular. Following further grinding and polishing steps, the replicas showed the bottom of the cracks to be filled with 
corrosion products and to have rough edges (Figure 3). 



Fig. 2 Replica of crack edge in steam drum after four grinding steps. Unetched. 



100 pm 


Fig. 3 Replica of crack edge after eight grinding steps. Unetched. 

The mechanisms of crack initiation and propagation cannot be fully defined, but low cycle fatigue is certainly involved 
together with corrosion. Crack initiation may be by pitting corrosion in association with high local stress, but this is 
speculative. 

On the basis of the observed geometry of the crack tips, the process of crack growth is not a simple one due to fatigue 
only, but can most probably be attributed to corrosion fatigue. 

The failure in the boiler steam drum emphasizes the need for careful internal inspection of such components. In the event 
of cracking as described being detected, it may be appropriate to review the design carefully, with the object of reducing 
the local level of stress at the shell-nozzle connections. 
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Fatigue Failure of a Carburized Steel Bevel Pinion Because of Misalignment 


From: L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 586-601 


Abstract: Several teeth of a bevel pinion which was part of a drive unit in an edging mill failed after 3 months in service. 
Specifications required that the pinion be made from a 2317 steel forging and that the teeth be carburized and hardened to a case 
hardness of 56 HRC and a core hardness of 250 HB. Two teeth were revealed by visual examination to have broken at the root and 
fatigue marks extending across almost the entire tooth were exhibited by the surface of the fracture. Cracking in all the tooth was 
showed by magnetic-particle inspection. The pinion was concluded to have failed by tooth-bending fatigue. Spalling was also noted 
on the pressure (drive) side of each tooth at the toe end which indicated some mechanical misalignment of the pinion with the 
mating gear that caused the cyclic shock load to be applied to the toe ends of the teeth. 

Keywords: Cyclic loads; Gear teeth; Rolling mills; Shock loading 


Material: 2317 (Nickel alloy steel) 


Failure type: Fatigue fracture 


The bevel pinion shown in Fig. 1(a) was part of a drive unit in an edging mill. The pinion had been in service about 3 
months when several teeth failed. Specifications required that the pinion be made from a 2317 steel forging and that the 
teeth be carburized and hardened to a case hardness of 56 FIRC and a core hardness of 250 HB (24.5 HRC). 



Fig. 1 2317 steel bevel pinion that failed by fatigue breakage of teeth, (a) Configuration and dimensions (given 
in inches), (b) View of area where two teeth broke off at the root, (c) Fracture surface of a broken tooth 
showing fatigue marks 





Investigation. Chemical analysis of the metal in the pinion showed that it was 2317 steel as specified. Case hardness 
was 52 to 54 HRC, and core hardness was 229 HB (20.5 HRC). Both hardness values were slightly lower than specified, 
but acceptable. 

Visual inspection of the pinion showed that two teeth had broken at the root (Fig. lb). The surfaces of these fractures 
exhibited fatigue marks extending across almost the entire tooth (Fig. lc). Magnetic-particle inspection of the pinion 
showed that all of the teeth were cracked. Each crack had initiated along the tooth root, at the toe (small) end of the tooth, 
extending to the center of the crown. Spalling was also noted on the pressure (drive) side of each tooth at the toe end. A 
metallographic specimen taken transversely through a broken tooth showed it to be case carburized to a depth of 4.8 mm 
_ 3 _ 

(16 in.), hardened, and tempered. 

Conclusions. The pinion failed by tooth-bending fatigue. Some mechanical misalignment of the pinion with the mating 
gear caused a cyclic shock load to be applied to the toe ends of the teeth, as exhibited by the spalling. This continuous 
pounding caused the teeth to crack at the roots and to break off. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Failure of 9% Ni Steel Production Tubing 

Robert M. Billings, ARCO Exploration and Production Technology 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: During a work over of an oil well, the 9% Ni steel production tubing parted three times as it was being pulled from the 
well. The tubing had performed satisfactorily for more than 30 years in the well A representative failure, a circumferential fracture in 
a connection, was analyzed. Reported to be a hydril CS connection, the pin end parted near the last threads. The external surface 
exhibited mechanical damage marks from the fishing operation. No signs of external corrosion or damage were detected. Visual 
surface examination revealed shear lips at the outside pipe, indicating that the fracture initiated at the inside surface and grew 
across the wall. Longitudinal cross sections revealed heavy corrosion damage to the inside pipe surface. Metallographic examination 
indicated that the tubing failed as a result of severe weakening from internal corrosion. Gray-colored corrosion deposits, which 
penetrated the pipe throughout the grain boundaries of the material and concentrated in the matrix in a layer near the inside surface 
of the pipe, were observed. The presence of H2S in the produced fluids and the appearance of the gray deposit indicated that the 
tube suffered H2S corrosion. Chemical analysis of the base metal and corrosion deposits did not detect iron or nickel sulfides, 
however Replacement of the remaining pipe strings according to a scheduled program was recommended. Because 9% Ni steel was 
not available, 13% Cr martensitic stainless steel was recommended as a replacement. 

Keywords: Connectors, corrosion; Hydrogen sulfide, environment; Oil field equipment, materials selection; Pipe, corrosion; Sour 
gas, environment; Stress corrosion 


Material: 9% Ni steel (Nickel alloy steel) 

Failure type: Hydrogen damage and embrittlement 


Background 

During a workover of an oil well, the 9% Ni steel production tubing parted three times as it was being pulled from the 
well. The tubing had performed satisfactorily for more than 30 years in the well. Although it was severely corroded, the 
tubing did not leak. 

Applications 

This oil field contained 12 wells that were completed with 9% Ni steel production tubing in the early 1950s. Gas lift is 
used to enhance production. The wells are approximately 300 m (10,000 ft) deep.At the time of failure, this particular 
well was producing about 43 barrels of oil and 178 barrels of water per day. The produced gas contained approximately 
12 to 18 ppm of hydrogen sulfide. 


Circumstances leading to failure 



During a workover of the well in January 1984, the 9% Ni tubing parted three times as it was being pulled from the well. 
These failures were the first suffered by any of the 9% Ni tubing. A representative failure was selected for analysis. 

Visual Examination of General Physical Features 

The failure selected for analysis was a circumferential fracture of the tubing in a connection (Fig. 1). Reported to be a 
Flydril CS connection, the pin end parted near the last threads. The external box surface exhibited mechanical damage 
marks from the fishing operation. Except for these marks, no signs of external corrosion or damage were detected. 




Fig. 1 As-received tubing connection. The pin is to the right and the box to the left. ~0.5x. 

Testing Procedure and Results 

Surface examination 

Visual. Figure 2 shows both pin fracture surfaces. The surfaces appeared flat and brittle, particularly near the inside pipe 
surface. Shear lips were visible at the outside pipe surface.Ihe fracture apparently initiated at the inside surface of the pipe 
and grew across the wall. The appearance of the surfaces indicated no specific fracture origin areas. 



Fig. 2 Fracture surfaces. The pin is to the right. ~0.51x. 

Longitudinal cross sections through the pin and box revealed heavy corrosion damage to the inside pipe surface (Fig. 3). 
The pin did not stretch or neck down significantly prior to failure. 






Fig. 3 View of the inside surface of the tubing, showing extensive internal corrosion. No thread stretching was 
evident. The black substance at the threads is oil. The pin is to the right. ~0.38x. 

Metallography 


Microstructural Analysis. Figure 4 shows a longitudinal cross section of the pin at the circumferential failure. The 
cross section was removed from the part of the pin containing the torque shoulder. Corrosion of the inside pipe surface 
was evident. The cross section also contained several circumferential cracks. In Fig. 4, note that the material near the 
inside pipe surface etched darker than that away from the inside surface. Note also a thin network ofdarker etching 
material extending throughout the lighter etching material. 



Fig. 4 Longitudinal cross section of the failed pin. The fractures at the right. Arrows indicate circumferential 
cracks that initiated at the inside surface. Note the darkened layer of material at the inside surface (bottom). 
The round objects are steel shot used to strengthen the plastic mounting material and should be disregarded. 
Nital etch. 3x. 

Figures 5 and 6 are closeup views (unetched and etched, respectively) of the pipe microstructure near the inside pipe 
surface. Large deposits of a dark, gray-colored material were evident throughout the structure. A similar material seemed 
to extend through all the grain boundaries. Figure 7 shows a representative view of the typical tube microstructure, which 
contained no deposits or networks of dark etching material. 






Fig. 6 Microstructure of tubing in the area affected by the gray deposit. IMital etch. 500x. 











Fig. 7 Typical normalized and tempered microstuccture of tubing, consisting of light-colored nickel ferrite with 
dark-etching carbides. Nital etch. 500x. 

Chemical analysis/identification 

Material and Weld. A sample of the tubing was analyzed for nickel and sulfur contents. The nickel content measured 
8.7%, confirming that the pipe was made from 9% Ni steel. The sulfur content measured 0.023%, not uncommon for 
many tubular materials. 

Corrosion or Wear Deposits. The inside surface of a section of tube was analyzed using an energy-dispersive 
analysis of X-rays (EDAX) technique. Figure 8 shows the spectrum obtained by this analysis. As shown, the presence 
ofchlorine and sulfur was the only evidence of corrosion products. 
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Fig. 8 Spectrum obtained by EDAX analysis of inside tubing surface. 

Samples of external and internal corrosion deposits were analyzed with the EDAX technique. The external deposit 
contained only sulfur and calcium; no chlorine was found (Fig. 9). The sulfur suggested the presence of a sulfide 
corrosion product. The calcium suggested that the sample contained dirt. In the internal deposit, only chlorine was 
detected; no sulfur was found (Fig. 10). Additionally, EDAX analysis of the tube material near the inside pipe surface of 
the cross section shown in Fig. 4 detected only iron and nickel (Fig. 11). 
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Fig. 9 Spectrum obtained by EDAX analysis of external corrosion deposit. 



I At MO* MV) 


Fig. 10 Spectrum obtained by EDAX analysis of internal corrosion deposit. 
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Fig. 11 Spectrum obtained by EDAX analysis of a polished cross section of material near the inside tubing 
surface. 

Discussion 



The analyses indicated that the tubing failed because it was severely weakened by internal corrosion. Visual examination 
revealed severe corrosion of the inside tube surface. Metallographically, gray-colored corrosion deposits penetrated the 
pipe throughout the grain boundaries of the material and concentrated in the matrix in a layer near the inside pipe surface. 
The appearance of the fracture surface indicated that the failure initiated at the inside pipe surface and culminated in shear 
at the outside surface of the pipe. Multiple cracks initiated at the inside pipe surface adjacent to the fracture. However, 



these cracks did not propagate completely through the pin. The weakened pipe probably could not withstand the axial 
loads associated with the pulling operation and thus parted. 

It is possible that the pipe suffered from environmentally assisted cracking, such as chloride stress-corrosion cracking or 
sulfide stress cracking. Initiation of multiple cracks and separation along grain boundaries often point to such failure 
mechanisms. However, the long service life, low well pressure, and low H 2 S content suggested that environmentally 
assisted cracking was not a prime cause of the tubing failure. 

The presence of H 2 S in the produced fluids and the appearance of the gray deposit in the microstructure indicated that the 
tube suffered H 2 S corrosion. However, the chemical analyses of the base metal and corrosion deposits did not indicate the 
presence of significant amounts of iron or nickel sulfides. It may have been that any iron or nickel sulfide oxidized in air 
to iron or nickel oxide before it could he detected; time and budget constraints precluded additional work such as X-ray 
diffraction or other techniques that might have identified oxides. Likewise, more detailed analyses of the grainboundary 
and matrix deposits were not pursue 

Conclusion and Recommendations 

Most probable cause 

The pipe failed because of structural weakening caused by excessive internal corrosion. 

Remedial action 

The eleven 9% Ni tubing strings still in service probably were corroded much like the string that failed. Consequently, 
replacement of these pipe strings according to a scheduled program was recommended. Such a replacement program 
allowed the oil company to anticipate and minimize the cost of any associated tubing failures. 

The 9% Ni steel tubing performed admirably over its more than 30 years of service. Unfortunately, 9% Ni steel tubing 
was not readily available at the time of the failure. Therefore, 13% Cr martensitic stainless steel was recommended as a 
replacement. 

Related Information 

Hydrogen Damage and Embrittlement, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 809-822 


Unusual Failure of a Steam Turbine 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Fusing of the switch contacts of a boiler feed pump driving motor led to the failure of a turbine. After rubbing of most of 
the Ni-Cr steel LP wheels had occurred, due to the admission of water carried over with the steam, copper-rich alloy from the 
interstage gland rings melted, penetrated the wheel material, and gave rise to radial and circumferential cracking of four of the LP 
wheels. It was concluded that when the rotor moved axially and the wheels came into contact with the diaphragms there was a 
tendency for the former to dish, with the development of both radial and circumferential tensile stresses on the side in contact with 
the adjacent diaphragm. In the presence of the molten copper-rich alloy, these stresses gave rise to severe hot cracking. 

Keywords: Copper; Liquid metals; Steam turbines 

Material: Fe-0.35C-3.42Ni (Nickel alloy steel) 

Failure type: Liquid metal induced embrittlement 


The fusing of the switch contacts of a boiler feed pump driving motor led to the failure of a turbine in a rather unusual 
manner. After rubbing of most of the LP wheels had occurred, due to the admission of water carried over with the steam, 
copper rich alloy from the interstage gland rings melted, penetrated the wheel material, and gave rise to radial and 
circumferential cracking of four of the LP wheels. 

The turbine in question was a 2,000 kW impulse type machine with a compound velocity wheel, followed by a pass-out 
connection and seven LP wheels of approximately 3 ft. 6 in. diameter. It was driven by steam at a pressure of 160 lb. per 



sq. in. and a temperature of 550°F supplied by two fully automatically controlled boilers, one of which filled with water 
when the contacts of the feed pump motor fused. Some of the water was carried into the turbine, with the result that the 
rotor was pushed towards the LP end, wrecking the thrust bearing and badly damaging the labyrinths and interstage gland 
rings. 

The thrust bearing was repaired and the turbine put back into service until such time as it could be dismantled and a 
detailed examination made. This examination, after one month's further service, revealed that the main bearings had been 
wiped and the rotor very slightly bent, and that one row of blades of the velocity wheel and four of the LP wheels 
themselves were badly damaged, the latter being cracked both in the radial and circumferential directions in the regions in 
which rubbing occurred. 

As the hub portions of the LP wheels were to be used as distance pieces in order to effect a temporary repair (i.e. by 
running the turbine without the damaged wheels), only a segment of one wheel was received for examination and this is 
shown in Figure 1. In the main, the radial cracks were found to he of a fine nature but the circumferential cracks had 

opened up to 32in. - l6in. wide, as shown in Figure 2. The disposition of the cracking indicated that the radial cracks had 
developed first. The mate rial from which the wheel was made had the following composition: 


Per cent 

Carbon 

0.35 

Silicon 

0.27 

Manganese 

0.68 

Sulphur 

0.009 

Phosphorus 

0.016 

Nickel 

3.42 

Chromium 

0.2 






Rubbed surface 








Fig. 2 Sections through wheel showing rubbed zone, thermally disturbed zone and cracking, x 2 
The mechanical test results were as follows: 



Macro-etching of a cross-section through the wheel segment examined brought to light the features depicted in Figure 2. 
It can be seen that the circumferential crack had attained a depth slightly greater than half the thickness of the wheel and 
was open over practically the whole of its length, indicative of appreciable plastic yielding in advance of it. The structural 
change resulting from the heat generated by the rubbing is shown by the darker area on the lower half of the section and it 
is interesting to note that the heat flow occurred almost perpendicular to the rubbing face and that very little flow took 
place radially beyond the region, this presumably being due to steam cooling of the surfaces towards the periphery. The 
boundary line between the affected and unaffected regions indicates an isothermal corresponding to a temperature of 
approximately 800°C., the upper critical temperature of the material. Adjacent to the rubbed face a hard band, 

approximately 6-tin. thick, was evident, this forming as a result of rapid cooling immediately after the rubbing ceased. 
The hardness number of this band was 600 on the Diamond Pyramid scale. 

The various structural changes were investigated microscopically and Figure 3 depicts a radial section adjacent to the 
rubbed edge showing films of a copper-rich alloy in the surface layer of oxide scale. Beneath this layer a hardened region 
showing martensite needles in a matrix of austenite was evident, the structure changing through “troostitic constituents” 
to the overheated material of the wheel. Structural changes of a similar nature occurred at the flame-cut edge of the 
segment, as indicated in Figure 2. 



Copper-rich alloy films 


Fig. 3 Microstructure adjacent to rubbed surface. (x!50). 






Sections cut to include portions of the cracks showed them to be predominantly of the intergranular type and at numerous 
locations along their flanks intergranular films of copper-rich material and oxides were present, while at some regions 
more massive particles were observed, as indicated in Figure 4. The structure of the material at a region of the wheel 
which had not been affected by the temperature rise at the time of the mishap is shown in Figure 5, this being 

3 - 

characteristic of a 2% nickel steel in the hardened and tempered condition. Some banding was evident, due to the 
persistence of the dendritic structure of the ingot from which the wheel was made, and this was also evident on a 
macroscopic scale on the cross-section shown in Figure 2. The structure at location X in Figure 2, within the heat-affected 
zone, is depicted in Figure 6, where it can he seen that some grain refining had taken place, the temperature attained in 



Copper-rich alloy —I 


Fig. 4 Microstructure at location of crack. (x!50). 







Fig. 6 Microstructure at "x" in Figure 2. (xl50). 

The copper-rich alloy undoubtedly originated from the interstage glands and its presence within the cracks and on the 
rubbed surface indicated that some of this material became molten at the time of the rub. For this to occur, local 
temperatures of the order of 1,000°C would be necessary. It is well known that molten copper alloys will rapidly 
penetrate steels when in a stressed condition and it seems evident that the presence of this material had played a major 
part in bringing about the cracking of the wheels. 

It was concluded that when the rotor moved axially and the wheels came into contact with the diaphragms there was a 
tendency for the former to dish, with the development of both radial and circumferential tensile stresses on the side in 
contact with the adjacent diaphragm and, in the presence of the molten copper-rich alloy, these sufficed to give rise to 
severe hot cracking. There was no evidence at the terminations of the circumferential cracks that indicated any subsequent 
development by a fatigue type of mechanism and it was assumed that the whole of the cracking in the various wheels had 
developed at the time of the mishap and not during the subsequent running. It was fortunate that a major disaster did not 
occur as a result of rupture of one or more of the wheels during the period of running immediately after the rubbing took 
place. The turbine should never have been put back into service until it had been thoroughly examined. 

Related Information 


W.R. Warke, Liquid Metal and Solid Metal Induced Embrittlement, Failure Analysis and Prevention , Vol 11, ASM 
Handbook , ASM International, 2002, p 861-867 


Examination of Steel Specimens from an Ammonia Synthesis Installation 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Unalloyed steels and the pure nickel steels frequently used for highly stressed forgings were attacked by hydrogen under 
high pressure in the critical temperature range of 200 and 300 deg C and thus parts not made from hydrogen-resistant steel need to 
be checked constantly. A ring specimen cut off from a high pressure line (used for gas mixture leaving pressure vessel of ammonia 
synthesis installation) of unalloyed steel at a temperature of 250 deg C showed no hydrogen attack during macroscopic 
metallographic investigation. Under microscope, surface decarburization (which leads to loosened structure through precipitation of 
methane on the grain boundaries) was detected. Presence of oxide precipitates in the decarburized zone indicated that oxidation 
during pipe rolling as the reason for decarburization and the pipe was not attacked. The lines were replaced by chromium- 
molybdenum steel as exposure conditions were very close to limits. At a higher temperature, during screwing of such a line into the 
closure head of a nickel steel pressure vessel an annular chip of the inner and seal plane of the closure piece was squeezed off which 
on metallographic examination showed hydrogen attack. These high pressure vessels and closures were later also made of 
hydrogen-resistant steel. 

Keywords: Ammonia; Chemical processing equipment; Decarburization; Surface defects 


Materials: Nickel steel (Nickel alloy steel); St 55.25 (Nonresulfurized carbon steel) 


Failure type: Hydrogen damage and embrittlement 


Unalloyed steels and the pure nickel steels frequently used in the past for highly stressed forgings are attacked by 
hydrogen under high pressure. The attack causes decarburization that leads to a loosening of the structure through 
precipitation of methane on the grain boundaries 1. The critical temperature at which the attack occurs lies between 200 
and 300°C, depending upon the hydrogen pressure 2. Parts of an apparatus that are stressed in this temperature region 
must be checked constantly if they are not made from hydrogen-resistant steel 3. Comparatively minor occasional 
temperature peaks may lead to attacks of dire consequences. In the following two examples taken from such control tests 
are described, especially because they illustrate the difference between hydrogen attack and oxygen decarburization. 

1. A ring specimen was cut off from a high pressure line of unalloyed steel St 55.25 and was tested for hydrogen 
attack. The high pressure line was used for a gas mixture leaving the pressure vessel of an ammonia synthesis 
installation. The pressure of the installation was approx. 850 atm, while the temperature at this point was said to 
be 250°C. The gas consisted of approx. 69 vol.% hydrogen, 23 vol.% nitrogen and 8 vol.% ammonia. The pipe 
showed no hydrogen attack during macroscopic metallographic investigation. Tensile and notch impact tests 
showed normal mechanical values. Under the microscope, surface decarburization of several tenths millimeters 
depth could be detected. (Fig. 1) under the inner surface and also, though less pronounced, under the outer 
surface. But the structure was completely dense. Therefore this was likely to be decarburization caused by 
oxidation during pipe rolling. This was confirmed by oxide precipitates in the decarburized zone (Fig. 2). This 
pipe was therefore not attacked. But the conditions to which these pipes were exposed are known to be close to 
the limit that an unalloyed steel can withstand, and therefore these lines were later replaced by chromium- 
molybdenum steel 20 CrMo 9 (Material No. 1.7283), a material that is reliably stable under these operating 
conditions. The unavoidable peripheral decarburization occurring during pipe manufacture however is present 
also in such pipes as shown in Fig. 3. 

2. During screwing of such a line into the closure head of the pressure vessel, which was made of nickel steel, an 
annular chip of the inner and seal plane of the closure piece was squeezed off. At this location similar conditions 
must have prevailed as in the adjoining pipe line with the exception of possibly somewhat higher temperatures. 
The chip was clearly attacked by hydrogen as was shown by metallographic examination. Fig. 4 shows the 
structure of the inner surface of the closure piece. The grain boundaries are ripped open under the pressure of the 
precipitated methane, but decarburization that leads to losening of the structure is not yet clearly visible because 
diffusion of the carbon at the grain boundaries at which the reaction takes place, occurs slowly at such low 
temperatures. Fig. 5 shows the normal structure of the closure piece at an unattacked spot for puiposes of 
comparison. These high pressure vessels and closures were later also made of hydrogen-resistant steel. 
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Fig. 1 Surface decarburization at the inner surface of a high pressure line, made of unalloyed steel. Transverse 
section, etch: Picral, 100 x 



Fig. 2 Oxide precipitates in the decarburized zone of the pipe according to Fig. 1. Unetched transverse section. 
200 x 



Fig. 3 Surface decarburization at the inner surface of a high pressure line of hydrogen resistant chromium- 
molybdenum steel 20 CrMo9. Transverse section etch: Nital 100 x 



Fig. 4 Hydrogen attack at the inner surface of a closure piece of nickel steel. Section etched with Picral. 200 x 



Fig. 5 Structure at the outer periphery of the closure piece according to Fig. 4. Section etched with Picral. 100 
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Related Information 


Flydrogen Damage and Embrittlement, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International. 
2002, p 809-822 



Failure of Carburized Steel Impeller Drive Gears Due to Pitting and a Wear 
Pattern 


From: L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 586-601 


Abstract: Two intermediate impeller drive gears (made of AMS 6263 steel, gas carburized, hardened, and tempered) exhibited 
evidence of pitting and abnormal wear after production tests in test-stand engines. The gears were examined for hardness, case 
depth, and microstructure of case and core. It was found that Gear 1 had a lower hardness than specified while the case hardness of 
gear 2 was found to be within limits. Both the pitting and the wear pattern were revealed to be more severe on gear 1 than on gear 
2. Surface-contact fatigue (pitting) of gear 1 (cause of lower carbon content of the carburized case and hence lower hardness) was 
found to be the reason for failure. It was recommended that the depth of the carburized case on impeller drive gears be increased 
from 0.4 to 0.6 mm to 0.6 to 0.9 mm to improve load-carrying potential and wear resistance. A minimum case-hardness 
requirement was set at 81 HRA. 

Keywords: Carbon; Case depth; Case hardening; Chemical composition; Surface hardness 


Material: AMS 6263 (Nickel-chromium alloy steel), UNS K44414 
Failure type: Rolling-contact wear 


Two intermediate impeller drive gears were submitted for metallurgical examination when they exhibited evidence of 
pitting and abnormal wear after production tests in test-stand engines. Both gears were made of AMS 6263 steel and were 
gas carburized, hardened, and tempered. Figure 1 shows the pitting and the wear pattern observed on the teeth of gear 1. 



Fig. 1 Pitting and wear pattern on a carburized AMS 6263 steel impeller drive gear. Approximately 2.3x 
According to the heat-treating specification, the gears were required to satisfy the following requirements: (1) a 
carburized case depth of 0.4 to 0.6 mm (0.015 to 0.025 in.), (2) a case hardness of 77 to 80 FIR30N, and (3) a core 
hardness of 36 to 44 FIRC. 

Investigation. Sections of both gears were removed with a cutoff wheel and examined for hardness, case depth, and 
microstructure of case and core. Results were as follows: 



Gear 1 

Gear 2 

Hardness 

Case, HR30N 

70-73 

77-78 

Core, HRC 

40 

40 







Case depth, mm (in.) 

0.5-0.6 

0.6-0.7 


(0.02-0.024) 

(0.024-0.028) 

Microstrueture 

Case 

Lean carbon 

Normal 


(<0.85% C) 


Core 

Normal 

Normal 


Both the pitting and the wear pattern were more severe on gear 1 than on gear 2. 

Conclusions. Gear 1 failed by surface-contact fatigue (pitting) because the carbon content of the carburized case and 
consequently the case hardness were below specification and inadequate for the loads to which the gear was subjected. 
The pitting and wear pattern observed on gear 2 were relatively mild because case-carbon content and case hardness were 
within specified requirements. Nevertheless, it was evident that case depth, as specified, was not adequate for this 
application—even with case-carbon content and hardness being acceptable. 

Recommendations. It was recommended that the depth of the carburized case on impeller drive gears be increased 
from 0.4 to 0.6 mm (0.015 to 0.025 in.) to 0.6 to 0.9 mm (0.025 to 0.035 in.), an increase that would still allow a 
mi nimum of 30% core material across the tooth section at the pitchline. This increase would ensure improved load¬ 
carrying potential and wear resistance. It was also recommended that hardness readings on gears be made using a 60-kg 
(132-lb) load (Rockwell A scale) and that the minimum case-hardness requirement be set at 81 HRA, an additional 
safeguard to ensure adequate load-carrying capacity. 

Related Information 

R. Ahmed, Rolling Contact Fatigue, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p941-956 


Failure of a Carburized Steel Generator-Drive Idler Gear by Pitting Due to 
Decarburization and Subsurface Oxidation 


From: L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 586-601 


Abstract: Evidence of destructive pitting on the gear teeth (AMS 6263 steel) in the area of the pitchline was exhibited by an idler 
gear for the generator drive of an aircraft engine following test-stand engine testing. The case hardness was investigated to be lower 
than specified and it was suggested that it had resulted from surface defects. A decarburized surface layer and subsurface oxidation 
in the vicinity of pitting were revealed by metallographic examination of the 2% nital etched gear tooth sample. It was concluded 
that pitting had resulted as a combination of both the defects. The causes for the defects were reported based on previous 
investigation of heat treatment facilities. Oxide layer was caused by inadequate purging of air before carburization while 
decarburization was attributed to defects in the copper plating applied to the gear for its protection during austenitizing in an 
exothermic atmosphere. It was recommended that steps be taken during heat treatment to ensure neither of the two occurred. 
Keywords: Aerospace engines; Case hardening; Controlled atmosphere; Exothermic reactions; Surface hardness 


Material: AMS 6263 (Nickel-chromium alloy steel), UNS K44414 


Failure types: (Other, miscellaneous, or unspecified) failure; Heat treating-related failures 




Following test-stand engine testing, an idler gear for the generator drive of an aircraft engine exhibited evidence of 
destructive pitting on the gear teeth in the area of the pitchline; as a consequence, the gear was submitted for metallurgical 
examination. The gear was made of AMS 6263 steel and was gas carburized to produce a case 0.4 to 0.6 mm (0.015 to 
0.025 in.) deep. 

Investigation. Sections of the gear were removed and examined for hardness, case depth, and microstructure of case 
and core. The results of the examination and the specified requirements were: 



Required 

Actual 

Case depth, mm (in.) 

0.4-0.6 

0.6-0.7 


(0.015-0.025) 

(0.024-0.028) 

Hardness 

Case, HR30N 

77-80 

74-76 



(HR15N88-89) 

Core, HRC 

36-44 

40-41 


When it was determined that the case hardness of the gear was below specification, additional hardness measurements 
were made using a 15-kg (33-lb) load. These measurements confirmed the low hardness and suggested that it had resulted 
from one or more surface defects. 

A specimen from the pitted area of one gear tooth was prepared for metallographic examination. The results of this 
examination are shown in Fig. 1. When the specimen was etched in 2% nital for 15 to 20 s, a decarburized surface layer 
was observed in the vicinity of pitting (Fig. la). When the specimen was repolished and then etched in 2% nital for only 3 
s, a heavy subsurface layer of oxide scale was observed in the vicinity of pitting (Fig. lb). 






(b) 

Fig. 1 Metallurgical causes of destructive pitting that occurred in a carburized AMS 6263 steel gear, (a) 
Specimen etched 15 to 20 s in 2% nital showing a surface layer of decarburized material. 500x. (b) Same 
specimen repolished and etched 3 s in 2% nital showing a heavy subsurface layer of oxide scale. 500x. The 
white band immediately above the decarburized and oxidized layers is electrodeposited nickel that was applied 
to prevent edge-rounding during polishing. 

Conclusions. Based on low case-hardness readings and the results of metallographic examination, it was concluded 
that pitting had resulted due to a combination of surface decarburization and subsurface oxidation. Because of previous 
failure analyses and thorough investigation of heat-treating facilities, the source of these defects was well known. The 
oxide layer had been developed during the carburizing cycle because the furnace retort had not been adequately purged of 
air before carburization. Decarburization had occurred during the austenitizing cycle in a hardening furnace containing an 
exothermic protective atmosphere because of defects in the copper plating applied to the gear for its protection during 
austenitizing. These defects had permitted leakage of exothermic atmosphere to portions of the carburized surface, and, 
because of the low carbon potential of the exothermic atmosphere, the leakage had resulted in decarburization. 
Recommendations. It was recommended that steps be taken during heat treatment to ensure that furnaces are 
thoroughly purged before carburizing and that positive atmospheric pressure be maintained throughout the carburizing 
cycle. Further, it was recommended that more effective control be exercised over all aspects of copper plating of 
carburized gears, including final inspection, before releasing the gears for hardening. 

Related Information 


G.E. Totten, M. Narazaki, R.R. Blackwood and L.M. Jarvis, Failures Related to Fleat Treating Operations, Failure 
Analysis and Prevention , Vol I I, ASM Handbook, ASM International, 2002, p 192-223 


Powerline Tower Arm Failure Analysis 

Wayne Reitz, Ph.D., P.E., Mechanical Engineering 


From: W. Reitz, Powerline Tower Arm Failure Analysis, Practical Failure Analysis, Vol 2 (No. 6) Dec 2002, p 80-84 

Abstract: Arms bolted to powerline towers were falling off two weeks after installation. Metallurgical and chemical analysis 
performed on the base metal, weld zone, and heat-affected zone (HAZ) showed acceptable-quality material. Residual stress 
appeared to be responsible for the high failure rate. The sources of residual stress included welding, environment, and assembly 
operation. 

Keywords: Chemistry; Dimensional tolerance; Embrittlement; Heat-affected zone; Residual stress; Tensile strength; Weld 
Material: ASTM A588 (Nickel-chromium alloy steel) 

Failure types: Fatigue fracture; Joining-related failures 


Background 


A Midwest power authority reported that the 21 ft long arms were detaching themselves from the powerline tower and 
falling to the ground two weeks after being erected. The power authority dismantled the towers before the failure rate 
reached 10%. Close examination of the disassembled arms revealed that many of those arms still erect were soon to fail; 
cracking was pervasive in most of the disassembled arms. Construction of the multistate powerline was halted for six 
weeks during this investigation. 

The arms were ordered in plate form as A588 grade 50. This plate was formed into an octagon shape, and the final seam 
was welded. These arms were welded to a bracket that was then bolted to the tower. Figures 1 (a) and (b) show the arm 
and bracket. The arms were of two different wall thicknesses: the thin arms were manufactured from approximately 0.194 
in. thick plate, while the thick arms were manufactured from approximately 0.254 in. thick plate. The cracks originated in 
the vicinity of the welds between the mounting bracket and the arms. 
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Fig. 1 (a) and (b) Sketch of typical arm and cross section 

One recurring remark throughout this investigation was, “This is the way we have always done it, and nothing has 
changed.” Obviously, this statement was not true, and something had changed. Sometimes, changes are rather subtle, and 
sometimes they are not, for example, porosity, chemistry, microstructure, weld profile, tensile properties, assembly of 
components, and environment. The power authority requested that a metallurgical analysis be performed to ascertain if 
the materials were culpable. 


Investigation 





Samples were evaluated metallographically using optical microscopy, scanning electron microscopy (SEM), energy- 
dispersive spectroscopy, Vickers microhardness, Rockwell macrohardness, and tensile tests. The optical microscopy 
etchant was nital (2% HNO 3 ). Chicago Spectrographic Laboratory performed chemistry analysis. The analysis techniques 
included x-ray fluorescence, glow discharge spectroscopy, and the use of a carbon analyzer. 

Discussion of Results 

Samples from the failed arms were submitted for chemical analysis. The results are presented in Table 1 along with the 
ASTM chemistry specifications for A588. 1 With regards to chemistry, A588 is essentially equivalent to the bracket, arm, 
and weld. 


Table 1 Chemistry Results 


Element 

Bracket 

Arm 

Weld 

A588 

C 

0.12 

0.04 

0.04 

0.1-0.2 

Mn 

0.82 

1.10 

1.50 

0.75-1.25 


0.009 

0.009 

0.010 

0.04 

S 

0.019 

0.009 

0.010 

0.05 

Si 

0.41 

0.01 

0.55 

0.15-0.7 

Ni 

0.13 

0.04 

0.26 

0.25-1.0 

Cr 

0.54 

0.03 

0.09 

0.1-0.9 

Mo 

0.01 

<0.01 

<0.01 

0.15 

Cu 

0.29 

0.12 

0.06 

0.2-0.35 

A1 

0.026 

0.023 

<0.005 



0.034 

0.073 

0.023 

0.02-0.10 

Ti 



0.020 

0.005-0.03 


The samples are shown in Fig. 2 and 3. Figure 2 shows the mounting bracket (U-shaped base) and the arm, #98, which 
was manufactured from 0.194 in. thick plate. The final seam weld, which is readily visible, is located as the topmost bend 
when erected, as shown in Fig. 1. The mounting bracket is bolted to the tower. Figure 3 shows the mounting bracket and 
arm, #93 (0.254 in. thick plate). The seam weld is also visible. 




Fig. 2 Thin arm (#98) and bracket 



Fig. 3 Thick arm (#93) and bracket 

Table 2 1 summarizes the longitudinal tensile testing performed on arms #93 (thick walled) and #98 (thin walled). 


Table 2 Tensile test results 



#98 

#93 

A588 

t 

0.198 in. 

0.254 in. 


<Tys, ksi 

68 

76 

50 

Guts? ksi 

86 

88 

70 

% elongation 

25 

29 

18 









Figures 2 and 3 show metallographic and SEM sample locations. Samples A and B are separated for SEM evaluation after 
sample machining. Samples C and D remain intact to facilitate examination of material quality in the cracked region. 
Sample E provides a crack-free sample. 

A lx visual examination revealed small cracks, approximately 2 in. long, associated with particular bends in the plate, as 
sketched in Fig. 4. Figure 5 shows the interior surfaces of the thick arm #93 and reveals cracks that have proceeded along 
approximately 75% of the circumference. After studying the crack orientations, positions, and paths, it was determined 
that the cracks initiated in the same four locations as in arm #98 (45, 135, 225, and 315°). Thus, the remaining 
investigation focused on these locations. 



Fig. 4 Sketch of crack locations on arm #98 



Fig. 5 Interior view of cracks on arm #93 (thick arm) 

SEM analysis of the first bend (located at 45° clockwise from the seam weld) showed extensive ductile tearing, with very 
limited brittle fracture surfaces. These are shown in Fig. 6 and 7. Ductile tearing was present in all locations, while brittle- 
related striations were a rare occurrence. These features are indicative of high-load, low-cycle fatigue or simple ductile 
overload. 


Title: THIN ARU A 
Comment: 


Date: 09 OR 1999 Time: ia-51 
Filename: I72TIF 


Fig. 6 Thin arm (#98) fracture surface showing ductile tearing (lOOx) 



Title: THIN ARU A Date: 09 08 1999 Time: 14:07 

Comment: Filename: 174.TIF 

Fig. 7 Thin arm (#98) fracture surface showing ductile tearing (lOOOx) 

Optical microscopy was performed on cracked samples from both arms. Figure 8 shows the weld fusion zone, heat- 
affected zone (F1AZ), and base microstructure of the thin arm #98. Figure 8 clearly shows the crack position relative to 
the weld fusion zone and arm. The diamond shapes are indentor penetrations for microhardness testing. Microhardness 
results are presented in Fig. 9. The Rockwell B 90 is approximately an ultimate tensile strength (UTS) of 90 ksi. 2 The 
hai riness data closely correlate with the tensile data. The average hardness of the weld zone is 87 FIRB, while the average 
hardness of the F1AZ is 90 FIRB. The arm base metal average hardness is 82 HRB. There is a slight increase in hardness 
of the weld zone and F1AZ as compared with the arm base metal; however, this difference is not significant (no 
embrittling occurred). Macrohardness testing yielded 83 FIRB for the bracket and 89 HRB for the arm. Extensive 
microhardness testing was performed in the vicinity of the crack, with no deviations from the previously mentioned data. 
Optical microscopy, SEM, chemistry, tensile, and hardness data did not reveal any deficiencies in the base material, weld, 
or HAZ if the low carbon content in the lower arm is considered insignificant. 
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Fig. 8 Crack location for arm #98 (90x) 
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Fig. 9 Microhardness data and equivalent Rockwell B values at crack for arm #98 

Figure 10 shows a tight crack from arm #93 (thick arm.) The most notable characteristic between the cracks of both arms 
is that the cracks originate at the notch created between the weld filler metal and the arm. Figure 11 is a sketch of the 
profile of these components, showing bracket, arm, fusion zone, and crack location. All samples investigated showed this 
profile. Most of the weld penetration appeared to be into the relatively thin arm versus minimal weld penetration into the 
relatively thick bracket. This could produce high thermal gradients in the arm, resulting in high residual stresses due to 
thermal effects. The extent of residual stress, as determined by microhardness testing on cut parts, was minimal and did 



not account for the high failure rate and rapid rate of failure. If the residual stresses had been significant, the plastic strains 
associated with residual-stress development should have been sufficient to raise the hardness in the regions of high 
residual stress. Therefore, external forces, including gravity, wind, and installation, must be a contributing factor. 


Arm 



Fig. 10 Tight crack existing in arm #93 (thick arm) 


Bracket 



Fig. 11 Sketch of weld zone and notch introduced at arm 

The weight of each arm, which is approximately one ton, creates a stress in the welded joint due to lever action. For 
gravity to be the culprit, the initial cracks would appeal' at the top of the welded joint, where the longitudinal seam weld is 
located. Flowever, the cracks always initiate at 45, 135, 225, and 315°. A simple moment calculation 3 using the 
following equation showed that the stress caused by gravity is 7.8 ksi: 


a = My/I 


(Eql) 


where a is stress (psi), M is the moment of bending due to the weight of the arm (# ft), y is the midpoint along the arm 
length (ft), and I is the moment of inertia for a hollow arm (ft 4 ). 


The geographical region of this powerline is known to be windy, with an average wind speed of 14 mph. Wind would be 
a reasonable source of strain to the arm, conceivably causing a circular motion to the arm as it was buffeted. The 
octagonal-shaped arm was simplified to a square-shaped arm, with a flat surface perpendicular to the wind direction. 
Using the following equation, 4 the wind speed necessary to exceed the assumed UTS was determined to be 216 mph: 


V 2 = F/(2pC D A) 


(Eq2) 


where V is the wind speed (ft/s), F is the wind force (#), p is the air density (0.00238 slug/ft 3 ), C D is the drag coefficient 
(~1.5), and A is the area of the beam (ft 2 ). 

A wind speed of 40 mph is a typical maximum for this particular geographical region. This speed applies a stress that is 
only 3% of the assumed UTS (63 ksi). 

The installation of the powerline tower and arm was considered also. This portion of the failure analysis, conducted by a 
third party, is summarized here due to its importance. A sketch of the bracket that bolts to the tower is shown in Fig. 12. 

The interior designed dimension of the U-shape is 18 Sin. The local fabricator created U-shaped brackets with an interior 


dimension of approximately 19 Sin. This created a dimensional deviation of approximately Sin. on both sides of the 

bracket. (The drawing specified a tolerance of +S, -0 in.) The boltholes on each side of the bracket were at the top and 
bottom of these sides. During assembly, the brackets were tightly bolted to the tower, which introduced high residual 
stress diagonally across the face of the U-shaped bracket, as indicated by the dashed lines in Fig. 12. This “pinching 
action” created high stress near the welded region of the octagonal-shaped arm at 45, 135, 225, and 315°. 



Fig. 12 Sketch of strain lines resulting from assembly of bracket to tower 

The corrective action consisted of two options: bend the bracket as designed, or perform a dimensional inspection of the 
brackets and use proper-sized shims as necessary. Construction of this multistate powerline was halted for six weeks due 
to the failure to use $.89 washers. 

Conclusions 

• The arm met the A588 tensile specification. 

• The arm was reasonably close to the A588 chemistry specification. 

• The crack originated at the notch created between the weld filler metal and the arm. 

• The fusion zone and HAZ did not appear to be embrittled. 

• The orientation of the weld electrode to the arm introduced large amounts of heat and produced residual stresses. 

• The dimension of the bracket opening was excessive, causing a bowing action of the bracket that introduced high 
internal stresses at the weld between the bracket and the arm. 
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Failure of a Crane Long-Travel Worm Drive Shaft 

K.G. Wellington, New Zealand Aluminum Smelters 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A crane long-travel worm drive shaft was found to be chipped during unpacking after delivery. Chemical analysis showed 
that the steel (EN36A with a case depth of 1 mm, or 0.04 inch did not meet specifications. Magnetic particle inspection revealed a 
crack on the side of the shaft opposite the chip. Metallographic examination indicated that the case depth was approximately 2 mm 
(0.08 in.) and that a repair weld of an earlier chip had been made in the cracked area. The chipping was attributed to excessive case 
depth and rough handling. It was recommended that the shaft be returned to the manufacturer and a replacement requested. 
Keywords: Case depth; Chipping; Shafts (power) 


Material: EN36A (Nickel-chromium alloy steel) 


Failure types: (Other, general, or unspecified) fracture; Spalling wear 


Background 

A crane long-travel worm drive shaft was found to be chipped during unpacking after delivery. 

Pertinent specifications 

The steel for the drive shaft was specified as EN36A, with a surface hardness at each end of 62 to 64 HRC and a 1 mm 
(0.04 in.) case-hardened depth. 

Visual Examination of General Physical Features 

On arrival, the keyway was found to be chipped in two locations (Fig. 1). Closer inspection revealed lighter colored areas 
on the side opposite the chipped area. Examination using a magnetic yoke and magnetic ink revealed a crack and outlined 
an area of magnetic permeability different from the base metal (Fig. 2) 




Fig. 2 Keyway after magnetic examination. A crack is visible as a line in the bottom of the keyway. Light- 
colored metal buildup is outlined by magnetic ink. 

Testing Procedure and Results 

Metallography 


Sections were cut from the keyway at the chipped area and the light-colored area. The microstructure showed a case- 
hardened structure at the surface and a tempered martensite matrix (Fig. 3 and 4). The case depth, specified as 1 mm (0.04 
in.), was closer to 2 mm (0.08 in.). 










Fig. 3 Carburized zone. 2% nital etch. 47.5x 



Fig. 4 Martensitic matrix structure of shaft. 2% nital etch. 47.5x 

The light-colored area did not etch with nital. Etching with Kalling's reagent showed the structure to be dendritic, like a 
cast or weld (Fig. 5). There also appeared to be a small crack under the light-colored metal (Fig. 6). 







Fig. 5 Dendritic structure of weld buildup. Etched with Kalling's reagent. 95x 



Fig. 6 Interface of weld buildup and base metal. Weld is on left (white, unetched), martensite on right (black 
and white, acicular). A crack is visible under the weld. 2% nital etch. 190x 

Chemical analysis/identification 


Results of the chemical analysis of the shaft are shown in Table 1. along with chemical requirements for EN36A. 


Table 1 Chemical analysis results 


Element 

Composition (a ', % 


Shaft 

EN36A 

Carbon 

0.16 

0.10-0.16 

Silicon 

0.23 

NR 

Manganese 

0.55 

0.35-0.60 

Nickel 

0.75 

3.0-3.75 

Chromium 

0.91 

0.70-1.00 

Molybdenum 

0.01 

NR 

(a) NR, no requirement 


Mechanical properties 

Hardness, was specified as 745 to 800 HV30. Testing produced the following values: surface near chipped area, 700 
HV30; surface of light-colored metal, 246 HV30; 3 to 4 mm (0.12 to 0.16 in.) below surface, 317 HV30. 

Discussion 

The chipped area broke after carburizing and inspection by the manufacturer, probably because of rough handling. The 
opposite side of the keyway also chipped and was built up, probably with an austenitic steel, and then the keyway was 
machined. The crack in the keyway probably resulted from the welding stresses. 

Conclusion and Recommendations 

The steel used, which was not as specified, was not particularly well suited for carburizing and was not strong enough for 
this application. Excessive case depth resulted in a brittle surface, causing the keyway to chip. The chipped keyway was 
built up with weld, and then the excess weld metal was machined away. During transport to the customer, the keyway 
broke on the opposite side. It was recommended that the shaft be returned to the supplier and a replacement requested. 
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Metallurgical Investigation of a Prematurely Failed Roller Bearing Used in the 
Support and Tilting System of a Steel Making Converter Used in an Integrated 
Steel Plant 
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for Iron & Steel, Steel Authority of India Limited 


From: A. Ray, S.K. Dhua, K.B. Mishra, and S. Jha, Metallurgical Investigation of a Prematurely Failed Roller Bearing Used in the 
Support and Tilting System of a Steel Making Converter Used in an Integrated Steel Plant, Practical Failure Analysis, Vol 3 (No. 3), 
Jun 2003, p 89-97 

Abstract: An extensive metallurgical investigation was carried out on samples of a failed roller bearing from the support and tilting 
system of a basic oxygen furnace (BOF) converter used in the steel melting shop of an integrated steel plant. The converter bearing 
was fabricated from low-carbon, carburizing grade steel and had failed in service within a year of fitting to a repaired shaft. 
Microscopic observations of both the broken roller and inner-race samples revealed subsurface cracking and preponderance of brittle 
oxide and other macroinclusions. Electron probe microanalysis (EPMA) studies confirmed that the brittle o ides that formed stringers 
were alumina, and the other macroinclusions were complex silicates. Both the alumina and silicate inclusions were deleterious to 
contact-fatigue properties. Microstructurally, the carburized regions of the broken roller and of inner-race samples contained high- 
carbon tempered martensite. Microhardness measurements revealed that although the core hardness of the roller and the inner-race 
samples were similar, the surface hardness of the roller was approximately 8.5 HRC units harder than that of the inner-race. 
Scanning electron microscope (SEM) observations of the roller fracture surface revealed striations indicative of fatigue, and energy- 
dispersive spectrometric (EDS) analyses corroborated a high incidence of silicate inclusions at crack sites. The study suggests that 
the failure of the bearing occurred because the hardness difference between the roller bearing and the inner-race surfaces resulted 
in wear of the inner-race. The wear led to shaft misalignment and play during service. The misalignment, coupled with the presence 
of inclusions, caused fatigue failure of the roller bearing. 

Keywords: Nonmetallic inclusions; Rolling-element bearing; Tempered martensite 
Material: Fe-0.2C-3.5Ni-l.5Cr (Nickel-chromium alloy steel) 


Failure type: Fatigue fracture 


Introduction 

Rolling-element bearings constitute critical components of rotational equipment and machinery, where they facilitate 
motion with ease and reliability. In such bearings, the rolling elements (either balls or rollers) are located between two 
raceways, and the relative motion is affected by the rotation of these elements. Rolling-element bearings, whether ball or 
roller bearings, are fabricated from a wide variety of steels. Conventionally, bearings have been made from both high- 
carbon (1.0%) and low-carbon (0.2%) steels; the high-carbon steels are used in through-hardened condition, while low- 
carbon steels are carburized to provide the requisite surface hardness and desirable core properties. Through-hardened 
material such as SAE-52100 steel has been widely used in European bearing industry, while low-carbon-base carburizing 
steels such as SAE-8620 gained acceptance in the United States. The advantages of a carburized SAE-8620 steel include 
greater surface ductility, higher core toughness, and compressive residual surface stresses. The surface hardness of both 
high-carbon and carburizing grade low-carbon bearing steels typically ranges between 58-64 HRC; however, the core 
hardness of these two materials differs considerably, with the SAE-52100 having a much greater core hardness. 1 
Bearings used under normal service conditions experience the effects of vibration, shock, misalignment, 
debris/contaminant ingress, and handling. The material for fabrication of bearings must therefore provide hardness, wear 
resistance, toughness, temper resistance, and microstructural stability under anticipated and actual service conditions. 2 
Notwithstanding the aforesaid requirements, the most important property for heal ings is the resistance to rolling-contact 
fatigue. Rolling-contact fatigue results from the repeated stressing that occurs as one solid surface rolls across another 
solid surface. Rolling-contact fatigue results in subsurface fatigue cracks and can lead to pitting and spalling on the 
contacting surfaces. The failure mechanism of rolling-element bearings is complex and may be the result of single or 
multiple interactions among several factors. The important factors that contribute to premature service failure include 
improper fitting, inadequate lubrication, overloading, vibration, impact loading, debris ingress, contamination, high 
operating temperatures, and stray electrical fields. Bearings subject to these service conditions may exhibit pitting, surface 
cracking, indentation, wear, softening, and/or corrosion. 3 During service, a loaded bearing experiences elastic 
deformation at the contact zone between the rolling elements (balls or rollers) and the raceways. As a consequence, 
compressive stresses are developed primarily in the contact zone, while high shear stresses and low tensile stresses occur 
below the contact surface. The rotation of the bearing results in the development of cyclic shear stresses at the bearing 
contact surfaces and ultimately leads to the generation of the fatigue cracks and dislodging of metal fragments to produce 
pitting. The failure of bearings may also be caused by misalignment of the shaft, bearings, bearing seats, inadequate 



support, and improper shaft and bearing position. The failure analysis of bearings is therefore complex and must involve a 
thorough visual examination and the development of an understanding of the conditions of usage. A proper 
characterization of the microstructural features with regard to structural degeneration, presence of nonmetallic inclusions 
(NMI), and fracture topography may also provide valuable insight into the genesis of the failure. 

This paper discusses the microstructural characteristics of a prematurely failed steel roller bearing from the support and 
tilting system of a basic oxygen furnace (BOF) converter used in the steel melting shop of an integrated steel plant. 

Experimental 

Samples from the roller and inner-race of a prematurely failed BOF converter bearing were collected for an in-depth 
metallurgical investigation into the cause of failure. The heal ing assembly helps to transfer the load of the converter to the 
support structure that has two sets of bearings and motor housings on either side of the trunnion ring. The bearing has an 
outer diameter (OD) of 1720 mm and an inner diameter (ID) of 1320 mm. Normally, two bearings arc assembled inside a 
rotating cage and are separated by an intermediate spacer. Although it was understood that there was no specified life for 
the bearings, they were designed to last as long as the shaft. The bearing in this case was reported to have failed under 
normal working conditions, and the failure was a gradual process, not a sudden occurrence. As a matter of fact, indication 
of bearing failure was observed for some time prior to the actual system shutdown. According to information obtained 
from the shop floor, the specific bearing had been in service for approximately a year before system shutdown was 
required. The failed bearing was mounted on a shaft that had just been repaired because of minor indentation damages. 

The roller and inner-race samples from the failed converter bearing were cleaned with acetone to observe the 
characteristics of the fracture and wear surfaces (Fig. 1). The roller-bearing sample showed cracking along the diametral 
plane, while the inner-race sample showed considerable wear and cracking. Transverse sections of the samples were 
ground to determine the bulk hardness values of the surface and core regions. These samples were then fine ground and 
polished by conventional metallographic techniques for microscopic examination. The specimens were examined in as- 
polished condition for observation of the distribution and characteristics of NMI at 100 and 500x magnifications, 
respectively. To observe the microstructures of the case and core regions, the polished samples were etched in 3% nital (3 
ml FINO 3 in 97 ml ethanol) and observed in a light microscope at lOOOx magnification. For corroborating phase identity, 
Vickers microhardness tests were carried out in a pneumatically actuated, electronically controlled microhardness tester 
using 50 gm applied load and an indenter dwell time of 30 s. Morphological observations of the fracture surfaces were 
carried out in a SEM, while EDS analyses of NMI were carried out at 20 kV accelerating voltage and 1 x 10 9 A probe 
current using proprietary application software. Microprobe analysis was also performed on the polished samples in an 
EPMA to quantitatively determine the variation of carbon in the case and core regions, as well as to determine the types 
of NMI present. The EPMA studies were carried out at 15 kV accelerating voltage and 5 x 10 s A probe current. 




Fig. 1 Photographs of the failed converter bearing, (a) Roller sample; (b) Inner-race sample 

Results and Discussion 

Chemical Composition 

The chemical compositions of the roller-bearing and inner-race samples were determined by optical emission 
spectroscopy (OES) and are summarized in Table 1. The chemical compositions were similar, and both steels were 
essentially 0.2%C, 3.5%Ni, and 1.5%Cr. 

Table 1 Chemical Composition of Failed Roller-Bearing and Inner-Race Samples 


Sample 

Composition, wt.% 









C 

Si 

S 

P 

Mn 

Ni 

Cr 

Mo 

A1 

Cu 

Roller bearing 

0.20 

0.21 

0.015 

0.024 

0.39 

3.32 

1.45 

0.11 

0.016 

0.20 

Inner-race 

0.20 

0.31 

0.013 

0.011 

0.41 

3.51 

1.36 

0.029 

0.007 

0.15 










Bulk Hardness 


The bulk hardness values determined for the roller-bearing and inner-race samples are shown in Table 2. The average 
surface hardness of the roller-bearing sample (60.25 HRC) was higher than the average surface hardness of the inner-race 
(52.50 HRC) sample. The hardness values in the core regions of the roller-bearing (41.20 HRC), as well as the inner-race 
(41.85 HRC) samples, however, were found to be similar. 

Table 2 Bulk Hardness Distribution in Failed Roller-Bearing and Inner-Race Samples 


Sample 

Location 

Hardness, HRC 

Average Hardness, HRC 

Roller bearing 

Surface 

60.0/58.5 

60.25 



61.0/61.5 



Core 

41.3/41.9 

41.20 



40.9/40.7 


Inner-race 

Surface 

52.2/52.7 

52.50 



51.3/53.8 



Core 

41.8/41.9 

41.85 



41.6/42.1 



Hardness is an important parameter in rolling-contact fatigue and can influence bearing life significantly. Investigations 
of bearing components have shown that rolling-contact fatigue life increases with increasing hardness. Hardness 
differences between the rings and balls/rollers also affect bearing life. 4 The generally accepted minimum surface 
hardness value for bearing components is 58 HRC, because this hardness level provides the requisite resistance to pitting 
and minimizes the brinelling (denting) tendency of the bearing raceways. 5 

The surface hardness of the failed roller bearing was considerably higher than that of the inner-race sample, and the 
hardness of the inner-race was lower than the desirable minimum hardness. The core hardness of carburizing grades of 
bearing steel is typically in the range of 25 to 45 HRC 5 and thus consistent with the measured core hardness for both the 
samples. 

Characteristics of Nonmetallic Inclusions 

Microstructural investigation was carried out on the failed roller-bearing and inner-race specimens in unetched condition 
to observe the characteristics of nonmetallic inclusions present. The roller-bearing sample showed numerous stringers of 
brittle angular alumina inclusions as well as sulfides with entrapped oxides. Few MnS inclusions were also seen in this 
sample. Typical inclusion fields are shown in Fig. 2. The inner-race sample, however, showed numerous irregular shaped, 
dark siliceous inclusions of large size (Fig. 3). In the failure of bearing components, subsurface fatigue resulting from 
shear stresses generated at the contact regions of the balls/rollers and the bearing races frequently initiates at inclusions 
and stringers. Investigations have shown that NMI inevitably act as stress concentrators and thereby promote fatigue. 
Nonmetallic inclusions are primarily particulate matter from the steelmaking practices and include trapped slag or 
refractory particles. 6 These inclusions have properties that are very different from the steel and are incoherent with the 
steel matrix. The detrimental effects of hard, angular inclusions on the fatigue properties of steel are well known. 7 The 
oxide inclusions have been found to be particularly deleterious to rolling-contact fatigue because of their size, 
morphology, and poor bonding to the steel matrix. The preponderance of brittle alumina stringers in the roller-bearing 




sample and complex siliceous macroinclusions in the inner-race sample are typical of dirty steel. These undesirable 
species of NMI acted as stress concentrators and promoted fatigue failure of the bearing assembly. 

N 



Fig. 2 Optical micrographs of typical inclusion fields in the failed converter roller-bearing sample showing (a) 
stringer of brittle, angular alumina inclusions; (b) dense cluster of alumina inclusions; and (c) alumina and 
oxysulfides. 500x 
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Fig. 3 Optical micrographs of typical inclusion fields observed in inner-race sample, (a) Dark and massive 
siliceous macroinclusion; (b) Dark siliceous macroinclusion and small sulfides; (c) Dark elliptical siliceous 
macroinclusion. All, 500x 

Microstructural Characteristics 

The transverse sections of the failed roller bearing as well as the inner-race samples were examined at different 
magnifications (100 to lOOOx) in unetched condition to observe surface cracks, if any. On examination at low 
magnification, the roller-bearing sample revealed the ingress of surface cracks. Typical micrographs showing the contour 





of such surface cracks in the transverse section of the failed roller-bearing sample are shown in Fig. 4. It can be clearly 
observed from Fig. 4 (b) and (c) that the crack contains angular alumina inclusions. 
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Fig. 4 Optical micrographs showing ingress of surface cracks in the transverse section of the failed bearing 
sample, (a) Contour of surface crack, lOOx; (b) Crack contour with angular alumina inclusions, 500x; (c) Crack 
region with alumina particles, lOOOx 

In nital-etched condition, visual examination of the samples showed differential etching contrast—a dark-etching surface 
and a lighter etching interior. Microscopic observation of the roller-bearing sample at lOOOx magnification revealed that 
the outer dark-etching surface showed high-carbon tempered martensite with evidence of some acicularity (Fig. 5a), while 
the lighter etching interior showed low-carbon tempered martensite (Fig. 5b). Microscopic observation of the inner-race 




sample also exhibited similar features (Fig. 6). Fiowever, it may be noted that tempered martensite in the failed bearing 
sample (Fig. 5a) showed greater acicularity than tempered martensite in the inner-race (Fig. 6a) sample. It is also 
interesting to note that Fig. 6 (b) shows the presence of a dark siliceous macroentrapment as was observed in the unetched 
condition. 



Fig. 5 Optical micrographs of nital-etched roller sample of failed converter bearing, (a) Dark etching surface 
showing high-carbon tempered martensite with evidence of acicularity; (b) Lighter-etching core showing low- 
carbon tempered martensite. Both, lOOOx 





Fig. 6 Optical micrographs of nital-etched inner-race sample of failed converter bearing, (a) Dark-etching 
surface region showing high-carbon tempered martensite; (b) Core showing tempered martensite and massive 
silicate macroinclusion. Both, lOOOx 

The microhardness test results of both samples are shown in Table 3. It is evident from the data in Table 3 that, while the 
nricrohardness values in the core regions of both the samples are similar (464 and 465.5 VPN), the average microhardness 
in the surface region of the failed roller-bearing sample (815 VPN, or 64.5 HRC) is higher than that in the surface of the 
inner-race sample (613.25 VPN, or 56 HRC). The surface hardness of the roller bearing is adequate; however, the 
nricrohardness in the surface region of the inner-race sample is lower than the desirable level of 58 HRC for bearing 
components. The hardness of the balls/rollers and the rings should be such that the ball/roller hai riness is approximately 1 
to 2 HRC higher than that of the rings. 5 In the present case, the surface nricrohardness of the roller-bearing sample is 8.5 
HRC higher than that of the inner-race sample, and the hardness difference is significantly higher than the desirable 
hardness difference of 1 to 2 HRC. This large difference in surface hardness would result in greater wearing of the inner- 
race during service and consequently lead to misalignment and play of the shaft. The adverse effect of shaft misalignment 
and vibration on bearing life is well known, and this situation is likely to accentuate shaft failure by fatigue. 6 





Table 3 Microhardness Test Results of Failed Roller-Bearing and Inner-Race Samples 

Sample Location Applied Load, g Diagonal, pm Hardness, VPN Average Hardness, VPN 


Roller bearing 

Surface 

50 

10.5/10.7 

10 .6/10.6 

10.5/11.1 

825 

825 

795 

815 


Core 

50 

14.3/14.1 

460 

464 




14.2/14.0 

466 





14.1/14.1 

466 


Inner-race 

Surface 

50 

12.4/12.4 

603 

613.25 




12.4/12.4 

603 





12.1/11.9 

644 





12.5/12.3 

603 



Core 

50 

14.6/14.4 

441 

465.5 




13.9/14.1 

473 





13.8/13.6 

495 





14.4/14.2 

453 



Scanning Electron Microscopy 

The fracture surface of the failed roller-bearing sample was cleaned with acetone and examined in a SEM at various 
magnifications to observe the characteristics of the fracture surface. The fracture topography showed the presence of 
ductile regions as well as striations indicative of fatigue failure, as shown in Fig. 7(a). Energy-dispersive spectrometric 
analysis was also carried out on NMI present at crack sites to determine inclusion chemistry. The SEM micrograph in Fig. 
7(b) shows a nonmetallic inclusion residing at a crack site on the fracture surface of the sample (note the particle at the 
intersection of the cross-mark). Analysis by EDS (Fig. 8) revealed that this inclusion was essentially a silicate containing 
Ca, Al, Mn, and Mg, indicative of slag genesis. (The oxygen peak is not observed in the EDS spectrum, because the 
spectrometer can only detect elements higher than atomic number 11, i.e., Na onward.) 








(a) 



Fig. 7 Scanning electron microscopy (SEM) photographs showing the fracture surface of the failed converter 
bearing sample, (a) Fracture region showing striations and dimples on either side of crack, lOOOx; (b) Angular 
inclusion particle (at the cross intersection) inside the crack on the fracture surface, 2000x 






Fig. 8 Energy-dispersive spectrometric (EDS) analysis of inclusion observed at the crack site on the fracture 
surface of the failed converter bearing sample, showing Ca, Al, and Si X-ray peaks indicating the presence of 
silicate inclusion 


Electron Probe Microanalysis 


Electron probe microanalysis (EPMA) was carried out across the cross section of the failed bearing and inner-race 
samples to determine the quantitative variation of carbon (in wt.%) in the surface and core regions. The analyses were 
performed at a number of spots in the surface (dark etching) as well as the interior (light etching) regions of the samples, 
and the average values of carbon concentration are shown in Table 4. It is evident from the quantitative EPMA data that 
carbon content in the surface regions of the samples was substantially higher than that in the respective core regions. As a 
matter of fact, the carbon content in the core as determined by EPMA is similar to the bulk analysis of carbon (C = 0.2%) 
reported earlier. The EPMA quantitative data thus indicates that the surfaces of the failed roller-bearing as well as the 
inner-race samples were enriched in carbon and indicative of case carburizing, as has been observed through 
microstructural studies. Interestingly, the carbon content in the surface region of the failed roller-bearing sample (0.755%) 
was found to be higher than that observed in the surface region of the inner-race sample (0.72%). 


Table 4 Quantitative Microprobe Analysis of Carbon in the Surface and Core Regions of the Failed 
Roller-Bearing and Inner-Race Samples 


Location 

Carbon, wt.% 



Roller bearing 

Inner-Race 

Surface 

0.755 

0.720 

Core 

0.189 

0.223 


Electron probe microanalysis was also carried out to characterize the types of nonmetallic inclusions present in the 
samples. The studies revealed that the inclusions in the roller-bearing sample were essentially stringers of brittle alumina. 
Scans by EPMA of a typical brittle stringer are shown in Fig. 9. The backscattered electron (BSE) image of the inclusion 
stringer is shown in Fig. 9 (a), while the corresponding oxygen and aluminum X-ray maps of the same stringer are shown 
in Fig. 9 (b) and (c), respectively. 







Fig. 9 Electron probe microanalysis (EPMA) scans of brittle alumina stringers observed in the failed converter 
bearing sample, (a) Backscattered electron (BSE) image; (b) 0 2 X-ray map; (c) Al X-ray map. All, 600x 


Conclusions 





• The chemical compositions of the failed roller-bearing and the inner-race samples, as determined by OES, were 
similar; both samples were 0.2%C, 3.5%Ni, and 1.5%Cr steels. 

• Bulk hardness measurements showed that the surface hardness of the roller heal ing was significantly higher than 
that observed in the surface region of the inner-race sample. However, the bulk hardness values in the core 
regions of both the samples were similar. 

• Microscopic studies of unetched specimens revealed that both the samples were dirty from the standpoint of 
nonmetallic inclusions. The roller-bearing sample showed numerous stringers of brittle alumina inclusions, 
whereas the inner-race sample showed the presence of many dark siliceous macroentrapments. These species of 
nonmetallic inclusions are undesirable in any bearing steel, because they are particularly detrimental to fatigue 
properties. 

• Visual appearance of the samples in nital-etched condition showed differential etching contrast—a dark-etching 
rim characteristic of higher carbon content and a lighter-etching core indicative of lower carbon. Studies by 
EPMA have also confirmed this and, coupled with the hardness measurements, demonstrate a carburized case on 
both the roller-bearing and inner-race samples. 

• Microstructural observations of nital-etched samples suggested that the darker-etching surface regions were high- 
carbon martensite, and the lighter-etching core regions in both samples were low-carbon martensite. The 
martensite in the bearing surface, however, showed greater acicularity as compared to martensite in the inner-race 
sample, indicating higher hardness. 

• Microhardness measurements revealed that, while the hardness levels in core regions of the roller-bearing and 
inner-race samples were similar, the surface microhardness of the roller bearing was harder than that of the inner- 
race sample. This hardness difference is significant and far exceeds the desirable hardness difference level for 
bearing components. 

• The difference in surface hardness (8.5 HRC) between the roller bearing and the inner-race is likely to have 
resulted in greater wearing of the race and consequently resulted in overloading owing to play and misalignment 
of the shaft during service. 

• Studies by SEM of the fracture surface of the failed roller-bearing sample revealed striations indicative of fatigue 
failure. Analysis by EDS of NMI present inside cracks on the fracture surface showed the presence of calcium- 
aluminum-silicate inclusions indicative of slag genesis. 

• The failure of the bearing is attributed to the hardness difference between the surfaces of the roller and the inner- 
race, which consequently resulted in overloading owing to shaft misalignment and play during service. 
Additionally, the presence of harmful inclusion species such as alumina stringers and siliceous macroentrapments 
might also have accentuated fatigue failure, as evidenced by fractographic studies. 
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Breakage of Main Undercarriage Axle of Landing Gear System of an Aircraft 
Under Simulated Testing 

A. K. Das, B. M. Thippeswamy, J. Prasad, Hindustan Aeronautics Ltd. 


From: A.K. Das, B.M. Thippeswamy, J. Prasad, Some Unique Case Studies on Hydrogen Embrittlement Failures in Components Used 
in Aeronautical Industry, Corrosion Cracking (Proceedings of the Corrosion Cracking Program and Related Papers presented at the 
International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis, Salt Lake City, 
Utah, 2-6 December 1985), V.S. Goel, Ed., American Society for Metals, 1986, p 89 


Abstract: One main undercarriage axle made of high strength alloy steel (Fe-0.33C-l.15Cr-l.5Ni-l.05Mn-0.96Si) was subjected to 
simulated fatigue test for 6000 h of service. After only 300 h it broke in two along the sharp radius. The fracture revealed a coarse, 
irregular, and brittle surface before final fracture by thick angular shear lip zone. The presence of micropores in the cleavage facets 
as well as at the grain boundaries and hairline type crack indications under SEM examination were all suggestive of hydrogen 
embrittlement. On the basis of investigation results and observations, it was concluded that the transverse breakage of the axle had 
occured intergranularly in a brittle manner, possibly, initiated by a shallow zone of fatigue along the sharp radius acting as stress 
riser. 

Keywords: Aircraft components; Axles; Landing gear; Radii 


Material: Fe-0.33C-l.50Ni-l.15Cr (Nickel-chromium alloy steel) 
Failure types: Fatigue fracture; Brittle fracture; Intergranular fracture 


One main undercarriage axle made of high strength alloy steel (C 0.33%, Cr 1.15%, Ni 1.50%, Mn 1.05%, Si 0.96%) was 
subjected to simulated fatigue test for 6000 hours of service. But only after 300 hours it prematurely broke into two along 
the sharp radius (Fig. 1). 




Fig. 1 Line of breakage along the sharp radius indicated by the arrow, at x 0.25 

On fractographic examination, fracture showed a distinct (bright) crescent shaped zone with fracture lines emanating from 
several zones of 'ratchet' marks in the outer periphery of crescent envelope (Fig. 2). 

V-* T" 



Fig- 2 Crescent shaped envelope with coarse brittle fracture and 'ratchet' marks at x 2 

On close examination, fracture revealed coarse, irregular and brittle surface before final fracture by thick angular shearlip 
zone (Fig. 2). 

Presence of smooth layer zones of characteristic 'ratchet' type marks in the periphery of the bright envelope indicated the 
crack initiated by fatigue (Fig. 2). SEM examination at higher magnification showed intergranular fracture with deep 
secondary cracks (i.e. yawning grain boundaries) between the grains in the zone close to ratchet marks. The fracture 
examined at different locations within the crescent shaped envelope presented distinctly two fracture modes intermingled 
with each other i.e., brittle cleavage (facets) and ductile dimple zones of crack propagation (Fig. 3), followed by the 
predominance of dimples with further progress in the crack propagation. 



Fig. 3 Fracture mode of brittle cleavage and ductile dimple characteristics under SEM examination at xlOOO 
Presence of micropores in the cleavage facets as well as at the grain boundaries and hairline type crack indications under 
SEM examination were all suggestive of hydrogen embrittlement. Further a few elongated rod shaped manganese 



sulphide inclusions (a preferred site for hydrogen absoiption) along with a hosts of globular oxide inclusions were 
observed in the fracture. 

Microexamination of a section across the fracture in the initiation zone revealed steel material very unclean due to 
presence of non-metallic inclusions, mostly of globular oxides (D4 thin series) and long stringers of oxides in several 
places along with large inclusions in the form of irregular and flat slag (Fig. 4) near the initiation point. 





Fig. 4 Large irregular and flat slag inclusions (as polished), at xlOO 

Chemical composition, metallurgical structure and hardness of the axle material were found meeting the specification 
requirements besides satisfactory flow pattern, tensile strength and impact properties. 

Summary and Conclusions 

During simulated fatigue test, the high strength (Cr-Ni-Mn-Si alloy) Main Undercarriage Axle part broke prematurely 
along the sharp radius. Detailed investigation was earned out to determine the cause and mode of failure using scanning 
electron microscope and optical microscope. On the basis of investigation results and observations, it was concluded that 
the transverse breakage of the axle had occured intergranularly in a brittle manner, possibly, initiated by a shallow zone of 
fatigue along the sharp radius acting as stress riser. 

In this case, the following facts were suggestive of occurence of a failure phenomenon similar to the one induced by 
hydrogen embrittlement: (i) Crack propagation path was intergranular throughout the breakage right from the initiation 
zone to the fracture at the bore edge; (ii) Fracture phenomenon in the initial zone of failure (i.e.bright crescent shaped 
envelope) consisted of two distinct modes( 1) intermingled with each other as a mixed mode of crack propagation;; and 
(iii) Axle material was found very unclean due to presence of numerous non-metallic oxide inclusions as well as slag 
inclusions. As is well known( 2), inclusion sites act as origin for hydrogen absorption. 
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Engine Accessory Angle Drive Gear Failure 

S.R. Lamb and G. Clark, DSTO Aeronautical Research Laboratory, Department of Defense 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The failure of an ATAR engine accessory angle drive gear assembly caused an engine flame-out in a Mirage III aircraft of 
the Royal Australian Air Force (RAAF) during a landing. Stripping of the engine revealed that the bevel gear locating splines (16 NCD 
13) had failed. Visual and low-power microscope examination of the spline of the shaft showed evidence of fretting wear debris; 
similar wear was observed on the splines of the mating bevel gear. It was concluded that the splines had failed by severe fretting 
wear. Fretting damage was also observed on the shaft face adjacent to the splines and on the bevel gear abutment shoulder. 
Additional tests included a metrological inspection of the shaft, bevel gear and support ring; metallographic examination of a section 
from the shaft; chemical analysis of the shaft material (16 NCD 13); and hardness testing of a sample of the yoke material. The 
wear had been caused by incorrect machining of the shaft splines, which prevented the bevel gear nut from locating correctly 
against the gear. 

Keywords: Aerospace engines; Aircraft components; Bevel gears; Drives; Engine components; Jet planes; Military planes; Splines 


Material: 16 NCD 13 (Nickel-chromium-molybdenum alloy steel) 


Failure type: Fretting wear 


Background 

The failure of an ATAR engine accessory angle drive gear assembly caused an engine flame-out in a Mirage III aircraft of 
the Royal Australian Air Force (RAAF) during a landing. 

Applications 

The failed splined shaft and gear assembly forms an integral part of the ATAR engine accessory drive gear train. The gear 
train provides power from the main engine to the engine accessories, including hydraulic pumps and the electrical system. 
Because only one engine (and one accessory drive system) is fitted to the Mirage III aircraft, loss of the accessories due to 
drive failure could result in loss of the aircraft. 

Circumstances leading to failure 

During landing from a routine flight, an engine flame-out occurred. The aircraft was recovered safely. Stripping of the 
engine revealed that the accessory drive had failed. 

Performance of other parts in same or similar service 

No previous instances of accessory angle drive gear failures had been reported by the RAAF. 

The failed accessory angle splined shaft and bevel gear assembly is shown in Fig. 1. The bevel gear was able to rotate 
freely on the shaft. Disassembly of the components revealed that the splines of the shaft and of the bevel gear had failed 
completely from severe fretting wear. The splines of the shaft had been plated with a silver alloy to provide fretting wear 
resistance. The bevel gear is normally held to the shaft by a special castellated nut, support ring, and a nut locking 
mechanism (which was not available for examination) (Fig. 2). 



Fig. 1 Defective ATAR engine accessory angle drive splined shaft and gear assembly. The bevel gear (arrow) 
was free to rotate on the shaft. ~.34x. 



Fig. 2 Accessory angle drive components: S, splined shaft; G, bevel gear, R, support ring, N, castellated nut. 
Note severe fretting wear damage to the shaft splines (open arrow)and the mating bevel gear splines (B). 
~.38x. 

Testing Procedure and Results 

Surface examination 

Visual and Low-Power Microscopy. Examination of the splines of the shaft revealed evidence of fretting wear 
debris, and it was apparent that the splines had failed by severe fretting wear (Fig. 3) The splines of the mating bevel gear 
had failed in a similar manner. Fretting damage was also observed on the shaft face adjacent to the splines and on the 
bevel gear abutment shoulder. Again, similar wear was found on the mating portions of the bevel gear. 




Fig. 3 Higher-magnification view of damage to the shaft splines. Remnants of the silver alloy plating (S) are 
visible on undamaged portions of the splines. Fretting damage is also visible on the shaft face adjacent to the 
splines (F) and on the bevel gear abutment face (G). 1.6x. 

The support ring (Fig. 4) showed evidence of approximately equispaced indentations on the inner circumference of one 
face. The width and spacing of these indentations corresponded approximately to the width and spacing of the splines on 
the shaft. Examination of the ends of the shaft splines showed mating indentations in the silver plating (Fig. 5). 



Fig. 4 Face of the support ring normally adjacent to the shaft splines. Note the indentations (arrow) in the 
inner beveled edge. See also Fig. 5. 72x. 




Fig. 5 Magnified view of the ends of the shaft splines indentations are visible (arrows) in the silver plate on the 
spline ends. The position of these indentations corresponds closely to the position of the inner beveled edge of 
the support ring, relative to the spline ends, at assembly. 92x. 

This evidence suggested that the support ring had come into hard contact with the ends of the splines when the bevel gear 
retaining nut had been tightened at assembly. Discussion with the RAAF confirmed that, under normal circumstances, the 
support ring should not make hard contact with the shaft splines. 

Metrology. A metrological inspection of the splined shaft, bevel gear, and support ring was undertaken to determine 
whether these components were within dimensional specification. The support ring and bevel gear were within 
specification; however, the length of the shaft splines (from the bevel gear abutment face up to and including the 
chamfered ends of the splines) was approximately 0.762 mm (0.03 in.) greater than the maximum allowed by the relevant 
specification. The increase in the length of the shaft splines had been sufficient to allow the support ring and the locking 
nut to come into contact with the splines, thereby preventing full tightening against the bevel gear. 

Metallography 

A metallographic section was taken from the shaft by cutting through the splines, perpendicular to their length. This 
section was polished and examined in the unetched and etched conditions. The microstructure of the shaft material was 
tempered martensite; no unusual features were observed. 

Chemical analysis/identification 

Chemical analysis of a sample of the shaft material indicated that it conformed to the 16 NCD 13 alloy steel (French 
standard) specified for the shaft. 

Mechanical properties 

Hardness, tests on a sample of the yoke material yielded an average value of 41 F1RC, indicating a tensile strength of 
approximately 1300 MPa (190 ksi). Although information regarding the specified mechanical properties of the shaft 
material was unavailable, the recorded values are consistent with the observed shaft material microstructure. 

Discussion 


Observations and test results indicated that the ATAR engine accessory angle drive splined shaft and bevel gear had 
failed because of extreme fretting wear damage to the shaft and bevel gear mating splines. It was concluded that the 
splines of the shaft had been incorrectly machined, preventing correct tightening of the bevel gear to the shaft on 



assembly. In fact, much of the torque generated in tightening the nut had been expended in forcing the support ring into 
the ends of the shaft splines. Although it is likely that the nut would have tightened to some degree against the bevel gear, 
it is clear that the pressure on the bevel gear was insufficient to prevent the gear moving relative to the shaft. 
Consequently, wear damage to the splines of both components was accelerated, eventually leading to complete failure of 
the splines. 

Conclusion and Recommendations 

Most probable cause 

Failure of the splined shaft and bevel gear assembly of the ATAR engine accessory angle drive resulted from severe 
fretting wear damage to the shaft and bevel gear mating splines. The wear was caused by incorrect machining of the shaft 
splines. 

Remedial action 

It was recommended that all accessory angle drive splined shaft and bevel gear assemblies fitted to ATAR engines in 
service with RAAF Mirage fleet be examined for correct machining of the shaft splines. A modified manufacturing and 
assembly procedure for the component was introduced. 

Related Information 
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Disruption of a Centrifugal Compressor 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: One 49 in. impeller of a two-stage centrifugal air compressor disrupted without warning, causing extensive damage to the 
casings, the second impeller, and the driving gear box. Prior to the mishap, the machine had run normally, with no indications of 
abnormal vibration, temperature, or pressure. Initial failure had taken place in the floating dished inlet plate (eye plate) of the first- 
stage impeller. Failure occurred predominantly by tearing along the lines of rivet holes for the longer blades, these extended for 
practically the full radial width of the dished plate. Examination of the fractured surfaces showed that failure had been preceded by 
fatigue cracking. The material from which the dish plate was forged was a Ni-Cr-Mo steel in the oil hardened and tempered 
condition. Fractographic examination of the surface of the cracks showed striation markings indicative of the progress of fatigue 
cracks. Failure of the one impeller and the cracking of the others were attributed to "low cycle-high strain fatigue", due to fluctuating 
circumferential (hoop) stresses. 

Keywords: Centrifgual pumps; Impellers; Stresses 


Material: 2.5Ni-Cr-Mo (Nickel-chromium-molybdenum alloy steel) 


Failure type: Fatigue fracture 


One impeller of a two-stage centrifugal air compressor disrupted without warning, causing extensive damage to the 
casings, the second impeller, and the driving gear box. Fragments were scattered over a wide area, fortunately without 
injury to the personnel in the vicinity. It is understood that prior to the mishap, the machine had run normally, with no 
indications of abnormal vibration, temperature or pressure. 

Subsequent investigation revealed that the initial failure had taken place in the floating dished inlet plate (eye plate) of the 
first-stage impeller. Following failure of this plate, the blades or vanes were left supported by only one side flange and 
they subsequently tore away from the backplate. A photograph of the pieces of the dished plate arranged in their relative 
position is seen in Figure 1 and the damaged machine is shown in Figure 2. 




Fig. 2 Damage to compression casing. Back plate of disrupted impeller still in situ. 

The impeller measured 49 in. diameter and rotated at 4,100 r.p.rn. It was fitted with 16 short vanes attached by 10 rivets 
and 16 long vanes attached by 16 rivets per side, the vanes arranged alternatively. Careful examination of the rivets 
collected subsequently revealed that they had all failed by shearing transversely or by being pulled through the holes; no 
evidence of any preexisting fatigue cracks was found. 

From Figure 1 it will be apparent that failure occurred predominantly by tearing along the lines of the rivet holes for the 
longer blades, these extending for practically the full radial width of the dished plate. Examination of the fractured 

surfaces showed that failure had been preceded by fatigue cracking; from the rivet holes short cracks up to Sin. deep were 
present in the ligaments between the first eight or so holes counting from the eye of the plate. They were orientated 
principally in the radial direction and were joined by zones where shearing of the metal in the circumferential direction 
had occurred. In other instances, where tearing through the holes had not taken place, similar short fatigue cracks in 
course of development and zones of plastic deformation were evident, especially in the region of the first four holes, as 
indicated in Figures 3 and 4. Although many of the fractures were damaged by the resulting disruption, there was no 
evidence that the fatigue cracks had progressed completely through any of the ligaments in any particular lines of holes, 
i.e., final failure resulted from tearing of the material. All fractured surfaces showed a dark straw “temper-colour” due to 
failure taking place at the normal operating temperature. The fractures in the eye ring, which was of bulbous form forged 
integrally with the dish plate, were of the shear variety making an angle of 45° to the circumferential direction. 






Fig. 4 Showing cracks down rivet holes and deformation of ligaments between holes. 
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The material from which the dish plate was forged was a “'2% Ni.Cr.Mo. steel in the oil hardened and tempered 
condition. The results from tensile test pieces taken both radially and tangentially from the broken plate by the owners, 
and from a notched bar test from the eye rim, gave the following results: 



Radially 

Tangential 

Specified 

0.1% PS t.p.s.i. 

54.5 

56.4 

— 

0.5% PS (Y.Pt.) t.p.s.i. 

57.7 

59.6 

60 

U.T.S. t.p.s.i. 

66.8 

67.0 

68 

Elong. % 

25.0 

25.0 

16 

Notched bar (Izod ft/lb.) 

40.5:41.0:41.0 


Several special tests were carried out in order to determine if local embrittlement of the material had taken place at the 
surfaces of the rivet holes. Four strips were cut from the plate to include on one side a half hole at which a fatigue crack 
was present; two were bent by impact and two by slow application of load. In all the tests, progressive tearing from the 
ends of the cracks occurred and no brittleness was apparent. Four other strips were cut from locations at which cracks 
were not present (shorter blades) and tested in a similar manner. After bending through 20°. discontinuities appeal ed on 
the surface of the holes where smearing of the material had taken place during the drilling operation. With continued 
bending, progressive tearing occurred, without evidence of brittle behaviour. 

Microscopical examination confirmed that the material of the dished plate was an alloy steel in the hardened and 
tempered condition. Some residual smearing of the material was visible at the surface of the holes, giving rise to folds and 
laps Figures 5 and 6, from such origins fatigue cracks had developed. As seen in Figures 7 and 8, other cracks appeal - to 
have been initiated at undulations at the bore surface. Micro-hardness tests of the worked material at the bore surface gave 
values of 500 V.D.P., which compared with a value of 350 for the material in general. 




Fig. 5 Cracking from laps and folds on bore of rivet holes. (x400). 











Fig. 7 Cracking from undulations of bore surface. (x400). 



Fig. 8 Cracking from undulations of bore surface. (x400). 

Fractographic examination of the surface of the cracks showed striation markings indicative of the progress of fatigue 
cracks. 

Many holes were sectioned in the plane of the plate for macro-examination and, although the majority only showed cracks 
at the inner and outer radial position, in some instances multiple cracking had occurred, a total of seven being counted at 
one hole. The crack lengths varied from 0.12 in. at rivet holes adjacent to the eye, decreasing to 0.03/0.05 in. at the fifth 
hole from the eye and to 0.0003 in. at the eighth hole. 

Ultrasonic tests on the disrupted disc indicated that, using a 70° angle probe, cracks having a length of 0.005 in. could be 
readily distinguished from the general irregularities of the hole surface. 

In order to ascertain if the second impeller could be re-used in the re-built machine, an ultrasonic test of all the rivet holes 
of the dished and back plate was carried out. Similar cracks were discovered at the edges of the first eight holes for the 
longer blades nearest the eye in the dished plate. 

A similar test was carried out on both impellers of the larger, sister machine. In that from the first stage, cracks were 
found at the first seven holes in the dished plate and at the first four holes in that from the second stage. As with the 
machine which disrupted no cracks were discovered in the ligaments between the rivet holes for the short blades or in the 
back plates themselves. The ultrasonic tests indicated that there was d tendency for the cracks to he more severe in holes 
3, 4 an 5 counting from the eye rim. 

A comprehensive examination of the first stage impeller of the sister machine revealed visible evidence of cracking and 
plastic deformation of the dished eye plate as seen in the accompanying photograph, Figure 9. 



Fig. 9 Cracking and deformation on eye plate of impeller of sister machine. 

The results from calculations of the stress distribution earned out by the manufacturers and the owners, assuming that the 
eye ring could be regarded as being fully effective and the centrifugal force from the blades was shared equally between 
the dished and back plate, showed the following values at the 15 in. radius at which the major cracks developed, 
f,(circumferential or stress) = 35.5 t.p.s.i. 



f 2 (radial stress) = 7.0 t.p.s.i. 

From which f 2 / fi = 0.20 
• stress concentration = 3.0 
Assuming a fully elastic behaviour 
f max. = 3.0 x f, 

= 106.5 t.p.s.i. which is in excess of yield stress. 

Therefore stress fluctuation (at surface of rivet holes) from rest to full speed would approximate 41.5 t.p.s.i. compressive 
to 35 t.p.s.i. tensile. 

Conclusions 

Failure of the one impeller and the cracking of the others were attributable to “low cycle-high strain fatigue”, due to 
fluctuating circumferential (hoop) stresses. These led to the development of fatigue cracks from the majority of the rivet 
holes adjacent to the eye orientated primarily in the radial direction with respect to the impeller. It is understood that the 
compressor duty entailed short runs of the order of half-ah-hour each and during its service life it had experienced some 
2,260 starts and stops. This feature, which differed appreciably from that usually associated with blowers of this design, 
together with the high level of the hoop stress in the dished plate at the surface of the rivet holes during operation of the 
machine, was the principal factor which led to the fatigue cracking. The discontinuities in the form of tears or laps in the 
bore of the holes, resulting from the drilling operation were an additional factor since they provided suitable nuclei from 
which the fatigue cracks developed. As the cracks progressed, the cross-sectional area of the ligaments between the rivet 
holes decreased to the stage where plastic yielding took place under the operating stresses, and failure finally occurred by 
shearing in a circumferential direction between the ends of adjacent fatigue cracks. The fact that similar plastic 
deformation was present on the discs which did not disrupt, suggested that it did not arise as a consequence of failure, but 
had preceded it. 

Related Information 

B.A. Miller, Overload Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
671-699 

Footnote 


* Engineering Science Data 67023 “Stress concentration at two equal holes in an infinite plate”. 



Forging Laps in Ski Chair Lift Grip Components. 

From: J.J. Scutti and W.J. McBrine, Introduction to Failure Analysis and Prevention, Failure Analysis and Prevention,, Vol 11, ASM 
Handbook, ASM International, 2002, p 3-23 


Abstract: Alloy steel forgings used as structural members of a ski chair lift grip mechanism were identified to have contained 
forging laps (i.e., sharp-notched discontinuities) during an annual magnetic particle inspection of all chair lift grip structural 
members at a mountain resort. The material was confirmed to be 34CrNiMo6. A heavy oxide on the dark area of one of the broken- 
open laps was revealed by scanning electron microscopy in conjunction with energy-dispersive x-ray spectroscopy (EDS). A bright 
area that contained ductile dimple rupture was observed adjacent to the dark area. The oxidized portion of the fracture was 
established to be the preexisting forging lap while the bright area was created during the breaking-open process. As a corrective 
action all forgings showing laps were recommended to be removed from service. Critical review and revision of the forging process 
and revisions to the nondestructive evaluation (NDE) procedures at the forging supplier was recommended. 

Keywords: Forgings; Laps; Ski lifts 


Material: 34CrNiMo6 (Nickel-chromium-molybdenum alloy steel) 
Failure type: Metalworking-related failures 


Alloy steel forgings used as structural members of a ski chair lift grip mechanism were identified to have contained 
forging laps during an annual magnetic particle inspection of all chair lift grip structural members at a mountain resort. A 

_3_ 

lap in one of the lift grip components (Fig. 1) measured 4.8 mm (16 in.) long on the surface. An example of the 
metallurgical cross section through a similar lap is provided in Fig. 2. In accordance with the ASTM standard for 
magnetic particle inspection, the paint on the forgings was stripped prior to performing the magnetic particle inspection, 
since the thickness of the paint slightly exceeded the maximum allowable 0.05 mm (0.002 in.) thick paint layer. It should 
be noted that prior annual inspections, performed at a contracted magnetic particle inspection facility, revealed no 
significant indications on these forgings. However, the paint was not stripped prior to the magnetic particle inspection at 
that time. 



Fig. 1 Forging lap on ski lift fixed jaw 



Fig. 2 Microstructure of forging lap in another ski lift grip component. As-polished, lllx 




The presence of the laps, which are rejectable according to the manufacturer's drawings, indicates the forgings were 
delivered from the manufacturer in this condition. Aside from the obvious procedural roots related to the quality system 
of the manufacturer, the present issue was whether or not the laps (i.e., sharp-notched discontinuities) had “grown” in a 
progressive manner, such as by fatigue or stress-corrosion cracking, during the five years that the components had been in 
service. 

The material was confirmed to be 34CrNiMo6 (a European Cr-Ni-Mo alloy steel containing 0.34% C), as required. The 
broken-open lap (Fig. 3) revealed a darkened area on the fracture surface that was consistent with the dimensions of the 
lap. The darkened area extended 0.89 mm (0.035 in.) deep. Adjacent to the darkened area, a small area of bright, fibrous 
fracture features was observed, as well as a transition to a bright, faceted fracture appearance. Scanning electron 
microscope examination in conjunction with energy-dispersive x-ray spectroscopy (EDS) revealed a heavy oxide on the 
dark area of the fracture surface (Fig. 4). The bright area adjacent to the dark area contained ductile dimple rupture, which 
changed to cleavage fracture beyond this area. It was determined through stereomicroscopy, fractography, and 
metallography that the oxidized portion of the fracture was the preexisting forging lap and that both bright fracture areas 
were created in the laboratory during the breaking-open process. A cross-sectional view of the broken-open lap is shown 
in Fig. 5, depicting the field of oxides in the material beneath the lap surface. 


© 



Fig. 3 Broken-open lap. 6x 
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Fig. 4 Scanning electron micrograph of surface features in dark area. 



Fig. 5 Micrograph of lap. As polished. 58x 

This case is particularly significant in that it is a successful example of failure prevention through periodic field 
inspections. The previously unknown defects were discovered only after magnetic particle inspection procedures adhering 
to ASTM standard practices were rigorously followed. Subsequent investigation and analysis of the indications revealed 
no growth of the laps in service. Nevertheless, the corrective action defined that all forgings showing laps be removed 
from service. Preventive measures involved critical review and revision of the forging process (so that future lots would 
be properly forged) and revisions to the nondestructive evaluation (NDE) procedures at the forging supplier. 

Building an application-life diagram around this case (Fig. 6) (Ref 1), one can explore the impact of material defects of 
various sizes on service life. In one possible scenario, the lower curve in Fig. 6 could describe the observed lap, being 
detectable by NDE and of a size sufficient to sustain growth under the anticipated service conditions at some time in the 
future. However, at the time of the inspection, the defect was smaller than that required for crack growth, since the date of 
the inspection is relatively early in the intended service life of the component. The risk of crack growth and premature 
failure at some time in the future (as shown by the “X” in Fig. 6) prompted the removal from service of all forgings 
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Cracking in an Aircraft Main Landing Gear Sliding Strut 

S.A. Barter and G. Clerk, DSTO Aeronautical Research Laboratory, Department of Defence 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Examination of several fighter aircraft main landing gear legs revealed unusual cracking in the hard chromium plating that 
covered the sliding section of the inner strut. The cracking was associated with cracks in the 35 NCD 16 steel beneath the plating. A 
detailed investigation revealed that the cracking was caused by the combination of incorrect grinding procedure, the presence of 
hydrogen, and fatigue. The grinding damage generated tensile stresses in the steel, which caused intergranular cracking during the 
plating cycle. The intergranular cracks were initiation sites for fatigue crack growth during service. It was recommended that the 
damaged undercarriage struts be withdrawn from service pending further analysis and development of a repair technique. 
Keywords: Crack propagation; Military planes 


Material: 35NCD16 (Nickel-chromium-molybdenum alloy steel) 

Failure types: Surface treatment related failures; Intergranular fracture; Fatigue fracture; Hydrogen damage and embrittlement 


Background 

Examination of several main landing gear legs on a high-performance fighter aircraft revealed unusual bands of cracking 
in the hard chromium plating that covered the sliding section of the inner strut. 

Pertinent specifications 

The strut was manufactured from an ultrahigh-strength 35 NCD 16 steel (French alloy specification). The strut was shot 
peened before the sliding section was hard chromium plated. 

Performance of other parts in same or similar service 

The manufacturer's previous experience indicated that this banded cracking could lead to catastrophic failure of the shut 
well before the calculated safe-life, jeopardizing the safety of the aircraft and crew. 

Specimen selection 

Information on the cause, type, and growth rate of the cracking was not available from the manufacturer. Therefore, a 
worst-case example of the cracking was selected from the fleet and sent for laboratory examination. 

Visual Examination of General Physical Features 


The main undercarriage sliding half-fork assembly (inner strut) consisted of a tube section and an integral lower forged 
beam into which a press-fitted axle was mounted (Fig. 1). The tube section was designed to slide within a cylinder to 



provide damping during landings. The lower section of the tube, which normally bears on the outer cylinder seal, was 
hai'd chromium plated for a length of approximately 250 mm (10 in.). 



Fig. 1 Main landing gear sliding strut provided for destructive examination. Arrow indicates region that was 
hard chromium plated. Wheel axle is at lower end. 

Testing Procedure and Results 

Nondestructive evaluation 

Dye penetrant inspection of the electroplated hard chromium band revealed cracking with a distinct helically 
banded structure in both the lower (Fig. 2) and upper ends of the plating. The hard chromium plating was removed by 
chemical dissolution in sodium hydroxide solution, except where strips were required for metallographic examination. 
The base material was then penetrant tested, and cracking was also found in the steel. 




Fig. 2 Indications of cracking in the hard chromium plating (arrow) at the axle (lower) end. Note the banded 
appearance of the cracking. 

Surface examination 

Visual. Generally, the cracking in the steel occurred in a banded pattern similar in appearance and position to the 
cracking observed in the electroplating. The regular nature and the radial form of this banding strongly indicated grinding 
damage as the likely cause (Fig. 3). To confirm this, the surface was etched with nital, which resulted in the appearance of 
helically shaped, dark etching bands. 



Fig. 3 Heat-related grinding damage running from the bottom of the chromium plating in evenly spaced bands 
similar to the bands of cracking. The plating was not removed from several areas, including the shiny area, for 
metallographic purposes. 2% nital etch. 

Close examination of these bands revealed a “mud-flat” cracking pattern (Fig. 4), typified by extensive networks of 
narrow, randomly oriented cracks. The steel surface below the plating had been shot peened. This peening is usually 
carried out before plating to eliminate any residual tensile stress in the surface of the part; steels hardened to this strength 
level are highly susceptible to hydrogen-induced cracking during the plating cycle. Such peening also improves fatigue 
life by inducing residual compressive stress. The stresses induced by the poor grinding practice apparently were sufficient 
to cause cracking either before shot peening or despite the beneficial effects of peening. 




Fig. 4 Closeup view of one of the bands in Fig. 3. Note the network of cracks (arrow), which produces a mud- 
flat cracking appearance. 



Macrofractography. An area suspected of containing fatigue cracking was broken open. The exposed surfaces 
revealed fatigue cracks extending from intergranular crack tips. The maximum fatigue crack depth was approximately 
0.13 mm (0.005 in.), which when added to the intergranular cracking from which it grew, gave a total crack depth of 
approximately 0.25 mm (0.010 in.) into the substrate (Fig. 5). This fatigue cracking extended about 30 mm (1 in.) around 
the circumference of the tube in a band approximately 3 mm (0.1 in.) wide, centered approximately 3 mm (0.1 in.) from 
the lower chromium runout. The band was located on the side of the assembly opposite to the axle and forward of the 

and braking of the aircraft. 


Fig. 5 Fracture surface of one of the deeper fatigue cracks. F, fatigue band; I, intergranular cracking; O, 
overload region. Dotted line indicates the boundary between intergranular cracking and fatigue. 

The combined intergranular/fatigue cracks were more open at the surface than the purely intergranular cracks; this had 
permitted the ingress of a corrosive medium which led to extensive corrosion of the crack faces (Fig. 6). Thus, although 
indistinct crack progression marks were visible, determination of the crack growth rate using quantitative fractographic 
techniques would have been very difficult even if a detailed load history had been available. Examination of the surfaces 
of cracks in the chromium plating that were associated with cracking in the steel (Fig. 7) revealed evidence of progression 
marks, indicating that in some cases the chromium cracks grew from the chromium/steel interface. 





Fig. 6 Closer view of the intergranular and fatigue cracking, showing the marked corrosion damage (pitting) on 
the surface. O, overload region. 



Fig. 7 Closer view of the surface of one of the cracks through the chromium plating. This crack was associated 
with cracking in the steel substrate. Arrows indicate probable progression marks on the chromium crack 
surface. 

Metallography 

Metallographic sections were taken at different angles through a number of areas where grinding damage had occurred 
and where the chro mi um plating had been left intact. 

Microstructural Analysis. The general microstructure was that of a low-alloy ultrahigh-strength steel, consisting of 
a fine-grained tempered martensite with few inclusions. Slight banding (Fig. 8) of the structure was observed, consistent 
with mild alloy segregation. The plating microstructure was typical of hard chro mi um plating, with numerous short 
vertical defects and a columnar grain structure._ 







Fig. 8 Section through the cracking adjacent to the chromium plating runout.C,chromium; S,steel.The arrows 
indicate regions of transgranular cracking produced by fatigue, which grew from the intergranular crack tips.2% 
nital etch. 

Crack Origins/Paths. Sections through the cracking revealed intergranular cracks penetrating approximately 0.13 
mm (0.005 in.) into the steel, along the prior-austenite grain boundaries. Most of these cracks were associated with 
cracking in the chromium plating; some, however, were not. Sections perpendicular to the banding, through the lower 
region of the chromium-plated band and the plating runout region, revealed straight transgranular cracks growing into the 
steel from the intergranular crack tips. Straight transgranular cracking of this nature is typical of fatigue in this material. 

Chemical analysis/identification 

Material. Chemical analysis of the steel indicated that it conformed to the specification for 35 NCD 16. 

Coatings or Surface Layers. Chemical analysis of the plating indicated that it was chromium. 

Mechanical Properties 

Hardness. Testing of several areas of the steel yielded an average value of 51 HRC, which indicates an approximate 
ultimate tensile strength of 1830 MPa (265 ksi). 

Discussion 

The presence of dark etching bands on the steel surface beneath the chromium plating clearly indicated that abusive 
grinding had caused localized overheating of the surface. Such excessive surface heating may transform very thin surface 
layers of the tempered martensite matrix to austenite (which is then quenched by the surrounding steel to untempered 
martensite) and/or tempering of the surface layers. Rapid heating and cooling also induce rapid expansion of the surface 
layers, which in turn can induce plastic flow. When the surface is cooled by the surrounding metal, high residual tensile 
stresses remain in the surface layers to act on the quenched, untempered, and very brittle martensite or on the 
overtempered matrix. These stresses (uniform tension in a surface layer) can produce the characteristic “mud-flat” 
cracking that was found in the strut where extensive networks of narrow cracks were observed. The absence of the white 
etching layer or patches usually observed when untempered martensite is formed in this manner indicated that the 
temperature to 

Because several cracks were present in the steel without related cracks in the chromium plating, it is likely that the 
cracking in the steel preceded the cracking in the chromium. The intergranular cracking was characteristic of hydrogen 
embrittlement cracking, which probably would have occurred before the strut was baked (de-embrittlement) to remove 
residual hydrogen. 

Although it was not possible to establish the fatigue crack growth rate from observations of the crack surfaces, the very 
sharp crack tip associated with intergranular cracking would result in a large K, value for this type of defect, thus allowing 
the intergranular cracks that were oriented perpendicular to the principal tensile stress direction to initiate fatigue cracks 
soon after the part was first subjected to significant loads. 

Conclusion and Recommendations 

Most probable cause 

The majority of the cracking in the steel was intergranular and was consistent with the existence of high tensile surface 
stresses. These stresses resulted from damage produced during grinding of the steel surface prior to the plating cycle. 
Cracking was probably produced by the absoiption of hydrogen during the electroplating process. These intergranular 
cracks led directly to the growth of fatigue cracks. 

Remedial action 

It was recommended that undercarriage struts showing this form of unusual cracking in the hard chromium plating be 
withdrawn from service pending further analysis and development of a repair process. 

How failure could have been prevented 

Although this part is highly stressed in service, safety can be maintained by using principles based on the results of full- 
scale fatigue testing and the application of sensible safety factors. The test failure of this main undercarriage leg at a 



similar location occurred after simulation of 15,000 flights. Applying a safety factor of 3 gives a safe-life of 5000 flights. 
However, the manufacturer experienced a service failure at 2849 landings, caused by a fatigue crack that initiated from 
defects similar to those investigated in this study. It is clear that the safe-life of this component is severely compromised 
by this type of defect, a type which could be avoided by proper grinding procedure and post grinding inspection. 

Related Information 
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Metallurgical Failure Analysis of Cracks in a Compressor Turbine Impeller 

Edward V. Bravanec, Anderson & Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Cracking was discovered in an in-service, second-stage turbine impeller during a downtime inspection. The fabricated 
4300 series low-alloy steel impeller was used in a compressor in an industrial petrochemical plant. It was also reported that a 
process upset had allowed a 10% NaOH solution to be ingested by the unit. Routine magnetic particle inspection revealed numerous 
cracks in the hub area and vane tips of the second-stage impeller Additionally, the outside surface of the backing plate showed a 
cyclic pattern of cracks. An overview of a conventional, systematic metallurgical approach to failure analysis to confirm that the 
cracking was caused by a caustic stress-corrosion cracking mechanism is presented. 

Keywords: Caustic cracking; Chemical processing equipment; Compressor blades; Sodium hydroxide, environment 


Material: 4320 (Nickel-chromium-molybdenum alloy steel), UNS G43200 


Failure type: Stress-corrosion cracking 


Background 

Severe cracking was discovered in a second-stage turbine impeller fabricated of low-alloy steel during a rebuild of a 
three-stage C-4501B compressor from a local petrochemical plant. The cracks were found by wet fluorescent magnetic 
particles inspection. The cracks were numerous and severe in the eye section. Other cracks were found on the surface of 
the backing plate near of the bore, as well as at the toes of welds at some of the vanes. Cracks formed a stress pattern on 
the outside surface of the backing plate from the bore to the vane tips. Although the cracks were numerous, they were 
very tight and difficult to detect. The second-stage impeller reaches a maximum temperature of 70 °C (160 °F) and turns 
at over 5000 rev/min. An operational upset was reported to have allowed a 10% sodium hydroxide (caustic) solution to 
enter the compressor impellers. The third-stage impeller had been scrapped. Effects were undertaken to determine the 
mode of cracking. 

Visual Examination of General Physical Features 

The second-stage impeller was examined and magnetic particle tested at a local machine shop. The eye, vane tip, and the 
stress pattern cracks on the outside surface of the backing plate were marked, and the impeller was shipped to a laboratory 
for analysis. A photograph of the crack pattern in the backing plate of the second-stage impeller, as well as an outline of 
three of the vanes, is shown in Fig. 1 




Fig. 1 Backing plate side of the second-stage impeller. Black paint out lines the stress pattern cracks. Hatched 
out line shows three of the vanes. Arrows indicate where metallographic samples were removed 

Testing Procedure and Results 

Surface examination 

Energy-Dispersive X-Ray Spectrometry. An area containing cracks was removed from the eye of the outside 
corner and notched from the inside, cooled in liquid nitrogen, and fractured open to enable analysis of a fracture surface. 
Standardless semi-quantitative scanning electron microscopy/energy-dispersive x-ray spectrometry (SEM/EDS) analysis 
revealed a high sodium content in the corrosion product (Fig. 2). The base metal elements were that of an AISI 4300 alloy 
steel (Fig. 3). 
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Fig. 2 Standardless semi-quantitative SEM/EDS element analysis data and graph of typical corrosion residue 
present in some of the cracks in the eye of the second-stage impeller. The high sodium content was believed to 
be the corrosion component for the stress-corrosion cracks. 
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Fig. 3 Standardless semi-quantitative SEM/EDS element analysis data and graph of a crack fracture surface. 
Base metal elements revealed that the impeller material was an AISI 4300 alloy steel. 


Element 

wt% 

at.% 

Sodium 

2.91 

6.73 

Aluminum 

0.78 

1.53 

Sulfur 

0.14 

0.23 

Chromium 

1.05 

1.07 

Manganese 

1.61 

1.56 

Iron 

92.60 

88.06 

Nickel 

0.91 

0.82 


Scanning Electron Microscopy/Fractography. SEM examination of the laboratory opened crack surface 
revealed a primary mode transgranular cracking, with some intergranular cracking identified as stress-corrosion cracking 
(SCC) (Mg. 4 and 5). The chemical component of the SCC was believed to be the sodium hydroxide from the operational 
upset. 





Fig. 5 SEM fractograph of a typical area from the crack surface in Fig. 4, showing transgranular fracture mode 
and direction of propagation (arrow). 1860x 

Metallography 

Samples were removed from the eye, the bore hub, and the backing plate area and were mounted and polished. 
Examination of unetched samples revealed numerous branched cracks perpendicular to the eye and extending to the eye 
surface (Fig. 6). Examination of etched samples revealed that the branched cracks were primarily transgranular (Fig. 7); 
some areas of the crack were intergranular. The cracks in the backing plate, hub, and the stress pattern areas of the 
backing plate were of the same mechanism as the hub cracks—that is, caustic stress-corrosion cracking (Fig. 8 and 9). 
The base material microstructure was composed of tempered martensite, with some retained austenite. 
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Fig. 6 Micrograph of an area containing longitudinal cracks from the eye section from the second-stage 
impeller. Cracks are numerous and very tight. Unetched. 81 x 



Fig. 7 Micrograph of cracks from the eye section shown in Fig. 6. The transgranular branched cracks were 
caused by a caustic SCC mechanism. 3% nital etch. 324x 



Fig. 8 Micrograph of a typical crack from the stress pattern area in the backing plate of the second-stage 
impeller (see Fig. 1). Cracks are numerous and very tight. Unetched. 81x 



Fig. 9 Micrograph of a crack from the stress pattern area shown in Fig. 8. The transgranular branched cracks 
were caused by a caustic SCC mechanism. 3% nitai etch. 324x 


Element 

wt% 

at.% 

Silicon 

0.27 

0.53 

Chromium 

1.10 

1.18 

Manganese 

0.88 

0.89 

Iron 

96.40 

96.12 

Nickel 

1.35 

1.28 


Chemical analysis/identification 

A sample was removed from the hub area of the impeller and subjected to chemical analysis by optical emission 
spectrometry (Table 3). Analysis revealed a 4300 series low-alloy steel. 


Table 3 Results of chemical analysis 



Element 

Composition, % 



Second-stage impeller sample 

AISI E4325 specification requirement <a) 

Carbon 

0.22-0.27 

0.22-0.28 

Manganese 

0.74 

0.60-0.80 

Phosphorus 

0.009 

0.025 (max) 

Sulfur 

0.007 

0.025 (max) 

Silicon 

0.25 

0.15-0.35 

Nickel 

1.82 

1.65-2.00 

Chromium 

0.82 

0.70-0.90 

Molybdenum 

0.20 

0.20-0.30 

Copper 

0.10 

NR 

Aluminum 

0.050 

0.020 min for fine grain 

Cobalt 

0.030 

NR 

Iron 

bal. 

bal. 

(a) NR, not required 


Mechanical properties 


Hardness. Rockwell B hardness indentations were made in several areas of the second stage impeller material; the 
average hardness was found to be 95 HRB. 

Discussion 

The results of the analyses, examinations, and tests revealed that the second-stage impeller contained numerous severe 
caustic stress-corrosion cracks. The caustic cracking was primarily transgranular, with some intergranular cracks. This is 
a non-standard caustic SCC mechanism, but the high stresses imposed on the impeller appeal - to have resulted in the 
transgranular crack propagation mode rather than the typical intergranular mode. The cracks on the outside of the backing 
plate followed a cyclic stress pattern. The backing plate cracks were very tight, but deep. Initiation and propagation of all 
cracks occurred in high-stress areas. 


Conclusion and Recommendations 



The decision to replace the second-stage impeller was sound in view of the severe caustic SCC, which was characterized 
by very tight cracks—some of them deep and all of them difficult to detect. It now becomes critical to evaluate the 
severity of the cracks in the first-stage impeller. All remaining cracks must be machined out. If they are not, they will 
propagate during operation and may result in a catastrophic failure. It is difficult to predict how rapidly the cracks will 
grow; however, this impeller material is tough and should resist sudden, brittle failure. 

Related Information 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 
2002, p 823-860 


Surface Damage on a Transfer Gear Shaft 

Carmine D'Antonio, Department of Metallurgy and Materials Science, Polytechnic University 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: An AISI 4320 H transfer gear shaft that was part of a transmission sustained severe surface damage after 12 h of 
dynamometer testing at various gearing and torque loads. The damage was characterized by generalized wear and spalling. 
Examination of a cross section of the shaft that intersected undamaged, burnished, and surface-spalled zones revealed no anomalies 
in the chemistry, microstructure, or hardness that could have caused the damage. The physical evidence suggested that the 
operable mechanism was contact fatigue caused by misalignment of the shaft in the assembly. 

Keywords: Contact stresses; Transmissions (automotive) 

Material: 4320H (Nickel-chromium-molybdenum alloy steel), UNS H43200 

Failure types: Rolling-contact wear; Fatigue fracture 


Background 

A transfer gear shaft that was part of a transmission sustained severe surface damage after 12 h of dynamometer testing at 
various gearing and torque loads. 

Applications 

The gear shaft was in contact with a series of rollers at each end while it was in service. The ends of the shaft were thus 
bearing surfaces. 

Pertinent specifications 

The specified material was AISI 4320 H steel, case hardened and heat treated to at least 60 HRC to an effective depth of 
1.40 to 1.65 mm (0.055 to 0.065 in.). The core hardness specified was 33 to 38 HRC. 

Specimen selection 

A transverse slice of circular cross section was cut from the shaft, intersecting undamaged, burnished, and surface-spalled 
zones. The section was metallographically prepared and used for microscopic study and microhardness testing. Drillings 
were taken from the core of the shaft for chemical analysis. 

Visual Examination of General Physical Features 


Figure 1 shows the as-received shaft. Severe surface damage was evident at two isolated zones that were diametrically 
opposed. This damage was characterized by generalized wear and spalling, shown in closeup in Fig. 2. There was also a 
band of burnished surface (dark strip) adjacent to the spalled area. 




Fig. 1 Transfer gear shaft showing severe wear and spalling. The wear surfaces are diametrically opposed. 



Fig. 2 Closeup view of one of the damaged zones. A burnished band (dark strip) is present on the periphery of 
the damaged area. 

Testing Procedure and Results 

Metallography 

Metallographic examination corroborated that the shaft as carburized and heat treated as specified. Both case and core 
were tempered martensite. Figures 3(a) and (b) are micrographs of the case and core, respectively, taken at an undamaged 
area. The microstructures of the case and the burnished and spelled areas were identical to that of the undamaged area. In 
the spalled area, the material under the surface was riddled with a network of branched cracks apparently associated with 
prior-austenitic grain boundaries. These cracks were primarily parallel to the shaft surface; however, spalls would be 
expected at intersections with the surface. Figure 4 depicts a typical area of the subsurface crack network, showing a 
region of surface spalling. 






Fig. 4 Micrograph showing a typical area under the damaged surface. The network of cracks is primarily 
parallel to the surface (at the top) and appears to follow the prior-austenitic grain boundaries. Spalling occurred 
where the cracks intersect the surface. 62x. 

Chemical analysis/identification 

Wet chemical analysis revealed that the shaft material was well within the limits for AISI 4320 H steel. 

Mechanical properties 

Hardness. Microhardness tests showed that the shaft was case hardened to 60 to 61 HRC (converted from Knoop 
values); the case was 15 mm (0.58 in.) deep. The core hardness was 35 to 38 HRC. These hardness levels were within 
specification. Hardness in the case below the burnished and spalled areas was the same as in the undamaged zones. 

Discussion 

The surface deterioration on the shaft was typical of contact fatigue, a type of damage resulting from excessively high 
repeated surface loading in roller-bearing applications. The high localized stresses caused shear stresses sufficiently high 
to induce fatigue cracking. These cracks typically form in a branched network oriented parallel to the heal ing surface. 






However, the cracks inevitably intersect the surface, and spalling occurs. All of the physical evidence pointed to this 
mechanism. 

The reasons for the excessive bearing loads were also evident. The damage pattern (diametrically opposed) indicated 
misalignment, which increased the level of loading. The burnished areas adjacent to the spalling provided further 
evidence of this condition. 

These zones represent areas of diminished load that were insufficient to initiate fatigue cracking. The absence of 
subsurface deterioration (cracking) except under the spalled area and the uniformity of microstructure and specified 
haidncss in the spalled, burnished, and undamaged areas further supported this conclusion. The latter point indicated the 
absence of a structural abnormality that would have caused preferential spelling. 

Conclusions 

Most probable cause 

No anomalies in the chemistry, micrestructure, or hardness were present to cause the surface damage. The physical 
evidence strongly suggested that the operable mechanism was contact fatigue caused by misalignment of the shaft in the 
assembly. 

Related Information 

D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 1986, p 
459-482 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 
R. Ahmed, Rolling Contact Fatigue, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p 941-956 


Tooth Bending Fatigue Failure of a Spiral Bevel Gear 

Lester E. Alban, Metallurgical Engineer, Fairfield Manufacturing Company, Inc., Subsidiary of Rexnord, Inc. 


From: Systematic Analysis of Gear Failures, L.E. Alban, ASM International, 1985 


Abstract: A failed spiral gear and pinion set made from 4320H Ni-Cr-Mo alloy steel operating in a high-speed electric traction motor 
gear unit driving a rapid transit train were submitted for analysis. The pinion was intact, but the gear had broken into two sections 
that resulted when two fractured areas went through the body of the gear. Wheel mileage of the assembly was 34,000 miles at the 
time of failure. All physical and metallurgical characteristics were well within specified standards, and both parts should have 
withstood normal loading conditions. The primary mode of failure was tooth bending fatigue of the gear from the reverse direction 
near the toe end. The cause of failure was a crossed-over tooth bearing condition that placed loads at the heel end when going 
forward and at the toe end when going in reverse. The condition was too consistent to be a deflection under load; therefore, it most 
likely was permanent misalignment within the assembly. 

Keywords: Alignment; Gears; Trains 


Material: 4320H (Nickel-chromium-molybdenum alloy steel), UNS H43200 


Failure type: Fatigue fracture 


A spiral gear and pinion set were submitted for analysis. The pinion was intact, but the gear had broken into two sections 
that resulted when two fractured areas went through the body of the gear. 

Background Information and Customer's Evaluation 

Field application 

The set was a high-speed electric fraction motor gear unit driving a rapid transit train. The gears drive about equally in 
both directions; i.e., forward going north and reverse going south. Although acceleration and deceleration are generally 
smooth, they are rapid. 

The assembly was installed in mid-1975. The wheel mileage of the assembly was 34,000 miles at the time of failure. The 
axial movement of the pinion and bearing stackup was zero. 



The customer observed that two complete fractures were closely associated with two major sections of gear tooth fatigue: 
fracture area “A” (Fig. 1) developed from a bolt-hole opening closely related to the root of a severely fatigued tooth, 
progressed along the bearing surface of the adjacent tooth and through the O.D.; fracture area “B” (Fig. 2) developed 
from the origin of a bolt-hole opening and progressed in a parallel alignment to the root of the tooth, in a very similar 
pattern to “A.” 



Fig. 1 Fracture "A" in a spiral gear. The origin (O) of tooth bending fatigue is near the toe end of the concave 
(reverse) root radius. See also Fig. 2 and 3. 




Fig. 2 Fracture "B" in the gear shown in Fig. 1. This fracture is an exact duplicate of fracture "A." See also Fig. 

3. 




Fig. 3 Of the 15 teeth that failed by tooth bending fatigue, two fractures intersected a bolt hole (see Fig. 1 and 
2). Four other fractures touched the apex (A) of a bolt hole. Nine teeth failed by tooth bending fatigue 
completely away from a bolt hole. All 15 have an origin (O) in the same relative position. 

Progression is normally downward, toward the neutral point below the center of the tooth, and then upward to the 
opposite root. In this instance, a bolt hole was intercepted near its terminal end. A secondary fatigue (S) started at this 
intercept, and slowly continued both across and through the entire cross section of the gear' until final separation occurred. 
The customer thought the failure resulted from deep root stress fatigue, developing from the final depth of the two 
mounting-bolt holes. 

Visual Examination 

Identifying markings are to be interpreted first. (No part numbers are listed or shown in photographs here, since part 
numbers are the property of a customer and in some instances might identify that customer.) 

• Markings on pinion: 

o Part. Part number (not disclosed). 

o F-3. Manufactured in June 1973. 

o G3-26. Mated with gear as set No. 26 in July 1973. 

o DLU. The material code assigned to Republic Steel Heat No. 3113989, grade SAE 4320H. 
o B. The second lot of this part going through the heat treating process. 

• Markings on gear: 

o Part. Part number (not disclosed), 
o D-3. Manufactured in April 1973. 
o G3-26. Mated with pinion as set No. 26 in July 1973. 

o UWJ. The material code assigned to Republic Steel Heat No. 6078524, grade SAE 4320H. 
o A. The first lot of this part going through the heat treating process, 
o 57-22. Set ratio; gear - 57 teeth, pinion 22 teeth. 

Physical appearance of pinion. Two adjacent teeth were crushed and spalled severely, and all teeth were rounded 
over the top face; this physical damage is of a secondary nature. There had been heavy tooth contact loading high near the 
heel end of the concave side of all teeth. Also, magnetic-particle inspection revealed a fatigue crack originating at the root 
radius of each tooth, at the heel end of the concave (forward) side. The convex (reverse) sides of all teeth were deeply 
worn and pitted low on the profile toward the toe end. 

Physical appearance of gear. (Study closely Fig. 1, 2, and 3). Fifteen teeth broke out at the toe end with a fatigue 
fracture whose origin was at the root radius, approximately 1 in. from the toe end on the concave (reverse) side. The 
concave sides of the remaining 42 teeth showed extremely heavy contact at the toe end and over the top corner and face, 
causing a rounded condition of the corner. Magnetic-particle inspection indicated that several of the remaining teeth had 
cracks originating in the same area as the fractures. The tooth contact area on the convex (forward) sides was very heavy, 
low on the profile near the heel end. 

Fractures “A” (Fig. 1) and “B” (Fig. 2) show the origin (O) of tooth bending fatigue 1 in. from the toe end along the 
concave root radius. Progression is normally downward toward the neutral point below the center of the tooth, and then 
upward to the opposite root. In these two instances, the progression intercepted a bolt hole near its terminal point. A 



secondary fatigue fracture then started at this intercept (point S in Fig. 2) and slowly continued both across and through 
the entire cross section of the part until final separation occurred. 

Of the 15 teeth that failed by tooth bending fatigue, two fractures intersected a bolt hole as discussed above; nine teeth 
failed in a normal pattern completely away from a bolt hole; and four teeth failed normally but touched the apex of a bolt 
hole (shown in Fig. 3 as point A). 

Physical Examination 

Magnetic-particle inspection was used to determine any extended damage due to the primary failure of tooth 
bending fatigue of the gear. It indicated several other gear teeth progessing in the same failure pattern as the 15 failed 
teeth. It also indicated that every pinion tooth had started to fail by tooth bending fatigue in the forward direction and at 
the heel end. Both discoveries substantiated the crossed tooth pattern discussed earlier. 

There was also a second reason for magnetic-particle inspection. The teeth of both parts had been ground by a spiral bevel 
tooth grinder, so it was necessary to inspect for grinding checks that might have been a factor. None were found. 

Nital etching was used to determine if there were any grinding burns that could cause tempered spots in critical areas. 
Again, none were found. 

Metallurgical Examination 

A decision must now be made as to which, if any, of the metallurgical tests are to be made. Although the cause of failure 
may be apparent at this time, some doubt would remain unless all remaining possibilities were checked. 

The primary mode was tooth bending fatigue, both of the gear and of the pinion. Was the carburized case hard enough 
and deep enough at the root radius to have withstood normal loads? A case hardness traverse must be taken to determine 
case properties. Since the failure was at the root radius toward the toe, select a tooth from each paid that remains but is 
cracked in the same area, and section that tooth at the point of the crack origin. Prepare the sample for the microhardness 
tester and take the hardness readings as closely as reasonable to the crack. 

The teeth of both parts had been ground. Could this make a difference in case characteristics from one side to the other? 
Indeed it could, and often does. Therefore, a case hardness traverse at both radii is necessary. 

Is it necessary to run a case hairiness traverse at the midprofile of both sides? When determining factors for tooth bending 
fatigue, it is not necessary. Flowever, after completing all the preparation up to this point, an analyst would be amiss not 
to. In fact, this is the only way to establish if the case depth and hardness specification had been maintained. 

Is it necessary to take a chemical analysis? Not at this time. The material and heat treatment can usually be recognized by 
the microstructure. If the microstructure is not consistent with expectations, an analysis will be necessary. 

Microscopic examination is always accomplished when a sample has been prepared for case hardness traverse. This 
procedure should be automatic, since it is the only visual means of tying all other physical and metallurgical tests 
together. 

After it has been determined which procedures are to be followed and why, the results are observed: 



Pinion 

Gear 

Surface hardness 

61 HRC 

58/59 HRC 

Effective case depth, root radius 

0.040 in. 

0.044 in. 


0.042 in. 

0.048 in. 

Effective case depth, midprofile 

0.061 in. 

0.077 in. 


0.061 in. 

0.077 in. 


Retained austenite 


Less than 5% Nil 




Core hardness (midprofile-root) 32-25 HRC 41-32 HRC 


Final Analysis 

All physical and metallurgical characteristics were well within specified standards, and both parts should have withstood 
normal loading conditions. 

The primary mode of failure was tooth bending fatigue of the gear from the reverse direction near the toe end. Occurring 
perhaps simultaneously was tooth bending fatigue of the pinion teeth from the forward direction near the heel end. The 
bolt holes in the back face of the gear happened to be in the path of fracture progression; but they did provide a path of 
least resistance from the point of intercept to the back face, which allowed for the full body break. 

The cause of failure was a crossed-over tooth bearing condition that placed loads at the heel end when going forward and 
at the toe end when going in reverse. The condition was too consistent to be a deflection under load; therefore, it most 
likely was permanent misalignment within the assembly. 

Related Information 

L.E. Alban, Failures of Gears, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 1986, p 
586-601 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Fatigue Fracture of a 4337 Steel Articulated Rod Originating at an 
Electroetched Numeral 


From: D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 459-482 


Abstract: An articulated rod (made from 4337 steel (AMS 6412) forging, quenched and tempered to 36 to 40 HRC) used in an 
overhauled aircraft engine was fractured after being in operation for 138 h. Visual examination revealed that the rod was broken into 
two pieces 6.4 cm from the center of the piston-pin-bushing bore. The fracture was nucleated at an electroetched numeral 5 on one 
of the flange surfaces. A notch, caused by arc erosion during electroetching, was revealed by metallographic examination of a 
polished-and-etched section through the fracture origin. A remelted zone and a layer of untempered martensite constituted the 
microstructure of the metal at the origin. Small cracks, caused by the high temperatures developed during electro-etching, were 
observed in the remelted area. It was concluded that fatigue fracture of the rod was caused by the notch resulting from 
electroetching and thus electroetched marking of the articulated rods was discontinued as a corrective measure. 

Keywords: Aerospace engines; Engine components; Identification; Marking 


Material: 4337 (Nickel-chromium-molybdenum alloy steel), UNS G43370 


Failure types: Fatigue fracture; Surface treatment related failures 


The articulated rod in an aircraft engine fractured after being in operation for 138 h since the engine had been overhauled; 
total operating time was unknown. The rod was made from a 4337 steel (AMS 6412) forging and was quenched and 
tempered to 36 to 40 HRC. 

Investigation. Visual examination disclosed that the rod had broken into two pieces, approximately 6.4 cm (2.5 in.) 
from the center of the piston-pin-bushing bore. The fracture had nucleated at an electroetched numeral 5 on one of the 
flange surfaces (arrow B, Fig. la). Around the nucleus was a series of concentric beach marks (arrows A and C, Fig. la) 
that extended almost the full width of the flange and about one-half the width of the web. 





Fig. 1 Fracture surface of an articulated rod made from a 4337 steel forging, (a) Fracture origin (arrow B) at 
an electroetched numeral, and beach marks (arrows A and C). (b) Micrograph through fracture origin showing 
remelted zone (arrow D), notch produced by electroetching (arrow E), and untempered martensite (arrow F). 
Etched with 2% nital. lOOx 

Metallographic examination of a polished-and-etched section through the fracture origin revealed a notch (arrow E, Fig. 
lb) that was caused by arc erosion during electroetching. The microstructure of the metal at the origin consisted of a 
remelted zone (arrow D, Fig. lb) and a layer of untempered martensite 0.4 mm (0.015 in.) deep (arrow F, Fig. lb). Small 
cracks were observed in the remelt area and were the result of thermal stresses caused by the high temperatures developed 
during electro-etching. 

The hardness of the untempered martensite was 56 HRC, and the hardness of the tempered-martensite core was 40 HRC. 
The hardness of the rod (40 HRC) and the microstructure of the tempered martensite remote from the electro-etched area 
indicated that the material had been properly heat treated. 

Conclusions. Fatigue fracture of the rod was caused by a metallurgical notch that resulted from electroetching of an 
identification number on the flange. 

Corrective Measures. Marking of the articulated rods by electroetching was discontinued because of the detrimental 
effect of electroetching such highly stressed parts. 


Related Information 


Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Fatigue Cracking of a Forged 4337 Steel Master Connecting Rod Because of 
Nonmetallic Inclusions 


From: D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 459-482 


Abstract: The master connecting rod of a reciprocating aircraft engine revealed cracks during routine inspection. The rods were 
forged from 4337 (AMS 6412) steel and heat treated to a specified hardness of 36 to 40 HRC. H-shaped cracks in the wall between 
the knuckle-pin flanges were revealed by visual examination. The cracks were originated as circumferential cracks and then 
propagated transversely into the bearing-bore wall. No inclusions in the master rod were detected by magnetic-particle and X-ray 
inspection. Three large inclusions lying approximately parallel to the grain direction and fatigue beach marks around two of the 
inclusions were revealed by macroscopic examination of the fracture surface. Large nonmetallic inclusions that consisted of heavy 
concentrations of aluminum oxide (AI203) were revealed by microscopic examination of a section through the fracture origin. The 
forging vendors were notified about the excess size of the nonmetallic inclusions in the master connecting rods and a 
nondestructive-testing procedure for detection of large nonmetallic inclusions was established. 

Keywords: Inspection; Magnetic particle testing; Radiography; Stress concentration 


Material: AMS 6412 (Nickel-chromium-molybdenum alloy steel), UNS G43370, UNS G43370; 4337 (Nickel-chromium-molybdenum 
alloy steel), UNS G43370, UNS G43370 


Failure type: Fatigue fracture 


Routine inspection of a reciprocating aircraft engine revealed cracks in the master connecting rod. Cracks were observed 
in the channel-shaped section consisting of the knuckle-pin flanges and the bearing-bore wall. The rods were forged from 
4337 (AMS 6412) steel and heat treated to a specified hardness of 36 to 40 HRC. 


Investigation. Visual examination revealed H-shaped cracks in the wall between the knuckle-pin flanges (Fig. la). 
The cracks originated as circumferential cracks, then propagated transversely into the bearing-bore wall. Magnetic- 
particle and x-ray inspection before sectioning did not detect any inclusions in the master rod. 


4337 steel, Rockwell C 36 to 40 

r-Beoring bore. 



(a) Aircraft-engine master connecting rod 



Fig. 1 Forged 4337 steel master connecting rod for a reciprocating aircraft engine that failed by fatigue 
cracking in the bore section between the flanges, (a) Configuration and dimensions (given in inches), (b) 
Fractograph showing inclusions (arrows) and fatigue beach marks 

Macroscopic examination of one of the fracture surfaces revealed three large inclusions lying approximately parallel to 
the grain direction and fatigue beach marks around two of the inclusions. The inclusions and beach marks are shown in 
Fig. 1(b). 

Microscopic examination of a section through the fracture origin showed large nonmetallic inclusions that consisted of 
heavy concentrations of aluminum oxide (AFO 3 ). These inclusions were of the type generally associated with ingot 
segregation patterns. 

The hardness of the rods, 36 to 40 HRC, and the microstructure of the heat-treated alloy steel were satisfactory for the 
application. 

A preliminary stress analysis indicated that the stresses in the area of cracking, under normal operating conditions, were 
relatively low compared with other areas of the rod, such as in the shank and the knuckle-pin straps. 


Conclusions. The rod failed in fatigue in the bore wall between the knuckle-pin flanges. Fatigue was initiated by the 
stress-raising effect of large nonmetallic inclusions. The nonmetallic inclusions were not detected by routine magnetic- 
particle or x-ray inspection because of their orientation. 

Recommendations. The forging vendors were notified that nonmetallic inclusions of a size in excess of that expected 
in aircraft-quality steel were found in the master connecting rods. Forging techniques that provided increased working of 
the material between the knuckle-pin flanges to break up the large nonmetallic inclusions were not successful. A 
nondestructive-testing procedure for detection of large nonmetallic inclusions was established. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Evaluation of Alloys for Use in 81-mm Mortar Tubes 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 263-297 


Abstract: When bulging occurred in mortar tubes made of British I steel during elevated-temperature test firing, a test program 
was formulated to evaluate the high-temperature properties (at 540 to 650 deg C, or 1000 to 1200 deg F) of the British I steel and 
of several alternative alloys including a maraging steel (18% Ni, grade 250), a vanadium-modified 4337 gun steel (4337V), H19 tool 
steel, and high-temperature alloys Rene 41, Inconel 718, and Udimet 630. All the alloys evaluated had been used in mortar tubes 
previously or were known to meet the estimated minimum yield strength. The alloys fall in this order of decreasing strengths: 
Udimet 630, Inconel 718, Rene 41, H19 tool steel, British I steel, 4337V gun steel, and maraging steel. When cycled between room 
temperature and 540 to 650 deg C (1000 to 1200 deg F), only Udimet 630, Inconel 718, and Rene 41 retained yield strengths 
higher than the minimum. Also, these three alloys maintained high strengths over the tested range, whereas the others decreased in 
yield strength as cycling progressed. Analysis showed Inconel 718 was considered best suited for 81-mm mortar tubes, and 
widespread industrial use ensured its availability. 

Keywords: Bulging; High temperature tests; Materials selection; Military applications; Tubes 


Materials: H19 (Flot-work tool steel), UNS T20819; Rene 41 (Nickel-base superalloy), UNS N07041, UNS N07718; Udimet 630 
(Nickel-base superalloy), UNS N07041, UNS N07718; Inconel 718 (Nickel-base superalloy), UNS N07041, UNS N07718; 4337V 
(Nickel-chromium-molybdenum alloy steel), UNS G43370 


Failure type: (Other, miscellaneous, or unspecified) failure 


When bulging occurred in mortar tubes made of British I steel (see Table 1 for chemical composition) during elevated- 
temperature test firing, a test program was formulated to evaluate the high-temperature properties (at 540 to 650 °C, or 
1000 to 1200 °F) of the British I steel and of several alternative alloys. These alloys included a maraging steel (18% Ni, 
grade 250), a vanadium-modified 4337 gun steel (4337V), FI19 tool steel, and high-temperature alloys Rene 41, Inconel 
718, and Udimet 630. The compositions of these alloys are given in Table 1, and the heat treatments that the alloys were 
given before being tested for evaluation are listed in Table 2. All the alloys evaluated had been used in mortar tubes 
previously or were known to meet the estimated requirement of a minimum yield strength of 552 MPa (80 ksi) at 620 °C 
(1150 °F). 



Table 1 Compositions of alloys evaluated for use in mortar tubes 


Alloy 

Element 









C 

Mn 

Si 

Cr 

Ni 

Mo 

Fe 

Other 

Maraging steel 

0.02 

0.08 

0.06 


18.5 

4.7 

70.0 

0.3 Ti, 7.7 Co, 0.04 A1 

4337V gun steel 

0.32 

0.59 

0.22 

0.94 

2.3 

0.58 

94.0 

0.12 V 

British I steel 

0.45 

0.62 

0.30 

2.8 

0.43 

0.90 

94.0 

0.20 V 

Inconel 718 

0.05 

0.01 

0.10 

18.2 

53.0 

3.1 

18.0 

1.1 Ti, 5.4 Nb+Ta, 0.5 A1 

H19 tool steel 

0.40 

0.29 

0.23 

4.1 


0.44 

86.0 

4.1 Co, 4.0 W, 2.1 V 

Udimet 630 

0.03 

0.15 

0.10 

17.3 

57.0 

2.9 

17.5 

1.0 Ti, 0.10 Co, 0.6 A1 

Rene 41 

0.09 

0.04 

0.10 

18.8 

55.0 

9.8 

1.4 

3.2 Ti, 11.3 Co, 1.6 A1 


Table 2 Heat treatments of mortar-tube alloys before evaluation 


Alloy 

Heat treatment 12 * 

Hardness, 

HRC 

Maraging 

steel 

ST at 815 °C (1500 °F) 1 h, AC, A at 495 °C (925 °F) 3 h, AC 

50 

4337V gun 

steel 

A at 855 °C (1575 °F) 4 h, OQ, T at 595 °C (1100 °F) 5 h, WQ 

40 

British I steel 

A at 915 °C (1680 °F) 5 h, OQ, T at 610 °C (1130 °F) 5 h, AC 

40 

Inconel 718 

ST at 980 °(2 (1800 °F) 4 h, AC, A at 720 °C (1325 °F) 16 h, FC at 55 °C (100 °F)/h to 620 °C 
(1150 °F), hold 8 h, AC 

40 

H19 tool steel 

A at 1165 °C (2125 °F) 1 h, TT at 650 °C (1200 °F) 1 h, AC 

44 

Udimet 630 

ST at 1025 °C (1875 °F) 4 h, AC, A at 760 °C (1400 °F) 8 h, AC, A at 650 °C (1200 °F) 10 h, AC 

44 

Rene 41 

ST at 1080 °C (1975 °F) 4 h, AC, A at 760 °(2 (1400 °F) 16 h, AC 

37 


Test Program. Tests were made to determine (1) transverse yield strength (at 0.1% offset) and ductility at room 
temperature and at 540, 595,620, and 650 °C (1000, 1100, 1150, and 1200 °F), (2) transverse yield strength and ductility 
at 595 and 620 °C (1100 and 1150 °F) on specimens cycled 1, 5, 10, and 25 times for 15 min at temperature, and (3) 
























impact and fracture toughness at -40 °C (-40 °F) and at room temperature. Fatigue-strength data were also obtained from 
manufacturers. 

Except the vanadium-modified 4337 gun steel (4337V) and the British I steel, which were air melted and vacuum 
degassed, all alloys came as vacuum-melted bar stock (induction or arc remelted or both) in sizes equal to that of the 81- 
mrn mortal - tube. Transverse disks cut from each bar were machined into three tensile and two V-notch Charpy specimens 
for each test condition. 

For the elevated-temperature tests, tensile-test bars were pulled after being held at temperature for 15 min in an electric 
furnace mounted on the tensile-testing machine. Specimens tested at 595 and 620 °C (1100 and 1150 °F) were cycled 1, 
5,10, and 25 times; each cycle consisted of heating in an electric furnace for 4 min to equalize the temperature of the bar, 
holding at temperature for 15 min, and cooling in still air. In each group, the last cycle was performed during hot tensile 
testing. 

Test Results. Table 3 shows how transverse yield strengths of the alloys vary with cycling from room temperature to 
595 and 620 °C (1100 and 1150 °F). Ductility of alloys cycled between room temperature and 595 °C (1100 °F), as 
measured by elongation and reduction of area, is shown in Table 4. The alloys fall in this order of decreasing strengths: 
Udimet 630, Inconel 718, Rene 41, FU9 tool steel, British I steel, 4337V gun steel, and maraging steel. When cycled 
between room temperature and 540 to 650 °C (1000 to 1200 °F), only Udimet 630, Inconel 718, and Rene 41 retained 
yield strengths higher than the minimum of 552 MPa (80 ksi) at 620 °C (1150 °F). Also, these three alloys maintained 
high strengths over the tested range, whereas the others decreased in yield strength as cycling progressed. 


Table 3 Transverse 
temperatures 

yield strength of mortar-tube 

alloys after cycling between 

room and test 

Number of 

Transverse yield strength' 3 ' 




15-min cycles 

At 595 °C (1100 °F) 


At 620 °C (1150 °F) 



MPa 

ksi 

MPa 

ksi 

Maraging steel 

1 

420 

61 

276 

40 

5 

393 

57 

228 

33 

10 

434 

63 

276 

40 

25 

400 

58 

296 

43 

4337V gun steel 

1 

531 

77 

407 

59 

5 

496 

72 

345 

50 

10 

455 

66 

338 

49 


25 


448 


65 


345 


50 















British I steel 


1 

531 

77 

407 

59 

5 

490 

71 

379 

55 

10 

455 

66 

338 

49 

25 

448 

65 

345 

50 

Inconel 718 

1 

903 

131 

841 

122 

5 

869 

126 

841 

122 

10 

848 

123 

779 

113 

25 

827 

120 

765 

111 

H19 tool steel 

1 

586 

85 

552 

80 

5 

627 

91 

558 

81 

10 

607 

88 

558 

81 

25 

586 

85 

531 

77 

Udimet 630 

1 

993 

144 

1000 

145 

5 

965 

140 

965 

140 

10 

979 

142 

972 

141 

25 

1013 

147 

979 

142 























Rene 41 


1 

683 

99 

696 

101 

5 

724 

105 

690 

100 

10 

690 

100 

655 

95 

25 

703 

102 

703 

102 

Table 4 Ductility of 

mortar-tube 

alloys at 595 

°C (1100 °F) after cycling 

between room 

temperature and 595 0 

C (1100 °F) 





Number of 

Ductility, as measured by: 

15-min 

Elongation, 

Reduction of area, 

cycles 

% (a) 

% (a) 

Maraging steel 


33.6, 34.8, 47.9 

87.5, 90.3, 96.0 


42.1,45.7,55.0 

91.6, 94.8, 97.2 

10 

35.0, 43.3, 50.7 

90.0, 93.1,97.7 

25 

45.0, 52.9, 58.2 

92.9, 94.7, 96.6 

4337V gun steel 


16.8, 19.0, 25.0 

65.0,71.4, 76.8 

5 

19.3,21.4, 24.7 

76.5, 77.5, 79.6 

10 

18.6,21.0,21.8 

71.6,71.9, 75.4 

25 

21.8, 23.2, 34.7 

70.7, 78.3, 84.4 


British I steel 























15.4,16.1,16.9 34.6,35.8,40.9 


20.0,21.4,22.2 43.6,58.4,67.0 


10 

25.6, 29.2 

68.8,70.4 

25 

20.4, 33.2 

66.0, 79.9 

Inconel 718 

1 

9.3 

21.7 

5 

12.8, 18.3 

23.2, 27.5 

10 

12.5, 15.4, 18.3 

20.7, 23.2, 25.6 

25 

10.7, 17.1,21.8 

26.1,26.6, 29.5 

H19 tool steel 


3.6,5.4,83 7.1,8.1,12.5 


5 

6.4, 7.6, 8.3 

9.7, 11.4, 12.0 

10 

6.1,6.8,93 

10.9, 12.5, 13.5 

25 

6.8, 7.6 

11.2, 12.0 

Udimet 630 

1 

5.4, 5.7, 6.4 

10.3, 12.0, 12.0 


4.3, 6.8, 6.8 

7.1, 12.0, 13.5 

10 

2.9, 5.7 

3.8, 9.2 

25 

2.9, 5.0 

7.1, 9.2 


Rene 41 























1 

3.5, 4.3 

4.9, 6.5 

5 

3.6 

3.8 

10 

1.8, 4.0 

4.3, 5.4 

25 

3.3 

3.5 


In general, the decrease in yield strength with time was greater at higher temperatures. However, short-term exposure at a 
given temperature lowered yield strength appreciably, while longer exposures had less effect. In fact, some alloys actually 
increased in yield strength with time at temperature. This phenomenon, more noticeable in the highly alloyed grades, may 
be due to the development of a critical size of precipitates either during aging of the precipitation-hardening alloys or by 
tempering at elevated temperature. The large decrease in yield strength at elevated temperatures is due to overaging in the 
maraging steel and to overtempering in H19, British I steel, and 4337V. 

Tensile tests revealed the following order of decreasing ductility: maraging steel, 4337V, British I steel, Inconel 718, H19 
tool steel, Udimet 630, and Rene 41. The ductility of the maraging steel, 4337V, and British I steel rose with decreasing 
yield strength or increasing temperature, whereas the ductility of H19, Rene 41, Inconel 718, and Udimet 630 remained 
constant from room temperature to 650 °C (1200 °F). 

Data revealed that the impact-toughness values of 4337V and Inconel 718 were, respectively, 17 and 21 J/cm 2 (950 and 
1210 in. • lb/in. 2 ) at -40 °C (-40 °F) and 27 and 19 J/cm 2 (1550 and 1110 in. • lb/in 2 ) at room temperature, or about triple 
the values for maraging steel, Udimet 630, and Rene 41. Note that impact-toughness values for the three nickel-base 
alloys are about the same at -40 °C (-40 °F) as at room temperature. From limited fatigue data, it appears that Inconel 718 
is superior to Rene 41 in fatigue strength at 650 °C (1200 °F). 

Conclusions. Because the mortar tubes made with maraging, 4337V, and British I steels bulged when test fired in 
earlier field tests, a suitable tube material should have a minimum yield strength of 552 to 586 MPa (80 to 85 ksi) at 540 
to 620 °C (1000 to 1150 °F). The evaluation indicated that H19 tool steel, Rene 41, Inconel 718, and Udimet 630 alloys 
met this requirement. However, the properties of H19 tool steel were marginal, and this alloy was not considered suitable 
for use in mortar tubes. 

Because the remaining three alloys had uniform high yield strength at elevated temperatures, other criteria were used to 
determine their suitability. Udimet 630 had the highest yield strength (965 MPa, or 140 ksi) with low ductility (6% 
elongation) and low toughness. Also, it was not readily available and was second most expensive of the three alloys. Rene 
41 was the most expensive of the alloys, was also limited in availability, and had the lowest yield strength (690 MPa, or 
100 ksi), lowest ductility (4%), lowest toughness, and lowest fatigue strength. 

Based on the test data, therefore, Inconel 718 was considered best suited for 81-mm mortar tubes. It had an optimum 
combination of elevated-temperature yield strength, ductility, impact toughness, and fatigue strength. Widespread 
industrial use ensured its availability. Although a high-cost material, it was less expensive than the two alternative alloys. 




Cracks in Cylinder Blocks and in Cast Iron Cylinder Head 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: During the operation of tractors with cantilevered body, the lateral wall of the hypoeutectic cast iron cylinder blocks 
cracked repeatedly. Three of the blocks were examined. The grain structure of the thick-walled part consisted of uniformly 
distributed graphite of medium flake size in a basic mass of pearlite with little ferrite. But the thin-walled part showed a structure of 
dendrites of precipitated primary solid solution grains with pearlitic-ferritic structure and a residual liquid phase with granular 
graphite in the ferritic matrix. The structure was formed by undercooling of the residual melt. In this case it was promoted by fast 
cooling of the thin wall, and had comparatively low strength. The fracture formation in the cylinder blocks was ascribed primarily to 
casting stresses. They could be alleviated by better filleting of the transition cross sections. The fracture was promoted by the 
formation of a undercooled microstructure of low strength in the thin-walled part. Similar damage appeared in a cylinder head. 
Cracks were promoted by a supercooled structure. 

Keywords: Castings; Cylinder heads; Engine blocks; Shrinkage; Stresses 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


During the operation of tractors with cantilevered body, the lateral wall of the cylinder blocks cracked repeatedly. Three 
of the blocks were examined. 

Figures 1 and 2 show one of the cases as seen from the outside and inside. The crack was always located approximately in 
the center of the sidewall and it ran in a horizontal direction. The cross section Fig. 3 showed more clearly that the thin 
case wall is reinforced at this location by a thicker rib. The crack was located in the thin-walled part next to the transition 
to the rib, as can be seen in larger scale in Fig. 4. At this location high residual stresses may be expected due to 
progressive solidification in the thin wall. In the plastic state during cooling of the casting the stresses evidently proved 
their effect already through a constriction of the wall cross section. 




Fig. 1 External view. 0.2 x 




< - 

crack site 


Fig. 2 Internal view. 0.2 x 



Fig. 3 Sections through crankcase. 0.25 x a. Old design, b. New design. 







Fig. 4 Section from Fig. 3. 1 x 

It remained to be examined whether the cracking was promoted by material defects. A chemical analysis of the castings 
gave the following composition: _ 


c % 

Graphite % 

Si % 

Mn % 

P% 

S % 

Sc 

3,30 

3,01 

2.48 

0.66 

0.104 

0.054 

0.96 

3,29 

not det. 

2,44 

not det. 

0.100 

not det. 

0.96 

3,30 

not det. 

2.28 

not det. 

0.168 

not det. 

0.95 


The saturation point was calculated according to: 



_e_ 


It was lower than 1 and proved that the cast iron was hypoeutectic. There are no objections to the composition. 
Microsections of both cross sections were taken for metallographic examination. The grain structure of the thick-walled 
part consisted of uniformly distributed graphite of medium flake size in a basic mass of pearlite with little ferrite (Fig. 5). 
But the thin-walled part showed a structure of dendrites of precipitated primary solid solution grains with pearlitic-ferritic 
structure and a residual liquid phase with granular graphite in the ferritic matrix (Fig. 6). This structure contains a larger 
quantity of solid solution and therefore a higher concentration of carbon in the residual melt than would correspond to the 
equilibrium concentration. The structure is formed by undercooling of the residual melt. In this case it is promoted by fast 



Fig. 5 Case of old design. Thick-walled part. Microstructure of crankcase, etch: Picral. 100 x 




Fig. 6 Case of old design. Thin-walled part. Microstructure of crankcase, etch: Picral. 100 x 

The fracture formation in the cylinder blocks can therefore be ascribed primarily to casting stresses. They could be 

alleviated by better filleting of the transition cross sections. The fracture was promoted by the formation of a undercooled 

microstructure of low strength in the thin-walled paid. Therefore a reinforcement of the case wall is to be recommended. 

Shrinkage stresses as well as supercooling could be alleviated or avoided by prolonged cooling of the casting inside the 

mold. 

Based on the recommendations given here, the design was changed (Fig. 3) and cooling delayed. The microstructure of 
the reinforced wall of a new case is shown in Fig. 7. It is clear that this is an improvement over the previous one (Fig. 6), 
but not as yet perfect. A further improvement could be achieved by inocculation of finely powdered ferrosilicon into the 
melt to facilitate nucleation and avoid supercooling. 




Fig. 7 Thin-walled part of reinforced case. Microstructure of crankcase, etch: Picral. 100 x 

Similar damage appeared in a cylinder head which had cracks in the water jacket. Fig. 8 shows a section through this 
casting. The cracks emanated in paid at the corners of the water chamber (i,i in Fig. 8), and in part at the outer surface 
(a,a). The first mentioned must be assumend to be stress cracks according to their location and they were apparently 
already initiated during cooling of the casting. But this is improbable for the external cracks which did not penetrate the 
wall. Metallographic examination showed that they originated in ferrite clusters with granular - graphite (Figs. 9 and 10). 
Their existence therefore was promoted by the supercooled structure. The question of their cause must remain open. In 
this connection the thought of operational vibratory stress may occur because it is well known that dynamic strength is 
decreased considerably in a ferritic bright border structure of low strength, such as is caused by surface decarburization. 
Incidentally, it may be mentioned here, even though it is of no consequence to the damage, that the inner wall was 
damaged by graphitic corrosion 1) (Fig. 10). In order to avoid such damage, the same precautions should be observed as 
in the case described above. 




Fig. 8 Sections through water chamber of cylinder head. 1 x 
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Fig. 10 Microstructure of edge. Etch: Picral. 100 x 






Fig. 11 Corrosion of edge. Etch: Picral. 100 x 
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Cracking in a Gray-Iron Cylinder Head Caused by Microporosity. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Abstract: A gray iron cylinder head cracked after approximately 16,000 km of service. The head was cracked on the rocker-arm pan 
rail next to the No. 3 intake port and extended into the water jacket on the rocker-arm side of the head. Microsporosity was revealed 
in the crack in the sections taken from the water jacket next to the plug and the area next to the No. 3 intake port. A wave of 
microporosity travels midway between the inner and outer surfaces of the casting was observed and was concluded to have caused 
the cracking. The reasons and remedies for shrinkage porosity were discussed. Controlled pouring temperatures, improved design 
and use of chills were recommended to avoid the casting defects. 

Keywords: Casting defects; Cracking (fracturing); Cylinder heads; Microporosity; Shrinkage 
Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 

Failure type: Casting-related failures 


A cracked cylinder head was removed from an engine after approximately 16,000 km (10,000 miles) of service. This 
cylinder head was submitted for failure analysis to determine the cause of cracking. 

Investigation. The cylinder head was magnetic-particle inspected by both the head and coil methods. No indications 
were present on the cylinder head, except those shown in Fig. 1 and 2. The head was cracked on the rocker-arm pan rail 
next to the No. 3 intake port. The crack extends into the water jacket on the rocker-arm side of the head. Visual inspection 
did not reveal any indication of material deformation or mishandling. The crack was opened for examination, and no 
indication of internal discontinuities could be seen during optical examination. Wall thickness at the thinnest section of 
failure measured 5.3 mm (0.210 in.). The specification minimum is 4.6 mm (0.180 in.). 



Fig. 1 Crack in a gray-iron cylinder head, (a) Crack on side of head next to manifold No. 3. (b) Another view of 
the same crack, which ends at the water jacket vent plug. Both 0.5x 





Fig. 2 Additional views of the failed cylinder head shown in Fig. 1. (a) Fracture surface observed when the 
crack shown in Fig. 1 was opened. 0.5x. (b) Specimen taken from area adjacent to the vent plug showing 
microporosity. Etched with 2% nital. lOOx. (c) Same as (b), but at a higher magnification. 400x 

The hardness at the bottom deck of the cylinder head was 217 HB. The hardness at the pan rail adjacent to the crack was 
217 HB. This hardness is within the specified range of 192 to 241 HB. The chemical composition of this cylinder head, as 
determined by spectrographic analysis, was within the specified range. Three specimens for metallographic examination 
were taken from the crack: one from the rocker-arm pan rail, one from the area next to the plug in the water jacket, and 
one from the area next to the No. 3 intake port. All sections were made perpendicular to the fracture plane. 



Microporosity was found intersecting the crack in the sections taken from the water jacket next to the plug and the area 
next to the No. 3 intake port. Figures 2(b) and (c) show the microstructure of the specimen taken from near the plug. A 
wave of microporosity travels midway between the inner and outer surfaces of the casting. It varies in width from 3.8 mm 
(0.150 in.) at the fracture to 7.6 mm (0.30 in.) at the specimen section edge on the sample taken next to the plug. There 
was no indication of microporosity in the specimen taken from the rocker-arm rail. 

The microstructures consist of predominantly types A and B graphite, flake size 4 to 6, in a matrix of medium-to-fine 
lamellar pearlite. The specimen taken near the No. 3 intake port has a higher-than-usual amount of free ferrite, 
approximately 5 to 10%. 

Conclusion. The cracking is attributed to microporosity in the casting material. The high operational stresses of the 
engine acting on a material discontinuity, such as microporosity in a web member, can produce cracking. 

Shrinkage porosity can result from use of an insufficient number of pouring gates, inadequate gate cross section, 
excessive pouring temperature, or inadequate feeding. Unless the casting is of simple design, the use of only one pouring 
gate often results in shrinkage near the gate. Shrinkage may be caused by too much metal passing over one area in the 
mold, which results in localized overheating of the mold wall and a slowdown in the solidification rate of the metal in that 
area of the casting. This type of shrinkage can usually be eliminated by use of two or more gates. Use of only one gate 
may be satisfactory when a lower pouring temperature can be used. A lower pouring temperature results in an 
improvement in the surface appearance of the casting. 

Shrinkage is often aggravated by high pouring temperatures. If the casting does not run with a moderate pouring 
temperature, it may be because of back pressure due to inadequate venting, use of low-permeability molding material, or 
inadequate gating. Correction of one or more of these factors allows the pouring temperature to be lowered and alleviates 
the shrinkage difficulty. 

In some instances, surface shrinkage cavities may be caused by inadequate feeding at the junction of a thin section and a 
thick section, where risering is insufficient to feed the shrinkage occurring in the thick section. The shape, location, and 
size of the risers govern the degree to which they feed the casting. Small errors in designing the risers often cause great 
differences in the results. 

Gating can often affect the efficiency of a riser. A riser must contain hot metal, and the metal must remain liquid until 
after the casting has been adequately fed and has solidified. Where possible, it is generally good practice to gate through a 
riser into the casting, causing the riser to be the last portion of the mold to be filled. Risers that are located on the side of a 
casting opposite the gates are usually ineffective (or less effective), because they contain the coldest metal in the mold 
and are unable to feed the casting adequately. 

Chills are an effective tool in controlling shrinkage. One function of a chill is to equalize the solidification rates of a thick 
section and an adjacent thin section, minimizing the likelihood of shrinkage. Chills also are useful in promoting 
directional solidification, so that a riser can act more effectively. 

Depending on casting shape and size, variations in section thickness, and types of junctions between component 
members, dendritic growth during solidification may generate dendrite arms that isolate local internal regions, preventing 
complete feeding by the risers. Generally, the microscopic voids that may form between the dendrite anus do not 
significantly reduce density or adversely affect mechanical properties. However, even a small amount of shrinkage 
porosity formed near the surface can sometimes lead to failure. Consider, for example, a Y-shaped casting with a small 
included angle. If a small fillet is used between the arms of the casting, there is a thin, sharp edge of sand at the junction, 
which is heated to a high temperature by the contacting molten metal. This wedge of hot sand then acts as a thermal 
insulator, retarding solidification of the metal around it. As a result, a region is isolated from the risers by solid metal, and 
a shrinkage cavity forms just under the skin of the Y-junction. This cavity may remain undetected and become a site for 
crack initiation or corrosion penetration in service. Use of a larger-radius fillet could eliminate this problem. 

Figure 3 illustrates shrinkage porosity at bolt-boss sites of an alloy ductile-iron cylinder head. This defect was detected by 
a leak test after completion of machining operations. If this porosity goes undetected, contamination of oil in the engine 
can result. Other examples are given subsequently. 




Fig. 3 Shrinkage porosity at bolt-hole bosses in a ductile-iron cylinder head 
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Gray-Iron Paper-Drier Head Removed from Service. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Abstract: A paper-drier head manufactured from gray cast iron was removed from service as a result of NDE detection of crack-like 
surface discontinuities. This component was subjected to internal steam pressure to provide heat energy for drying. Investigation 
(visual inspection, chemical analysis, mechanical testing, as-polished 54x magnification, etched with nital 33x/54x/215x/230x 
magnification) supported the conclusions that the NDE indications were the consequence of a cold-shut condition in the casting. The 
cold shut served as a stress-concentration site and was therefore a potential source of crack initiation. The combination of low 
material strength and a casting defect was a potential source of unexpected fracture during service, because the component was 
under pressure from steam. Recommendations included removing other dryer heads exhibiting similar discontinuities and/or 
material quality from service. 

Keywords: Casting defects; Cold shuts; Dryer heads; Paper machines; Stress concentration 
Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 

Failure type: Casting-related failures 


A paper-drier head manufactured from gray cast iron was removed from service as a result of nondestructive evaluation 
(NDE) detection of cracklike surface discontinuities. These imperfections were not removed by grinding. This component 
is subjected to internal steam pressure to provide heat energy for drying. Because the vessel is under pressure, a crack 
could present a safety hazard; therefore, it was removed from service for evaluation. The material specification of this 
cast iron was not known. 

Investigation. Figure 1 shows close-up views of the surface casting defects. Sections of this casting at the area 
designated as 12 o'clock were removed and subjected to magnetic-particle inspection, which provided cracklike 
indications. These sections were further studied by chemical analysis, mechanical testing, and metallography. 




Fig. 1 Close-up views of surface casting defects on a paper-drier head, (a) At the 12 o'clock position, (b) At 
the 9 o'clock position, with arrow indicating a surface defect, (c) At the 6 o'clock position. All approximately 
0.2x 






The chemical composition of a section near the 12 o’clock position was evaluated and was satisfactory for gray cast iron 
with a carbon equivalent of 4.56. However, the phosphorus content is significantly higher than the normal 0.02 to 0.07% 
range common for gray iron. The high phosphorus content can cause the formation of steadite, a ternary eutectic 
consisting of ferrite (containing some phosphorus in solution) and iron phosphide (Fe 3 P). This undesirable, hard, brittle 
constituent degrades the strength of the material. 

Tensile specimens prepared from this same region have a tensile strength of 101 MPa (14.7 ksi); the material had a 
hardness of 107 HB. These properties indicate a strength level lower than a low-strength gray iron (ASTM A 48, grade 
20). This specification has a minimum expected tensile strength of 138 MPa (20 ksi). Another specification, ASTM A 
159, grade G1800, has an expected hardness value of 187 HB, maximum. Both of these cast iron grades are expected to 
have tensile strength values exceeding 124 MPa (18 ksi). The low strength measured indicates that the casting might have 
substandard properties. However, the specifications for the material were not known and thus cannot be verified. It is also 
not correct to remove test sections from the manufactured component to determine adherence to a specification (i.e., 
grade/strength level). Adherence to specification is determined by testing separately poured test bars. Properties of the 
finished component depend on cooling rate/microstructure and therefore vary with section thickness. 

Metallographic sections were made to include material at and beneath the crack. The graphite structure shown in 
Fig. 2(a) is essentially ASTM type A, size 4; ASTM type B graphite was also observed in the vicinity of the surface near 
the crack indications. The matrix microstructure was observed to be principally ferritic. The matrix also contained 
approximately 10% pearlite and some steadite (Fig. 2b,c). Ferritic grades of gray cast iron are not common, but they do 
exist, for example, ASTM A 159 G1800. The matrix explains the low strength and hardness. The presence of steadite 
reflects the higher phosphorus content. 






Fig. 2 Microstructures of the gray-iron drier head shown in Fig. 16. (a) Typical graphite distribution in the 
casting—type A, size 4 graphite. As-polished. 54x. (b) The matrix microstructure consists of ferrite with 
approximately 10% pearlite and 15% steadite. Etched with nital. 54x. (c) Higher magnification view of (b). 
Etched with nital. 215x 

At the crack-indication site revealed by NDE, a demarcation line was observed progressing from the surface of the casting 
to the interior. Figure 3 shows this demarcation line for the condition and revealed that the structure of the metal on one 
side of the demarcation line was different than that observed on the other side (Fig. 4). This condition generally results 
when a cold shut forms during the casting process. A cold shut reflects two different solidification fronts in the mold, 
which explains the reason for the structure variances observed on either side of the demarcation line. Although not a 




crack, the demarcation can serve as a site for crack initiation. In this instance, however, the demarcation line had not 
propagated beyond the point at which the structure was different. The demarcation line terminates at approximately the 
same area where the difference in structure terminates (Fig. 4). This condition further indicates that the demarcation had 
not propagated beyond the original condition that occurred during the casting operation. 


Fig. 3 Demarcation line at the crack, showing the differences in graphite type and distribution on either side of 
the crack. Etched with nital. 33x 


Fig. 4 Higher magnification view of Fig. 18 showing the two different solidification structures. Etched with nital. 
230x 

Conclusions. The NDE indications were the consequence of a cold-shut condition in the casting. This conclusion is 
based on the presence of two significantly different microstructures representing two separate solidification fronts that 
met but did not merge. The cold shut serves as a stress-concentration site and is therefore a potential source of crack 
initiation. The combination of low material strength and a casting defect is a potential source of unexpected fracture 
during service, because the component is under pressure from steam. 

Recommendations. Other dryer heads exhibiting similar discontinuities and/or material quality should be removed 
from service. 
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Brittle Fracture of a Cast Iron Valve in Oleum and Sulfuric Acid Service 

Samuel J. Brown, Quest Engineering Development Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A gray cast iron (ASTM 247 type A) gate valve in an oleum and sulfuric acid piping loop at a chemical process plant 
fractured catastrophically after approximately 10 years of service. The valve was a 150 mm (6 in.) bolted flange type rated to 
conform to ANSI B16.1 for service at 1034 kPa (150 psi) and 120 deg C (250 deg F) maximum in 93 to 99% sulfuric acid. The 
fracture originated at stress-corrosion cracks that occurred in a high-stress transition region at the valve body-to-flange juncture. 
The mechanical properties of the failed valve were below those of the manufacturer's cited specification, and the wall thickness 
through which the fracture occurred exceeded the minimum 9.5 mm (38 in.) thickness cited by the manufacturer The valve flange 
had been unbolted and rebolted to a maintenanced piping coil immediately prior to failure. It was recommended that the flange-to- 
valve body juncture be redesigned to reduce stress levels. A method of maintenance and inspection in concert with a criterion for life 
prediction for this and other valves and components in the system was also recommended. 

Keywords: Chemical processing equipment; Gatevalves; Sulfuric acid, environment 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure types: Stress-corrosion cracking; Brittle fracture 


Background 

A gray cast iron (ASTM 247 type A) gate valve in an oleum and sulfuric acid piping loop at a chemical process plant 
fractured catastrophically after approximately 10 years of service. 

Applications 

The production and use of hot sulfuric acid is essential to many manufacturing and process facilities. This need is not 
new; however, there is a greater demand for all equipment to meet safety and reliability requirements. An important 
component in the control of these safety requirements are the valves that are used to regulate flow. Cast iron has been 
shown to be an economical and effective material to handle high concentrations of H 2 SO 4 for service in concentrations of 
93 to 99% at temperatures up to 120 °C (250 °F) and at velocities of 30.48 m/s (100 ft/s). 

Figure 1 shows three schematic views of the subject valve dimensioned to conform to ANSI B16.1. The initial wall 

7 3 

thickness of the body of the valve is a nominal 22 mm (S in.) with a minimum of 19 mm (4 in.) at fabrication and a 

3 

corrosion allowance by the manufacturer to a minimum wall thickness of 9.5 mm (8 in.). Periodically, the valve and 
piping system are inspected for corrosion, and the flanges of the valve are unbolted to inspect, maintain, repair, and 
replace parts and components. 






Fig. 1 Schematic of 150mm (6in.) gate valve body. 

Circumstances leading to failure 

Prior to failure, the valve had been operated for approximately 10 years within the temperature and pressure rating 
specifications provided by the manufacturer. The working medium had been oleum and sulfuric acid. At the time of 
failure, the wall thickness of the valve body adjacent to the failure site and in most locations did not fall below the 9.5 mm 
3 

(3 in.) minimum wall thickness cited by the manufacturer. However, a location in the valve body was found to have wall 
thickness of 8.8 mm (0.345 in.). Note in Figure 1 that the flat-faced flange that bolts to the flange piping has a sharp fillet 
at its attachment to the valve body and does not taper in thickness from the flange into the body. Shortly before the 
circumferential fracture of the juncture the valve flange to the body, the fractured valve flange was bolted to a flanged 15 

mm (6 in.) pipe. The gasket in between the two flanged faces was approximately 25 mm (1 in.) wide by 3.2 mm (8 in.) 

3 

thick. The bolting consisted of 19 mm (4 in.) low-strength (207 MPa, or 30 ksi, specified minimum yield strength per 
ANSI B 16.42 for non-full-faced gaskets or a flat-faced to full-faced flange) studs. 

Pertinent specifications 

The manufacturer specified the dimensions according to ANSI B16.1, “Face-to-Face and End-to-End Dimensions of 
Valves.” Nonmetallic flat gaskets for pipe flanges were specified to ANSI B 16.21. Valve-flanged and butt welding 
(ANSI B 16.34) and ductile iron pipe flanged fittings (ANSI B 16.42) provide general guidance with respect to flange and 
fitting dimensions as a function of materials, temperatures, and pressures. The valve manufacturer specifications cite 
ASTM A278, class 35, which specifies a Brinell hardness of 207 to 262 and a tensile strength of 240 MPa (35 ksi) 
minimum and 345 MPa (50 ksi) typical as determined on an ASTM B bar. The chemical specification of the valve body 
cited by the manufacturer is provided in Table 1, which compares it with values determined from the failed valve. The 
measured values show a slightly higher content of carbon and copper than specified by the manufacturer. 





Table 1 Results of chemical analysis 


Element 

Composition, % 


Failed Valve 

Manufacturer's specifications 

Carbon 

3.4 

3.3 (max) 

Sulfur 

0.13 


Manganese 

0.56 

0.9 (max) 

Phosphorus 

0.10 


Silicon 

1.54 

1.7 (max) 

Chromium 

0.15 


Molybdenum 

0.02 


Nickel 

0.06 


Copper 

2.16 

2.0 (max) 


Specimen selection 

For mechanical testing, three tensile specimens were taken from the valve body flange opposite the fractured flange. Two 

tensile specimens were approximately 6.5 mm (4 in.) in diameter, and one specimen was approximately 13 mm (2 in.) in 
diameter. Three impact specimens 10 x 10 mm (0.4 x 0.4 in.) cross section were also taken from the flange that did not 
fail. Four specimens were taken from the fracture surface for examination by scanning electron microscopy (SEM). 

Visual Examination of General Physical Features 

Examination of the 150 mm (6 in.) valve re moved from the piping system and with the bonnet removed (Fig. 2) revealed 
a circumferential crack running approximately 300° around the circumference of the flange-to-valve body attachment. 
Figure 3(a) shows the exterior appearance of the crack from bolt openings 1 to 4, and a closeup view is provided in Fig. 
3(b). A cut through the flange between bolt hole 1 and 2 was made to free the fractured flange shown in Fig. 2 and 3 so 
that the fracture surface could be examined. Figure 4 shows the fracture surface on the valve body with the flange 
removed from bolt openings 1 to 7. The fracture surface was fibrous and characteristic of brittle fracture. Flowever, two 
distinguishing features were observed (Fig. 4) at points A and B, which appeared as light yellow deposits. 


















(•> (b) 

Fig. 2 Gate valve and failed flange, (a) Top view, (b) Closeup view of interior fracture. 
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(a) 


(b) 


Fig. 3 Exterior crack in gate valve, (a) Side view, (b) Closeup view. 




Fig. 4 Fracture surface after removal of flange from bolt holes 1 to 7. 

Figure 5 shows a closeup of the light yellow deposit at point A. which is directly opposite bolt hole opening 2. Figure 6 
shows a closeup of the light yellow deposit at point B, adjacent to bolt hole opening 7. Figure 7 provides a view of the 
fracture flange removed from the valve body. Note that the deposit visible at points A and B on the valve body fracture 
surface is also present on the flange fracture surface shown in Fig. 7. Both deposits at point A and B are approximately 
67.5° from the gusset shown in Fig. 2 and 135° apart. 



Fig. 5 Sulfated deposited at point A adjacent to bolt hole 2. 





Fig. 6 Sulfate deposit at point B adjacent to bolt hole 7. 



Fig. 7 Fracture surface on flange removed from bolt holes 1 to 7. Note sulfate deposits at A and B. 

Testing Procedure and Results 

Surface examination 

Visual examination of the fracture surfaces suggested that most of the fracture surface was the result of the final 
fracture. Based on the presence of the sulfate deposit, points A and B were cracks that existed prior to final fracture. Point 
A (Fig. 5 and 8) was an interior, almost midwall crack with small intergranular cracks to the interior, which permitted 
sulfuric acid or oleum to leach into the crack. In Fig. 6, the sulfate defines a large crack between the interior of the valve 
and bolt hole 7. The fracture surface of the flange between bolt hole 7 and its outer rim (point C in Fig. 4) exhibited no 
sulfates. 



Fig. 8 Closeup view of fractured specimen from point A in Fig. 7. 

Microfractography. Examination of the fracture surfaces at low magnification using an optical microscope suggested 
preexisting cracks at points A and B. The final fracture surfaces are typical of a brittle fracture; however, even under low 
magnification, they exhibit acid etching from the release of the contents of the sulfuric acid when the valve body 
fractured. 


Scanning Electron Microscopy/Fractography. Figure 9 shows SEM micrographs of the light yellow sulfate- 
coated surface at point B (see Fig. 6). Figure 10 shows the area at point B and Fig. 11 shows the area at point C after 
ultrasonic cleaning in soapy water. Note the contrast in surface etching between the two surfaces. The surface under the 



(a) 


(b) 


Fig. 9 Sulfate deposits at point B. (a)88x. (b) 880x. 



Fig. 11 SEM micrograph of point C after removal of sulfate. 790x. 

Figure 12 shows the area at point A after ultrasonic cleaning in soapy water (see Fig. 8). Figure 13 shows an area away 
from the sulfate deposit on the opposite side of this wedge-shaped sample. Comparison of the surface under the sulfate 
deposit in Fig. 12 with the final fracture surface illustrated in Fig. 13 shows that the final fracture surface exhibited a more 
deeply etched morphology. 








Fig. 12 SEM micrograph of point A after removal of sulfate. 620x. 



Fig. 13 SEM micrograph of typical final fracture surface. 620x. 

Metallography 


Microstructural Analysis. Figures 14 and 15 are micrographs of the failed valve, showing a typical etched 
microstructure ofpearlite gray cast iron, type A, with size 3 graphite flake distribution. 



Fig. 15 Microstucture of sample from failed valve. 248x. 

Crack Origins/Paths. The fracture was a through-wall crack that followed the juncture of the flange to the valve 
body for approximately 300° around the circumference. This circumferential crack originated at bolt hole 7 as a radial 
crack that extended radially through the flange and through the bolt hole. The circumferential crack ended at the gusset 
bracing the pipe-run flange to the bonnet flange (past bolt openings 7 to 1). The fracture surfaces were etched during the 
fracture process by sulfuric acid ejected through the fracture surface; therefore, the fracture surfaces were not pristine, and 
crack origins were not easily identified. 

Corrosion Morphology. During the 10 year operation of the valve, the interior wall adjacent to the fracture lost 

approximately 13 mm (2 in.) of the cast iron material through its thickness. The interior of the valve was always 
subjected during operation or preoperation to oleum or sulfuric acid under high temperatures and internal pressure. As the 
interior wall surfaces thinned or corroded, the stresses in the valve increased, particularly at the valve body-to-flange 
juncture. The appearance of sulfate deposits at points A and B (Fig. 4) in the interior wall of the valve at the flange-to- 
valve body juncture adjacent to bolt holes 2 and 7, which is precisely the same distance from the axis of symmetry of the 
valve (and from the gusset), suggested stress-enhanced corrosion crack propagation. 


Chemical analysis/identification 



Material and Weld. Table 1 provides a chemical analysis of the valve body composition, which was close to the 
manufacturer's specification, with slightly high carbon and copper values. 

Corrosion or Wear Deposits. Chemical analysis confirmed that the light yellow deposits found at points A and B 
were sulfate. X-ray diffraction analysis of the composition of the light yellow material found at point B in the fracture 
zone (see Fig. 4 and 6) revealed that the material was (Fe.CujSCh-FFO and a-iron. X-ray diffraction results of the light 
yellow substance at point A (see Fig. 5) exhibited the same chemical properties. The results are illustrated in Fig. 16. 



Mechanical properties 

Hardness. The average hardness was 230 FIB, comparable to the 207 to 262 HB values in the manufacturer’s 
specifications. 

Tensile Properties. The average tensile strength, based on three specimens, was 205.5 MPa (29.8 ksi), which was 
below the minimum specification of 240 MPa (35 ksi). 

Impact Toughness. The average impact values ranged from 1.4 to 2.7 J (1 to 2 ft. Ib). 

Stress analysis 

Analytical. To obtain a picture of the stress and deformation state of the valve at various locations, particularly in the 
flange-to-juncture area, a number of finite-element computer models were constructed. The finite-element computer 
simulation method was chosen in lieu of experimental simulation for several reasons. Distribution of the stresses 
throughout the component could be evaluated under a variety of separate and combined loading conditions. The loading 
conditions of temperature, pressure, and the effects of corrosion of the wall thickness could be considered. The effects of 
defects could be included in the model, and the valve geometry or material properties could be varied to determine ways 
to improve performance of the valve in the redesign cycle and recommendations phase. 

Figures 17(a) and (b) are examples of the changes in stress levels at the juncture of the flange-to-valve body as a result of 
the change in the wall thickness due to corrosion. The finite-element stress distributions shown in Fig. 17 were taken at 
the cross section of the inlet flange and valve body between bolt holes 4 and 5 for only the bolt load condition. Stress 
values reached approximately 117 MPa (17 ksi) at the outside juncture of the flange-to-valve body between stud openings 
4 and 5. Flowever, the juncture stresses between the flange and the valve body were not completely axissymmetric 
because of the gusset between the bonnet flange and the flanges that attached the valve to the piping. In addition, internal 
pressure, pipe reaction loads, thermal gradients, and thermal expansion introduced additional nonsymetrical distributions 
of stress at the flange-to-valve juncture. 





(•) <b) 

Fig. 17 Finite-element models. (a)"As built" flange-to-valve body juncture with bolt load from torqued studs 
(in increments of approximately 91 70 kPa, or 133- psi). (b)"Corroded at fracture" flange-to-valve body 
juncture with bolt load from torqued studs (in increments of approximately 10,600 kPa or 1500 psi). 

All of these loads on the flange were cyclic. The pressure, pipe forces, and thermal stresses depend on the operating 
cycles and the rate of corrosion. The bolt up or preload stress cycle depends on the frequency of maintenance. Brown (Ref 
1) has shown that stresses resulting from bolt load that may be nearly symmetrical in a nonpressure condition can result in 
significant variations in bolt load during the operating conditions with internal pressure. 

Discussion 

The tests discussed in this case history were performed to determine the mode of failure, the mechanism of failure, and 
the causal factors. Mechanical testing of samples from the valve body indicated that impact values and therefore fracture 
toughness were quite low, and tensile properties were on average 15% below the specified tensile properties and as much 
as 20% lower than the minimum. 

Examination of the fracture surfaces indicated that much of the surface area was produced in the final fracture of the 
valve body at the flange-to-hody juncture. Examination of the fracture surfaces also revealed the presence of prefracture 
cracks existing in the valve body, which were continuous with the final fracture surface. The prefracture (or preexisting) 
cracks at points A and B appeared to have grown as a consequence of the high stresses and the presence of sulfuric acid 
from the contents of the valve. These preexisting cracks were identified by sulfate deposits and occurred in a symmetrical 
manner relative to the symmetry of the valve body and location of the bolt holes (using the gusset as a reference). 

This symmetry of occurrence of crack growth in the juncture suggested that the development of the cracks was influenced 
by the stress in the presence of corrosion. The fracture surfaces suggested that the cracks adjacent to bolt holes 2 and 7 
grew as a result of the stress state and the presence of sulfuric acid from the interior of the valve. When the hu gest crack, 
at point B (adjacent to bolt 7), reached a critical size, the valve fractured. 

Finite-element models were built to determine the causal relationship between design, materials selection, material 
defects, fabrication, operation and use, maintenance, and inspection. A minimum wall thickness of 9.5 mm (0.375 in.) 
was specified by the manufacturer as a criterion for the valve owner. The valve body was, at the time of failure, very close 
to reaching the minimum thickness value. The computer simulation showed that the stresses were too high in the juncture 
of the flange-to-valve body attachment for the material used if the wall thickness of the valve body was permitted to lose 

approximately 12.7 mm (2 in.). There were many areas in the valve body where the minimum thickness criterion was 
acceptable. However, a wall thickness could not be applied uniformily throughout the valve, particularly adjacent to the 
flange-to-valve body juncture. 

The orientation of the growth of the crack made detection difficult. Consequently, a number of options for investigating 
ways to reduce the risk of failure by this mechanism were provided by computer simulation. Alternate designs to change 
stress distribution if the same material is used were also examined. 

Conclusion and Recommendations 


Most probable cause 



The design of the flange-to-body juncture, with the valve body configuration and gusset attachment, produced 
nonuniform stress distributions in the flange that promoted crack growth when the valve was used in sulfuric acid or 

oleum service with a wall thickness corrosion allowance of 13 mm (2 in.) applied uniformly throughout the valve. 
Evaluation of the design of the valve indicated that this was not a realistic criterion, because some portions of the valve 
body received very little stress and other sections, such as the flange-to-valve body juncture, received high levels of 
stress. The use of gussets on pipe components is prohibited by many codes and standards and is not a good design 
practice unless its use can be justified by “design by analysis or testing” criteria. 

The type of material that was used in the valve has been used successfully for years. However, the properties of the 
material in the failed valve were below the mechanical properties specified by the manufacturer. 

Remedial action 

It was recommended that, for existing valve configurations in similar service conditions, the acceptable thickness in the 
area of the flange-to-vessel wall juncture be calculated with respect to acceptable stress levels and defect size. The 
corrosion allowance for wall thickness at the juncture will be dictated by the inspection procedure for detecting crack 
defect size. The long-term recommended action was redesign of the flange-to-valve body juncture by thickening the 
juncture and tapering it to the nominal wall thickness. The valve contour, thickness, and gusset configuration should be 
determined by final computer analysis and/or experimental testing. The valve body should be designed (as a minimum 
criterion) in accordance with ASME Section VIII, Division 2. 

How failure could have been prevented 

Failure could have been prevented by: 

• Using a better valve design including improved valve geometry such as thickness and contour 

• Accurate specification of minimal wall thickness (corrosion allowance) before removal from service 

• Defect size criteria for removal of service by periodic maintenance and inspection 

• Reliable maintenance and inspection procedures 

• Had the defect been detected during maintenance and not returned to service, the failure could have been 
prevented. 
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Corroded Pump Impeller 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut for Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: After operating only six months, a pump impeller (of nickel-containing cast iron as was the pump housing), showed 
considerable corrosion. Cross-sections showed substantial penetration of the wall thickness without loss of material. The observed 
supercooled structure implied low strength, but would not affect corrosion resistance. Etching of the core structure showed a 
selective form of cast iron corrosion ("spongiosis" or "graphitic corrosion") which lowered the strength of the cast iron enough that a 
knife could scrape off a black powder (10.85% C, 1.8% S, and 1.45% P). Analysis showed that some of the "sulfate" found in the 
scrubbing water, was actually sulfide (including hydrogen sulfide) and was the main cause of corrosion. Galvanic currents are known 
to accelerate this corrosion. 

Keywords: Graphitic corrosion; Pump impellers; Sulfides 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Dealloying/selective leaching 


A Cast iron pump impeller showed strong corrosion after an operating period of only one-half year. As can be seen from 
the section in fig. 1 the corrosion had penetrated substantially the wall thickness of the thin cross sections without loss of 
material. The pump had moved scrubbing water from a gas generator. According to an analysis by the City of Dusseldorf 
Waterworks the water had the following properties: _ 


p H -Wert/pH value 

7,2 

m-Wert/m value 

3.13 

Gesamtharte/total hardness 

32.4 °dH 

Karbonatharte/carbonate hardness 

B 

TJ 

o 

00 

oo~ 

Nichtkarbonatharte/non-carbonate hardness 

23.6 °dH 

Gesamtkohlensaure/total carbonic acid 

74.3 mg/I 

Gebundene Kohlensaure/combined carbonic acid 

68.8 mg/I 

Freie Kohlensaure/free carbonic acid 

5,5 mg/I 

Chlorid/ Chloride 

99,4 mg/I 

Sulfat/sulfate 

378,5 mg/I 

Eisen/iron 

2,7 mg/I 

Sulfid/sulfide 

Spuren/traces 




Fig. 1 Section through pump impeller. Graphitic corrosion designated by darker edges. 1 x 


The impeller as well as the pump housing consisted of cast iron alloyed 

ler showed the following composition [in wt.%]: 


corroded par t of the impel! 

Cges./total 

Graphit/grapite 

3,14 

2,55 

Ni 

S 

3,12 

0,15 


with nickel. Chemical analysis of the non- 


The microstructure consisted of lamellar graphite in a purely pearlitic matrix (fig. 2) in the thicker cross sections. In the 
thinner cross sections, the graphite had precipitated to a large extent in a fine-leafed structure by supercooled 
solidification (granular - graphite), and the matrix was predominantly ferritic in these regions (fig. 3). This supercooled 
structure imparts only low strength to the iron, but should not affect the corrosion resistance. 



Fig. 3 Core structure: Etch: Picral. 500 x Thin-walled section. 

In the attacked zone, corrosion took place along the phase boundary graphite/matrix (fig. 4) in the normal structure as 
well as in the supercooled one. It oxidized the ferrite and pearlite of the matrix selectively while the graphite, the ternary 




phosphide eutectic steadide, and the sulfidic inclusions were not affected (fig. 5). This selective form of cast iron 
coiTosion which is known by the designation “spongiosis” or “graphitic corrosion” does not cause material loss, but 
lowers the strength of the cast iron to such an extent that a knife can cut or scrape off a black powder 1. The powder thus 
produced contained in this case 10.85% C, 1.8% S and 1.45% P. 



Fig. 4 Structure in area between attacked layer and unattacked core material. Unetched section. 100 x 






Fig. 5 Structure of the attacked layer. Unetched section. 200 x 

It is known that graphitic corrosion can occur through the effect of salt solutions or weak acids such as, for instance, from 
acidic soil or hydrogen sulfide-containing water. It appears possible that in the scrubbing water transported from the 
generator at least a paid of the sulfate found was actually sulfide or hydrogen sulfide and was primarily responsible for the 
corrosion. Normally graphitic corrosion is a slow process 2, 3. Comparable occurrences were found, however, in a 
relatively short time during tests to isolate electrolytically graphite, phosphide, carbides and non-metallic inclusions in the 
cast iron. Therefore it is reasonable to assume that in the failure at hand corrosion was accelerated by galvanic currents. 
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Worn Cast Iron Pump Parts 
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From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A slide and the two guideways of a pump had to be disassembled already during run-in time after approximately 20h 
because they had galled completely, before the rated speed of 800 rpm was reached. Chemical analysis of the slide showed the 
following composition: 3.60C, 3.22Graphite, 2.49Si, 0.51Mn, 0.485P, and 0.112S. The iron was thus distinctly hypereutectic. The 
galling of the pump parts therefore was favored by an unsuitable structure caused by improper composition and fast cooling. 
Distortion by casting stresses may have been contributory or may have played the principal part. In order to prevent a repetition, 
the use of hypoeutectic or eutectic iron, slower cooling of the casting, inocculation of the melt with finely powdered ferrosilicon, and 
possibly rounding-off the edges or machining of the surfaces are recommended. 

Keywords: Galling; Materials selection; Pumps 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: (Other, miscellaneous, or unspecified) wear 


A slide and the two guideways of a pump had to be disassembled already during run-in time after approximately 20h 
because they had galled completely, before the rated speed of 800 tpm was reached. 

Figure 1 shows a section of the worn surfaces. For metallographic examination, transverse sections through the galled 
regions A—A, D—D and F—F and horizontal sections parallel to the galled surfaces of all three parts were made. 




1 

Fig. 1 Galled surfaces, left: guideway, right: slide 4 x 

Figure 2 shows the structure under the gliding surface of the slide (Section A—A). It contains considerable amounts of 
ferrite. At the edges which form the gliding surface with the unworked windows (points C) the structure consists 
predominantly of granular graphite in a ferritic matrix (Fig. 3). The ferrite content is still higher in the steps between the 
windows (sections D—D and E—E), as well as in the center (Fig. 4). and especially in the vicinity of the edge (Fig. 5). In 
contrast to this, the structure of the guideways that had a considerably thicker cross section, is almost entirely pearlitic 
(Section F—F, Fig. 6). 











Fig. 5 Structure of slide, etch: Picral. 200x. At edges of gliding surface, transverse sections D—D and E—E. 





Fig. 6 Structure of guideway with thicker cross section in hemispherical part, section F—F, etch: Picral. 200x 
The ferritic structure endows the parts with poor wear resistance and a tendency to gall. This, of course, also encompasses 
the opposite surface. The granular graphite in a ferritic matrix is formed by supercooling of the melt during solidification. 
It appears, therefore, in thin-walled places during fast cooling or in the vicinity of the edges. Cast iron with high carbon 
content and saturation value has a strong tendency to this kind of supercooling, especially if the iron contains few 
crystallization nuclei. 

Chemical analysis of the slide showed the following composition: 


c % 

Graphite % 

Si % 

Mn % 

P% 

S % 

3,60 

3,22 

2,49 

0,51 

0,485 

0,112 


This corresponds to a saturation value of 1.08 according to: 


_C_ 


The iron was thus distinctly hypereutectic. 

The galling of the pump parts therefore was favored by an unsuitable structure caused by improper composition and fast 
cooling. Distortion by casting stresses may have been contributory or may have played the principal part. In order to 
prevent a repitition, the use of hypoeutectic or eutectic iron, slower cooling of the casting, inocculation of the melt with 
finely powdered ferrosilicon and possibly rounding-off the edges or machining of the surfaces are recommended. 
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Damaged Cylinder Lining from a Diesel Motor 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A cast iron cylinder liner from a diesel engine suffered localized damage on the cooling water side leading to serration of 
the edges and heavy pitting. This heavy damage was cavitation damage, frequently observed in diesel motor cylinders. To combat 
such damage the following measures are recommended in the specialist literature: reduction in piston play; reduction in the 
amplitude by thicker-walled linings; hard chromizing of the cooling water side; and, addition of a protective oil to the cooling water. 
The effect of the protective oil is presumably based on a film of oil which forms on the cylinder surface and which is not so easily 
scoured off during vibration. The effect of the imploding vacuum bubbles is reduced by the oil film which can renew itself from the 
emulsion. 

Keywords: Diesel engines; Engine cylinders; Pitting (wear) 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Cavitation wear 


The cylinder lining under examination had suffered localised damage on the cooling water side leading to serration of the 
edges and heavy pitting as shown in Fig. 1. Beyond this heavily damaged zone, the external wall was coated with deposits 
shown by qualitative chemical analysis to consist principally of Fe 3 C >4 (magnetite) with small amounts of SiCF, graphite 
and CaO. The material beneath the deposit had not been attacked, which suggests that foreign particles were responsible. 
These were possibly carried round by the circulating cooling water but could also have originated in paid from the 
damaged zone as indicated by the presence of graphite and Si0 2 . 





1 

Fig. 1 General view of cylinder lining as supplied. 3x 

It was established metallographically that the cylinder lining was made of cast iron. The microstructure is reproduced in 
Fig. 2. 




Fig. 2 Microstructure of specimen taken from cylinder lining. Etched in 2% nital. 500x 
This heavy damage is cavitation damage, frequently observed in diesel motor cylinders. 

Cavitation must always be reckoned with on a body vibrating in a liquid when the amplitude and frequency attain such 
high values that the sluggish liquid can no longer keep pace, As the body returns, vacuum bubbles form which implode on 
the next outward movement of the medium. This produces such a high pressure on a microscopically small area that the 
material disintegrates and finally particles of material are knocked out of the surface. 

The conditions for cavitation are set up at the cylinder linings in a running diesel motor because at the moment of reversal 
the cylinder is excited to bending vibrations by the sideways pressure of the piston. If the cooling water can no longer 
follow the vibration of the cylinder vacuum bubbles form at the most strongly vibrating point (impact side which implode 
on reversal of the vibration direction and produce cavities on the cylinder surface as a result of this violent cyclic 
stressing. 

In order to combat such damage the following measures are recommended in the specialist literature 

1. reduction in piston play 

2. reduction in the amplitude by thicker walled linings 

3. hard chromizing of the cooling water side 

4. addition of a protective oil to the cooling water 

The effect of the protective oil is presumably based on a film of oil which forms on the cylinder surface and which is not 
so easily scoured off during vibration. The effect of the imploding vacuum bubbles is reduced by the oil film which can 
renew itself from the emulsion. 
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Abstract: Work rolls made of indefinite chill double-poured (ICDP) iron are commonly used in the finishing trains of hot-strip mills 
(HSMs). In actual service, spalling, apart from other surface degeneration modes, constitutes a major mechanism of premature roll 
failures. Although spalling can be a culmination of roll material quality and/or mill abuse, the microstructure of a broken roll can 
often unveil intrinsic inadequacies in roll material quality that possibly accentuate failure. This is particularly relevant in 
circumstances when rolls, despite operation under similar mill environment, exhibit variations in roll life. The paper provides an 
insight into the microstructural characteristics of spalled ICED FISM work rolls, which underwent failure under similar mill operating 
environment in an integrated steel plant under the Steel Authority of India Limited. Microstructural features influencing ICDP roll 
quality, viz. characteristics of graphite, carbides, martensite, etc., have been extensively studied through optical microscopy, 
quantitative image analysis (QIA), and electron-probe microanalysis (EPMA). These are discussed in the context of spalling 
propensity and roll life. 

Keywords: Hardness; Hot-strip mill; Rolling mill rolls; Spalling 


Materials: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron); Gray iron (Gray (flake or lamellar graphite) cast iron) 
Failure types: Fatigue fracture; Rolling-contact wear 


1. Introduction 

In the finishing trains of hot-strip mills (HSMs), work rolls made of indefinite chill double-poured (ICDP) iron are 
commonly used owing to their resistance to wear and thermal fatigue. 1 These ICDP rolls are characterized by a “shell” 
(or chill) of alloy cast iron and a softer core of gray/nodular iron. During service, these rolls may fail prematurely owing 
to improper mill operating environment and/or inadequacies in roll material quality. The problem of such failures is 
relatively more acute in modern high-performance HSMs, where work rolls are subjected to higher mechanical stresses 
owing to demands of mill productivity and superior product quality. 2 Work rolls used in the finishing stands of HSMs 
may suffer from surface degeneration and banding, firecracking, surface indentation, and spalling. 3 While roll surface 
deterioration by the first three phenomena are progressive in nature and can be remedied from time-to-time by roll 
grinding operations, this nevertheless reduces the working diameter and in turn the useful roll life. Spalling, on the other 
hand, can culminate in catastrophic roll failures leading to considerable reduction in roll life and mill productivity. 
Spalling involves a fatigue phenomenon, where fracture occurs by generation and propagation of several microcracks 
under applied stresses imposed during rolling. Although spalling is often a consequence of mill-related factors, 4 the 
influence of roll material quality in inducing such failure is by no means insignificant. This is particularly relevant in 
circumstances when rolls, despite operation under similar mill environment, exhibit variations in roll life. 5 In such 
instances, the microstructure of a failed roll can often provide insight into intrinsic quality deficiencies that possibly 
accentuate premature spalling. It is in this perspective that an extensive microstructural investigation has been earned out 
on spalled samples of ICDP work rolls used in the finishing stands of a HSM. The study pertains to an integrated steel 
plant under the Steel Authority of India Limited, where large variations in HSM work roll life were observed even under 
similar mill operating environment. 

The paper discusses microstructural aspects such as graphite morphology and content, carbide characteristics, and nature 
of the martensite matrix in spalled ICDP HSM work rolls in the context of spalling propensity and roll life. 




2. Experimental 


Spalled samples were collected from the barrel portion of prematurely failed HSM work rolls, which gave varying roll 
lives under similar mill operating environment. The fragmented samples of spalled rolls were cleaned with acetone and 
examined with respect to their visual appearance, fracture features, and microstructural characteristics. 

For optical microscopy, specimens of around 25 x 10 x 15 mm dimensions were cut along the radial cross sections of 
spalled rolls. These specimens were ground and polished to a scratch-free finish for metallographic observation. Polished 
and unetched specimens were examined by optical microscopy at magnifications of 500x and lOOx to observe the 
graphite morphology and distribution, respectively. The unetched roll specimens were also observed for non-metallic 
inclusions (NMI) at 500x magnification. Microstructural examinations were also earned out on natal-etched specimens (2 
mL concentrated FINO 3 in 98 mL ethyl alcohol) of failed rolls to observe characteristics of matrix phases such as 
martensite, retained austenite, and carbides. Microhardness [Vickers pyramid number (VPN)] measurements were 
concurrently carried out on different phases to corroborate their identity. For determining the microhardness of hard 
martensite and carbide phases, a 50 g indenting load was applied, while a lower load of 10 g was used for the softer 
graphite phase. 

Quantitative image analysis (QIA) was earned out in a “Quantimet-600” (LEICA Imaging Systems Ltd., Cambridge, 
United Kingdom) model equipment to determine the volume fractions of different phases present in the failed roll 
samples. The volume fractions of graphite were determined from polished and unetched specimens, while nital-etched 
specimens were used for estimating the contents of other microstructural constituents such as martensite, retained 
austenite, and carbide. In estimating the volume fractions of carbide and retained austenite, thresholding and image 
editing were performed selectively since both these phases appeared white under brightfield microscope illumination. 
Initially, thresholding was done by selecting a video level to capture both the carbide and retained austenite phases, and 
the overall volume fraction (i.e., carbide plus retained austenite) was determined for a particular microscopic field. 
Subsequently, the carbide phase in the same field was selectively delineated by binary image editing and its volume 
fraction determined. The difference in the values of the aforesaid two volume fraction measurements gave the volume 
fraction of retained austenite. Since ICDP rolls primarily consist of four microstructural constituents (graphite, carbide, 
martensite, and retained austenite), the volume fraction of martensite in a particular - field was empirically determined by 
subtracting the total volume fractions of graphite, carbide, and retained austenite from 100%. For ensuring measurement 
authenticity and accuracy, QIA was earned out over a large number (at least 50) of microscopic fields at 200x 
magnification to determine the average volume fractions of various microstructural constituents. 

Fractographic observations of failed roll samples were carried out at lOOOx magnification in a “JSM-840A” (JEOL Ltd., 
Akishima, Tokyo) model scanning electron microscope (SEM) to study the general surface topography and features 
associated with the failure. In parallel, electron-probe microanalysis (EPMA) was earned out in a “JCXA-733” (JEOL 
Ltd.) model EPMA, on polished and unetched roll specimens to identify elements present in the graphite phase and matrix 
regions, as well as to characterize non-metallic impurity. The EPMA investigations were also earned out on nital-etched 
roll specimens to determine elemental enrichment in the carbide phase. Qualitative and quantitative analyses of carbides 
were carried out by using JEOL proprietary “QLAN” and “PACM” application software, respectively, under 15 kV 
accelerating voltage and 5 x 10 x A probe current. 

3. Results and Discussion 

3.1 Roll Particulars 

The ICDP work rolls used in the finishing stands of this particular HSM are of 810 mm barrel diameter (nominal) and 
2000 mm barrel length. The hardness on the working surface of new rolls ranges between 80 and 85° shore “C.” The 
normal chemistry (in wt.%) of the “shell” material in such ICDP rolls is 3.30 to 3.40 C; 0.75 to 0.95 Mn; 0.85 to l.OOSi; 
4.10 to 4.30Ni; 1.50 to 1.95Cr, and 0.30 to 0.40Mo. The rolls are commissioned in the mill at their initial diameter of 810 
mm and are scrapped in normal usage when the working diameter wears down and reaches 750 mm. This means that the 
shell region in these ICDP work rolls is around 30 mm [(810 to 750 mm)/2] on the radius. 

The details of the spalled HSM work rolls investigated with regard to their identification number, roll life (i.e., tonnage 
rolled prior to failure), and roll diameter at spalling stage are shown in Table 1. It is clearly evident from this table that out 
of the 16 roll samples investigated, 10 samples (HSMs #1, 2, 3, 4, 5, 6 , 7, 9, 11, and 14) pertained to the working surface 
of rolls that spalled at higher diameter (773 to 808 mm), i.e., possibly from the shell regions of these rolls. On the 
contrary, the other six roll samples (HSMs # 8 , 10, 12, 13, 15, and 16) were virtually obtained at the scrap diameter 
(749/750 mm) stage, i.e., almost at the initiation of the roll “core” region. 


Table 1 Roll particulars and life data 



Roll sample 

Supplier 

Roll diameter at spalling stage (mm) 

Roll life (tonnes) 

Average roll life (tonnes) 

HSM #1 

A 

808.35 

6,142 


HSM #2 

A 

803.00 

25,224 


HSM #3 

B 

801.90 

38,045 


HSM #4 

C 

800.85 

42,869 


HSM #5 

B 

796.50 

54,268 

48,387.22 

HSM #6 

A 

780.75 

63,513 


HSM #7 

C 

793.35 

63,786 


HSM #8 

B 

750.20 

69,328 


HSM #9 

C 

791.95 

72,310 


HSM #10 

C 

749.10 

113,173 


HSM #11 

B 

783.50 

113,843 


HSM #12 

D 

750.80 

137,001 


HSM #13 

C 

750.35 

146,664 

146,101.71 

HSM #14 

C 

773.75 

157,615 


HSM #15 

B 

750.20 

171,730 


HSM #16 

A 

750.60 

182,686 



The roll lives depicted in the aforesaid table were found to vary widely and ranged between 6142 to 182,686 tonnes. It is 
expedient to mention that roll life in steel mills is customarily indicated in terms of tonnage of material rolled (i.e., 
cumulative quantity of rolled material produced in several campaigns prior to discard/failure of a given roll) rather than 
hours of operation. This is because time related data often involves breakdown/maintenance activities, whereas mill 
production data (i.e., tonnage rolled) is more authentic. 

In the first nine rolls (HSMs #1 to 9), the lives varied between 6142 and 72,310 tonnes, with an average value of 48,387 
tonnes, whereas in the subsequent seven rolls (HSMs #10 to 16), the lives ranged between 113,173 and 182,686 tonnes, 
with an average value of 146,101 tonnes. It can thus be seen that the average life obtained in the latter seven rolls (HSMs 
#10 to 16) was almost three times the average life obtained in the first nine rolls (HSMs #1 to 9). Table 1 also reveals that 





















of the 16 rolls investigated, 25% of rolls exhibited lives less than 50,000 tonnes, 31.25% of rolls between 50,000 and 
75,000 tonnes, and 43.75% of rolls greater than 100,000 tonnes. 

3.2 Microstructural Features 

Graphite Characteristics. Out of ten spalled samples pertaining to the shell region ( i.e ., where the diameter at 
spalling was >750 mm), nodular graphite morphology was observed in the optical microstructures of four roll samples: 
HSMs #7, 9, 11, and 14, which gave an average roll life of 101,888 tonnes. These four rolls exhibited comparatively 
higher average roll lives than the other six rolls: HSMs #1 to 6 (average roll life = 38,343 tonnes) showed flake graphite. 
Typical optical micrographs showing nodular and flake graphite morphologies in roll samples HSM #14 (life = 157,615 
tonnes) and HSM #4 (life = 42,869 tonnes) are shown in Fig. 1 and 2, respectively, at lOOx magnification. 
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Fig. 1 Optical micrograph showing mostly nodular graphite morphology in the shell region of roll sample HSM 
#14; magnification lOOx 
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Fig. 2 Optical micrograph showing typical flake graphite morphology in the shell region of roll sample HSM #4; 
magnification lOOx 

The graphite morphologies of the other six roll samples (HSMs #8, 10, 12, 13, 15, and 16), which also spalled at the scrap 
diameter stage, were flaky. This is expected since the core structure of ICDP rolls usually consists of flake-like graphite. 6 
Thus, in this case, the role of graphite morphology in influencing roll life cannot be opined. The graphite morphology in 
roll sample HSM #16, which gave the highest roll life (182,686 tonnes), was partly nodular and partly flaky. Although 
this particular sample was obtained at a scrap diameter of 750.60 mm, the coexistence of both nodular and flake graphite 



morphologies at the scrap diameter stage is indicative of a shell-core transition zone. It can therefore be inferred that the 
graphite morphology in the shell region of roll HSM #16 was nodular - . 

The favorable effect of nodular - graphite morphology in the shell microstructure toward enhancing roll life is thus evident 
from the above studies. This finding is corroborated by the fact 7 that spheroidal irons by virtue of their lower thermal 
conductivity, higher elastic modulus, and greater tensile strength than flake irons are more crack resistant under 
conditions of higher induced thermal stresses. However, crack generation was possible even in spheroidal irons under 
very high thermal stresses owing to its insufficient yield and creep resistance. This could have possibly happened in 
HSMs #7 and 9, which, despite having nodular graphite morphology, failed to perform to the desirable extent. Horvath, 8 
in his studies on the relationship between roll surface breakdown and scale formation, has clearly mentioned the 
importance of graphite morphology in influencing crack initiation. In his studies on ICDP rolls, it was observed that flake 
graphite acted as a potential stress raiser, leading to the initiation of microcracking in rolls. In contrast, spheroidal 
graphite particles did not act as stress raisers and, hence, were less susceptible to thermal fatigue cracking and removal 
from the roll surface. 


Matrix Characteristics. The nital-etched microstructures of all failed roll samples showed martensite (dark gray to 
black) with retained austenite in needle interstices, carbide (white), and graphite phases. The carbide phase was of 
eutectic type and appeared in continuous networks. Typical micrographs of nital-etched roll specimens HSMs #8, 14, and 
1 are shown in Fig. 3, 4, and 5, respectively, at 500x magnification. It is clearly seen from these micrographs that, 
although microstructural constituents (martensite, retained austenite, and carbide) are essentially the same in all three roll 
samples, microstructural degeneration is manifested as microcracking in the carbide phase and could only be observed in 
roll samples HSM #8 (life = 69,328 tonnes) and HSM #1 (life = 6142 tonnes). The microcracks in the carbide phase 
might possibly have generated during rolling and propagated under applied stresses to ultimately result in premature 
spalling. It has been reported 9 that cracks may occur in large eutectic carbides concomitantly with thermal fatigue cracks 
that form on the roll surface. The cause of such cracking of carbides has been attributed to thermal reasons or, more 
likely, could be mechanically induced by work roll/backup roll contact stresses, or by rolling stresses. The nricrohardness 
values of martensite, carbide, and graphite phases were determined for all of the failed roll samples and are shown in 
Table 2. It can be seen that, while the nricrohardness of martensite ranged from 541 to 644 VPN, that of the carbide phase 
varied between 1000 and 1345 VPN. The microhardness of graphite, however, was found to be consistent and ranged 



between 50 to 54 VPN in all of the spalled roll samples 


Fig. 3 Nital-etched microstructure of roll HSM #8 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting microcracking; magnification 500x 



Fig. 4 Nital-etched microstructure of roll HSM #14 showing acicular martensite with retained austenite at 
needle interstices, white carbide phase, and dark-gray graphite nodule; magnification 500x 



Fig. 5 Nital-etched microstructure of roll HSM #1 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting pronounced microcracking; magnification 500x 


Table 2 Microhardness values of different phases in HSM work roll samples 


Average microhardness (VPN) 

Roll sample 

Martensite 

Carbide 

Graphite 

HSM #1 

644 

1345 

50 

HSM #2 

615 

1150 

54 

HSM #3 

633 

1180 

53 

HSM #4 

603 

1120 

54 

HSM #5 

595 

1200 

52 

HSM #6 

603 

1100 

54 

HSM #7 

603 

1120 

53 

HSM #8 

585 

1105 

52 

HSM #9 

598 

1100 

53 

HSM #10 

562 

1050 

52 

HSM #11 

585 

1095 

51 

HSM #12 

541 

1000 

51 

HSM #13 

562 

1050 

54 

HSM #14 

566 

1095 

51 

HSM #15 

567 

1072 

54 

HSM #16 

566 

1050 

51 


The data in Table 2 reveal that the carbide microhardness of the first nine rolls (HSMs #1 to 9) ranged between 1100 and 
1345 VPN, with an average value of 1157.77 VPN. On the other hand, carbide microhardness in the other seven rolls 
(HSMs #10 to 16), which gave significantly higher roll lives ranging between 1000 and 1095 VPN, with an average value 
of 1058.86 VPN. It is thus evident that carbide microhardness in the latter group of seven higher life rolls (average roll 
life = 146,101 tonnes) was about 100 VPN lower than the former group of nine lower life (average roll life = 48,387 
tonnes) rolls. 























It can also be seen from Fig. 3, 4, 5 that the amount of microcracking is particularly pronounced in roll sample HSM #1 
(roll life = 6142 tonnes), which incidentally exhibited a very high microhardness (1345 VPN) of the carbide phase. A 
close examination of the roll life data (Table 1) and the carbide microhardness values (Table 2) shows the vulnerability of 
rolls exhibiting carbide microhardness higher than 1100 VPN. This condition could possibly enhance microcracking 
propensity and, hence, lead to subsequent spalling of rolls. 

3.3 Volume Fractions of Microstructural Phases 

The volume fractions (in %) of constituent microstructural phases in the spalled roll samples were determined by OIA. 
The image analysis data pertaining to average volume fractions of graphite, carbide, martensite, and retained austenite are 
shown in Table 3. The volume fraction of martensite was found to range between 42.09 and 61.25%, carbide phase 
between 20.60 and 43.05%, retained austenite between 5.86 and 16.32%, and graphite between 2.51 and 5.18%. It is 
interesting to observe that the graphite volume fraction (Table 3) in nine rolls (HSMs #1 to 9), which exhibited lower roll 
lives (i.e., 6142 to 72,310 tonnes; average: 48,387 tonnes), varied from 2.51 to 4.49%, with an average value of 3.38%. In 
contrast, the other seven rolls (HSMs #10 to 16), which exhibited superior roll lives (i.e., 113,173 to 182,686 tonnes; 
average: 146,101 tonnes), showed higher graphite volume fractions, ranging between 4.05 and 5.18%, with an average 
value of 4.44%. It is apparent from the aforesaid observations that, while graphite volume fractions in the range of 4 to 
5% are conducive to better roll life, a lower volume fraction (<4%) is deleterious. As a matter of fact, six rolls (HSMs #1, 
2, 3, 5, 7, and 8), which had particularly low roll lives, showed graphite volume fractions in the range of 2.51 to 3.54%. 

Table 3 QIA data showing volume fractions of different phases in spalled roll samples 


Volume fraction (%) 

Roll sample 

Martensite 

Carbide 

Retained austenite 

Graphite 

HSM #1 

46.57 

38.99 

11.82 

2.62 

HSM #2 

49.80 

37.17 

9.49 

3.54 

HSM #3 

46.16 

37.86 

13.12 

2.86 

HSM #4 

53.99 

34.53 

6.99 

4.49 

HSM #5 

48.46 

43.05 

5.86 

2.63 

HSM #6 

52.40 

34.68 

8.90 

4.02 

HSM #7 

42.09 

38.82 

15.92 

3.17 

HSM #8 

52.91 

33.14 

11.44 

2.51 

HSM #9 

50.68 

34.15 

10.56 

4.61 

HSM #10 

60.14 

20.60 

14.37 

4.89 


HSM #11 58.35 30.08 7.52 4.05 

















HSM #12 

51.94 

27.36 

16.32 

4.38 

HSM #13 

56.35 

22.71 

15.76 

5.18 

HSM #14 

58.41 

22.63 

14.56 

4.40 

HSM #15 

61.25 

21.80 

12.80 

4.15 

HSM #16 

54.45 

30.20 

11.32 

4.03 


Iron carbide that can comprise up to 40% by area of the roll microstructure has a profound effect on the properties and 
mill performance of iron rolls. 10 Investigators 11 have reported that pitting commonly observed in the last three stands 
of HSMs is associated with loss of mass from the roll surface. This phenomenon is aggravated as large primary dendritic 
carbides stand out without any mass support and fragment or come out completely from the martensitic matrix. Table 3 
shows that the volume fraction of martensite ranged between 42.09 and 53.99% (average: 49.23%) in the nine roll 
samples (HSMs #1 to 9), which exhibited lower average (48.387 T) lives. In contrast, martensite volume fraction was 
found to be higher (range: 51.94 to 61.25%; average: 57.27%) in the seven roll samples (HSMs #10 to 16), which showed 
superior lives It is therefore evident that the lower volume fraction of martensite (average: 49.23%) in the nine low life 
roll samples (HSMs #1 to 9) offered less matrix support area to hard carbides than that in the seven superior life rolls 
(HSMs #10 to 16), where average volume fraction (57.27%) of martensite was higher. The fragmentation of carbides, 
therefore, might have been presumably aided by less matrix (martensite) support area in lower life rolls. 

The volume fraction of retained austenite was found to vary between 5.86 and 15.92% (average: 10.45%) in the low life 
roll samples (HSMs #1 to 9) and between 7.52 and 16.32% (average: 13.23%) in the seven higher life roll samples (HSMs 
#10 to 16). In this case, however, no clear relationship between volume fraction retained austenite and roll life was 
observed. 

The carbide volume fractions in nine samples (HSMs #1 to 9), which gave lower roll lives, were found to vary between 
33.14 and 43.05%, with an average value of 36.93%. In contrast, the carbide volume fractions in the other seven rolls, 
which gave relatively higher lives (HSMs #10 to 16), ranged between 20.60 and 30.20%, with an average value of 
25.05%. It can therefore be seen that while a carbide volume fraction in the range of 20 to 30% is conducive to higher roll 
life, a higher carbide volume fraction (in the range of 35 to 45%) is deleterious. There is therefore a critical limit of 
carbide volume fraction, which can adversely influence the performance, and life of HSM work rolls. These findings are 
also corroborated by Lecomte-Mertens, 12 who observed that roll hardness was a direct function of carbide content and 
that carbides play an important role in the cracking process. According to Hertz theory, stress concentrations are located 3 
or 4 mm below the surface of rolls. Additional stress concentrations arise from interaction between the more ductile 
matrix and the harder carbides, giving rise to the splitting of the matrix-carbide interface or breakage of the carbides, 
which are prone to fracture, due to low tensile strength. Once cracks appear in the broken carbides or along them, they 
propagate and join together in a pattern that leads to spalling. In ICDP rolls, the carbide phase is characteristically 
continuous and, hence, the propagation of cracks is more rapid along carbides. It is thus expedient to mention that, 
although higher carbide volume fractions enhance hardness, abrasion, and wear resistance, they nonetheless increase the 
propensity to cracking. 

3.4 Fracture Characteristics 

The SEM examinations were carried out at both low and high magnifications to obtain a general image of the fracture 
topography as well as for observing surface features in greater detail. The general fracture topography of all spalled rolls 
showed brittle features. Figure 6(a) shows the SEM photograph of the fracture surface of roll sample HSM #9 at lOOOx 
magnification. The fracture topography is brittle and shows the decohesion of a graphite nodule. The fracture surface of 
the same sample at another region is also shown in Fig. 6(b) at lOOOx magnification. It is evident from Fig. 6(a) that, 
although the fracture topography is essentially brittle, it is also associated with localized ductile regions (dimpled 
appearance) in the vicinity of the graphite nodule. The fracture features observed in Fig. 6(b) are, however, primarily 
brittle (cleavage) and show manifestations of intergranular cracking and cleavage steps. 





Fig. 6 SEM fractographs of roll sample HSM #9 showing (a) brittle features and small ductile zone as well as 
decohesion near graphite nodule and (b) essentially brittle area exhibiting intergranular cracking and cleavage 
steps; magnification lOOOx 

3.5 EPMA of Phases and Inclusions 

The EPMA of nodular graphite particles in roll samples HSMs #7, 9, 11. 14, and 16 revealed the presence of Al. Si, Mg, 
and Ca in addition to C, while graphite flakes in the other 11 spalled roll samples did not show the presence of Mg. This 
clearly indicated that magnesium was used as an inoculant for the manufacture of rolls exhibiting nodular iron in the 
'shell' regions. The matrix regions in all the spalled roll samples, however, showed the presence of Fe, Si, Ni, and Cr. The 
back-scattered electron (BSE) image of typical nodular - graphite particles observed in roll sample HSM #9 is shown in 
Fig. 7(a) at 180x. The corresponding x-ray dot-mapping images of C, Si, Cr, and Ni are shown in Fig. 7(b), (c), (d) and 
(e), respectively. 




Fig. 7 EPMA scans of nodular graphite particles in roll sample HSM #9 showing (a) BSE image, (b) C x-ray 
map, (c) Si x-ray map, (d) Cr x-ray map, and (e) Ni x-ray map; magnification 180x 

The EPMA investigations of typical NMIs present in the spalled HSM roll samples revealed the existence of both TiN- 
and MnS-type inclusions. The BSE and x-ray dot mapping images of a typical TiN associated MnS inclusion found in roll 
sample HSM #3 (roll life = 38,045 tonnes) are shown in Fig. 8(a) to (d) at lOOOx magnification. It is expedient to mention 
that, although MnS inclusions were observed in many roll specimens, rolls exhibiting lower roll life were found to show a 
higher incidence of brittle and angular TiN inclusions. 




a 


D 




Fig. 8 EPMA scans of TiN associated sulfide inclusion in roll sample HSM #3 showing (a) BSE image, (b) Ti x- 
ray map, (c) Mn x-ray map, and (d) S x-ray map; magnification lOOOx 

Quantitative EPMA was carried out to determine the chemistry and also to ascertain the type of carbides present in the 
spalled HSM roll samples. For analytical authenticity, a number of carbides in each spalled roll sample were analyzed. 


Table 4 shows the ZAF (Z: atomic number correction factor; A: absoiption correction factor; F: fluorescence correction 
factor) corrected quantitative EPMA data of typical eutectic-type carbides observed in roll sample FISM #16. It can be 
seen from the aforesaid table that the carbon content of the carbide phase is 7.853 wt.%. The carbide essentially contains 
Fe (88.018 wt.%) and Cr (4.669 wt.%), with little amounts of Mn (1.149 wt.%) and Mo (0.201 wt.%). The atom 
percentage of carbon in this carbide is 27.912%, while the combined atom percentage of the other associated elements 
(i.e., summation of Fe, Mn, Cr, and Mo) in the carbide was found to be 72.088%. This implies that the carbide phase in 
the spalled roll samples was essentially of M 3 C type. 

Table 4 ZAF-corrected quantitative EPMA analysis of a typical M 3 C-type eutectic alloy carbide in roll 
sample HSM #16 


Concentration Concentration 

Element (wt.%) 

(at.%) 

K{%) 

ZAF 

Z 

A 

F 

C 

7.853 

27.912 

2.956 

2.6566 

0.8264 

3.2146 

1.0000 

Cr 

4.669 

3.833 

5.613 

0.8318 

1.0213 

1.0046 

0.8107 

Mn 

1.149 

0.893 

1.104 

1.0410 

1.0398 

1.0012 

1.0000 

Fe 

88.018 

67.273 

85.959 

1.0240 

1.0203 

1.0035 

1.0000 

Mo 

0.201 

0.089 

0.163 

1.2279 

1.1092 

1.1087 

0.9985 


101.890 

100.00 

95.796 

(PACI) 

(PH-TX) 




K: intensity ratio of a particular element in unknown sample and a pure standard 
ZAF: atomic number, absoiption, and fluorescence correction factor 
Z: atomic number correction factor 
A: absoiption correction factor 
F: fluorescence correction factor 

PFI-TX: Philibert-Tixier’s formula for atomic number collection 
PACI: file name for JEOL’s quantitative analysis program for metals 

4. Conclusions 

The following conclusions have emerged from the present study. 

• Longer roll life is associated with a nodular graphite morphology in the shell (outer) portion of a roller; also, a 
graphite volume fraction 4 to 5% appears optimal. 

• Among the different types of microstructural constituents observed in ICDP iron work rolls, the characteristics of 
the carbide phase have been found to exert a profound influence on roll spalling. 

• Microstructural examination of low life rolls revealed pronounced microcracking of carbides. The tendency of 
such microcracking was particularly noticeable in higher hardness (>1100 VPN) carbides. 

• OIA revealed that higher life rolls exhibited lower carbide volume fractions (range: 20.60 to 30.20%; average: 
25.05%) than lower life rolls, where the carbide volume fraction (range: 33.14 to 43.05%; average: 36.93%) was 
higher. Thus, although carbides are indispensable for hardness, abrasion, and wear resistance of ICDP iron work 
rolls, a higher carbide volume fraction may enhance fragmentation and microcracking propensity and, in turn, 
accentuate subsequent spalling. 
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Fatigue Failure of Malleable Iron Diesel-Engine Rocker Levers Originating at 
Spiking Defects. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: Several diesel-engine rocker levers (malleable iron similar to ASTM A 602, grade M7002) failed at low hours in over¬ 
speed, over-fuel, highly loaded developmental engine tests. Identical rocker levers had performed acceptably in normal engine tests. 
The rocker levers were failing through the radius of an adjusting screw arm. The typical fracture face exhibited two distinct modes of 
crack propagation: the upper portion indicated overload at final fracture, whereas the majority of the fracture suggested a fatigue 
fracture. Investigation (visual inspection, 1.5x/30x/60x magnification, and nital etched 300x magnification) supported the conclusion 
that the rocker levers failed in fatigue, with casting defects, or spiking, acting as stress raisers to initiate failures in highly loaded 
engine tests. Recommendations included shot peening of the levers as an interim measure to reduce the possibility of failure and 
redesign to increase the cross-sectional area of the levers. 

Keywords: Casting defects; Crack propagation; Diesel engines; Rocker levers; Shot peening; Spiking 


Material: ASTM A602 grade M7002 (Malleable (temper graphite) cast iron) 
Failure types: Fatigue fracture; Casting-related failures 


Several diesel-engine rocker levers failed at low hours in overspeed, overfuel, highly loaded developmental engine tests. 
The sand-cast rocker levers were malleable iron similar to ASTM A 602, grade M7002. Identical rocker levers had 
performed acceptably in normal engine tests. 

Investigation. The rocker levers were failing through the radius of an adjusting screw arm (Fig. la). The typical 
fracture face exhibited two distinct modes of crack propagation (Fig. lb). The upper portion, extending approximately 6.4 
mm (0.25 in.) from the top surface, appeared very dark and rough, which would indicate overload at final fracture. The 
majority of the fracture face was very light gray and smooth in appearance. The fanlike fracture surface would be 
characteristic of the brittle, transgranular propagation of a fatigue fracture. 



Fig. 1 Failed malleable iron rocker lever, (a) Illustration showing failure location (arrow), (b) Typical 
appearance of fracture face with dark overload fracture at top, light-gray fatigue fracture, and black casting 
defect (arrow). 1.5x 

The fatigue fracture originated at a small, black-appearing casting defect (arrow in Fig. lb), approximately 1 mm (0.04 
in.) maximum depth by 1 mm (0.04 in.) maximum width, adjacent to the radius on the underside of the adjusting screw 
arm, near the casting parting line. The black appearance was a result of heavy oxidation along interdendritic voids 
connected to the surface by dendrite ribs. A cross section through a similar defect in another rocker lever revealed 
interdendritic-appearing voids surrounded by heavy oxidation and partial decarburization of the adjacent tempered 
martensitic matrix structure (Fig. 2 and 3). 



Fig. 2 Section through a spiking defect in rocker lever similar to that shown in Fig. 45. (a) 30x. (b) 60x 



Fig. 3 Microstructure at and near the spiking defect shown in Fig. 46. (a) Fleavy oxidation within an 
interdendritic void. As-polished, (b) Partial decarburization of the tempered martensitic matrix adjacent to a 
spiking defect. Etched with nital. Both 300x 

Efforts to sort defective rocker levers by means of magnetic-particle inspection and radiography proved ineffective. 
Because fatigue testing is costly and time-consuming, a method was devised to evaluate the effectiveness of foundry 
efforts to correct casting defects. The test method involved sectioning the rocker levers to reduce the cross section in the 
region of the defects and mechanically overloading to initiate fracture in the general location of the defects. A large 
percentage of old and new castings were found to contain the dendritic-appearing defects. The defects located, both with 
and without oxidation, ranged in size to a maximum of 2.5 mm (0.10 in.) deep by 1 mm (0.04 in.) wide on the fractured 
surfaces. 

Conclusions. The rocker levers failed in fatigue, with casting defects acting as stress raisers to initiate failures in highly 
loaded engine tests. The casting defects, known as spiking, were attributable to a solidification condition by which large 
austenite dendrites develop that can create an impossible feeding condition and thus the interdendritic voids. Limiting the 
size of austenite dendrites by increased nucleation should eliminate the spiking defects. 

Corrective Measures. Because initial foundry efforts to eliminate the spiking condition were not totally effective, 
shot peening of the levers was introduced as an interim measure to reduce the possibility of failure. Redesign to increase 
the cross-sectional area of the levers has since eliminated failures through the adjusting screw arm, as verified by fatigue 
testing. 
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Mechanical Failure of a Repair Welded Ferritic Malleable Cast Iron Spring 
Hanger 

Alan A. Johnson and Joseph A. von Fraunhofer, University of Louisville 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The right front spring hanger on a dual rear axle of the tractor of a tractor-trailer combination failed, causing the vehicle 
to roll-over. The hanger was made from malleable cast iron that had been heat treated to produce a decarburized surface layer and 
a pearlitic transition layer. It had been repair welded after breaking into two pieces longitudinally in a prior incident, using cast iron 
as weld metal. The repair weld bead on both surfaces missed the fracture over 15 to 20% of their lengths. The incomplete repair 
weld and brittleness of the weld metal and heat-affected zones led to the failure. 

Keywords: Brittleness; Cracking (fracturing); Heat affected zone; Mechanical properties; Repair welding; Weld metal 


Material: Ferritic malleable iron (Malleable (temper graphite) cast iron) 


Failure types: Brittle fracture; Joining-related failures 


Background 

The right front spring hanger on the dual real - axle of a tractor-trailer combination failed, causing the vehicle to roll over. 
The hanger had fractured longitudinally into two pieces in a prior incident and had been repair welded. Failure occurred at 
this repair weld. 

Applications 

Spring hangers on each side of the vehicle secure springs to the frame. In service they are subjected mostly to 
compressive stresses, except when braking. 

Circumstances leading to failure 

A tractor-trailer combination loaded with wood chips was approaching an intersection on a rural highway. When the 
driver applied the brakes he hear a snap and found that he had lost control of vehicle. The vehicle veered to the left and 
then rolled over. The river suffered a broken neck. 

Specimen selection 

Three samples were cut from the fracture surface and one from a location remote from the fracture. These were mounted 
to provide sections normal to the front and back surfaces of the hanger. 

Visual Examination of General Physical Features 

An exemplar tractor is shown in Fig. 1, and the right front real - axle spring hanger is indicated with an arrow. Figure 2 
shows the relationship between the hanger and the stack of leaf springs on the right side of the vehicle. One half of the 
broken spring hanger, together with the corresponding hanger from the left side of the vehicle, is shown in Fig. 3. The two 
show the same asymmetry because, in fact, both arc hangers intended for use on the left side of the vehicle. This is 
evidenced by the fact that the broken hanger removed from the right side of the vehicle had the letter “L” cast into it. The 
photograph in the figure was taken at a point in the investigation when two metallograhpic specimens had been cut from 
the broken hanger and one had been cut from the unbroken hanger from the other side of the vehicle. 




Fig. 2 The relationship between the right front spring hanger and the stack of leaf springs on the right side of 
the vehicle 




Fig. 3 The broken right front spring hanger and the unbroken left front spring hanger 

Examination of the fracture revealed that it had occurred at a repair weld. Weld beads were present from front to back on 
both the inside and outside surfaces. On both surfaces the weld beads had missed the fracture along 15 to 20% of their 
lengths. Thus, the repair was incomplete. Consistent with this observation, it was found that the corrosion products on the 
part of the fracture not repaired were dark red-brown, while those on the freshly created fracture were bright orange. The 
owner of the tractor had just purchased it in a used condition, and the repair may have been made just before it was 
purchased. 


Metallography 


One of the three metallographic specimens from the fracture is shown after polishing and etching in nital in Fig. 4. The 
weld bead on the outside surface of the hanger, A, had the effect of mending the fracture. That on the inside surface, B, 
missed the fracture surface, C, altogether. Thus at this location only a partial repair of the fracture was accomplished. It is 
estimated that both weld beads missed the fracture over 15 to 20% of their lengths. The hanger’s microstructure remote 
from the surface is shown in Fig. 5. It shows that the hanger was made from malleable cast iron. 



Fig. 4 A metallographic section through the fracture surface. 2.2x 
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Fig. 5 The microstructure of the broken spring hanger. 62x 

The hanger was found to have a decarburized surface layer approximately 0.15 mm (0.006 in.) in depth and, below this, a 
transition zone about 0.40 mm (0.016 in.) in depth. Examination of this transition zone at a higher magnification revealed 
the presence of pearlite. In two of the three metallographic specimens, a layer of martensite was found at the weld 
metal/base metal interface. An example of such an interface region is shown in Fig. 6. The martensite is shown at a higher 



Fig. 6 A region of weld metal/base metal interface that exhibits martensite. 38x 




Fig. 8 The microstructure of the weld metal. 304 x 

EDAX measurements 

The three metallographic specimens were subjected to electron dispersive analysis by x-ray (EDAX) in a scanning 
electron microscope. The results, which are semiquantitative, are shown in Table 1. The instrumentation used was not 
capable of detecting carbon. The EDAX data, in conjunction with the metallographic examination, indicate that both the 
weld metal and the hanger are cast iron. 


Table 1 EDAX results obtained on the broken spring hanger and its weld metal 


Specimen No. 

Location 

Composition, % 



Fe 

Mn 

Si 

1 

Weld metal 

97.7 

0.5 

1.8 

1 

Weld metal 

96.8 

0.7 

2.5 

1 

Weld metal 

89.7 

0.7 

9.6 

1 

Base metal 

91.7 

0.6 

7.69 

2 

Weld metal 

97.9 

0.6 

1.5 

2 

Weld metal 

98.7 

0.6 

0.7 

3 

Weld metal 

97.5 

0.7 

1.8 

3 

Weld metal 

95.8 

0.6 

1.1 

3 

Base metal 

95.9 

0.4 

3.7 


Microhardness measurements 

Microhardness measurements were carried out on the specimen shown in Fig. 4 using a Vickers rnicrohardness tester with 
a 200 gm (7 oz) load. The results are shown in Table 2. Standard deviations are not given because of hardness gradients in 
the weld beads. 

Table 2 Microhardness measurements made on the metallographic section shown in Fig. 4 


Location 

Hardness, 

, VPN 


Base metal 

153, 185, 

141, 146, 

156, 1129 


155, 143, 

130, 140, 

131 

Weld bead on inner surface 

430, 426, 

401 


Weld bead on outer surface 

366, 385, 

397 



Discussion 




The spring hanger was made from ferritic malleable cast iron. This is, of course, produced by the heat treatment of a 
white iron casting in a neutral atmosphere (Ref 1). Decarburization is limited and produces a shallow decarburized 
surface layer and a thin associated pearlitic transition zone. The rest of the casting has an ordinary malleable cast iron 
microstructure. Sometimes the term “blackheart” malleable cast iron is used to describe this kind of material. 

The weld metal exhibits a microstructure characteristic of rapid solidification. The white phase is cementite, and its 
presence is reflected in its high microhardness (Table 2). A somewhat similar micrestructure can be found in the ASM 
Metals Handbook (Ref 2). The martensite found at the weld metal/base metal interface was formed as the heat-affected 
zone was austenitized and then rapidly cooled. Both the cementite and the martensite are, of course, brittle. 

Conclusion 

This failure was caused by a combination of two factors. First, the repair weld was incomplete. This subjected the region 
that had been partially repaired to complex stresses, even though the overall stress on the spring hanger when in service 
was mainly compressive. Secondly, the weld was brittle because it contained cementite and martensite. Apparently, the 
weld was not preheated to prevent these from forming. 

The safety of the driver of the tractor-trailer combination depended on the integrity of this spring hanger. Once broken it 
should have been discarded and replaced by a new one. It is not possible to achieve ductility in a malleable cast iron 
repair weld using a cast iron welding rod even with preheating. In the present case, the problems associated with such a 
repair were compounded by the carelessness of the welder. 
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Galvanic-Corrosion Failure of a Malleable Iron Latch in a Valve for an Automatic 
Sprinkler System 

From: W.G. Ashbaugh, Corrosion Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 172- 
202 


Abstract: One of three valves in a dry automatic sprinkler system tripped accidentally, thus activating the sprinklers. Maintenance 
records showed that the three valves had been in service approximately 21 months. The valve consisted of a cast copper alloy 
clapper plate that was held closed by a pivoted malleable iron latch. The latch and top surface of the clapper plate were usually in a 
sanitary-water environment (stabilized, chlorinated well water with a pH of 7.3) under stagnant conditions. Process make-up water 
that had been clarified, filtered, softened, and chlorinated and had a pH of 9.8 was occasionally used in the system. Analysis (visual 
inspection and 250x micrograph) supported the conclusions that failure of the latch was caused by plastic deformation from 
extensive loss of metal by galvanic corrosion and the sudden loading related to the tripping of the valve. Failure in some regions of 
the contact area was by ductile (transgranular) fracture. Recommendations included changing the latch material from malleable iron 
to silicon bronze (C87300). The use of silicon bronze prevents corrosion or galvanic attack, and proper adjustment of the latch 
maintains an adequate contact area. 

Keywords: Control valves; Water supply 


Material: Malleable iron (Malleable (temper graphite) cast iron) 


Failure type: Galvanic corrosion 



One of three valves in a dry automatic sprinkler system tripped accidentally, thus activating the sprinklers. A check of the 
system indicated that the two other valves were about to trip. Maintenance records showed that the three valves had been 
in service approximately 21 months. 

The valve consisted of a cast copper alloy clapper plate that was held closed by a pivoted malleable iron latch (Fig. la). 
The latch and top surface of the clapper plate were usually in a sanitary-water environment (stabilized, chlorinated well 
water with a pFI of 7.3) under stagnant conditions. Process make-up water that had been clarified, filtered, softened, and 
chlorinated and had a pFI of 9.8 was occasionally used in the system. 




Fig. 1 Sprinkler system in which a malleable iron deluge clapper latch failed from galvanic attack caused by 
contact with a copper alloy clapper in stagnant water, (a) Schematic illustration of sprinkler system showing 
deluge clapper latch that failed, (b) Photograph of clapper latch showing effects of galvanic attack at area of 
contact (near top) with cast copper alloy clapper plate and crevice corrosion (lower left), (c) Micrograph of a 



cross section of the failure area on the clapper latch showing the pattern of the corrosion and elongated grains 
in the microstructure (indicative of a ductile type of failure). 250x 

Water pressure on the bottom side of the clapper plate varied from 240 to 1035 kPa (35 to 150 psi). During a fire 
emergency, heat detectors activated a switch, releasing a weight that pivoted the lip of the latch away from the clapper. 
Water pressure forced the clapper plate upward, allowing water to flow through the system. 

Investigation. Visual examination of the latch and clapper plate showed corrosion at the contact surfaces between the 
clapper plate and the latch. Figure 1(b) shows the large amount of metal dissolved from the clapper latch, leaving only 
about half of the original amount of metal to hold the clapper in a closed position. Also visible in Fig. 1(b) are indications 
of crevice corrosion where the latch was hinged to the main body of the valve: this attack, however, did not contribute to 
the failure. 

A micrograph of a section through the contact area of the malleable iron clapper latch (Fig. lc) showed elongated grains 
and substantial deformation, as well as the pattern and depth of the corrosion, which had drastically weakened the 
remaining metal in the contact area. Other areas of the failure surface showed transgranular cracks. 

Discussion and Conclusions. Corrosion of the malleable iron latch was by galvanic action and greatly reduced the 
shear load the latch was capable of withstanding. If the latch were not properly adjusted or corrosion decreased the 
contact area considerably, the applied stress on actuation could exceed the shear strength of the material. In this instance, 
the contact area was reduced to about half its normal size, and the shear strength of the remaining metal was reduced by 
the penetrating galvanic corrosion. 

When the sprinkler valve accidentally Pipped, plastic deformation, characteristic of ductile failure, occurred. Failure of 
the latch was caused by extensive loss of metal by galvanic corrosion and the sudden loading related to the Pipping of the 
valve. The malleable iron latch had been corroded to such an extent that it failed mainly by plastic deformation. Failure in 
some regions of the contact area was by ductile (transgranular) fracture. 

Corrective Measures. The latch material was changed from malleable iron to silicon bronze (C87300). The use of 
silicon bronze prevented corrosion or galvanic attack, and the latch was kept properly adjusted to maintain an adequate 
contact area. The replacement latches were still in satisfactory condition after more than 14 years. 
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Rapid Wear of Shell Liner Due to Severe Abrasion 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: A high-chromium white cast iron shell liner was used in an ore-crushing operation to process taconite rocks. Impact from 
the rocks fractured particles from the surface of the liner. Visual-optical examination revealed that particles were fractured off the 
surface, with cracks aligned horizontally in the shell liner. Metallographic examination indicated a heavily deformed surface layer 
with chip formation at the wear surface. The chemical composition of this shell liner was Fe-2.74C-0.75Mn-0.55Si-0.51Ni-19.4Cr- 
1.15Mo. This alloy is excellent for resistance to abrasive wear. Flowever, little plastic displacement will occur, resulting in brittle 
cracking (chipping) of the surface material. Rapid wear was a result of severe abrasion caused by the impact of taconite rock. This 
was a material-selection problem, the wrong alloy was used for a condition not anticipated in the original choice. Because the exact 
service condition was not known at the time, a similar alloy with improved toughness should be applied. Also, the proper installation 
of the shell liners should ensure sufficient backing to reduce chipping damage from impact. 

Keywords: Chipping; Crushers; Impact; Taconite 


Material: Fe-2.74C-19.4Cr-l.15Mo-0.51Ni (White (carbidic) cast iron) 


Failure type: Abrasive wear 


This high-chromium white cast iron shell liner was used in an ore-crushing operation to process taconite rocks. Impact 
from the rocks fractured particles from the surface of the liner. 

Investigation. Visual-optical examination revealed that particles were fractured off the surface, with cracks aligned 
horizontally in the shell liner. Metallographic examination indicated a heavily deformed surface layer with chip formation 
at the wear surface. Deformation and chip formation at the wear surface is shown in Fig. 1. The chemical composition of 
this shell liner was Fe-2.74C-0.75Mn-0.55Si-0.51Ni-19.4Cr-l.15Mo. This alloy has low ductility and toughness and is 



excellent for resistance to abrasive wear. However, little plastic displacement will occur with this material, resulting in 
brittle cracking (chipping) of the surface material. Also, impacting by a hard substance will result in chipping. 



Fig. 1 Wear surface of a shell liner cast from high-chromium white iron. The chip formation initiates at points 
of the brittle carbide (Cr 7 C 3 ) fracture. 125x 

Conclusions. Rapid wear was a result of severe abrasion caused by the impact of taconite rock. This was a material- 
selection problem in that the wrong alloy was used for a condition not anticipated in the original choice. 
Recommendations. Because the exact service condition was not known at the time, a similar alloy with improved 
toughness should be applied. Also, the proper installation of the shell liners should ensure sufficient backing to reduce 
chipping damage from impact. 

Related Information 

J.A. Hawk, R.D. Wilson, D.R. Danks and M.T. Kiser, Abrasive Wear Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 906-921 


Rapid Wear of an Impact Breaker Bar Due to Excessive Retained Austenite 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: An impact breaker bar shoed signs of rapid wear. The nominal composition of this chromium alloy cast iron was Fe-2.75C- 
0.75Mn-0.5Si-0.5Ni-19.5Cr-l.lMo. The measured hardness of this bar was 450 to 500 FIB. The desired hardness for this material 
after air hardening is 600 to 650 FIB. The microstructure consisted of eutectic chromium carbides (Cr7C3) in a matrix of retained 
austenite and martensite intermingled with secondary carbides. Analysis (visual inspection and 500x view of sections etched with 
Marble's reagent) supported the conclusion that the low hardness resulted from an excessive amount of retained austenite. This 
caused reduced wear resistance and thus rapid wear in service. Recommendations included avoiding an excessive austenitizing 
temperature and excessive cooling rates from the austenitizing temperature and controlling the chemical composition to avoid 
excessive hardenability for the section size involved. 

Keywords: Breaker bars; Castings; Retained austenite; Wear resistance 


Material: Fe-2.75C-19.5Cr-l.lMo (White (carbidic) cast iron) 


Failure type: (Other, miscellaneous, or unspecified) wear 


The nominal composition of this chromium alloy cast iron was Fe-2.75C-0.75Mn-0.5Si-0.5Ni-19.5Cr-l.lMo. The 
measured hardness of this bar was 450 to 500 HB. The desired hardness for this material after air hardening is 600 to 650 
HB. The microstructure shown in Fig. 1 consists of eutectic chromium carbides (Cr 7 C 3 ) in a matrix of retained austenite 
and martensite intermingled with secondary carbides. 




Fig. 1 Microstructure of a cast iron breaker bar that suffered premature wear. The structure is eutectic 
chromium carbide (Cr 7 C 3 ) in a matrix of retained austenite and martensite. Some patches of martensite are 
intermingled with secondary carbides. Etched with Marble's reagent. 500x 

Conclusions. The low hardness resulted from an excessive amount of retained austenite. This caused reduced wear 
resistance and thus rapid wear in service. 

Recommendations. To reduce retained austenite, recommendations consisted of avoiding an excessive austenitizing 
temperature and excessive cooling rates from the austenitizing temperature and controlling the chemical composition to 
avoid excessive hardenability for the section size involved. 

Related Information 

R.G. Bayer, Fundamentals of Wear Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM 
International, 2002, p 901-905 


Premature Failure of a Deburring Drum Initiated by Fatigue at a Stress 
Concentration Caused by a Sharp Corner at a Bolt Hole. 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: Several deburring drums that fractured were filled with abrasive, water, and small parts, such as roller bearing rollers, 
and they rotated on their axis at 36 rpm. Cracks were discovered very early in the service lives of these castings manufactured of 
high-chromium white iron. All of the fractures were through the bolt holes of the mounting flange. A sharp corner of the bolt-hole is 
a probably stress-concentration site, and there was uneven wear pattern on the inside diameter of the hole. In operation, the 
mounting bolts were frequently found to be loose and in at least one case broken off. A 25x scanning electron microscopy (SEM) 
fractograph from near this fracture-initiation area showed fatigue striations. No casting or metallurgical structural defects were found 
that could explain the failures. This evidence supports the conclusion that cracking was a result of the stress-concentration site at 
the bolt holes of the mounting flange where a fatigue-initiated fracture occurred. Recommendations included that the radii be 
increased at the sharp corners of the bolt holes. Also suggested was the use of lock-wiring to secure against bolt loosening. 
Keywords: Bolted joints; Deburring; Drums (containers); Stress concentration 


Material: Fe-2.79C-25.2Cr (White (carbidic) cast iron) 


Failure type: Fatigue fracture 


Deburring drums are filled with abrasive, water, and small parts, such as roller bearing rollers, and they rotate on their 
axis at 36 lpm. Cracks were discovered very early in the service lives of these castings manufactured of high-chromium 
white iron. 

Investigation. All of the fractures were through the bolt holes of the mounting flange. Figure 1(a) shows the probable 
fracture origin at a shaip corner of the bolt hole. This sharp corner is a stress-concentration site. Figure 1(a) also shows an 
uneven wear pattern on the inside diameter of the hole. In operation, the mounting bolts were frequently found to be loose 
and in at least one case broken off. Figure 1(b) shows a scanning electron microscopy (SEM) fractograph from near this 
fracture-initiation area. This secondary electron image illustrates fatigue striations. No casting or metallurgical structural 
defects were found that could expl ain the failures. The chemical composition of this sample was: 


Element 

Composition, % 

Carbon 

2.79 

Manganese 

0.77 

Phosphorus 

0.019 

Sulfur 

0.019 

Silicon 

0.90 

Nickel 

0.18 

Chromium 

25.2 

Molybdenum 

0.24 


Iron 


rem 





Fig. 1 Failed cast iron deburring drum, (a) Light fractograph showing the probable fracture origin at a sharp 
corner of a bolt hole. 0.25x. (b) SEM fractograph showing fatigue striations at the area of suspected fracture 
origin. lOOOx 

Conclusions. Cracking was a result of the stress-concentration site at the bolt holes of the mounting flange where a 
fatigue-initiated fracture occurred. 

Recommendations. It was recommended that the radii be increased at the sharp comers of the bolt holes. Also 
suggested was the use of lock-wiring to secure against bolt loosening. 

Related Information 


Fatigue Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


B.A. Miller, Overload Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
671-699 


Failure of High-Chromium White Iron Shell Liners Due to Mechanical Abuse 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: Two broken ball-mill liners from a copper-mine ore operation were submitted for failure analysis. These liners failed 
prematurely, having reached less than 20% of their expected life. The chemical composition of the liners was within specifications 
for high-chromium white cast iron. The two broken liners were sand blasted for visual inspection and subsequent metallography and 
hardness testing. Many cracks were found externally and on the undersides. There were also signs of mechanical damage that 
occurred inside the mill before detection of the failures. The underside cracking is significant because the user advised that the liners 
were not backed in the installation. Cracking was present in the microstructures of both liners. These cracks tend to fracture the 
brittle carbide phase first; once nucleated, the sharp cracks can propagate and grow to critical dimensions, which eventually induces 
complete failure to the load-bearing section. The premature failure of these liners was caused by severe localized overstress 
conditions due to localized impact in service. Proper backing of shell liners should be ensured to reduce the effect of impact forces in 
the ball mill. 

Keywords: Ball mills; Copper ores; Impact; Stresses 


Material: White iron (White (carbidic) cast iron) 


Failure types: Impact wear; Brittle fracture 


Two broken ball-mill liners from a copper-mine ore operation were submitted for failure analysis. These liners failed 
prematurely, having reached less than 20% of their expected life. 

Investigation. The chemical composition of the liners was reported to be within specifications for high-chromium 
white cast iron. The two broken liners were sand blasted for visual inspection and subsequent metallography and hardness 
testing. Many cracks, several of which are illustrated in Fig. 1, were found externally and on the undersides. These views 
also show signs of mechanical damage that occurred inside the mill before detection of the failures. The presence of 
considerable cracking at the underside is significant because the user advised that the liners were not backed in the 
installation. 





Fig. 1 Fractured liners from a ball mill, (a) Fractured surface, (b) Cracks at underside. Both approximately 
0.2x 

Radiographic examination revealed a complete absence of shrinkage or other major defects. Hardness surveys on liner 
sections ranged from 550 to 600 HB for liner 1 and from 600 to 650 HB for liner 2. These values are within the specified 
limits for this part. Retained austenite content as determined by x-ray diffraction with corrections applied for 30% 
estimated volume fraction of carbide was 24.6% for liner 1 and 22.0% for liner 2. These values are within specifications. 
The microstructures of both liners near the crack location consisted of massive primary chromium carbide in a matrix of 
martensite, austenite, and secondary carbide particles. The primary carbide is the light-etched constituent in Fig. 2(a). 
Cracking was present in the microstructures of both liners (Fig. 2a and b). The cracks occurred mostly in the massive 
carbides, with their propagation direction essentially independent of carbide-phase orientation. The shattered appearance 
of these carbides indicated the presence of several localized stresses. These cracks tend to fracture the brittle carbide 
phase first; once nucleated, the shaip cracks can propagate and grow to critical dimensions, which eventually induces 
complete failure to the load-bearing section. Small amounts of ferrite (the dark-etching constituent shown in Fig. 2c) were 
observed in both liners. The presence of small amounts of pearlitc was attributed to slow cooling rates after the solution 
treatment. Although pearlitc may slightly degrade abrasion resistance, its minor presence did not contribute to the failures. 



Fig. 2 Microstructures of the fractured ball-mill liners shown in Fig. 1. (a) Primary carbides are the light¬ 
etching constituent; cracks are also present. 275x. (b) Crack morphology and shattered appearance of many 
primary carbides attributed to severe, localized stresses in service. 275x. (c) Pearlite present in the matrix. 
500x. (a) and (c) Etched with Marble's reagent, (b) As-polished 

Conclusion. The premature failure of these liners was caused by severe localized overstress conditions due to localized 
impact in service. 

Recommendations. Proper backing of shell liners should be ensured to reduce the effect of impact forces in the ball 
mill. 

Related Information 

R. Lewis and R. Dwyer-Joyce, Impact Wear Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 965-974 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
671-699 

Failure of a High-Pressure Water-Line Plug in a Fire Sprinkler System 

David O. Leeser, Consulting Engineer 

From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A white cast iron water-line plug in a fire sprinkler systems split during leak repair. Examination revealed no material 
flaws, fatigue, or excessive corrosion. The plug head exhibited signs of excessive loads used in attempts to force the plug farther 
into the pipe. The evidence obtained indicated that the failure resulted from human error. 

Keywords: Castings; Pipe Plugs; Splitting 

Material: White iron (White (carbidic) cast iron) 

Failure type: (Other, general, or unspecified) fracture 


Background 


A 32 mm r 4 in.) pipe plug (Fig. 1 and 2) split water line pressurized at 550 kPa (80 psig). The worker was injured by a 


flying fragment of the plug. 




Fig. 1 Reassembled pieces of the plug, showing the remains of Teflon in the threads at the bottom of the plug 
and deposit-filled threads at top. Note missing portion of threads. 2.3x. 



Fig. 2 Same as Fig. 1, shown at a slight angle to accentuate the damaged corner at top, caused by excessive 
force and impact applications. 1.96x. 

Visual Examination of General Physical Features 

Threaded portions that were fully screwed into the pipe were clean, and pieces of Teflon (used as a joint sealant) were 
embedded against the machined surfaces. In contrast, the threads on portions that were exposed were covered with a dirty 
deposit, possibly from a pipe-sealing compound that may been used in a preliminary attempt to seal the leak from the 
outside. 

A small section of thread was missing, having broken off because of the bending moments caused by forces used in futile 
attempts to drive the plug farther into the pipe to seal the leak. A corner of the plug head (Fig. 1 and 2) showed evidence 



of metal distortion and/or removal by a tool to which excessive force had been applied. On-site investigation revealed that 
the plug had “bottomed.” 

Testing Procedure and Results 


Surface examination 


Microfractography. Fracture surfaces on both parts of the submitted 32 mm l 1 4 in.) plug showed no evidence of 
fatigue or of any preexisting crack or cavity (Fig. 3 and 4). The portion of the plug that was freed from the system by the 
break showed no rust, whereas the exposed portion that remained in the pipe was covered with loose rust deposited by the 


stagnant water as the line drained. 



Fig. 3 Top section of plug after break, showing clean fracture surface. 2.2x. 



Fig. 4 Bottom section of plug after break, showing enlarged mating surface to that in Fig. 3. Notches in inner 
diameter were caused by removal tool; cut-out portion removed for SEM samples (see Fig. 5 and 6). 2.2x. 



Fig. 5 SEM fractograph of surface of broken cast iron plug. 81 x. 




Fig. 6 Higher-magnification view of center of area shown in Fig. 5. 243x. 

Metallography 

Microstructural Analysis. Micrographic studies of a small cut from the threaded section identified the plug as a 
high-quality white iron casting, with minimum porosity. This was confirmed by scanning electron microscope (SEM) 
fractographs (Fig. 5 and 6). Fatigue cracking, or the presence of other types of preexisting cracks were not in evidence. 
The microstructure also showed that the casting had been heated before machining in order to relieve any residual stresses 
and coat the surfaces with a corrosion-resistant oxide film. 

Conclusion and Recommendations 

Most probable cause 

The square head on the plug showed effects of excessive loads that were applied in attempts to force the plug farther into 
the pipe and thereby seal a leak between the mating threads. Impacts were probably applied either to the handle or to an 
extension of a wrench that was locked onto the square head. 

Fracture occurred at the interface where the plug was no longer supported by the pipe threads. The standard machined 
threads reacted normally as stress raisers to cause the material to crack and fracture at the root of the thread when unduly 
severe impacts and bending were applied. 

Because the water line was under 550 kPa (80 psig) of pressure, the water acted as a powerful, concentrated jet stream, 
propelling the broken end of the plug at high velocity. 

How failure could have been prevented 


The severity of the accident would have been greatly reduced if the line had been depressurized and/or drained as a safety 
precaution, before force was applied to the system. 


Analysis of a Plating Peeling Problem on an Integrated Circuit Leadframe by 
XPS 


From: D.A. Ryder, T.J. Davies, I. Brough, and F.R. Hutchings, General Practice in Failure Analysis, Failure Analysis and Prevention, 
Vol 11, ASM Handbook, ASM International, 1986, p 15-46 


Abstract: Peeling of a 90Sn-10Pb solder coating from a 1.25-Ym (50-Yin.) thick copper underplating on an Alloy 42 (Fe-42Ni) 
leadframe was observed during the lead-bending operation. The plating separation was at the solder/copper interface, and the 
exposed copper plating was dark and stained. After 10 min of argon ion etching to a depth level of approximately 20 nm below the 
original surface, XPS revealed that the underside of the solder plating contained carbon, oxygen, nitrogen, copper, and potassium, 
and the sodium and potassium levels were much higher than those observed on the mating copper underplating surface. Ion etching 
for 30 min revealed only metallic copper. Processing analysis showed the copper underplating was performed using a copper cyanide 
bath, and the presence of the contaminants at the failed interface can be explained as an accumulation of plating salts. Thus, the 
excessive accumulation on the surface of the copper underplating by these agents appeared to have caused the plating peeling 
problem. Recommendation was that the leadframe surface should be properly cleaned after the copper underplating, thus 
eliminating buildup of plating salts and organic brighteners in the copper plating bath. 

Keywords: Integrated circuits; Lead frames; Peeling; Solder plating; Surface analysis (chemical) 


Materials: Fe-42Ni (Iron alloy, general); 90Sn-10Pb (Tin-lead) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Peeling of a 90Sn-10Pb solder coating from a 1.25-(rm (50-|iin.) thick copper underplating on an Alloy 42 (Fe-42Ni) 
leadframe was observed during the lead-bending operation. The plating separation was at the solder/copper interface, and 
the exposed copper plating was dark and stained. 

Investigation and Results. The leadframe was bent to peel the plating, and the freshly exposed surfaces, that is, 
exposed copper plating and the underside of the solder plating, were analyzed for surface chemistries by XPS. Both 
surfaces were analyzed in the as-received condition and after 10 min of argon ion etching to a depth level of 
approximately 20 nm below the original surface. The XPS spectra are shown in Fig. 1(a) to 1(d). 





Fig. 1 X-ray photoelectron spectrum obtained during analysis of an integrated circuit leadframe. Spectrum 
obtained on the as-received surface of the exposed copper underplating on the leadframe. (b) Spectrum 













obtained on the surface of the exposed copper underplating on the leadframe after a 10-min argon ion etch, (c) 
Spectrum obtained on the as-received surface on the underside of the peeled solder plating, (d) Spectrum 
obtained on the underside of the peeled solder plating after a 10-min argon ion etch. (A) represents Auger 
spectrum. 

The surface of the exposed copper plating on the leadframe revealed oxidized copper along with carbon, nitrogen, sulfur, 
potassium, tin, and lead, in order of decreasing concentration. At approximately 20 nm below the original surface, the 
carbon and oxygen levels were reduced considerably, nitrogen and sulfur were not present, and metallic copper, with 
small amounts of potassium, tin, and lead, was observed. 

The underside of the solder plating revealed carbon, oxygen, nitrogen, copper, and potassium, in order of decreasing 
concentration. The sodium and potassium levels were much higherthan those observed on the mating copper underplating 
surface. Analysis by XPS at a depth of approximately 20 nm below the surface indicated an increase in the amount of 
metallic copper and a decrease in carbon, oxygen, nitrogen, and potassium. Further ion etching for 30 min revealed only 
metallic copper. No lead or tin from the solder was observed on the underside of the peeled solder plating at the failed 
surface, indicating that a copper-rich surface layer from the copper underplating had separated with the 90Sn-10Pb. 

The copper underplating was performed using a copper cyanide bath containing potassium cyanide, carbonate and 
hydroxide, Rochelle salt (potassium-sodium tartarate), and proprietary organic brighteners. Therefore, the presence of 
potassium, carbon, nitrogen, and oxygen at the failed interface can be explained as an accumulation of plating salts. The 
solder plating was fused at elevated temperature, which caused countercurrent diffusion of lead and tin into the copper 
plating and diffusion of copper into the 90Sn-10Pb solder plating. 

Conclusions. The 90Sn-10Pb solder plating peeled from the copper underplated leadframe. Excessive accumulation of 
plating salts and organic brighteners, as well as associated oxidation of copper on the surface of the copper underplating 
by these agents (by moisture absoiption), caused the plating peeling problem. 

Recommendations. Excessive buildup of plating salts and organic brighteners in the copper plating bath should be 
eliminated, and the leadframe surface should be properly cleaned after the copper underplating. 

Related Information 

J.G. Newman, Chemical Characterization of Surfaces, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 527-537 


Harvard Bridge Eyebar Failures 

Ronald F. Brodrick, Teledyne Engineering Services 


From: Analyzing Failures: The Problems and the Solutions (Proceedings of the Failure Analysis Program and Related Papers 
presented at the International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis), 
V.S. Goel, Ed., American Society for Metals, 1986 


Abstract: The century-old Harvard bridge spans the Charles River between Boston and Cambridge. About half of the 23 spans are 
suspended by wrought iron eyebars. Recent failures of some of these eyebars were examined. The primary cause of failure was the 
seizure of the joints at the eyebar pin locations as a result of the intrusion of water and salt, and the consequent heavy corrosion of 
the joint. The seizure of these joints led to high edgewise bending stress in the bars as the bridge underwent thermal movement. 
The cracking was enhanced by the presence of the corrosive medium so that the cracks were initiated and caused to grow by some 
combination of corrosion fatigue and stress corrosion cracking, the former probably being predominant. 

Keywords: Bridges; Eyebars; Seizing 


Material: Wrought iron (Iron alloy, general) 


Failure types: Corrosion fatigue; Stress-corrosion cracking 


Introduction 

This paper describes failures of supporting eyebars on the Harvard bridge which spans the Charles River between Boston 
and Cambridge Massachusetts. The bridge carries Massachusetts Avenue traffic across the river to a point at the location 
of MIT. The bridge also carries communication equipment, including several thousand telephone circuits. This bridge is 
almost one hundred years old, having been opened in the early 1890s when the major traffic was that of sheet railway 
vehicles. It consists of four lanes, two in either direction, plus sidewalks along either side. The original design was such as 
to support the heavy street railway car traffic along the center two lanes and then lighter traffic which, in those days 




consisted mostly of horse and carriage traffic, at the outer two lanes. The foot traffic on the sidewalk was carried beyond 
the outer two lanes and was pretty much incidental as far as loads are concerned. As will be mentioned later, the design of 
the supporting structure reflects this load distribution. 

Several changes to the structure have been made over its century of life. Perhaps the major change was the elimination of 
a draw section near the middle and its replacement by a fixed span similar to those other sections of the bridge which we 
shall discuss shortly. Several episodes of repair and refurbishment of the bridge have occurred. The major supporting 
structure, however, is pretty much as it was originally built. 

In the early days, the Charles River was a tidal basin at the point where the Harvard bridge spans it such that, although the 
Charles itself is fresh, salt water came in with the tide. Later, a dam was built downstream of the bridge preventing salt 
water from reaching this portion of the river. The water passing under the bridge is now fresh although anyone 
entertaining thoughts of swimming in it might take exception to this description. A considerable pollution problem has 
existed in the past but is now pretty well corrected. In any case, the bridge in its early days was exposed to the presence of 
salt water in its vicinity. Currently, although the water is fresh, the distance to the Boston harbor is rather small so that the 
salt air and its corrosive capabilities are present. In addition, modern usage calls for the application of road salt in the 
wintertime. This also contributes to the considerable corrosion that is now observed on the bridge. The corrosion is worse 
toward the sides of the bridge since these are exposed more to rain water than is the underneath section. Also, the road 
salt tends to wash off and run down the sides. We mention the corrosion since it played an important part in the eventual 
failure of the eyebars which are being discussed here. 

This report covers the first two eyebar failures to have been discovered on the bridge and the study of the fracture of one 
of the eyebars as well as the determination of the underlying causes of these failures. 

General Design Features 

The bridge is comprised of some 23 spans which are supported on stone piers which are, in turn, founded on a solid 
surface well below the river bottom. The piers alternate in spacing between about 23 meters and 32 meters (76 feet and 
104 feet), this alternation being carried on all the way across the river. Cantilever girders extend out both sides of each 
pier. In the cases of the piers which are closer together, these girders join to form a continuous structure between the 
piers. In the cases of the wider spacing, the gap between the ends of the paired cantilevers is filled by a suspended span. 
The bars which attach the suspended span to the cantilevered ends are the eyebars of interest in this study. This 
arrangement is shown in Fig. 1. 



Fig. 1 Hanger Configuration (Schematic). 

A cross section of the structure, shown schematically in Fig. 2, shows that there are four main longitudinal girders. This 
girder structure extends throughout the length of the bridge. It is noted that the center girders are considerably heavier 
than the outer girders, this being consistent with the original intent for the bridge to carry the heavy street railway cars in 
the center and the lighter horse, carriage and pedestrian traffic at the sides. The deck and sidewalk structure are placed on 
top of the longitudinal girders, the walk extending out beyond the outer girders. The deck and walk structures have been 
subjected to several stages of evolution throughout the life of this bridge. These changes are not relevant to the present 



Fig. 2 Cross Section of Bridge (Schematic). 



At the points where the suspended spans join the cantilevered spans, each girder is suspended by two eyebars. Thus, with 
the four main longitudinal girders, there are eight eyebars at each of these locations for a total of 16 eyebars for each of 
the suspended spans. With 10 completely suspended spans plus a half-span at the Cambridge end, there are 168 eyebars in 
the bridge. (The region of the original draw section does not have the bars.) The center eyebars at each location, i.e., those 
which attach to the heavier center girders arc larger than the outer ones. These center bars are 35 mm (1.5 in) thick by 203 
mm (8 in) in width and 760 mm (3 ft) on pin centers. The outer bars are shaped like eyebars, i.e., they have a central 
section of 25 mm (1 in) thickness by 101 mm (4 in) width, the width increasing in the region of the pins to approximately 
250 mm (10 in). This shape can be seen in Fig. 3. It is these outer eyebars which have exhibited failures. No failures of 



Fig. 3 Downstream Eyebar. 

The method of attachment of the eyebars is shown in Fig. 4. It is seen that the eyebars articulate with a pin at either end 
and that this pin passes through two eyebars as well as the upper or lower girder attachment, as the case may be. Note that 
the recessed nuts which retain the pins create a cavity which encompasses the outer portion of the pin and part of the outer 
surface of the eyebar. Otherwise, the different portions of the structure are clamped together by the nut forces. As will be 
discussed later, this arrangement creates a crevice between each eyebar and the mating girder as well as a crevice at the 
point where the recessed nut eyebar. These crevices then become regions in which corrosive material can be collected, 
such as water or salt solution. They are completely inaccessible for purposes of lubrication or inspection. 




Fig. 4 Pin and Nut Assembly. 

The design obviously was intended to have the major load on the eyebar be that of tension arising from the dead and live 
loads imposed on the suspended spans are earned through the eye-bars to the cantilevered spans. The eyebars may carry 
some side load resulting from fitup errors or from lateral components of any forces created by the live loads. They also 
carry bending loads in the plane of the eyebars as the bridge expands and contracts. These bending loads are restricted to 
the values which can be earned through pin structures, i.e., normally only the friction forces of rotation at the joints. 

Failures 

The bridge is subjected to periodic inspections. The responsible authorities are fully aware of the age and general 
condition of the bridge. They are alert to any hazardous condition which might arise from the corrosion or other wear and 
ageing aspects. The deterioration of the bridge over time is apparent in many areas. Thus, the eyebars represent only one 
of numerous structural features which must be examined and on which safety judgements must be made on a periodic 
basis. 

During an examination shortly after the failure of the Mianus River bridge in Connecticut, particular attention was paid to 
the suspending eyebars. At this time, two failed eyebars were discovered. These eyebars were both on the same end of the 
same span. One of the bars was on the outside face of the downstream longitudinal girder. The other failed eyebar was on 
the inside face of the upstream longitudinal girder. Fig. 3 shows the downstream failure which is near the bottom end of 
the straight midsection of the eyebar. Fig. 5 shows the other eyebar failure which is of similar appearance except that it is 
near the upper end of the straight section of the eyebar'. In both cases the eyebar was completely fractured so that it could 
no longer carry any load. It should be recalled that there are a total of eight eyebars transversely- across the span at each 
location. Thus there is sufficient redundancy in the system so that a catastrophic failure is not likely unless two eyebars 
fail as a pair at a single joint. Nevertheless, the responsible authorities wisely chose to restrict traffic on the bridge until 
the failures could be discussed and, possibly, corrected. Since these bar's were near' the outer edges of the span and, as you 
will recall, the center two lanes are supported by heavier structure, the traffic on the bridge was restricted to the center 
two lanes. Furthermore, commercial traffic has been prohibited until further corrective action can be taken. 



Fig. 5 Upstream Eyebar. 

The long end of the upstream eyebar was removed for examination. This removal was accomplished with great difficulty 
since the entire joint assembly was badly rusted such that the joint had seized up and could not be moved. The generous 
application of heavy sledgehammer blows over a considerable period of time finally led to success in loosening the joint 
sufficiently such that one end of the eyebar could be removed. 

Fracture Analysis 

The failure analysis was limited to visual examination, including low power magnification, some metallurgical 
examination and some simple calculations. Although fracture tests and some crack growth studies could have been 
performed, it was felt that the fundamental causes of the failures were determined without these investigations. Budgetary 
limitations also influenced this decision. Detailed examination of the fracture surface by electron microscope or other 
sophisticated means was not reasonable since most of the fracture surface area was very badly rusted and many of the 
features such as fatigue striations had been obliterated. Visual examination of the surfaces, such as are seen in Fig. 6, 
indicates that two basic failure initiation sites were present. Although these sites cannot be located exactly, it would 
appear that they are near the edges of the bar and that the cracks progressed in from either edge until the two cracks 
approached each other leaving insufficient material in between them to carry the load on the eyebar. One of these cracks 
progressed much further than the other so that the final fracture zone, as seen in Fig. 6, is much closer to one edge than to 
the other. The nature of the crack surfaces it typical of fatigue failure or of crack growth under conditions of stress 
corrosion cracking. The rough area at the final fracture is typical of a tensile failure which would occur suddenly at the 
time of the final break of the bar. Fig. 7 shows where there two modes joined. It can be seen that the longer of the beyond 
the sheared surface which joins the fatigue-type crack to the final tensile failure surface. 




Fig. 6 Fracture Surface. 





Fig. 7 Fracture Surface Showing Extending Crack. 

Blocks of material were removed from the vicinity of the fracture surface. The microstructure of this material is shown in 
Fig. 8. The records for the bridge had indicated that this material was wrought iron. Fig. 8 confirms this information. It is 
further confirmed by chemical analysis which shows a very low content of carbon and any alloying elements. The major 
features to be seen in the micro of wrought iron are the numerous stringy slag inclusions. This is inherent in the process of 
making wrought iron as it was produced back in the days of the late nineteenth century. Fig. 9 is a view of the fracture 
surface, i.e., a cross section of the fracture surface. The view is from the narrow edge of the beam with the fracture 
surface being at the top of the micro section. This view is taken away from the final fracture and shows that there is no 
discernible distortion to the material structure. This further indicates that the crack was of a progressive nature such as 
would result from fatigue loading. It also shows an interesting feature wherein the slag formation in one area has a curved 
configuration such that it has a component which is transverse to the bar - rather than being longitudinal as would be 
expected. It is seen that a tensile load along the axis of the eyebar would load across the weak direction of this slag 
stringer. This would have the effect of reducing the strength of the eyebar - below the nominal value. It would also serve as 
a likely spot for a fatigue or stress corrosion crack to initiate. 




Fig. 9 Curved Slag Inclusion. 

The normal tensile strength of wrought iron is about 345 MPa (50 ksi) with a yield strength of 207 MPa (30 ksi). Typical 
elongation is 25% and reduction of area is typically 40%. It is this good ductility which gave wrought iron a good 
advantage over most other available structural materials back in the late 19th century. 

The loading of the eyebar was examined in order to determine a source of stresses which would be sufficient to cause the 
progressive type of fracture which was observed. Three types of load were identified. One, of course, was the axial load 
for which the bar was originally designed. In addition to this, two bending loads were identified. One of these is a bending 
load arising from a lateral offset of the eyebar, this being of the nature of a parallel offset of one end of the bar - relative to 



the other. The second bending load was of the nature of edgewise bending of the bar as a result of seizure of the joints. 
First, consider the normal tensile load on the bar. Although we do not have good weight information of the span, we can 
be pretty sure that the original designers used a safety factor on yield of approximately five. With a nominal yield strength 
of 207 MPa (30 ksi) then it is safe to assume that the nominal longitudinal stress in the bar is about 41 MPa (6 ksi) from 


dead and live loading. It is estimated from the available portion of the bar that the two eye ends were offset by 19 mm (4 
in). We can only speculate as to the reasons for this offset and, at this time, cannot state whether or not such an offset is 
typical of the eyebars on the bridge. Nevertheless, with the two eye ends of the bar constrained to remain parallel by 
virtue of the pins and the recessed nuts being clamped against the girders it is seen that a bending stress is created in the 


bars as axial load is applied. With a 25 mm (1 in) bar thickness and a 19 mm (4 in) offset, this flatwise bending stress 
4 — — 

turns out to be 2times that of the nominal axial stress. Thus, if the design stress was 41 MPa (6 ksi), this offset adds 
another 184 MPa (27 ksi) for a total of 225 MPa (33 ksi) at the points of the junction of the straight section and the eye. 
This total stress is slightly above the yield strength and is well above any estimate of fatigue strength of the wrought iron 
material. The third load which is the edgewise bending, turns out to be even more critical. The expansion displacement at 


each eyebar location is estimated to be about 12 mm (2 in), assuming a temperature range of 44C for the Charles River 
area. If any of you are ex-MIT students who have walked across this bridge in January you probably would insist that this 
estimate of temperature range is far too conservative. In any case, if the eyebars are seized up so that they cannot function 
to absorb this expansion, then most of that expansion will have to be borne directly by the eyebars, they being the most 
compliant link in the structure. Taking this deflection and applying it as an edgewise offset of the eyebar, we calculate a 
total stress range of 1100 MPa (160 ksi) or a plus or minus stress of 550 MPa (80 ksi) if the loading is symmetric. This 
stress either adds or subtracts from the previously mentioned stresses, depending on which corner of the beam is being 
considered. The location will alternate as the bridge either expands or contracts. When expanded, one edge of the beam 
will be subjected to a summation of tensile stresses from the three loads while, when the bridge is contracted, the opposite 
edge will be subjected to the maximum summation of the three loads. Thus, under this extreme case, a combined load of 
the order of 760 MPa (110 ksi) is conceivable. Lower temperature excursions will create correspondingly lower combined 
stresses but, in any case, it is easy to see that these can greatly exceed those required to initiate and propagate a crack in 
the material. If we use the old rule of thumb of fatigue strength being on half of ultimate tensile strength, then we would 
estimate fatigue strength of about 172 MPa (25 ksi) and any combined stress higher than this would initiate and then 
propagate cracks. 


Summary and Conclusions 


It is concluded that there are three interacting causes of failure. The primary cause of failure is the seizure of the joints at 
the eyebar pin locations as a result of the intrusion of water and salt and the consequent heavy corrosion of the joint. The 
seizure of these joints led to high edgewise bending stress in the bars as the bridge underwent thermal movement. The 
cracking was enhanced by the presence of the corrosive medium so that one could only say that the cracks were initiated 
and caused to grow by some combination of corrosion fatigue and stress corrosion cracking, the former probably being 
predominant. A secondary cause of the failure was the out-of-plane offset of the bar. This led to an even greater stress in 
the bar and contributed to fatigue as well as to stress corrosion cracking. The third contributor to the failure was the 
weakening effect of the slag inclusion which lay partially across the direction of the primary load. At this time it is not 
known whether these latter two contributors are unique to this particular bar. If not, it is still probable that seizure of joints 
in other bars would result in cyclic stresses sufficiently large to cause additional failures. In fact, since the investigation of 
these first failures, very thorough studies of the numerous other bars have been made involving detailed inspection, 
including dye penetrant inspection. A few other failures have occurred. Early cracks have been detected by these 
inspections and have been observed to grow with time until the point where failure was imminent. All of these failures 
have the same characteristics in that cracks grow in from the edges. 


Follow-on Work and Corrective Action 


The periodic inspection is, of course, continuing. With the observation of the formation of new cracks which could lead to 
incipient failure it appears that the stage in the life of the bridge has been reached wherein corrosion has achieved its goal 
of causing the joints to seize up. The resulting fatigue cracks from thermal movements are on the increase. Methods have 
been developed to allow replacement of broken or weakened eyebars. This replacement is difficult because of the 
possibility of overloading a remaining eyebar and causing further damage. Precautions are taken to avoid this situation. 
The restriction of traffic is still in effect so that the loads are confined to the region of highest strength of the bridge and 
so that the high loads from commercial traffic are forbidden. 



The ultimate goal is to replace the entire structure except for the stone piers which appear to be in excellent condition. 
Since great aesthetic value is placed on this bridge, the proposed replacement will result in a bridge of nearly identical 
external appearance to the current structure although the fundamental design is quite different. 

In closing let us say that, with all due respects to our ancestors who had the courage to design such structures, they should 
have anticipated the possibility of seizure of the joints and should have provided some means for lubricating these joints. 
The design did not permit either lubrication or inspection of the joints and thus was doomed to ultimate failure. It is hoped 
that we will learn a lesson from this and recognize that, if such a structure is to last for such an extended period we must 
ensure that all components be accessible for such routine maintenance as would be required to enhance its life. 
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Brittle Rupture of a Chain Sling 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: While a chain sling was being used to lift a casting one of the links ruptured. The sling, reputed to be of the electrically- 
welded steel type, was at least eight years old and had been overhauled several times during its working life. Examination showed 
the links were scarf-welded. Furthermore, the welds were at the ends and not at the sides as is usual in the case of electrically- 
welded chains. A transverse section from one side of a link was examined microscopically. This showed the material to be wrought- 
iron of satisfactory quality. It was concluded this chain sling had been made from wrought-iron, forge-welded in the usual manner, 
and that it was not electrically-welded steel as had been supposed. Failure was attributed to embrittlement in service of the surface 
material of the links. If it had been realized that the sling was made from wrought-iron then it would doubtless have been subjected 
to periodical annealing in accordance with Statutory requirements, which would have restored the ductility of the surface material. 
Keywords: Chains; Optical microscopy 


Material: Wrought iron (Iron alloy, general) 


Failure type: Brittle fracture 
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While a chain sling having a safe working load of 30 cwts. was being used to lift a casting weighing about 2cwts. one 
of the links ruptured, causing injury to a workman. The sling, reputed to be of the electrically-welded steel type, was at 
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least eight years old and had been overhauled several times during its working life. The links measured 2xg in. x 1 Tin. 
overall and were made from in. nominal diameter bar. The following parts were received for examination: 


• A. The ruptured link. 

• B. Three complete links cut adjacent to A. 

• C. Both portions of the link sawn in half to permit the removal of B. 


Examination showed that the links were scarf-welded furthermore, the welds were at the ends and not at the sides as is 
usual in the case of electrically-welded chains. 

Since it had been requested that the fractured link should not be mutilated in any way, this was only examined visually. It 
had fractured across its minor axis, as shown in Figure 1 (a), the fracture being wholly of the cleavage type. On the sides 
normal to the plane of the link several indentations parallel to the line of fracture were visible and it was from one of these 
that the fracture had originated. In all probability these indentations resulted from contact between the link and the sharp 
corners of the castings lifted. The other links showed similar indentations. 




(a) 



(c) 


Fig. 1 

A transverse section from one side of link C was examined microscopically. This showed the material to be wrought-iron 
of satisfactory quality, the microstructure being depicted in Figure 2 , which also shows some well-defined Neumann 
lamellae which were present just below the surface adjacent to the indentations referred to. 



Fig. 2 x 150 

Some hardness measurements were taken on the section examined, using a diamond pyramid indenter and a load of 3 kg, 
and these revealed a considerable difference in hardness between the core material and that near the surface, the 
respective values being 125 and 192. 

The manner in which the link failed was suggestive of embrittlement due to service conditions. This state arises from the 
inter-link hammering and rubbing that normally occurs in service. The effect of a large number of small impacts is to 
work-harden the surface of a link, ultimately to a degree when the ductility of the material in this region is insufficient to 
permit deformation without cracking; a crack is then liable to start under abnormal loading conditions and because it 


forms a severe stress concentration it is likely to extend subsequently through the link as a brittle fracture. This was 
shown by Gough and Muiphy in their investigations into the causes of failure of wrought-iron chains, and in the course 
of this work they devised one of the most useful tests for revealing the existence of such embrittlement in which a link 
with its major axis vertical is placed on the anvil and subjected to a below from a hammer. One of the B links was tested 
in this manner, being struck one below with a 7 lb. hammer falling from a height of about 3 ft. It cracked at both ends, as 
depicted in Figure 1 (b). Flaving regard to the manner in which this link and the one that had failed in service behaved, it 
is reasonable to assume that all the links in this region of the chain were similarly embrittled. Another B link was tested in 
a similar manner after it had been annealed at 650° C. for half-an-hour. It withstood five blows, of approximately the 
same intensity as the one which sufficed to crack the first link, before the scarf of the weld commenced to open and when 
hammering was continued the link deformed to the extent shown in Figure 1 (c) after withstanding a total of 16 blows. 

It was apparent from the result of the examination that this chain) sling had been made from wrought-iron, forge-welded 
in the usual manner, and that it was not electrically welded steel as had been supposed. Failure is unquestionably 
attributable to embrittlement in service of the surface material of the links. If it had been realised that the sling was made 
from wrought-iron then it would doubtless have been subjected to periodical annealing in accordance with Statutory 
requirements, which would have restored the ductility of the surface material. Flad this been done there is little doubt that 
the mishap would have been obviated. 

This case illustrates the importance of identifying the class of material from which a lifting component is made, and it is 
most desirable that this information should be recorded, together with the safe working load, preferably on a metal tab 
wired to the component. 
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Corrosion Failure of Stainless Steel in Sensitized HAZ of Assembly Weld 

From: A.G. Glover, D. Hauser, and E.A. Metzbower, Failures of Weldments, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 1986, p 411-449 


Abstract: Two aircraft-engine tailpipes of 19-9 DL stainless steel (AISI type 651) developed cracks along longitudinal gas tungsten 
arc butt welds after being in service for more than 1000 h. Binocular-microscope examination of the cracks in both tailpipes revealed 
granular, brittle-appearing surfaces confined to the HAZs of the welds. Microscopic examination of sections transverse to the weld 
cracks showed severe intergranular corrosion in the HAZ. The fractures appeared to be caused by loss of corrosion resistance due to 
sensitization, that could have been induced by the temperatures attained during gas tungsten arc welding. Tests demonstrated the 
presence of sensitization in the HAZ of the gas tungsten arc weld. The aircraft-engine tailpipe failures were due to intergranular 
corrosion in service of the sensitized structure of the HAZs produced during gas tungsten arc welding. All gas tungsten arc welded 
tailpipes should be postweld annealed by re-solution treatment to redissolve all particles of carbide in the HAZ. Also, it was 
suggested that resistance seam welding be used, because there would be no corrosion problem with the faster cooling rate 
characteristic of this technique. 

Keywords: Aircraft components; Butt welds; Exhaust pipes; Gas tungsten arc welding; Sensitizing 


Material: 19-9 DL (Iron-base superalloy), UNS S63198 


Failure types: Joining-related failures; Intergranular corrosion 


Two aircraft-engine tailpipes of 19-9 DL stainless steel (AISI type 651) developed cracks along longitudinal gas tungsten 
arc butt welds after being in service for more than 1000 h. A crack 43 cm (17 in.) long occurred in one tailpipe. The 
second tailpipe cracked longitudinally in a similar manner to the first, then fractured circumferentially, which resulted in 



the loss of the aft section of the tailpipe. The gas temperatures during the major portion of the service life were 
approximately 400 to 500 °C (750 to 1020 °F), but the metal temperatures were probably lower. 

Investigation. Binocular-microscope examination of the cracks in both tailpipes revealed granular, completely brittle- 
appearing surfaces that were confined to the HAZs of the welds. The crack surfaces were severely discolored, apparently 
from gaseous blow-by following failure. There also were additional longitudinal cracks in the HAZs, where partial weld 
separation had occurred, and transverse cracks formed by bending during failure. 

Microscopic examination of sections transverse to the weld cracks showed severe intergranular - corrosion, primarily in the 
HAZ. The corrosion had been intense enough to cause grain detachment and, in some regions, complete grain dissolution. 
There was no evidence suggesting that manufacturing procedures before welding could have contributed to the failure. A 
resistance seam weld remote from the gas tungsten arc weld showed only superficial (0.02 to 0.025 mm, or 0.0008 to 
0.001 in. deep) and sporadic surface attack. The 19-9 DL stainless steel skin remote from the gas tungsten arc weld had a 
satisfactory microstructure and chemical composition and was of the specified thickness. 

The fractures gave every appearance of having been caused by loss of corrosion resistance due to sensitization. This 
condition could have been induced by the temperatures attained during gas tungsten arc welding. 

To determine the degree of sensitization present in the HAZs of the tailpipes, specimens were subjected to 72-h 
immersion in boiling, acidified copper sulfate (Strauss test). These specimens showed separation of the gas tungsten arc 
weld from the base metal with complete dissolution of the HAZ. A specimen from the resistance seam weld remote from 
the gas tungsten arc weld showed only scattered superficial surface attack (as deep as 0.06 mm, or 0.0023 in.). Specimens 
from the base metal completely remote from any weld showed slight attack that varied from 0.018 to 0.05 mm (0.0007 to 
0.0019 in.) deep. These results decisively demonstrated the presence of sensitization in the HAZ of the gas tungsten arc 
weld. 

Conclusions. The aircraft-engine tailpipe failures were due to intergranular - corrosion in service of the sensitized 
structure of the HAZs produced during gas tungsten arc welding. 

Recommendations. All gas tungsten arc welded tailpipes should be postweld annealed by re-solution treatment to 
redissolve all particles of carbide in the HAZ. Also, it was suggested that resistance seam welding be used, because there 
would be no corrosion problem with the faster cooling rate characteristic of this technique. 

Related Information 

Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156— 
191 

Forms of Corrosion, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 761-795 


Failure of a Turbine Spacer 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 263-297 

Abstract: A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from 
service because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm across the spacer 
rim; radially, it extended to a depth of 6.4 mm into the web section. Analysis (visual inspection, 5000 and 10,000x TEM 
fractographs, chemical analysis, and 9x metallographic examination) supported the conclusions that cracking on the forward rim of 
the spacer occurred in fatigue that initiated on the forward rim face and that progressed into the rim and web areas. Because there 
was no apparent metallurgical cause for the cracking, the problem was assigned to engineering. 

Keywords: Spacers; Striations; Turbines 


Material: Incoloy 901 (Iron-base superalloy), UNS N09901, UNS N09901; AMS 5661 (Iron-base superalloy), UNS N09901, UNS 
N09901 


Failure type: Fatigue fracture 


A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from 
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service because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm ( S in.) 
across the spacer rim; radially, it extended to a depth of 6.4 mm (4 in.) into the web section. 



Investigation. The spacer was sectioned to expose the fractured surfaces of the crack; these surfaces showed features 
of fatigue stalling from the forward rim side adjacent to, and at, the inside surface of the rim. The fatigue features 
progressed aft for a distance of about 8.9 mm (0.350 in.) before changing to features of a tension fracture. Figure 1(a) 
shows a light fractograph of the crack that illustrates macroscopic features near the origin (at left). 



(c) 


Fig. 1 Incoloy 901 turbine spacer that was removed from service because of cracking of the radial rim. (a) 
Fracture surface of the turbine spacer showing the fatigue crack, which progressed aft from the forward side of 
the rim. 9x. (b) and (c) TEM fractographs showing the irregular striations indicative of fatigue. The striations 
are indistinct because of rubbing between the mating surfaces. 5000 and 10,000x, respectively 

Replica studies of the fracture, using a transmission electron microscope, revealed striations that indicated a fatigue-type 
failure progressing from the forward side of the rim (Fig. lb and c). A striation count conducted at a magnification of 
lO.OOOx, showed that the fatigue had progressed at a rate of 180 cycles per 0.025 mm (0.001 in.) at a location 0.25 mm 


(0.010 in.) from the forward face of the rim and at a rate of 100 cycles per 0.025 mm (0.001 in.) at a location 2.0 mm 
(0.080 in.) from this face. 

Metallographic examination of a cross section of the fracture on the forward side of the rim in the fatigue-origin area 
indicated that separation was transgranular, which is typical of fatigue cracking. The microstructure was normal for AMS 
5661. Further testing revealed that the chemical composition, hardness, tensile strength, and stress-rupture properties of 
the material conformed with the requirements of the AMS 5661 specification. 

Conclusions. Cracking on the forward rim of the spacer occurred in fatigue that initiated on the forward rim face and 
that progressed into the rim and web areas. Because there was no apparent metallurgical cause for the cracking, the 
problem was assigned to engineering. 
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Failure of an Incoloy 800 Piping System 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 263-297 


Abstract: The outlet-piping system of a steam-reformer unit failed by extensive cracking at four weld locations. The welded system 
consisted of Incoloy 800 (Fe-32Ni-21Cr-0.05C) pipe and fittings. The exterior surfaces of the system were insulated with rock wool 
that did not contain weatherproofing. On-site visual examination and magnetic testing indicated severe external corrosion of most of 
the piping. The system showed extensive cracking in weld FiAZ. One specimen indicated that corrosion extended to a depth of 3.2 
mm, and cracks were seen at the edge of the cover bead and in the FIAZ of the weld. Metallographic examination showed that 
cracking was intergranular and that adjacent grain boundaries had undergone deep intergranular attack. Examination at higher 
magnification revealed heavy carbide precipitation, primarily at grain boundaries, indicating that the alloy had been sensitized, which 
resulted from heating during welding. Electron probe X-ray microanalysis showed the outside surface of the tube did not have the 
protective chromium oxide scale normally found on Incoloy 800. The inside surface of the tube had a thin chromium oxide protective 
scale. This evidence supported the conclusions that the deep oxidation greatly decreased the strength of the weld FIAZ and cracking 
followed. 

Keywords: Carbides; Piping; Precipitation; Sensitization; Welded joints 


Material: Incoloy 800 (Iron-base superalloy), UNS N08800 


Failure type: Intergranular fracture 


The outlet-piping system of a steam-reformer unit failed by extensive cracking at four weld locations, identified as A, B, 
C, and D in Fig. 1. The welded system consisted of Incoloy 800 (Fe-32Ni-21Cr-0.05C) pipe and fittings. The exterior 
surfaces of the system were insulated with rock wool that did not contain weatherproofing. On-site visual examination 
and magnetic testing indicated severe external corrosion of most of the piping. The insulation formed a bond with 
corroded surfaces and was difficult to remove. The system showed extensive cracking in weld FIAZ. 




Fig. 1 Schematic of Incoloy 800 outlet-piping system for a steam-reformer unit showing the four welds that 
failed by cracking. Dimensions given in inches 

Investigation. Representative specimens of the piping, typical in terms of both external corrosion and cracking, were 

examined. A specimen taken from area A in Fig. 1 indicated that corrosion extended to a depth of 3.2 mm (8 in.); cracks 
were seen at the edge of the cover bead and in the F1AZ of the weld. Metallographic examination of the cracked region 
showed that cracking was intergranular and that adjacent grain boundaries had undergone deep intergranular attack. 
Examination at higher magnification of areas in the vicinity of attack revealed heavy carbide precipitation, primarily at 
grain boundaries, indicating that the alloy had been sensitized. Sensitization resulted from heating during welding. 
Electron probe x-ray microanalysis showed that the outside surface of the tube did not have the protective chromium 
oxide scale normally found on Incoloy 800. The inside surface of the tube had a thin chromium oxide protective scale that 
attached to the base metal at the grain boundaries. 

Conclusions. The deep oxidation greatly decreased the strength of the weld FIAZ and cracking followed. A detailed 
stress analysis showed that failures had occurred in the areas of highest stress in the reducer and the T connection, namely 
areas A, B, C, and D in Fig. 1. 

Related Information 
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Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating 
during service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 

Material: Nicrofer 3718 (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 
800H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 

Failure type: High-temperature corrosion and oxidation 


Background 

A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of 
service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the 
briquettes were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/min (3 ft/min). 
The total length of the belt was 94 m (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 

Circumstances leading to failure 

The sinter belt distorted in shape and stretched approximately 1.2 m (4 ft) over a period of 6 months. Normal service life 
is approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the 
furnace. 

Specimen selection 

Several broken links of the woven belt and an unused section of new wire were submitted for examination. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to 
the axis of the belt weave. 

Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size 
of 7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm 
(0.02 in.), which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the 
microstructure along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain¬ 
boundary globular carbides in a matrix of austenite. The ASTM grain size was 5. 


Chemical analysis 



Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 

Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 

Titanium 

0.12 

<0.05 

Aluminum 

Niobium 

<0.05 

<0.05 


Discussion 


The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer 
sections of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on 
the sinter belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% 
C) but a great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This 
mechanism of sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and 
hence initiate failure of the belt during operation. The theory of sulfur attack and carburization was substantiated by 
chemical analysis of the old belt material, which contained significantly higher levels of carbon and sulfur than the new 
belt material. 

The second failure mechanism was the presence of globular carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 
required to cause coalescence of carbides at grain boundaries. Globular carbides at the grain boundaries of the austenite 
also reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated 
at the usual lower temperature. 

















The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of 
some wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure 
of the material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 

Conclusion and Recommendations 

Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220H (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Failure of a Tied Universal Expansion Joint 

Ralph D. Bowman, Consulting Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A tie rod, nut, and bellows from a failed 610 mm (24 in.) diam tied universal expansion joint that carried tail gases 
consisting of N2 + 02 with slight traces of nitrogen oxides and water were examined. The materials were SA 193-B7 (AISI 4140), 
SA 194-214, and Incoloy 800H, respectively. Visual examination of the bellows revealed cracks in heavily cold-worked areas (both 
inside and outside) and considerable corrosion. SEM analysis showed a classical intergranular failure pattern with microcracking. The 
threaded tie rod microstructure contained spheroidized carbide that was more pronounced at the tie rod end of the failure. Energy- 
dispersive X-ray analysis of fracture surfaces from the bellows showed the presence of chlorine and sulfur. Failure of the bellows was 
attributed to stress-corrosion cracking, with chlorine and sulfur being the corroding agents. The rod damage was the result of failure 
of the bellows, which allowed escaping hot gases to impinge on the tie rods and heat them to approximately 595 deg C (1100 deg 
F). It was recommended that the insulation be analyzed to determine the origin of the chlorine and sulfur and that it be replaced if 
necessary. 

Keywords: Bellows, corrosion; Chemical processing equipment, corrosion; Hot gas corrosion 


Materials: ASME SA193-B7 (Chromium-molybdenum alloy steel), UNS G41400; ASME SA194-214 (Chromium-molybdenum alloy 
steel), UNS G41400; 4140 (Chromium-molybdenum alloy steel), UNS G41400; Incoloy 800FI (Iron-base superalloy), UNS N08810 


Failure types: Fligh-temperature corrosion and oxidation; Stress-corrosion cracking 


Background 

A tied universal expansion joint failed. 

Applications 

The 610 mm (24 in.) diam expansion joint carried tail gases consisting of N 2 + 0 2 with slight traces of nitrogen oxides 
and water. Approximately 4300 kmol/h (9300 lb . mol/h) of gases were conveyed at 965 kPa (140 psig) and 635 °C (1176 
°F). 


Specimen selection 



Three different components of the joint were submitted for investigation. Each of the components—tie rod. nut, and 
bellows—underwent chemical analysis. A good portion of the bar was selected for tensile testing. Portions of the cracked 
bellows were taken for examination and analysis by scanning electron microscopy (SEM) and energy-dispersive X-ray 
analysis (EDXA). 

Testing Procedure and Results 

Surface examination 

Visual examination of the bellows revealed cracks in apparently heavily cold-worked areas. The twin bands on this 
section suggested the presence of cracks. Cracking was found on both the inside and outside of the convoluted section of 
the bellows. This section also exhibited considerable corrosion. 

Scanning Electron Microscopy/Fractography. Because stress corrosion was suspected, part of the failed 
fracture surface was submitted for examination by SEM. A classical intergranular failure pattern with microcracking was 



Fig. 1 SEM fractograph of the fractured face of the bellows, showing grain facets and secondary microcracks. 
150x. 

Metallography 

Microstructural Analysis. Examination of a cross section from the threaded tie rod revealed a microstructure 
exhibiting characteristics of spheroidized carbide (Fig. 2). The tie rod end of the failure appeared to be more completely 
spheroidized, indicating that it had been at temperatures of approximately 595 °C (1100 °F) during operation. Inspection 
of a cross section of the bellows provided more evidence of SCC—characteristic multiple intergranular, branching cracks. 




Fig. 2 Microstructure of the tie rod. Tempered martensite with spheroidized carbide. 250x. 

Chemical analysis/identification 

Material. Chemical analysis was conducted on each component of the joint. The compositions are given in Table 1. 

Table 1 Chemical analysis of expansion joint components 


Specimen 

Composition, % 







C 

Mn 

Cr 

Ni 

Mo 

Fe 

Cu 

Round bar 

0.46 

0.91 

1.18 


0.20 



Nut 


0.76 

0.06 


0.03 



Bellows 


0.71 

21.9 

37.1 

0.50 

46.0 

3.30 


Note: Due to the use of different analysing methods, the constituents of the bellows exceed 100%. 

The materials were identified as follows, based on the chemical analysis and the specifications for the parts: 


Bar 

SA 193-B7 (AISI 4140) 

Nut 

SA 19-214 

Bellow 

Incoloy 800H 











The compositions were in compliance with the corresponding specifications. All the elements present on the fracture 
surface were identified by EDXA. Single-element identification allowed determination of the potential corrosion agent— 
in this case, chlorine and sulfur. 


Mechanical properties 

Tensile Properties. A turned tensile specimen was machined from a section of the rod that was unaffected by the gas 
impingement. Tests yielded the following results: yield strength, 771.5 MPa (111.9 ksi); ultimate tensile strength, 858.4 
MPa (124.5 ksi); elongation, 22%; reduction of area, 64.3%. 

These values indicated a suitable strength level for the specified material (AISI 4140) and eliminated the possibility of 
low tensile properties as a cause of failure. 

Conclusion and Recommendations 

Most probable cause 

The bellows failed by SCC caused by the presence of chlorine and sulfur. Stress-corrosion cracking allowed escaping hot 
gases to impinge on the threaded 4140 alloy steel tie rods. The insulation retained the heat, thus locally heating the tie 
rods to approximately 595 °C (1100 °F). 

Heating of the rods lowered their strength. In this weakened condition, permanent deformation could have occurred at 
relatively low loads. Although calculations show that the tie rods still should have had sufficient strength to withstand the 
forces involved, a worse-case scenario could have caused failure. With the misalignment of the tie rods allowing for only 
single loading and with the reduction in cross-sectional area, the occurrence of a significant stress concentration in 
combination with any sudden overload would cause failure. 

Remedial action 

How the contaminants entered the bellows is unknown; therefore, the insulating material should he analyzed. If chloride 
ions are found in amounts greater than 20 ppm, another insulation material containing lower levels should be used. Also, 
the tie rods should be positioned outside the insulation, where the full strength of the steel alloy can be utilized. 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention, Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 823-860 


High-Temperature Failure by Perforation of Incoloy 800H Pigtails in Reformer 
Furnaces 

Sergio N. Monteiro, COPPE—Federal University of Rio de Janeiro 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The curved parts of exit pigtails made of wrought Incoloy 800H tubing used in steam reforming furnaces failed by 
performance after a period of service shorter than that predicted by the designers. Examination of a set of tubes consisting of both 
curved (perforated) and straight parts revealed that the cracks initiated at the outer surface by a combined mechanism of creep and 
intergranular embrittlement. A smaller grain size resulting from cold bending fabrication procedures for the curved parts was 
responsible for accelerating the embrittlement. It was recommended that hot bending be used for fabrication of the curved parts. A 
change of alloy to a low-alloy chromium-molybdenum allay to protect against heat was also suggested. 

Keywords: Chemical processing equipment; Chemical reactors; Creep (materials); Pipe bends; Tubing 


Material: Incoloy 800H (Iron-base superalloy), UNS N08810 
Failure types: Intergranular fracture; Creep fracture/stress rupture 



Background 


The curved parts of exit pigtails made of wrought Incoloy 800H tubing used in steam reforming furnaces failed by 
perforation after a period of service shorter than that predicted by the designers. 

Applications 

Reformer furnaces are commonly used in petrochemical plants to produce hydrogen via a high-temperature reaction 
between steam and hydrocarbon gases in the presence of a catalyst. The reaction occurs inside heat-resistant, spun-cast 
tubes. These are high-chromium and nickel alloy tubes that are welded to the headers and pigtails that connect the inlet of 
reagents and the exit of products to the main transfer line. The design of the reformer furnace components takes into 
account the creep performance of the materials and is generally based on a finite service life of 10 years. 

One installation configuration is to have the exit pigtails made of wrought high-nickel alloy tubing that is intended to act 
as an isolation valve for each furnace tube. In such a setup, the pigtail is susceptible to all stress constraints occurring in 
the line. Consequently, the shape of the pigtail must be flexible, which is achieved with the curved design shown in Fig. 
I. 



Fig. 1 Schematic of a pigtail connecting are former furnace tube to the main transfer line. 

Circumstances leading to failure 

After 7 years of operation at an average temperature of 850 °C (1560 °F) and an internal pressure of 2 MPa (13.8 ksi), the 
eidt pigtails began to show signs of perforation. Most of the pigtails had failed by perforation after 9 years, at which time 
the plant was unable to sustain operation and was shut down. 

Pertinent specifications 

The pigtails were fabricated from wrought Incoloy 800H tubing with cold bent curves welded to the straight sections. The 
tubing was 38 mm (1.5 in.) in diameter; the curved parts had an average thickness of 3.84 mm (0.15 in.), and the straight 
sections were 4.25 mm (0.17 in.) thick. The chemical specification of the U.S. fabricator corresponded to ASTM B 407. 

Performance of other parts in same or similar service 

Technical information from internationally known petrochemical industries based on their long-term experience with 
reformer furnaces indicates that problems in high-nickel alloy pigtails can he associated with cold-work procedures (Ref 
1). For instance, the isolation specifications for the furnace tube require the pigtail to be nipped by mechanical 
deformation. Failure may then occur in materials such as Incoloy if the service temperature is within its embrittlement 
range. The technical literature does not specifically mention cold bending. 


Specimen selection 



A set of tubes consisting of both curved (perforated) and straight parts was sent for examination. Large samples were cut 
for low-magnification optical examinations (Fig. 2). Metallographic samples were taken from transverse slices (white 
marks in Fig. 2). Tensile specimens were machined from longitudinal cuts. 



Metallographic Sample Tensile Test Specimen 

<•) (b) 

Fig. 2 Metallographic sample (a) and tensile test specimen (b) from the pigtail tubing. 

Visual Examination of General Physical Features 

Visual and low-magnification optical examination of the samples revealed evidence of perforation only in the curved 
parts. No major distortion was detected that could be attributed to extensive creep deformation. The general appearance of 
the tubing surface was dark because of the carburization that normally occurs during the high-temperature operation. 

Testing Procedure and Results 

Nondestructive evaluation 

The reformer furnace line, including the pigtails, was routinely inspected by standard nondestructive techniques during 
service maintenance. Liquid penetrant was used on the samples received for examination. It showed that perforation in the 
curved parts was actually related to small cracks, with a short hairline appearance rather than a pitlike appearance. 

Metallography 

Microstructural Analysis. Metallographic analysis on transverse sections of the tubing followed two procedures, as 
described below. Examination of nonetched samples was used to detect voids and microcracks. After mounting and rough 





polishing, the final polishing was carefully undertaken down to 1 pm diamond paste. No alumina polishing was used, 
because experience has shown that it tends to accentuate the size of the voids. 

The nature of the nonetched transverse section of the curved part of the tubing is shown in Fig. 3. Numerous voids and 
cracks are typical features. Large cracks apparently started in the outer surface. In a few instances, they penetrated 
through the tubing wall, causing the perforation. In the straight part of the tubing, the nonetched microstructure (Fig. 4) 
also exhibited many voids, but no large cracks. A denser layer of voids near the outer surface can also be seen in Fig. 4. 
This dense layer was about 0.8 mm (0.03 in.) thick. 



Fig. 3 Polished, nonetched transverse section of the curved specimen of the pigtail tubing. 



Fig. 4 Polished, nonetched transverse section of the straight specimen of the pigtail tubing. 

Examination of etched samples was performed after chemical etching of the previously polished surfaces with 50 vol% 
HCI, 16 vol% H 2 O 2 , and 34 vol% FLO. The etched microstructure of the curved sample is shown in Fig. 5, which 
illustrates the intergranular nature of the cracks. 


outer surface 



0.2 mm 

I-1 


Fig. 5 Etched microstructure of the transverse section of the curved specimen near the outer surface. 

In both the curved and straight specimens, grain size was not homogeneous. Near the outer surface, the grains were 
smaller, reaching sizes as small as ASTM 8. Grain size increased towards the center of the tubing wall, where it reached 
average values of ASTM 6 for curved specimens and ASTM 4 for straight specimens. Note that the recommended 
specifications for high-temperature use of Incoloy 800H requires ASTM 5 or coarser (Ref 2). The difference between the 
average grain size of the curved specimen compared with the straight specimen is probably a consequence of the cold 
bending followed by an in-service recrystallization caused by thermal conditions. 

Crack Origins/Paths. The cracks that caused the perforation in the curved specimens were apparently nucleated by 
the interconnection (Fig. 5) of grain-boundary creep voids. This occurred primarily in the denser outer layer (Fig. 3 and 
5). 

Chemical analysis/identification 

Surface Layers. Both the outer and inner surfaces of the tubing exhibited carburized layers that penetrated through the 
large cracks. Auger analysis of these layers confirmed the high carbon content, as well as the presence of oxides. This is 
usually expected in reformer furnaces, because the predominant environment is hot air and combustion gases outside the 
line and steam and hydrocarbon gases inside the line. 

Mechanical properties 

Tensile Properties. Tensile tests were performed on 6 mm (0.24 in.) gage diam and 17 mm (0.67 in.) gage length 
specimens taken from the curved and straight parts of the tubing. Figure 6 shows these tensile results at 850 °C (1560 °F) 
(average operation temperature), and Table 1 summarizes the mechanical properties from the graphs. The yield and 
ultimate strengths were comparable for curved and straight parts. However, ductility was significantly different for the 
two specimens. The straight specimen exhibited much greater uniform and total elongation. 




Fig. 6 Stress-strain curves at 850 °C (1560 °F) for the curved and straight tensile specimens. 


Table 1 Results of tensile testing 


Incoloy 800H 

pigtail 0.2% 

offset yield 

Ultimate 

tensile 

Uniform 

elongation. Total elongation. 

specimen 

strength 


strength 


% 

% 


MPa 

ksi 

MPa 

ksi 



Curved 

62 

9 

98 

14.2 

4 

19 

Straight 

53 

7.7 

102 

14.8 

18 

67 


Discussion 

Metallographic examination (Fig. 3, 4, 5) indicated that the curved parts had suffered more severe deterioration than the 
straight parts of the pigtail tubing. This deterioration resulted from intergranular failure initiated preferentially at the outer 
surface, where cracks formed and penetrated the thickness, leading to complete perforation of the tubing. The mechanism 
of crack formation was associated with the interconnection of creep voids at the grain boundary. For existing operating 
conditions, it is well known that creep in high-nickel alloys, such as Incoloy, occurs by a diffusional process, resulting in 
lenticular (r type) voids at the grain boundary. 

The plastic deformation introduced by cold bending certainly enhanced void formation by creating more nucleation sites 
at the in-service recrystallized grain boundaries. Moreover, the differential stress condition to which the curved parts were 
subjected during operation could also have accentuated creep damage. 

These conditions caused the curved parts to be in a more advanced state of deterioration than the straight parts. In fact, the 
curved parts had already developed cracks large enough to pass through the wall thickness, causing perforation of the 
tubing. A few small cracks were al so found at the outer surface of the straight parts, where the smaller grain size, as in 
the curved parts, would also provide more voids (the denser surface layer in Fig. 4) to form cracks. Given sufficient time, 
the straight parts would certainly develop the same passing cracks and consequent perforation as the curved parts. 

The cracking conditions in the curved parts not only caused perforation, but also significantly reduced ductility (Fig. 6 
and Table 1). Because the pigtail was susceptible to all the stress constraints of the furnace line, the curved paid was a 
weak point where damage and final rupture concentrated. 

Conclusion and Recommendations 


Most probable cause 









The perforations detected only in the curved parts of the pigtails were caused by through-thickness intergranular cracking. 
The cracks initiated at the outer surface of the tubing by interconnection of grain-boundary creep voids due to in-service 
recrystallization following cold bending. This resulted in an increasingly embattled condition, which significantly reduced 
ductility compared with the straight parts of the pigtail. 

Remedial action 

Because the plant had some stock of unused tubing, the immediate solution was to change all the curved parts, which 
required hot bending. In addition, a 0.8 mm (0.03 in.) machine reduction of the outer layer was suggested on the straight 
parts before welding to the new curved parts. This reduction would be within the design tolerance for the tubing thickness 
(the straight parts were thicker), with the advantage of eliminating the layer containing a dense accumulation of creep 
voids that was responsible for the nucleation of cracks. This immediate solution would certainly last more than 1 year 
until the furnaces reached their 10 year service life and would be ready for revamping. For a future solution, following 
modern design concepts, it was recommended that the Incoloy 800ffor HI pigtails be changed to a low-alloy steel, such 
as 2.25Cr-lMo, protected by refractory lining and waterjackets. 

How failure could have been prevented 

Considering the temperature conditions (850 °C, or 1560 °F), a grain size control (ASTM 5 or coarser) should have been 
required. Moreover, cold working should not have been allowed on the tubing. Failure could also have been prevented by 
using another material, such as thermally protected low-alloy steel. 
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Cracking of Inconel 800H in a Steam Methane Reformer Furnace 

Scott R. Gertler, Ashland Chemical 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: During 5.7 years of service, dye penetrant inspection of Inconel 800H pigtail connections regularly showed cracks at weld 
toes. Weld repairs were not able to prevent reoccurrence but often aggravated the condition. Samples containing small, but 
detectable, reducer-to-pigtail cracks showed intergranular cracks originating at weld toes and filled with oxidation product, which 
precluded determination of the cracking mechanism. All weldments exhibited high degrees of secondary precipitates, with original 
fabrication welds exhibiting higher apparent levels than repair welds. SEM/EDS analysis showed base metal grain boundary 
precipitates to be primarily chromium carbides, but some titanium carbides were also observed. Failure was believed to result from 
the synergism of thermally driven tube distortion, which resulted in over-stress, and from the intergranular oxidation products and 
intergranular carbides which contributed to cracking. It was recommended that stresses be reduced and /or that materials and 
components be changed. Refinements in welding procedures and implementation of preweld/postweld heat treatments were 
recommended also. 

Keywords: Carbide precipitation; Distortion; Intergranular oxidation; Mechanical properties; Thermal stresses; Tubing; Weldments 


Material: Incoloy 800H (Iron-base superalloy), UNS N08810 


Failure type: Intergranular fracture 



Background 


Maintenance shutdown inspections regularly showed cracks in the welded outlet pigtail connections of a steam-methane 
reformer furnace. 

Applications 

The catalytic steam reforming process uses light to medium hydrocarbons in a certain ratio to steam in order to produce 
different synthesis gases (i.e. methanol, hydrogen, towngas, CO-CO 2 , oxoalcohols, or reduction gas). The heart of the 
steam reforming process is the primary reformer furnace. 

The design consists of two parallel cells, each fired on both side walls and containing two staggered rows of vertical 
tubes. In the radiant section, tube skin temperature of about 850 °C (1562 °F) is maintained by multi-sidewall radiant 
burners mounted in vertical tiers of horizontal rows. An induced draft fan in the exhaust stack breeching moves the 
combustion air. 

An endothermic catalytic reforming process runs in the catalyst-filling tubes. Gas (2.07 to 2.41 MPa at 450 to 550 °C, or 
300-350 psig at 842 to 1022 °F) flows from an inlet manifold system in the top of the furnace through inlet pigtails at the 
tops of the reformer tubes. At the bottom, tubes are welded to an assembly consisting of a reducer joined to a pipe called 
the bottom pigtail. The bottom pigtails are welded to multiple collection headers, each of which “tees” to a main transfer 
line. The top tube ends are flanged for ease of catalyst addition and removal, and the inlet pigtails are accessible and 
easily pinched off in case of tube leaks. The exit pigtails are in a bottom trough shielded from heat radiation, and are 
inaccessible while the reformer is in service. The tubes are supported at the top by concrete counterweights 

Circumstances leading up to failure 

The components had seen about 50,000 h (5.7 years) of service at about 850 °C (1562 °F). 

Pertinent specifications 

Tubes were originally manufactured in accordance with fabricator specifications, which closely adhered to Sections IX 
and VIII of the ASME Boiler and Pressure Vessel Code. 

Performance of other parts in same or similar service 

Pigtail cracking is an industry-wide problem (Ref 1, 2). 

Specimen selection 

A specimen of tube-to-pigtail connection was cut from each of three tube assemblies removed due to unrelated stress 
rupture of the tubes. Two of the specimens appeared to have original, unaltered weldments. One had evidently been 
previously repaired. Two specimens had shown indications of cracking when inspected using dye penetrant. 

Visual Examination of General Physical Features 

A schematic of the tube/pigtail/header assembly is shown in Fig. 1. In addition to the subject cracking at the reducer-to- 
pigtail weld, cracking was also seen at the pigtail-to-weldolet and weldolet-to-header welds. Pigtails were often 
discovered to be deformed, as shown in Fig. 2. 




Fig. 1 Schematic of pigtail connection 
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Fig. 2 Close-up of actual pigtail showing deformation due to applied moment 

Testing Procedures and Results 

Nondestructive evaluation 

Dye Penetrant Testing. All system components were abrasively blasted with ground walnut shells prior to 
inspection and selection of specimens. The intent was to provide a clean test surface without inducing any deformation 
which might affect detectability. Solvent-based visible dye penetrant was utilized. 


Metallography 


Microstructual Analysis. In general, precipitates were observed in significantly varying distributions and 
morphologies. Both pipe and weld heat-affected zone (HAZ) microstructures showed extensive grain boundary 
precipitation, in addition to stringers and fine matrix precipitates (Fig. 3). Grain boundary carbide morphology was noted 
as both globular and “film-like”. Matrix precipitates were often seen as long carbide stringers, a result of the pipe forming 
process. 
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Fig. 3 SEM photograph showing grain boundary and matrix precipitates 

The exteriors of all Inconel 800H pipe samples showed intergranular oxidation, presumably due to the depletion of 
protective chromium at grain boundaries (Fig. 4). Intergranular oxidation was noted to penetrate 0.38 to 1.27 mm (15 to 
50 mils) from the surface. These could be translated to rates of 0.064 to 0.203 mm (2.5 to 8 mils) per year. These rates are 
consistent with those of 800HT exposed to a furnace environment (Ref 3). 
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Fig. 4 Photomicrograph showing intergranular oxidation, grain boundary precipitates, and matrix stringers. 
63x 

Crack Origins/Paths. Samples containing small, but detectable reducer-to-pigtail cracks showed intergranular cracks 
originating at weld toes and filled with oxidation product. Determination of the cracking mechanism was precluded by the 
oxidation damage (Fig. 5 and 6). 





Fig. 5 Photomicrograph showing crack at toe of weld. Note voids along fusion zone and intergranular corrosion 
within base metal and weld metal. 15.75x 



Fig. 6 Photomicrograph showing close-up of crack at toe of weld. Note precipitates within weld metal. 63x 
Weldments. All weldments exhibited high degrees of secondary precipitates with original fabrication welds exhibiting 
higher apparent levels than repair welds. The original weld(s) exhibited relatively deeper penetration by inter granular 
corrosion. This difference was attributed to the orientation and morphology of the columnar weld grains, which in this 
case offered a path of lesser resistance. Root welds showed more equiaxed microstructures as compared to the primarily 
columnar microstructrue of cover passes. 

Chemical analysis/identification 

Material and Weld. The compositions of the three submitted pigtail samples met the specifications for Inconel 800H. 
Original tube-to-pigtail weld specified Inconel 82 for GTAW (TIG) root pass and Inco-Weld A electrode for SMAW 
cover passes. Considering iron dilution effects, it appeared the analyzed weldments met the specifications of these filler 
metals. 

SEM/EDS analysis showed base metal grain boundary precipitates to he primarily chromium carbides, but some titanium 
carbides were also observed. Most apparent stringer compounds were titanium carbides (and titanium cyanonitrides), but 
chromium carbides were also observed. SENVEDS analysis of an original weldment showed a secondary phase in the 
cover pass rich in nickel, niobium, and silicon. This phase varied in terms of the relative niobium content. Niobium is also 
an effective carbide stabilizer. 

Corrosion Deposits. Grain boundary oxidation products were identified through EDS as consisting mostly of 
chromium with smaller levels of aluminum, silicon, titanium, manganese, iron, and nickel. 




Discussion 


Metallurgical changes can occur as a result of high-temperature exposure. Such changes can strongly influence 
performance characteristics. Conditions such as intergranular oxidation and creep voiding are detrimental and irreversible. 
Oxidized grain boundaries are believed contributory to crack formation and growth and it has been suggested that 
carbides may participate in fatigue cracking processes (Ref 4). Carbides are necessary for high-temperature properties; 
however, in the improper form or morphology, their presence can be detrimental. Constitutional liquation, the separation 
of constituents out of a mixture due to the application of heat, occurs near the HAZ or partially melted regions, and can 
result in cracking. Brittle grain-boundary precipitates (chromium and titanium carbides) and oxidation products are 
known contributors to post-weld cracking of Fe-Ni-base superalloys. Such precipitates can be put back into solution 
through solution-anneal heat treatment. 

Conclusion and Recommendations 

Most probable cause 

The damage mechanism is assumed to be synergistic. Thermally-driven tube distortion is the biggest contributor, as it 
imposes cyclic, moment stresses which are highest at the subject connection. Welding and high-temperature operation 
result in: increased creep and intergranular oxidation rates; precipitation of brittle chromium and titanium crabides at 
grain boundaries; introduction of high residual stresses; changes in mechanical properties; and stress risers at weld defects 
and weld transitions. All of these factors contribute to accelerated deterioration and reduced repair weldability. 

How failure could have been prevented 

It was recommended that the moment stresses be reduced and/or materials and components be changed. Refinements in 
welding procedures and implementation of preweld/postweld heat treatments were also recommended. 
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Steam Superheater 800H Tube Failure 

Edward J. Franz, Ashland Chemical, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: An SB407 alloy 800H tube failed at a 100 deg bend shortly after startup of a new steam superheater. Three bends failed 
and one bend remote from the failure area was examined. Visual examination showed that the fracture started on the outside 
surface along the inside radius of the bend and propagated in a brittle, intergranular fashion. Chemical analysis revealed that lead 
contamination was a significant factor in the failure and phosphorus may have contributed. The localized nature of the cracks and 
minimum secondary cracking suggested a distinct, synergistic effect of applied tensile stress with the contamination. Stress analysis 
found that stress alone was not enough to cause failure; however the operating stresses in the 100 deg bends were higher than at 
most other locations in the superheater Reduced creep ductility may be another possible cause of failure. Remedial actions included 
reducing the tube temperature, replacing the Schedule 40 100 deg bends with Schedule 80 pipe, and solution annealing the pipe 
after bending. 

Keywords: Boiler tubes; Brittle fracture; Contaminants; Creep (materials); Ductility; Intergranular fracture; Lead (metal), 
Impurities; Mechanical properties; SB407 


Material: Incoloy 800H (Iron-base superalloy), UNS N08810 
Failure types: Intergranular fracture; Creep fracture/stress rupture 


Background 

A replacement steam superheater failed shortly after start-up. 

Applications 

The replacement was the same design as the original with minor changes. The tube spacer design was changed, flange 
connections were added to the header ends, and two tube rows were changed to SB 407 alloy 800H from alloy 800. The 
superheater (Fig. 1) includes inlet and outlet headers at the top, with tubes suspended from these headers. The assembly is 
one of several exchangers suspended in an exhaust flue downstream of a methanol reformer. The internal coil design 
pressure is 8.96 MPa (1300 psig) at 649 °C (1200 °F) and flue temperatures are about 988 °C (1810 °F). 






Fig. 1 Elevation side view of the steam superheater with an arrow pointing to the location of tube failures 

Circumstances leading to failure 

The superheater operated for twenty-seven days when a tube failed, completely separating at a 100° bend near the outlet 
header. Operating personnel suspected a tube leak for five days before complete tube separation forced a shutdown. The 
failed bend was replaced and the unit returned to service. Operation continued for another twenty-seven days when a 
second tube failed. This bend was also replaced and the unit returned to service again. After fifteen days, a third leak 
developed. Operations shut down the unit before total tube failure. This failed tube bend was the replacement bend from 








the first failure. The three failures were located near the header ends and in the first tube row where the flue gases are 
hottest. 

Pertinent specifications 

The first two rows of tubes on the upstream side of the flue duct were bare 38.1-mm (1.5-in.) diameter Schedule 40 SB 
407 alloy 800H pipe. The remaining rows of downstream tubes are of a lower alloy. The superheater was built to ASME 
Section 1 specifications. All the bends were cold bent without post-bend heat treatment. The ASME Code does not 
require post-bend heat treatment. 

Performance of the previous superheater 

The previous superheater operated for 100,000 hours. The records show a failure in the alloy 800 at the top near an end. It 
is unknown if the failure was in a 100° bend. Leaks did occur on occasion at the connections to the header. After 80,000 
hours of service, analysis showed a stress-rupture failure in alloy 800 near the bottom in a straight pipe section. The tubes 
exhibited distortion with scale and deposits on the exterior surfaces. Operations reported lower flue gas temperatures for 
this unit compared to the replacement unit. 

Selection of specimens 

Four tube bends, including the three bends that failed and one bend remote from the failure area, were selected for 
examination. Also, deposits from upstream areas of the reformer system and from surfaces of the superheater were 
collected. 

Visual Examination of General Physical Features 

All three failed tubes exhibited primary through-the-wall cracks stalling on the inside radius of the bends (Fig. 2). 
Minimal secondary cracks, no tube wall thinning, and no deposits on the tube interior were observed. 



(•) (b) 


Fig. 2 Side view of the second tube failure in both photos is similar to the other two failures. The arrow points 
to the crack initiation site. 

Testing Procedures and Results 

Non-destructive evaluation 

Radiography of the first failed bend- revealed only the visible primary crack. Radiography of the unfailed bend 
showed no defects. 

Liquid Penetrant Examination of the other 100° bends in the first row showed no defects. 

Ultrasonic Examination. Thickness measured by ultrasonics at the outside radius of the 100° bends was 3.3 to 3.9 
mm (0.13 to 0.15 in.). The nominal thickness for Schedule 40 pipe is 3.7 mm (0.146 in.) before bending. 


Surface examination 


Visual. All three failures showed a single crack located in the 100° bend. Examination showed no tube bulges, no 
deformation, and no wall thinning. Marks on the interior from the bending operation were observed; however, from later 
observations and analysis, these marks probably did not contribute to the failures. The third tube failed like the earlier two 
failures (Fig. 3). A vendor formed the third bend by the sand method which did not impart internal forming marks. The 
comparative bend also had internal forming marks. Using this unfailed bend, investigators stressed it to failure at room 
temperature (Ref 1). The fracture mode was ductile. 



Fig. 3 Side view of the third tube failure showing that the fracture started on the inside of the bend 
Macrofractography. Analysis located the fracture origin on the inside radius of the bend (Fig. 4). The fracture 
propagated in a brittle, intergranular fashion. It started on the inside radius and then moved along the side of the tube until 
the tube separated in a ductile manner on the outside radius. 



Fig. 4 Plan view of the second tube failure illustrating a brittle fracture 

Scanning Electron Microscopy. The fracture surface (Fig. 5) shows an intergranular fracture mode with corrosion 
product. 




(b) 


Fig. 5 SEM fractographs of the inside radius of the bend, (a) A distinct intergranular fracture surface for the 
entire tube thickness at the inside radius of the bend, (b) The oxide-type corrosion product masking the 
intergranular facets of the fracture. 

Metallography 

Microstructural Analysis. At the fracture origin, the intergranular fracture (Fig. 6) revealed minimal branching. In 
addition, a uniform oxide measuring 0.0038 to 0.0076 mm (0.15 to 0.30 mils) thick was present along the fracture. The 
third tube failure had a secondary intergranular crack about 12.8 mm (0.5 in.) from the primary fracture, which started at 
the inner radius and on the outside surface. This secondary crack penetrated the tube wall 23%, and like the primary 
crack, exhibited minimal branching with a gray-colored oxide along the grain boundaries (Fig. 7). 



(•) 


Fig. 6 An as-polished section across the primary fracture through the second tube failure. 250x. (a) The inside 
diameter, (b) The outside diameter (fracture origin). A uniform oxide type corrosion product is visible along the 
fractures urface 





Fig. 7 The secondary crack through the third superheater tube failure. Note the distinct intergranular nature of 
the crack with development of an oxide type corrosion product along the grain boundaries. 400x 

The grain size of ASTM 4 to 5 met the specification. 

Chemical analysis/identification 

Material. Base-metal analysis showed that the chemistry conformed to SB 407 (UNS NO8810). Table 1 lists the 
analysis. Investigators used a plasma emission spectrometer and a carbon/sulfur combustion-type analyzer (Ref 1). The 
chemistry for the third failure, although not reported here, also conformed to specification. This failed bend replaced the 
first failure. This replacement bend was from a different lot of material. The supplier material test certification was used 
to report the chemistry for the Schedule 80 replacement bends. 


Table 1 Chemical composition (wt%) for the 100° bends 


Element 

First failure 

Second failure 

Final Schedule 

SB 407 (UNS NO8810) 





80 Replacement 

specification 

C 0.079 0.082 0.08 0.05 to 0.10 

S 

0.004 

0.003 

<0.001 

0.015 

Ni 

31.3 

30.0 

31.18 

30 to 35 

Cr 

20.4 

19.7 

19.58 

19 to 23 

Mn 

0.88 

0.95 

0.92 

1.5 max 

Si 

0.17 

0.085 

0.21 

1.0 max 

Cu 

0.4 

0.47 

0.50 

0.75 max 

A1 

0.43 

0.42 

0.49 

0.15 to 0.60 

Ti 

0.48 

0.54 

0.52 

0.15 to 0.60 

Nb 

0.09 

0.21 



Mo 

0.29 

0.30 



Co 

0.23 

0.23 




<0.01 

<0.01 



Fe 

Rem 

Rem 

46.52 

39.5 min 


Coatings and Surface Layer. Unlike the first and second tube failure, operations shut down the unit as soon as they 
suspected a third failure. A yellow-green to beige deposit covered the upper area of the superheater. This area is recessed 
out of the main flue and appears to act as a dead flow area. The deposit was not apparent in the first and second tube 
failures. Most deposits in the first and second failure may have been washed away by escaping steam. X-ray fluorescence 
spectra of the dust from the tube surface, showed lead, silicon, aluminum, and calcium as the predominant contaminants, 
with lesser concentrations of iron, chromium, nickel, copper, and titanium. 

Corrosion Deposits. The fracture surface was enriched in iron (Ref 1). Sporadic areas of iron-nickel and chromium- 
iron occurred throughout the fracture. Detailed chemical analysis of the second and third fracture surface using SEM/EDS 
and XRF revealed the elemental contaminants lead, phosphorus, chlorine, aluminum, silicon, and calcium. The corrosion 
product in the secondary crack of the third tube failure contained a band of metal between the oxide-appearing material. 
Lead was identified in this secondary crack. Escaping steam did not blow across this crack. Chemical analysis of the gray- 
colored oxide revealed chromium enrichment compared to the iron and nickel relative to the base-metal composition. The 
band of metallic material between the gray-colored oxide contained high concentration of iron and nickel and low 
chromium as compared to the base metal of the tube. Grain boundary precipitates, i.e. carbides, were distinguished 
through the tube next to the fracture. 

















Chemical analysis of the initial tube fracture surface was checked for lead. This fracture had steam blowing over it for an 
extended time, which probably washed away some evidence. X-ray spectra from two different locations of the fracture at 
the inside radius of the bend provided poorly defined lead peaks, indicating a lead concentration of 5 to 10 ppm. 

During a planned shutdown three months after the third tube failure, deposits were gathered from several locations 
upstream of the superheater. From these samples, the source of lead was identified as a large bank of air preheat coils. 
The plant preheats incoming burner combustion air to the reformer. The coils, installed ten years earlier, now exhibit 
severe corrosion on the fins. Analysis of the fin surface showed a coating of 100% lead. A cheek of the vendor drawing 
revealed a notation that the fin material was lead-coated steel. 

Mechanical properties 

Hardness. The maximum hardness in the bend measured 27 HRC. Away from the bend, hardness measured 85 FIRB. 
The comparative unfailed tube showed similar hardness. Flardness of the Schedule 80 replacement bends after their post¬ 
bend heat treatment was similar to the base metal before bending. 

Stress analysis 

Analytical. A finite element model of a single tube row was developed to evaluate the structural and thermal stresses. 
The analysis included the effects of dead weight, temperature, pressure, aerodynamic drag, and maldistribution of steam 
flow. Since the steam flow enters the header in the middle, it is conceivable that the end tubes receive less flow and the 
center tubes more flow. The failures occurred near the ends of the header. The calculated stresses did not exceed ASME 
Code values. 

Conclusion and Recommendations 

Most probable cause 

The tubes failed by a brittle intergranular cracking mechanism. Lead contamination was a significant factor and 
phosphorus may have contributed. Suppliers report that the high-nickel alloys are prone to embrittlement by lead and 
phosphorus, among other contaminants (Ref 2). The highly localized nature of the cracks and minimal secondary cracking 
suggests a distinct synergistic effect of applied tensile stress with the contamination. Because the cracking mechanism is 
not present in all tubes, the applied stress on selected tubes is a controlling factor. The stress analysis found that stress by 
itself was not enough to cause failure. Flowever, the operating stresses in the 100° bends are higher than at most other 
locations in the superheater. 

Reduced creep ductility is another possible cause of failure. Others report that precipitates at the grain boundaries can 
cause the reduction (Ref 3). Carbon content, manufacturing procedures such as cold forming, and the heat treatment 
influence the formation and location of precipitates. Also, stress enhances precipitation. For these failed bends, the 
evidence shows parameters that favor a reduction of creep ductility. 

Remedial action 

After the third tube failure, the 100° bends were wrapped in insulation. Insulating a small part of the total exchanger did 
not measurably affect the overall heat transfer. The localized insulation reduced the tube temperature at the bend and may 
have served as a barrier to contaminants. No failures occurred from December 9, 1990 through the planned shutdown on 
March 10, 1991. During the planned shutdown, the 100° bends were replaced with new 800FI Schedule 80 pipe. After 
cold bending, they were solution annealed. The bends were reinsulated. No tubes have failed since start-up in April 1991. 

How failure could have been prevented 

Several actions could have been taken to improve reliability. These include a reduction in stress, a more favorable 
microstructure, a lower operating temperature, and eliminating or providing a barrier to contaminants. Fleat treatment 
after cold bending can reduce residual stresses and provide a more favorable microstructure. A thicker pipe wall reduces 
stresses from external loads. 
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Failure of a Transfer Line on an Ethane Cracking Furnace Due to Sulfidation 

R. Bradley and S. Ahmad, SABIC Research & Technology 


From: R. Bradley and S. Ahmad, Failure of a Transfer Line on an Ethane Cracking Funace Due to Sulfidation, Practical Failure 
Analysis, Vol 3 (No. 2), Apr 2003, p 79-85 


Abstract: An Incoloy 800H (UNS N08810) transfer line on the outlet of an ethane-cracking furnace failed during decoking of the 
furnace tubes after 9 years in service. A metallographic examination using optical and scanning electron microscopy (SEM) as well as 
energy dispersive X-ray spectroscopy (EDS) revealed that the failure was due to sulfidation. The source of the sulfur in the furnace 
effluent was either dimethyl disulfide (DMDS), injected into the furnace feed to prevent coke formation and carburization of the 
furnace tubes, or contamination of the feed with sulfur bearing oil. 

Keywords: Energy dispersive spectroscopy; Oxide scales; Thermodynamics 


Material: Incoloy 800H (Iron-base superalloy), UNS N08800 
Failure type: High-temperature corrosion and oxidation 


Introduction 

After 9 years in service the transfer line of an ethane-cracking furnace developed a leak during decoking of the furnace 
tubes. The puipose of the furnace is to heat saturate hydrocarbons such as ethane (C 2 H 6 ). propane (C',H X ), and butane 
(C 4 H 12 ) to the point where they crack and recombine to form predominantly unsaturated ethylene (C 2 H 4 ). Dimethyl 
disulfide (CH 3 -S 2 -CH 3 ) and dilution steam are added to the feed in order to reduce coke formation on the internal surfaces 
of the furnace tubes and thus increase the run length of the furnace between decoking operations. Coke formation is 
detrimental to the operation of the furnace since it hampers the heat transfer from the furnace gases to the product stream 
and could result in hotspots on the tubes. Decoking of this furnace was carried out approximately every 10 weeks. During 
the decoking cycle the hydrocarbon feed to the furnace is interrupted and air and steam are passed through the furnace to 
oxidize the coke and “burn it off.” 

The transfer line that failed is located between the outlet of the furnace coils and the transfer line exchanger. The purpose 
of the transfer line exchanger is to quench the gas to a cooler temperature and prevent the product stream from cracking 
all the way to methane or even coke and hydrogen. During normal operation the transfer line operates at 845 °C, but 
during decoking this temperature can increase to 870 °C. 

Metallurgical Examination 

An examination of the failed section of transfer line revealed severe, highly localized metal loss on the inside surface. The 
edges of the damaged areas were almost perpendicular and, in some cases, undercut (Fig. 1). No obvious scale was 
present on the inside surface of the line. Spectrographic analysis and mechanical tests confirmed that the line conformed 
to the requirements for UNS N08810 (Table 1). 




Fig. 1 The edges of the damaged areas of the failed section of the transfer line were vertical and, in some 
cases, undercut. 

Table 1 Requirements for Chemical Composition of UNS N08810 and Results Obtained for the 
Transfer Line 


Element 

N08810 

Transfer line 

Nickel 

30.0-35.0 

31.2 

Chromium 

19.0-23.0 

19.6 

Iron 

39.5 min 

46.7 

Carbon 

0.05-0.10 

0.099 

Aluminum 

0.15-0.60 

0.68 

Titanium 

0.15-0.60 

0.32 


Several cross sections of the damaged area as well as an unaffected area were examined metallographically using an 
optical microscope as well as a scanning electron microscope. The backscattered electron detector was used for all SEM 
as differences in chemical composition are accentuated by this method of detection. 

Cross sections of the damaged region as well as the undamaged region of the line were examined. The undamaged section 
was covered with a discontinuous scale 50 to 100 pm thick. Beneath this surface layer intergranular penetration of scale 
up to a depth of 750 pm (Fig. 2) had occurred. 








Fig. 2 Unaffected surface covered by a discontinuous scale with intergranular penetration of scale to a depth of 
500 pm 

X-ray mapping revealed that the surface scale was composed mainly of chromium oxide with islands of iron/nickel 
sulfide and chromium sulfide. 

At the interface between the scale and the base metal chromium sulfide predominated (Fig. 3). The intergranular scale 

consisted mainly of chromium sulfide with some chromium oxide 

- 


Fig. 3 X-ray mapping revealed that the surface scale on the "unaffected" surface was composed mainly of 
chromium oxide, but that chromium sulfide predominated at the scale/metal interface. 





Fig. 4 The intergranular scale consisted mainly of chromium sulfide with some chromium oxide. 


The grain boundaries of the unaffected base metal were enriched in chromium (Fig. 5) indicating a sensitized 



Fig. 5 The matrix was sensitized as evidenced by the presence of continuous network of chromium carbide at 
the grain boundaries. 

The surface of the metal at the base of the area where severe metal loss occurred was covered in a continuous scale 150 to 
175 pm thick (Fig. 6). X-ray mapping revealed that this scale was composed mainly of chromium oxide. Beneath the 
scale intergranular penetration had occurred to a depth of 200 pm, less than half the depth of penetration in the unaffected 
areas. 



Fig. 6 The scale at the base of the damaged area was continuous, but the depth of intergranular penetration 
was less than in uncorroded areas (Fig. 2). 

Similar to the unaffected areas the intergranular scale was composed mainly of chromium sulfide with some chromium 
oxide (Fig. 7). 
















Fig. 7 X-ray mapping of the interface between the scale and the base metal of the damaged area revealed that 
the surface scale was composed mainly of chromium oxide, and the intergranular scale consisted mainly of 
chromium sulfide with some chromium oxide. 

Table 2 Mechanical Property Requirements of UNS 08810 and Results Obtained for the Transfer 
Line 


Element 

N08810 

Transfer line 

UTS(MPa) 

536 

580 

YS(MPa) 

150 

180 


Discussion 

The corrosion that has occurred on this transfer line bears all the characteristics of high-temperature sulfidation. It is 
known that alloys can undergo rapid attack when exposed to environments containing mixtures of C0-C0 2 -H 2 -H 2 0 and 
H 2 S. The rate of sulfidation is influenced by such variables as the alloy composition, exposure time, partial pressures of 
H 2 and H 2 S, and temperature. Concentrations of H 2 S as low as 1 ppm have been known to cause sulfidation. 1 The 
effluent stream from the furnace is not expected to contain CO or C0 2 . Instead, it will contain a mixture of hydrocarbons 
(CH 4 , C 2 H 4 , and C 3 H 6 ), steam (H 2 0), H 2 , and H 2 S. The latter would originate from the thermal cracking of DMDS in the 
furnace. The puipose of the H 2 S is to retard carbon transfer to the tubes and coke buildup on the tube surfaces. Sulfur 
tends to adsorb or segregate at surfaces or interfaces, and in this instance, the absoiption of sulfur on the tube surfaces is 
established by the equilibrium: 


H 2 S = H + S ads 


Although injecting sulfur compounds such as H 2 S into the process stream (typical concentrations are 50 to 100 ppm) is an 
effective means of preventing or retarding carburization of furnace tubes and coke formation, excessive levels of sulfur 
compounds can lead to sulfidation attack, which can be far worse than carburization. 2 

Thermodynamic Considerations for Sulfidation 


Most high-temperature alloys rely on chromium and/or aluminum to form a protective layer of chromium or aluminum 
oxide (Cr 2 03 or A1 2 0 3 ) scale to resist oxidation and other forms of high-temperature corrosion. These oxide scales are 









slow growing. When an alloy is under sulfidation attack, sulfides of chromium, iron, and nickel are likely to form. The 
growth rates of these sulfide scales are orders of magnitude larger than those of oxide scales, leading to unacceptable 
corrosion rates. Only the exclusion of sulfur (by the oxide scales) provides a condition for satisfactory service lives for 
components exposed to environments containing mixed oxidants, sulfur plus oxygen, or sulfur plus carbon plus oxygen. 3 
Destructive sulfidation attack occurs mainly at sites where the protective oxide has broken down. Once it has entered the 
alloy, the sulfur ties up the oxide forming elements, chromium and aluminum, as sulfides. This redistribution of the oxide 
forming elements near the alloy surface interferes with the process of formation of the protective scale. If sufficient sulfur 
enters the alloy and all immediately available chromium or aluminum is converted to sulfides, then the less stable sulfides 
of the base metal may form. 6 

Under favorable conditions, sulfur can transport across continuous protective scales of A1 2 0 3 and Cr 2 0 3 , with the result 
that discrete sulfide precipitates can form immediately beneath the scales on alloys that are behaving in a protected 
manner. As long as the amount of sulfur present is small, there is little danger of accelerated attack. However, once 
sulfides have formed in the alloy, there is a tendency for the sulfide phases to be preferentially oxidized by the 
encroaching reaction front and for the sulfur to be displaced inward, forming new sulfides deeper in the alloy, often in 
grain boundaries or at sites of other chromium or aluminum-rich phases such as carbides. 6 The basic mode of attack is 
accelerated oxidation, but the cause is internal carburization and sulfidation that deplete the chromium needed to maintain 
a chromium oxide scale. Once started, the process is self-maintaining and attack by oxidation accelerates rapidly. 

A free energy diagram such as the one in Fig. 8 (also known as an Ellingham diagram) can be used to determine whether 
an environment has a sulfur potential high enough to form sulfides. Reference to Figure 8 shows that the sulfide of 
chromium is more stable than those of iron or nickel. From this diagram it is possible to derive the H 2 S/H 2 ratios or sulfur 
partial pressures (P S2 ) required to form the various metal sulfides at the operating temperature of 845 °C. These values are 
reported in Table 3. Thus, chromium sulfide will form at a much lower H 2 S/H 2 ratio or lower sulfur partial pressure than 
would iron or nickel sulfide. 




















FeS 


5.5 x 10' 3 8 x 1(T 


CrS 3.2 x 10' 5 3 x 10 -12 


Source: Ref 3 

Most industrial sulfidizing environments exhibit both sulfur and oxygen activities. The environment can therefore be 
better characterized in terms of both P S 2 and P 0 2 - Figures 9 show the stability diagrams for the various compounds formed 
by iron, chromium, and nickel in contact with atmospheres bearing both sulfur and oxygen at 870 °C. These diagrams 
show which condensed phases will be in equilibrium at the gas-metal interface as a function of P S 2 and P 0 2 - 3 Figure 9 
shows the three diagrams superimposed upon each other. These diagrams are for pure metals, not alloys. Nevertheless, 
they give a good idea of the conditions required for a metal to form a specific compound. 



Fig. 9 Stability diagrams for oxides and sulfides of iron, nickel, and chromium as a function of oxygen and 
sulfur partial pressures. Source: Ref 3 

These diagrams specify the stable phases in contact with the gas mixture. In practice, at the metal-scale interface, the 
activity of the predominant non-metal component forming the scale may be so reduced that a compound product for the 
second oxidant can be stabilized. Thus, the formation of a protective Cr 2 03 scale does not necessarily prevent the 
formation of CrS beneath the oxide scale as discussed previously. Sulfur penetrates the scale by: 

• Doping the lattice 

• Grain boundary diffusion 

• Penetration of sulfur containing gases through flaws or fissures in the protective scale 

Based on the preceding discussions and the observations made during the SEM examination, it is estimated that the 
transfer line must have operated in the region indicated by crosshatched area in Fig. 9. 

Operation in this area this would explain the presence of both chromium oxide and sulfide and the absence of any nickel 
sulfide in the cross sections examined during the investigation. The sulfur partial pressures (FFS/FF ratios) were not high 
enough to favor the formation of NiS. 











Proposed Failure Sequence 

1. It is assumed that the intended layer of chromium oxide scale was formed on the surface of the transfer line 
during preconditioning of the furnace prior to start-up. During this phase, steam and DMDS were passed through 
the furnace. It is likely that this scale also contained some chromium sulfide. 

2. During subsequent operation of the furnace, carburizing conditions prevailed in the transfer line, and 
carburization of the surface of the line occurred. This resulted in a continuous intergranular network of chromium 
carbides several microns deep. 

3. Deposition of sulfur on the surface of the scale resulted in penetration of sulfur into the scale. 

4. At the scale-metal interface, the activity of sulfur exceeded that of both carbon and oxygen and the grain 
boundary chro mi um carbide network was converted to chromium sulfide. 

5. As the depth of sulfur penetration increased, individual grains became dislodged from the surface. In the process 
the scale in this localized area would also become dislodged, thus exposing fresh metal so that the cycle could be 
repeated. 

Suitability of Incoloy 800H as a Material for the Transfer Line 

It would not be economical to change the material of construction of the transfer line, as this would affect 10 furnaces 
having a total of 20 transfer lines. Besides, this alloy has a long history of being used successfully in this application 
worldwide. During the 1960s, numerous failures of HK, HT, and HU cast headers and transfer lines were experienced. 
This was mainly due to lack of ductility of the cast alloys with an accompanying lack of resistance to thermal shock. 
Wrought Incoloy 800H, while not as strong as the cast alloys, possessed greater ductility and thermal shock resistance and 
became the alloy of choice for furnace outlet connections, transfer lines, and headers. It is widely used for these 
components in ethylene plants throughout the world. 4 While materials that are more resistant to sulfidation are available, 
it would not be practical to replace all the transfer lines on all the furnaces of the unit based on a single failure of this 
kind. Likewise, although diffusion coatings rich in aluminum are available, it is also not considered practical to coat all 
the transfer lines in response to a single incident. These coatings could not be applied in situ so this would obviously be 
an expensive exercise. 

Recommendations 

The most practical course of action would be to: 

1. Closely monitor H 2 S concentration in the furnace effluent stream and control DMDS injection into the feed 
accordingly. 

2. Monitor the thickness of all transfer lines during scheduled turnarounds to reduce the likelihood of unscheduled 
failures. 
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From: R.J. Gommans, K.F. Verheesen, and J.H. Heerings, Oxidation Cracking and Residual Creep Life of an Incoloy 800H Bottom 
Manifold in a Steam Reformer at 800 °C, Creep: Characterization, Damage and Life Assessments (Proceedings of the Fifth 
International Conference on Creep of Materials, Lake Buena Vista, Florida, 18-21 May 1992), D.A. Woodford, C.H.A Townley, and M. 
Ohnami, Ed., ASM International, 1992, p 257-263 


Abstract: During a planned shut-down in 1990 it appeared that the bottom manifold parts made of wrought Incoloy 800H had 
undergone diametrical expansion of up to 2% due to creep. Further, cracking at the outer diameter was found. It was decided to 
replace these parts. Microscopical investigations showed that the cracking could not be caused by creep. It was found that the 
cracking was confined to a 4 mm deep coarse-grained zone (ASTM 0-1) at the outer diameter. The cracking appeared to be caused 
by strain-induced intergranular oxidation. When the cracks reached the fine-grained material the oxidation-cracks stopped, so that 
these cracks are -in fact- do not limit the residual life of the manifold. To determine the residual creep life of the sound (non- 
cracked) bottom manifold material iso-stress creep tests were performed. It was found that tertiary creep started at 7% strain. The 
time-to-rupture was > 100000 h. The 7%-criterion will be used as end-of-life criterion. It was concluded that the bottom manifold 
(and thus the furnace) could be used safely during the foreseen production period (2.5 years). 

Keywords: Ammonia; Chemical processing equipment; Manifolds; Oxidation; Steam reformers 

Material: Incoloy 800H (Iron-base superalloy), UNS N08810 


Failure type: Creep fracture/stress rupture 


Introduction 

DSM Fertilizers operates several production units in The Netherlands. One of these units is a 1000 short ton/day ammonia 
plant designed by M.W.Kellogg and is situated in IJmuiden (NL). 

Synthesis gas for ammonia manufacture is made in a top-fired furnace by reforming a steam/methane gas mixture over a 
nickel catalyst. The pre-heated gas mixture enters spun cast catalyst tubes (typically made of HK40 or HP40+Nb) and 
flows down through each tube and is collected in a bottom manifold. The partially reformed gases contain hydrogen, 
carbon monoxide, carbon dioxide, methane and steam. Then the gases flow towards the riser (typically made of HP40+Nb 
or Supertherm), and from there into a transfer line and on to the secondary reformer. Such a primary reformer is top-fired 
and contains 7 or 8 rows of 42 catalyst tubes each. A sketch of the furnace arrangement is shown in figure 1. Each catalyst 
tube and riser is joined to the manifold tubing with forged “weldolets”. The manifold under discussion is made of Incoloy 
800H; the metal temperature is about 800 °C (1475°F) at an internal gas pressure of 3.1 MPa (450 psi). 

The plant was taken into operation in 1969. In 1976 the bottom manifold showed severe bulging (up to 20% diametrical 
expansion) and creep damage. The cause of the damage was the fine grain-size (ASTM 6-7) of the Incoloy 800 Grade II 
used at the time. The manifolds were replaced in Incoloy 800H and taken into operation in 1977 1. From then on the 
manifolds were regularly inspected. 

During a scheduled shut-down in 1987 a diametrical expansion of 1.1% was measured at one location. This could not be 
explained by the creep rate data. It was concluded that external stresses such as bending of the manifold caused this 
accelerated diametrical expansion. But finite element calculations 2 showed that external stresses could not occur if the 
spring hangers of the furnace were properly adjusted. Since this was the case, external stresses had to be ruled out. 

During a planned shut-down in 1990 it appeal ed that the bottom manifold had undergone diametrical expansion of up to 
2% due to creep. This expansion was uniform in diameter (no bulging), but locally extended over the full length of the 
manifold. Further, cracking at the outer diameter was found in axial direction at locations with a diametrical expansion of 
higher than 1%. Microstructural investigations using the replica technique indicated that creep was responsible for the 
cracking. It was decided to replace the parts with a diametrical expansion of more than 1%. After that, the reformer was 
taken into operation. 

The bottom manifold parts that were taken out because of the cracking were used for extensive investigations on the 
following points : 




• - cause of the cracks in the manifold and weldolets, 

• - growth-rate of these cracks, 

• - maximum allowable deformation of aged Incoloy 800H, 

• - time to maximum allowable deformation. 

Results of the Investigations 

Material Quality 

The results of the chemical analysis of the material from the bottom manifold (see table 1) showed that it meets the 
requirements of Incoloy 800H. The hardness was 135 HV, indicating that no y'-fase had formed. The grain size in the 
bulk of the material was ASTM 4. However, in a zone of about 4.0 mm depth from the outside diameter a grain size of 
ASTM 0-1 was found. Thus, it was concluded that the material meets the requirements of Incoloy 800H. 



Fig. 1 Schematic of primary reformer arrangement. 

Table 1 Chemical analysis of Incoloy 800H bottom manifold (in weight-%). 

A. requirements — B. certificate — C. analysis 9 _ 


nr. 

C 

Ni 

Cr 

A1 

Ti 

Mn 

Si 

Cu 

0 

0.05-0.1 

30-35 

19-23 

0.15-0.6 

0.15-0.6 

<1.5 

<1.0 

<0.75 

B 

0.07 

31.9 

20.0 

0.40 

0.40 

0.93 

0.12 

0.69 

C 

0.062 

31.8 

20.1 

0.41 

0.35 

0.93 

0.15 

0.70 


Dimension Measurements 


The following dimensions were measured: the outside diameter (OD), the circumference, and the wall thickness; see 
figure 2. These dimensions were taken every 50 mm (2") along the length of the removed parts. 




Fig. 2 Sketch of the dimension measurements made. 


• - outer diameter: in 4 directions 

• - wall thickness: in 4 direction 

• - circumference 

The diameter measurements showed that the OD varied along the length of the manifold. The maximum diamtrical 
expansion measured was 2.1% at manifold F and 1.8% at manifold G. 

From comparison of the measurements of the outside diameter and the wall thickness with the circumference, it was 
concluded that the diametrical expansion of the tube was uniform in circumference. 

The wall thickness varied along the circumference; but it was always above the minimum required wall thickness of 20.3 
mm (0.8"). 

Liquid Penetrant Testing 

(dye-check) The cracks observed in the manifold were oriented in axial direction at locations with a diameter expansion 
of more than 1%. The length of these cracks was about 5-25 mm (0.2-1.0"); the cracks were not linked to each other. 

Microscopic Investigations 

On the basis of the dimension measurements about 20 rings were taken out and prepared -as complete rings- for 
microscopic investigations. It was found that the crack depth was almost uniform (about 4.0 mm from the outside 
diameter) and that the cracks were confined to the coarse-grained zone (ASTM 0-1); see photograph 3. Penetration into 
the fine-grained zone (ASTM 4) was not observed. The difference between the coarse- and fine-grained zones is quite 
remarkable; see photograph 4. The cracks were oxidized and nitride formation had occurred along the sides of the cracks; 
see photograph 5. The oxide thickness along the crack diminished towards the crack tip. Nitride formation takes place as 
oxygen depletion in the crack occurs. Creep voids in the close vicinity of the crack and the crack tip were not observed. 



Fig. 4 Difference in grain size of the coarse- and fine-grained zones. Magnification = 50 x 






Fig. 5 Oxidation and nitride formation along the crack sides and the crack tip. Magnification = 100 x 

Accelerated Creep Testing 

The iso-stress method is used for the accelerated creep testing. Samples from the manifold were taken in tangential 
direction, i.e. parallel to the hoop stress. This was done to create a test situation as close as possible to the real situation. 
The material taken from the manifold had undergone a diametrical expansion of 1.75% during service. A stress of 12 MPa 
was chosen, which is 20% higher than the hoop stress. Temperatures of 900 to 1015°C were used during the accelerated 
creep testing. 

The test results 3 are given in figure 6. From extrapolation to the service temperature of 800 °C (solid line) it can be 
concluded that creep rupture occurs after more than 300,000 hrs. 




Fig. 6 Results of the accelerated creep testing. The itme to rupture and the time to 5% additional strain is 
plotted as a funciton of temperature. 

In the tests it was observed that tertiary creep starts at 5% elongation. Because the material had already undergone about 
2% elongation during service, tertiary creep stalled at about 7% total elongation. The time to reach the additional 5% 
elongation (thus tertiary creep) can be estimated by extrapolation of the test results to the service temperature (solid line): 
20,000 hrs. This is low compared to the time-to-rupture. Furthermore, it is observed that the line for the time to reach 5% 
is not parallel to the line for rupture. Normally, it is observed that these lines run parallel to each other. If a “parallel 
extrapolation” is made (dashed line), then the time to reach 5% elongation is 60,000 hrs. It was concluded that the time to 
reach tertiary creep is between 20,000 and 60,000 hrs. In our view, this will be on the conservative side because of the 
upperbound stress value chosen. 

The secondary creep rate at the service temperature can be obtained by extrapolation from the iso-stress testing results at 
higher temperatures; see figure 7. At 800°C a creep rate of 2.5 • 10 4 %/hr or 6.9 • 10 10 1/s is obtained. 






Fig. 7 Results of the accelerated creep testing. The secondary strain rate is plotted as a function of 
temperature. 


Discussions on the Cause of the Cracks 

Coarse-Grained Zone 

The replaced parts of the manifold were made of materials from one heat number. The same heat number was available 
on stock, and was used for the replacement. From microscopic examinations it was observed that the same coarse-grained 
zone (without cracks) existed in the manifold which had been on stock for 13 years. Therefore, it must be concluded that 
the existence of the coarse-grained zone is due to the manufacturing method of the manifold (hot extrusion). 

Replica Technique 

The orientation of the oxidation cracks is in axial direction (thus similar to creep cracks). Using the replica technique in 
situ, the cracks were thought to be creep cracks. This confirms that information on the metal surface only is not sufficient 
to draw firm conclusions; information on the bulk metal is needed. This was obtained by taking boat samples. 

Cracks in the Manifold 





From the microscopic investigations it was concluded that the cracking in the coarse-grained zone was caused by 
intergranular oxidation. It is postulated that the diffusion pathways for chromium diffusion in the coarse grains to the 
grain boundaries is too long. Therefore, there are low chromium contents at the grain boundaries of the coarse grains 
causing preferential attack. In the fine grains, the chro mi um level can be maintained at an acceptable level because of the 
shorter diffusion pathways. 

Crack formation due to creep is not observed. Creep crack formation is not likely to occur, since the hoop stress at the 
inside diameter is much higher than at the outside diameter in such a thick-walled tube (9.5 compared to 6.5 MPa). 
Furthermore, the creep strength of the coarse-grained material at the outside diameter is higher than the creep strength of 
the fine-grained bulk material. 

The oxidation cracks in the manifold occur only in the coarse-grained zone (ASTM 0) at the outer diameter of the 
manifold. They do not penetrate into the fine-grained zone (ASTM 4-5) of the bulk material. 

As already mentioned, the cracks are oriented in axial direction. This is due to the hoop stress caused by the internal 
pressure. Because the oxidation cracks only occur at diametrical expansions of 1% or more, this type of oxidation could 
be called “strain-induced intergranular oxidation”. 

The cracks did not occur over the whole circumference. They only occurred on locations where the wall thickness (due to 
manufacturing) was the lowest. 

Discussions on the Residual Life 

Oxidation 

The oxidation cracks do not penetrate the fine-grained zone of the manifold. Because of the observation that these cracks 
must have been present for a longer period, it was concluded that the cracks growth rate (if any) is very low. Thus, they 
will most probably not penetrate the fine-grained zone in the future. The oxidation cracks, therefore, will not affect the 
residual life of the fine-grained bulk material of the manifold. 

Notch Ductility 

An aspect which has not been discussed yet is the influence of notches (the oxidation cracks) on the residual creep life of 
the manifold. From literature, it is known that creep life is not impaired by notches: Incoloy 800H is a notch-ductile 
material 4. 

Deformation Mechanism 

In the past it was thought that the acting deformation mechanism at 800°C was power-law creep. But, if the creep rate is 
plotted in relation to stress, it can be observed that the creep rate in service is a factor 350 higher than the creep rate 
obtained by extrapolation from a Larson-Miller data-set; see figure 8. This can be explained by the following. The creep 
rate of the data set is obtained from creep tests with relatively high stresses (a > 40 MPa). The deformation mechanism at 
these relatively high stresses is power-law creep by climb. At low stresses however, a transition to diffusional creep must 
occur 5. In 6 it is found that below 30 MPa diffusional creep is the acting deformation mechanism for Incoloy 800FI at 
800°C; see figure 9. By extrapolation from figure 9 it can be deducted that the creep rate is 5.0 • 10 11 1/s at the service 
stress of 10 MPa. This correlates very well with the actual creep rate during service: 2.1% in 13 years means a creep rate 
of 5.5 • 10 11 1/s. 
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Fig. 8 Creep rate of Incoloy 800H as a function of stress at a temperature of 800°C. Data for power-law creep 
are taken from manufacturers (Inco, Sandvik) and from free literature. These data are put into a Larson-Miller 
equation by regression analysis. Data for diffusional creep are taken from 6. The creep rate in service is 2.1% 
in 13 years which equals 5.1 ■ 10" n l/s or 1.8 ■ l-" 7 l/hr. 
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Fig. 9 Creep rate as a function of stress 6. 

Grain Size 

With diffusional creep as deformation mechanism grain-size has a large influence on creep life. This already appeared in 
the damage case studied in 1977. In 1 a relation is given between the ASTM grain-size and the percentage of creep 
deformation in a given time (52,500 hrs). This can be re-written to a relation between creep rate and grain-size: 


log (creep rate) = 4.25 * log (ASTM grain-size number) - 8.96 


(Eql) 


The creep rate is in 1/s; the relation is valid for grain-sizes of ASTM 2-7. Because the ratio of service temperature to 
melting temperature is about 0.65, diffusion creep limited by grain boundary diffusion (Coble creep) is the most probable 
deformation mechanism for Incoloy 800H at 800°C at low stresses. This is in conformity with observations by Steen; see 
figure 10 7. 




Fig. 10 Deformation mechnaism map for Incoloy 800H 7. The deformation mechanism is given as a function of 
homologue temperature (T/Tm) and homologue stress (o/G). 

Deformation Capability 

The deformation capability of aged materials is usually lower than for new materials. In the accelerated creep tests on the 
aged material it was observed that the tertiary creep regime starts at 7% elongation. This observation has been made 
earlier 8. From the damage case in 1977 it is known that 20% diametrical expansion occurred without leakage or rupture. 
From microscopic investigations on the same damage case in 1977 it was found that void formation was only observed at 
8 % diametrical expansion or more. Therefore, the transition from secondary to tertiary creep was taken as criterion for 
rejection. In this case this means 7% diametrical expansion. 

Residual Life 

In the above paragraphs it is stated that only creep deformation will determine the residual life of the manifold. The 
maximum allowable creep deformation is 7%. 

From the accelerated creep tests it appears that the time to reach 7% diametrical expansion is between 20,000 and 60,000 
hrs. 

The extrapolated creep rate at 800°C is 2.5 • 10 4 %/hr or 6.9 • 10 10 1/s; see figure 7. The creep rate obtained from the 
tests is therefore remarkably higher than the creep rate during service. This might be explained by the upperbound stress 
value chosen. 

The data of the 1977 damage case 1 can also give an indication of the creep rate. Because ASTM grain-size 4 is the 
highest available grain size for the manifolds in the reformer, according to Eq. 1 the maximum creep rate is 1.1 • 10 10 1/s. 
In figure 11 the creep deformation of the manifold is given as a function of time. It can be seen that the creep rate given 
by the isostress creep testing is much higher than the creep rates during service and from the 1977 data. The actual creep 
rate will lie somewhere in between 9 • 10 11 and 7 • 10 10 1/s. 





Fig. 11 Creep deformation (diametrical expansion) of the bottom manifold as a function of service time. 


line xx : momentaneous creep rate 

8.6 • 10 11 1/s 

line yy : creep rate estimated from the 1977 damage case 

1.1 • 10 10 

line zz : creep rate determined from the creep testing 

ON 
ko 

o 

o 


The most conservative estimate for the time to reach 7% elongation will be 20,000 hrs (line zz). But, as can be seen in 
figure 11, this is quite unlikely to happen, because the extrapolation of the creep rate during service (line xx) yields much 
longer times to reach 7% elongation. Furthermore, the creep rate data of the 1977 damage case (line yy) yield similar 
estimates. 

As indicated above, there is an uncertainty in the estimate for the creep rate, and thus also for the residual life. However, a 
better estimate could not be made at the moment. The diameter measurements during the next shut-down will give 
additional information for a more accurate determination of the actual creep rate. After that, a more reliable residual life 
estimate can be performed. 

Inspections During the Next Shut-Down 

During the next scheduled shut-down of the plant in 1993 the manifolds will be examined thourougly. The following 
inspection points are planned : 

• a. measurements of diameter, wall thickness, and circumference, 

• b. boat samples of the replaced parts, which also had the coarse-grained zone at the outer diameter, 

• c. dye check (liquid penetrant test) of all heat-numbers to inspect for the occurrence of oxidation cracks, 

• d. if necessary, boat samples depending on the results of point c. 

After completion of these investigations a better estimate can be given concerning the residual life of the manifold. 


Replacement or New Construction 




If the manifold has to be replaced (for whatever reason) Incoloy 800H will not be chosen for the new manifolds. 
Centrifugally cast alloys will be used with special welding techniques. 


Conclusions 

• The cracks in the manifold are due to strain-assisted intergranular oxidation. This oxidation is strongly influenced 
by grain size. 

• For this type of materials in furnaces, the replica technique can give misleading information. Therefore, taking 
boat samples is necessary. 

• It had been concluded that tertiary creep starts at 7% elongation. This will be used as rejection criterion for the 
bottom manifolds in the future. 

• Diffusional creep limited by grain-boundary diffusion (Coble creep) is the acting deformation mechanism for 
Incoloy 800H at 800°C and low stresses (typically a < 30 MPa). 

• The creep rate of the aged material is between 5 • 10 11 and 7 • 10 10 1/s. The residual life, in this case defined as 

the time to reach 7% elongation, is between 20,000 and 300,000 hrs. From diameter measurements in the next 

shut-down, a better estimate of the creep rate and residual life can be made. 

• During the next shut-down boat samples and liquid penetrant testing will be performed to search for the 
occurrence of oxidation cracking. 

• For new construction or replacement, centrifugally cast materials will be used. 
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Corrosion of a Flue Gas Inlet Foot 

Fulmer Research Institute Ltd. 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Plate perforation occurred in the cylindrical section and walls of the inlet foot (2.38 mm thick Incoloy 825 plate welded 
using INCO welding rod 135) of an inert gas fire prevention system in an oil tanker. Cross-sectional microprobe analysis showed the 
corrosion product to contain sulfur, mainly from the flue gas, and calcium and chlorine, mainly from the sea water. The gray 
corrosion product was interspersed with rust and a black carbonaceous deposit. Corrosion pitting and poor weld penetration, with 
carbide precipitation and heavy etching at grain boundaries, indicated sensitization and susceptibility to aqueous intergranular 
corrosion. Chemical analysis showed the predominant acid radical to be sulfate (6.20% in the carbonaceous deposit and 0.60% in 
the corrosion product), suggesting that oxidation of S02 in the flue gas caused the corrosion. Moisture condensation, the carbon 
acting as a cathode, and alloy susceptibility to intergranular corrosion contributed to the corrosion. 

Keywords: Corrosion products; Flue gases; Sulfates 


Material: Incoloy 825 (Iron-base superalloy), UNS N08825 


Failure types: Intergranular corrosion; Pitting corrosion 


The inlet foot (Figs. 1 and 2) was part of a fire prevention inert gas system installed in an oil tanker. The material of the 
foot was 2.38 mm thick lncaloy 825 plate welded using INCO welding rod No. 135. Perforation of the plate had occurred 
at the top and sides of the cylindrical section and near the top of the side and back walls of the foot. 



Fig. 1 General view of inlet foot. 




Fig. 2 Top half of inlet foot illustrating extent and distribution of perforations. 

Washed flue gas from the oil fired boilers enters the foot through the cylindrical inlet at ~ 750°F and is further cooled by 
sprayed sea water to ~ 600°F as the gas passes through the foot. In order to prevent the possibility of combustion of 
hydrocarbons the O 2 content of the gas was kept below 10% by volume; a typical composition is [in vol. %] 

Figure 2 shows the top half of the foot and gives a picture of the extent and distribution of the perforations. Figures 3 and 
4 are internal views of the top of the cylindrical section and the junctions between the side, back and top of the foot. They 
show that the internal surface is covered with corrosion product and pitted and perforated in several areas. It can also be 
seen that pitting is no worse, at the welds than in the plate. The corrosion product was generally grey in colour but 
interspersed with rust and a black carbonaceous deposit. 



Fig. 3 Inside top of inlet foot. 
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Fig. 4 Inside junction between top, side and back of inlet foot. 
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Chemical analysis revealed that there was a factor of 10 difference in the sulphate content between the corrosion product 
and the carbonaceous deposit. The results were: Corrosion product 0,60 % SO 2 4 - ; carbonaceous deposit 6,20 % SO 2 4 -. 
There was also a trace of chloride in the corrosion product but neither sulphite nor sulphide was present in either sample. 
Sections taken for metallographic examination were etched electrolytic ally in 5 % H 2 SO 4 . Figs. 5 and 6 illustrate the 
corrosion pitting which had occurred; Figs. 7 and 8 typify the corrosion and poor penetration of the welds. 



Fig. 5 Examples of corrosion pitting in plate. Etched electrolytically 5% HS0 4 . 20 x 






Fig. 6 Examples of corrosion pitting in plate. Etched electrolytically 5% HS0 4 . 20 x 



Fig. 7 Examples of corrosion and poor penetration respectively of the welds. 20 x 




Fig. 8 Examples of corrosion and poor penetration respectively of the welds. 20 x 


Intergranular sulphur penetration was sought specifically at high power but none was found. However, all specimens 
showed carbide precipitation and heavy etching attack at the grain boundaries (Fig. 9). This condition indicated that the 



Fig. 9 Showing sensitised structure of plate. 750 x 

Microprobe analysis showed that the Corrosion product contained sulphur, chlorine and calcium. The majority of the 
sulphur will have originated in the flue gas and the chlorine and calcium in the sea-water. Figure 10 is a stereoscan 
photograph of the corroded surface showing white spherical particles (S, Cr, Fe and Ni rich) and white angular particles 
(S, Ca and Fe rich). 



Fig. 10 Corroded inside surface showing spherical and angular particles. 470 x 

The predominant acid radical in both the corrosion product and the carbonaceous deposit was sulphate with the 
concentration in the latter 10 x that of the former, This suggests that the corrosion was caused by sulphuric acid formed 
by oxidation of the SO 2 in the flue gas. The carbonaceous deposit will absorb some of the flue gas and release sulphurous 
and sulphuric acids onto the metal surface when moisture condensation occurs. The attack will be further accentuated by 
the carbon acting as a cathode in a galvanic cell with the metal surface and the susceptibility of the alloy to intergranular 
corrosion. The latter will facilitate the initiation and growth of corrosion pits at the grain boundaries. 

Summary 

Perforation of the inlet foot was caused by sulphuric acid formed by oxidation of the SO 2 in the flue gas and accentuated 
by the carbon deposit on the internal surfaces of the foot. Pitting corrosion was encouraged by the material being 
sensitized and susceptible to intergranular corrosion. 

Related Information 


Forms of Corrosion, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 761-795 


Failure of a Turbine Spacer 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 263-297 

Abstract: A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from 
service because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm across the spacer 
rim; radially, it extended to a depth of 6.4 mm into the web section. Analysis (visual inspection, 5000 and 10,000x TEM 
fractographs, chemical analysis, and 9x metallographic examination) supported the conclusions that cracking on the forward rim of 
the spacer occurred in fatigue that initiated on the forward rim face and that progressed into the rim and web areas. Because there 
was no apparent metallurgical cause for the cracking, the problem was assigned to engineering. 

Keywords: Spacers; Striations; Turbines 


Material: Incoloy 901 (Iron-base superalloy), UNS N09901, UNS N09901; AMS 5661 (Iron-base superalloy), UNS N09901, UNS 
N09901 


Failure type: Fatigue fracture 


A turbine spacer made of AMS 5661 alloy (Incoloy 901; composition: Fe-43Ni- 13Cr-6Mo-2.5Ti) was removed from 

5 

service because of a crack in the forward side of the radial rim. The crack extended axially for a distance of 16 mm ( 3 in.) 
across the spacer rim; radially, it extended to a depth of 6.4 mm (4 in.) into the web section. 

Investigation. The spacer was sectioned to expose the fractured surfaces of the crack; these surfaces showed features 
of fatigue starting from the forward rim side adjacent to, and at, the inside surface of the rim. The fatigue features 
progressed aft for a distance of about 8.9 mm (0.350 in.) before changing to features of a tension fracture. Figure 1(a) 
shows a light fractograph of the crack that illustrates macroscopic features near the origin (at left). 





Fig. 1 Incoloy 901 turbine spacer that was removed from service because of cracking of the radial rim. (a) 
Fracture surface of the turbine spacer showing the fatigue crack, which progressed aft from the forward side of 
the rim. 9x. (b) and (c) TEM fractographs showing the irregular striations indicative of fatigue. The striations 
are indistinct because of rubbing between the mating surfaces. 5000 and 10,000x, respectively 

Replica studies of the fracture, using a transmission electron microscope, revealed striations that indicated a fatigue-type 
failure progressing from the forward side of the rim (Fig. lb and c). A striation count conducted at a magnification of 
lO.OOOx, showed that the fatigue had progressed at a rate of 180 cycles per 0.025 mm (0.001 in.) at a location 0.25 mm 
(0.010 in.) from the forward face of the rim and at a rate of 100 cycles per 0.025 mm (0.001 in.) at a location 2.0 mm 
(0.080 in.) from this face. 

Metallographic examination of a cross section of the fracture on the forward side of the rim in the fatigue-origin area 
indicated that separation was transgranular, which is typical of fatigue cracking. The microstructure was normal for AMS 


5661. Further testing revealed that the chemical composition, hardness, tensile strength, and stress-rupture properties of 
the material conformed with the requirements of the AMS 5661 specification. 

Conclusions. Cracking on the forward rim of the spacer occurred in fatigue that initiated on the forward rim face and 
that progressed into the rim and web areas. Because there was no apparent metallurgical cause for the cracking, the 
problem was assigned to engineering. 

Related Information 
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671-699 


Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating 
during service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 

Material: Nicrofer 3718 (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 
800H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 

Failure type: High-temperature corrosion and oxidation 


Background 

A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of 
service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the 
briquettes were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/min (3 ft/min). 
The total length of the belt was 94 m (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 

Circumstances leading to failure 

The sinter belt distorted in shape and stretched approximately 1.2 m (4 ft) over a period of 6 months. Normal service life 
is approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the 
furnace. 

Specimen selection 

Several broken links of the woven belt and an unused section of new wire were submitted for examination. 

Testing Procedure and Results 


Surface examination 



Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to 
the axis of the belt weave. 


Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size 
of 7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm 
(0.02 in.), which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the 
microstructure along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain¬ 
boundary globular carbides in a matrix of austenite. The ASTM grain size was 5. 


Chemical analysis 


Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 

Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 

Titanium 

0.12 

<0.05 

Aluminum 

Niobium 

<0.05 

<0.05 


Discussion 


The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer 
sections of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on 
















the sinter belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% 
C) but a great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This 
mechanism of sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and 
hence initiate failure of the belt during operation. The theory of sulfur attack and carburization was substantiated by 
chemical analysis of the old belt material, which contained significantly higher levels of carbon and sulfur than the new 
belt material. 

The second failure mechanism was the presence of globular - carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 
required to cause coalescence of carbides at grain boundaries. Globular - carbides at the grain boundaries of the austenite 
also reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated 
at the usual lower temperature. 

The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of 
some wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure 
of the material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 

Conclusion and Recommendations 

Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220H (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 


Failure of a Heat-Resistant Sinter Belt 

Ronald Jeffrey Dunning, ETRS Pty Ltd. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A Nicrofer 3718 sinter belt used in a sinter furnace operated at 965 deg C (1770 deg F) for the curing of nickel briquettes 
stretched and fractured after only 6 months in service. Macrofractographic, metallographic, and chemical analyses of several broken 
links of the woven belt and an unused section of new wire showed that the fracture resulted from sulfur attack and overheating 
during service. It was recommended that the sinter belt material be changed to Nicrofer 3220-H (alloy 800H). 

Keywords: Belt conveyors; Carburization (corrosion); Furnace conveyors; Sintering furnaces; Sulfurization 

Material: Nicrofer 3718 (Iron-base superailoy), UNS N08800, UNS N08810, UNS N08810; Incoloy 800 (Iron-base superalloy), UNS 
N08800, UNS N08810, UNS N08810; Nicrofer 3220-H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810; Incoloy 
800H (Iron-base superalloy), UNS N08800, UNS N08810, UNS N08810 

Failure type: High-temperature corrosion and oxidation 


Background 




A sinter belt used in a sinter furnace of the curing of nickel briquettes stretched and fractured after only 6 months of 
service. 

Applications 

The sinter belt, manufactured of woven Nicrofer 37186 mm (0.24 in.) diam was used to transport the briquettes through a 
drying zone and then to reduce the sulfur content via a hydrogen atmosphere. After firing at 965 °C (1770 °F), the 
briquettes were progressively cooled as the sinter belt moved through the furnace at approximately 1 m/rnin (3 ft/min). 
The total length of the belt was 94 nr (308 ft), with 23 m (75 ft) operating in the heating zone of the furnace. 

Circumstances leading to failure 

The sinter belt distorted in shape and stretched approximately 1.2 nr (4 ft) over a period of 6 months. Normal service life 
is approximately 18 months. This necessitated continual removal of belt sections to enable continued operation of the 
furnace. 

Specimen selection 

Several broken links of the woven belt and an unused section of new wire were submitted for examination. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The fracture of the wire lengths exhibited an intergranular texture. The fracture was normal to 
the axis of the belt weave. 

Metallography 

MicrostructuralAnalysis. The sample of new material revealed a fully austenitic structure with an ASTM grain size 
of 7. When a sample of broken belt was examined, two distinct regions were observed. The first was the outer 0.5 mm 
(0.02 in.), which revealed areas of sulfur attack with a region of carburization. The sulfur corrosion extended into the 
microstructure along the prior-austenite grain boundaries. The second region revealed a microstructure of coalesced grain¬ 
boundary globular carbides in a matrix of austenite. The ASTM grain size was 5. 



Chemical analysis 


Element 

Composition, % 



Unused material 

Used material 

Carbon 

0.06 

0.36 

Manganese 

1.24 

0.69 

Silicon 

2.23 

1.66 

Sulfur 

<0.010 

0.44 

Phosphorus 

0.014 

0.012 

Chromium 

17.3 

16.2 

Nickel 

35.5 

37.0 

Molybdenum 

0.12 

0.11 

Copper 

0.16 

0.16 

Titanium 

0.12 

<0.05 

Aluminum 


Niobium <0.05 <0.05 


Discussion 

The failure of the sinter belt material was considered to be caused by two mechanisms acting simultaneously. 

The first proposed failure mechanism was the combination of sulfur corrosion attack and carburization of the outer 
sections of the wire. The sulfur attack would have resulted from the high sulfur levels experienced through feedstock on 
the sinter belt. Carburization would have occurred through the Nicrofer material, which has a low carbon potential (0.05% 
C) but a great tendency to consume carbon from the atmosphere at the operating temperature of the sinter furnace. This 
mechanism of sulfur corrosion and carburization would cause a lowering of the hot strength of the material used and 
hence initiate failure of the belt during operation. The theory of sulfur attack and carburization was substantiated by 
chemical analysis of the old belt material, which contained significantly higher levels of carbon and sulfur than the new 
belt material. 

The second failure mechanism was the presence of globular carbide particles at the grain boundaries, which is typical of 
overheating of the material during service. Temperatures between 1050 and 1150 °C (1920 and 2100 °F) are normally 
required to cause coalescence of carbides at grain boundaries. Globular' carbides at the grain boundaries of the austenite 
also reduce the creep strength of Nicrofer 3718. This accounts for the continual stretching of the belt even when operated 
at the usual lower temperature. 


















The sulfur attack and globular grain-boundary carbides explain the intergranular appearance of the fracture surface of 
some wires. That is, as most of these precipitates occur at grain boundaries, this becomes the weakest area of the structure 
of the material and the most likely to initiate failure. 

To overcome these two problems, a material with a higher creep strength than the 3718 material and a higher resistance to 
sulfidation attack must be selected. An alloy similar to Nicrofer 3220H (alloy 800H) offers greater creep resistance. This 
material would also reduce sulfidation attack because of its lower nickel content and higher chromium level. 

Conclusion and Recommendations 

Most probable cause 

The sinter belt material failed by sulfur attack and overheating during service. 

Remedial action 

It was recommended that the wire material of the belt be changed to a material with higher resistance to sulfur attack and 
capable of operating at temperatures up to 1100 °C (2010 °F), such as Nicrofer 3220H (alloy 800H). 

Related Information 

R.B. Pond, Jr. and D. A. Shifler, High-Temperature Corrosion-Related Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 868-880 



Overheating of Aircraft Engine Cylinders 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
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From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part III, Metals Engineering Quarterly, Vol 15 (No 1) Feb 1975 p 33-39 


Abstract: Cylinder fatigue can result from abnormal heating in service. Fatigue can be experienced also by piston heads, exhaust 
valves, and turbosupercharger housings (castings). Pistons from different engines series can sometimes fit, but because of slight 
design modifications, they may not function properly. Circumferential cracks and fractures near the head-to-barrel junctions have 
occurred on numerous cylinders of reciprocating piston engines. In most instances, cracks were caused by high cyclic pressures and 
high temperatures resulting most probably from detonation. At times, fractures or cracks (or both) were also caused by a 
combination of unfavorable temperature distribution (and possibly excessive pressures around the cylinder barrel), un-nitrided 
internal surfaces of cylinder barrels, and inadequate thread contours, which caused high stress concentrations at the thread roots. 
One example of the most common type of cylinder failure is illustrated. 

Keywords: Airplane engines; Castings; Engine cylinders; Engine valves; Housings; Turbocompressors 


Material: Ferrous engine cylinders (Ferrous alloy, general) 


Failure type: (Other, general, or unspecified) fracture 


Cylinder fatigue can be due to abnormal heating in service, also experienced by piston heads, exhaust valves, and 
turbosupercharger housings (castings). As a note, pistons from different engines series can sometimes fit, but due to slight 
design modifications, they may not function properly. Always make sure that the correct piston is used for a specific 
engine model. 

Either or both circumferential cracks and fractures near the head-to-barrel junctions have occurred on numerous cylinders 
of reciprocating piston engines. In most instances, cracks were caused by high cyclic pressures and high temperatures 
resulting most probably from detonation. At times, fractures or cracks (or both) were also caused by a combination of (1) 
unfavorable temperature distribution and possibly excessive pressures around the cylinder barrel, (2) un-nitrided internal 
surfaces of cylinder barrels, and (3) inadequate thread contours, which caused high stress concentrations at the thread 
roots. Figs. 1 and 2 illustrate one example of the most common type of cylinder failure. 






Fig. 2 The crack (arrow) extended at the exhaust valve seat counterbore where the failure originated (Fig. 1). 


Related Information 


B.A. Miller, Overload Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
671-699 


Failure of a Press 

C. Howard Craft, Senior Metallurgist, Magnaflux Corp. Testing Laboratories 


From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society of Metals, 1974 p 170 


Abstract: An automatic press for making burlap bags had been used for several years. The press failed after being shipped by truck 
for a distance of about 400 miles. The objective was to determine whether failure occurred during or before shipment. The large 
piece which broke off the press included a section of the ways and a heavy adjustable mechanism which normally rides on these 
ways. The weight of the broken section was estimated at several hundred pounds. There was no support for the broken piece 
beyond the point of breakage. The material was a commercial cast iron, and the largest proportion of the fracture area was fresh 
and bright. It was concluded that this was a fresh fracture which occurred during shipment, and the crack itself was not present prior 
to shipment. The fact that a material defect of some sort was present and probably determined the location of the crack was 
apparently not significant as far as its usage was concerned. The failure could have been avoided by providing support underneath 
the overhanging member. 

Keywords: Freight transportation; Motortrucks; Packaging; Presses 


Material: Irons and steels (Ferrous alloy, general) 
Failure type: Casting-related failures 


An automatic press for making burlap bags that had been used for several years failed after being shipped by truck for a 
distance of about 400 miles. There were no reports of failures of this type involving similar presses. The problem was to 
determine whether failure occurred during or before shipment. 

The press was examined visually at its warehouse location, and the operation of si mi lar presses was also observed. The 
large piece which broke off the press included a section of the ways and a heavy adjustable mechanism which normally 
rides on these ways. 

The weight of the broken section was estimated at several hundred pounds. There is no support for the broken piece 
beyond the point of breakage. The two fracture surfaces arc shown in Fig. 1. It is clear from observation that the material 
is a commercial cast iron, and that the largest proportion of the fracture area is fresh and bright. In one corner of one 
fracture surface, however, there was a major casting defect. Further investigation of this defect was not possible. Cutting a 
piece off of the way would have precluded repair. 





Fig. 1 There is a major casting defect in this fracture surface. But evidence indicated that the part failed 
because improper procedures were used in shipping. 

In spite of the limited nature of the investigation, it was possible to conclude that this was a fresh fracture which must 
have occurred during shipment, and that the crack itself was not present prior to shipment. The fact that a material defect 
of some sort was present and probably determined the location of the crack was apparently not significant as far as its 
usage was concerned. It is obvious from a review of the shipping procedures that the failure could have been avoided by 
providing support underneath the overhanging member. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Fatigue Failures, With Special Reference to Fracture Characteristics 

G. A. Cottell, M.Sc., A.I.M. 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Fundamentals of fatigue failure are outlined. Addressed are fatigue crack characteristics, basic crack types, uni-directional 
bending, alternate bending, rotary bending, torsion, direct stress, and combined stress. Stress cycle, endurance limits, under- and 
over-stressing, stress concentration, and surface condition are discussed. Sections are devoted to fatigue crack assessment, 
corrosion relation to fatigue failure, and the micro-mechanisms of fatigue failure. Materials considered include steels. Photographs of 
service failures are used to illustrate features alluded to in the text. 

Keywords: Bend properties; Corrosion fatigue; Fatigue (materials); Fracture characteristics; Mechanics; Stresses; Torsional fatigue 


Material: Irons and steels (Ferrous alloy, general) 


Failure type: Fatigue fracture 


Introduction 


In carrying out an investigation into the cause of breakdown of some engine or machine that has been damaged or 
wrecked while working, it is essential to be able to recognize a fatigue failure of some component paid. The ability to 
interpret the various features exhibited by the surfaces of the fracture is also important, as they frequently provide 
evidence that is invaluable in arriving at a true understanding of the cause or causes of the mishap. The main purpose of 
the following article is to provide some information on these aspects, which it is hoped will be found useful by engineers 
who may be called upon to examine damaged machinery. The fundamentals of the phenomenon of fatigue failure are 
outlined only so far as appears necessary to ensure an appreciation of the broad background of this mode of failure and of 
its complexity; the subject as a whole is far too extensive to be dealt with adequately in an article of this nature and for the 
convenience of the reader who desires to pursue it further a short list of publications is given in the bibliography. As far as 
possible, photographs of service failures have been used to illustrate some of the features alluded to in the text. Many of 
them exhibit features additional to the particular one under discussion—the ideal fracture is seldom met with in a service 
failure because other factors almost invariably intervene and bring about some modification—and, while this is 
inconvenient in some respects, it has the advantage of showing what actually occurs in practice. 

As the design of engineering plant has progressed there has been an enormous increase in the extent to which metals are 
used under conditions involving repetitions or reversals of stress. Most of the early structures made from metals were 
subjected to stresses of approximately constant magnitude, and where cyclic variations did occur, e.g., in parts of beam 
engines, the frequency was low so that the total number of stress cycles imposed in the course of the working life was 
comparatively small. The early engineers were concerned primarily with “ static ” stresses and interested themselves 
particularly in the 99 static ” mechanical properties of materials, of which the tensile test came to be regarded as the most 
important. In course of time this test became the standard of reference for engineers and there evolved the practice of 
designing on the basis of the tensile strength of the material, a “ factor of safety ” being introduced to provide a safety 
margin. The sovereign remedy for a service failure was to increase the dimensions of the paid on the assumption that it 
had broken because it was too weak, the ultimate result being that the majority of early engines and machines were often 
extraordinarily massive, the dimensions in many cases being greatly in excess of the requirements of the imposed loads. 
About the middle of the last century it was realised by some engineers that fluctuating loads were potentially more 
dangerous than Static ones of the same magnitude. In 1843 Rankine 1, who later became famous for his work on 
mechanics, recognized the distinctive character of fatigue fractures and drew attention to the danger of abrupt changes of 
section; Fairbairn 2 carried out a number of tests under fatigue conditions, but it was not until the classical researches of 
Wohler 3, were published that engineers in general began to appreciate the importance not only of fluctuations in stress 
but also of changes of form that gave rise to stress concentrations. The “fatigue” aspect of design became of increasing 
importance with the arrival of the high speed steam and, later, the internal combustion engine because of the need to 
reduce the scantlings in order to minimise both inertia effects and total weight, and it was then no longer practicable to 
strengthen parts by simply increasing their dimensions. With the turn of the century the problem of fatigue failure had 
assumed serious proportions and research into the primary causes was begun in earnest. More recently, the National 
Physical Laboratory has carried out important researches in this country; in America the Society for Experimental Stress 
Analysis was created in 1942 for the purpose of studying stresses in machine parts; in 1946 the American Society for 
Testing Materials held a Symposium on the Fatigue of Metals and in the same year another important Symposium on this 
subject was held at the University of Melbourne. While a great deal of light has been thrown on the phenomenon of 
fatigue failure, certain aspects remain obscure or are controversial, especially in regard to what occurs on a 
submicroscopic scale in the incipient stages of failure. In recent years the problem has been brought very much to the fore 
by the development of high-speed machinery and in particular the aeroplane, a structure that is almost unique in the 
complexity of the fluctuating loads it is called upon to withstand and where the emphasis is on minimum weight, and 
aircraft manufacturers and others have been responsible for a great many developments in connection with the 
investigation of fatigue failures, especially the fatigue testing of full-size components. 

Fatigue Crack Characteristics 

The most important characteristic of a fatigue failure, and one that greatly puzzled the early engineers, is that some 
component, e.g., a bolt or shaft, made from a ductile material such as mild steel, fractures without revealing any 
indications of prior plastic deformation and usually does so after having performed its function unimpaired up to the 
moment of final rupture. It was also most disquieting to find that such failures generally occurred at stress values below 
the “elastic limit” of the material. This fact, coupled with certain features in the appearance of the surface of the fracture, 
gave rise to the erroneous conception that such failures were primarily attributable to some change that had taken place in 
the material itself due to the influence of fluctuating stresses, whereby it became “crystalline” and, therefore, brittle, a 
misconception that lingers in some quarters even today. It is now well known that a fatigue failure starts on a microscopic 
scale as a minute crack at some point of high stress concentration, conveniently termed a it sensitive spot,” and gradually 
extends under the influence of stress fluctuations until rupture supervenes. This type of crack is aptly termed a “ creeping 



crack,” and is sometimes referred to as a “ spreading crack.” As rupture occurs under the conditions of severe restraint 
that exist at the apex of a crack, plastic deformation is generally almost entirely inhibited and the surface presents a 
crystalline appearance, hence the misconception that the material has become crystalline. The fractured parts can usually 
be fitted together in register with one another. 

Fatigue cracks are most easily recognized when they occur in ductile materials, especially those in the ferrous group ; in 
the case of cast materials, more especially cast-iron and some of the cast aluminium-base alloys, it is, unfortunately, 
generally very difficult to determine whether a fracture has been preceded by a slowly developing crack unless there has 
been some mutual abrasion of the crack surfaces or the ingress of some fluid medium has resulted in staining of these 
surfaces. 

The essential feature by which a simple fatigue failure in ductile material may he recognized is the presence of two 
distinct zones on the fracture surface; one exhibits a characteristically smooth appearance and more often than not shows 
conchoidal markings, this being the fatigue crack proper, while the other shows a crystalline, or occasionally fibrous, 
appearance and is the zone that ruptured suddenly. An example of such a crack is shown in Fig. 12. The extent to which a 
fatigue crack develops before complete failure occurs is often quite astonishing, the zone of final rupture being in some 
cases as little as 10% of the original cross-sectional area, or even less where the part is relieved of load as the crack 
progresses, e.g., failure of individual bolts in a multiple bolt assembly. 

The conchoidal markings, sometimes referred to as “beach markings,” represent stages in crack development, in much the 
same way as the rings present in the trunk of a tree indicate stages in its growth. A fatigue crack generally progresses 
intermittently in service, depending on the loading conditions, e.g., in its early stages a crack in a crankshaft may only 
extend under full load conditions, and if the engine normally works at less than full load, then there may be considerable 
periods during which the crack does not extend and which provide ample time for the full development of a conchoidal 
mark at each stage of progression. As a crack deepens, so the paid becomes progressively weaker, and it follows, 
therefore, that if the abnormal load responsible for periodical extension of a crack attains about the same magnitude each 
time, then the extent to which the crack deepens at each application stage should show a progressive increase. 

Conchoidal markings are invaluable as an indication of the location of the crack origin. In this connection a rather useful 
analogy is to regard them as akin to the system of waves that spread across the surface of water when a stone is thrown 
into it, the point of entry of the stone corresponding to the origin of the crack. This analogy must not be pressed too far, 
however, for whereas waves on water form concentric circles, there is usually some distortion of the form of a developing 
crack front and this tends to become more pronounced as the distance from the origin increases. 

An abrupt change in contour or direction of a crack front is indicative of some modification of the stress system 
responsible for its development. This may be due to the presence of the crack itself or to some change in the loading 
conditions. It is probable that if all the conditions to which an affected part had been subjected in the course of its working 
life were known, then some correlation could be established between changes in the crack front and incidents in service. 
Unfortunately, it is comparatively rare for an investigator to have such information. One of the few cases known to the 
writer in which changes in the crack front could be related to incidents in service is described in Ref. 4, and the crack 
surface is shown in Fig. 9 in the present article. 

So far, only cracks with a single origin have been considered, although most of the foregoing remarks are equally 
applicable in cases of multiple cracking. Where a crack has a single origin it may he presumed that the stress intensity at 
the affected part has been just sufficient to start a crack at the most sensitive spot present. A multiple origin is therefore 
generally indicative of a more severe stress than a single origin, i.e. in addition to the most sensitive spot others have been 
involved in decreasing order of sensitiveness. It must not be overlooked, however, that this is probably only true when the 
crack origins are separated from one another to an appreciable extent; if they are situated in close proximity then the 
stress-raising effect at the ends of the first crack may cause others to break out in its immediate vicinity. The true single¬ 
origin crack is uncommon and it is more usual to find that several independent cracks have originated very close together 
and, after developing individually for a short distance, have merged to form one. In the extreme case a series of quite 
independent cracks develop around the whole circumference, forming a concentric crack system, and it is then fairly safe 
to assume that the nominal stress has been high. 

Where a number of independent fatigue cracks develop in proximity to one another they almost invariably show a 
pronounced tendency to merge ultimately to form a single crack. This behaviour is to be expected because each individual 
crack will modify the stress distribution in its vicinity and, as the stress field will tend to a maximum just in advance of 
each crack front and cracks extend preferentially into regions of high tensile stress, they will ultimately run together. 
There are, of course, exceptions to this generalisation, and these can usually be related to the geometry of the part 
concerned or to some external influence. 

In addition to the evidence afforded by conchoidal markings, another important aid in tracing the direction of crack 
development is the presence of ridges, which are generally orientated normal to the direction of propagation of the 
advancing crack front and are an infallible indication of multiple cracking. These ridges are simply due to differences of 
level in the planes of individual cracks; they are usually most pronounced close to the surface from which the cracks 
originated, and are sometimes associated with machining marks, one crack originating in one mark and another in a 
parallel mark a little distance away, of which an example is shown in Fig. 3. 



The rate of development of fatigue cracks appears to be very variable. This is unfortunate, because if it could be shown 
that the development rate fell within certain limits it would be possible in some cases to form an estimate of when a crack 
started. It is known that fatigue cracks may propagate very slowly. For instance, in some tests carried out under 
alternating direct stresses at the National Physical Laboratory the first crack was observed after 1.8 x 10 6 , cycles and 
complete failure did not occur until after a further 1.8 x 10 6 cycles although the load was maintained constant so that the 
average stress on the part that remained unbroken must have increased continuously. In other tests, carried out on large 
bars of mild steel containing very shaip “ V ” notches, a crack formed within 10 4 cycles but showed no observable 
advance after a further 25 x 10 6 cycles. On the other hand, fatigue cracks may propagate very rapidly. In a previous 
Report 5 reference was made to the rupture of the crankshaft of a large Diesel engine ; the shaft had been built up by 
welding and complete rupture occurred after only 35 hours subsequent running, a series of fatigue cracks extending from 
the thermally disturbed zone in the parent metal. These cracks showed all the usual characteristic conchoidal markings 
and ridges and there was nothing to indicate that they had developed in a matter of hours and not years. This case 
illustrates, incidentally, the fallibility of the belief held by some that a crack showing pronounced conchoidal markings 
has developed slowly. Occasionally the extent of interfacial rubbing and/or corrosion that has taken place may suggest 
that a crack has been of very slow development but such evidence is seldom to be relied upon. Whether or not interfacial 
abrasion occurs depends largely on the nature of the applied load; if the load alternates from tension to compression then 
abrasion invariably occurs, while under wholly tensile stressing it may not occur at all. The extent of any corrosion 
depends not only on the nature of the corroding medium but on the degree of access it obtains to the crack surface, i.e. 
coiTosion is more rapid when opening and closing of the crack arising from changes in load is sufficient to facilitate the 
flow of the medium into and out of the crack. The present state of knowledge on the subject does not permit any reliable 
estimate being made of the “ life ” of a fatigue crack. There are grounds for believing that the first visible crack appears 
after about 85-90% of the total endurance to fracture, and that the speed of crack propagation is proportional to the square 
of the crack depth. In test pieces containing grooves, cracks may develop at only about half the number of stress cycles to 
rupture. The rate of stressing appears to have little influence, and this is also true of periods of rest between stress cycles. 

Characteristic Features of Basic Crack Types 


The characteristic features of fatigue cracks that arise in service will now be considered. Most of them can be reproduced 
in fatigue tests on suitable specimens, as has been ably shown by Bacon 6, who has done much work in correlating test 
specimen results with service failures. The conclusions drawn are broad generalisations only and, while they are hue in 
the majority of cases, there are occasional exceptions that arise from unusual stress distribution, faults in the material and 
other causes that can be misleading. The question of the stress cycle is dealt with later, but it is desirable at this stage to 
mention that the term “ fluctuating ” implies a stress of constant sign but variable magnitude, while “alternating” implies 
a change of sign, i.e., tension and compression, the magnitude of the stresses being equal in the majority of cases. The 
following should be read in conjuction with the diagrams shown in Figs. 1, 2 and 3, which illustrate the various basic 
crack types in idealised form: 





Fig. 1 






Fig. 2 



Fig. 3 

Uni-Directional Bending 

• A. Cylindrical bar subjected to a fluctuating unidirectional bending moment evenly distributed along the length 
considered. 

• (a) As the section is uniform, the maximum tensile stress in the plane of bending will be constant, as indicated by 
the thin arrows, the lengths of which are proportional to the stress intensity in any of the diagrams in which they 
appear. The axial location of the start of a fatigue crack will therefore be determined by some minor stress-raiser 
such as a surface defect. 

• ( b ) Conchoidal markings of the form shown are indicative of the crack having a single origin at the point 
indicated by the arrow. It will be noted that the crack front is symmetrical with respect to the origin and that it 
retains, a concave form throughout, this showing that it has not extended preferentially in the region of the 
periphery. Both the single origin and the smallness of the zone of final rupture suggest a low nominal stress. 

• (c) The increased area of the final rupture zone suggests a higher nominal stress than in the case of ( b ). 

• {d) This crack differs from (b) and (c) in having originated as several individual cracks that have ultimately 
merged to form a single crack front. Such a multiple origin is usually indicative of a high nominal stress, in this 
case sufficiently high to have initiated cracks at three sensitive spots. The presence of ridges between the cracks 
will he noted. 

• B. In this example a change of section has been introduced, of a form giving a moderate stress concentration, the 
loading conditions being as in A. 

• ( a ) The relative magnitude and location of the stress concentration produced by the change of section is indicated 
approximately by the arrows in the diagram, and it will be noted that it attains a maximum just within the fillet. 
As might be expected, service failures generally occur at this point. 

• ( b ) On comparing the crack front depicted with that shown in A (b) it will be noted that prior to rupture it changes 
from concave to convex. This change shows that there has been some preferential extension of the crack in the 
region of the periphery arising from the presence of the stress concentration. The single origin and the small final 
rupture area are again suggestive of a low nominal stress. 

• (c) The remarks under A (c) are applicable. 

• (d) The remarks under A (d) are largel applicable. 



• C. In this example the change of section is such as to produce a severe stress concentration, the loading 
remaining as before. 

• (a) The peak stress arising from the stress concentration is located within the larger section as depicted, 
consequently the crack extends past the plane of the shoulder in the manner indicated. This feature is very 
characteristic of service failures in parts of this form, e.g., at the junctions of bolt shanks and heads ; a crack 
surface contour of this type (convex with respect to the smaller section side) is almost always indicative of an 
abrupt change of form. 

• ( b ) The essential difference between this and the one depicted in B (b) is that convexity of the crack front has 
developed more rapidly due to the higher stress in the peripheral zone. 

• (c) The rate of peripheral extension of the crack has been greater than in the case of C ( b ), and the zone of final 
rupture is surrounded by the crack, indicative of a higher nominal stress. 

• ( d ) This differs from C (c) in that the crack has a multiple origin, suggestive of a still higher nominal stress. 

It should be noted that in cases of the foregoing type where there is no reversal of load, the surface markings may be 
rather indistinct and evidence of actual interfacial abrasion is generally absent. 

Alternating Bending 

Where the applied bending moment is alternating and not simply fluctuating as in the previous case, both sides of the bar 
in the plane of bending arc subjected alternately to a tensile stress. If the bending moment is of equal magnitude in either 
direction, two cracks of approximately equal extent usually develop with origins diametrically opposite each other and 
often in the same plane if the bending moment is unequal, then the cracks differ in extent. The stress distribution has not 
been indicated in the diagrams, this being the same as that shown in the diagrams relating to I but present on opposite 
sides of the bar. The general features already alluded to have the same significance. 

• D. Cylindrical bar subjected to a reversing bending moment evenly distributed along the length considered. 

• ( a ) While the cracks are shown developing in the same plane, they sometimes lie on slightly different planes 
depending on the location of the stress-raisers that may have initiated them. 

• ( b ) The crack origins are shown diametrically opposite to each other but they are sometimes slightly displaced by 
the location of any stress raisers that gave rise to them. The position of the origins indicates approximately the 
orientation of the plane in which bending has occurred and this information is of particular value when 
considering cases of suspected resonant vibration. The equal depth of the cracks suggests that the bending 
moment has been of equal magnitude in both directions; where the magnitudes differ it is usual for one crack to 
extend at a greater rate than the other. 

• E. and F. The diagrams shown have been included to indicate the change in the shape of the zone of final rupture 
that occurs with increasing stress concentration and do not call for further comment. 

Under the foregoing loading conditions each crack is alternately subjected to a tensile and compressive load, with the 
result that the, surfaces are forced into contact with one another during the compression cycle and abrasion occurs, which 
in the extreme case may be sufficient to obliterate many of the characteristic markings, the surfaces becoming polished. 

Rotary Bending 

A high proportion of service failures by fatigue cracking occur in rotating shafts subjected to bending stresses. There is, of 
course, no difficulty in designing a shaft to withstand a given bending stress, but in some cases the actual stress is greatly 
in excess of that visualised by the designer because the loading conditions may not be known with sufficient accuracy or 
an unforeseen bending stress may be present due, for instance, to improper alignment, excessively tight driving belts, 
overloading, and stress-raisers arising from rough machining. 

The essential difference between a stationary and rotating shaft subjected to the same bending moment is that in the 
former case the tensile stress is confined to a portion of the periphery only, whereas in the latter every point on the 
periphery sustains a tensile stress once every revolution. For a given bending moment, therefore, a rotating shaft is more 
liable to fail by fatigue cracking than one that is stationary because the area of the surface on which the tensile stress acts 
is increased and in consequence the number of potential sensitive spots is greater. It is well known that large components 
are more likely to fail by fatigue cracking than geometrically similar small ones, and it is generally agreed that this is 
largely on account of the increase in the number of sensitive spots that accompanies an increase in size and hence surface 


area. 



Fatigue fractures in rotary bending show a marked similarity to those arising from bending alone but there are important 
differences that generally enable the one to be distinguished from the other. 


• G. Cylindrical bar subjected to a constant or fluctuating bending moment during rotation, with a change of 
section giving a moderate stress concentration. 

• (a) The crack occurs at about the same paid of the fillet as in the case of plain bending. 

• ( b ) The most important difference introduced by rotation is asymmetrical development of the crack front, this 
showing a marked tendency to extend preferentially in a direction opposite to that of rotation. This phenomenon 
has been termed “crack slip” by Bacon 6. the crack front usually swinging round to the extent of about 15° or 
more. This feature not only serves to show that the affected paid has rotated in service but also indicates the 
direction of rotation, but it must not be inferred from its absence that the paid has not rotated, because if the 
direction of rotation is reversed periodically the crack front tends to develop symmetrically. As before, the single 
origin suggests a low nominal stress. 

• (c) The other important difference arising from rotation is in the distribution of the points of origin when the 
crack is of the multi-origin type. In uni-directional plain bending the origins are located in a group in the region of 
the maximum tension zone, or in two diametrically opposite groups in the case of reversed bending, but in rotary 
bending every point on the periphery is subjected to a tensile stress at each revolution, consequently a crack may 
be initiated at any point on the periphery as indicated in the diagram. A multi-origin is, of course, again 
suggestive of a high nominal stress. 

• H. This example shows the effect of introducing a severe stress concen tration. 

• (a) As in the case of C and F, the fracture extends initially past the plane of the shoulder into the larger section. 

• ( b ) The crack shows an increased rate of development at the peripheral zone due to the effect of the stress 
concentration. 

• (c) This illustrates a type of multi-origin failure indicative of a high nominal stress; in the extreme case the 
number of individual origins may be so large as to give the superficial impression that there is only one 
continuous peripheral crack. 

As in the case of alternating bending the crack surfaces are pressed together during the compressive component of the 
stress cycle and mutual abrasion occurs. One unfortunate and rather common aftermath of final rupture is that rotation of 
one part relative to the other frequently causes severe damage to the fracture surfaces and obliterates many of the 
markings. As, however, the high spots on one surface abrade the high spots on the other, the markings are retained in the 
hollows and, as the latter are mirror-images of the damaged high spots on the opposing surface, they provide useful 
evidence, hence the desirability of examining both parts of a cracked component. 

Torsion 

If a bar is subjected to a unidirectional torque of a magnitude sufficient to rupture it, failure occurs by shearing on a plane 
at right angles to the axis in the case of a ductile material and by rupture along a helicoidal path in brittle materials such as 
cast-iron. The shear type of failure sometimes arises in service and it is usually due to an abrupt arrest of motion, such as 
occurs if a train of gears becomes jammed, the angular momentum of the rotating parts sufficing to cause rupture. In the 
case of a fatigue failure due to fluctuating or reversing torsion, however, a creeping crack invariably develops on a helical 
plane which is orientated at an angle of about 45° to the axis of rotation. The reason for this behaviour is that a pure shear 
stress is equivalent to a bi-axial stress system of one compressive and one tensile principal stress, each of a magnitude 
equal to the shear stress. This can best be illustrated by considering a small area in the form of a square on the surface of a 
round bar as depicted in Fig. 4 (a). When a torque is applied to the bar the square is deformed in the manner shown in (b), 
the effect of this being to change the dimensions of the diagonals, one being lengthened and the other shortened, with the 
consequent development of tensile and compressive stresses mutually at right angles as shown by the arrows. As a fatigue 
crack develops normal to the direction of the maximum tensile stress it is to be expected that it will do so in the direction 
indicated in (c) if the fluctuating torque is unidirectional ; if the torque is of a reversing character, however, then the stress 
system is also reversed and there arise two cracks mutuallv at right angles as depicted in (d). Therefore the presence of a 
fatigue crack orientated at 45° to the axis of rotation indicates a unidirectional torque of a fluctuating character, while if 
two cracks are present at right angles to each other it is safe to assume that the torque has been of a reversing character. 





Fig. 4 

The relative extent of development of two cracks mutually at right angles affords some indication of the magnitude of the 
torque reversals that have been applied, e.g., if the cracks are of approximately the same extent the indications are that the 
torque reversals have been of equal magnitude. This applies, however, only so long as the cracks are in a comparatively 
early stage of development, as beyond this stage one crack usually takes the lead and such inferences are no longer 
justified. If a shaft transmits a unidirectional torque only, e.g., the crankshaft of a non-reversing engine, but there develop 
two cracks mutually at right angles, then it is usually safe to presume that the conditions have been such as to give rise to 
torsional vibration, i.e. the torque has, in fact, been of a reversing character. If a bending stress is applied to a shaft that is 
transmitting a torque, then the angle at which any fatigue crack develops will be modified; if, therefore, the angle differs 
significantly from 45°, then the presence of a bending stress is indicated. 

Fatigue cracks arising from torsional stresses do not differ in their essential characteristics from those produced by 
bending or direct stresses ; they show the same conchoidal markings and ridges and it is generally only in the later stages 
of development, when their presence has greatly modified the stress system, that they begin to pursue what is often a very 
complex path. As is to be expected, the presence of stress-raisers favours their initiation, and it is necessary to remember 
that longitudinal stress-raisers, which under bending or direct stresses are comparatively innocuous, are as important as 
circumferential ones; the worst stress-raiser is of course one orientated at about 45°, fortunately seldom met with in 
practice. This sensitivity to longitudinal stress-raisers is of considerable practical importance, because inclusions in the 
material almost invariably run parallel to the axis of rotation and it is not unusual to find a torsion fatigue crack that has 
originated at some longitudinal inclusion or surface mark and then branched as depicted in Fig. 4 ( e ) and also in Fig. 13. 






Fig. 5 

Direct Stress 


In the examples hitherto considered the loading conditions have been such as to establish a stress gradient through the 
section, the maximum stress occurring at the surface. In the case of direct tensile loading the stress is uniformly 
distributed across the section. True direct loading is seldom found in practice because of inaccuracies in machining and 
assembly, so that an element of bending is almost invariably present. The important difference from the fatigue point of 
view between direct loading and bending or torsion is that internal defects are of much greater significance in the former 
case than in the latter. For example, take the case of a shaft containing axial defects, such as may arise from some 
discontinuity in the centre of the ingot from which it was forged. If it is subjected to bending or torsion, the axis will be a 
zone of minimum or zero stress so that the defects are unlikely to give rise to fatigue cracks. But if it is subjected to direct 
loading, then the axial zone will be as severely stressed as the remainder of the section and the defects are liable to initiate 
cracks which, because they develop from the inside, are extremely difficult to detect. Fortunately, this mode of failure is 
uncommon in practice. Fatigue cracks arising under direct loading conditions show the same essential characteristics as 
those that develop under bending, and they do not therefore call for special comment. 

Combined Stresses 


The presence of stress systems acting in combination can sometimes he deduced from a study of a fatigue fracture. For 
instance, if a component is nominally subjected to an alternating bending moment of equal magnitude in either direction 
but one crack has developed to a considerably greater extent than another on the opposite side to it, then it may he 
inferred that a unidirectional bending moment has been superimposed. Again, if a bolt or stud, nominally under direct 





loading, shows a fatigue crack developing from one side only, then non-axial loading may be suspected. As already 
mentioned, a fatigue crack due to stressing in torsion is orientated at about 45° to the axis of rotation ; if the angle 
happens to be significantly greater, then there is justification for assuming that a bending stress has been present as well. 
Fatigue cracks arising as a result of the action of combined stress systems show the same general characteristics as those 
that develop from “ simple ” stress, the main differences being in the direction and relative extent of then - development. 

As will be apparent from the foregoing, a detailed study of the surfaces of fatigue fractures generally provides useful, and 
sometimes invaluable, evidence regarding the nature and distribution of the stress systems that gave rise to them. The 
following are some practical examples: 

Examples of Service Failures 

Considerations of space preclude giving examples of all the various crack types discussed. The majority of those shown 
have some unusual feature of interest. 


8 - 

• 1. Figure 5 depicts the fracture surface of a press column with a buttress-type thread, L Fin. diameter, subjected to 
tensile loading. The thread roots were shaip and cracks developed at a number of them. The markings show three 
crack systems, the main one (indicated by the long arrows) and a secondary one at either side (shown by the short 
arrows), that originated at the thread root and developed independently. The preferential extension of the main 
crack front in the region of its mid-width suggests a high stress in the central zone of the column, probably due to 
a residual tensile stress following heat treatment. 

• 2. A most uncommon fatigue fracture is depicted in Fig. 6. It occurred in a lug on an engine frame, the paid 
illustrated being subjected to a fluctuating tensile load applied in the location indicated. The crack originated in 
the zone A and progressed, in stages as shown by the conchoidal markings, as far as B, when for some unknown 
reason it ceased to extend and corrosion occurred as revealed by the discoloration. The crack then extended, again 
in stages, and when it had developed as far as C brittle fracture supervened. This latter feature, common to most 
fatigue failures that reach the rupture stage, is only rarely indicative of inherent brittleness of the material; it 
arises from the presence of the tri-axial tensile stress conditions that develop slightly in advance of any crack 
front of appreciable width. It will be noted that the brittle fracture zone does not extend through to the sides of the 
affected paid, the zones D having separated later as a result of the development of a series of small creeping 
cracks that extended outwards from the boundaries of the brittle zone. This lateral limitation of the brittle fracture 
zone is a consequence of the stress-relief afforded by contraction of the material adjacent to the free surfaces at 
the sides of the part, the tri-axial stress system thus being modified to a bi-axial one by the plastic deformation 
that was able to occur. This resulted in local contraction at the sides, which was measured and the results are 
shown in the illustration. A feature that was at first rather puzzling was the reason why brittle fracture had not 
extended right through the upper part of the section, but it was found that when the lug deflected in the direction 
of the applied load following the onset of brittle fracture, it had come into contact with an abutment that 
supported it and thus reduced the load below that necessary to maintain propagation of the fracture. Subsequently, 
the abutment became loosened and its supporting effect decreased, when a fresh system of creeping cracks started 
and developed again in stages, up to the line F, at which stage the crack was discovered and the lug broken off by 
hammering. The small dark patches G are rust spots. 

• 3. Fatigue failures of crankshafts usually occur by cracking at the junctions of the crankpins or journals with the 
webs. Such failures may arise from bending and/or torsional stresses, and in any investigation of such a mishap it 
is important to ascertain which of the two stress systems predominated. In the case of plain bending, the crack 
extends more or less transversely through the web tangential to the crankpin or journal fillet and it does not run 
circumferentially round the fillet to a significant extent. An example of such a failure is illustrated in Fig. 7, from 
which it will be observed that, as is so often the case in fatigue failures, a series of small cracks broke out in two 
zones, merged together later to form two main crack fronts and then ultimately developed into one. But when the 
crack extends round the fillet to an appreciable extent before turning into the web, the influence of torsional 
stressing is indicated. Where there is considerable overlap of the crankpin and journal, however, a “bending” 
crack may run round the fillet to some degree and thus give a misleading indication. In some cases where 
torsional stressing has been predominant the crack round the fillet is of saw-tooth formation, the example that is 
shown in Fig. 6 being of this type but lacking the regularity of tooth “ size and profile that is sometimes an 
outstanding feature. The interpretation of service fractures in crankshafts is complex ; it has been dealt with by 
Peterson 7 and some interesting information is also to be found in another references 8. 

• 4. Figure 8 concerns a failure in the cylindrical part of a ladle manipulating rack that had been subjected to 
tension plus alternating bending loading in service. Two cracks, designated A, developed diametrically opposite 
to one another, indicative of bending in both directions in the plane X-X; subsequently, one of them extended as 
indicated by the zone B, rupture finally occurring across the remaining area. 



5. The crack shown in Fig. 9 developed in a turbine shaft that had bent and been straightened a number of times, 
and is an excellent example of a single origin failure in rotary bending. It originated at A and advanced in stages 
as indicated by the conchoidal markings, all of which are not visible in the photograph. These markings show 
several well-defined changes of direction, particularly towards the right-hand side, and there is little doubt that 
these changes were related to the straightening operations, which were earned out in the years recorded on the 
right of the illustration. The preferential development of the crack in a clockwise direction indicated that the 
direction of rotation of the shaft was anti-clockwise when viewed as depicted in the photograph, and this proved 
to he so, The shaft was broken in a press after discovery of the crack. 

6. The fracture surface of a large mine winding engine crankshaft is shown in Fig. 10. The shaft, 15 in. in 
diameter, had been in service for sixteen years and had replaced one that fractured, after a life of twenty-three 
years, in an almost identical manner. The markings indicate that the crack systems originated at the ends of two 
keyways and extended as shown by the arrows. In the case of both shafts the keyways had been cut square at the 
ends, with the result that their stress-raising effect was more pronounced than it would have been if they had been 
rounded or of the sled-runner type. 

7. An example of an annular multiple origin crack is shown in Fig. 11. It occurred in a guide roller in a saw-bench 
table, a component subjected to heavy loading with an element of shock. Failure was due to the development of a 
multitude of tiny cracks at a sharp groove that had been machined in the roller adjacent to a bearing race and 
formed a severe stress-raiser; the cracks rapidly merged to form a single front that progressed inwards, and the 
relatively large area of the zone of final rupture is consistent with the heavy loading conditions. 

8. Percussion loading sometimes gives rise to a system of fatigue cracks that are often indistinguishable from 
those due to tensile loading or bending. Fig. 12 depicts the fracture surface of the piston rod of a pneumatic 
hammer, the third to fail similarly in thirteen months. The cracks were caused by tensile stresses developed due to 
non-axial loading, which were probably supplemented by compressive stress waves that became tensile when 
reflected. The small radial ridges near the periphery show that a series of cracks broke out there and joined 
together to form several crack fronts separated by the large ridges; ultimately, the crack fronts merged into a 
single annular one surrounding the zone of final failure. 

9. A typical example of a failure arising from torsional vibration is illustrated in Fig. 13. It occurred in an oil 
engine crankshaft, at the journal nearest the flywheel, after a service life of two years. A heavy driving pulley had 
been attached to the end of the shaft remote from the flywheel and calculation showed that this had reduced the 
natural period of torsional vibration so that it was only slightly above the normal running speed. Microscopical 
examination of the material revealed the presence of many non-metallic inclusions at the journal surface and it 
was from one of these that the crack started, hence its longitudinal orientation initially. 

10. A failure due to reversing torsional loading is shown in Fig. 14. It originated at a hole drilled in the keyway of 
the shaft of an electric motor. The motor drove a washing machine and its direction of rotation was reversed 
every seven seconds—in the absence of this information the cracking might reasonably have been ascribed to 
torsional vibration. The hole formed -a severe stress-raiser and two creeping crack systems, mutually orientated at 
right angles, developed from it, the path of one of them being as indicated by the arrows. 

11. Spline shafts generally fail due to the development of longitudinal cracks in the roots of the splines close to 
their terminations as shown in Fig. 15, which is a section through an excavator driving shaft. The presence of 
cracks of approximately equal depth at both corners of the splines indicates that the load was of a reversing 
character and of about the same magnitude in either direction. The fracture surface is generally extremely 
complex, as shown in Fig. 16, due to the longitudinal cracks finally turning at right angles; the appearance 
suggests that the material has a coarsely fibrous structure, but this is only rarely the case. 
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Fig. 16 

Detection of Fatigue Cracks 

It is extremely important to detect the presence of a fatigue crack at as early a stage in its development as possible. A 
number of non-destructive tests are available for detecting cracks that have developed beyond the incipient stage. It is 
fortunate that fatigue cracks almost invariably originate at the surface, because the tests to be described, whilst capable of 
revealing clearly cracks communicating with a free surface, are unsuitable or are not to be relied upon implicitly for 
detecting any beneath the surface. 

Magnetic ParticleMethod. This method of crack detection is extensively used in industry and by inspecting 
organisations for revealing all types of cracks and certain other discontinuities. A Limitation is that it is only applicable to 
materials that can be magnetised. It is based on the fact that the presence of a crack or similar discontinuity markedly 
increases the local magnetic reluctance, the crack acting as an air gap and giving rise to a flux leakage field. A magnetic 
flux is set up in the paid under examination so that the principal plane of any suspected crack is substantially at right 
angles to the direction of the flux, and to obtain some visible indication of the flux leakage field there are applied to the 
paid some very finely divided particles of ferro-magnetic material, such as iron, magnetic iron oxide, etc., usually 
suspended in a liquid medium such as paraffin. When this detecting fluid, as it is termed, is allowed to flow over the 
suspected area the particles carried in mechanical suspension collect preferentially at any flux leakage fields and thus 
reveal their presence. The required flux can he obtained by the use of permanent or electromagnets, by winding a 
conductor around the paid under investigation or passing it through a convenient hole. Alternatively, direct or alternating 
current may be passed through the part, the former being preferable when an indication of sub-surface defects is required. 
In some cases the flux is maintained during the examination, while in others the residual magnetic field suffices. 
Considerable care in interpretation is necessary as false indications are liable to arise from abrupt changes of section, cold 
worked regions and surface irregularities, and “ magnetic writing ” due to accidental touching of the paid with steel tools 
that have become magnetised. It is often an advantage to treat the suspected area with quick-drying white paint, such as a 
suspension of zinc oxide in acetone with a little cellulose to act as a binding agent, as this increases the contrast. In some 



cases it is advisable to demagnetise the paid afterwards. The method can be used for detecting defects below the surface if 
conditions are favourable. 

Fluid Penetration Method. A well-known and long-established method of revealing cracks is to soak the suspected 
paid in thin oil, wipe it clean and dust with French chalk, or paint over rapidly with the zinc oxide paint mentioned in the 
previous paragraph. It is then preferable to stress the paid if possible so as to open and close any crack that may he 
present, or moderate heating may be employed. Oil that has penetrated into the crack is drawn to the surface by capillary 
action, or expelled if the part is suitably stressed or heated, and the crack is revealed as an oily line in the chalk or zinc 
oxide coating. The test is of considerable value in the absence of facilities for applying a more refined method. 

A more modern version of the foregoing is the use of a fluorescent liquid in the form of a penetrating solution. This is 
applied generously to the suspected surface, or preferably the part is immersed in it, the surplus is removed and the paid 
examined by ultra-violet light. Cracks, etc., are revealed by fluorescence of the penetrant which seeps out of them. The 
method can be readily adapted to the inspection of very large parts, if necessary in situ, and is applicable to all metals and 
many other materials. Use is also made of penetrant dye solutions, which evaporate and leave a coloured trace outlining 
the crack. 

Fluid penetration methods are only applicable when the crack communicates with the surface. Fluorescent or penetrant 
dye methods are not to be relied upon if the affected part has run in oil, e.g., shaft journals, because the oil in the crack 
prevents ingress of the fluid. Removal of oil from a crack is both difficult and uncertain. 

Etching Method. A well-established and fairly reliable method of detecting cracks is to etch the suspected surface 
with a suitable acid and examine it under a low-powered microscope. The etching reveals a crack by preferential attack of 
the edges, while any acid that may penetrate into the crack tends to seep out again and causes staining in its vicinity. The 
method has its uses but is rather more suited to the laboratory than to an examination on site. 

Radiographic Method. Both X- and gamma- ray techniques have been used to some extent for the detection of 
cracks. The method has two serious objections and is of limited practical value. In the first place, a crack may be so fine 
that the method is not sufficiently sensitive to reveal it; secondly, even if the crack dimensions are such that they fall 
within the sensitivity limits, it may not be revealed unless the radiation beam is parallel to or within a few degrees of the 
plane of the crack. The method also involves access to both sides of the paid being examined so that the beam can be 
projected from one side and the photographic film placed at the other. It is not used extensively. 

Ultrasonic Methods. It is an old practice to strike a suspected part and listen to the acoustic radiations from it with a 
view to detecting any damping effect that may be introduced by the presence of a crack, but this sonic test is of little 
practical use in the case of the majority of components that require to be examined for the presence of cracks. Of recent 
years ultrasonic methods have been developed for this puipose. Essentially, they are based on the transmission of 
ultrasonic waves through the part under test, the presence of any cracks or other discontinuities being revealed by the 
effect they exert on the transmitted waves, giving rise to cut-off or reflection of these. The method calls for a generator of 
ultrasonic vibrations and of, a receiver, and it is usual for the waves picked up by the receiver to be rendered visible on 
the screen of a cathode-ray oscillograph. The method has something in common with the echo-sounding used for the 
detection of submarines during the war. It is coming into increasing use for the examination of forgings, plates and similar 
parts with the object of detecting cooling cracks, laminations and other discontinuities ; it has also been used to a limited 
extent for the detection of fatigue cracks but in this respect it has limitations, one of the most serious being that it cannot 
be applied conveniently to certain locations where fatigue cracks are particularly liable to develop, such as the fillets of 
crankshaft journals. It is particularly useful for detecting cracks in such parts as the wheel seatings of railway axles ; these 
are normally concealed by the wheel hub, but can readily be detected from the axle end by ultrasonic means. 

Of the foregoing methods, probably the most reliable and in many respects the most convenient is the magnetic particle 
test. There are now a considerable number of testing sets available, some of which incorporate special high-energy 
permanent magnets, thus rendering the operator independent of any source of electricity. The fact that the method is only 
applicable to ferromagnetic materials is not as serious an objection as would appear at first sight, because the majority of 
parts that require to be tested for the presence of cracks are made from such materials. Where, for one reason or another, 
this method cannot be used, then the fluid penetration method, using a fluorescent penetrant, is probably the most reliable 
if the crack is not already filled with oil. Where, ultra-violet light cannot be made available there is much to he said for 
the method in which oil is used as the penetrant. 

If a fatigue crack is discovered, then there is no question but that the affected part must be replaced or effectively 
repaired, as such a crack will almost inevitably extend and ultimately lead to rupture. It is not always practicable, 
however, to effect immediate replacement or repair, and in these circumstances something must be done if possible to 
minimise further progress of the crack. Whether or not this is permissible depends largely on the extent to which the crack 
has developed and the consequences that are likely to result from sudden rupture should this occur; where there is any 
likelihood of rupture causing personal injury, then clearly the paid cannot be allowed to continue In service. A well- 
known and effective way of stopping further progress of a crack is to drill a hole at each termination, the result being to 
reduce its stress-raising effect very considerably, but this treatment will not necessarily prevent it extending in depth. 
Alternatively, the cracked part may be reinforced by affording some additional support that eases the loading conditions 
in the region of the crack, or strengthened by some form of lacing across the crack as in a well-known proprietary process. 



In either case the loading conditions should be eased if at all possible. In certain circumstances a welding repair may be 
permissible but this is often inadvisable for the reasons given in the section “Misuse of Welding,” (see also Ref. 5). 

Fundamentals of Fatigue Failure 

The more important factors that require to be taken into account when considering fatigue failures are outlined in the 
following sections. The treatment is necessarily of an introductory character, consequently the reader interested in the 
subject is advised to refer to the publications listed at the end of the bibliography. 


The Stress Cycle 


The type of cyclic loading giving rise to fatigue failure may be tension, tension and compression, bending, torsion or a 
combination thereof. The stress may, therefore, be wholly tensile but of variable magnitude or it may alternate from 
tensile to compressive of equal or unequal magnitude, it may he due to a shear loading arising from unidirectional or 
reversed torsion, or it may arise from a highly complex system of loading. In the case where bending and direct loading 
combine the stress system remains the same and only the stress gradient across the section is affected, but where bending 
and/or direct loading are combined with torsion the stress system becomes extremely complex, as has been shown by 
Gough and Pollard. 9 

In both fatigue tests and service conditions the stress cycle is frequently of sinusoidal form, e.g., rotary bending and 
resonant vibration. The diagram, Fig 17, illustrates a stress cycle of this type in which there is superimposed on a mean 
stress of constant value, f c , an alternating stress, f a . The stress range, R, is the algebraical difference between the 
maximum and minimum values of the stress, and the limiting values of the stress are f c + f a and f c - f a . 



a 

z 

< 

E 

|A 


in 

I 

J _ 


Fig. 17 

Th e. fatigue range is the stress range within which an infinitely large number of stress cycles will not cause failure. The 
endurance limit, or fatigue limit as it is often called, is the maximum stress that can be applied during a given stress 
cycle without eventually producing failure; it is applicable only in the case of steels, there being no limiting value for the 
non-ferrous metals, i.e. in theory, fatigue fail-ire will occur ultimately in such metals if any stress is applied for a 
sufficient number of times. The term endurance sometimes refers to the number of cycles required to bring about failure 
when a specimen is tested under a constant range of stress. 

The fatigue limit varies with the mean stress; if the mean stress is zero the limiting stress range may have a value 
approaching the ultimate tensile strength, but if it verges on the latter then, obviously, the safe range of stress will be 
small. Attempts have been made to correlate the endurance limit with the mean stress. Goodman 10 has postulated a 
relationship which assumes the endurance limit to be a 1 inear function of the mean stress, but steels as a rule conform 
more closely to a parabolic relationship suggested by Gerbers 11; while experimental values have been obtained that are 
in good agreement with the predictions of either, no exact method is known for calculating the effect of a mean stress on 
the endurance limit. 

The importance of the stress range is well exemplified in the case of bolts. If a bolt, such as a big-end bolt, is subjected to 
fluctuating stress in service, adequate tightening of the nut is essential if the maximum service life is to be obtained. If the 
nut is tightened so that the tensile pre-stress exceeds the maximum working stress of the cycle, then practically no 
fluctuating stress will be set up in the bolt and it will remain under a substantially static stress even though the applied 
load fluctuates. The importance of adequate pre-stressing has been shown by Almen 12, who ascribes 82% of the service 








failures of bolts under fatigue conditions to inadequate tightening of the nuts. He carried out a series of fatigue tests on 3 
in. diameter bolts to assess the effect of initial tension and the results were as follows: 


Operating Load— 

Initial Tension — 

-tons Fluctuating Tension —tons 

Load Change —tons 

Stress*" Range 

Average Life —cycles 

0.64 

Oto 4.12 

3.48 

0.85 

5,960 

2.65 

Oto 4.12 

1.47 

0.36 

35,900 

3.23 

Oto 4.12 

0.89 

0.215 

214,500 

3.77 

Oto 4.12 

0.35 

0.087 

5,000,000+ 

(a) Stress range = 1 

- (Minimum Stress/Maximum Stress) 





The initial pre-stress recommended is 80%, of the tensile yield stress of the bolt. 


Endurance 

Endurance limits and endurance or fatigue strengths have been published for the majority of engineering materials. The 
figures are generally based on tests earned out on small specimens that have been very carefully prepared. It should be 
noted that limits determined in rotary bending tests are too low if applied to service conditions involving push-pull 
loading; in such cases push-pull test data should be applied. The results are often shown graphically by means of what is 
known as an S-N diagram, in which the applied range of stress, S, is plotted against the number of cycles, N, endured 
before failure occurs. In the case of steels it is found that on reducing the applied stress to a certain value, further failures 
of specimens do not occur irrespective of the number of stress cycles, the curve becoming asymptotic as indicated in the 
diagram Fig. 18, the stress at which this occurs being the endurance limit. In the case of the non-ferrous metals the curve 
continues to fall, and it is usual to specify the endurance strength at N stress cycles, usually 50 x 10 6 . 



Fig. 18 

It has been found as a result of such tests that the effect of the mean stress is relatively unimportant unless it is sufficient 
to cause appreciable plastic deformation; it is the range of applied stress that is important, the greater the range of stress 
the less the endurance. It is the aim of most fatigue tests to define the relationship between S and N as a guide to the 
designer, who must remember that the majority of tests of this type are earned out on very carefully prepared specimens 
which are not, therefore, representative of a component as turned out by the forge or machine shop in the matter of 
surface finish and other respects. 












Some indication of the probable endurance limits of steels under different modes of stressing can be obtained from the 
results of “static” tests. The limiting range of stress in rotary bending is approximately equal to the ultimate tensile stress 
but, as it is conventional to define a cycle of alternating stress in terms of the semi-amplitude, the endurance limit 
approximates to. about half the ultimate tensile stress. For plain carbon steels it is about 0.45 x U.T.S., while in the case 
of alloy steels the factor is in the region of 0.55. Experimental results indicate that under conditions of direct stress the 
endurance limit is slightly lower, being about 0.75 of that in rotary bending. In the absence of rotation the endurance limit 
in bending is slightly above the rotary bending value. Where torsion is involved, since any principal direct stress produces 
a shear stress of half the magnitude of the direct stress across a section orientated at 45° to the principal plane, it is to be 
expected that the torsional fatigue limit will be about half that under direct stress or bending conditions, and a factor of 
0.55 is commonly used to derive the torsional fatigue limit from that in bending in the case of ductile materials. This 
suggests that it is the magnitude of the alternating shear stress that is significant. Where torsion combines with bending or 
direct stresses, however, the stress system is profoundly altered and the effect on the endurance limit difficult to predict. 
Gough and Pollard 9 have shown that the endurance limit under any combination of plain bending and torsion can be 
computed approximately from experimentally determined results. 

The size of a component has a considerable influence on its fatigue strength. As will be explained later, a fatigue crack 
starts at a “sensitive spot,” e.g., a small discontinuity at or near the surface, and since cracks start at the surface, the larger 
the surface area the greater will be the chance of such a spot being present. This fact is of considerable practical 
significance. In the first place, it shows that data obtained as a result of tests on small specimens cannot safely be applied 
to large components, ant it also indicates the importance of avoiding stress-raisers and ensuring satisfactory quality of the 
material, particularly as regards freedom from discontinuities and surface defects. This “size effect” has been investigated 
by a number of workers and it may be considerable, as is shown by the following figures: 13 


Rotating Beam Specimen 

Material Dia. of Spec: ins. 

Endurance limit: t/sq. in. 

Per cent 

Medium axle steel 0.30 

14.7 

100 

1.50 

12.5 

85 

6.50 

7.8 

53 


As the strength and hardness of steel are increased by cold working or heat treatment, the endurance limit of specimens 
free from major stress-raisers tends to increase also, but the endurance limit of severely notched specimens only increases 
slightly in the soft to moderately hard range and actually falls in the moderate to very hard range owing to the increase in 
the notch-sensitivity of the harder steels, hence the undesirability of using steels with an ultimate tensile strength 
exceeding about 65 tons per sq. in. for components incorporating stress-raisers and subjected to fluctuating stresses. It is 
thought by some that a material showing ductility in the tensile test or having a high notched-bar value as measured by the 
lzod or Charpy test must be comparatively free from notch-sensitivity but such is not the case; annealed copper is a highly 
ductile material and it also has a high notched-bar value, yet it is notch-sensitive in fatigue; Grey cast-iron has an 
extremely low ductility and also a low notched-bar value, but it is almost devoid of notch-sensitivity in fatigue. All 
experimental evidence shows that sensitivity to the presence of notches under fatigue conditions is not a simple function 
of the ductility as shown in a tensile test nor the resistance to rupture when tested as a notched bar. In fatigue, a crack 
originates at a sensitive spot and it also develops away from that spot without the accompaniment of any major plastic 
deformation, consequently ductility and toughness are called upon only on a microscopic or sub-microscopic scale in the 
immediate vicinity of a potential point of crack initiation or slightly ahead of an advancing crack front. Moore 14 has 
assigned the term “crackless plasticity” to that desirable characteristic that enables a metal to deform locally on a 
microscopic scale without the formation of a crack. It has not yet been definitely established that this desirable property 
can be measured directly by any mechanical test, but the view is strongly held in some quarters that the information may 
be obtained from measurements of damping capacity. 15 

In recent years the measurement of dynamic stresses under working conditions by means of strain gauges and other 
techniques has made rapid strides and has not only thrown a good deal of light on problems of fatigue failure but has also 
been of great assistance to designers in making clear to them the actual stress conditions that -arise in service. 


Under- and Over- Stressing 




An improvement in fatigue properties arises from a phenomenon designated “under-stressing.” If an S-N curve is plotted 
from tests on a group of specimens that have been previously subjected to a large number of stress cycles at or slightly 
below the endurance limit, the “new” limit will be found to be considerably higher than that shown by virgin specimens. 
The endurance life can be greatly improved by gradually increasing, in a series of steps, the stress to which a specimen is 
subjected, a process to which the term “coaxing” has been given. For instance, Lea 16 quotes a case in which a mild steel 
with an ultimate tensile strength of 32 tons per sq. in. and an endurance limit under axial loading of 14.3 tons per sq. in. 
had its endurance at a stress of 17.8 tons per sq. in. raised from 12,500 to 42,000,000 cycles by a process of progressive 
under-stressing. 

A related phenomenon that has an important influence on fatigue properties is the effect of over-stressing. This is often 
very detrimental to endurance life, but it was established by Moore and Kommers 17 many years ago that a considerable 
over-stress, i.e. a stress above the endurance limit, applied for a few cycles, or a lesser over-stress for a few thousand 
cycles, did not cause damage to the test specimen. Subsequent tests by other workers have confirmed these conclusions. 

It is now regarded as firmly established that the virgin endurance of a steel can be changed by various combinations of ( a ) 
under-stressing, ( b ) over-stressing and (c) the number of cycles of application, so that the endurance limit is not a fixed 
quantity. A small over-stress applied for a few cycles may increase the endurance limit, but a higher over-stress or an 
increase in the number of cycles will cause damage to the material, to a greater extent as the stress and number of cycles 
is increased. 

It does not appear to be generally realised that the foregoing phenomena are of great practical importance. There is no 
reason why the behaviour of some component part of an engine or machine should differ from that of a test specimen as 
regards the effect of under- and over-stressing, and there seems to be no doubt that the stressing during the early service 
life must have an effect on the ability to withstand the working conditions. It follows, therefore, that “running-in” a new 
engine is not simply a question of enabling the wearing surfaces to accommodate themselves to one another, as is 
generally supposed, but it also permits the endurance of component parts subjected to fatigue ' conditions to be improved 
by under-stressing, in the ideal manner by the process of “ coaxing.” It also appears that moderate over-stressing may not 
be detrimental if the stress magnitude and the number of cycles over which it is applied are below the values necessary to 
cause damage to the material in the affected region. Thus, if a new engine is run during its early life under conditions 
involving abnormally high stress peaks, there will be an increase in its liability to break down later as the result of a 
fatigue failure that may have been initiated at that time. If, however, the running-in conditions are such that the loading is 
increased progressively with time, then the beneficial effects of under-stressing will have an opportunity to develop and 
liability to subsequent breakdown will be lessened. 

French 18 has done pioneer work in determining what he refers to as the “damage line” and also much to facilitate an 
understanding of what occurs following over-stressing. The procedure in determining the damage line for a particular 
material is as follows: The S-N curve is plotted from fatigue test results in the usual way and the endurance limit 
ascertained. A further series of tests is then carried out in which a number of specimens are pre-stressed at different values 
of over-stress and for different numbers of cycles, and they are then tested, as if they were virgin specimens, at a stress 
equivalent to the endurance limit. Some rupture and some do not, and if the results are plotted on the S-N diagram a line 
differentiating between those that fail and those that do not may be drawn as indicated in Fig. 18. From the results of such 
tests it would appear - that under the conditions prevailing below the damage line the material has not suffered as a result of 
the over-stress since its virgin endurance limit has not been lowered, but in the case where the test results lie in the region 
above the damage line the endurance limit has been reduced, from which it is evident that the magnitude of the overstress 
or the number of times it was applied has been sufficient to produce some permanent damage. This damage, however, is 
not irreparable if it is not too severe, as if a specimen that has been over-stressed to an extent sufficient to give rise to 
damage is subsequently subjected to progressively increasing cyclic under-stressing, the endurance limit may be restored 
to its original value or even slightly increased. 

From the foregoing evidence it seems clear that the early stage of damage is not the formation of an actual crack, as it is 
most unlikely that a crack could be eliminated by cyclic under-stressing. To what extent the phenomena of under- and 
over- stressing affect service failures has not been established. In the case of certain highly stressed components, e.g., 
connecting rod bolts in some aircraft engines, fatigue tests have been carried out under conditions simulating as closely as 
possible those arising in practice and at the estimated working stress, and the number of cycles required to reduce the 
virgin endurance limit has been ascertained. Once this is known the bolts can be with drawn from service after a specified 
number of hours, i.e., after a number of stress cycles just insufficient to cause permanent damage. Unfortunately, this 
procedure is practicable in a minority of cases only. It is certainly a very commendable practice to renew very highly 
stressed components periodically, even though there may be nothing visible to indicate that replacement is necessary. 

Stress Concentrations 

Fatigue cracks almost invariably start at some zone of stress concentration, conveniently termed a “ stress-raiser,” 
resulting from a change of form or some other factor that affects the stress distribution. The most common stress-raiser is 
a change of form or some discontinuity such as a screw thread, oil or bolt-hole. In a few cases the mathematical theory of 



elasticity may he used to calculate the intensification of stress that occurs ; it is well known, for instance, that the 
calculated peak stress at the edge of a circular hole in a plate subjected to tensile loading is approximately three times the 
nominal stress assessed on the cross-sectional area in the plane of the hole. A few other simple cases have been evaluated 
mathematically but the majority do not lend themselves to this treatment because of their complexity. Mathematical 
theory postulates an ideal isotropic material free from any discontinuity, a strictly accurate profile, and an increase in 
stress concentration due solely to the change in form. As determined experimentally, the stress intensification is affected 
not only by a change in form but to an unknown extent by the anisotropy of the material and inherent defects in it, local 
readjustments of stress due to plastic yielding, surface irregularities, and the heterogeneous structure of the material itself. 
In general, stress concentration factors determined experimentally are rather less than calculation indicates. 

Under static loading conditions a stress-raiser has little or no effect in the majority of cases provided that the material is 
ductile. If the stress exceeds locally the yield point of the material, then plastic deformation occurs, there is a 
redistribution of stress and, provided that the amount of plastic deformation has not been excessive, no trouble need he 
anticipated. But if the part is subjected to fluctuating or alternating stresses, then, since a fatigue crack may be initiated at 
a stress below the yield point of the material, stress redistribution by plastic yielding will not occur and the full effect of 
the stress-raiser will be operative. 

It is, usual to refer to the effect of a stress-raiser in terms of a “stress concentration factor,” this being the ratio: 

Endurance limit without stress concentration 


Endurance limit with stress concentration 


While a knowledge of the probable severity of the effect of, say, a particular change of form is very useful, stress 
concentration factors require to be applied in practice with discretion because quite minor variations in profile or surface 
finish are liable to introduce considerable modifications, while the size of the part concerned compared with that of the 
test specimen used to determine the stress concentration factor requires to be taken into consideration. The effect of small 
changes of form has been well shown by Hall, 19 who found that the stress concentration effect of the standard American 
thread is about 40% greater than that of the corresponding Whitworth thread, the superiority of the latter arising from the 
rounding of the thread root. It must also be remembered that stress concentrations affect different materials differently; 
heat-treated steels, for instance, are more susceptible to the effects of stress-raisers than are normalised or annealed steels, 
while cast-iron is relatively immune. 

In visualising the distribution of stress at a change of form it is helpful to consider the paid in terms of a flow of electricity 
through a conductor of similar cross-section ; in fact, such a method has been used experimentally to assess stress 
concentration factors 20. In diagrammatic form, stress “flow” can be represented as a series of parallel lines, the stress 
intensity being inversely proportional to the distance between the lines, i.e., these bunch together in regions of high stress. 
The series of diagrams depicted in Fig. 19 show the stress flow in the case of a few stress-raisers that arise in practice. 
Diagrams (1), (2) and (3) indicate the progressive stress increase with decreasing fillet radius, and the relative magnitude 
and distribution of stress in the case of (2) is indicated broadly in (5) ; diagram (6) shows the effect of the presence of an 
integral collar of considerable width, while (7) shows the decrease in stress concentration that accompanies a decrease in 
collar width, and the position is very similar when collars or similar parts are pressed or shrunk into position. The stress 
flow at the junction of a bolt head with the shank is of the form depicted in diagram (8). In view of the frequency with 
which it is employed, the case of a screw thread is of particular - importance. A single notch introduces a considerably 
greater stress concentration effect than does a continuous thread and the reason for this is clear when the stress flow is 
considered. The concentration effect of a single notch is as depicted in diagram (9), and on comparing this with the part of 
the thread to the right of the arrow “X” in diagram (10), it will be noted that the stress concentration is very similar to that 
which arises in the case of a narrow collar, as depicted in (7), this being due to the mutual relief afforded by adjacent 
threads. To the left of the arrow, however, the last thread is relieved from one side only and in consequence there is a 
considerable stress concentration, this being the reason why bolts so often fail in the plane of the last full thread. 




Fig. 19 

A type of stress-raiser that arises very frequently is a key-way. A fatigue crack usually starts in the root of the key-way 
when the stress is predominantly torsional and this is to be expected from the disturbance of the stress flow induced by the 
presence of the key-way; in diagram (11) the normal torsional stress distribution is as indicated by (a) and the 
modification thereto arising from contact between the key and the side of the key-way is as shown in ( b ). When the 
keyway is formed with a shaip step at the end a further concentration of stress occurs, especially in the presence of 
bending stresses, and failure very often begins at this point. This further stress concentration can be reduced considerably 
by making the key-way of the sled-runner type in which the transition at the end is gradual. The subject has been 
extensively dealt with in many publications and is frequently referred to in papers dealing with fatigue failures Ref 21, 22, 
23, 24, while Roark 21 includes much useful data on stress concentration factors. 

In many cases it is impracticable to avoid discontinuities of form that constitute stress-raisers but their effects can often be 
mitigated and in a few cases almost eliminated. The practice of drilling a hole at the end of a crack to stop it extending 
further is a classical example of stress mitigation, the cylindrical surface of a hole being much less of a stress-raiser than 
is the apex of a crack. It is well known that the form of the transition at a change of section should be as gradual as 
possible but all too often this knowledge is not translated into practice, with the result that many avoidable fatigue failures 
occur. Sometimes a fillet of small radius is unavoidable, as when the inner race of a rolling bearing must butt against a 
shoulder, and in such cases a re-entrant fillet can be provided or, preferably, the huger section can be machined as 
indicated in diagram (4), Fig. 19, this being an example of reducing the effect of one stress-raiser by introducing another, 
as occurs in the case of the continuous thread versus a single groove. Many useful examples of good and bad design from 
the stress concentration point of view are referred to by Florger and Buckwalter 26 and also MacGregor, Burn and Bacon. 
27 

A method of reducing the effect of stress concentrations that has come into increasing use during recent years is cold¬ 
working of the surface in the vicinity. Extreme cold-working has an adverse effect under fatigue conditions since it gives 
rise to minute cracks in the material or at least predisposes it to develop such cracks. If the optimum degree of cold-work 
is applied, however, then the improvement in the endurance is appreciable. For instance, it is known that a screw thread 
produced by rolling is more resistant to fatigue conditions than one that has been cut, while surface-rolling or shot- 
peening, especially of springs, has been successfully employed in many applications. Apart from the increase in the 
endurance limit of the surface layer of the material arising from the work-hardening, the stress system is modified 
considerably. Diagram (12) (a) Fig. 19, shows the stress distribution in a specimen notched at one side by machining and 
then subjected to a tensile load. If the notch is subsequently cold-worked, then the residual stress system is as depicted in 




diagram ( b ) and when the specimen so treated is, subjected to a tensile load the stress distribution is as indicated in 
diagram (c), the stress peak having been largely removed due to the presence of residual compressive stresses. If the 
degree of cold-work is so adjusted that the residual compressive stress reduces the peak tensile stress below the endurance 
limit of the material, then fatigue failure will not occur. It is very difficult in practice, however, to ensure the correct 
degree of cold-working and the method has practical limitations. Indiscriminate cold-working intended to improve the 
endurance of a part is to be deprecated. It may be mentioned that there is some experimental evidence to indicate that the 
magnitude of any residual stresses arising from cold-working is reduced by subsequent cycles of varying stress, to which 
the term “ fading ” has been applied. Residual compressive surface stresses only improve fatigue strength under 
conditions involving bending and torsional stresses. In the case where the stress is purely tensile it may reduce the 
endurance for the following reason: the compressive stress at the surface is balanced by a zone of tensile stress just below 
it and, as in tensile loading the stress is uniformly distributed across the section, it is augmented by the residual tensile 
stress and failure is likely to take place by cracking just beneath the surface of the part. 

Another method of reducing the effect of stress concentrations that has somewhat limited practical applications is to raise 
the endurance limit of the material in the zone of high stress by flame hardening, carburising or nitriding. Properly carried 
out, any of these processes are beneficial in raising the fatigue strength, but the extent of the treated zone requires to be 
carefully chosen otherwise failure is very liable to occur at one of the junctions between the treated and untreated zones. 

Surface Condition 

The condition of the surface layer of a component that is required to withstand fluctuating stresses is extremely important. 
In the majority of cases the maximum stress is developed at the surface, and this is often so even when the loading is 
ostensibly axial, consequently the surface is the most vulnerable paid. It follows that if the material in the region of the 
surface is inherently less fatigue-resistant than that of the interior, then the likelihood of a fatigue crack being initiated 
will be enhanced and the crack will ultimately extend into the more fatigue resistant material below. A common cause of 
reduced fatigue strength of steel components is decarburisation of the surface during heat treatment, which markedly 
lowers the fatigue-resistance; the effect is naturally more serious in the medium and higher carbon steels than in mild 
steels, and it is especially so in the case of springs. When surface decarburisation is complete, as arises occasionally, then 
the endurance of the material approximates to that of iron. The converse is equally true; the fatigue resistance of a 
component may be increased if the surface layer is made more fatigue resistant such as by case-carburising or nitriding 
provided, of course, that the treatment is carried out properly so as to avoid defects such as carbide films at the grain 
boundaries and quenching or grinding cracks. 

The presence of discontinuities in the material, such as non-metallic inclusions situated at or close to the surface, is 
detrimental because these act as stress-raisers and form suitable points for the initiation of fatigue cracks. The hu ger the 
number of discontinuities the greater the liability to fatigue failure, but there seems to be an upper limit to this 
generalisation because if discontinuities are very numerous, e.g., graphite flakes in cast-iron or sulphide inclusions in 
free-cutting steels, mutual stress-relief occurs, on the principle of the single groove versus the continuous thread, and the 
material tends to become less sensitive to fatigue conditions. 

Surface finish is of great importance and some service failures can be ascribed to the effects of rough machining. The 
majority of components subjected to fatigue conditions are machined, and it is well established that heavy cuts and 
residual tool marks enhance liability to fatigue failure. There are two reasons for this behaviour. In the first place, rough 
machining produces surface irregularities that act as stress-raisers, and in this connection it may he noted that a series of 
parallel grooves, such as result from a turning operation for instance, is less severe in its effect than the odd isolated 
groove because of the mutual stress-relief that occurs. Secondly rough machining damages the material to an appreciable 
depth. A tool does not cut in the accepted sense of the word but removes metal by a process of shearing, with the result 
that the surface is torn and also work-hardened to an extent that depends largely on the depth of the cut, the form of the 
tool and the characteristics of the material. Components intended to withstand fatigue conditions should therefore be 
finished with a fine cut or preferably ground, and the direction of the final cut should be parallel to that of the principal 
tensile load whenever practicable. It is probable that the “ironing-out” of surface irregularities that follows rolling or 
peening of the surface is partly responsible for the improvement in fatigue life that results from either of these operations. 
Electro-plating, especially with chromium, is liable to reduce very considerably the endurance of components so treated. 

Effects Of Corrosion 

It was shown by Haigh 28 that corrosion of a specimen before test reduced its endurance only slightly, but that the effect 
of corrosion during the test was enormous. The influence of corrosion on fatigue strength therefore requires to be 
considered from two viewpoints. 

In the first case, corrosion that has occurred before stressing is comparable in its effect with surface irregularities and 
similar defects, and its deleterious action is due largely to stress concentrations at corrosion pits, analogous to notch 
effects. If the corrosive attack is concentrated at the grain boundaries, as is apt to occur under certain conditions, then its 



influence on fatigue strength is greatly increased. Service failures due primarily to previous corrosion are comparatively 
rare. 

In the second case, where corrosion takes place simultaneously with fluctuating tensile stressing, the effects combine and 
are mutually accelerative, a mode of failure that has been aptly termed “corrosion-fatigue.” It should be noted that the 
liquid medium need not be “corrosive” in the accepted sense of the word, as ordinary fresh water is an effective corroding 
agent under fatigue conditions. The endurance strength, based on a 10 s stress cycle basis, of the majority of steels falls to 
about 7 tons per sq. in. when tested while wetted with fresh water, even in the case of those steels possessed of the best 
mechanical properties, while in the presence of salt water the corresponding figure is only about 3 tons per sq. in. Since 
most alloy steels (other than stainless steel) are hardly more resistant to corrosion-fatigue than are carbon steels, their use 
does not confer additional strength under conditions where this mode of failure is liable to occur. It has been shown by 
Gough and Sopwith 29 that tests earned out in the atmosphere are, in reality, corrosion-fatigue tests in a medium 
comprising, inter alia, oxygen, nitrogen and water vapour, and it was found that endurance limits were appreciably greater 
when tests were earned out in vacuo. 

Much work on the effects of corrosion has been done by McAdam 30, who used a rotating cantilever specimen, the 
corroding medium being either fresh water, or salt water with a saline content about one-sixth that of sea water. His main 
conclusions were as follows: Corrosion-fatigue occurs in two stages. The first is the formation of pits at a stress intensity 
below the endurance limit of the material, the pitting being due to electrolytic action and not to fatigue. The pits thus 
formed act as stress-raisers and when the stress concentration at the bottom of a pit exceeds the endurance strength under 
the particular conditions the second stage begins, and a crack starts and extends in the form of a fissure, at a continually 
increasing rate. When the initial stress is above the endurance strength the second stage becomes operative at once. 
Corrosion-fatigue is a common cause of failure in service of parts that work under conditions involving wetting by water, 
continuously or intermittently. The shafts of rotary pumps, for instance, often fail from this cause and it is sometimes 
found in various parts of machines that operate in wet locations. It is very prevalent in boilers and some other steam plant. 
The well-known grooving that occurs in boilers is simply a broadening of one or more corrosion-fatigue fissures due to 
subsequent corrosion on a gross scale. What appear superficially to be cracks in boiler plates are often found to be 
corrosion-fatigue fissures when examined microscopically. Such fissures also occur sometimes in steam-containing plant, 
such as steam receivers and piping, due to intermittent wetting with condensate which is at a temperature below that of 
the metal. In such cases the wetting is responsible for both the corrosion and the fluctuating tensile stress that is necessary 
to initiate this type of defect, the stress arising from contraction due to chilling when the condensate evaporates. 

The characteristic features of corrosion fatigue failure are: 

Firstly, the presence of a fissure, or more usually several parallel fissures, extending into the affected part in a direction 
normal to the surface and lying on a plane at right angles to the direction of the tensile stress that assisted in their 
formation. In the case of a flat, or nearly flat, plate chilled intermittently in the manner referred to in the preceding 
paragraph, fissures tend to develop in the form of crazy networks. But if the plate is curved, such as the shell of a 
cylindrical vessel or pipe, they almost invariably run circumferentially because the stress system is modified by the ability 
of the plate to deform in a circumferential direction and so relieve the contraction stress, whereas axially it cannot do this 
so readily and the stress is not appreciably relieved in this direction. 

Secondly, fissures almost invariably extend in one plane, i.e. they do not follow a devious path as is generally the case 
with pure fatigue cracking. Microscopical examination also shows that corrosion-fatigue fissures arc predominantly 
transgranular, although they may follow the grain boundaries for a short distance. 

Thirdly, their terminations as revealed by the microscope are blunt so long as they remain true corrosion-fatigue fissures. 
In some cases, however, a fissure ultimately extends as a true fatigue crack. This is not surprising when it is borne in mind 
that a fissure is a severe stress-raiser and that when a certain stage in its development is reached the stress at its apex may 
have risen to a value sufficient to start a fatigue crack, which then extends rapidly and is not generally affected 
significantly by corrosion although this may take place subsequently. 

A typical example of a corrosion-fatigue failure is shown on Fig. 20. The specimen was cut from a water-wall side box of 
a water tube boiler, the external surface of which had been chilled intermittently due to wet fuel coming into contact with 
it. It will be observed that the fissures have developed normal to the plate surface and most are sensibly straight, and that 
near the surface they are considerably broader as a result of corrosion subsequent to their initiation. It will also be noted 
that the deepest fissures are associated with the widest grooves on the plate surface. Fig. 21 depicts the termination of a 
fissure of the foregoing type and shows the blunt form that is characteristic of this mode of failure. 






Fig. 20 



Fig. 21 

Another type of corrosion that sometimes plays a part in fatigue failures is known as fretting corrosion. If two 
components are assembled by means of a forced fit and the assembly is subjected to fluctuating loads, minute movements 
at the interfaces result in mutual abrasion with the formation of oxidation products, red oxide of iron (FeiCF) in the case 
of steels. It also occurs at the mating faces of keyways, spline shafts, taper fits, etc., and at the seats of rolling bearing 
races and similar locations. As a result of slight relative movement between the parts, minute particles of metal are torn 
off and, as these present a large surface area and it is impracticable to exclude oxygen, they are rapidly oxidised. The 
oxide thus formed also acts as an abrasive and makes matters worse. The presence of this type of corrosion is often 
revealed by “ breeding ” from the joint, i.e., the exudation of a red-coloured powder or oil in the case of steel parts. It is 


very difficult to prevent this form of deterioration, as most lubricants and surface treatments are ineffective. The subject 
was investigated by Tomlinson, Thoipe and Gough 31 at the National Physical Laboratory, and Cornelius 32 has dealt 
with its effect on fatigue. 

The importance of fretting corrosion in relation to fatigue is that it normally occurs in zones where there is a stress 
concentration and it reduces the endurance by virtue of its damaging effect on the metal surfaces, analogous to that which 
occurs in the early stages of corrosion-fatigue. A further objectionable feature is that the fatigue cracks usually originate 
within the joint, consequently they are not, visible unless the parts are separated. 

Micro-Mechanism of Fatigue Fracture 

Despite the large amount of research into the problem of the failure of metals under repeated stresses, the mechanism by 
which the initial crack is produced is not yet fully understood. This aspect is of great importance because if the factors 
responsible for the onset of the initial crack were known it might be found possible to modify them in such a manner that 
the ability of a material to withstand stress conditions of the type in question could be improved, thus ensuring greater 
reliability in service. 

It is well established that in the case of steels and many other metals, fatigue cracks rarely follow the boundaries between 
the crystals but pass through the crystals themselves. It may therefore be assumed that the weakness lies within the 
crystals and it is considered probable that in many cases the chief culprit is an individual crystal, some abnormality of 
structure or particularly unfavourable orientation bringing it into the same category as the “ sensitive spot alluded to 
earlier. 

Of recent years the use of X-ray techniques has thrown considerable light on fatigue phenomena. The arrangement of the 
constituent atoms of a crystal is such that there exist certain planes along which relative movement by shearing forces 
takes place most readily. Now the orientation of the crystals comprising a metal is a random one, so that when a stress is 
applied the weaker planes in some crystals will coincide more or less with the planes of maximum shear stress. It is 
known from work on single crystals that slip across crystallographic planes may take place under cyclic stresses of a 
small magnitude, this having a beneficial effect by virtue of the strain-hardening that occurs provided that the process is 
not carried too far. But X-ray investigation shows that above a limiting value of shearing force a crystal begins to 
disorientate, forming small crystals with an orientation quite different from that of the parent crystal. It seems highly 
probable that it is during this stage that an embryo fatigue crack is initiated. It has been shown by Gough and Wood 33 
that the local disintegration of the crystal structure that occurs in fatigue failures is very similar to that which takes place 
on a larger scale in failure under static loading. 

More recent work by Wood and Head 34 employing X-ray diffraction methods shows this essential difference between 
static and cyclic stressing: static stressing produces an extensive and progressive disorientation of the essential structure 
of the crystals, whereas under cyclic stressing this is largely suppressed, the degree of suppression depending in part on 
the alternating character of the deformation under cyclic stress and also on the rate of alternation, there being, apparently, 
a critical rate above which suppression sets in abruptly. It was found that for copper under alternating tensile and 
compressive stress this critical rate was between 300/400 cycles/minute. Wood and Head infer from their observations 
that if a crystal is subjected suddenly to a stress in excess of the yield stress and is then allowed to deform in its own time, 
there is a delay period before any appreciable plastic strain occurs and this Is clearly a feature of crucial importance in 
relation to the difference in behaviour of a metal under static and cyclic stressing. They also consider that this inhibition 
of unidirectional deformation at ranges of cyclic stressing above the critical rate transforms a normally ductile metal into 
a brittle one so far as its localised behaviour is concerned, thus accounting for some of the basic factors in fatigue failure. 
It may be anticipated that a crack will be initiated equally under static or cyclic stressing in a disorientated zone 
associated with deformation on a microscopic scale, but the conditions for propagation will be quite different. The 
application of a stress for a period longer than the delay period will permit micro-movements to produce the macro-strains 
associates with unidirectional plastic deformation. But if the stress is applied for a period less than the delay period 
relatively few micro-movements occur; if the stress is quickly reversed, again only a few movements will take place and 
these will be opposite in direction to the first, this latter case corresponding to rapid cyclic stressing. Therefore under 
static or slow cyclic stressing considerable plastic deformation and disorientation of the structure will occur in the 
immediate vicinity of a crack apex, accompanied by some resultant decrease in the stress peaks which will tend to inhibit 
propagation. But if this deformation is suppressed-by rapid cyclic stressing then failure will occur in the absence of 
deformation, i.e. it will do so in a brittle manner and the crack may be propagated with little expenditure of energy and its 
path will be redominantly transgranular. 
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Footnotes 


* For practical purposes a tiny group of cracks that can only be resolved into individuals when magnified may be 
regarded as a single origin. 


** When the endurance limit is determined by means of rotating beam specimens, it is the maximum tensile or 
compressive stress that is reported, i.e., half the stress range, not the sum of the tensile and compressive stresses. 


Cracking in a Yankee Dryer Shell. 

From: Tappi J., Vol 78 (No. 7), July 1998, p 101, as published in T. Service, Finite Element Modeling in Failure Analysis, Failure 
Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 380-389 


Abstract: Cracking was found in the heads on large Yankee dryers, large, cylindrical, rotating, pressurized, high-temperature, cast 
iron pressure vessels (ASME Boiler and Pressure Vessel Code Section VIII, Rules for Construction of Pressure Vessels), used to 
remove moisture from sheets of tissue paper during manufacturing. The typical components consist of a cast iron shell, two cast iron 
concave heads, and a large cast iron internal center stay attached to journals. The heads are attached to the shell and center stay 
with high-strength bolts. FEA and metallurgical investigation supported the conclusion that the cracking was caused by an 
unexpected type of load placed on the machine, namely corrosion product buildup at the head/shell interface causing the joint to 
displace open. It was also found that compressive bolting loads could slightly open the head/shell interface at the periphery. 
Recommendations included design changes in the head/shell joint, and detailed preventive maintenance inspection procedures were 
also suggested. 

Keywords: Bolts; Cracking (fracturing); Design; Paper machines; Pressure vessels; Preventative maintenance; Yankee dryer 


Material: Cast iron (Cast iron, general) 


Failure types: (Other, general, or unspecified) fracture; (Other, general, or unspecified) corrosion 


A Yankee dryer is a critical mechanical component in the manufacture of tissue paper. It is a large, cylindrical, rotating, 
pressurized, high-temperature, cast iron pressure vessel that has evolved in design since the early 1900s. A wet sheet of 
paper is placed on the rotating face of the dryer, which is located toward the back end of a crepe papermaking machine. 
As the dryer rotates, contact with the high-temperature face removes considerable moisture from the paper by the time it 
is removed from the dryer. The drying process only occurs while the paper is in contact with the high-temperature face 
during approximately one dryer rotation. 



The demand for more efficient papermaking has led to larger and faster machines. Current Yankee dryers can be 5.5 m 
(18 ft) in diameter with a 6.1 m (20 ft) face length, operating at 175 °C (350 °F), 830 kPa (120 psi) internal pressure and 
rotating at 110 revolutions per minute. This translates to making a 5.5 m (18 ft) wide sheet of tissue paper at over a mile a 
minute. The extremely high temperature and pressure of these machines means that there is an enormous amount of stored 
energy that must be safely contained through proper design and analysis. The case study, as documented in Ref 1, is 
summarized here on the use of FEA in the original design of the dryers and in a failure analysis investigation to 
understand a cracking problem that developed. 

The typical components of a Yankee dryer consist of a cast iron shell, two cast iron concave heads, and a large cast iron 
internal center stay attached to journals. The heads are attached to the shell and center stay with high-strength bolts. The 
primary design requirements for this type of equipment are governed by the ASME Boiler and Pressure Vessel Code 
Section VIII, “Rules for Construction of Pressure Vessels.” Individual dryer manufacturers also have internal design 
requirements based on their own experience and expertise. Although these are voluntary codes and standards, owners of 
the machines and insurance companies always require that the dryer manufacturers demonstrate that the equipment meets 
these design safety requirements. 

The complexity in design detail of Yankee dryers has increased significantly from when the first 3.0 to 3.7 m (10 to 12 ft) 
diameter machines were used a hundred years ago, even though the basic design has not. Past design analyses tended to 
be hand calculations based on the rules specified in the ASME design requirements. These rules specify minimum 
material thickness to account for pressure, thermal, and rotational loads. The relatively low pressures and operating 
speeds of early dryers combined with the high factors of safety required by the code resulted in robust designs. 

Over the years the basic design has remained essentially the same with a general evolution toward larger size, higher 
temperature and pressure, and faster machines. Current machines are so large and the operating conditions so aggressive 
that the only way to accurately determine the stresses in the dryer and the corresponding design safety factor is through 
the use of FEA. There are considerable thermal, pressure, and rotational loads on an operating dryer that must be 
quantified. Figure 1 shows a typical axisymmetric finite element model that is used to model a Yankee dryer. The model 
accounts for the overall thermal expansions and localized thermal gradient through the shell due to the heat removal of the 
paper, the internal pressure, and rotational loads. It also evaluates the effects of the head/shell interface and the attachment 
bolts. Combining all these loads results in a FEA stress and displacement profile that the design engineer compares to the 
code requirements. The results of these analyses show that an area with the most complex stress state is at the head/shell 
interface. Analyses similar to this have shown that the dryer design meets all the necessary code and standard 
requirements. This could not be done easily without the use of FEA. 



(a) 



Fig. 1 Finite element model used in the design of a Yankee dryer, (a) Finite element analysis (FEA) model, (b) 
Deformed shape showing stress state resulting from thermal, pressure, and rotational loads. Source: Ref 1 

Several years after the introduction of the larger generation of Yankee dryers, routine inspections uncovered a cracking 
problem in the heads of some machines. These were circumferential cracks located in the bolt-hole region of the head. 
The discovery of the cracking prompted an investigation by the industry to understand the causes of the problem and 
propose changes to eliminate the problem. Metallurgical failure analyses were performed as well as reviews of the design. 
The results showed that there were no material or manufacturing-related causes. The investigation also showed that the 
design operational stresses in the region were not high enough to initiate or propagate any form of cracking. What was 
discovered was a layer of corrosion inside the head/shell interface that initiated at the periphery and progressed radially in 
the joint interface. Given this information, analyses were performed to determine if this could be the cause of the 
cracking. 

Figure 2 shows the proposed mechanism that includes corrosion product buildup at the head/shell interface causing the 
joint to displace open. This “corrosion jacking” was modeled using FEA by prescribing a displacement of the joint 
interface equal to those measured on actual machines. The results showed that relatively small displacements of the 
interface at the region where corrosion was observed could cause stresses high enough to cause the observed cracking. 
The results also showed that the compressive bolting loads could slightly open the head/shell interface at the periphery. 
Based on the results of these analyses, design changes in the head/shell joint were made and retrofitted on machines in 
service. Detailed preventive maintenance inspection procedures were also initiated. 




Corrosion jacking 



Fig. 2 Finite element model showing analysis of corrosion jacking in the head/shell interface. Source: Ref 1 
The cause of this problem was not inadequate design analysis of the original design, rather, it was the result of an 
unexpected type of load placed on the machine that would have been difficult to anticipate. The problem also did not 
appear immediately but progressed with time as the corrosion product accumulated. It is also an example of how the 
design evolution process of scaling up smaller designs to meet the needs of larger designs has limits before problems 
arise. Smaller Yankee dryers with similar head/shell designs did not have this problem. It was only when the machine size 
and operating conditions reached current levels that the problem was manifest. This illustrates how codes and standards 
set only minimum requirements and that it is up to the design engineer to be careful with any new design and to be as 
thorough and diligent in the analysis as possible. Even then unexpected conditions can arise. 
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Cavitation Damage to Diesel Engine Cylinder Liners 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Cavitation damage of diesel engine cylinder liners is due to vibration of the cylinder wall, initiated by slap of the piston 
under the combined forces of inertia and firing pressure as it passes top dead center. The occurrence on the anti-thrust side may 
possibly result from bouncing of the piston. The exact mechanism of cavitation damage is not entirely clear. Two schools of thought 
have developed, one supporting an essentially erosive, and the other an essentially corrosive, mechanism. Measures to prevent, or 
reduce, cavitation damage should be considered firstly from the aspect of design, attention being given to methods of reducing the 
amplitude of the liner vibration. Attempts have been made to reduce the severity of attack by attention to the environment. 
Inhibitors, such as chromates, benzoate/nitrite mixtures, and emulsified oils, have been tried with varying success. Attempts have 
been made to reduce or prevent cavitation damage by the application of cathodic protection, and this has been found to be effective 
in certain instances of trouble on propellers. 

Keywords: Diesel engines 


Material: Cast iron (Cast iron, general) 


Failure type: Cavitation wear 




The rapid wastage, leading to ultimate failure, of ship propellers, pump impellers, and other components, as a result of the 
effects of cavitation is fairly widely experienced and recognized. What may not be so well known is that a specific mode 
of attack occasionally seen on the water-side surface of diesel engine cylinder liners may also result from the same basic 
cause. 

Cavitation damage has been defined as the dynamic consequence of the hydro-mechanical phenomenon of cavitation, 1 
which occurs when a liquid in motion is subject to forces at right-angles to the direction of flow, so that the cohesive 
strength of the liquid is exceeded leading to the formation of bubbles in those region which fall below the absolute vapour 
pressure. The bubbles are of only momentary duration and collapse at rapid rates of acceleration to produce shock waves 
of very high intensity, and the repeated collapse of the bubbles against a metallic surface gives rise to pronounced local 
damage. Although in many instances this action results in the ultimate production of cavities, the word “cavitation” 
describes the events which occur within the liquid and not the effect on the metal, i.e„ the liquid cavitates with the 
production of cavitation damage. 

Cavitation is generally induced by a rapid increase in the velocity of the liquid, as may arise from the sudden divergence 
of flow initiated by the presence of objects, or from vibration of adjacent metal surfaces. Cavitation from the latter cause 
can, therefore, occur when the liquid itself is in a relatively static condition. 

A symposium on the subject was held in November, 1965, by British Rail Chemical Research Division, and the 
subsequent report 2has been largely drawn upon for this article which is a general survey of the subject illustrated by 
examples from our experience. 

Damage to cylinder liners thought to be due to this cause takes the form of deep pitting of a honeycomb nature. It is 
restricted to certain specific locations on the waterside surface and is found principally on the thrust side of the cylinder 
liner, i.e., that subjected to the thrust from the piston on the firing stroke, and occasionally on the diametrically opposite, 
or anti-thrust, side — a typical example is shown in Figure 1 this being associated with ultimate perforation of the liner; a 
portion of another liner is shown in Figure 2. The pitting may extend for the full length of a liner or be restricted to the 
lower regions, as seen in the examples, and may in certain circumstances, as shown in Figure 2, result in disruption. In 
most cases the liner as a whole is relatively free from corrosion and rust deposits. The rate of development of the pits may 
reach 0.10 in. in 1,000 hours, whereas ordinary corrosion is only of the order of 0.002 in. during the same time. The 
extent of the pitting varies from engine to engine and may also differ on the liners of any one engine. Cavitation damage 
is more prevalent in engines in transport service, where speed variation is more pronounced, and the onset in some 
engines may be associated with the operation of reboring where a significant reduction in the wall thickness has resulted. 







Fig. 2 Typical examples of cavitation damage in service. 

The cavitation damage of liners is considered to be due to vibration of the cylinder wall, initiated by slap of the piston 
under the combined forces of inertia and firing pressure as it passes top dead centre. The occurrence on the anti-thrust side 
may possibly result from bouncing of the piston. In the laboratory it has been possible to reproduce the effects of 
cavitation by vibrations induced by ultrasonic or other transducers. 

Although cavitation damage appears to result basically from a mechanical cause, the exact mechanism is not entirely clear 
and two schools of thought have developed, one supporting an essentially erosive, and the other an essentially corrosive, 
mechanism and thus the terms “cavitation erosion” and “Cavitation corrosion” have arisen to describe the effect. With the 
former, it is considered that shock impact on the metal surface produces local stresses in excess of the fatigue limit of the 
material. Cracks develop and, ultimately, small particles of metal become detached. The fact that cavitation damage can 
be produced experimentally in materials such as plastics or glass tends to support the view that it is an entirely mechanical 




phenomenon, as does the evidence that it can also be produced in non-electrolytic environments. On the other hand, there 
are aspects that lend support to the corrosion hypothesis. It is considered that the impact forces may only serve to remove 
the protective oxide film normally present on the surface, and that the hare regions thus produced become anodic to the 
remainder and local corrosion cells are set up, the anodic regions suffering a preferential attack. In addition, the existence 
of regions of differing stress levels, or zones of cold work resulting from the impacts can also result in small anodic areas. 
Further, valuations in the flow rate over the surface result in different rates of oxygen diffusion and could also promote 
local corrosion. 

Microscopical examination of sections cut from pitted regions of liners affected by cavitation damage show that the 
relatively mechanically weak phosphide eutectic is often left proud, in the pits. The examination of several pits which 
developed in the liner shown in Figure 1 showed this feature, as is evident from Figure 3. If erosion was the major factor 
it is considered that the eutectic should be preferentially removed. This fact, together with the observation that the 
corrosion products remain in the cavities, suggests that cavitation damage may be due to a mechanism which is primarily 
of a corrosive nature. It would be reasonable to assume that cavitation results from a combination of these processes, 
thereby accounting for the fact that different effects are found in different circumstances. 



Fig. 3 Section through pitted region showing eutectic standing proud. (x400). 

R. W. Wall, in one of the papers in the symposium previously mentioned, refers to laboratory experiments, the results of 
which indicated that corrosion at metal surfaces is accelerated by vibration and, in the case of iron in water, corrosion 
occurs in the form of isolated pits rather than in a uniform manner, suggesting that pitting could occur as a result of 
cylinder vibration only and may not necessarily be a consequence of cavitation in the water. Once pits develop, one would 
expect them to develop at a fairly rapid rate, due to the combination of a small anode and a large cathode. It is also 
thought that vibration increases the access of oxygen to the corroded surface, this being utilized in the cathode reaction to 
reduce the polarising action of hydrogen. 

Damage to other portions of liners, that which is seen in the piston ring grooves, under flanges, or on the portion adjacent 
to the lower scaling ring (as seen on the liner shown in Figure 1) is considered to result, not from cavitation, but from 
differential aeration-a more common cause of corrosion, particularly where stagnant conditions may obtain. 


Measures to prevent, or reduce, cavitation damage, should be considered firstly from the aspect of design, attention being 
given to methods of reducing the amplitude of the liner vibration. Piston slap can be reduced by minimizing the clearance, 
but attempts to reduce this too far could result in scuffing and increased wear. Other workers have suggested the use of a 
cam-ground piston with this end in view. Much greater success in reducing the severity of the piston impact has attended 
work done by the Admiralty Research Laboratories, using a specially designed piston incorporating an annular belt of oil 
between upper and lower rings, the oil acting as a viscous damper to cushion the motion of the piston and eliminating the 
tilting at the ends of the stroke. 

In certain circumstances it may be possible to alter the design of the liner. In severe cases, longitudinal ribs can be 
employed or an additional support provided at about the mid-length, in an attempt to avoid resonant conditions. Measures 
of a palliative nature can be introduced by surface treatment of the liners, and in this respect the use of hard chromium 
plating or chromium plating on nickel has been found to be effective in certain conditions. Sprayed metals or the use of a 
ceramic coating based on alumina, applied by flame-spraying, have also been recommended. Other workers favour a 
resilient coating, such as nylon, but with materials of this type it may be difficult to effect a satisfactory bond and the 
attendant effect on heat conductivity must also be considered. 

Attempts have been made to reduce the severity of attack by attention to the environment. Inhibitors, such as chromates, 
benzoate/nitrite mixtures, and emulsified oils, have been tried with varying success. Unfortunately, some inhibitors may 
not be suitable for use at temperatures approaching 100°C. and others may break down under conditions of cavitation; 
organic compounds, for instance, may be degraded and lead to precipitation. 

Cavitation damage tends to fall off as the temperature is raised and, in one case, damage which was shown to be at a 
maximum at 50°C diminished significantly at 80°C. Raising the temperature of the cooling water is stated to be effective 
where anti-freeze additions based on ethylene glycol are employed. 

Attempts have been made to reduce or prevent cavitation damage by the application of cathodic protection, and this has 
been found to be effective in certain instances of trouble on propellers. Its application to cylinder liners, however, is 
particularly difficult, and it is understood that no large measure of success has been obtained. Its effectiveness in any 
situation must be related to the particular parts played by the electrochemical and the mechanical factors in the case. The 
fact that cathodic protection has been found to be effective in counter-acting trouble with ships propellers, supports the 
view that cavitation damage results primarily from an electro-chemical, rather than a simple mechanical cause. 

Little success has attended efforts to obtain relief by changes in the type of material. Iron with a higher elastic modulus 
should assist in reducing damage by modifying the vibration characteristics of the liner. More corrosion-resistant irons 
alloyed with chromium and nickel would possibly show an advantage, but unfortunately they possess inherently poor 
weai - resistance. 

Among other measures that have been advocated is pressurization of the cooling system, and this has effected a cure in 
certain cases experienced by the French Railways, possibly by preventing the formation of bubbles. It has also been 
suggested that it would be beneficial to remove the electrochemical factor entirely and to employ fuel oil as a coolant, but 
obviously a modification of this nature could only be adopted in certain instances. 

In one case within our experience, corrosion in a six-cylinder diesel engine driving a small locomotive showed itself on 
cylinders Nos. 2, 5 and 6 after three years' service. After a further year, the No. 5 liner had to be replaced. The 
replacement gave only one further year's service, and the new one which was installed showed slight pitting after three 
months or so. The affected portion of the liners was in all cases adjacent to an internal rib on the engine frame as shown in 
Figure 4 and it is presumed that the trouble was associated with local turbulence, resulting from restriction in the water 
spaces. A slight attack was also shown on the frame itself in this vicinity. In this case, a 1% emulsified oil was added to 
the cooling water, which was also made alkaline, and no recurrence of the cavitation was seen during the subsequent six 
years. 
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Fig. 4 

In diesel engines trouble from cavitation damage is also found in coolant circulating pumps, main and big end bearings, 
and in the fuel injection equipment. With bearings, damage is thought to result from flow-induced cavitation, while in 
pumps and injection equipment it is associated with violent fluctuations that may occur when the flow is suddenly 
interrupted, It is found mainly in unloaded areas of bearings where the oil film pressure is low and, therefore, results from 
a cause different from that responsible for the more usual type of failure shown by these components. Its occurrence can 
be minimised by design changes, so that the oil pressure is maintained, or possibly by a change in material, a tin-base 
babbitt being more resistant than a lead-base alloy of the same hardness. 

In conclusion, it would appear that the precise cause of the type of damage described is not yet known with certainty. 
Although-it is often ascribed to cavitation within the cooling water the evidence is largely of a circumstantial character 
based on the similarity between it and the damage shown by propellers and pump impellers. It is fairly certain that it 
stems basically from vibration of the liner, but whether or not mechanical forces are the primary or only factor is still a 
matter of doubt. With regal'd to alleviation of the trouble, it would appear that if the severity of either the mechanical or 
electrochemical factors is diminished, then the cavitation damage as such may be reduced to more tolerable proportions. 
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Fracture of Teeth in an Oil-Pump Gear Because Ductility Was Inadequate for 
Shock Loading in Service. 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: Two oil-pump gears broke after 4 months of service in a gas compressor that operated at 1000 rpm and provided a 
discharge pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and stops. The large gear was 
sand cast from class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The smaller gear was sand cast from ASTM 
A536, grade 100-70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) at 241 HB. Analysis (visual inspection and 
metallographic examination) supported the conclusion that excessive beam loading and the lack of ductility (brittle fracture of the 
teeth) in the gray iron gear teeth were the primary causes of fracture. During subsequent rotation, fragments broken from the gray 
iron gear damaged the mating ductile iron gear. Recommendations included replacing the large gear material with ASTM A536, 
grade 100-70-03, ductile iron to be normalized at 925 deg C (1700 deg F), air cooled, reheated to 870 deg C (1600 deg F), and oil 
quenched. The larger gear should be tempered to 200 to 240 HB, and the smaller gear to 240 to 280 HB. 

Keywords: Gears; Materials selection; Oil pumps; Residual stress 


Materials: 100-70-03 (Ductile (nodular or spheroidal graphite) cast iron), UNS F34800; Class 40 (Gray (flake or lamellar graphite) 
cast iron), UNS F12801 


Failure types: Casting-related failures; Brittle fracture 


The two oil-pump gears shown in Fig. 1 broke after 4 months of service in a gas compressor that operated at 1000 tpm 
and provided a discharge pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and 
stops. The large gear was sand cast from class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The 
smaller gear was sand cast from ASTM A536, grade 100-70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) 
at 241 HB. 


Ductile iron, grade 100-70-03 

Diametrol pitch, 8; pitch diameter, 6.5 in.; 
face width, 0.75 m.; bore diometer, 0.875 in 



Gray iron, class 40 

Diametral pitch, 8; pitch diameter, 8.0 in.; 
face width, 1.25 in.; bore diameter, 4.43 in 
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Fig. 1 Sand-cast oil-pump gears, (a) ASTM A536, grade 100-70-03, ductile iron, (b) Class 40 gray iron that 
fractured because of improper material selection. 0.25x 

Investigation. Visual examination of the larger gear revealed that several teeth had cracked and fractured at the root 
and that many other teeth were crushed and pitted at the top. The smaller gear displayed one area in which a segment of 
the rim had broken away. The remainder of the teeth on this gear showed relatively little wear in light of the battered 
condition of the larger gear with which it meshed. 

Metallographic examination disclosed that both gears had normal microstructures. The ductile iron consisted of a pearlitic 
matrix containing well-shaped nodules of graphite generally surrounded by ferrite envelopes. The gray iron exhibited a 




pearlitic matrix containing type A graphite flakes. There were no metallurgical causes of failure other than the inherent 
brittleness of gray iron, and there was no evidence of machining imperfections that could have contributed to the 
fractures. 

Conclusions. Brittle fracture of the teeth of the gray iron gear resulted from high-impact loading that arose from the 
sudden starts and stops of the compressor. During subsequent rotation, fragments broken from the gray iron gear damaged 
the mating ductile iron gear. Excessive beam loading and the lack of ductility in the gray iron gear teeth were the primary 
causes of fracture. 

Corrective Measures. Both gears were subsequently cast from ASTM A536, grade 100-70-03, ductile iron and were 
normalized at 925 °C (1700 °F), air cooled, reheated to 870 °C (1600 °F), and oil quenched. The larger gear was tempered 
to 200 to 240 HB, and the smaller gear to 240 to 280 HB. These hardness levels provided the desired resistance to shock 
and weai - yet retained high strength and good ductility. No further gear failures occurred. 

Casting Design. The shape of a casting can contribute to residual stresses if it entails sections of markedly different 
thicknesses, which can undergo different cooling rates in the mold. This effect can be minimized if the thinner sections 
are well insulated so that they cool at a lower rate. The use of chills to accelerate cooling of heavy sections can also be 
helpful. Stress relief can diminish internal stresses if the cast alloy is amenable to such treatment. 
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Ductile Overload Failure of a T-Hook That Fractured in Service 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: A ductile iron T-hook hook was reported to have fractured in service. It was further reported that the hook had been 
subjected to a load that did not exceed 5900 kg (13,000 lb) at the time of fracture. No information was provided regarding the type 
of metal used to manufacture the hook. A failure analysis was requested to determine the cause of fracture. Two hooks were 
submitted for examination. Analysis (visual inspection, 2.7x light fractography, chemical analysis, llOx SEM fractography, 
27x/110x/215x nital-etched micrographs) supported the conclusions that this component fractured in service as a consequence of 
ductile tensile overload. Evidence indicates that the fractured region was subjected to a load exceeding the capacity of the material. 
Because the information available from the service application indicated that the component had not been subjected to a stress that 
exceeded 5900 kg (13,000 lb), the observations made in this investigation suggested that either the load was underestimated or 
that the indicated load was applied at a more rapid rate (perhaps with a jerk), which would tend to increase the effective force of the 
load. 

Keywords: Castings; T hooks 


Material: 60-40-18 (Ductile (nodular or spheroidal graphite) cast iron), UNS F32800 


Failure type: Ductile fracture 


Two ductile iron T-hooks were submitted for evaluation. One of the hooks (Fig. 1) was reported to have fractured in 
service. It was further reported that the hook had been subjected to a load that did not exceed 5900 kg (13,000 lb) at the 
time of fracture. No information was provided regarding the type of metal used to manufacture the hook. A failure 
analysis was requested to determine the cause of fracture. 




Fig. 1 Overall view of fractured T-hook. See also Fig. 2, 3, 4, and 5. 0.35x 

Investigation. Examination by light fractography (Fig. 2) revealed the presence of graphite nodules, indicating the 
probability that the component was manufactured from a ductile cast iron. The fractured surface also exhibited the 
presence of a dark region toward the center, suggesting the possibility of a shrinkage defect. The estimated area of this 
defect was approximately 3% of the cross-sectional area. No other defects or discontinuities were observed. 


Fig. 2 Additional views of the fractured T-hook shown in Fig. 1. (a) Fractograph at 1.6x. (b) Close-up view of 
fracture showing dark region (the result of a shrinkage defect) near the center. 2.7x 

The circular section at the fracture had a diameter of 19 mm (0.75 in.) and a cross section of 2.85 cm 2 (0.44 in. 2 ). The 
chemical composition of a portion of the T-hook was determined to be: 


Element 

Composition, % 

Carbon 

3.57 

Manganese 

0.32 

Phosphorus 

0.024 


Sulfur 


0.013 



Silicon 

2.46 

Nickel 

0.28 

Chromium 

0.05 

Molybdenum 

<0.03 

Copper 

0.18 

Tin 

<0.03 

Magnesium 

0.043 

Iron 

rem 


This composition is typical for ferritic ductile cast iron, grade 60-40-18 or 65-45-12. 

Scanning electron microscope fractography indicated a dimpled fracture morphology. The central portion of the fracture 
displayed interdendritic shrinkage porosity, confirming that observed visually. Figure 3 shows the dimpled fracture and 
the shrinkage porosity. An identifiable fracture-origin site was not found. No fatigue striations or evidence of 
embrittlement was observed. The T-hook hardness was 143 HB, the minimum acceptable level for a 60-40-18 grade of 
ductile iron. 



Fig. 3 SEM fractographs of the T-hook. (a) Dimpled morphology is evident. 25x, (b) Central portion of fracture 
showing shrinkage and porosity. llOx 

Metallographic examination included a section through the fractured surface, including the dark region at the center of the 
fracture. The structure in the unetched condition shown in Fig. 4 has a spheroidal graphite distribution of an estimated 
90% ASTM type I and type II nodules with 150 nodules/mm 2 . The matrix microstructure was predominantly ferritic with 
3 to 5% pearlite (Fig. 5a to c). The darkened region toward the center exhibited a curved profile, as shown in these 
photomicrographs. This provided additional evidence of shrinkage at the dark region observed on the fractured surface. 
This region also exhibited an oxide coating (Fig. 5b) not visible in other regions of the fracture. 



0 



Fig. 4 Graphite structure in the areas of the shrinkage condition. An estimated 90% is ASTM types I and II, 
with 150 nodules/mm 2 . As-polished. 54x 



Fig. 5 Microstructures from the T-hook. (a) At the fracture surface, nodular graphite and a ferrite matrix. 27x. 
(b) At the shrinkage site, a ferrite matrix with a surface oxide film. llOx. (c) and (d) Higher magnification 
views of the fracture surface and of the interior of the part, respectively. Both 215x. All etched with nital 

Close examination of the pearl ite shown in Fig. 5(d) revealed the initial stage of decomposition to spheroidization. This 
suggested that the component had been subjected to a subcritical anneal treatment to promote a ferrite matrix structure. 
This is an acceptable procedure to achieve the 60-40-18 grade of ductile iron. 

The profile of the fractured surface exhibited a rough texture that is typically associated with the ductile tensile overload 
observed using SEM. No evidence was found to indicate that this texture had an orientation other than perpendicular to 



the fracture surface. Such a condition suggested that shear was not a factor in the fracture. Except the relatively minor 
amount of shrinkage that was detected, the structure was not found to contain any other undesired defects or 
discontinuities. 

Conclusions. This component fractured in service as a consequence of ductile tensile overload. Evidence indicates that 
the fractured region was subjected to a load exceeding the capacity of the material. The dimpled fracture morphology 
observed by SEM fractography and the rough fracture-surface texture confirm a ductile tensile overload fracture. 

The hardness and microstructure indicated that the T-hook was manufactured from a ductile iron heat treated to the 60- 
40-18 grade. This grade has minimum expected properties of 414 MPa (60 ksi) tensile strength, 275 MPa (40 ksi) yield 
strength, and 18% elongation in 50 mm (2 in.). With this minimum strength value and a 2.85-cm 2 (0.44-in. 2 ) cross- 
sectional area, a minimum load of 12,000 kg (26,500 lb) would be necessary to cause the fracture. 

Because the information available from the service application indicated that the component had not been subjected to a 
stress that exceeded 5900 kg (13,000 lb), the observations made in this investigation suggested that either the load was 
underestimated or that the indicated load was applied at a more rapid rate (perhaps with a jerk), which would tend to 
increase the effective force of the load. Although some shrinkage was found on the fractured surface, the amount of area 
occupied by this shrinkage was estimated to be not more than 5%. This defect would detract from the strength available to 
the cross-sectional area and would reduce the ability of the component to support the load. However, the amount of 
shrinkage observed was not sufficient to lower the strength of this cross section to the 5900-kg (13,000-lb) load reported 
from the field. 

Other grades of ductile iron with higher strength capacities are available. However, if this component was originally 
specified to be manufactured from a 60-40-18 grade of ductile iron, the material for this component satisfies those 
requirements. No other metallurgical reason was observed that could account for the fractured condition of the 
component. It was concluded that the T-hook was overloaded. 
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Fatigue Fracture of a Stuffing Box That Originated at the Inner End of a 
Lubrication Hole. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Abstract: A stuffing box (sand cast from ASTM A 536, grade 60-45-10, ductile iron) began leaking water after two weeks of service. 
The machine was operating at 326 rpm, with discharge water pressure of 21.4 MPa (3100 psi). Investigation (visual inspection, 
mechanical analysis, and nital etched lOOx magnification) supported the conclusion that the crack initiated at the inner edge of a 
lubrication hole and had propagated toward both the threaded and flange ends of the casting. An appreciable residual-stress 
concentration must have been present and caused propagation of the crack. The residual stress might have been caused when a 
fitting was tightly screwed into the lubrication hole, and it might have been concentrated by notches at the inner end of the hole that 
were created when the drill broke through the sidewall to the stuffing box. 

Keywords: Crack propagation; Residual stress; Residual stresses; Sand castings; Stress concentraion; Stuffing box 
Material: 60-45-10 (Ductile (nodular or spheroidal graphite) cast iron) 

Failure types: Casting-related failures; Fatigue fracture 


The stuffing box shown in Fig. 1(a) was sand cast from ASTM A 536, grade 60-45-10, ductile iron and began leaking 
water after two weeks of service. The machine was operating at 326 rpm, with discharge water pressure of 21.4 MPa 
(3100 psi). The stuffing box was removed from the machine after a crack was discovered in the sidewall. 
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Fig. 1 Stuffing box sand cast from ASTM A 536, grade 60-45-10, ductile iron, (a) Configuration and 
dimensions (given in inches), (b) Micrograph showing the structure consisting of graphite nodules in a ferritic 
matrix with remnants of a pearlite network. Etched with nital. lOOx 

Investigation. The vertical portion of the crack passed through a tapped 8 mm (0.3 in.) diameter lubrication-fitting 
hole that was centered on the parting line of the casting (Fig. la.) The direction of the crack changed abruptly to nearly 
horizontal at an internal shoulder approximately 100 mm (4 in.) below the top of the externally threaded end (view A- 
A,Fig. la). A second nearly horizontal crack (faintly visible in view A-A) at the bottom of the vertical crack extended to 
the right and slanted slightly downward from the parting line for at least 19 mm (0.75 in.). This second crack was very 
tightly closed. 

The surface of the fracture was closely examined, and indications of fatigue beach marks were found. As is normal for 
fatigue of cast iron, these indications were faint. The beach marks may originally have been slightly more distinct, but if 
so, they were partly eroded by leakage of water through the crack at high velocity. 

A metallographic specimen cut from the casting displayed a structure consisting of well-rounded graphite nodules in a 
ferrite matrix that also contained remnants of a network of pearlite (Fig. lb). Evidently, the heat treatment of the stuffing 
box had not been fully effective in eliminating the pearl ite. The mechanical properties, however, were acceptable: 527 
MPa (76.5 ksi) tensile strength, 393 MPa (57 ksi) yield strength, and 12% elongation in 50 mm (2 in.) at 179 FIB. 
Conclusion: Examination of the fracture surface suggested that the crack had been initiated at the inner edge of the 
lubrication hole and had propagated toward both the threaded and flange ends of the casting. An appreciable residual- 
stress concentration must have been present and caused propagation of the crack, because the operating pressure of 21.4 

5 

MPa (3100 psi), combined with the inside radius of 41 mm (1 Sin.) and the section thickness at the roots of the external 
5 

threads of 16 mm (S in.), indicated a hoop stress of only about 69 MPa (10 ksi). The residual stress might have been 
caused when a fitting was tightly screwed into the lubrication hole, and it might have been concentrated by notches at the 
inner end of the hole that were created when the drill broke through the sidewall to the stuffing box. 
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Mobile Harbor Crane Wheel Hub Fatigue Failure 

J. Shirokoff, Associate Professor of Engineering, Faculty of Engineering and Applied Science, Memorial 
University of Newfoundland 


From: J. Shirokoff, Mobile Harbor Crane Wheel Hub Fatigue Failure, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003, p 81-84 

Abstract: Failure analysis of a mobile harbor crane wheel hub that included SEM and EDS analyses demonstrated that the 
mechanism of failure was fatigue. The wheel hub was a ductile cast iron component that had been subjected to cyclic loading during 
a ten-year service period. The fracture surface of the fatigue failure also contained corrosion deposit, suggesting that cracking 
occurred over a period of time sufficient to allow corrosion of the cracked surfaces. Replacement and alignment of the failed wheel 
hub was recommended along with inspection of the nonfailed wheel hubs that remained on the crane. 

Keywords: Corrosion; EDS; SEM 

Material: 65-45-12 (Ductile (nodular or spheroidal graphite) cast iron) 

Failure type: Fatigue fracture 


Introduction 



A large mobile harbor crane commissioned in the early 1990s operated for more than ten years. Operations included 
lifting containers off ships and tractor-trailer transportation vehicles. Generally, the crane operates in a stationary, fixed- 
and-anchored position; however, on one occasion when it was mobile the crane experienced a wheel hub failure. The 
crane was being moved to a new location on the docks when the failure occurred. The crane has six axles, weighs 

approximately 345 tons, and is driven in a mobile mode during relocation processes. Approximately 6of the 345 ton load 
(57.5 tons) is carried by each axle. The failure occurred when the crane was making a turn down a gradual paved slope. 
This turn and accompanying downward motion increased the stress on the wheels on one side of the crane, and one of the 
six wheel hubs on that side of the crane failed. The wheel failure led to an axle failure while the crane was still moving. 
The failed wheel was the second in line and the leading drive wheel for the crane (the drive wheels are the second and 
third wheels in line). 

A general view of two of the six axles and their wheels along the side of the crane is shown in Fig. 1. In between the two 
axle/wheel assemblies is the failed axle with wheel assemblage removed. The photograph in Fig. 2 shows an axle, wheel 
hub, wheel, tire, and steering arm of an axle assemblage that is in good working order. 


Fig. 1 General view of two crane wheel sets and one failed axle (middle) with wheel and wheel hub removed. 
The wheels are turned at different angles. 






Fig. 2 View of a nonfailed axle, wheel hub, and steering arm (top) 

Experimental 

Several test methods were employed to evaluate the failed wheel hub. The fracture surfaces on sections of the failed 
wheel hub were examined visually and with a scanning electron microscope (SEM). A piece of the failed wheel hub was 
chemically tested and metallographically sectioned to verify the material and metallurgical microstructure. An energy- 
dispersive spectroscopy (EDS) system attached to the SEM provided elemental analysis for elements sodium and higher 
on the periodic table. Carbon analysis was performed using an element analyzer connected to an isotope ratio mass 
spectrometer. Ultrahigh-purity helium was used as a carrier gas for the carbon analysis. Optical metallography was 
performed on polished and etched (5% nital) samples from the failed wheel hub. Similar samples were used for 
microhardness measurements. 


Results and Discussion 


The microstructure of the wheel hub was spheroidal graphite dispersed in a ferrite metal matrix. This microstructure is 
typical of a ductile cast iron (also known as nodular iron). 1 A micrograph of the wheel hub microstructure near a 
fractured surface is shown in Fig. 3. This microstructure is representative of the entire component (near-fracture areas and 
bulk metal), thus suggesting the local variations in microstructure did not contribute to the failure process. Elemental 
analysis of the metal wheel hub using EDS on the SEM revealed that the primarily iron alloy contained 1.328 wt.% 


silicon (Fig. 4), and the carbon analysis (3.57 wt.%) was within the range of 3.5 to 3.8% reported for nodular iron. 1 





Fig. 3 Optical metallograph of ductile cast iron showing the spheroidal graphite phase in a ferrite matrix. 250x 



Fig. 4 Energy-dispersive spectroscopy of the ductile cast iron 

The average Vickers hardness number (VHN) of the polished and etched samples was 137. This hardness converts to a 
Rockwell B hardness of 74 and corresponds to a tensile strength of approximately 65,000 psi (448.3 MPa). This tensile 
strength is consistent with the tensile strength of 55,000 to 70,000 psi (380 to 480 MPa) 1 generally reported for ferritic 
ductile (nodular) iron. Therefore, the microstructure, chemical analysis, and hardness test/tensile strength confirm that the 
wheel hub was made from the appropriate material, a ductile cast iron. 

The failed wheel hub and axle are shown in Fig. 5. Much of the fracture surface appears rough and granular, consistent 
with macroscopic appearance of overload fracture. Such fracture would occur after the load-carrying capabilities of the 
component had been reduced by the presence of fatigue cracks. 2 Additional examples of overload fracture are presented 
in Fig. 6, where a side view of the fractured wheel hub components are shown. Another smoother, flatter, and less shiny 
region of the fracture surface is shown in Fig. 7. Regions on this portion of the fracture appear as brown stains (arrow). 
The brown area was chemically analyzed by EDS on the SEM and found to be primarily iron with a minor presence of 
sodium, silicon, sulfur, chlorine, potassium, calcium, manganese, and zinc. The brown stain is assumed to be primarily 
iron oxide (the EDS system does not capture X-ray emissions from oxygen). Scanning electron microscopy fractograph 
and optical fractograph of the flat oxidized portions of the fracture surface (Fig. 9 and 10) are consistent with a ductile 
fatigue fracture failure without the presence of fatigue striations. 3, 4 These fracture features are also consistent with the 
lack of embrittlement in the nodular cast iron. 5, 6, 7 






Fig. 6 Failed wheel hub (side view) incorporating the broken part held in place 







Fig. 8 Energy-dispersive spectroscopy of the discolored surface of Fig. 7 










Fig. 10 Fractograph of the wheel hub fatigue failure 

The state of stress on the crane wheel hubs is typically one of compression when the crane is not in motion. During crane 
relocation (driving motion of the crane), the addition of forward and lateral (centrifugal) forces are operating. These 
additional stresses, if great enough, could lead to overloading the allowable design stress of the wheel hub and result in a 
failure, or overloading the wheel hub after it has experienced some weakening due to the presence of fatigue cracks and 
the resulting stress raisers. 

The crane has a gross weight of 345 tons distributed over six axles carrying approximately 6of the load, or 57.5 tons each. 
The turning motion down a slope would provide a lateral stress to the hub, while the driving axles would torque the 
wheels. The wheel hub is made of ductile cast iron, a material generally selected for its strength in compression, damping 
characteristics, and cost. The presence of an oxidized fatigue fracture surface, coupled with the rougher morphology of 





the overload fracture regions, suggests that the fatigue crack developed during prior service and concentrated the stresses 
generated by crane motion. When the stress concentration (the combined effects of crack length and motion-induced 
stresses) reached a critical value, the wheel hub failed. 

Conclusions 

The wheel hub failure was due to the service-induced growth of a fatigue crack and stress-concentrating effects of that 
crack on motion-induced stresses. The cause(s) of fatigue crack initiation and growth was(were) not established, but 
misalignment of the hub is considered a likely candidate. 

Recommendations 

1. A new nodular cast iron wheel hub and axle should be used to replace the failed component. 

2. The installation process should assure that the new wheel hub and axle are properly aligned. 

3. The nonfailed wheel hubs should be examined for cracks using traditional inspection methods such as liquid dye 
penetrant. 

4. A more detailed analysis of wheel hub stresses may be beneficial, especially if any additional cracks are found in 
the nonfailed assemblies. This analysis would require data and engineering drawings of the wheel hub 
assemblage from the crane manufacturer and could incorporate stress measurement of the wheel hub using strain 
gages. 
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Fracture of Ductile-Iron Pistons for a Gun Recoil Mechanism as Affected by 
Type of Graphite. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: The gun mount used for two types of self-propelled artillery involved a recoil cylinder and a sand-cast (MIL-I-11466, 
grade D7003) ductile-iron piston containing orifices through which oil was forced in order to absorb the recoil energy of the gun. A 
rod attached to the gun tube engaged a thread inside the small end of the piston. The piston was stressed in tension by oil pressure 
on the flange at the large end, opposing the direction of motion of the rod. The specification stipulated that the graphite be 
substantially nodular and required a metallographic test for each lot of castings. Investigation (visual inspection, fatigue testing, 
0.25x/0.35x/50x magnifications, 2% nital etched 60x/65x magnifications, and SEM views) supported the conclusions that most of 
the service fractures occurred in pistons containing vermicular graphite instead of the specified nodular graphite. Brittleness caused 
by massive carbides might have shortened the service lives of a few pistons. Recommendations included ultrasonic testing of pistons 
already in the field to identify and reject those containing vermicular graphite. In addition, metallographic control standards were 
suggested for the production of new pistons to ensure structures containing substantially nodular graphite and no massive carbides. 
Keywords: Graphite structure; Graphitization; Guns; Pistons; Sound castings; Ultrasonic testing; Vermicular graphite 


Material: D7003 (Ductile (nodular or spheroidal graphite) cast iron) 
Failure types: Brittle fracture; Casting-related failures 


The gun mount used for two types of self-propelled artillery (175 mm guns and 205 mm howitzers) involved a recoil 
cylinder and a sand-cast ductile-iron piston containing orifices through which oil was forced in order to absorb the recoil 
energy of the gun. A rod attached to the gun tube engaged a thread inside the small end of the piston. The piston was 
stressed in tension by oil pressure on the flange at the large end, opposing the direction of motion of the rod. Several 
pistons that had cracked or fractured in service were submitted for analysis. 

Investigation. Figures 1(a) and (b) show two views of a piston, illustrating the orifices specially designed to control 
oil flow and the pattern of cracks that developed. In Fig. 1(c), which shows a composite of the fractures found in several 
pistons, the piston surface has been developed as a flat-plan view. Orifices A and B correspond to those in Fig. 1(a) and 
(b), respectively; orifices A' and B' are 180° from orifices A and B. The vertical fracture (arrow) shown in Fig. 1(a) is 
unusual in origin and direction of propagation; most of the fractures originated at the upper right-hand corners of the large 
orifices (A and A', Fig. lc) and propagated in an approximately horizontal direction. Some of these nearly horizontal 
cracks intersected the small orifices (B and B', Fig. lc); others propagated around the piston to the opposite large orifice, 
joining it at the left side of the narrow opening at top left. 




Fig. 1 Piston for a gun-recoil mechanism, sand cast from ductile iron conforming to MIL-I-11466, grade 
D7003, that fractured in fatigue because of vermicularity of graphite, (a) and (b) Two different views of the 
piston showing fractures; A and B indicate orifices (see text). Approximately 0.35x. (c) Flat-plan view showing 
composite pattern of fractures in several pistons, (d) Fracture surface showing mottled structure caused by 
vermicular graphite; arrow points to a fatigue zone. Approximately 0.25x. (e) to (h) Micrographs showing 
graphite with nodularity of rank 2, at 50x (e); rank 8, at approximately 60x (f); rank 13, at 50x (g); rank 16, 
at approximately 65x (h). Specimens in (e) and (g) were not etched; specimens in (f) and (h) were etched with 
2% nital. 

Figure 1(d) shows the surface of one of the horizontal fractures, which has a blotchy, mottled appearance. The pattern was 
created by the graphite present; there was relatively little of the massive, hypereutectic carbide that is, by definition, 
present in iron with a mottled structure. The arrow in Fig. 1(d) indicates a location that exhibits the characteristics of a 
fatigue zone. The uppermost fracture shown in Fig. 1(a) is met by the more or less vertical break at virtually a right angle. 
This signifies that the upper fracture took place earlier. 

Because some of the pistons exhibited regions with an appearance suggesting fatigue (Fig. Id), SEM fractographs were 
prepared to attempt to locate fatigue striations and to estimate the number of cycles to failure. These fractographs showed 
configurations similar in appearance to fatigue striations, but it was concluded that they were pearlite lamellae, because 
the spacings agreed with pearl itc dimensions observed in optical micrographs. Scanning electron microscope views of the 
area of final fracture revealed dimples in some regions and features resembling cleavage facets in others. Flowever, what 
appeared to be facets may have been interfaces of pearlite lamellae oriented nearly parallel to the direction of crack 
propagation. 

The castings were made according to the specifications of MIL-I-11466, grade D7003, which requires minimum 
properties of 690 MPa (100 ksi) tensile strength, 483 MPa (70 ksi) yield strength, and 3% elongation in 50 mm (2 in.); 
these properties are usually acquired by heat treatment (normalizing for these castings). The specification stipulated that 
the graphite be substantially nodular and required a metallographic test for each lot of castings. There was no requirement 
concerning the matrix. Of 17 pistons that were sectioned for testing (2 or more test specimens per piston), 11 averaged 
814 MPa (118 ksi) tensile strength, but the remaining 6 averaged only 535 MPa (77.6 ksi); 13 met the yield strength 
requirement, averaging 552 MPa (80 ksi), while 4 did not, averaging 399 MPa (58 ksi); in elongation, 9 pistons were 


satisfactory, averaging 4.7%, but 8 averaged only 2.1%. However, depending on how the 690 MPa (100 ksi) specification 
is defined (i.e., from separately poured test bars or specimens cuts from casting), those variances may be expected. 
Examination of the microstructures of these 17 pistons, along with those of additional pistons, revealed that 77% of those 
that failed did not contain the required nodular graphite. The range in nodularity was sufficient for establishment of a 
microstructure rating system in which quality of graphite was ranked from 1 (nodular) to 16 (vermicular with essentially 
no nodules). Structures containing graphite ranked 2, 8, 13, and 16 are shown in Fig. 1(e) through (h), respectively. Figure 
1(h), which shows the structure of the piston with the mottled surface in Fig. 1(d), exhibits massive carbides but not 
enough to form a mottled structure in the usual sense of the term. For this application, graphite ranked from 1 to 7 was 
considered acceptable, graphite ranked from 8 to 12 borderline, and graphite ranked from 13 to 16 unacceptable. 

The degree of nodularity of the graphite was correlated with the results obtained in ultrasonic testing in order to appraise 
the quality of pistons that had already been installed. It was found that vermicular graphite damped the back-reflection 
signal to a significantly greater degree than nodular graphite did. Comparison of the results obtained in the ultrasonic tests 
and in the metallographic examinations yielded a correlation coefficient of 0.84—an indication of a high degree of 
correlation. 

Smooth-bar rotating beam tests were performed on specimens prepared from pistons specifically selected for a 
comparison of fatigue test behavior and graphite structure. Fatigue tests in simple tensile loading were conducted on new, 
complete pistons containing nodular graphite. Four tests at a stress corresponding to the gun recoil load produced fatigue 
fractures at 20,000 to 35,000 cycles. All these fractures, unlike most of those observed in service, occurred at the base of 
the threads in the top of the piston, which is the region of the upper crack shown in Fig. 1(a) and (b). The section through 
the threads had been calculated during design as the location of maximum stress under simple tension. Because nearly all 
service fatigue cracks did not occur at the threads but initiated from the oil orifices, cracking can likely be attributed to 
slight misalignment that caused bending as well as tension and to the force of the oil on the surface immediately above 
and below the large orifices, increasing the stresses at the corners of these orifices. These tests showed that the life of the 
pistons was about 20,000 recoil loadings instead of the indefinite service life that had been anticipated. 

Conclusions. Fracture of the pistons occurred under high strain-rate axial tension modified by superimposed bending 
loads from oil pressure and/or normal alignment tolerance. Most of the service fractures occurred in pistons containing 
vermicular graphite instead of the specified nodular graphite. Brittleness caused by massive carbides might have 
shortened the service lives of a few pistons. 

Corrective Measures. Ultrasonic testing was adopted for inspection of pistons already in the field to identify and 
reject those containing vermicular graphite. Metallographic control standards were applied to a production of new pistons 
to ensure structures containing substantially nodular graphite and no massive carbides. 
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Brittle Fracture of a Ductile Iron Brake Drum by Thermal-Contraction Overload 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 

Abstract: A 58.4-cm (23-in.) diam heavy-duty brake drum component of a cable-wound winch broke into two pieces during a 
shutdown period. Average service life of these drums was 2 weeks; none had failed by wear. The drums were sand cast from ductile 
iron. During haul-out, the cable on the cable drum drove the brake drum, and resistance was provided by brake bands applied to the 
outside surface of the brake drum. Friction during heavy service was sufficient to heat the brake drum, clutch mount, and disk to a 
red color. Examination of the assembly indicated that the brake drum would cool faster than its mounts and would contract onto 
them. Brittle fracture of the brake drum occurred as a result of thermal contraction of the drum web against the clutch mount and 
the disk. The inside diameter of the drum web was enlarged sufficiently to allow for clearance between the web and the clutch mount 
and disk at a temperature differential of up to 555 deg C (1000 deg F). With the adoption of this procedure, brake drums failed by 
wear only. 

Keywords: Alignment; Clearances; Diameters; Sand castings; Spacers; Winches 
Material: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron) 

Failure type: Brittle fracture 


A 58.4-cm (23-in.) diam heavy-duty brake drum that was a component of a cable-wound winch broke into two pieces 
during a shutdown period. Other drums had failed in a similar fashion. Average service life of these drums was 2 weeks; 
none had failed by wear. The drums were sand cast from ductile iron because this material had been successful in a 
similar application. This brake drum, however, was a relatively new design. 

The winch was used to move large loads, which were carried by gears and clutch plates during haul-in and by the brake 
drum during haul-out. Figure 1(a) shows the arrangement of the parts. The brake drum was aligned by and bolted to both 
the clutch mount and the disk, which was bolted to the cable drum. The disk and the clutch mount fitted radially against 
the inside edge of the web of the brake drum with a clearance of 0.064 to 0.19 mm (0.0025 to 0.0075 in.). 




Fig. 1 Sand-cast ductile iron brake drum from a cable-wound winch that fractured from overload caused by 
thermal contraction, (a) Schematic of the clutch/brake drum assembly. Dimensions given in inches, (b) Heat 
checks on the surface of the drum, (c) A fracture surface of the drum showing regions affected by heat 
checking (A) and final-fracture region (B) 

During haul-in. the brake drum idled freely. During haul-out, the cable on the cable drum drove the brake drum, and 
resistance was provided by brake bands (not shown in Fig. la) applied to the outside surface of the brake drum. 
According to the operator, the friction during heavy service was sufficient to heat the brake drum, clutch mount, and disk 
to a red color. 

Investigation. The severity of the friction on the surface of the brake drum is illustrated by the heat checks shown in 
Fig. 1(b). The heat checks completely penetrated the rim of the drum, as shown by regions A in Fig. 1(c). The final- 
fracture area (region B, Fig. lc) comprised the entire web and part of the rim. The regions of the fracture surface 
produced by heat checks were oxidized. Final fracture was the result of a single tensile overload. 

Measurements of the two fragments of the drum revealed that the diameter of the drum had expanded along the plane of 
the fracture, indicating the release of internal stress. Cracks found between the inside surface and the bolt holes also 
indicated the existence of internal stress, but these cracks were considered of secondary importance. A ridge of heavy 
oxidation was observed along the inside surface of the web, located between the areas of contact with the clutch mount 
and the disk. This oxide confirmed the observation of the red color during haul-out, indicating a service temperature of at 
least 650 °C (1200 °F). 

Examination of the assembly indicated that the brake drum would cool faster than its mounts and would therefore contract 
onto them. The contraction of the inside surface of the web as the drum cooled from about 650 °C (1200 °F) would be 
0.33 mm (0.013 in.) per hundred degrees Fahrenheit, and the maximum clearance of 0.19 mm (0.0075 in.) would be 
closed tightly within less than the first hundred degrees Fahrenheit of temperature decrease. Therefore, cooling of the 







brake drum would generate thermal tensile stresses of such a magnitude that the thickness of the rim remaining after heat 
checking would be insufficient to withstand the stresses, and the result would be fracture. 

Conclusion. Brittle fracture of the brake drum occurred as a result of thermal contraction of the drum web against the 
clutch mount and the disk. 

Corrective Measures. The inside diameter of the drum web was enlarged sufficiently to allow for clearance between 
the web and the clutch mount and disk at a temperature differential of up to 555 °C (1000 °F). Aluminum spacers were 
used for alignment during assembly, but melted when heated in service and thus caused no interference. With the 
adoption of this procedure, brake drums failed by wear only. 
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Premature Engine Failure Due to Improper Surface Finish Caused by Carbon 
Flotation. 


From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: Nodular cast iron crankshafts and their main-bearing inserts were causing premature failures in engines within the first 
1600 km (1000 miles) of operation. The failures were indicated by internal noise, operation at low pressure, and total seizing. 
Concurrent with the incidence of engine field failures was a manufacturing problem: the inability to maintain a similar microfinish on 
the cope and drag sides of a cast main-bearing journal. Investigation supported the conclusion that the root cause of the failure was 
carbon flotation due to the crankshafts involved in the failures showing a higher-than-normal carbon content and/or carbon 
equivalent. Larger and more numerous cope side graphite nodules broke open, causing ferrite caps or burrs. They then became the 
mechanism of failure by breaking down the oil film and eroding the beating material. A by-product was heat, which assisted the 
failure. Recommendations included establishing closer control of chemical composition and foundry casting practices to alleviate the 
carbon-flotation form of segregation. Additionally, some nonmetallurgical practices in journal-finishing techniques were suggested to 
ensure optimal surface finish. 

Keywords: Bearing journals; Carbon flotation; Crankshafts; Segregations; Surface finish 


Material: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron) 


Failure type: Casting-related failures 


Premature failures were occurring in an engine within the first 1600 km (1000 miles) of operation. The failures involved 
the nodular cast iron crankshaft and its main-bearing inserts. These failures were indicated by internal noise, operation at 
low pressure, and total seizing. Concurrent with the incidence of engine field failures was a manufacturing problem: the 
inability to maintain a similar microfinish on the cope and drag sides of a cast main-bearing journal. The failure analysis 
and investigation of the manufacturing problem showed that the cause was related to this manufacturing problem. 

Investigation. During the in-plant investigation, it was found that the surface finish of the cope side was rougher than 
that of the drag side. The surface roughnesses of the 50 sample crankshaft main bearings checked ranged from 0.4 to 0.8 
mm (15 to 30 mils) on the cope side and from 0.25 to 0.5 mm (10 to 20 mils) on the drag side. The requirement was 0.5 
mm (20 mils) maximum. 

Surface micrographs were taken for comparison puiposes at the cope and drag sides of the main-bearing journals to 
identify the cause of the nonuniform surface finish. Figure 1 illustrates the finishes on the cope and drag sides. The cope 
side had areas where the surface was broken open, and it showed some raised areas. The drag side indicated fewer raised 
areas and almost none of the broken-open surface areas. 




Fig. 1 Micrographs of a failed crankshaft main-bearing journal, (a) Cope side showing the surface broken open 
with raised areas, (b) Drag side, with fewer raised areas and almost no broken-open surface. Both 50x 


Longitudinal metallographic sections were made of the cope and drag portions of the main-bearing journal. Figure 2 
shows that the cope portion had larger and more numerous graphite nodules and ferrite envelopes than the drag portion. 
At the higher magnification shown in Fig. 3, the areas of the cope side that had the appearance of a broken-open surface 
in Fig. 1(a) were confirmed. The broken-open areas are called ferrite caps. Due to the pressure and heat of polishing 
during manufacture, the larger graphite nodules break open, and the ferrite envelopes (caps) become actual burrs. These 



burrs rise 4 to 13 pm above the normal surface (Fig. 3) 
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Fig. 3 Micrograph from the cope side of the main-bearing journal. Ferrite caps, which partially cover the 
graphite nodules and cause the broken-open surface condition, are shown. The burrs rise above the surface 
from 4 to 13 pm. Etched with nital. 220x 

The height of these protrusions above the normal surfaces explains the variance in surface finish of cope versus drag 
areas. This evidence confirms the cause of crankshaft and crankshaft-bearing failures. The ferrite caps (burrs) can shear 
the lubricating oil film. Also, the burrs can actually penetrate the bearing-insert material. In either case, the net result is 
failure of the crankshaft and crankshaft-bearing insert interface due to heat generation or physical damage. 

Conclusions. The root cause of the failure is carbon flotation. Chemical analysis of the crankshafts involved in the 
failures showed a higher-than-normal carbon content and/or carbon equivalent. Therefore, during the casting process, the 
carbon or graphite would tend to rise in the mold to the cope side, resulting in larger and more numerous graphite nodules 
in that area and in the presence of more ferrite and less pearlite on the cope side. This layer could be 2.5 mm (0.1 in.) 
below the surface. The larger nodules break open, causing the ferrite caps or burrs. They then become the mechanism of 
failure by breaking down the oil film and eroding the beating material. A by-product is heat, which assists the failure. 
Recommendations. Steps were taken to establish closer control of chemical composition and foundry casting 
practices to alleviate the carbon-flotation form of segregation. Additionally, some nonmetallurgical practices in journal¬ 
finishing techniques were modified to ensure optimal surface finish. 
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Repeated Failure of Rubber Slurry Pump Impellers and Liners in a Flue Gas 
Desulfurization Plant 

Peter F. Ellis II, Radian Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: The repeated failure of rubber-covered rotors and volute liners in a flue gas desulfurization system after conversion from 
lime slurry reagent to limestone slurry reagent was investigated. The pump was a horizontal 50 x 65 mm (2 x 2.5 in.) Galiger pump 
with a split cast iron case and open rotor (impeller). Both the case and the ductile iron rotor core were covered by natural rubber. 
Analyses conducted included surface examination of wear patterns, chemical analysis of materials, measurement of mechanical 
properties, and in-place flow tests. It was determined that the proximate cause of failure was cavitation and vortexing between the 
rotor and the lining. The root cause of the failure was the conversion from lime to limestone slurry without appropriate modification 
of the pump. Conversion to the limestone slurry resulted in fluid dynamics outside the operational limits of the pump. The 
recommended remedial action was replacement with a pump appropriately sized for the desired pressures and flow rates for 
limestone slurry. 

Keywords: Abrasive erosion; Catastrophic wear; Impingement erosion; Rotors; Slurry pipelines 
Material: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron) 

Failure types: Corrosive wear; Erosive wear 


Background 

Rubber-covered rotors and volute liners in a flue gas desulfurization (FGD) system underwent repeated failures after 
conversion from lime slurry reagent to limestone slurry reagent. 

Applications 

The pump was a horizontal 50 x 65 mm (2 x 2.5 in.) Galiger pump with a split cast iron case and open rotor (impeller). 
The case was lined with a two-piece removable natural rubber liner. The ductile iron rotor core was covered by cast 
natural rubber, forming a one-piece integral unit. 

The pump used a John Crane packing seal without flush water (environmental regulatory concerns make use of flush 
water undesirable). The reverse or shaft face of the rotor was equipped with shallow expeller vanes, which sling the slurry 
outward, reducing the rpessure at the shaft. According to the manufacturer, in some cases the pressure at the shaft may be 
subatmospheric. 

Circumstances leading to failure 

Three pump liner/rotor sets failed between June 1987 and March 1988. The original liner and rotor were placed in service 
pumping lime slurry (30 wt% nominal, 90% pass 325-mesh, specific gravity of 1.25) with a nominal temperature of 50 °C 
(120 °F). This liner and impeller were specified to have durometer (shore) hardnesses of 55A. Some time after June 1987, 
the lime slurry was replaced with limestone slurry having the same nominal solids loading, particle size, and specific 
gravity. 

Early in February 1988, slurry began leaking from the shaft seal of the pump. Repeated tightening of the packing was not 
effective and the leak worsened. The pump was removed from service in late February 1988, and severe material loss 
from the expeller face of the rotor and the matching half of the casing liner was found. 

Because no original specification liners were immediately available, the original liner and rotor were replaced with 
components of identical design, but with a material hardness of 40A. After 11 days, the replacement liner and impeller 
also failed, exhibiting the same symptoms. Another liner and impeller, again of 40A material, were installed and failed 
after 4 days. The three failed impellers and casing liners were sent to a laboratory for determination of the cause of the 
repeated failures. 

Visual Examination of General Physical Features 


Figure 1 shows one of the pump rotors in place in its mating liner. The suction (impeller face of the rotor is shown. In Fig. 
2, the impeller is tilted away, showing the damage to the liner. It is clear that this damage is greatest just down-rotation of 
the volute cuttwater, the region of lowest pressure. 






Fig. 1 Suction volute liner and rotor showing impeller face. 


Fig. 2 Damage to the suction volute liner. 

Testing procedure and Results 

Surface examination 


Wear Patterns. Figure 3 shows a detail of the liner damage. The damage becomes less pronounced progressing 
clockwise (the direction rotation). All of the liners were similar in appearance, although the extent of damage varied. In 
some liners, there was no detectable damage in the final sector prior to the pump discharge. 



i r i ’ I I 
INCHES 1 l| 


Fig. 3 Detail of damage to the suction volute liner. 

Figure 4 shows the damage to the distal ends of the expeller vanes of the rotor in Fig. 3, Note the peculiar “wormholes” 
that penetrate through the expeller vanes. The radial locations of the wormholes coincide with the band of damage to the 
casing liner. 
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Fig. 4 Damage to the expeller face (a) and edge (b) of the rotor. Arrows indicated direction of rotation. 

Other rotors showed more extensive damage, including shedding of the rubber cover. It was evident that these rotors 
exhibited a progression of the damage shown in Fig. 4. 

Chemical analysis/identification 

The composition of the rubbers was investigated using attenuation total reflectance infrared spectroscopy (ATR-IR). 
ATR-IR confirmed that the polymer was composed of isoprene blocks, consistent with the “natural rubber” designation of 
the liners and impeller coatings. 


Mechanical properties 



Hardness was determined using a Shore A durometer. The hardness of each component was within ±5 units of the 
specified nominal hardness, acceptable for most rubber products. 

Simulation tests 

In-place flow tests with limestone slurry were conducted to determine actual pump performance after installation of a new 
set of liners and rotors. In the “normal operation” test, the system was operated in the normal manner, with the pump 
elevating the dense (specific gravity, 1.25) slurry about 9m (30 ft.). In the “recirculation test,” the systm was temporarily 
replumbed so the that the slurry was returned directly to tthe recycle tank from which it is normally pumped. 

Results are shown in Table 1. Under normal operating conditions, the discharge pressure was 179% of design and equaled 
the maximum recommended pressure for the casing. Under these conditions, the slurry flow rate was 3.7 times the design 
value. 

Table 1 Pump performance test results 

Parameter Desin Normal operation Recirculation test 

Reagent Lime Limestone Limestone 

Solids,% 30 30 30 

Specific gravity 1.25 1.25 1.25 

Rotor speed, rev/min 1700 1700 1700 

Flow, L/min (gal/min) 115 (30) 415 (110) 570 (150) 

Discharge, kPa (psig) 290(42) 520(75) 410(60) 

NPSH, m (ft) of slurry 1.2(4) 1.2-2.4 (4-8) 1.2-2.4 (4-8) 

When the pump discharge was redirected directly back to the reagent slurry tank (recirculation test) the discharge pressure 
dropped, as was expected because of the elimination of vertical head to the discharge point, and the slurry flow rate rose 
to five times the design value. 

Discussion 

The series of failure was did not appear to be the result of defective materials. The components examined were all within 
reasonable material tolerances. No evidence of defects was found, nor was there any of the usual evidence of rubber 
degradation: crazing, swelling, embrittlement, or softening. Caraful review of the installation history of the pumps 
provided no indication that the impellers had been improperly installed or “spaced out” within the pumps. 

The proximate cause of failure was cavition and cortexing between the pump rotor and the lining. The appearance and 
location of the damage, particularly the peculiar wormholes in the distal ends of the expeller vanes, are all consistent with 
this diagnosis. Cavitation—the transient formation of vapor- or vacuum-filled voids in the liquid—occurs whenever either 
of the following two conditions occurs: 

• The velocity-induced pressure drop due to Bernoulli’s effect depresses the local pressure below the vapor pressure 
of the liquid at the operating temperature 

• Local shear forces in the liquid are sufficient to rupture or part the medium 

The cavitation voids promptly implode as soon as the local pressure rises or the sheer forces decrease, producing shock 
waves with overpressures of several kilobars. Cavitation in capable of rapidly damaging virtually all engineering 
materials. 



Both the bernoulli pressure drop and fluid sheer forces increase at the square of the fluid velocity. While fluid velocity on 
the expeller face of the rotor was fixed by rotor speed, the velocity of the fluid across the suction face and in the volute 
annulus was 3.7 to 5 times the design value. It was concluded that the disparity in velocities in the non compressible 
medium resulted in vortexing and cavition in the gap between the rim, the rotor, and the adjacent liner. The peculiar 
wormholes in the flailing edges of the expeller vanes initiated and propagated from anchor points of trailing vortex 
filaments. 

Conclusion and recommendations 

Most probable cause 

The root cause of failure was the conversion from lime to limestone slurry without appropriate modification of the pump. 
The viscosity of limestone slurry is much lower than that of lime slurry. The conversion to limestone slurry without 
altering the pump speed or impeller design resulted in fluid dynamics outside the operational limits of the pump. 

Remedial action 

The recommended remedial action as replacement with a pump appropriately sized for the desired pressures and flow 
rates for limestone slurry. 

Related Information 

Corrosive Wear Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 989-994 
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995-1001 


Microstructural Features of Prematurely Failed Hot-Strip Mill Work Rolls: Some 
Studies in Spalling Propensity 

Amitava Ray, M.S. Prasad, S.K. Dhua, S.K. Sen, and S. Jha, Physical Metallurgy Group, Research and 
Development Centre for Iron and Steel, Steel Authority of India Limited 


From: A. Ray, M.S. Prasad, S.K. Dhua, S.K. Sen, and S. Jha, Microstructural Features of Prematurely Failed Flot-Strip Mill Work 
Rolls: Some Studies in Spalling Propensity Journal of Materials Engineering and Performance, Vol 9 (No 4) Aug 2000 p 449-456 


Abstract: Work rolls made of indefinite chill double-poured (ICDP) iron are commonly used in the finishing trains of hot-strip mills 
(HSMs). In actual service, spalling, apart from other surface degeneration modes, constitutes a major mechanism of premature roll 
failures. Although spalling can be a culmination of roll material quality and/or mill abuse, the microstructure of a broken roll can 
often unveil intrinsic inadequacies in roll material quality that possibly accentuate failure. This is particularly relevant in 
circumstances when rolls, despite operation under similar mill environment, exhibit variations in roll life. The paper provides an 
insight into the microstructural characteristics of spalled ICED FISM work rolls, which underwent failure under similar mill operating 
environment in an integrated steel plant under the Steel Authority of India Limited. Microstructural features influencing ICDP roll 
quality, viz. characteristics of graphite, carbides, martensite, etc., have been extensively studied through optical microscopy, 
quantitative image analysis (QIA), and electron-probe microanalysis (EPMA). These are discussed in the context of spalling 
propensity and roll life. 

Keywords: Fiardness; Hot-strip mill; Rolling mill rolls; Spalling 


Materials: Ductile iron (Ductile (nodular or spheroidal graphite) cast iron); Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure types: Fatigue fracture; Rolling-contact wear 


1. Introduction 

In the finishing trains of hot-strip mills (HSMs), work rolls made of indefinite chill double-poured (ICDP) iron are 
commonly used owing to their resistance to wear and thermal fatigue. 1 These ICDP rolls are characterized by a “shell” 
(or chill) of alloy cast iron and a softer core of gray/nodular iron. During service, these rolls may fail prematurely owing 
to improper mill operating environment and/or inadequacies in roll material quality. The problem of such failures is 
relatively more acute in modern high-performance HSMs, where work rolls are subjected to higher mechanical stresses 



owing to demands of mill productivity and superior product quality. 2 Work rolls used in the finishing stands of HSMs 
may suffer from surface degeneration and banding, firecracking, surface indentation, and spalling. 3 While roll surface 
deterioration by the first three phenomena are progressive in nature and can be remedied from time-to-time by roll 
grinding operations, this nevertheless reduces the working diameter and in turn the useful roll life. Spalling, on the other 
hand, can culminate in catastrophic roll failures leading to considerable reduction in roll life and mill productivity. 

Spalling involves a fatigue phenomenon, where fracture occurs by generation and propagation of several microcracks 
under applied stresses imposed during rolling. Although spalling is often a consequence of mill-related factors, 4 the 
influence of roll material quality in inducing such failure is by no means insignificant. This is particularly relevant in 
circumstances when rolls, despite operation under similar mill environment, exhibit variations in roll life. 5 In such 
instances, the microstructure of a failed roll can often provide insight into intrinsic quality deficiencies that possibly 
accentuate premature spalling. It is in this perspective that an extensive microstructural investigation has been earned out 
on spalled samples of ICDP work rolls used in the finishing stands of a HSM. The study pertains to an integrated steel 
plant under the Steel Authority of India Limited, where large variations in HSM work roll life were observed even under 
similar mill operating environment. 

The paper discusses microstructural aspects such as graphite morphology and content, carbide characteristics, and nature 
of the martensite matrix in spalled ICDP HSM work rolls in the context of spalling propensity and roll life. 

2. Experimental 

Spalled samples were collected from the barrel portion of prematurely failed HSM work rolls, which gave varying roll 
lives under similar mill operating environment. The fragmented samples of spalled rolls were cleaned with acetone and 
examined with respect to their visual appearance, fracture features, and microstructural characteristics. 

For optical microscopy, specimens of around 25 x 10 x 15 mm dimensions were cut along the radial cross sections of 
spalled rolls. These specimens were ground and polished to a scratch-free finish for metallographic observation. Polished 
and unetched specimens were examined by optical microscopy at magnifications of 500x and lOOx to observe the 
graphite morphology and distribution, respectively. The unetched roll specimens were also observed for non-metallic 
inclusions (NMI) at 500x magnification. Microstructural examinations were also earned out on natal-etched specimens (2 
mL concentrated HN0 3 in 98 mL ethyl alcohol) of failed rolls to observe characteristics of matrix phases such as 
martensite, retained austenite, and carbides. Microhardness [Vickers pyramid number (VPN)] measurements were 
concurrently carried out on different phases to corroborate their identity. For determining the microhardness of hard 
martensite and carbide phases, a 50 g indenting load was applied, while a lower load of 10 g was used for the softer 
graphite phase. 

Quantitative image analysis (QIA) was carried out in a “Quantimet-600” (LEICA Imaging Systems Ltd., Cambridge, 
United Kingdom) model equipment to determine the volume fractions of different phases present in the failed roll 
samples. The volume fractions of graphite were determined from polished and unetched specimens, while nital-etched 
specimens were used for estimating the contents of other microstructural constituents such as martensite, retained 
austenite, and carbide. In estimating the volume fractions of carbide and retained austenite, thresholding and image 
editing were performed selectively since both these phases appeared white under brightfield microscope illumination. 
Initially, thresholding was done by selecting a video level to capture both the carbide and retained austenite phases, and 
the overall volume fraction (i.e., carbide plus retained austenite) was determined for a particular microscopic field. 
Subsequently, the carbide phase in the same field was selectively delineated by binary image editing and its volume 
fraction determined. The difference in the values of the aforesaid two volume fraction measurements gave the volume 
fraction of retained austenite. Since ICDP rolls primarily consist of four microstructural constituents (graphite, carbide, 
martensite, and retained austenite), the volume fraction of martensite in a particular field was empirically determined by 
subtracting the total volume fractions of graphite, carbide, and retained austenite from 100%. For ensuring measurement 
authenticity and accuracy, QIA was earned out over a large number (at least 50) of microscopic fields at 200x 
magnification to determine the average volume fractions of various microstructural constituents. 

Fractographic observations of failed roll samples were carried out at lOOOx magnification in a “JSM-840A” (JEOL Ltd., 
Akishima, Tokyo) model scanning electron microscope (SEM) to study the general surface topography and features 
associated with the failure. In parallel, electron-probe microanalysis (EPMA) was carried out in a “JCXA-733” (JEOL 
Ltd.) model EPMA, on polished and unetched roll specimens to identify elements present in the graphite phase and matrix 
regions, as well as to characterize non-metallic impurity. The EPMA investigations were also carried out on nital-etched 
roll specimens to determine elemental enrichment in the carbide phase. Qualitative and quantitative analyses of carbides 
were carried out by using JEOL proprietary “QLAN” and “PACM” application software, respectively, under 15 kV 
accelerating voltage and 5 x 10 x A probe current. 

3. Results and Discussion 


3.1 Roll Particulars 



The ICDP work rolls used in the finishing stands of this particular HSM are of 810 mm barrel diameter (nominal) and 
2000 mm barrel length. The hardness on the working surface of new rolls ranges between 80 and 85° shore “C.” The 
normal chemistry (in wt.%) of the “shell” material in such ICDP rolls is 3.30 to 3.40 C; 0.75 to 0.95 Mn; 0.85 to l.OOSi; 
4.10 to 4.30Ni; 1.50 to 1.95Cr, and 0.30 to 0.40Mo. The rolls are commissioned in the mill at their initial diameter of 810 
mm and are scrapped in normal usage when the working diameter wears down and reaches 750 mm. This means that the 
shell region in these ICDP work rolls is around 30 mm [(810 to 750 mm)/2] on the radius. 

The details of the spalled HSM work rolls investigated with regard to their identification number, roll life (i.e., tonnage 
rolled prior to failure), and roll diameter at spalling stage are shown in Table 1. It is clearly evident from this table that out 
of the 16 roll samples investigated, 10 samples (HSMs #1, 2, 3, 4, 5, 6, 7, 9, 11, and 14) pertained to the working surface 
of rolls that spalled at higher diameter (773 to 808 mm), i.e., possibly from the shell regions of these rolls. On the 
contrary, the other six roll samples (HSMs #8, 10, 12, 13, 15, and 16) were virtually obtained at the scrap diameter 
(749/750 mm) stage, i.e., almost at the initiation of the roll “core” region. 


Table 1 Roll particulars and life data 


Roll sample 

Supplier 

Roll diameter at spalling stage (mm) 

Roll life (tonnes) 

Average roll life (tonnes) 

HSM #1 

A 

808.35 

6,142 


HSM #2 

A 

803.00 

25,224 


HSM #3 

B 

801.90 

38,045 


HSM #4 

C 

800.85 

42,869 


HSM #5 

B 

796.50 

54,268 

48,387.22 

HSM #6 

A 

780.75 

63,513 


HSM #7 

C 

793.35 

63,786 


HSM #8 

B 

750.20 

69,328 


HSM #9 

C 

791.95 

72,310 


HSM #10 

C 

749.10 

113,173 


HSM #11 

B 

783.50 

113,843 


HSM #12 

D 

750.80 

137,001 


HSM #13 

C 

750.35 

146,664 

146,101.71 


HSM #14 C 773.75 157,615 



















HSM #15 B 


750.20 


171,730 


HSM #16 A 750.60 182,686 

The roll lives depicted in the aforesaid table were found to vary widely and ranged between 6142 to 182,686 tonnes. It is 
expedient to mention that roll life in steel mills is customarily indicated in terms of tonnage of material rolled (i.e., 
cumulative quantity of rolled material produced in several campaigns prior to discard/failure of a given roll) rather than 
hours of operation. This is because time related data often involves breakdown/maintenance activities, whereas mill 
production data (i.e., tonnage rolled) is more authentic. 

In the first nine rolls (HSMs #1 to 9), the lives varied between 6142 and 72.310 tonnes, with an average value of 48,387 
tonnes, whereas in the subsequent seven rolls (HSMs #10 to 16), the lives ranged between 113,173 and 182,686 tonnes, 
with an average value of 146,101 tonnes. It can thus be seen that the average life obtained in the latter seven rolls (HSMs 
#10 to 16) was almost three times the average life obtained in the first nine rolls (HSMs #1 to 9). Table 1 also reveals that 
of the 16 rolls investigated, 25% of rolls exhibited lives less than 50,000 tonnes, 31.25% of rolls between 50,000 and 
75,000 tonnes, and 43.75% of rolls greater than 100,000 tonnes. 

3.2 Microstructural Features 

Graphite Characteristics. Out of ten spalled samples pertaining to the shell region (i.e., where the diameter at 
spalling was >750 mm), nodular graphite morphology was observed in the optical microstructures of four roll samples: 
HSMs #7, 9, 11, and 14, which gave an average roll life of 101,888 tonnes. These four rolls exhibited comparatively 
higher average roll lives than the other six rolls: HSMs #1 to 6 (average roll life = 38,343 tonnes) showed flake graphite. 
Typical optical micrographs showing nodular and flake graphite morphologies in roll samples HSM #14 (life = 157,615 
tonnes) and HSM #4 (life = 42,869 tonnes) are shown in Fig. 1 and 2, respectively, at lOOx magnification. 
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Fig. 1 Optical micrograph showing mostly nodular graphite morphology in the shell region of roll sample HSM 
#14; magnification lOOx 
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Fig. 2 Optical micrograph showing typical flake graphite morphology in the shell region of roll sample HSM #4; 
magnification lOOx 

The graphite morphologies of the other six roll samples (HSMs #8, 10, 12, 13, 15, and 16), which also spalled at the scrap 
diameter stage, were flaky. This is expected since the core structure of ICDP rolls usually consists of flake-like graphite. 6 
Thus, in this case, the role of graphite morphology in influencing roll life cannot be opined. The graphite morphology in 
roll sample HSM #16, which gave the highest roll life (182,686 tonnes), was partly nodular and partly flaky. Although 
this particular' sample was obtained at a scrap diameter of 750.60 mm, the coexistence of both nodular and flake graphite 
morphologies at the scrap diameter stage is indicative of a shell-core transition zone. It can therefore be inferred that the 
graphite morphology in the shell region of roll HSM #16 was nodular. 

The favorable effect of nodular graphite morphology in the shell microstructure toward enhancing roll life is thus evident 
from the above studies. This finding is corroborated by the fact 7 that spheroidal irons by virtue of their lower thermal 
conductivity, higher elastic modulus, and greater tensile strength than flake irons are more crack resistant under 
conditions of higher induced thermal stresses. However, crack generation was possible even in spheroidal irons under 
very high thermal stresses owing to its insufficient yield and creep resistance. This could have possibly happened in 
HSMs #7 and 9, which, despite having nodular graphite morphology, failed to perform to the desirable extent. Horvath, 8 
in his studies on the relationship between roll surface breakdown and scale formation, has clearly mentioned the 
importance of graphite morphology in influencing crack initiation. In his studies on ICDP rolls, it was observed that flake 
graphite acted as a potential stress raiser, leading to the initiation of microcracking in rolls. In contrast, spheroidal 
graphite particles did not act as stress raisers and, hence, were less susceptible to thermal fatigue cracking and removal 
from the roll surface. 

Matrix Characteristics. The nital-etched microstructures of all failed roll samples showed martensite (dark gray to 
black) with retained austenite in needle interstices, carbide (white), and graphite phases. The carbide phase was of 
eutectic type and appeared in continuous networks. Typical micrographs of nital-etched roll specimens HSMs #8, 14, and 
1 are shown in Fig. 3, 4, and 5, respectively, at 500x magnification. It is clearly seen from these micrographs that, 
although microstructural constituents (martensite, retained austenite, and carbide) are essentially the same in all three roll 
samples, microstructural degeneration is manifested as microcracking in the carbide phase and could only be observed in 
roll samples HSM #8 (life = 69,328 tonnes) and HSM #1 (life = 6142 tonnes). The microcracks in the carbide phase 
might possibly have generated during rolling and propagated under applied stresses to ultimately result in premature 
spalling. It has been reported 9 that cracks may occur in large eutectic carbides concomitantly with thermal fatigue cracks 
that form on the roll surface. The cause of such cracking of carbides has been attributed to thermal reasons or, more 
likely, could be mechanically induced by work roll/backup roll contact stresses, or by rolling stresses. The microhardness 
values of martensite, carbide, and graphite phases were determined for all of the failed roll samples and are shown in 
Table 2. It can be seen that, while the microhardness of martensite ranged from 541 to 644 VPN, that of the carbide phase 
varied between 1000 and 1345 VPN. The microhardness of graphite, however, was found to be consistent and ranged 
between 50 to 54 VPN in all of the spalled roll samples. 




Fig. 3 Nital-etched microstructure of roll HSM #8 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting microcracking; magnification 500x 



Fig. 4 Nital-etched microstructure of roll HSM #14 showing acicular martensite with retained austenite at 
needle interstices, white carbide phase, and dark-gray graphite nodule; magnification 500x 





Fig. 5 Nital-etched microstructure of roll HSM #1 showing acicular martensite with retained austenite at needle 
interstices and white carbide phase exhibiting pronounced microcracking; magnification 500x 

Table 2 Microhardness values of different phases in HSM work roll samples 


Average microhardness (VPN) 

Roll sample 

Martensite 

Carbide 

Graphite 

HSM #1 

644 

1345 

50 

HSM #2 

615 

1150 

54 

HSM #3 

633 

1180 

53 

HSM #4 

603 

1120 

54 

HSM #5 

595 

1200 

52 

HSM #6 

603 

1100 

54 

HSM #7 

603 

1120 

53 

HSM #8 

585 

1105 

52 

HSM #9 

598 

1100 

53 

HSM #10 

562 

1050 

52 



HSM #11 

585 

1095 

51 

HSM #12 

541 

1000 

51 

HSM #13 

562 

1050 

54 

HSM #14 

566 

1095 

51 

HSM #15 

567 

1072 

54 

HSM #16 

566 

1050 

51 


The data in Table 2 reveal that the carbide microhardness of the first nine rolls (HSMs #1 to 9) ranged between 1100 and 
1345 VPN, with an average value of 1157.77 VPN. On the other hand, carbide microhardness in the other seven rolls 
(HSMs #10 to 16), which gave significantly higher roll lives ranging between 1000 and 1095 VPN, with an average value 
of 1058.86 VPN. It is thus evident that carbide microhardness in the latter group of seven higher life rolls (average roll 
life = 146,101 tonnes) was about 100 VPN lower than the former group of nine lower life (average roll life = 48,387 
tonnes) rolls. 

It can also be seen from Fig. 3, 4, 5 that the amount of microcracking is particularly pronounced in roll sample HSM #1 
(roll life = 6142 tonnes), which incidentally exhibited a very high microhardness (1345 VPN) of the carbide phase. A 
close examination of the roll life data (Table 1) and the carbide microhardness values (Table 2) shows the vulnerability of 
rolls exhibiting carbide microhardness higher than 1100 VPN. This condition could possibly enhance microcracking 
propensity and, hence, lead to subsequent spalling of rolls. 


3.3 Volume Fractions of Microstructural Phases 


The volume fractions (in %) of constituent microstructural phases in the spalled roll samples were determined by OIA. 
The image analysis data pertaining to average volume fractions of graphite, carbide, martensite, and retained austenite are 
shown in Table 3. The volume fraction of martensite was found to range between 42.09 and 61.25%, carbide phase 
between 20.60 and 43.05%, retained austenite between 5.86 and 16.32%, and graphite between 2.51 and 5.18%. It is 
interesting to observe that the graphite volume fraction (Table 3) in nine rolls (HSMs #1 to 9), which exhibited lower roll 
lives (i.e., 6142 to 72,310 tonnes; average: 48,387 tonnes), varied from 2.51 to 4.49%, with an average value of 3.38%. In 
contrast, the other seven rolls (HSMs #10 to 16), which exhibited superior roll lives (i.e., 113,173 to 182,686 tonnes; 
average: 146,101 tonnes), showed higher graphite volume fractions, ranging between 4.05 and 5.18%, with an average 
value of 4.44%. It is apparent from the aforesaid observations that, while graphite volume fractions in the range of 4 to 
5% are conducive to better roll life, a lower volume fraction (<4%) is deleterious. As a matter of fact, six rolls (HSMs #1, 
2, 3, 5, 7, and 8), which had particularly low roll lives, showed graphite volume fractions in the range of 2.51 to 3.54%. 




Table 3 QIA data showing volume fractions of different phases in spalled roll samples 


Volume fraction (%) 

Roll sample 

Martensite 

Carbide 

Retained austenite 

Graphite 

HSM #1 

46.57 

38.99 

11.82 

2.62 

HSM #2 

49.80 

37.17 

9.49 

3.54 

HSM #3 

46.16 

37.86 

13.12 

2.86 

HSM #4 

53.99 

34.53 

6.99 

4.49 

HSM #5 

48.46 

43.05 

5.86 

2.63 

HSM #6 

52.40 

34.68 

8.90 

4.02 

HSM #7 

42.09 

38.82 

15.92 

3.17 

HSM #8 

52.91 

33.14 

11.44 

2.51 

HSM #9 

50.68 

34.15 

10.56 

4.61 

HSM #10 

60.14 

20.60 

14.37 

4.89 

HSM #11 

58.35 

30.08 

7.52 

4.05 

HSM #12 

51.94 

27.36 

16.32 

4.38 

HSM #13 

56.35 

22.71 

15.76 

5.18 

HSM #14 

58.41 

22.63 

14.56 

4.40 

HSM #15 

61.25 

21.80 

12.80 

4.15 

HSM #16 

54.45 

30.20 

11.32 

4.03 


Iron carbide that can comprise up to 40% by area of the roll microstructure has a profound effect on the properties and 
mill performance of iron rolls. 10 Investigators 11 have reported that pitting commonly observed in the last three stands 
of HSMs is associated with loss of mass from the roll surface. This phenomenon is aggravated as large primary dendritic 
carbides stand out without any mass support and fragment or come out completely from the martensitic matrix. Table 3 
shows that the volume fraction of martensite ranged between 42.09 and 53.99% (average: 49.23%) in the nine roll 
samples (HSMs #1 to 9), which exhibited lower average (48.387 T) lives. In contrast, martensite volume fraction was 



found to be higher (range: 51.94 to 61.25%; average: 57.27%) in the seven roll samples (HSMs #10 to 16), which showed 
superior lives It is therefore evident that the lower volume fraction of martensite (average: 49.23%) in the nine low life 
roll samples (HSMs #1 to 9) offered less matrix support area to hard carbides than that in the seven superior life rolls 
(HSMs #10 to 16), where average volume fraction (57.27%) of martensite was higher. The fragmentation of carbides, 
therefore, might have been presumably aided by less matrix (martensite) support area in lower life rolls. 

The volume fraction of retained austenite was found to vary between 5.86 and 15.92% (average: 10.45%) in the low life 
roll samples (HSMs #1 to 9) and between 7.52 and 16.32% (average: 13.23%) in the seven higher life roll samples (HSMs 
#10 to 16). In this case, however, no clear relationship between volume fraction retained austenite and roll life was 
observed. 

The carbide volume fractions in nine samples (HSMs #1 to 9), which gave lower roll lives, were found to vary between 
33.14 and 43.05%, with an average value of 36.93%. In contrast, the carbide volume fractions in the other seven rolls, 
which gave relatively higher lives (HSMs #10 to 16), ranged between 20.60 and 30.20%, with an average value of 
25.05%. It can therefore be seen that while a carbide volume fraction in the range of 20 to 30% is conducive to higher roll 
life, a higher carbide volume fraction (in the range of 35 to 45%) is deleterious. There is therefore a critical limit of 
carbide volume fraction, which can adversely influence the performance, and life of HSM work rolls. These findings are 
also corroborated by Lecomte-Mertens, 12 who observed that roll hardness was a direct function of carbide content and 
that carbides play an important role in the cracking process. According to Hertz theory, stress concentrations are located 3 
or 4 mm below the surface of rolls. Additional stress concentrations arise from interaction between the more ductile 
matrix and the harder carbides, giving rise to the splitting of the matrix-carbide interface or breakage of the carbides, 
which are prone to fracture, due to low tensile strength. Once cracks appear in the broken carbides or along them, they 
propagate and join together in a pattern that leads to spalling. In ICDP rolls, the carbide phase is characteristically 
continuous and, hence, the propagation of cracks is more rapid along carbides. It is thus expedient to mention that, 
although higher carbide volume fractions enhance hardness, abrasion, and wear resistance, they nonetheless increase the 
propensity to cracking. 

3.4 Fracture Characteristics 

The SEM examinations were carried out at both low and high magnifications to obtain a general image of the fracture 
topography as well as for observing surface features in greater detail. The general fracture topography of all spalled rolls 
showed brittle features. Figure 6(a) shows the SEM photograph of the fracture surface of roll sample HSM #9 at lOOOx 
magnification. The fracture topography is brittle and shows the decohesion of a graphite nodule. The fracture surface of 
the same sample at another region is also shown in Fig. 6(b) at lOOOx magnification. It is evident from Fig. 6(a) that, 
although the fracture topography is essentially brittle, it is also associated with localized ductile regions (dimpled 
appearance) in the vicinity of the graphite nodule. The fracture features observed in Fig. 6(b) are, however, primarily 
brittle (cleavage) and show manifestations of intergranular cracking and cleavage s teps. _ 
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Fig. 6 SEM fractographs of roll sample HSM #9 showing (a) brittle features and small ductile zone as well as 
decohesion near graphite nodule and (b) essentially brittle area exhibiting intergranular cracking and cleavage 
steps; magnification lOOOx 

3.5 EPMA of Phases and Inclusions 

The EPMA of nodular graphite particles in roll samples HSMs #7, 9, 11, 14, and 16 revealed the presence of Al, Si, Mg, 
and Ca in addition to C, while graphite flakes in the other 11 spalled roll samples did not show the presence of Mg. This 
clearly indicated that magnesium was used as an inoculant for the manufacture of rolls exhibiting nodular iron in the 
'shell' regions. The matrix regions in all the spalled roll samples, however, showed the presence of Fe, Si, Ni, and Cr. The 
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Fig. 7 EPMA scans of nodular graphite particles in roll sample HSM #9 showing (a) BSE image, (b) C x-ray 
map, (c) Si x-ray map, (d) Cr x-ray map, and (e) Ni x-ray map; magnification 180x 

The EPMA investigations of typical NMIs present in the spalled HSM roll samples revealed the existence of both TiN- 
and MnS-type inclusions. The BSE and x-ray dot mapping images of a typical TiN associated MnS inclusion found in roll 
sample HSM #3 (roll life = 38,045 tonnes) are shown in Fig. 8(a) to (d) at lOOOx magnification. It is expedient to mention 
that, although MnS inclusions were observed in many roll specimens, rolls exhibiting lower roll life were found to show a 
higher incidence of brittle and angular TiN inclusions. 
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Fig. 8 EPMA scans of TiN associated sulfide inclusion in roll sample HSM #3 showing (a) BSE image, (b) Ti x- 
ray map, (c) Mn x-ray map, and (d) S x-ray map; magnification lOOOx 

Quantitative EPMA was carried out to determine the chemistry and also to ascertain the type of carbides present in the 
spalled HSM roll samples. For analytical authenticity, a number of carbides in each spalled roll sample were analyzed. 


Table 4 shows the ZAF (Z: atomic number correction factor; A: absoiption correction factor; F: fluorescence correction 
factor) corrected quantitative EPMA data of typical eutectic-type carbides observed in roll sample FISM #16. It can be 
seen from the aforesaid table that the carbon content of the carbide phase is 7.853 wt.%. The carbide essentially contains 
Fe (88.018 wt.%) and Cr (4.669 wt.%), with little amounts of Mn (1.149 wt.%) and Mo (0.201 wt.%). The atom 
percentage of carbon in this carbide is 27.912%, while the combined atom percentage of the other associated elements 
0 i.e ., summation of Fe, Mn, Cr, and Mo) in the carbide was found to be 72.088%. This implies that the carbide phase in 
the spalled roll samples was essentially of M 3 C type. 

Table 4 ZAF-corrected quantitative EPMA analysis of a typical M 3 C-type eutectic alloy carbide in roll 
sample HSM #16 


Concentration Concentration 

Element (wt.%) 

(at.%) 

K(%) 

ZAF 

Z 

A 

F 

C 

7.853 

27.912 

2.956 

2.6566 

0.8264 

3.2146 

1.0000 

Cr 

4.669 

3.833 

5.613 

0.8318 

1.0213 

1.0046 

0.8107 

Mn 

1.149 

0.893 

1.104 

1.0410 

1.0398 

1.0012 

1.0000 

Fe 

88.018 

67.273 

85.959 

1.0240 

1.0203 

1.0035 

1.0000 

Mo 

0.201 

0.089 

0.163 

1.2279 

1.1092 

1.1087 

0.9985 


101.890 

100.00 

95.796 

(PACI) 

(PH-TX) 




K: intensity ratio of a particular element in unknown sample and a pure standard 
ZAF: atomic number, absoiption, and fluorescence correction factor 
Z: atomic number correction factor 
A: absoiption correction factor 
F: fluorescence correction factor 

PFI-TX: Philibert-Tixier's formula for atomic number correction 
PACI: file name for JEOL's quantitative analysis program for metals 

4. Conclusions 

The following conclusions have emerged from the present study. 

• Longer roll life is associated with a nodular graphite morphology in the shell (outer) portion of a roller; also, a 
graphite volume fraction 4 to 5% appears optimal. 

• Among the different types of microstructural constituents observed in ICDP iron work rolls, the characteristics of 
the carbide phase have been found to exert a profound influence on roll spalling. 

• Microstructural examination of low life rolls revealed pronounced microcracking of carbides. The tendency of 
such microcracking was particularly noticeable in higher hardness (>1100 VPN) carbides. 

• OIA revealed that higher life rolls exhibited lower carbide volume fractions (range: 20.60 to 30.20%; average: 
25.05%) than lower life rolls, where the carbide volume fraction (range: 33.14 to 43.05%; average: 36.93%) was 
higher. Thus, although carbides are indispensable for hardness, abrasion, and wear resistance of ICDP iron work 
rolls, a higher carbide volume fraction may enhance fragmentation and microcracking propensity and, in turn, 
accentuate subsequent spalling. 
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Fracturing of Gray Iron Door-Closer Cylinder Castings Caused by Lack of 
Foundry Control Over Chemistry 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: Door-closer cylinder castings manufactured of class 30 gray iron were breaking during machining. The manufacturing 
source reported that a random sampling of castings from this lot had hardnesses from 180 to 210 HB. Based on the color of the 
components, heat treatment of these castings was suspected. Metallurgical examination on two representative castings supported 
the conclusions that the cracks in these gray iron door closers that were present either before or during the heat treatment were 
attributed to a substandard microstructure of the wrong type of graphite combined with excessive ferrite. This anomalous structure 
is caused by shortcomings in the foundry practice of chemical composition, solidification, and inoculation control. Judging from the 
microstructure, the strength of the material was lower than desired for class 30 gray iron, and the suspected heat treatment further 
reduced the strength. Recommendations included that the chemistry and inoculation should be controlled to produce type A graphite 
structure. The chemistry control should aim for a carbon equivalent close to 4.3% to achieve adequate fluidity for thin sections and 
to alleviate gas defects. 

Keywords: Cracking (fracturing); Cylinders; Foundry practice; Porosity 


Material: Class 30 (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


Door-closer cylinder castings manufactured of class 30 gray iron were breaking during machining. The manufacturing 
source reported that a random sampling of castings from this lot had hardnesses from 180 to 210 HB. Based on the color 
of the components, heat treatment of these castings was suspected. Metallurgical examination on two representative 
castings revealed the cause of failure. 

Investigation. The first casting (arbitrarily identified as fractured) had separated into three pieces (Fig. la). The outer- 
edge portion of the fractured surfaces exhibited a dark gray color, while other regions of the fractured surfaces had a light 
gray color. No defects or discontinuities were evident on this fractured casting. 



Fig. 1 Failed gray iron door-closer cylinder, (a) Overall view showing positions of fractures. 0.3x. (b) Parting 
line that was cracked on another casting. 1.5x 

The second casting (identified as cracked) was cracked along the parting line and through a region exhibiting the presence 
of a void. Further examination revealed that the bore was not centered, indicating a core-shift condition during casting. 
The void had characteristics of a gas defect. Figure 1(b) illustrates the conditions observed in this casting. 

The chemical composition of the so-called fractured casting was: 


Element 

Composition, % 

Carbon 

3.2 1 (a) 

Manganese 

0.62 

Phosphorus 

0.022 

Sulfur 

0.064 

Silicon 

2.05 

Nickel 

0.05 

Chromium 

0.09 

Molybdenum 

0.03 

Copper 

0.55 

Tin 

<0.02 

Vanadium 

0.05 

Iron 

rem 


This casting had a carbon equivale nt of 3.90. The composition of the cracked casting was: 


Element 

Composition, % 

Carbon 

3.25 <a) 

Manganese 

0.61 

Phosphorus 

0.024 

Sulfur 

0.060 


Silicon 2.21 
























Nickel 

<0.05 

Chromium 

0.09 

Molybdenum 

0.04 

Copper 

0.55 

Tin 

<0.02 

Vanadium 

0.05 

Iron 

rem 


The carbon equivalent of the cracked casting was 3.99. These data indicate that both castings have a composition closer to 
class 40 than to class 30 gray iron. Although class 40 gray iron is normally stronger than class 30, the low combined 
carbon values (<0.8%) indicate a probable high-ferrite matrix. Because ferrite tends to lower the strength of the material, 
heat treatment may have been attempted to achieve the desired hardness. Hardness values were: 193 HB for the fractured 
casting and 184 HB for the cracked part. Both were within the expected bal dness range for class 30 gray iron. 
Metallographic examination of the fractured casting revealed an ASTM type B and D graphite structure, with type B 
predominating (Fig. 2a). Type A graphite is the proper type for classes 30 and 40 gray iron. Types B and D graphite 
indicate a rapid cooling rate during solidification. The matrix microstructure was a mixture of pearlite and ferrite (Fig. 
2b). The approximate 70% ferrite content is excessive for this type of cast iron. 




Fig. 2 Microstructures of the fractured door-closer cylinder casting, (a) Casting showing types B and D 
graphite. Fracture is at top, and outside surface is at left. As-polished. lOOx. (b) Pearlite/ferrite microstructure 
of casting containing about 70% ferrite. Etched with nital. 400x. (c) Same as (a), but etched with nital to 
reveal the ferrite skin indicative of decarburization. 53x 

The outer and fractured surfaces of the fractured casting had a predominantly ferritic condition indicative of 
decarburization. Although a ferrite skin can be expected on the outside cast surface, a ferrite layer along a fractured 



surface indicates the presence of the fracture during heat treatment with an oxidizing atmosphere. This suggests that the 
fracture was present before machining. Figure 2(c) shows the decarburized surface. 

The cracked casting had an essentially type D graphite structure with very little type B and no type A graphite. Figure 
3(a) illustrates the graphite formations. Near the gas defect, temper carbon (Fig. 3b) was detected. Temper carbon gives 
evidence that the primary carbides had dissociated due to a heat treatment. In the area slightly removed from the gas 
defect, type D graphite predominated (Fig. 3c). The matrix structure consisted of pearlite, with approximately 70% ferrite 
(Fig. 4a). At the region of the observed gas defect, carbides were observed in the microstructure (Fig. 4b). 



4 
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Fig. 3 Microstructures of the cracked door-closer cylinder casting, (a) Fracture region showing predominantly 
type D graphite. This region was along the partling line of the thin section. lOOx. (b) A primary type D graphite 
structure adjacent to the gas defect (bottom). The outside of the casting is at the top. 63x. (c) A zone remote 
from the gas defect; type D graphite predominates. lOOx. All as-polished 


r 











Fig. 4 Microstructures of the cracked casting, (a) Ferrite/pearlite matrix is representative of the cracked 
casting. lOOx. (b) Structure of cracked casting adjacent to the gas defect. The white constituents in the dark 
pearlite zone are carbides. White regions in the fine type D graphite are ferrite. 400x. Both etched with nital 

Conclusions. The cracks in these gray iron door closers that were present either before orduring the heat treatment are 
attributed to a substandard microstructure of the wrong type of graphite combined with excessive ferrite. This anomalous 
structure is caused by shortcomings in the foundry practice of chemical composition, solidification, and inoculation 
control. Judging from the microstructure, the strength of the material was lower than desired for class 30 gray iron, and 
the suspected heat treatment further reduced the strength. 

Recommendations. The chemistry and inoculation should be controlled to produce type A graphite structure. The 
chemistry control should aim for a carbon equivalent close to 4.3% to achieve adequate fluidity for thin sections and to 
alleviate gas defects. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Failure of Three Valve Body Castings 

George M. Goodrich, Taussig Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Three sprinkler system dry pipe valve castings (class 30 gray iron), two that had failed in service and one that had been 
rejected during machining because of porosity, were submitted for examination. The two failures consisted of cracks in a seating 
face. All three were from the same heat. Visual examination showed that the casting had cracked through a thin area in the casting 
sidewall. Evidence of a sharply machined corner at the fracture site was also discovered. Tensile testing and metallographic analysis 
revealed no metallurgical cause for the failure. It was recommended that the manufacturer work with the foundry to evaluate the 
criticality of core placement and to eliminate the undesired thin section. 

Keywords: Foundry practice; Sprinklers; Valves 

Material: Class 30 (Gray (flake or lamellar graphite) cast iron) 

Failure type: Casting-related failures 



Background 


Three gray iron dry pipe valve castings were submitted for metallurgical analysis. Two of the valves had failed in service; 
the third had been rejected by the manufacturer because of porosity found during machining. The valves were reportedly 
from the same heat. 


Testing Procedure and Results 

Surface examination 


Visual. The submitted valves were visually examined to determine the crack location. The crack in casting 1 was found 
in the drain area. The crack extended radially through the seating surface and the internal casting wall adjoining the drain. 
Figure 1 illustrates the crack observed on the top of the seating surface in casting 1. Figure 2 documents the crack 
propagation through the seating surface to the cavity below; Fig. 3 illustrates the depth of the crack through the wall of 



Fig. 1 Overall view of casting I, showing the general location of the crack 



Fig. 3 Crack extending from the seating surface inner diameter through the wall of the casting into the drain 
area 

The mating ring was removed from casting 2 to identify crack locations. Radial fractures were located in the seating 
surface in a location similar to that found in casting 1. 

Macrofractography. A section containing the seating surface above the cavity and a portion of the adjacent casting 
wall were removed to expose the fracture surface found in casting 1. The area removed displayed a reduced wall section 

3 

at the fracture site. The minimum section thickness was 9.5 mm (S in.) through the fractured area. Adjacent walls, by 

5 

comparison, were 16 mm (S in.) thick. Figure 4 illustrates the fractured surface in the thin section. The arrows indicate 
minimum section thickness. The fractured surface revealed no identifiable fracture origin. No voids from shrinkage or 
misruns were observed. 


Fig. 4 View of fractured surface. Arrows indicate area of reduced wall thickness. 


5 

The same internal wall area was removed from the other two castings. The minimum thickness was 16 mm (8 in.) in 

casting 2 and 13 mm (2 in.) in casting 3. Casting 2 exhibited a sharp 90° machined corner on the outer diameter of the 
seating surface. A more generous radius had been machined in the other casting. Figure 5 illustrates the section removed 
from casting 2. The arrow indicates the sharp corner at the outer edge of the seating surface. Gray iron is notch sensitive 
and can easily fail at stress risers such as sharp corners. 



Fig. 5 View of removed section above cavity adjacent to drain. Arrow indicates sharp machined corner and 
outer diameter of seating surface. 

Figure 6 represents the section removed from casting 3. The outer diameter of the seating surface had been machined with 
a radius rather than a sharp corner. In comparing Fig. 4. 5, 6. note the variation in wall thickness between the seating 
surface and the cavity for the three castings. 



Fig. 6 Section removed from area over cavity adjacent to drain in valve 3. Arrow indicates corner with desired 
radius. 

Metallography 


Two sections were removed from casting 1 for metallographic analysis. One section was taken from the top flange of the 
casting to represent the general microstructure of the casting. A second section was taken from the fracture site to be 
examined for detrimental conditions capable of inducing or contributing to cracking. The samples were mounted and 
metallographic ally prepared and were examined in the unetched and etched conditions. 

The unetched structure in the sample taken from the fractured area contained flake graphite (ASTM type A. sizes 3 to 4). 
Type A flake graphite is preferred for optimum mechanical properties. Figure 7 illustrates the graphite type and size 
observed in the fractured sample. No significant differences were discovered in the graphite type and size observed in the 



Fig. 7 Micrograph showing flake graphite observed in the fractured sample. Unetched. 62x 

Etching revealed a matrix of lamellar pearl ite in both samples. The presence of steadite was also noted. No evidence of 

steadite networks was found along the fractured surface of the sample. Primary carbides or ferrite constituents were not 


visible. No significant differences between the body of the casting and the fracture area was observed. Examination of 
both samples revealed microstructures typical of class 30 gray iron with no metallurgical defects. Figure 8 illustrates the 
etched microstructure. 



Fig. 8 Micrograph showing matrix microstructure of fractured sample. Dark constituent is pearlite; lighter 
constituent is steadite. Nital etch. 248x 


Chemical analysis/identification 

A portion removed from the top flange of casting 1 was subjected to quantitative chemical analysis. The results, presented 
in Table 1, indicated that casting 1 had a composition typical of a class 30 gray iron. 

Table 1 Results of chemical analysis 


Element 

Percent 

Total carbon 

3.49 

Combined carbon 

0.73 

Manganese 

0.58 

Phosphorus 

0.096 

Sulfur 

0.118 

Silicon 

1.59 

Nickel 

0.11 

Chromium 

0.14 

Molybdenum 

0.04 




Copper 

0.26 

Tin 

<0.02 

Vanadium 

0.01 


Mechanical properties 

Tensile Properties. A tensile test specimen was machined from the top flange of casting 1. Tensile strength was 
determined to be 205 MPa (29.8 ksi), which is characteristic of a class 30B gray iron casting with a wall thickness of 13 

mm (2 in.). 

Discussion 

Cracking was not caused by the metallurgical quality of the castings. The submitted castings were manufactured from 
gray cast iron with metallurgical characteristics and quality representative of the designated class 30B gray iron. 
Mechanical properties, composition, and microstructure were judged to be typical of class 30 gray iron. Metallographic 
analysis also revealed no evidence of metallurgical defects, such as cold shuts, voids, or slags, in the body of the casting 
or at the fracture surfaces. 

Conclusion and Recommendations 

Most probable cause 

Two separate nonmetallurgical conditions caused failures. A thin section was observed at one fracture site—the 
consequence of core placement, core assembly, or shift. Evidence of core placement differences was apparent in the three 
castings (Fig. 4, 5, 6). The thin section resulting from the core placement caused the failure of casting 1. A sharp 
machined corner on the seating surface was responsible for the failure of casting 2. 

Remedial action 

It was recommended that the manufacturer work with the foundry to evaluate the criticality of core placement and to 
eliminate the undesired thin section. Avoiding sharp corners is also critical in a notch-sensitive material such as gray iron. 

Related Information 


Failures Related to Casting, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Fracture of Teeth in an Oil-Pump Gear Because Ductility Was Inadequate for 
Shock Loading in Service. 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: Two oil-pump gears broke after 4 months of service in a gas compressor that operated at 1000 rpm and provided a 
discharge pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and stops. The large gear was 
sand cast from class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The smaller gear was sand cast from ASTM 
A536, grade 100-70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) at 241 HB. Analysis (visual inspection and 
metallographic examination) supported the conclusion that excessive beam loading and the lack of ductility (brittle fracture of the 
teeth) in the gray iron gear teeth were the primary causes of fracture. During subsequent rotation, fragments broken from the gray 
iron gear damaged the mating ductile iron gear. Recommendations included replacing the large gear material with ASTM A536, 
grade 100-70-03, ductile iron to be normalized at 925 deg C (1700 deg F), air cooled, reheated to 870 deg C (1600 deg F), and oil 
quenched. The larger gear should be tempered to 200 to 240 HB, and the smaller gear to 240 to 280 HB. 

Keywords: Gears; Materials selection; Oil pumps; Residual stress 


Materials: 100-70-03 (Ductile (nodular or spheroidal graphite) cast iron), UNS F34800; Class 40 (Gray (flake or lamellar graphite) 
cast iron), UNS F12801 


Failure types: Casting-related failures; Brittle fracture 


The two oil-pump gears shown in Fig. 1 broke after 4 months of service in a gas compressor that operated at 1000 tpm 
and provided a discharge pressure of 7240 kPa (1050 psi). The compressor ran intermittently, with sudden starts and 
stops. The large gear was sand cast from class 40 gray iron with a tensile strength of 290 MPa (42 ksi) at 207 HB. The 
smaller gear was sand cast from ASTM A536, grade 100-70-03, ductile iron with a tensile strength of 696 MPa (101 ksi) 
at 241 HB. 


Ductile iron, grade 100-70-03 

Diametrol pitch, 8; pitch diameter, 6.5 in.; 
face width, 0.75 m.; bore diometer, 0.875 in 



Gray iron, class 40 

Diametral pitch, 8; pitch diameter, 8.0 in.; 
face width, 1.25 in.; bore diameter, 4.43 in 

C 


ft 


(b) 

Fig. 1 Sand-cast oil-pump gears, (a) ASTM A536, grade 100-70-03, ductile iron, (b) Class 40 gray iron that 
fractured because of improper material selection. 0.25x 

Investigation. Visual examination of the larger gear revealed that several teeth had cracked and fractured at the root 
and that many other teeth were crushed and pitted at the top. The smaller gear displayed one area in which a segment of 
the rim had broken away. The remainder of the teeth on this gear showed relatively little wear in light of the battered 
condition of the larger gear with which it meshed. 

Metallographic examination disclosed that both gears had normal microstructures. The ductile iron consisted of a pearlitic 
matrix containing well-shaped nodules of graphite generally surrounded by ferrite envelopes. The gray iron exhibited a 




pearlitic matrix containing type A graphite flakes. There were no metallurgical causes of failure other than the inherent 
brittleness of gray iron, and there was no evidence of machining imperfections that could have contributed to the 
fractures. 

Conclusions. Brittle fracture of the teeth of the gray iron gear resulted from high-impact loading that arose from the 
sudden starts and stops of the compressor. During subsequent rotation, fragments broken from the gray iron gear damaged 
the mating ductile iron gear. Excessive beam loading and the lack of ductility in the gray iron gear teeth were the primary 
causes of fracture. 

Corrective Measures. Both gears were subsequently cast from ASTM A536, grade 100-70-03, ductile iron and were 
normalized at 925 °C (1700 °F), air cooled, reheated to 870 °C (1600 °F), and oil quenched. The larger gear was tempered 
to 200 to 240 HB, and the smaller gear to 240 to 280 HB. These hardness levels provided the desired resistance to shock 
and weai - yet retained high strength and good ductility. No further gear failures occurred. 

Casting Design. The shape of a casting can contribute to residual stresses if it entails sections of markedly different 
thicknesses, which can undergo different cooling rates in the mold. This effect can be minimized if the thinner sections 
are well insulated so that they cool at a lower rate. The use of chills to accelerate cooling of heavy sections can also be 
helpful. Stress relief can diminish internal stresses if the cast alloy is amenable to such treatment. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Corrosion Fatigue and Subsequent Rupture of a Yankee Dryer Roll on a 
Modified Paper Machine 

Mark H. Gilkey, Factory Mutual Research Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A steam-pressurized Yankee dryer shell ruptured during normal operation. The dryer was used for final drying of soft 
paper-like sheet material. Cracking had occurred around much of the circumference at the drive end of the shell, which measured 
3.7 m (12 feet) in diameter by 3.4 m (11 feet) long and had ahead bolted to each end. Tlw crack initiate data 90 deg corner in 
contact with the edge of the head. The material was a hardened gray cast iron containing 2.8% Ni and 1.2% Mo. Visual, 
nondestructive, metallographic, and chemical analyses were conducted. It was concluded thatfailure occurred after corrosion fatigue 
cracking had weakened the shell. It was recomnwnded that similar Yankee dryers be ultrasonically examined at the edge of the shell 
to determine whether cracking had initiated. Modiftcation of the head-to-shell joint was also recommended. 

Keywords: Bolted joints; Shells (structural forms) 

Material: Class 60 (Gray (flake or lamellar graphite) cast iron) 


Failure type: Corrosion fatigue 


Background 

A steam-pressuiized shell in a paper-drying machine ruptured during normal operation. 

Applications 

Paper machines producing soft types of paper (tissue and toweling) or similar products utilize a single large Yankee dryer 
for final drying of the paper sheet. This Yankee dryer was internally Ceased with steam at 450 kPa (65 psig) and was 
operated at 9 rev/min. 


Circumstances leading to failure 



2 - 

The machine was operating normally, 2h after a warm startup from a brief shutdown period. Rupture occurred without 
warning and resulted in 30% of the shell material separating from the dryer, as shown in Fig. 1. 



Fig. 1 Diagram of Yankee dryer, showing section of the shell that ruptured in service. 

Pertinent specifications 

The component was designed according to the provisions of ASME SA-278, “Specification for Gray Iron Castings for 
Pressure Containing Parts for Temperatures up to 650 °F,” Class 60. 

Performance of other parts in same or similar service 

Yankee dryers are typically used for many years (often more than 50), until the shell thickness is reduced below a 
minimum acceptable value by the periodic regrinding of the working surface. Although shell or head fracture is unusual, 
there has been at least one reported instance of cracking at a differently designed head-to-shell joint because of the 
wedging effect of corrosion products. 

Specimen selection 


The fracture appeared to have initiated at a circumferential notch along the drive edge of the shell. The notch is shown in 
Fig. 2. A sample was removed from the edge of the largest shell section, adjacent to the fracture. This sample was 
selected because of a large indication detected during ifitrasoriic examination. 



Fig. 2 Diagram of cross section through head-to-shell joint. Arrow indicates suspected fracture origin. 

Visual Examination of General Physical Features 

All fracture surfaces had the appearance of biittle fracture. The entire exposed edge of the shell exhibited general and 
pitting coiTosion. It was also covered with a thin, uniform layer of corrosion products. The gap between the ID of the shell 
and the edge of the head was completely filled with a hard, densely packed material, presumably a mixture of corrosion 
products and foreign deposits. 

The OD surface (face) of the shell was smooth and free of corrosion products. This was the working surface in contact 
with the product, and it was well maintained. 

Testing Procedure and Results 

Nondestructive evaluation 

Ultrasonic Examination. Within days of the failure, sections of the ruptured Yankee dryer were examined using 
ultrasonic flaw detection methods. The examination focused on the edges of the shell and the circumferential notch 
between the shell overhang and the bolting flange. 

At the drive, or “untended,” edge of the shell, crack indications were discovered around 270° of the circumference. A 
diagram of the shell edge, featuring the indication and the ultrasonic transducer, is shown in Fig. 3. 


ULTRASONIC 

TRANSDUCER 



Fig. 3 Diagram depicting ultrasonic inspection of the shell and location of the indication. 

Surface examination 



Visual. The fracture surfaces observed at the mill indicated a brittle fracture. The fracture pattern and the fracture 
surface morphology indicated the initiation point to be at the edge of the shell on the drive side of the machine. A sample 
was subsequently removed from this location. 

Corrosion Patterns. The as-received sample is shown in Fig. 4 and 5. The thick scale of corrosion products plus 
deposits where the shell overhang formed a narrow gap with the edge of the head is visible in Fig. 5 (arrow). The 
maximum scale thickness was determined to be 3.7 mm (0.145 in.).The corner notch between the overhang and bolting 
flange was covered with corrosion products. There was no visual evidence of a crack. 





Fig. 4 As-received shell section removed from theYankee dryer. 



Fig. 5 Pitted edge of the shell and the surfaces that were in contact with the head. Arrow indicates the thick 
layer of corrosion products in the head-shell gap. 

Metallography 


Microstructural Analysis. The unetched microstructure of the sample presented in Fig. 6 consisted of graphite 
flakes in an iron matrix, typical of gray cast iron. Etching in 2% nital revealed a bainite matrix with scattered massive 
carbides (Fig. 7). 




Fig. 6 Micrograph showing graphite flakes characteristic of gray cast iron. Unetched. 64x. 



Fig. 7 Micrograph of the same area shown in Fig. 6 after etching in nital. Matrix microstructure is bainite with 
scattered carbides. 64x. 

Crack Origins/Paths. The location and size of the crack arc highlighted in the cross section of the submitted sample 
shown in Fig. 8. The location was exactly as predicted by ultrasonic examination. A sample containing the entire crack 
was later removed and cold mounted in epoxy. The mounted and polished sample is shown in Fig. 9. It is evident that, 
although the propagation path is jagged on a local scale, it is generally 1 inear. There is no evidence of crack branching, 
but there is a secondary surface crack that joins the primary crack. The primary crack is significantly wider at the surface 
than near the tip. 



Fig. 8 Section through sample. Arrow points to crack at 90° corner of shell. 



Fig. 9 Mounted and polished sample containing the crack. 

Corrosion Morphology. The two cracks are shown in Fig. 10. The primary crack was partially filled with corrosion 
products. Near the crack tip. the crack was filled with corrosion products and clearly propagated along some of the 
graphite flakes (Fig. 11). This tendency to follow the weak graphite flakes was the likely cause of the jagged propagation 
path seen in Fig. 9. The presence of corrosion products indicated that the crack had existed for a significant period of time 
and was not formed during the rupture incident. 





Fig. 11 Photomicrograph of the crack near the tip. The crack propagated along a graphite flake, which caused 
it to change direction. Nital etch. 172.5x. 


Chemical analysis/identification 





Material. The shell material was analyzed for its chemical composition, which was found to be Fe-2.76C-l.7Si-2.72Ni- 
1.23Mo-0.94Mn-0.7Cu-0.04Cr-0.07P-0.11S. The cast iron was alloyed with nickel and molybdenum to make it 
hardenable to a tensile strength near 410 MPa (60 ksi). 

Corrosion or Wear Deposits. The thick scale of corrosion products from the head-shell gap was analyzed using 
qualitative emission spectroscopy. It was determined to have a composition similar to the shell chemistry presented 
above, but with minor amounts of (in decreasing order) lead, sodium, calcium, magnesium, aluminum, and titanium. The 
lead was probably from a sealing compound used during assembly of the dryer. The other elements presumably originated 
in the product, the process water, or the sealing compound. 

Associated Environments. A sample of the product was analyzed and shown to contain iron, sodium, and titanium. 

Mechanical properties 

Tensile Properties. Machined tensile specimens were also tested. Four tests produced a range of ultimate tensile 
strength from 350 to 400 MPa (51 to 58 ksi). The average was 375 MPa (54 ksi), which was below the minimum 
specified value of 410 MPa (60 ksi). 

Discussion 

The fracture pattern and the appearance of the fracture surfaces indicated that the fracture had initiated at the drive edge 
of the shell. Ultrasonic examination of this area revealed a crack indication around most of the circumference. The 
indication was located at a sharp corner (notch) at thejunction of the bolting flange and the overhang. 

Across section through the shell edge confirmed the presence of a crack at the corner. The overall linear propagation, free 
of branching, and the presence of corrosion products throughout the crack indicated that it initiated and propagated by a 
coiTosion fatigue mechanism. 

Conclusion and Recommendations 

Most probable cause 

The Yankee dryer ruptured when a circumferential corrosion fatigue crack reached a critical size. Cracking occurred 
because of the combination of the corrosive environment inherent in the manufacturing process and the cyclic stresses of 
normal operation, such as dryer rotation and periodic startups. Significant static stress also was applied to the crack 
initiation site by the pressure of oxides forming at the surfaces of the already filled head-shell gap. The iron to hydrated 
iron oxide transformation involves a significant increase in volume, which resulted in a buildup of static stress in the 90° 
corner of the shell. 

How failure could have been prevented 

Ultrasonic examination of the shell, especially at the head-shell joint area, could have detected the crack before it reached 
a critical size. It is likely that the crack propagated for at least several months prior to the rupture incident. Annual or 
semiannual inspection may have detected the cracking. 

The visibly corroded condition of the external surfaces adjacent to the head-shell joint also should have alerted the 
operators and/or inspectors of the dryer to the need for further inspection, including ultrasonic examination. It is known in 
the pulp and paper industry that such corrosion can indicate corrosion product buildup in the joint, which can lead to shell 
and head cracking. 
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Damaged Impellers in a Rotary Pump 

Egon Kauczor, Staatliches Materialprufungsamt an der Fachhochschule 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Two damaged impellers made of austenitic cast iron came from a rotary pump used for pumping brine mixed with drifting 
sand. On one of the impellers, pieces were broken out of the back wall in four places at the junction to the blades. The fracture 
edges followed the shape of the blade. Numerous cavitation pits were seen on the inner side of the front wall visible through the 
breaks in the back wall. The back wall of the as yet intact second impeller which did not show such deep cavitation pits was cracked 
in places along the line of the blades. The microstructure consisted of lamellar graphite and carbides in an austenitic matrix, and was 
considered normal for the specified material GGL NiCuCr 15 6 2. It was concluded that the cause of the damage was porosity at the 
junction between back wall and blades arising during the casting process. Cavitation did not contribute to fracture but also could 
have led to damage in the long term in the case of a sound casting. It is therefore advisable in the manufacture of new impellers to 
take care not only to avoid porosity but also to use alloy GGL NiCuCr 15 6 3, which has a higher chromium content and is more 
resistant to cavitation. 

Keywords: Alloy cast iron; Impellers; Rotary pumps 


Material: GGL NiCuCr 15 6 2 (Gray (flake or lamellar graphite) cast iron) 


Failure type: Cavitation wear 


The two damaged impellers made of austenitic cast iron came from a rotary pump used for pumping brine mixed with 
drifting sand. On one of the impellers, pieces were broken out of the back wall in four places at the junction to the blades. 
The photograph in Fig. 1 shows that the fracture edges follow the shape of the blade. Numerous cavitation pits can be 
seen on the inner side of the front wall visible through the breaks in the back wall. The back wall of the as yet intact 
second impeller which did not show such deep cavitation pits was cracked in places along the line of the blades, as shown 
in Fig. 2. 



2 

Fig. 1 Breaks in the back wall of impeller I and cavitation pits on the inner surface of the front wall 3x 




Fig. 2 Cracks in the back wall of impeller II following the shape of the blades. 3x 

The microstructure illustrated in Fig. 3 showing lamellar graphite and carbides in an austenitic matrix can be considered 
normal for the specified material GGL NiCuCr 15 6 2. 


tel 




Fig. 3 Microstructure of a specimen from impeller I. Etched with V2A pickle. 500 x 

A specimen for metallographic examination was taken from one of the fracture edges. It was found that the material in 
this region was in the final stages of disintegration (Fig. 4). A further section was taken through an as yet unbroken 
region, the essential portion of which is shown at low magnification in Fig. 5. On the left marked <— cavitation pits can be 

\ 

seen on the internal surface of the front wall and on the right marked casting pores in the region corresponding to 
Fig. 4. It should be mentioned here that even when the specimens were cut carefully with a water cooled cutting wheel the 
stem in the brittle porous zone crumbled away and only at the third attempt was it possible to obtain a suitable whole 
specimen for examination. A section through a cracked region of the second impeller revealed a porous zone in the 



Fig. 4 Porous zone under a fracture edge of impeller I (shrinkage zone in Fig. 5). 20 x 


\ 

Fig. 5 Cavitation pits (<—) and porous zones in an unetched transverse section from an as yet unfractured 
region of impeller I. 2.5 x 

Fig. 6 shows a section of a cavitation region. The absence of corrosion products confirms that the surface here has been 
damaged by cavitation. 





Fig. 6 Microsection from a cavitation zone. 100 x 

From the results of the investigation it can be concluded that the cause of the damage is the porosity at the junction 
between back wall and blades arising during the casting process. Cavitation has not contributed to fracture but could also 
have led to damage in the long term in the case of a sound casting. It is therefore advisable in the manufacture of new 
impellers to take care not only to avoid porosity but also to use alloy GGL NiCuCr 15 6 3 which has a higher chromium 
content and which is more resistant to cavitation. 

Related Information 


Y. Chen, Cavitation Erosion, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
1002-1012 



Coolant Leakage Through a Cylinder-Head Exhaust Port Caused by Shrinkage 
Porosity 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: An engine cylinder head failed after operating just 3.2 km (2 miles) because of coolant leakage through the exhaust port. 
Visual examination of the exhaust ports revealed a casting defect on the No. 7 exhaust-port wall. A 0.9x examination of an 
unpolished, unetched longitudinal section through the defect indicated shrinkage porosity. This defect was found to interconnect the 
water jacket and the exhaust gas flow chamber. No cracks were found by magnetic-particle inspection. The gray iron cylinder head 
had a hardness of 229 HB on the surface of the bottom deck. The microstructure consisted of type A size 4 flake graphite in a matrix 
of pearlite with small amounts of ferrite, this evidence supported the conclusion that the cylinder-head failure resulted from the 
presence of a casting defect (shrinkage) on the No. 7 cylinder exhaust-port wall interconnecting the water jacket with the exhaust- 
gas flow chamber. No recommendations were made. 

Keywords: Castings; Cylinder heads; Porosity; Shrinkage 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


An engine cylinder head failed after operating just 3.2 km (2 miles) because of coolant leakage through the exhaust port. 


Investigation. The left-bank cylinder head was submitted for examination because of coolant leakage into the exhaust 
port. Visual examination of the exhaust ports revealed a casting defect on the No. 7 exhaust-port wall. A longitudinal 
section through the defect indicated shrinkage porosity. This defect was found to interconnect the water jacket and the 
exhaust gas flow chamber (Fig. 1). 



Fig. 1 Section from a failed cylinder-head exhaust port. The shrinkage porosity allowed engine coolant to leak 
into the exhaust port. Not polished, not etched. 0.9x 

No cracks were found by magnetic-particle inspection. The gray iron cylinder head had a hardness of 229 HB on the 
surface of the bottom deck. The microstructure consisted of type A size 4 flake graphite in a matrix of pearlite with small 
amounts of ferrite. 

Conclusion. The cylinder-head failure resulted from the presence of a casting defect (shrinkage) on the No. 7 cylinder 
exhaust-port wall interconnecting the water jacket with the exhaust-gas flow chamber. 

Related Information 


Failures Related to Casting. Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103— 
155 


Cracking in a Gray Iron Cylinder Head Caused by Microporosity 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: A cracked cylinder head was removed from an engine after approximately 16,000 km (10,000 miles) of service. The 
cylinder head was magnetic particle inspected by both the head and coil methods. The head was cracked on the rocker-arm pan rail 
next to the No. 3 intake port. The crack extended into the water jacket on the rocker-arm side of the head. Visual inspection did not 
reveal any indication of material deformation or mishandling. No indication of internal discontinuities could be seen during optical 
examination. Wall thickness at the thinnest section of failure measured 5.3 mm (0.210 in.). The specification minimum is 4.6 mm 
(0.180 in.). 100x/400x (etched with 2% nital) metallographic examination of three crack specimens showed that the microstructures 
consisted of predominantly types A and B graphite, flake size 4 to 6, in a matrix of medium-to-fine lamellar pearlite. The specimen 
taken near the No. 3 intake port has a higher-than-usual amount of free ferrite. This evidence supported the conclusion that the 
cracking was attributed to microporosity in the casting material. No recommendations were made. 

Keywords: Cracking (fracturing); Cylinder heads; Microporosity 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


A cracked cylinder head was removed from an engine after approximately 16,000 km (10,000 miles) of service. This 
cylinder head was submitted for failure analysis to determine the cause of cracking. 

Investigation. The cylinder head was magnetic particle inspected by both the head and coil methods. No indications 
were present on the cylinder head except those shown in Fig. 1 and 2. The head was cracked on the rocker-arm pan rail 
next to the No. 3 intake port. The crack extends into the water jacket on the rocker-arm side of the head. Visual inspection 
did not reveal any indication of material deformation or mishandling. The crack was opened for examination, and no 
indication of internal discontinuities could be seen during optical examination. Wall thickness at the thinnest section of 
failure measured 5.3 mm (0.210 in.). The specification minimum is 4.6 mm (0.180 in.). 




Fig. 1 Crack in a gray iron cylinder head, (a) Crack on side of head next to intake manifold No. 3. (b) Another 
view of the same crack, which ends at the water jacket vent plug. Both 0.5x 





Fig. 2 Additional views of the failed cylinder head shown in Fig. 1. (a) Fracture surface observed when the 
crack shown in Fig. 1 was opened. 0.5x. (b) Specimen taken from area adjacent to the vent plug showing 
microporosity. Etched with 2% nital. lOOx. (c) Same as (b), but at a higher magnification. 400x 

The hardness at the bottom deck of the cylinder head was 217 HB. The hardness at the pan rail adjacent to the crack was 
217 HB. This hardness is within the specified range of 192 to 241 HB. The chemical composition of this cylinder head as 
determined by spectrographic analysis was: 




Element 

Composition, % 

Carbon 

3.34 

Manganese 

0.55 

Phosphorus 

0.019 

Sulfur 

0.081 

Silicon 

2.22 

Chromium 

0.16 

Nickel 

0.038 

Molybdenum 

0.024 

Copper 

0.06 

Antimony 

0.03 

Iron 

rem 


Three specimens for metallographic examination were taken from the crack: one from the rocker-arm pan rail, one from 
the area next to the plug in the water jacket, and one from the area next to the No. 3 intake port. All sections were made 
perpendicular to the fracture plane. Microporosity was found intersecting the crack in the sections taken from the water 
jacket next to the plug and the area next to the No. 3 intake port. Figures 2(b) and 2(c) show the microstructure of the 
specimen taken from near the plug. A wave of microporosity travels midway between the inner and outer surfaces of the 
casting. It varies in width from 3.8 mm (0.150 in.) at the fracture to 7.6 mm (0.30 in.) at the specimen section edge on the 
sample taken next to the plug. There was no indication of microporosity in the specimen taken from the rocker-arm rail. 
The microstructures consist of predominantly types A and B graphite, flake size 4 to 6, in a matrix of medium-to-fine 
lamellar pearlite. The specimen taken near the No. 3 intake port has a higher-than-usual amount of free ferrite, 
approximately 5 to 10%. 

Conclusion. The cracking is attributed to microporosity in the casting material. The high operational stresses of the 
engine acting on a material discontinuity, such as microporosity in a web member, can produce cracking. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103- 
155 




Brittle Fracture of a Gray Iron Nut Due to Overload Caused by Misalignment in 
Assembly 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: A sand-cast gray iron flanged nut was used to adjust the upper roll on a 3.05-m (10-ft) pyramid-type plate-bending 
machine. The flange broke away from the body of the nut during service. Analysis (visual inspection and 150x micrographs of 
sections etched with nital) supported the conclusions that brittle fracture of the flange from the body was the result of overload 
caused by misalignment between the flange and the roll holder. The microstructure contained graphite flakes of excessive size and 
inclusions in critical areas; however, these metallurgical imperfections did not appear to have had significant effects on the fracture. 
Recommendations included carefully and properly aligning the flange surface with the roll holder to achieve uniform distribution of 
the load. Also, a more ductile metal, such as steel or ductile iron, would be more suitable for this application and would require less 
exact alignment. 

Keywords: Bending machines; Castings; Nuts (fasteners) 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Brittle fracture 


The sand-cast gray iron flanged nut shown in Fig. 1(a) was used to adjust the upper roll on a 3.05-m (10-ft) pyramid-type 
plate-bending machine. The flange broke away from the body of the nut during service. 




(b) 


Fig. 1 Sand-cast gray iron flanged nut that failed by brittle fracture, (a) Flanged nut, which was used to adjust 
a plate-bending roll, and the flange that fractured from the body. Dimensions given in inches, (b) Micrograph of 
a specimen from the flange showing coarse pearlite matrix, large graphite flakes (arrow A), manganese sulfide 
inclusions (arrow B), and silicate inclusions (arrow C). Etched with nital. 150x 

Investigation. Visual examination of the flange disclosed that the fracture was circumferential, extending diagonally 
from the threaded interior to the fillet where the flange joined the body of the nut (Section B-B, Fig. la); the fracture 
surface intersected the threads about 25 mm (1 in.) from the flange face. There were also four radial cracks in the flange, 


one of which (crack 4, View A-A, Fig. la) passed through the flange completely. None of the cracks entered the body of 
the nut. 

Metallographic examination of a nital-etched specimen taken from the flange (Fig. lb) revealed a matrix of coarse 
pearlite. Graphite flakes were distributed and oriented randomly, but were undesirably large. Several types of inclusions 
were observed, including sulfides, oxides, phosphides, and silicates. A large inclusion, believed to be manganese sulfide, 
was found along a prior-austenite grain boundary located on the surface of crack 2 at an inside corner. Sizable areas of 
iron sulfide were identified in the surface of crack 4. No evidence of ductility was found in any of the fracture surfaces, a 
condition to be expected in this material. 

Discussion. The coarseness of the graphite flakes and the presence of sizable inclusions constituted features of the 
microstructure that were not entirely satisfactory yet did not appeal - severe enough to have caused failure of such a large 
flanged nut. Because gray iron has little ductility and is susceptible to fracture by shock loads in bending, the roughly 
symmetrical array of radial cracks leading from the main fracture face suggested that the flange had been subjected to 
bending. 

The evidence indicated that the nut had been seated improperly against the roll holder (a result of careless installation, not 
of improper contours of the nut), which created a bending load at a point between cracks 1 and 4. Because of the low 
ductility of the material, redistribution of the load could occur only through crack initiation. This behavior may have been 
encouraged by inclusions near the surface, which served as stress raisers. After cracks 1 and 4 had started, the load 
shifted, and stresses were built up on the opposite side of the flange such that cracks 2 and 3 were initiated. 

Conclusions. Brittle fracture of the flange from the body was the result of overload caused by misalignment between 
the flange and the roll holder. The microstructure contained graphite flakes of excessive size and inclusions in critical 
areas; however, these metallurgical imperfections did not appeal - to have had significant effects on the fracture. 
Recommendations. The flange surface should be carefully and properly aligned with the roll holder to achieve 
uniform distribution of the load. A more ductile metal, such as steel or ductile iron, would be more suitable for this 
application and would require less exact alignment. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 

B.A. Miller, Overload Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 
671-699 


Corrosion-Fatigue Cracking of Gray Iron Cylinder Inserts From a Water-Cooled 
Locomotive Diesel Engine. 

From: L.E. Alban et at., Source Book in Failure Analysis, American Society for Metals, 1974, as published in J.J. Snyder, Failures of 
Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 344-379 

Abstract: Cracks formed on cylinder inserts from a water-cooled locomotive diesel engine, on the water side in the neck between 
the cylindrical part and the collar. Cracks were revealed by magnetic-particle inspection. As a rule, several parallel cracks had 
appeared, some of which were very fine. The part played by corrosion in the formation of the cracks was demonstrated with the help 
of metallographic techniques. The surface regions of the cracks widened into funnel form, which is a result of the corrosive influence 
of the cooling water. Actual corrosion pits could not be found indicating that the vibrational stresses had a greater share in the 
damage than the corrosive influence. Cracks appeared initially only in those engines in which no corrosion inhibitor had been added 
to the cooling water. The cracking was caused by corrosion fatigue. The combined presence of a corrosive medium and cyclical 
operating stress was needed to cause cracks. No cracks appeared when corrosion inhibitor was added to the cooling water. 
Keywords: Corrosion prevention; Inhibitors; Water chemistry 

Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 

Failure type: Corrosion fatigue 


On cylinder inserts from a water-cooled locomotive diesel engine, cracks formed on the water side in the neck between 
the cylindrical part and the collar. 

Investigation. Cracks in the region between the cylindrical part and the collar were revealed by magnetic-particle 
inspection (Fig. la). As a rule, several parallel cracks had appeared, some of which were very fine. These cracks are 
shown in Fig. 1(b) on a section of the collar subjected to magnetic-particle inspection. 



Fig. 1 Cracked cylinder insert collar, (a) Collar with cracks. 0.75x. (b) Section of the collar shown in (a); a 
magnetic-particle test on a white-painted section. 0.6x. Source: Ref 1 

Figure 2 shows a representative metallographic section of a crack in the unetched and etched conditions. The surface 
regions of the cracks widened into funnel form, as shown. The widening at the surface is a result of the corrosive 
influence of the cooling water. Actual corrosion pits, which often occur in corrosion-fatigue cases, could not be found. 
This observation indicated that in the present case the vibrational stresses had a greater share in the damage than the 
coiTosive influence. Although all of the inserts investigated had the same mechanical properties, cracks appeared initially 
only in those engines in which no corrosion inhibitor had been added to the cooling water. It must therefore be assumed 
that the fatigue strength of the cast iron was considerably reduced by the corrosiveness of the cooling medium. In this 
case also, the part played by corrosion in the formation of the cracks could be demonstrated only with the help of 
metallographic techniques. 



Fig. 2 Structure of the insert collar shown in Fig. 1. (a) Corrosion-fatigue crack; as-polished section showing 
the flake graphite form. 20x. (b) Section etched with 3% nital; at the corrosion-fatigue crack, the structure is 
pearlite and ferrite. 75x. Source: Ref 1 



Conclusion. The cracking was caused by corrosion fatigue. The combined presence of a corrosive medium and cyclical 
operating stress was needed to cause cracks. When corrosion inhibitor was added to the cooling water, no cracks 
appeared. 
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Failure of a Gray Iron Pump Bowl Because of Graphitic Corrosion from 
Exposure to Well Water 

From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: Deterioration of the vanes and a wearing away of the area surrounding the mainshaft-bearing housing of the pump bowl 
for a submersible water pump used in a well field were noticed during a maintenance inspection. The bowl was sand cast from gray 
iron and had been in service approximately 45 months. Visual examination of the vanes and the area surrounding the mainshaft- 
bearing housing revealed a dark corrosion product that was soft, porous, and of low mechanical strength. There were areas with 
severe erosion. Macrographs of sections through the pump shell and a vane showed darker areas representing graphitic residue and 
corrosion products that were not removed by erosion. Exposure of the pump bowl to the well water resulted in graphitic corrosion, 
which generated a soft, porous graphitic residue impregnated with insoluble corrosion products. Failure of the pump bowl resulted 
from the continuous erosion of the residue by action of the water within the pump. 

Keywords: Corrosion products; Erosion; Residues; Sand castings 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Dealloying/selective leaching 


Deterioration of the vanes and a wearing away of the area surrounding the mainshaft-bearing housing of the pump bowl 
for a submersible water pump used in a well field (Fig. la) were noticed during a maintenance inspection. The bowl was 
sand cast from gray iron and had been in service approximately 45 months. An inspection of the pump after 24 months of 
service did not reveal a serious condition, although some wear was noticed. Several pumps of the same design and 
material but of different sizes were operating in the well field. 




Fig. 1 Sand-cast gray iron pump bowl that failed due to graphitic corrosion and erosion, (a) Section through 
the pump bowl, (b) and (c) Macrographs of sections through the corroded areas in the pump shell and vane, 
respectively, showing graphitic residue not eroded by the action of water with in the pump. Both 7x 

Investigation. Visual examination of the vanes and the area surrounding the mainshaft-bearing housing revealed a 
dark corrosion product that was soft, porous, and of low mechanical strength. Also, there were areas in which severe 
erosion had occurred (Fig. la). Macrographs of sections through the pump shell and a vane are shown in Fig. 1(b) and 
1(c). The darker areas on both photographs represent graphitic residue and corrosion products that were not removed by 
erosion. Chemical analysis of the pump material confirmed that it was gray iron. 

Conclusion. Exposure of the pump bowl to the well water resulted in graphitic corrosion, which generated a soft, 
porous graphitic residue impregnated with insoluble corrosion products. Failure of the pump bowl, however, resulted 
from the continuous erosion of the residue by action of the water within the pump. 

Related Information 

Forms of Corrosion, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 761-795 




Graphitic Corrosion of a Gray Iron Water-Main Pipe Resulting in a Corroded- 
Through Hole 


From: J.J. Snyder, Failures of Iron Castings, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
344-379 


Abstract: A section of cast iron water-main pipe contained a hole 6.4 cm long x 3.8 cm wide (2.5 x 1.5 in. This pipe was laid in a 
clay-type soil. Examination revealed severe pitting around the hole and at the opposite side of the outside diameter. A macroscopic 
examination of a pipe section at the hole area showed that the porosity extended a considerable distance into the pipe wall. 
Metallographic examination revealed a graphite structure distribution expected in centrifugally cast iron with a hypoeutectic carbon 
equivalent. Chemical analyses of a nonporous sample had a composition typical of cast iron pipe. Chemical analyses the porous 
region had a substantial increase in carbon, silicon, phosphorus and sulfur. The porous appearance, and the composition of the soft 
porous residue confirmed graphitic corrosion. The selective leaching of iron leaves a residue rich in carbon, silicon, and phosphorus. 
The high sulfur content is attributed to ferrous sulfide from a sulfate-reducing bacteria frequently associated with clay-type soils. 
Reinforced coal tar protective coating was recommended. 

Keywords: Bacteria; Clay (material); Porosity; Residues; Soils (types) 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 
Failure type: Dealloying/selective leaching 


A section of cast iron water-main pipe containing a hole 6.4 cm long x 3.8 cm wide (2.5 x 1.5 in.) was submitted to 
determine the cause of failure. This pipe was laid in a clay-type soil. 

Investigation. Visual-optical examination revealed severe pitting on the outside diameter of the pipe around the hole 
and at the opposite side of the outside diameter (Fig. la to d). 



Fig. 1 Views of a failed gray iron water pipe, (a) Outside surface of pipe at the region of the side-wall hole. 
0.2x. (b) Close-up of hole from the outside. 0.4x. (c) Outside surface of the pipe 180 ° from the hole. 0.2x. 
(d) Close-up of hole from inside. 0.5x. (e) Section of pipe at hole area showing porosity and graphitic residue. 
5x. (f) Section of pipe at hole area showing porosity progressing from surface toward interior of pipe. 5x 

A macroscopic examination of a pipe section at the hole area showed that the porosity extended a considerable distance 
into the pipe wall from the hole surface (Fig. le and f). This indicated that the porous condition at the inside diameter of 
the pipe was merely an extension of the more severe porosity at the outside diameter. 

Metallographic examination revealed a type E graphite structure at the outside diameter of the pipe. Toward the center of 
the wall thickness, types A, B, and D graphite were observed. This graphite structure distribution is expected in a typical 
centrifugally cast iron with a hypoeutectic carbon equivalent. Figure 2(a) exhibits a lacy-network microstructure 
coinciding with a type E dendritic graphite distribution. Figure 2(b) shows the porous condition and its association with 
the graphite in the structure. 




Fig. 2 Microstructure of the failed water pipe shown in Fig. 1. (a) A lacy network of porous residue. 27x. (b) 
Porosity associated with the graphitic structure. 135x 

Chemical analyses of the pipe were made in two regions near the hole. One sample exhibited a pronounced porous 
condition, and a second sample exhibited no porosity. The chemical analyses of these two regions were Fe- 11.34C- 
4.30Si-0.322P-0.44S for the porous sample and Fe-3.75C-l.36Si-0.175P-0.024S for the nonporous sample. The 
nonporous sample had a composition typical of cast iron pipe. The porous region, however, had a substantial increase in 
the four elements analyzed. The carbon and silicon ratios were of the order of 3:1. The sulfur increase was extremely high 
(18:1). 

Conclusions. The porous appearance, the soft porous residue, and the composition of the residue confirmed graphitic 
coiTosion. The environmental reaction started from the outside. The presence of a sulfate-reducing bacteria is frequently 
associated with clay-type soils. The selective leaching of iron by this region leaves a residue rich in carbon, silicon, and 
phosphorus. The high sulfur content is attributed to the accumulation of ferrous sulfide from the reaction of the bacteria 
(Ref 1, 2). 

Recommendations. Reinforced coal tar protective coating was recommended to prevent this corrosion associated 
with the soil condition. 
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Shell and Head Cracking in Gray Cast Iron Paper Machine Dryer Rolls 


From: R.T. King, Failures of Pressure Vessels, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
643-669 


Abstract: Several cases of failures in gray cast iron paper machine dryer rolls were evaluated. The roles were found have ground 
outer cylindrical surfaces on which the paper web is dried. They were found to rotate about their longitudinal axes at speeds from 50 
to 250 rpm while containing saturated steam from 35 to 380 kPa. Failures were found to occur in the shell body, in a head near a 
hand hole or a manhole opening, or in a head near the journal-to-head interface. A cleavage fracture was revealed by scanning 
electron microscopy regardless of the driving stress for failure. Fracture surface were found to exhibit chevron marks typical of 
fatigue or raised points or tears pointing in the direction of the probable origin of failure. The characteristics of the thin-wall cast iron 
structures like the variation in composition due to pouring from multiple ladles, variation in solidification rates, and variation in 
tensile strength to be noted during inspection were described. 

Keywords: Cracking (fracturing); Dryer rolls; Paper machines 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure types: Casting-related failures; (Other, general, or unspecified) fracture 


Unlike the individual examples of failures discussed throughout this article, several failures of dryer rolls will be 
addressed in this example. Most of these gray iron structures were cast in the 1890-1920 time frame when they were not 
covered by pressure vessel codes. The rolls are typically 0.3 to 0.9 m (1 to 3 ft) in diameter and range to about 3.7 m (12 
ft) in length, with ground outer cylindrical surfaces on which the paper web is dried. They are unique pressure vessels in 
that they rotate about their longitudinal axes at speeds from 50 to 250 rpm while containing saturated steam from 35 to 
380 kPa (5 to 55 psi). During its service life, a roll may be subjected to a variety of unrecorded operating conditions. 
Repair, regrinding, and wear in service all change the dimensions and stresses applied under given loads. Several 
constructions are found. The heads may be cast integrally with the cylindrical bodies or cast separately and bolted to the 
shells. The wall thicknesses of the shells, and especially those of the heads, may vary; artistically cast company names, 
logos, and raised reinforcements are frequently found. 

Service failures typically occur in the shell body, in a head near a hand hole or a manhole opening, or in a head near the 
journal-to-head interface. Examples of these failures are shown in Fig. 1 and 2. Detailed fractographic analyses using 
SEM techniques invariably show a cleavage fracture, regardless of the driving stress for failure. Fracture surfaces may 
exhibit the chevron marks typical of fatigue or may have raised points or tears pointing in the direction of the probable 
origin of failure. Heavy rust, patches of oil, or other contaminants can indicate the existence of cracks older than the final 
failure. 










Fig. 2 Both sides of a journal-to-head failure in a cast iron paper-roll dryer, (a) Bottom of failed dryer, (b) The 
failed bolted-on head 



When analyzing one of these failures, the analyst should be aware of the following characteristics of thin-wall cast iron 
structures: 

• Castings are frequently poured from multiple ladles; therefore, the chemical composition and composition- 
dependent properties can vary widely within a given roll 

• The cooling rates and solidification directions can vary dramatically with locations, producing anisotropic 
structures with variations in tensile strength up to 20% in different principle directions. The shapes and 
orientations of inclusions and other defects also vary widely. A single orientation of samples for metallographic 
analysis is not generally sufficient to characterize a microstructure 

• The combinations of these factors can lead to tensile-strength variations up to 20% within a shell (excluding 
anisotropy effects) 

For any specific failure, an immediate cause may be determinable, either in the material or in the recent service history. 
Flowever, the analyst should be wary of the long histories of these vessels. Owners and operators of these vessels are 
concerned with developing end-of-life criteria and inspection methods for these and similar older pressure vessels. 

Related Information 
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Cracked Cast Iron Crankcases 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The front wall of a cast iron crankcase cracked at the transition from the comparatively minor wall thickness to the thick 
bosses for the drilling of the bolt holes. Metallographic examination showed the case was aggravated by the fact that the casting had 
a ferritic basic structure and the graphite in part showed a granular formation, so that strength of the material was low. In a second 
crankcase with the same crack formation the structure in the thick-wailed part was better. But it also showed granular graphite in 
the ferritic matrix in the thin-walled part between the dendrites of the primary solid solution precipitated in the residual melt. A third 
crankcase had fractures in two places, first at the frontal end wall and second at the thinnest point between two bore holes. In all 
three cases casting stresses caused by unfavorable construction and rapid cooling were responsible for the crack formation. A fourth 
crankcase had cracked in the bore-hole of the frontal face. In this case the cause of the fracture was the low strength of a region 
that was caused by a bad microstructure further weakened by the bore hole. 

Keywords: Casting defects; Cooling rate; Crankcases 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


The front wall of a cast iron crankcase cracked at the transition from the comparatively minor wall thickness to the thick 
bosses for the drilling of the bolt holes. This transition was abruptly formed as can be seen from Figs. 1 and 2. The dark 
coloration of a part of the fracture plane indicated that the crack originated in the thin-walled part. This crack propagation 
led to the conclusion that shrinkage stresses were the cause of the cracks, because the adjoining thick-and thin-walled cast 
parts freeze and shrink at different times. A differential shrinkage causes the more damage, that is, the stresses at the cross 
sectional transition are the higher, the faster the piece cools down, and the more abrupt the cross sectional transition is 
formed. The stresses may already lead to crack formation during cooling, or they may remain in the piece as residual 
stresses, which are later superimposed on operating stresses and thereby favor the fracture at this particular point. 





Fig. 2 Fracture of first crankcase. 1 x 

As could be seen from the metallographic examination the case was additionally aggravated by the fact that the casting 
had a ferritic basic structure and the graphite in paid showed a granular formation (Figs. 3 and 4), so that strength of the 
material was low. 



Fig. 3 Structure of first crankcase, etch: Picral. 200 x Normal flake graphite 




Fig. 4 Structure of first crankcase, etch: Picral. 200 x Granular graphite. 



In a second crankcase with the same crack formation the structure in the thick-wailed part was better (Figs. 5). But it also 
showed granular graphite in the ferritic matrix (Figs. 6) in the thin-walled part between the dendrites of the primary solid 
solution precipitated in the residual melt. 


y 

•u 


Fig. 5 Structure of second crankcase. 100 x a. Unetched. In the thick-walled part. Structure of second 
crankcase. 100 x b. Picral. In the thick-walled part. 




Fig. 6 Structure of second crankcase. 100 x a. Unetched. In the thin-walled part with crack. Structure of 
second crankcase. 100 x b. Picral. In the thin-walled part with crack. 

A third crankcase (Fig. 7) had fractures in two places, first at the frontal end wall (—> a) and second at the thinnest point 
between two bore holes (—> b). Figures 8 and 9 show in larger scale sectors of the front wall with the fracture which is 
stained with alumina for easier recognition. In the cross sectional cut of Fig. 10 it can be discerned more easily that the 
fracture occurred at that point where the case is but 5 mm thick, whereas it becomes thicker toward both sides. The 
structure in this case as well as that of the thin-walled paid of the second case consisted of pearlitic dendrites and a 
connecting enveloping network of ferrite and granular graphite (Fig. 11). The same structure could be found at the other 
point of fracture (b), where the wall between the borings in the raw casting was only 6 mm thick and was later worked 
down to 2.3 mm (Fig. 12). The thick-walled places on the other hand had a normal ferrite-deficient structure (Fig. 13). 




Fig. 7 Third crankcase with cracks. 0.25 x 




Fig. 8 External view. 




Fig. 9 Internal view 




Fig. 10 Section through crack region a in Fig. 7, etch: Picral. 1 x 



Fig. 11 In the thin-walled part at the crack region a in Fig. 7. 100 x 



Fig. 12 In the thin-walled part at the crack region b in Fig. 7. 500 x 


Fig. 13 In the thick-walled part next to crack region a in Fig. 7. 500 x 

In all three cases casting stresses caused by unfavorable construction and rapid cooling must be held responsible for the 
crack formation. Additional impetus was probably provided by the formation of a supercooled microstructure of low 
strength based on the same causes. 

A fourth crankcase had cracked in the bore-hole of the frontal face. One of the cracks was so narrow that it was made 
visible only by magnetic particle inspection (Figs. 14 and 15). Both branches could be discerned as independent cracks 
according to the fracture path. 






Fig. 15 Sections with crack region from the fourth crankcase after magnetic particle inspection. 1 x External 
face. 

The structure of the casting was permeated with clusters of granular graphite and ferrite near the surface as well as in the 
interior (Figs. 16 and 17). 






Fig. 17 Microstructure of fourth crankcase, etch: Picral. 100 x Inside. 

In this case the cause of the fracture must be considered to be the low strength of a region that was caused by the bad 
microstructure and which was further weakened by the bore hole. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103— 
155 


Cracked Bearing Caps Made of Cast Iron 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Cast iron bearing caps in tractor engines fractured repeatedly after only short operating periods. The fracture originated in 
a cast-in groove and ran approximately radially to the shaft axis. The smallest cross section was at the point of fracture. The core 
structure of the caps consisted of graphite in pearlitic-ferritic matrix. Casting stresses did not play a decisive role because of the 
simple shape of the pieces that were without substantial cross sectional variations. Two factors exerted an unfavorable effect in 
addition to comparatively low strength. First, the operating stress was raised locally by the sharp-edged groove, and second, the 
fracture resistance of the cast iron was lowered at this critical point by the existence of a ferritic bright border. To avoid such 
damage in the future it was recommended to observe one or more of the following precautions: 1) Elimination of the grooves; 2) 
Remove the ferritic bright border; 3) Avoid undercooling in the mold and therefore the formation of granular graphite; 4) Inocculate 
with finely powdered ferrosilicon into the melt for the same purpose; and, 5) Anneal at lower temperature or eliminate subsequent 
treatment in consideration of the uncomplicated shape of the castings. 

Keywords: Annealing; Bearing caps; Castings; Stress relieving 


Material: Gray iron (Gray (flake or lamellar graphite) cast iron) 


Failure type: Casting-related failures 


Cast iron bearing caps in tractor engines fractured repeatedly after only short operating periods. Two of the pieces were 
examined initially. Both showed the same phenomena, externally as well as in metallographic section. The fracture 
originated in a cast-in groove and ran approximately radially to the shaft axis as shown in Fig. 1. The smallest cross 
section was at the point of fracture. 



Fig. 1 Side view of fractured bearing cap. 1 x 




Furthermore, a shape-conditioned stress peak may have been formed at the bottom of the groove that had a rounded-off 
radius of only 2 mm. 

For metallographic examination, sections were made at the notch base parallel to the fracture. Figure 2 shows one of the 
sections at a 3:1 scale. The larger ferrite clusters arc especially noticeable. They are permeated by fine granular graphite 
which could be seen at higher magnification (Figs. 3 and 4). In one piece a narrow streak with ferritic matrix (Fig. 5) 
extended under the entire surface. This led to the conclusion that the casting had been annealed at a comparatively high 
temperature for stress relief. The core structure of the caps consisted of graphite in pearlitic-ferritic matrix (Figs. 6 and 7). 
The average Brinell hardness was 160 kgf/mm 2 , from which a low strength could be inferred._ 



Fig. 2 Section through groove parallel to fracture, etch: Picral. 3 x 








Fig. 4 Microstructure in edge zone, etch: Picral. 500 x. 



Fig. 5 Microstructure at surface etch: Picral. 100 x 




Fig. 6 Core structure, etch: Picral. 100 x 



Fig. 7 Core structure, etch: Picral. 500 x 

Accordingly, the following may be stated about the fracture cause: Casting stresses did not play a decisive role because of 
the simple shape of the pieces that were without substantial cross sectional valuations. There appeared to be two factors 
exerting an unfavorable effect in addition to the comparatively low strength. First, the operating stress was raised locally 



by the sharp-edged groove, and second, the fracture resistance of the cast iron was lowered at this critical point by the 
existence of a ferritic bright border. The granular precipitate of the graphite and the ferritic microstructure caused thereby 
are a consequence of delayed solidification due to undercooling. The ferrite formation may have been further accelerated 
by the annealing. This structure showed low strength that had a particular damaging effect on the bottom of the groove at 
high operating stress. 

In order to avoid such damage in the future it was recommended to observe one or more of the following precautions: 1. 
Elimination of the grooves, which would simultaneously strengthen the cross section and relieve the notch effect. 2. 
Removal of the ferritic bright border. 3. Slow cooling in the mold in order to avoid undercooling and therefore the 
formation of granular graphite. 4. Inocculation of finely powdered ferrosilicon into the melt for the same purpose. 5. 
Annealing at lower temperature or elimination of subsequent treatment in consideration of the uncomplicated shape of the 
castings. 

Three more fractured heal ing caps were subsequently examined in order to state particulars for this specific case about the 
wellknown effect of chemical composition 1). These were compared with 5 others that gave satisfactory service over 
longer operating periods. Mean values for both groups are given in the following table: 


Bearing caps 

C % 

graphite % 

Si % 

Mn % 

P% 

S % 

Sc 

fractured 

3,55 

3,05 

2,74 

0,65 

0,109 

0,064 

1,06 

not fractured 

3,25 

2,73 

2,62 

0,66 

0,312 

0,124 

0,97 


In addition to the stated determinations, spectrographic analyses were conducted for additions of chromium, nickel, 
copper, vanadium, titanium among others, but in no case could additions be found that exceeded the customary quantities. 
The saturation value Sc that signifies the position of the alloy in relation to the eutectic composition (S ( = 1) was 
calculated according to the formula: 

a-tzn r 


This value is important because it is a measure of the tendency toward carbide decomposition as well as of the strength of 
the cast iron. 

Carbon, graphite and silicon contents were significantly higher for the fractured caps than for the satisfactory caps, while 
phosphorus and sulphur contents were lower. Saturation value, too, was higher for the fractured caps than for the 
satisfactory ones in spite of lower phosphorus content. All unsatisfactory caps showed a hypereutectic composition with 
Sc = 1.03 to 1.09, while all satisfactory ones had a hypoeutectic composition with Sc = 0.96 to 0.98. According to the 
relation stated by P. A. Heller and H. Jungbluth 1) a B = 100 - 80 Sc the fractured caps should show a strength of 15 
kgf/mrn 2 , while the good caps should have a strength of 22 kgf/mrn 2 . This is expressed in the Brinell hardness as well, that 
has an average of 164 for the fractured caps and of 204 kgf/mrn 2 for the satisfactory caps. 

Accordingly, metallographic examination of sections of the groove bottom showed for the good caps an improved, i.e. a 
ferrite-deficient edge and core structure (Figs. 8 and 9) as compared to the broken ones (Figs. 10 and 11). 





Fig. 8 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap of hypoeutectic cast 
iron. 3 x 


Fig. 9 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap core structure 
according to Fig. 8. 200 x 



Fig. 11 Effect of composition on microstructure, radial sections in groove, etch: Picral. Cap core structure 
according to Fig. 10. 200 x 







The composition of the cast iron should therefore be held in the hypoeutectic alloy range. 

It remained to be investigated what effect stress relief annealing had on the ferrite content of the structure. For this 
purpose a number of untreated caps were annealed for 2h at 550, 575, 600, 650 and 750° C, respectively, after their 
structure was determined in the as-cast condition. 

Even the non-annealed specimens showed ferrite clusters with granular graphite under the surface as well as in the core in 
minor proportion corresponding to the favorable composition of the casting. Therefore the ferrite did not result from 
carbide decomposition during annealing. No change was noticeable in the structure of the annealed specimens at 
temperatures of up to 625°C (Fig. 12). But most of the pearlitic matrix had decomposed after annealing for 2 hours at 
650° C (Fig. 13). Already for 625° C Brinell hardness had decreased from 189 to 171 kgf/mm 2 , and for 650° C and 750° 
C it had dropped further to 132 and 121 kgf/mm 2 , respectively. 


Fig. 12 Effect of annealing temperature on core structure of bearing caps of hypoeutectic cast iron, etch: 
Picral. 2 h at 625°/ain 100 x 




Fig. 13 Effect of annealing temperature on core structure of bearing caps of hypoeutectic cast iron 
Picral. 2 h at 650°/air- 200 x 

Therefore, there are no objections to stress relief annealing if the temperature does not exceed 600° C. 


1. P. A. Heller, H. Jungbluth, GieBerei 42 (1955) 255/257 
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Failure of Hose Clamp 

C. Howard Craft, Senior Metallurgist, Magnaflux Corp. Testing Laboratories 


From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society for Metals, 1974, p 170 


Abstract: A helicopter rapidly lost altitude and struck a tree, causing a fire and severe damage. The hose clamp which was the 
subject of this investigation was one of two used on a short length of hose between the turbocharger and the carburetion system. 
The purpose of this examination was to determine whether the hose failed during or before the accident. Fracture in the failed clamp 
was accompanied by obvious permanent deformation and evidence of local shearing at the ends of the perforation where fracture 
occurred, and in the adjacent perforation. The first test involved tightening the clamps to failure with a torque wrench. In no case 
did the band material fracture. In a second attempt to duplicate the failure, a tensile testing machine was used to pull the two 
fittings apart while the hose was clamped in place. When the testing machine was operated at maximum head travel (approximately 
20 in. per min), one of the hose clamps broke in the same manner as the clamp in question. The manner of failure during the 
tension test indicated this clamp failed at the time of the crash because of a sudden separation between the turbocharger and the 
remainder of the aircraft. 

Keywords: Aircraft components; Carburetors; Clamps; Helicopters; Turbochargers 


Material: Metal (Metal, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Careful investigation of the flight log and accident reports indicated that a helicopter rapidly lost altitude and struck a tree, 
causing a fire and severe damage. In cases of this kind, it is common to investigate all parts which have failed. The object 
is to determine whether such failures were caused by the accident, or whether they may have contributed to it. The hose 
clamp which was the subject of this investigation was one of two used on a short length of hose between the turbo-charger 
and the carburetion system (Fig. 1). Failure of this hose prior to the accident could have caused a serious lack of power. 



Fig. 1 Question may arise whether failure occurred before, during, or after an accident. In this instance, one of 
two hose clamps was damaged in a helicopter crash. 

One investigator, on the basis of prior examination, came to the conclusion that the clamp did in fact fail prior to the 
accident due to overtorqueing of the tightening mechanism. Other investigators felt that the conclusion was not 










necessarily justified. The basic puipose of this examination was to determine whether the hose failed during or before the 
accident. 

Of the two clamps from the aircraft in question, one was in place and did not appeal - to have been disturbed during the 
accident. The other clamp failed in the last perforation. 

In the unfailed clamp, the perforations were damaged to some degree, and there was a tendency for the worn assembly to 
pull away from the band. Interestingly, damage to the tightening mechanism and the perforations in the failed clamp was 
less than that shown in the unfailed clamp. The fracture in the failed clamp was accompanied by obvious permanent 
deformation and evidence of local shearing at the ends of the perforation where fracture occurred, and in the adjacent 
perforation. 

Close examination of the fracture surfaces failed to disclose any evidence of a material or manufacturing defect. For this 
reason, it seemed neither desirable nor necessary to examine the microstructure of the material, or to do any destructive 
tests on the clamp itself. The approach, therefore, was to attempt to duplicate the fracture in a suitable laboratory test. 
Since a previous investigator had concluded that failure was due to overtightening, the first test to be run involved 
tightening the clamps to failure with a torque wrench. In no case did the band material fracture. The damage was in the 
tightening mechanism itself. The perforations and the metal between were severely scored and distorted. The worm 
mechanism tended to pull away from the band. 

In a second attempt to duplicate the failure, a tensile testing machine was used to pull the two fittings apart while the hose 
was clamped in place in a normal manner. Since the end of each fitting had an enlarged diameter, this pulling action 
resulted in a hoop tension stress in each clamp. When a slow rate of head travel was used, the tendency was for the hose 
material to extrude beneath the clamp, causing no clamp failure. When the testing machine was operated at maximum 
head travel (approximately 20 in. per min), one of the hose clamps broke in the same manner as the clamp in question. 
Except for slight rusting, and other evidence of use, it would have been impossible at this point to distinguish between the 
three test items and the clamp in question. 

It is clear that failure did not occur as a result of overtightening. The manner of failure during the tension test allows a 
solid conclusion that this clamp failed at the time of the crash because of a sudden separation between the turbocharger 
and the remainder of the aircraft. 


Laser Surface Mapping of a Canister Closure Weld 

G.E. Weeks, Westinghouse Savannah River Company 


From: G.E. Weeks, Laser Surface Mapping of a Canister Closure Weld, Practical Failure Analysis, Vol 1 (No. 4), Aug 2001, p 39-46 

Abstract: Laser surface mapping of a canister closure weld provided data that was used to generate three-dimensional images of 
the weld failure. These images were invaluable in that they allowed people who did not have access to the canister to see the 
anomaly in great detail. This aided in the scientific examination while reducing exposure to the radiologically contaminated canister. 
Precise measurements from the surface maps provided useful information about the location of weld features that were used in the 
examination of the weld failure. Laser surface mapping proved to be a powerful addition to the nondestructive examination tools 
available for surface phenomena. 

Keywords: Imaging surface maps; Nondestructive examination 


Material: Metal (Metal, general) 


Failure type: Joining-related failures 


Introduction 

The Savannah River Site (SRS) is a special nuclear materials production facility owned by the U.S. Department of Energy 
and operated by a consortium of companies led by westinghouse Savannah River Co. (WSRC). Seven people were 
radiologically contaminated on 1 September 1999 while doing a routine survey of a plutonium storage vault. Further 
investigation of the incident revealed the cause to be a hole in the closure weld of a plutonium storage canister. WSRC 
and the Department of Energy launched in-depth investigations to identify the cause of the failure. As a part of these 
investigations, a detailed evaluation of the canister was undertaken. This evaluation included laser surface mapping of the 
weld region of the canister. 

This report details the laser surface mapping activity and demonstrates the potential utility of this technology in failure 
investigations. 



Discussion 


Normal Canister Production 

A brief description of the canister welding process is given here in an effort to clarify later descriptions and conclusions. 
The canister consists of two parts: the can and the plug. The canister is a circular cylinder closed at the bottom. It is 4.6 in. 
in diameter. 13.87 in. tall, and has a wall thickness of 0.044 in. There is a small shoulder cut on the inside of the can 
where the plug is positioned. The wall thickness below the shoulder is 0.060 in. 

The plug is a hollow circular cylinder closed at the top and bottom. It is 4.507 in. in diameter. 0.75 in. tall, and has a wall 
thickness of 0.120 in. There is a screw fitting in the top center of the plug for attaching a positioning rod. 

With the can inserted into the glovebox sphincter seal, plutonium is placed in the canister. The plug is then positioned on 
the shoulder inside the can. The can is back-filled with helium and welded closed. 

The Gas Tungsten Arc Welding (GTAW) autogenous process is used to close the canister. The canister is clamped in 
place and the GTAW electrode is moved around the outside of the canister. Before the continuous weld is started, three 
tacks approximately 90° apart are made. The continuous weld starts approximately 90° from the third tack weld and 
continues for 15 in. (canister circumference is about 14.4 in.) providing a 0.6 in. weld overlap. The welder then ramps 
down for an additional 1.06 in. and the welding process is complete. 

After the canister has been welded, it is cut using a rolling wheel cutter similar to a tubing cutter. The cut is done in the 
center of the weld and separates the plutonium-containing canister from the stub, which stays in the glovebox and 
provides the glovebox containment. 

The Process 

A laser system was used to map the surface of the canister. The surface map is generated using the laser to measure the 
distance from a fixed position to the surface of the canister as it is rotated. The distance measurements are very precise 
with resolution to approximately 0.2 pm. Based on the calibration data generated, the accuracy of these distance 
measurements is +10 pm, with 95% confidence. 

Test Preparations 

A series of tests had to be performed with the surface mapping equipment prior to mapping the canister. The mapping 
equipment was originally developed to use weld surface topography to provide unique identification of canisters 
containing radioactive materials. 

This was the first time laser surface mapping has been applied to this type of nondestructive examination. As a result, 
several operating parameters of the mapping system had to be modified. These parameters defined the size of the canister 
to be mapped, as well as the resolution and range of the mapping operation. 

Operation of the system was verified by mapping a surrogate canister several times and using comparison software that 
was designed for canister identification to measure the repeatability of the mapping operation. 

The canister was cut in half to remove the plutonium. After this operation the canister was no longer tall enough for the 
mapping, thus it was necessary to build a small platform to hold the canister at the proper height. It was also necessary to 
fix the canister to the platform. This was accomplished by using a piece of foam that was cut to fit the inside diameters of 
the canister and the platform. 

Reflectivity Error 

The LDS used in the mapping system was designed for use on diffuse surfaces, thus there was concern that the reflectivity 
of the shiny stainless steel canister surface could increase the variability in the measurements. 

The LDS was taken to a Coherent Optical Measurements Lab to quantify the error caused by can surface reflectivity. A 
three-dimensional micrometer stage was used to precisely move the LDS with respect to the surface of a surrogate 
canister. A picture of the test apparatus is shown in Fig. 1. 




Fig. 1 Reflectivity error test apparatus 

This test was not intended to be a rigorous calibration, but rather a characterization of the variability introduced by the 
reflectivity of the canister surface. The test was done with the laser pointed at the center of the weld surface. 
Measurements were taken every 0.01 mm over a range of 0.1 mm. Four segments of the instrument range were tested; the 
segment ranges are listed below: 

0 mm through 0.1 mm 
1.5 mm through 1.4 mm 
1.5 mm through 1.6mm 
-1.5 mm through -1.4 mm 

In each test segment, the micrometer stage was zeroed with the LDS. During these tests, the LDS and micrometer stage 
agreed to within 2.5 pm and measurement variation was observed to be + 0.2 pm. Similar tests were made using a black 
target over range segments from 0.0 to 2.5 mm with similar results. These tests clearly showed that the surface reflectivity 
did not adversely impact the precision of the surface map. 

At the conclusion of these apparatus validation tests, the mapping apparatus was installed in a radiological hood. A 
picture of the mapping apparatus after installation is shown in Fig. 2. 






Fig. 2 Laser surface mapping apparatus 

Mapping the Weld 

The weld mapping included three independent maps of the canister surface. The actual canister during the mapping 
process is shown in Fig. 3. 



Fig. 3 Mapping the weld 

There are a series of 150 segments in each map. Each segment is comprised of 7200 measurements of the distance 
variation between the LDS and the canister surface at one elevation over one 360° revolution. Each map segment is 
separated from its neighbors by 50 pm. Therefore, the top 7.5 mm of the canister was mapped with a resolution 50 pm by 
50 pm in the x and y planes and 1 pm in the z plane. 


Data Analysis 


Using the map comparison software developed for canister identification, 10 randomly selected segments from each of 
the three maps were compared to corresponding segments from the other two. The results show that comparable segments 
between any two maps repeat with a RMS difference of less than 5 pm and correlate to better than 0.99 (on a scale from 


0-1). The output of the comparison software for a typical map segment is shown in Fig. 4. 
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Fig. 4 Comparison plot 

A plot of the difference between the two map segments is shown in Fig. 5. As can be seen, the difference between 
segments is largely random, implying that noise, and not a systematic difference, introduced the error. 
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Fig. 5 Difference plot 

Even though a single line appears in Fig. 4, two lines are actually displayed. The two lines are so nearly the same that the 
difference cannot be seen at that magnification. A portion of the data plotted in Fig. 4, magnified 33x on the X-axis and 
17x on the Y-axis, is shown in Fig. 6. As before, the two plots are nearly indistinguishable. 
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Fig. 6 Comparison plot magnified 

Imaging 

Using the Interactive Data Fanguage. three-dimensional images of the data were generated and joined into a video clip. 
The images in the video clip were used to locate features of interest in the weld (e.g. tack locations and the continuous 
weld start/stop location) and to examine the physical characteristics of the hole in the weld. 

The area of the second tack weld is shown in Fig. 7. The hole and an adjacent globule in the weld are clearly visible. The 
weld line of the continuous weld is visible across the globule, indicating that the globule was present before the 
continuous weld process, and therefore, was created during the tack. Previous visual observations also identified that the 





hole and globule are at the location of the second tack. The volume of the globule is significantly larger than the volume 
of the hole. This suggests a corresponding loss of material in the upper half of the weld where the canister was separated 



Fig. 7 Weld failure area 

A horizontal cross-section of the hole looking from the center toward the top of the can is shown in Fig. 8. 



Fig. 8 Weld hole, section 1 

From the smooth transition of the top of the hole to the plug surface, it appears that this portion of the weld fused to the 
plug. The smooth side of the hole suggests that the hole was never sealed. Subsequent SEM verified this observation. 

The same cross-section of the hole viewed toward he bottom of the canister is shown in Fig. 9. The arrow marks a section 
of the weld that did not fuse to the plug. 



Fig. 9 Weld hole, section 2 (arrow marks section of weld that did not fuse to the plug) 

Feature Measurements 

The map data can also be used to make measurements of weld features. Table 1 contains measurements of the tacks and 
the start and stop points of the continuous weld. The reference point for these measurements is the top dead center of the 
canister when the plug identification stamp is located horizontally and is readable from left to right. 








Table 1 Measurements of tacks and start and stop points of the continuous weld 


Feature Location, deg. Length, deg. Length, in. Program weld length, in. 


1st Tack 

155 

22.5 

0.903 

0.9 

Between 1st and 2nd tack 

132.5 

58 

2.328 

2.4 

2nd Tack 

74.5 

22.5 

.903 

0.9 

Between 2nd and 3rd tack 

52 

74.5 

2.991 

2.88 

3rd Tack 

337.5 

22.5 

0.903 

0.9 

Between 3rd tack and start 

315 

60.5 

2.428 

2.88 

Start/Stop 

254.5 

43.5 

1.746 

1.69 

Between stop and 1st tack 

211 

56 

2.248 

1.9 

Total 


360 

14.45 

14.45 


Interpreting the weld map with respect to specific features is an inexact science and relies on the interpretation of 
experienced weld engineers. The measured lengths of the weld features as compared to the lengths programmed into the 
welder are shown in Table 1. The difference between the measured and programmed location for each feature is 
considered to be within experimental/process error. 

The start and stop locations for the second tack were difficult to define due to the globule and the hole in the tack area. 
Initial observations located the beginning of the second tack at 77.5°. Examination with the SEM located an exposed 
portion of the second tack beginning at 74.5°. The actual start of the second tack is likely between 74.5 and 11 °. The area 
of the second tack, from 80° to 50°, is shown in Fig. 10. If the image in Fig. 10 is examined closely, a faint flow line can 
be seen below the continuous weld line indicating the more likely beginning point of the tack. 



End of the tack Start the tack 


Fig. 10 Second tack location (arrows show beginning and end of tack) 

The arrows show the currently accepted beginning and ending of the tack as identified by the SEM and corroborated by 
the laser mapping data. Locating the tack at this point also provides a better match with the welder's programmed 
location. 

Since the surface map is an array of distances referenced to the surface of the canister, the depth of the hole can be 
measured by simply reading the deepest point in the region of the hole. The deepest point in the hole is 1.435 mm. Using 
a similar technique the height of the globule was measured as 1.7 mm. Both of these measurements are referenced to the 
surface of the canister. 

An estimate of the volume of the hole and globule can de determined by summing the distances in the map array over the 
regions of interest and then multiplying by the differential element size of 0.0025 mm 2 . While this method is not exact, it 
is accurate enough due to the small differential element size. The volume of the hole is approximately 13.4 mm 3 . The 
volume of the globule is approximately 51.9 mm 3 . These volumes are referenced to the can OD surface. Since the weld 














bead is typically concave due to the can/plug gap, the hole is actually smaller and the globule larger than these volumes 
indicate. 

Radius Analysis 

During the mapping process, it is not possible to place the centerline of the canister precisely on the centerline of the 
motion stage. This lack of centering, however slight, is measured by the LDS and must be removed from the map data. 
The algorithm for removing this error requires that the concentricity error be measured and recorded. 

The valuation in radius can be measured by subtracting a sine wave of the proper phase and magnitude from the measured 
concentricity of the canister. This analysis was done at a point approximately 0.5 in. below the weld and at a point 
immediately below the weld. The variation in radius with the locations of the tack welds overlaid on the radius plot is 
shown in Fig. 11 and 12. Due to the portion of the globule that exists just below the weld, it was necessary to remove a 
small segment of the plot data, from point 5766 to 5945, to prevent the size of the globule from overwhelming the rest of 
the data. 

Radius Analysis 0.5 Inches Below the Weld 
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Fig. 11 Radius analysis 1 


Radius Analysis Immediately Below the Weld 
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Relative Position Around the Circumference (1-7200) 

Fig. 12 Radius analysis 2 

The analysis of the canister radius was performed to determine whether the weld failure could have been caused by 
excessive distance between the canister wall and the plug. Clearly the welding process permanently alters the state of the 
canister from the time of the second tack. We can only measure what is present and attempt to infer what might have been 
prior to the weld operation. 

There is no evidence to suggest that a large gap existed between the can wall and the plug. The radius variation, shown in 
Fig. 11 and 12, is on the order of 250 pm just below the weld and about 120 pm at a point 0.5 in. below the weld. In both 
cases the radius variation at the hole (marked by arrows in both plots) is significantly less than over the rest of the 
canister. 

Variation of the canister diameter is calculated by adding the radius variations of points exactly opposite each other. A 
plot of the variation in the canister diameter at 0.5 in. below the weld is shown in Fig. 13. 
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Fig. 13 Canister diameter variation 

The canister diameter varies over a range of approximately + 200 pm. 

Weld Angle Variation 

The normal weld process generates a concave surface along the weld. In the visual inspection of the weld, it was noted 
that at the end of the third tack there was a small bulge that coincided with a change in the angle of the weld surface. To 
quantify this observation, an estimate of the angle of the weld surface with respect to the canister wall was made. This 
estimate was calculated by selecting a reference point on the can wall just below the weld and a second reference point at 
the top of the can. The angle is calculated using Eq 1: 


0 = Tan' 1 ((x w - x r )/y) 


(Eq 1) 


where 0 is the angle between the weld surface and the canister wall; x w is the horizontal distance to the weld surface at 
the top of the canister; x r is the horizontal distance to the reference point on the canister wall below the weld; and y is the 
vertical distance between x w and x r , in this case (6000 pm). 

A schematic illustration of the angle 0 with respect to the canister wall is shown in Fig. 14. 



Can Top 


Fig. 14 Weld angle illustration 

A graph of the weld angle for each point around the weld is shown in Fig. 15. 
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Fig. 15 Weld angle plot 

In areas where the weld angle is positive, the weld surface is concave. In areas where the weld angle is negative, the weld 
surface is convex. It is interesting to note that with one exception, the tacks are convex and the remainder of the weld is 
concave. As in previous graphs, the failed tack is marked with an arrow and is located at about 5700. This analysis was 
repeated using the last segment of the map as the reference. There was no significant change in the results with this repeat 
measurement. 

Conclusions 

This work demonstrates the utility of the laser mapping technology for the characterization of the surface topography. 
This technique provides non-contact methods for accurately measuring topographic features and surface anomalies. 

Related Information 

Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 156— 
191 


Litagation Analysis Related to a Fragmented Fishhook 

J.P. Sauer, Sauer Engineering 


From: J.P. Sauer, The Fragmented Fishhook: A Litigation Analysis, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003 p 60-63 


Abstract: Failure analysis of a fishhook that broke during casting retrieval and caused an eye injury is described. At the hospital, 
doctors extracted the broken hook and discarded the evidence. The accident caused significant injury and an inability to work. The 
discarded evidence and lack of standards and specifications provided two strikes to the failure analysis. Comparison was made of the 
companion hooks against similar hooks fabricated by other hook manufacturers. Chemistry, microhardness, metallographic cross 
section, and tensile properties of companion hooks and similar hooks were assessed. The consumer expectation of performance is 
addressed. Tensile test results provided data that demonstrated the performance of Vendor A hooks was significantly different from 
the performance of hooks from the two other vendors. Flooks from Vendor A broke into several pieces and failed with little or no 
plastic deformation, while the hooks from Vendors B and C plastically deformed and did not break during testing. 

Keywords: Engineering expert litigation; Manufacturing standards; Products liability; Quality control 


Material: Metal (Metal, general) 


Failure type: Brittle fracture 


Introduction 

Often the first reaction of an expert or lawyer receiving a case from a client is simply a question or two. How can a 
strategy be developed to work this issue? Are there any precedents? The following scenario summarizes a case that falls 
into that category: 



A fisherman sets up his equipment and casts to the shore, hoping to catch his prey in the shallow water near the bank. 
Unfortunately, the hook gets caught in a branch or snag below the surface. The fisherman pulls once, twice, then three 
times on the line. The hook fragments and part of the hook careens like a rocket back toward the fisherman. With no time 
for the fisherman to react, the metal fragment pierces his left eye and embeds in his skull. During examination at the 
hospital, the doctors extract the hook and discard the evidence. The accident causes significant injury and an inability to 
work. 

What does the failure analyst do now? 

The Conventional First Steps 

The first step in a conventional analysis would be examination of the broken hook for a gross defect, a crack, and/or 
inclusions. Although the actual hook was not available, companion hooks from the purchased box were accessible. The 
fragmented hook in question was one of eight hooks contained in the box, and seven of the hooks remained after the 
accident. Fishhooks are commonly manufactured products, thus, one might expect the existence of a standard, 
specification, or industry best practice for hook fabrication; however, there are no fishhook standards in the U.S. 
Additionally, the best practices do not exist in Taiwan, the manufacturing site for this box of hooks. The discarded 
evidence and lack of standards and specifications provide two strikes to the failure analysis. The final option is 
comparison of the companion hooks against similar hooks fabricated by other hook manufacturers. 

Consumer Expectation and Product Performance 

If material characteristics of the various vendors are compared, the consumer expectation of performance must also be 
addressed. The question is: Does the consumer expect the hook to stretch and bend when pulled, or is snapping (brittle 
failure) a common possibility? If unstable brittle fracture is common in fishhooks, a case against the fishhook 
manufacturer/supplier has no merit. Research in fishhook behavior indicated that stretching should/could be predicted. 
Thus, the strategy to develop a case involved the comparison of the behavior for hooks from other manufacturers with the 
behavior of the seven remaining companion hooks and, if possible, with other hooks from the same manufacturer. 

Determining What to Test 

Normally, testing would focus on the box of hooks that contained seven of the eight original units and on hooks obtained 
from other manufacturers and/or vendors. In this case, however, the plaintiff, whose work history was in a manufacturing 
background, had the presence of mind shortly (approximately two to three months) after his injury to ask a friend to return 
to the original store of purchase and buy two more boxes of the same style of hooks (“Vendor A”). Without lot control, 
the manufacture date could not be traced, but the hope was that the hooks in the two newly purchased boxes were similar 
in fabrication time and origin. Flooks from two other manufacturers (“Vendors B and C”) were also purchased. The 
performance of hooks from these various sources was then measured to establish a set of reasonable expectations for 
product performance. 

How to Test 

Normally, the first avenue of evaluation of a failed product is performing simple tests such as chemistry and 
microhardness traverses for comparison with specific product requirements. However, the lack of any product or 
performance standard made this avenue unavailable. This lack of availability does not eliminate the need to administer the 
evaluation techniques but changes the strategy of analysis from comparison against standards and specifications to 
comparison against similar - products obtained from other manufacturers. 

After review of various analysis methodologies, the following tests were used to compare the various groups of 
fishhooks: 

1. Chemistry 

2. Microhardness testing 

3. Metallographic cross section 

4. Tensile testing 

Items 1, 2, and 3 can easily be visualized, and conventional quality control techniques were used. (Chemistry was a bulk 
analysis—the hooks were only approximately 0.060 in. in diameter.) Data from the first three types of tests are 
summarized in Table 1. The fourth evaluation, tensile testing, was performed using a nonstandard technique to apply the 
load. An assumption was made as to the loading that would be encountered when a fisherman, fishing near a bank, 
snagged a hook on an underwater obstacle. A lead pencil was used to approximate a stick or root under the water. To 
present a worst case scenario, the hook was tip loaded to locate the stress concentration at the beginning of the bend (Fig. 
1). Fishing line (12 pound test) was used in the load train to simulate the compliance effects that would be encountered as 
a fisherman tugs on a fishing rod. 



Table 1 Comparison of fishhook performances: Vendors A, B, and C 
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(a) These hooks are from the same box 



Fig. 1 Tensile test setup of hooks 












Results 


Table 1 summarizes the data for comparison of Vendor A (failed hook) and the other manufacturers. Testing was first 
performed on hooks from the two Vendor A boxes purchased after the accident to determine whether the methodology 
provided useful results. Hooks from Vendor A broke into several pieces and failed with little or no plastic deformation, 
while the hooks from Vendors B and C plastically deformed and did not break during testing (Fig. 2). 




Fig. 2 Typical performance of hooks from Vendors A, B, and C 

1. The Vendor B and C hooks bent during loading because the manufacturing process had produced a 
microstructure with a harder surface layer for wear resistance/good hook-tip sharpness and a soft core that 
inhibits or precludes crack propagation. (See Fig. 3 for hardness profile.) 

2. Brittle failure was encountered in some of the Vendor A hooks. This was a result of a manufacturing process that 
produced a material that was through hardened up to a range of 55 HRC. However, Vendor A performance varied 
because some of the hooks also contained a soft inner core and did bend rather than fracture, as shown with 
Vendors B and C. 



Fishhook Hardness 



Depth (inches) 


Fig. 3 Microhardness profile of hooks 

Conclusions 

The tensile test results provided data that demonstrate the performance of Vendor A hooks is significantly different from 
the performance of hooks from the two other vendors. It can be difficult, however, to introduce comparison between 
vendors in court, especially if there are no industry guidelines. Therefore, the telling datum is the variation within the box 
and between the boxes of hooks from Vendor A. There is obviously a lack of quality control in processing at the 
manufacturer. 

Because the consumer is not expected to perform a tensile test on the box of hooks before the hooks are used, this is an 
example of a manufacturing defect as defined in the majority of product liability law: failure to adequately control the 
consistency of the fabrication process. 

Summary 

The examination of material in product liability depends many times on comparison with 
standards/specifications/manufacturing requirements or the public consumer expectation for that product. When these 
comparative examples are not available, formulating a strategy can be difficult. The fishhook situation works to use other 
manufacturers as a basis for comparison. However, parallel studies within the same box and other boxes for Vendor A 
revealed quality inconsistencies that provided a basis for proving that manufacturing defects caused the hook failure that 
led to the injury. The use of parallel samples within the failed products (e.g., spokes in a bicycle wheel) should always be 
considered in forming a product liability strategy. 

Related Information 

J.J. Scutti and W.J. McBrine, Introduction to Failure Analysis and Prevention, Failure Analysis and Prevention ,, Vol 11, 
ASM Handbook, ASM International, 2002, p 3-23 

C.O. Smith, Products Liability and Design, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 71-78 




Failure Analysis of Door Lock Assemblies Illustrating the Statistical Aspects of 
Failure Analysis 

J. Forgione, Engineering and Research Staff, Ford Motor Co. 


From: J. Forgione, Failure Analysis of Door Lock Assemblies Illustrating the Statistical Aspects of Failure Analysis, Metal Engineering 
Quarterly Vol 4(No 4) Nov 1964 as published in Source Book in Failure Analysis, American Society for Metals, 1974, p 360-364 


Abstract: Statistical techniques provide the design engineer with a powerful tool for the analysis of failure data. By means of an 
actual case study, steps required to design a test yielding statistically meaningful data and procedures used in graphical analysis of 
results are presented. The Weibull distribution is the statistical model used as a basis for these techniques. This method of failure 
analysis provides the engineer with clear, positive design direction. 

Keywords: Door lock assembly; Fatigue (materials); Statistical analysis; Weibull distribution 


Material: Metal (Metal, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Over the years, the automotive industry in general. Ford included, has evolved an approach to design of products which 
will have an acceptable life in the hands of the customer. In each case, proving ground and road tests have been employed 
as the chief tool to establish the adequacy of new designs. 

In recent years, a number of things have changed so as to require a critical reappraisal of our testing methods and criteria 
used to etablish product reliability. Customer expectations, warranties and design objectives have increased significantly, 
emphasizing the importance of proper utilization of available time for product design development and testing. This 
necessitates a constant re-evaluation of our testing methods and a continuing search for efficient statistical techniques to 
analyze the test data. 

The Weibull distribution appears to offer considerable value in filling our need for a statistical tool. Although our 
experience with the technique is limited, work done to date has indicated favorable results. This statistical technique was 
first described by W. Weibull of Sweden in 1949, and its application has since been extended by a number of others. 

As with other statistical techniques, the objective is to predict the failure characteristics of the entire population by the 
behavior of a portion of the population. Predictions are based on the assumption that failure patterns established by the 
available data are representative of the total population. The mathematics of the method are readily available and will not 
be discussed except as required for illustration. Although the mathematics is complex, application of the method is quite 
simple by graphical analysis on Weibull probability paper, since the data for a broad range of failure patterns can be 
plotted as straight lines. 

This paper will discuss how a typical laboratory life test was designed and how statistical techniques were applied to 
analyze the data. We will illustrate how this approach was used as an aid in problem solving during the laboratory testing 
phase of an experimental door lock assembly. The function of a door lock mechanism is to secure the door in a closed 
position. It must open and close smoothly and, in the locked condition, withstand specified static loads so as to promote 
safety of the occupants. The door lock assembly is shown in Fig. 1. 




Fig. 1 Door lock mechanism assembly. 

Design of Test 

The object of this test was to determine life characteristics of each component of the door lock assembly. For purposes of 
analysis, the life of door lock components can be evaluated at the BIO life, which is the life at 90% reliability. Since 
testing of individual components within the assembly would have been extremely difficult to simulate and time- 
consuming to conduct, it was decided to test the total assembly and analyze all failures on a system basis. 

The statistical analysis of failure data usually requires a large sample because of the scatter generally found in fatigue-life 
values. To resolve the sample size problem, we decided to construct a fixture capable of cycling twelve lock assemblies 
simultaneously. To save time and expense, the test would be concluded when there was sufficient data available for 
analysis, rather than run all samples to failure. 

The first step in designing the test fixture was to determine lock loads from actual vehicle tests. To accomplish this, a 
striker equipped with strain gages was mounted to the door pillar of a vehicle and set to provide a 50-lb sealing force on 
the door. The door was then opened and slammed shut, and readings indicating the forces imposed on the striker were 
recorded on an oscillograph. The slam loads in the test were designed to be considerably more severe than would be 
encountered by normal customer usage. A fixture capable of cycling the twelve locks simultaneously was then designed, 
built, and developed to simulate the maximum measured vehicle door slam loads. Each unit in the fixture consisted of two 
pendulum-like beams, with one lock mounted on the base of each pendulum. A striker was fixed to a test bench, and the 
lock engaged the striker as the pendulum dropped from an elevated position. The height of the pendulum was controlled 
by adjustable cams and set to produce impact loads at the striker equivalent to measured door slam loads. A schematic 
drawing of the door lock cycling fixture is shown in Fig. 2, and a photograph of the test fixture in Fig. 3. 



Fig. 2 Door lock cycling fixture. 




Fig. 3 Door lock cycling fixture. 

The rubber bumper was adjusted to obtain the same sealing loads on the laboratory fixture that were observed on vehicle 
tests. The test was now designed to yield accurate and meaningful results which could be statistically analyzed. Twelve 
experimental lock assemblies were procured and put on test. 

Weibull Plotting of Failure Data 

Prior to discussing analysis of the test results, we will briefly review some fundamentals relating to the Weibull 
distribution. The general expression for the Weibull cumulative distribution function (C.D.F.)is: 


F(x) 



Where: x is the variable used to express life (miles, hours, cycles, etc.); Fix) is the cumulative per cent of the population 
failed by time x; b is the slope of the Weibull curve of “Shape” parameter which describes the underlying failure 
distribution; 9 is the “Scale” parameter, known as the characteristic life. The characteristic life is the life at Fix) = 63.2%. 
A b value of 3.5 approximates a normal distribution, and a value of 1.0 describes the exponential distribution perfectly. 
The utility and value of the Weibull distribution results from the fact that it covers a considerable variety of distribution 
patterns, and data which fit any of these patterns plot as a straight line on Weibull probability paper. Derivation of the 
form of this paper and proof that the Weibull distribution plots as a straight line can be found in the literature cited in the 
bibliography and will not be discussed here. 

Application of the Weibull distribution requires no predetermined knowledge of the resultant frequency curve, as it covers 
a variety of distributions. A cumulative plot of the data is made on Weibull probability paper, and the characteristics of 
the frequency curve are determined from the parameters b and 9. In order to make a cumulative plot, it is necessary to 
decide what rank (cumulative % failed) is to be assigned each particular failure in a group. When a complete failure 
history of the entire population is not available, which is usually the case, the true rank of each failure is unknown. 
Therefore, a statistical estimate is made as to the rank. An estimate is used that has a 50% probability of being either too 
high or too low. A rank with this property is the best estimate of the population rank, and is called a median rank. 

The results of the door lock mechanism test are shown in Table 1. The test was concluded after the ninth failure, with 3 
locks removed from test unfailed after completing 122,218 cycles. Units removed from testing before failing are 


“Suspended Items,” and considered in determining the plotting position of the failed units. The median ranks shown in 
Table 1 were obtained from a median rank table for sample size N = 12. Had we not had 3 suspended items beyond the 
last failure we would have used a sample size of N = 9. 

Table 1 Results of First Sample Test 


Item number 

Failure number 

Cycles to failure 

Median rank 

5% rank 

95% rank 

1 

1 

32,680 

0.560 

0.004 

0.221 

2 

2 

44,560 

0.137 

0.031 

0.339 

3 

3 

55,442 

0.218 

0.072 

0.438 

4 

4 

61,074 

0.298 

0.125 

0.527 

5 

5 

73,998 

0.379 

0.182 

0.609 

6 

6 

81,468 

0.460 

0.247 

0.685 

7 

7 

92,900 

0.540 

0.315 

0.754 

8 

8 

100,690 

0.621 

0.391 

0.818 

9 

9 

122,218 

0.701 

0.473 

0.876 

10 

Suspended at 

122,218 




11 

Suspended at 

122,218 




12 

Suspended at 

122,218 





In constructing the cumulative plot. Fig. 4, the life in cycles is plotted on the abscissa and the median rank is plotted on 
the ordinate. The straight line represents our best estimate of the failure distribution of the population, based on the 
samples tested. 




Fig. 4 Weibull plot of first sample test. 

Having this plot, it is natural to wonder how accurate this estimate of the population is. To answer this question. 90% 
confidence bands were constructed for the Weibull plot, Fig. 4. These confidence bands consisted of an upper confidence 
limit at the 95% rank, and a lower confidence at the 5% rank. The 5% and 95% ranks were determined from the same 
statistical distribution used to compute the median ranks and can be found in tables. Another interpretation of confidence 
bands is to assume that if the test were repeated an infinite number of times, the median ranks, i.e., plotting points, would 
be within the band 90% of the time. 

The BIO life of 37,000 door slam cycles on this experimental lock, as indicated by the plot in Fig. 4, was below our 
specified requirement. This plot illustrates the advantage of testing to failure and defining the failure distribution. By this 
means the early life characteristics of a component population can be predicted even though no failures were experienced 
among the samples at an early stage. For example, at 30,000 cycles, the predicted failure rate is 6%. Had the test been 
concluded at 30,000 cycles, we would not have experienced any failures, and this failure rate would not have been 
apparent. 

Failure Analysis 

Once it was established that the frequency of failure was not acceptable, the next step in the analysis of the problem was 
to define the mode of failure. Investigation of the data indicated that all nine failures were attributed to one component, 
the actuating link. Fig. 5. Careful examination of the link indicated fatigue cracking at the impact and retaining tab. A 
chemical analysis revealed that the link contained the proper carbon content. Analysis of the link structure on a 
metallograph revealed that the link had not been stress relieved as required. This information was relayed to the vendor, 
who instituted corrective action to permit adequate annealing of all subsequent experimental links. Had this been a 
production component, quality control would have been altered so that they could initiate reasonable processing controls. 





Fig. 5 Actuating link failure. 

Evaluation of Corrective Action 

A new group of 12 lock assemblies were fabricated with the corrected link and subjected to a repeat of the original 
cycling test. Weibull analysis of the test data, Table 2, was repeated as previously discussed. The Weibull plot of the new 
sample. Fig. 6, showed a BIO life of 62,000 cycles, which is within the acceptable range. This improvement in BIO life 
over the first samples indicated that the processing change was effective. However, because these data represent a limited 
sample test, how confident were we that a difference actually existed between the two samples? A statistical analysis of 
the two samples indicated that we were 88% confident that the BIO life of the second sample was at least equal to or 
greater than the first sample. The degree of improvement at various confidence levels is tabulated on Fig. 7. 


Table 2 Results of Second Sample Test 


Item number 

Failure number 

Cycles to failure 

Median rank 

1 

1 

42,900 

0.056 

2 

2 

75,000 

0.137 

3 

3 

91,200 

0.218 

4 

4 

112,100 

0.298 

5 

5 

124,500 

0.379 

6 

6 

130,140 

0.460 


7 

195,300 

0.540 
















PER CENT FAILED 


8 


241,700 


0.621 


9 9 308,600 0.701 


10 10 388,400 0.783 


11 Suspended at 388,400 


12 Suspended at 388,400 



CYCLES 

Fig. 6 Weibull plot of second sample test. 










CYCLES 

Fig. 7 Weibull plot comparing two test samples. 

It is interesting to note that the plot. Fig. 6. has a change in slope, which is indicative of a mixed or heterogenous 
population. In this case, further examination revealed that the failures defining the second slope were all spring failures. 
These failures could have been analyzed separately and a Weibull plot of the spring obtained by treating all the link 
failures as suspended items. 

Summary 

Now, let us summarize by answering the following question, “What have we accomplished by using the Weibull 
distribution in the analysis of failure data?” 

1. First, it was necessary to design the laboratory test to provide statistically meaningful data. 

2. We were able to rapidly convert laboratory test data into useful and easily interpreted engineering information. 

3. We were able to obtain an accurate definition of the early life characteristics of the door lock assembly, using a 
relatively small sample size. 

4. We were able to determine the effectiveness of the processing change by statistically comparing Weibull plots of 
the two tests at BIO life level. This same technique can be used to compare any two Weibull failure distributions 
for a statistical difference at any life level. 
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Helicopter Engine Connecting Rod Failures 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
Administration, Aircraft Accident Investigation Div., Engineering Laboratory 


From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part II, Metals Engineering Quarterly, Vol 14 (No 4) Nov 1974 p 23-25 


Abstract: In a helicopter engine connecting rod, high-cycle, low-stress fatigue fractures in bolts and arms progressed about 75% 
across the section before the final rupture. Factors involved were insufficient specified preload, inadequate tightening during 
assembly, and engine overspeed. The assigned main causes were design deficiency, improper maintenance during overhaul, and 
abnormal service operation. The problem can be solved by proper overhauling that ensures bolted assemblies are tightened evenly 
and accurately, in accordance with recommended torque values. Also, the manufacturer made various modifications, such as a 
thicker rod, fatigue resistant bolts, and more accurate preload measurements. The configuration of these rods were changed to a 
tongue-and-groove design to increase service life. 

Keywords: Bolted joints; Connecting rods; Design; Helicopters; Specifications; Torque 


Material: Metal connecting rod (Metal, general) 


Failure type: Fatigue fracture 


The failures shown in Figs. 1 and 2 occurred in one helicopter engine model. High-cycle, low-stress fatigue fractures in 
bolts and arms progressed about 75 pet across the section before the final rupture. Factors involved are (1) insufficient 
specified preload, (2) inadequate tightening during assembly, and (3) engine overspeed. The assigned main causes were, 
design deficiency, improper maintenance during overhaul, and abnormal service operation. 





Fig. 1 Failed connecting rod pieces (left) show arrows that indicate mating fracture surfaces of fatigue fracture, 
in cap bolt at head-to-shank fillet. Right-hand photo shows fracture zones; origins 'O' are fatigued areas. Tiny 
overload zone is indicated by arrow. 





Fig. 2 Connecting rod fatigue failure occurred at arm (arrow). Note both bolts failed in bending overload after 
arm fatigue fracture. The right-hand photo shows the surface of the arm fatigue failure; 'O' indicates origin. 

This problem can be solved by proper overhauling. Make sure that the bolted assemblies are tightened evenly and 
accurately, in accordance with the manufacturer’s recommended torque values. To prevent this problem, the manufacturer 
has made various modifications, such as employment of a thicker rod, fatigue resistant bolts, and more accurate preload 
measurements. Recently he changed the configuration of these rods to a tongue-and-groove design to increase service life, 
and advises replacement with them during subsequent overhauls. Repair and overhaul procedures are also included. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 
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Helicopter Main Rotor Transmission Output Shaft Failure 

J.W. Hutchinson, Canadian Transportation Accident Investigation and Safety Board 


From: Failure Analysis Techniques and Applications (Proceedings of the First International Conference on Failure Analysis), J.I. 
Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 

Abstract: A helicopter had just taken off when there was a loud bang and the engine started to overspeed. After landing and 
inspection, the transmission was disassembled. It was discovered that the assembly containing the output shaft to the main rotor 
had failed. The output shaft assembly was made up of two parts: the output shaft with an integral 10 in. diameter upper disc at 
approximately mid-section; and a 10 in. diameter lower disc. During manufacture, the lower disc was attached to the output shaft 
by an electron beam weld. The fracture had a single fatigue initiation site, coincident with the annular zone of remelted material on 
the inner surface of the disc. In the lower disc, the fracture was also 80% fatigue, but high stress, low cycle in nature and contained 
multiple initiation sites coincident with an electron beam weld bead. It was concluded that fatigue in the upper disc resulted from the 
presence of a metallurgical stress concentration caused by the electron weld beam impingement on the inner surface of the upper 
disc. An Airworthiness Directive was issued and the manufacturer issued a mandatory service bulletin outlining a periodic inspection 
for the output shaft assembly. 

Keywords: Electron beam welding; Flelicopters; Stress concentration 
Material: Metal shafts (Metal, general) 


Failure types: Fatigue fracture; Joining-related failures 


The helicopter had just taken off when there was a loud ‘bang’ and the engine stalled to overspeed. During the subsequent 
attempt to land, the helicopter was substantially damaged, but the pilot escaped serious injury. The transmission was 
disassembled and it was discovered that the assembly containing the output shaft to the main rotor had failed (Figure 1). 



Fig. 1 Failed output shaft assembly as received. 

The output shaft assembly is made up of two parts: the output shaft with an integral 10 inch diameter upper disc at 
approximately mid-section; and a 10 inch diameter lower disc. 

During manufacture, the lower disc is attached to the output shaft by an electron beam weld. During welding, there is a 
potential for electron beam impingement on the inner surface of the upper disc, directly in line with the welded area. This 
impingement will result in an annular zone of remelted material. Figure 2 is a schematic showing a cross-section of the 
shaft. The circumferential weld in the lower disc and the area of electron beam impingement on the inner surface of the 
upper disc are indicated. 



Fig. 2 Cross-section of output shaft assembly. 

All of the fractures were located in the upper and lower discs of the output shaft assembly. Examination of the fractures 
confirmed the primary mode of failure to be fatigue. In the upper disc, fatigue was low stress, high cycle in nature and 
extended approximately 80% around the circumference. The fracture had a single fatigue initiation site, coincident with 
the annular zone of remelted material on the inner surface of the disc (Figures 3 and 4). In the lower disc, the fracture was 



also 80% fatigue, but high stress, low cycle in nature and contained multiple initiation sites coincident with an electron 
beam weld bead. 


o 



Beam Impingement Area 


Fig. 3 Inner surface of the upper disc; fatigue origin 'O'. 



Fig. 4 Fatigue origin site coincident with electron beam impingement area. 

The examination determined that the fatigue fracture in the upper disc was the primary event and further detailed analysis 
was concentrated in this area. The welding and inspection documents specify limits for the area of beam impingement. 
Figure 5 shows a metallurgical section through the upper disc adjacent to the fatigue initiation site. A zone of remelted 
and heat affected material was observed in the electron beam impingement area, to a depth of 1.3 mm (0.050") which 
exceeded the maximum allowable of 0.9 mm (0.035"). There were no other material or metallurgical deficiencies 
observed. 




Fig. 5 Metallurgical section shows depth of re-melted zone. 

It was concluded that the fatigue in the upper disc initiated due to the presence of a metallurgical stress concentration 
caused by the electron weld beam impingement on the inner surface of the upper disc. 

As a result of this investigation, an Airworthiness Directive was issued and the manufacturer issued a mandatory service 
bulletin outlining a periodic inspection for the output shaft assembly. 

Related Information 

D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 1986, p 
459-482 

Failures Related to Welding, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 156— 
191 
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Airplane Fuel Line Support Bracket Failure 

J.W. Hutchinson, Canadian Transportation Accident Investigation and Safety Board 


From: Failure Analysis Techniques and Applications (Proceedings of the First International Conference on Failure Analysis), J.I. 
Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 


Abstract: A single-engine aircraft was climbing to 8000 feet when the engine suddenly lost power. The landing gear was torn off 
during the emergency landing. During the field investigation, the fuel line was found to be separated from the fuel pump outlet due 
to a failure of the elbow fitting. A bracket which supports the in-line fuel flow transducer also was found broken. Examination of the 
elbow fracture revealed characteristics of low-cycle fatigue failure. Examination of the support bracket fractures revealed a high- 
cycle mode of fatigue failure, with the primary fatigue extending along the full length of the 90 degree bend in the bracket. It was 
concluded that the failure was caused by an incorrectly-installed support bracket. It was recommended that the installation 
procedure be clarified. 

Keywords: Aircraft components; Installing; Specifications 
Material: Metal support bracket (Metal, general) 


Failure type: Fatigue fracture 


The single engine aircraft was climbing to 8000 feet when the engine suddenly lost power. The landing gear was torn off 
during the emergency landing in a snow covered field, but the pilot was able to avert more serious damage and injury. 

During the field investigation, the fuel line was found to be separated from the fuel pump outlet due to a failure of the 
elbow fitting. A bracket which supports the in-line fuel flow transducer was also found broken (Figure 1). 




Fig. 1 Broken support bracket in-situ. 


Examination of the elbow fracture revealed characteristics of low cycle fatigue failure. The fatigue was reversed bending 
in nature and had initiated in the thread root area, flush with the face of the fuel pump outlet (Figure 2). 



Fig. 2 Fatigue failure of fuel line elbow fitting. 

The horizontal and vertical legs of the right angle support bracket were still bolted in place, but the angle portion in 
between was missing. Examination of the fractures revealed a high cycle mode of fatigue failure, with the primary fatigue 
extending along the full length of the 90 degree bend in the bracket. This section of the fracture contained a single origin 
site on the outside curve of the bend (Figure 3). The SEM fractographic analysis earned out showed that the bracket 
failure pre-dated the elbow fitting failure. The loss of engine power is also consistent with the fitting being the final 
component to fail, resulting in a loss of fuel pressure. The dimensional and material specifications for the bracket were 
checked and they were found to meet the manufacturer’s requirements. 




Fig. 3 Failed support bracket; Fatigue fractures 1, 2 and 3; primary origin 'O'. 


The fuel line is a relatively long line, supported at one end by the fuel pump outlet, where the 90 degree fitting had failed, 
and at the other end by the induction system. A fuel flow transducer is mounted near the mid point of the line and is 
supported by the bracket. The fuel flow transducer is a relatively heavy mass and requires the secure support of the 
bracket, so that vibration loads applied during normal operation will not cause undue stress on the fuel line. 

Figure 4 shows the manufacturer’s installation drawing indicating the correct position for the bracket with the horizontal 
flange inboard. The failed bracket had been installed in the reverse direction. Further examination showed that when this 
bracket is installed backward, it must be rotated through approximately 70 degrees in order for the attachment holes to 
line up properly with the fuel flow transducer (Figure 5). In this reverse orientation, vibration loads applied to the bracket 



will create much higher bending stresses along the bend fillet 
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Fig. 5 Relative orientation of bracket depends on direction of installation. 

The instructions in the Service and Maintenance Manual for installation of the transducer do not specifically identify the 
correct installation position for the bracket. They do caution against binding or twisting the fuel lines when securing the 
transducer to the bracket; however, a reversed bracket simply changes the orientation and would not cause binding or 
twisting. 

To add to the confusion of installation a second support bracket of slightly different design is also specified by the 
manufacturer for the same model aircraft, but for earlier serial numbers. Its correct installation is reverse to the subject 
bracket. Further, the design of this earlier bracket is such that if it is installed backward, its change in orientation will not 
be as significant. 

It was concluded that the failure was caused by an incorrectly installed support bracket. However, as a result of this 
investigation, it was determined that the installation procedure could easily be misinterpreted and that the consequences of 
an improper installation may not be fully understood. A recommendation was made to the appropriate regulatory 
authorities to correct this safety deficiency. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Analysis of a Helicopter Blade Fatigue Fracture by Digital Fractographic 
Imaging Analysis 

R. H. McSwain, Naval Air Rework Facility; R. W. Gould, University of Florida 


From: Analyzing Failures: The Problems and the Solutions (Proceedings of the Failure Analysis Program and Related Papers 
presented at the International Conference and Exposition on Fatigue, Corrosion Cracking, Fracture Mechanics and Failure Analysis), 
V.S. Goel, Ed., American Society for Metals, 1986 


Abstract: A helicopter was hovering approximately 10 feet above a ship when one spar section failed explosively. Visual inspection 
revealed a crack had progressed through one member of a dual spar plate assembly at a fold pin lug hole. The remaining spar plate 
carried the blade load until the aircraft was landed. The helicopter main rotor blade spar fracture was analyzed by conventional and 
advanced computerized fractographic techniques. Digital fractographic Imaging Analysis of theoretical and actual fracture surfaces 
was applied for automatic detection of fatigue striation spacing. The approach offered a means of quantification of fracture features, 
providing for objective fractography. 

Keywords: Digital Fractography; Digital image analysis; Flelicopters; Rotor blades 




Material: Rotor blade metal (Metal, general) 


Failure type: Fatigue fracture 


Introduction 

The critical nature of the main rotor blade to aircraft flight safety is unquestionable; the loss of a main rotor blade in flight 
is catastrophic. The rare occurrence of a partial failure of the main rotor blade spar provides the opportunity to examine 
the mechanism of failure without the associated loss of aircraft and life. For the failure described here the aircraft was 
hovering at approximately 10 feet above a ship when one spar section failed. The failure was accompanied by an 
explosive noise and sudden violent buffeting of the aircraft. The aircraft commander responded immediately by dropping 
the aircraft back to the ship deck. Visual inspection revealed that a crack had progressed through one member of a dual 
spar plate assembly at a fold pin lug hole as shown in Fig. 1. The remaining spar plate carried the blade load until the 
aircraft was landed. 



Fig. 1 Failure of one member of a dual spar plate assembly at a fold pin hole. (0.22x approx.). 

Laboratory analysis involved the determination of the mode of failure, evaluation of material properties, and calculation 
of the crack growth rate from the fracture surface features. The crack growth rate was analyzed using conventional 
striation counting techniques ( 1, 2, 3), ground-air-ground analysis techniques, and Digital Fractographic Imaging 
Analysis Techniques 4. 

Materials Analysis 

The lower spar plate was cracked chordwise through both sides of the blade fold pin hole, as shown in Fig. 1. The trailing 
edge fracture showed beach marks typical of fatigue, as shown in Fig. 2, with a crack initiating at the center of the spar 
shown at the arrow, beneath the blade fold pin bushing. Beach marks extended 19.5 mm out from the origin along the 
centerline of the spar. The remainder of the fracture (20 mm) was slant fracture typical of overload. The entire fracture 
surface was uncorroded, indicating a relatively fast propagating crack. Chemical analysis and hardness analysis of all 
materials related to the failure indicated proper compositions and hardnesses. 




Fig. 2 Fatigue fracture in spar plate which initiated beneath bushing at position shown by arrow. (1.84x 
approx.). 

The bushing from the fold pin hold in the fractured spar section was measured and found to have an improper outside 
diameter of 72.42 mm, identical to the size of the hole in the spar. Specifications for the bushing required an oversized 
diameter which would have produced an interference fit of approximately 0.43 mm in the hole. The upper bushing had an 
outside diameter which very closely approximated its specified range. The lower (undersized) bushing from the failed 
spar plate had a new appearance with no oxidation present. The upper (proper sized) bushing was heavily oxidized 
indicating it had been in service for a considerably greater length of time. It also had no identification markings 
remaining. Records investigation revealed that the undersized bushing had been installed during blade rework 
approximately 620.7 hours prior to the failure. The undersized bushing was probably the contributing factor to the fatigue 
failure. 

Macroscopic examination of the fracture surfaces revealed distinct beach markings originated at a shot peening cavity in 
the fold pin hole. The origin of the fatigue beach marks was located in the canter of the plate thickness, beneath the 
undersized bushing. The surface of the fold pin hole in the spar had been coarsely shot peened and tops of the shot 
peening asperities had been removed as per drawing and process specification provisions. The residual stress in the shot 
peened area was evaluated by x-ray diffraction techniques and found to be 165 MPa (24,000 psi), indicating the shot 
peening was effective in producing a residual compressive stress at the surface of the fold pin hole. Further examination 
of the fracture surfaces revealed an initial smooth area of beach markings which extended approximately 5.6 mm from the 
origin as shown in Fig. 2, representative of slow fatigue crack growth. 

Fractographic analysis of the fractures by scanning electron microscopy revealed striations typical of fatigue, as shown in 
Fig. 3. Each striation usually corresponds to a single load cycle (1,2, 3). The striation pattern indicated random loading 
with additional distinct spike load indications superimposed in the fracture pattern. The primary load cycle was one cycle 
per blade revolution. The aircraft had four main rotor blades which produced additional lower intensity load cycles. 
Superimposed on those loadings were flight loads due to flight manoeuvre air turbulence. Though striation counting is 
useful for analysing crack growth rates, the presence of random loading makes the process much more difficult (1,2, 3). 



Fig. 3 Fatigue striations from random loading on fracture surface of failed spar. (638x approx.). 

The fatigue crack progressed approximately 5.6 mm in a uniform mode corresponding to the smooth semicircular crack 
zone as shown in Fig. 2. Beyond that zone the crack began to propagate by a repeat cycle of overload followed by fatigue 
as indicated by the alternating light and dark bands of fatigue and overload. The bands are clearly shown at the edges of 
the spar in Fig. 2 and extended to approximately 19.5 mm from the origin before complete overload occurred. The bands 
of overload and fatigue allowed a macroscopic analysis of the crack growth rate to be performed which could be 
compared to the microscopic striation analysis. 

Crack Growth Rate Analysis 

Though the striations were nonuniform across the fracture surface, a striation count was attempted to obtain an estimate of 
the crack growth rate. The goal was to determine if the time since installation of the bushing was sufficient for fatigue 
crack initiation and propagation. Typically four scanning electron fractographs were taken at periodic distances from the 
origin. Striations from at least six areas on each fractograph were counted. Flowever, there was great difficulty in locating 
sufficient regions of uniform striations for counting. For the initial crack zone at 2.5 mm from the origin, the striation 
count was 14,000 striations per mm. At 5 mm the value was 11,000 striations per mm. In two outer fatigue bands 
separated by regions of overload, the value was 10,000 striations per mm at 7.5 mm and 8,850 striations per mm at 10 
mm. In every fatigue area examined, the fracture surface showed large superimposed loads and also random load cycles. 
The peak load cycles tend to slow the crack growth rate because of plastic deformation at the crack tip which results in 
residual compressive stresses in the region into which the crack must propagate ( 1). It has also been shown that an abrupt 
load change from high to low intensity may result in an area void of striations for a minimum of 10 cycles ( 2). 

The striation data was further related to crack growth rate assuming a load frequency of one cycle per rotor head 
revolution, or 17,886 cycles per hour. Extrapolation of striation spacing to the initial fatigue zone (20,000 striations per 
mm) produced a crack growth rate of 0.889 mm per flight hour. This would have resulted in failure in less than 20 hours 
which seemed unreasonable. Again, the striation data was questionable. 

Macroscopic crack growth analysis by monitoring crack length during testing and microscopic analysis by striation 
counting has been shown to differ due to striation irregularities caused by random loading ( 2). To further evaluate the 
crack growth rate, a macroscopic analysis was performed using ground-air-ground (GAG) cycle bands which were 
present beyond the initial uniform propagation zone. The width of three of the best defined GAG fatigue bands was 0.15 
mm, 0.18 mm, and 0.25 mm. The bands were located at distances of 7.6, 10.2, and 12.7 mm from the origin. The mission 
of the aircraft under investigation involved approximately 2 flight hours per flight, resulting in crack propagation rates of 
0.076, 0.090, and 0.125 mm per hour. These values were approximately a factor of 20 slower than the growth rate 
obtained for the striation counting and were more realistic. There were approximately 26 bands of fatigue in the GAG 
cycle zone extending from 5.5 mm to 19.5 mm from the origin. Assuming an average width of 0.25 mm resulted in 6.5 
mm of actual fatigue crack propagation beyond the uniform crack propagation zone. 




Using the GAG cycle analysis and assuming an average crack growth rate for the banded zone of 0.127 mm per hour, a 
time of 51 hours was obtained for propagation of the fatigue crack through the banded GAG cycle zone. By extrapolating 
the three growth rates of 0.076, 0.090, and 0.125 per hour to a slower growth rate of 0.025 mm per hour for the early 
cracking zone, a propagation time of 220 hours was obtained for slow crack growth. Thus the total estimated time 
required for propagation by fatigue in the spar was 271 hours. The time on the blade since bushing replacement was 620.7 
hours, leaving approximately 348 hours for fatigue crack initiation. These values appear reasonable. 

In order to obtain a more objective analysis of the striation spacing. Digital Fractographic Imaging Analysis was applied 
to the fracture surface features. A scanning electron micrograph of the fatigue striations was digitized and the two- 
dimensional Fourier transform was calculated. The transform contains the spatial frequency content of the input image, 
which in the case of fatigue striations is the striation repeat frequency. Computer generated models of fatigue striations 
were used to calibrate the technique. Fig. 4(a) shows computer generated parallel lines with two repeat frequencies and 
Fig. 4(b) shows the resulting Fourier transform power spectrum. The two outer bright spots on the horizontal axis of the 
transform are located symmetrically about the center spot and their distance from the center spot corresponds to the 
spatial repeat frequency of the area between the fine lines in the input image. The smaller spots on the horizontal axis of 
the transform correspond to the coarser spaced areas between the groups of fine lines image. The smaller spots on the 
horizontal axis of the transform are repeated due to harmonic effects. The center spot corresponds to a repeat frequency of 
zero, or the background intensity in the input image. By analysing a number of spacings for various input images the 
technique was calibrated for a range of input image feature spacings. 




Fig. 4 Theoretical fatigue input image/Fourier transform pair: (a) computer generated parallel lines with two 
repeat frequencies; (b) resulting Fourier transform power spectrum. 

A high magnification scanning electron fractograph of an area located 1.25 mm from the origin is shown in Fig. 5(a). The 
Fourier transform power spectrum from the fatigue striations in Fig. 5(a) is shown in Fig. 5(b). The figure shows small 
spots close to the center spot. Further analysis indicated the presence of six distinct spots. The average spot spacing 
corresponded to an input pattern spacing of approximately 2 mm. By considering the magnifications of the input image 
fractograph, an actual striation spacing of 20,250 striations per mm was obtained. That spacing was similar to the striation 
density obtained manually in the striation counting process. Thus, the manual counting techniques were accurate, but the 


























































striation density was altered by the random and spike loadings resulting in an apparent accelerated crack growth rate. 
Furthermore, the computerized technique was more objective than manual striation counting, was faster, and was much 
easier because the Fourier transform is extremely sensitive to repeat feature detection. 
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Fig. 5 Fourier transform power spectrum of fatigue striations: (a) scanning electron fractograph of fatigue 
striations on failed spar fracture surface (ll,475x approx.) and (b) resulting Fourier transform power 
spectrum. 


Conclusions 

The analysis of a failed helicopter main rotor blade spar was performed to the extent that the failure mechanism was 
identified, the material properties were verified, and a crack growth rate was established. Manual counting of striations in 
scanning electron fractographs produced an unrealistically fast crack growth rate. Ground-air-ground analysis produced a 
more realistic crack growth rate. Digital Fractographic Imaging analysis of the fracture surface striations resulted in a 
similar fatigue striation spacing as produced by manual counting, indicating the complicated load pattern was responsible 
for the apparent high microscopic crack growth rate. The computerized technique offers the ability to quickly and 
accurately determine striation spacing and in the case of a more uniform loading environment to establish highly accurate 
fatigue crack growth rates. 
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Cracking of Sheet Metal 

D. Aliya, Aliya Analytical 


From: D. Aliya, Optimizing Thinking Skills in Failure Analysis, Practical Failure Analysis, Vol 3 (No. 3), Jun 2003, p 65 

Abstract: A crumpled piece of sheet metal had two cracks in a T-junction shape. The relative locations of shear lips in the cracks 
allowed deduction of which crack happened first, and which direction the cracks propagated. 

Keywords: Cracking (fracturing); Sheet metal 

Material: Sheet metal (Metal, general) 

Failure type: Ductile fracture 


A crumpled piece of sheet metal with two cracks in it is shown in Fig. 1. Often it is difficult to determine which crack 
happened first, and this determination is of obvious interest when trying to figure out how the component failed. The 
ASM International Metals Flandbook 1 schematically illustrates how to understand the cracking sequence when there is a 
“t-junction” (Fig. 2). It was always difficult for me to understand how anyone knew (aside from looking at fracture 
surface features) that “Fracture A must have occurred prior to Fracture B.” Recently, the opportunity to apply a creative 
thinking skill development technique presented itself: “Prove it to yourself!” 2 





r 



Fig. 1 The horizontal crack happened first (see text). 



Fig. 2 Sketch from the Metals Handbook introductory failure analysis article. Source: Ref 1 
The part, shown in Fig. 1, had cracked in this “t-junction” shape. Examination of the racks revealed the presence of a 
small shear lip at the lower end of the vertical crack. A shear lip is indicative of final fracture. Closer inspection of the 
vertical crack showed that it was almost entirely at a 45° angle to the direction perpendicular to the plane of the sheet. 
Figure 3 shows a scanning electron micrograph of the shear lip area, where the classical final fracture ductile features are 
more clearly visible than in Fig. 1. If this crack has characteristics of a final fracture event, then clearly it did not crack 
first. In addition, the end of the vertical crack appears to have shear lips of its own, indicating that not only did this 
vertical crack occur after the horizontal crack, but that the vertical crack traveled from top to bottom as it appears in this 
image. The “prove it to yourself’ thinking skill is becoming increasing important as new tools and technologies become 
available to the failure analyst. Successful application of a technology generally requires some understanding of how and 
why the technology works. 







Fig. 3 These shear lips have shear lips of their own. 
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Investigation of Fatigue-Induced Socket-Welded Joint Failures for Small-Bore 
Piping Used in Power Plants 

Daniel N. Hopkins, Texas Utilities Electric; Daniel J. Benac, Southwest Research Institute 


From: D.N. Hopkins and D.J. Benac, Investigation of Fatigue-Induced Socket-Welded Joint Failures for Small-Bore Piping Used in 
Power Plants, Practical Failure Analysis, Vol 1 (No. 2), Apr 2001, p 71-82 


Abstract: Nuclear power plants typically experience two or three high-cycle fatigue failures of stainless steel socket-welded 
connections in small bore piping during each plant-year of operation. This paper discusses fatigue-induced failure in socket-welded 
joints and the strategy Texas Utilities Electric Company (TU Electric) has implemented in response to these failures. High-cycle 
fatigue is invisible to proven commercial nondestructive evaluation (NDE) methods during crack initiation and the initial phases of 
crack growth. Under a constant applied stress, cracks grow at accelerating rates, which means cracks extend from a detectable size 
to a through-wall crack in a relatively short time. When fatigue cracks grow large enough to be visible to NDE, it is likely that the 
component is near the end of its useful life. TU Electric has determined that an inspection program designed to detect a crack prior 
to the component leaking would involve frequent inspections at a given location and that the cost of the inspection program would 
far exceed the benefits of avoiding a leak. Instead, TU Electric locates these cracks by visually monitoring for leaks. Field experience 
with fatigue-induced cracks in socket-welded joints has confirmed that visual monitoring does detect cracks in a timely manner, that 
these cracks do not result in catastrophic failures, and that the plant can be safely shut down in spite of a leaking socket-welded 
joint in a small bore pipe. Historical data from TU Electric and Southwest Research Institute are presented regarding the frequency 
of failures, failure locations, and the potential causes. The topics addressed include 1) metallurgical and fractographic features of 
fatigue cracks at the weld toe and weld root; 2) factors that are associated with fatigue, such as mechanical vibration, internal 
pulsation, joint design, and welding workmanship; and 3) implications of a leaking crack on plant safety. TU Electric has 
implemented the use of modified welding techniques for the fabrication of socket-welded joints that are expected to improve their 
ability to tolerate fatigue. 

Keywords: Welding 


Material: Austenitic stainless steel (Stainless steel, general) 


Failure types: Fatigue fracture; Joining-related failures 


Introduction 

The Electric Power Research Institute (EPRI), Report TR-107455, “Vibration Fatigue of Small Bore Socket-Welded Pipe 
Joints,” 1 states that approximately 80% of the fatigue failures in the nuclear power industry have been associated with 
high-cycle vibration fatigue of socket-welded connections in small-bore piping. These fatigue-induced failures occur at 
the rate of two or three per plant-year. With over 100,000 socket-welded joints in TU Electric’s Comanche Peak Steam 
Electric Station (a typical nuclear generating plant), it is difficult to know where to look for the next failure. EPRI has 
studied socket-welded joints 1 and assessed their ability to resist high-cycle fatigue, but this report does not provide 
recommendations on ways to improve the performance of these joints. 

The maintenance database at Comanche Peak Steam Electric Station (CPSES) was searched for suspected fatigue-induced 
failures of small-bore piping systems (2 in. or smaller) between March 1990 and March 1998. This eight year period 
represents 13 plant-years of operation. A total of 28 leaks considered likely to have been caused by fatigue were 
identified. The majority of the suspected fatigue failures occurred in socket-welded fittings, but some of the failures 
(fewer than 10%) were observed in threaded joints. Socket-welded joints at CPSES appeared to experience about two 
fatigue-induced failures per plant year, and this is consistent with EPRI’s reported failure rate. 

Fatigue failures in socket-welded joints are not rare, but relatively few of them are subjected to a full metallurgical failure 
analysis. Consequently, plant personnel have complete information on only a very few failures, and this makes it difficult 
to develop the broad perspective needed to respond to the issue. Southwest Research Institute (SwRI) has been 
investigating and documenting field failures of socket-welded joints in small-bore piping for its utility customers during 
the last 10 years. Individual case studies reported in this paper have been thoroughly analyzed, and only those small-bore 
socket weld failures that are high-cycle, low-stress fatigue are included here. The names of individual utilities are not 
used. 

By studying the characteristics of the failures known to be included in the target population, it is possible to more 
accurately characterize failure mechanisms, objectively assess consequences of a failure, and to formulate appropriate 
corrective actions. TU Electric has implemented a strategy to respond to the issue of fatigue-induced failures of socket- 
welded joints in small-bore piping systems. The risk factors that are associated with fatigue-induced failures of socket- 
welded joints are also associated with threaded joints. Threaded joints, however, are subject to unique risks like over- 
tightening, and the built-in stress concentration sites at the thread roots. 




Joint Configuration 


A typical socket-welded joint is shown in Fig. 1 along with the identifying terminology used to describe various features 
in the socket joint and the weld. The weld in this figure would be considered desirable because the fillet has satisfactory 
throat thickness, a slightly concave profile, a long axial leg, and a smooth transition of the weld metal to the base metal at 
both weld toes. 



Fig. 1 Typical socket fitting with a fillet weld 

Joint Design 

Socket-welded joints are very common because they can be assembled easily, a major benefit in field installations, but the 
design of socket-welded fittings contributes to their susceptibility to high-cycle fatigue failure. The annular gap formed 
when the pipe is inserted into the fitting creates an unavoidable stress riser at the weld root. This annular gap also forms a 
crevice (or slot) where stagnant, potentially corrosive fluid comes in contact with the weld root. Butt-welded joints are 
more resistant to fatigue-induced damage than socket-welded joints because the annular gap is eliminated. 

Experience shows the vast majority of socket-welded joints (in excess of 99%) perform reliably, so socket-welded joints 
will continue to be used at CPSES. They are cost effective to install in the field and the fact that they can be assembled 
quickly is important where minimizing the radiation dose is a consideration in the repair process. Enhanced field 
fabrication methods can be expected to result in even better reliability. 

Experiments performed by the Japanese suggest that eliminating the axial gap makes socket-welded joints more tolerant 
of fatigue, however the ASME Boiler and Pressure Vessel Code, §111, requires an axial gap. Socket welded joints at 
CPSES are now, and will continue to be, installed in accordance with ASME Code. 

Field Failures 

Only six specimens, from the 28 suspected high-cycle fatigue failure incidents at CPSES, were subjected to detailed 
metallurgical examination. Failures originated at the OD pipe surface at the axial weld toe and at the weld root. This 
observation is consistent with investigations conducted at SwRI. Evidence of macroscopic plastic deformation is totally 
absent in the vicinity of the fracture face when the damage mechanism is high-cycle (>10E5 cycles) low-stress fatigue. 
SwRI has records of their investigations of field failures in socket-welded joints in small bore piping dating from 1988. 
They have investigated 13 fatigue-related failures of small-bore, socket-welded fittings from nine different nuclear plants. 
These failures occurred in vent lines, drain lines, sample lines, and instrument lines. The following systems were affected: 

• Residual Pleat Removal System 

• Main Coolant Loop 

• Condensate 

• Radwaste Pleader 

• Residual Charging System 

• Safety Injection System 

• Containment Spray System 




Residual Charging System 
Waste Liquids Evaporator System 


Twelve of the 13 failures were attributed to high-cycle, low-stress fatigue, and one was attributed to multiple stress 
coiTosion cracks where a cyclic stress provided the driving force for crack extension. Without detailed metallurgical 
analysis, the stress corrosion cracked fitting probably would have been misdiagnosed. (Detailed analysis of oxides on the 
fracture face is needed to identify corrosion products.) These failures are described as follows. 

1. Seven failures (about 54%) initiated in the root of the socket weld joint. The driving force was either pressure 
pulsation of the fluid or external vibrations. About 30% of these failures had evidence of a lack of fusion or 
inadequate penetration. The remainder, however, contained no apparent material defect or welding anomaly to 
explain crack initiation. 

2. Five failures (about 38%) initiated in the axial toe of the socket weld joint. Cyclic bending in response to 
inadequately supported large cantilever loads or piping system vibrations was the driving force. The cracks 
initiated at the toe of the axial weld leg. There were no examples of cracks initiating at the radial toe. 

3. One failure (about 8%) was attributed to a weld repair that caused the material to be susceptible to intergranular 
stress corrosion attack. 

The time-to-failure for the above failures ranged from 50 h to 15 years of operation. 

Crack Initiation at the Weld Root 

When less than adequate welding practices are employed, the results arc weld root defects such as lack of fusion or poor 
penetration. These weld root defects occur when the facing surfaces of the socket joint (the pipe OD surface and the 
fitting ID surface) are not fully consumed during fabrication of the weld root. This lack of fusion reduces the fitting's 
margin against failure for two reasons. First, the sharp radius at the tip of the defect creates a stress concentration. Second, 

the depth of the defect reduces the effective throat size of the weld. For example, a I6in. reduction in penetration at the 
root corner reduces the effective throat thickness by approximately 10% in a 1 in. socket-welded joint. 

Metallurgical cross sections often show how cracks extend from defects in the weld root. For example, laboratory 
analyses at SwRI have found high-temperature oxides deposited at the crack initiation site indicating a poor quality weld 
root. These oxides form because the metal surface that is heated to near melting temperature is exposed to air. Faboratory 
analysis confirms that this stress riser is capable of damaging otherwise sound weld roots. A majority (about 70%) of the 
fittings with failures that initiated at the weld root were determined to have otherwise acceptable welds. 

Cracks originating at the weld root typically propagate at angles between 70 and 80° from the jiipc. A crack that initiated 

at the weld root then extended for a substantial distance through the deposited weld metal in a 2-in. seal water return line 
socket-weld fitting is shown in Fig. 2. Axial loads in the pipe generate Mode I tensile stress at the crack tip and shearing 
stress along the annular slot. These Mode I tensile stresses in the deposited weld metal are oriented so that the crack tip 
will extend at the characteristic 80° angle. 2 Theory suggests that the initial crack growth direction is different than the 
growth direction during the propagation phase. As a practical matter, it may not be possible to see this feature in a 
metallurgical cross section of the crack. 
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Fig. 2 Photomacrograph of a cross section through a socket-welded joint. Notice the straight fatigue crack that 
initiated from the weld root and extended through the weld metal. 

Sometimes, two cracks initiate and propagate simultaneously from opposite sides of the fitting. Such a crack morphology 
is often seen when a small-bore pipe provides the only mechanical support for a relatively massive object. This cantilever 
arrangement. Fig. 3, is sometimes called a “lollipop” and can be very susceptible to vibration. Only small amounts of 
vibrational energy are needed to induce cyclic bending forces of sufficient magnitude to exceed the pipe’s ability to 
support the object, particularly if the frequency of vibration matches the natural frequency of the cantilever. The locations 
of the two opposing major cracks correspond to the orientation of the bending axis. 



Fig. 3 Drawing of a typical configuration of a valve suspended from the piping causing a "lollipop" 

Cracks can also simultaneously initiate from numerous locations around the weld root and combine into a crack that 
involves virtually the entire weld circumference. Individual cracks may initiate on different planes but the crack fronts 
eventually combine. Socket-welded fittings with irregular weld roots subjected to cyclic loading from internal pressure 
pulsation are most likely to have cracks involving large portions of the root circumference. In the worst case, internal 
pressure pulsation forms a crack around the entire circumference of the joint at the weld root. Such cracking behavior has 
been reported in field failures, and those cracks tend to penetrate the boundary in only one location. 

The typical joint will leak before it breaks since asymmetric stress fields cause localized crack growth and wall 
penetration. If a fitting containing a circumferential “notch” was subjected to an overload and if a crack severed the weld, 



the pipe wall would be expected to remain intact. In a properly supported piping system, the pipe stub would remain 
captured in the socket fitting so the joint would remain substantially intact. Leak rates would be small compared to the 
“clean break” case and easily within the capability of the makeup systems. 

Both external vibrations and internal pressure pulses can produce a crack at the weakest point that is in contact with the 
liquid. The weak point is typically at the weld root area. In theory, a uniform circumferential crack can form in a joint 
subjected to a uniform stress field. Observations of field failures show that asymmetric residual and applied stress fields 
typically cause the crack to grow faster in one location. 

Crack Initiation at the Axial Weld Toe 

Fatigue-induced cracks are observed to initiate at the outside surface of the pipe at the axial weld toe in the vicinity of 
metallurgical or mechanical discontinuities. The failures initiated at or near the axial weld toe, then the crack extended 
directly through the pipe base metal perpendicular to the pipe wall. No failures were observed at the radial weld toe. 
These cracks were observed to initiate on the OD surface as expected because this is the location where there is a 
metallurgical discontinuity and bending forces produce the highest fiber stress in the material. Laboratory analyses did not 
associate material anomalies with crack initiation sites so it is likely that relatively high bending stress was required to 
initiate a crack. Asymmetric operating loads or non-uniform residual stress would be expected to cause the crack to 
extend through-wall in only one location, leading to a leak-before-break scenario. 

A fatigue crack that initiated in the weld metal near the axial weld toe and then extended through the base metal is shown 
in Fig. 4. Metallurgical cross-sections often reveal the initiation site, the manner of crack extension, and the failure mode. 
Failure mode is defined as the mechanism (such as fatigue or stress corrosion cracking) that initiates and drives the crack 
through the metal. Fatigue cracks in stainless steel typically propagate in a transgranular manner, are unbranched, and are 
very tight and oxide free. When stress corrosion or other environmental factors influence crack extension, the crack often 
branches during propagation, and corrosion products may be present on the fracture surface. Additionally, 
en vironmentally induced cracks are frequently primar ily intergranular. 



Fig. 4 Photomicrographs at an axial weld toe showing a fatigue-initiated crack that extended through the pipe 
wall 

Axial weld toe cracks arc often observed in piping equipment that is inadequately or improperly supported. The cyclic 
bending of a lollipop (described in the root crack section) is a common example. Symmetric bending stresses typically 
cause two simultaneous fatigue cracks that initiate on the OD surface at locations that are 180° opposite of one another. 
Inadequately supported free spans of pipe can also oscillate during normal plant operations. If pipe supports are too rigid, 
the pipe is subjected to a bending moment. The result is a higher mean stress on one side of the weld, and this chronic 
tensile stress increases the susceptibility to fatigue. 

A crack at the axial toe can be detected by common nondestructive inspection methods such as dye penetrant or possibly 
visual examination. Flowever, like all fatigue-induced cracks, once a crack is observed, the component is probably 
approaching the end of its useful life and can be expected to leak in a relatively short time. 

Fractographic Features 

The fracture surfaces are often examined using a stereomicroscope (lOx to 50x) and a scanning electron microscope 
(SEM). Features on the fracture surface are often very revealing of the failure mode, i.e. high-cycle fatigue or low-cycle 
fatigue, and the location at which the crack initiated. Probably the most critical issue in choosing appropriate corrective 
action is determining whether chronic high-cycle fatigue or intermittent low-cycle fatigue caused the failure. The beach 


marks associated with fatigue may not be visible when high-cycle fatigue is the driving force. Fractographic features 
often associated with high-cycle fatigue may include 

1. individual facets of the cracks in weld metal that arc relatively smooth and flat. 

2. multiple initiation sites, indicated by multiple crack fronts, 

3. very faint, fine fatigue striations, 

4. Stage I feathering or river tributary markings, and 

5. considerable burnishing of the fracture. 

For fractures resulting from a low-cycle condition, such as equipment startup and shutdown, the same features may be 
noted, but the striations are more definitive and the striation spacing is wider. Stage I fatigue markings are often not 
evident. In addition, macroscopic and microscopic arrest marks are sometimes, but not always, evident. These fracture 
surface markings can coincide with equipment operating histories. 

Features Associated with Crack Propagation from the Weld Root 


For root cracks, when the fracture surface is viewed from the socket end, fracture flow lines extend from the root toward 
the face of the weld. Cracks may initiate at the root of the weld due to external bending or internal pressure pulses. If 
characteristic patterns of multiple origins are observed, then internal pressure pulsation is the likely driving force. If 
bending is the driving force, either one or two opposite origin sites would be expected. Sometimes internal pressure 
pulsation may result in bending, so fracture morphology cannot always be used to identify the driving force. 

The fracture surface of a socket connection that initiated from a region with a lack of penetration is shown in Fig. 5. 
Sometimes fine-scale fatigue striations are noted, providing positive evidence of fatigue crack propagation. Flowever, due 
to the loading and the crack extension in the weld metal, fatigue striations may not be evident. Typical fracture fatigue 



features in deposited weld metal are shown in Fig. 6 


Fig. 5 Photomicrograph of a fractured socket-weld. Arrow indicates lack of weld penetration at the weld root 




Fig. 6 SEM fractograph showing typical fatigue features through the weld metal 

A fracture surface of root cracks that did not have any apparent lack of penetration is shown in Fig. 7. The multiple, 
overlapping facets of the crack surface are indicators of both multiple crack initiation around the weld root and relatively 
low levels of cyclic stress. Overlap of facets demonstrates that independent cracks grew to a considerable extent in close 


proximity and finally joined. 


Fig. 7 Photomacrograph of the fracture surface that initiated at the root of the weld. A lack of weld penetration 
was not present. Arrows indicate multiple crack fronts. 

Features Associated with Crack Propagation from the Weld Toe 

When a fatigue crack propagates from the weld toe, the fracture surface is flat, transgranular, and burnished. If arrest 
marks are noted, the curvature of the arrest marks and the fracture flow line direction will indicate that the crack initiated 
from the OD surface. Burnishing is often evident; however, burnishing may not always be present because residual stress 
may hold fracture faces apart after they form. In cases where simple bending is the driving force, the fracture surface is 
usually smooth, flat, and extends directly from the toe of the attachment weld inward through the pipe wall. 

The fracture surface formed from a toe crack is shown in Fig. 8. Notice the flat appearance and the absence of multiple 
crack origins. The SEM image of the fracture features of a toe crack is shown in Fig. 9. Notice the combination of fine- 
scale striations, indicative of fatigue. Notice the very distinct striations present in Fig. 9 in contrast to Fig. 6. The fatigue 
striations may be more evident in cracks that initiate at the weld toe because the crack extends through relatively 
homogeneous base metal. Cracks that initiate at the weld root extend through weld metal that is macroscopically 
inhomogeneous. 
















Fig. 8 Photomacrograph of the typical fracture surface that initiated at the toe of the weld, indicated by the 
arrow 
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Fig. 9 SEM fractograph of typical fatigue fracture that propagated through the pipe wall. Notice distinct fine- 
scale fatigue striations. 


Managing Risk Factors in Socket-Welded Joints 

Responding to fatigue failures in socket-welded joints in small bore piping systems is a peiplexing problem for the 
nuclear industry. Such failures are fairly common, but viable methods to predict or detect them have not been developed. 
A typical nuclear generating plant contains 100,000 or more socket-welded joints, and at CPSES about 10% of these are 
in safety-related systems. Screening programs that eliminate 90% of the locations still leave an enormous population of 
joints to manage. 

A concerted effort to minimize sources of vibration is probably the most effective control measure. This is a continuing 
effort in an operating plant because rotating components have a tendency to vibrate more as they age. Risk to the joint 
cannot be determined by simply measuring the frequency and amplitude (displacement) of the vibration. A determination 
of the stress intensity at the flaw in the socket-welded fitting is also needed. Details describing how the fitting is 
supported, the socket's internal geometry, crack or flaw size and orientation, and an estimated or measured load are 
needed to determine the stress intensity. Material properties with appropriate correction for environment and measured 
estimated vibration frequencies are needed to determine fatigue crack growth. Specific characteristics of the vibration 
(bending, pressure pulsation, etc.) also influence the stress intensity at the crack tip and the growth rate. 

Mechanical vibrations can be controlled by 


1. reducing the vibration energy (i.e. balance rotating equipment, change pump impellers). 




2. changing the natural frequency (i.e. add supports, increase wall thickness), 

3. modifying system design (i.e. reroute pipe, eliminate lollipops), and 

4. isolating the vibration energy (i.e. install flexible hose). 

Material Response to Cyclic Stress 

Socket-welded joints can perform reliably in locations where they arc subjected to virtually continuous low-level 
vibration. This suggests that if the intensity of the vibration is below the material’s fatigue “threshold” (K t h), fatigue 
damage does not accumulate in the joint. This K th is a property of the particular' material and varies with the metallurgical 
condition of the material. When cyclic stress is combined with unfavorable environmental conditions, the fatigue 
“threshold” can be reduced to very low levels. Failures can occur in shorter times or at lower stress levels than would 
normally be expected. 

The relationship between vibration energy (reported in units of inches per second, acceleration, displacement, and 
frequency) and the vibration-induced stress (force per unit area) in the material is unique for every joint configuration. 
Generally, welded joints will tolerate a certain amount of vibration and ASME/ANSI OMa-1988 provides a very 
conservative allowable vibration velocity of 0.5 in./s. A single acceptable measurement, however, does not insure that a 
location will remain at an acceptable vibration level for the life of the plant. 

External bending causes a crack to form at the weakest point along the bend axis, which is either the axial weld toe or the 
weld root. Stationary pipes do not rotate so the bending axis and a neutral axis are fixed. Fatigue cracks initiate and grow 
in the bending axis where the stress is maximum. Combined factors of applied stress, stress concentration, and the 
material’s ability to tolerate fatigue determine the locations for crack initiation. When the external reverse bending forces 
are dominant, two fatigue cracks can develop almost simultaneously on opposite sides of the joint. 

Weld Procedures 

Over half of the observed failures initiated at the weld root and a significant number of those failures occurred where lack 
of fusion or undercut created a stress concentration in either the toe or the root of a weld. These stress concentrators 
significantly reduce the fatigue resistance of the socket-welded joint. On the other hand, high quality root passes limit 
both the number and size of preexisting flaws in the weld root and produce a joint with optimum fatigue resistance. 

The choice of the welding process is important, particularly for the root pass. The Shielded Metal Arc Welding (SMAW) 
process is difficult to control when welding small diameter fittings. Deeper and more consistent root penetration and 
fusion can be accomplished using the Gas Tungsten Arc Welding (GTAW) process. Radial flaws appear to be responsible 
for most crack growth and GTAW reduces the number of such flaws. It also allows for smoother contouring at the toe of 
the weld for small diameter joints. 

In 1996 the CPSES welding procedures were updated to require that 32” rods be used on the root pass of socket welds. 3 
The welding procedure 4 was also updated to require that the GTAW process be used for weld roots. CPSES procedures 
also include special requirements (i.e. two-pass root welds) that supplement the requirements in ASME B&PV Code, §111. 
5 

Under the requirements of ASME BPV Code, §IX 6 welders that qualify to make a pipe butt weld also qualify to make 
fillet welds in pipes of all diameters and thicknesses. To improve weld workmanship, TU Electric requires that welders 
pass a specific socket-weld test, 7 in addition to meeting the existing ASME requirements. The welding test shop 
coordinator destructively tests the fillet welds made in the qualification program. Many welders had never taken this type 
of test, so technique problems that had not been evident in the past are brought to their attention. As a result, the quality of 
field fabricated socket-welded joints has improved. 

Welding workmanship factors that can improve the overall reliability of joints in small-bore pipe include the following: 

1. Ensure a high-quality root pass that minimizes the number and size of defects. Because over half of the observed 
cracks in socket-welded joints initiate at the weld root, efforts to improve the quality of the weld root will 
improve the performance of the joint. 

2. Ensure that the axial weld leg (L2), is longer than the radial weld leg (LI) (an EPRI-sponsored test program 8 
demonstrated an improvement of the fatigue life by increasing the axial weld length). The longer axial leg creates 
a thicker weld throat and a smoother transition from the weld to the pipe at the axial weld toe. In a proper weld, 
the weld root is partially consumed during the subsequent weld pass and shrinkage leaves the root in 
compression. This compressive stress in the weld root should provide an added margin of safety against fatigue 
crack initiation. (If the weld is made with excessive heat, weld shrinkage reduces the pipe inside diameter.) 

3. Ensure proper radial clearance and axial gap. Although it may be possible to effectively “stiffen” the joint by 
eliminating the axial gap, this option is not allowed by ASME Code. 5 



4. Maximize pipe wall thickness, and minimize lever arm length to increase the overall stiffness of the structure. 
(Note: This approach is often valid for “lollipops,” but for piping systems it is important to avoid just moving the 
vibration problem to a different location). 

Operation with a Leaking Socket-Welded Fitting 

Fatigue-induced leaks in socket-welded fittings can be expected to “announce” themselves as a leak, therefore leak- 
before-break arguments apply. Procedures at CPSES ensure that a leak will be reported to the control room. A recent 
Code Case (N-513) allows operators to perform evaluations that will justify continued operation with a leaking Class 3 
component. The failure in a small-bore fitting poses no risk of core damage because the capacity of the reactor water 
makeup (charging) system can maintain inventory in the primary loop with a maximum leak rate in a small-bore pipe. 

Nondestructive Methods of Flaw Detection 

The nondestructive inspection (NDI) methods used at power plants include visual (VT), dye penetrant (PT), ultrasonic 
(UT), and radiographic (RT) techniques. Only UT and RT are capable of examining the weld root in an installed socket- 
welded fitting. Fatigue cracks that initiate at the axial weld toe are connected to the OD surface, so in theory, PT and VT 
can detect these defects. 

Standard UT equipment is often unable to distinguish between a crack-like defect and the annular gap in a socket-welded 
joint. Specialized UT equipment capable of detecting crack-like flaws in the weld roots of socket-welded fittings requires 
designing equipment to inspect a specific socket-welded joint. RT can detect metal loss on wall thinning. 

Cracks in the Weld Root 

Cracks that initiate at the weld root propagate through the weld to the pressure boundary. Fatigue damage accumulates for 
a long time before cracks are large enough to be detected, and this fatigue damage is effectively invisible to NDI 
techniques. Radiographic techniques (RT) can detect macroscopic variations in density like missing material (porosity) or 
slag inclusions, but the fatigue process results in no appreciable metal loss and the resulting crack tends to be very tightly 
closed. Unless a fatigue crack was slightly open and observed from the edge, it would be invisible to RT. Achieving the 
alignment required to assure the effective RT in the field is very unlikely. 

Flighly specialized ultrasonic inspection techniques may be able to detect cracks in a socket-welded joint, but, according 
to Ref. 1, the UT signals cannot be correlated with the joint’s ability to resist fatigue. The idea of using UT to inspect for 
fatigue cracks in socket-welded joints is attractive but impractical. Fatigue damage is invisible during the vast majority of 
the joint’s life, and since crack growth rates accelerate, cracks can be expected to grow through the wall in a very short 
time after they reach a detectable size. 

Cracks in the Axial Toe 

Cracks at the weld toe initiate on the outer surface of the pipe and grow inward through the pipe wall. Dye penetrant, or 
possibly visual examinations, could detect a flaw prior to leaking. Flowever, as mentioned before, fatigue damage 
accumulates for a long time (the majority of the joint’s life) before the cracks grow large enough to detect. The growth 
rate of toe cracks also accelerates as the crack grows. Fike root cracks, they too can be expected to grow through the wall 
in a very short time after they reach a detectable size. Detecting a crack in the short time interval while it is large enough 
to see and before it penetrates the wall is possible but requires a very frequent inspection. Flowever, experience suggests 
that knowing when to inspect is also an unresolved question. 

Response to Cracks 

Fligh-cycle fatigue can result in an “acute” failure where the joint fails in several hours or a “chronic” failure where the 
joint fails after several years. Systems that operate infrequently may fail after several years, but the total operating time 
may be only a few hours of operation, so these should be treated as “acute” failures. 

When a component fails after it has accumulated millions of cycles during its operating life, it is virtually certain that 
high-cycle, low-stress fatigue is the driving force. These fatigue cycles result from internal pressure pulsation, external 
vibrations, or a combination of both. Peak stress from these cyclic loads remains well below the yield stress of the 
material. Other stresses arising from system loading on the pipe may augment the cyclic stress. 


Response to a Crack Discovered by NDI 



Fatigue cracks spend the majority (often the overwhelming majority) of their lives accumulating fatigue damage and in 
crack initiation. After the crack grows large enough to be detected, there is significant stress concentration. If the joint 
continues to be subjected to a constant high-cycle, low stress, vibrating environment, the crack growth rate accelerates. 
After cracks reach detectable size, they can propagate through wall in a few days or possibly a few hours. 

In theory, if a fatigue-induced crack could be reliably detected and sized, it would be possible to predict when that joint 
would leak. In fact, it is unlikely that an inspection would be performed during the short time interval when the crack was 
large enough to be detected but not yet through wall. Furthermore, if an inspection discovers a growing crack, it must be 
assumed that the crack will penetrate the wall in a very short time. If this growing crack is in a critical system, it would be 
difficult to justify continued operation knowing a leak was eminent. The response to a growing fatigue crack that is 
discovered by NDI is effectively the same as the response to a leak. The expense of the inspection program and the 
radiation dose received by the inspectors probably exceed the cost and dose for cleaning up a leak. 

Response to a Leak 

When a crack penetrates the surface of a pressure boundary material, the increase in stress concentration can be 
significant. If the driving force continues to act after the crack propagates through wall, the crack growth rate can be 
expected to accelerate as stress intensity factor increases. This is why it is prudent to closely monitor a leaking joint that 
may have experienced a fatigue failure. Tiny leaks can remain in service for months. If a significant increase in leak rate 
is observed over a few hours, it is necessary to isolate the leak as soon as it is practical. 

Estimating Remaining Service Life 

Estimating service life is possible when the initial flaw size is either postulated or measured by an NDI technique. Using 
the material threshold for cracking and a simplified fracture mechanics model, the following two issues can be 
addressed.*” 

• Calculation of the critical length (the point where the crack just penetrates the wall) of a through-wall flaw in the 
socket weld 

• Estimation of the remaining service life after a crack has penetrated the throat of the weld to cause a leak (this is 
the point where the structural integrity of the joint is compromised) 

Identifying At-Risk Joints 

The fact that cracks grow from detectable size to through-wall in just a few days, possibly a few hours, means inspection 
intervals would have to be unrealistically short to assure against leaking. Thus, inspection is impractical unless a 
technique can be developed that measures the accumulated fatigue that is invisible to current inspection techniques. 
Vibration measurements arc useful in identifying the population at risk of suffering from fatigue-induced failure. An 
accurate analysis requires detailed information about the joint, the adjacent supports, and the nature of the vibration. The 
mechanical attributes include support details, details of joint geometry (stress risers), natural frequency of the system, 
material properties, etc. Information needed to characterize the vibration includes its intensity (amplitude/acceleration), 
frequency, and whether it manifests as bending loads or pressure pulsation. An inspection program should be modified as 
the plant ages because components wear and there is a tendency for vibration levels to increase. 

It is difficult to establish the “fatigue damage baseline” for the components in an older plant because fatigue damage 
accumulates at different rates in the various components. A major factor that contributes to the uncertainty fatigue 
damage is the uncertainty in the stress intensity factor. Components exposed to cyclic stress that produces stress intensity 
below the “fatigue threshold” can be expected to last indefinitely. Remember that every time a component is exposed to a 
stress that causes crack propagation that component is now susceptible to damage from lower intensity vibrations. 

If a fatigue-induced crack were discovered during an inspection, it would be expected to propagate through-wall in a short 
time if the vibration continued at the same intensity. Therefore, unless one can justify operating with a leak, the response 
to a growing fatigue crack is immediate repair. The inspections for fatigue cracks thus provide no operational benefit. 

Repair Strategies and Methods 

Appropriate repair strategies involve an assessment of the failure. Generally, laboratory analysis will not be performed on 
the failed fitting. If failure occurs in less than a month after installation, or if repetitive failures have occurred at the 
location, it is appropriate to classify this is an “acute” failure. Repair strategies should involve reducing the intensity of 
the vibration, and/or increasing the structural strength of the joint and the surrounding structures. Simply stiffening the 



supports may reduce vibration at a troublesome location, but it is necessary to consider whether the vibration problem 
might simply “move” to a different location. 

If a failure occurs after several years' of consistent operation, it is appropriate to classify the failure as “chronic.” When 
fatigue damage accumulates slowly, over an extended time, applied stress intensity factors are probably only slightly 
above the fatigue threshold. In this case, it is appropriate to simply replace the existing socket-welded joint using 
improved welding practice. The replacement joint should be more robust than the original, so it would be expected to 
operate reliably for the life of the plant. It is necessary to continuously maintain equipment so vibration does not 
significantly increase with time. Unless repeated failures occur, there is no reason to spend the time, money, and effort to 
lower the intensity of the vibration. 

Sometimes failures occur after several years of intermittent service, and it is necessary to consider whether the failure was 
acute or chronic. In this situation, a metallurgical evaluation would probably be appropriate. If the evidence suggests the 
fatigue damage accumulated only during these relatively brief operating periods, the failure should be treated as acute and 
the repair strategy for acute failures should be applied. 

Conclusions 

Experience suggests that CPSES suffers from fatigue-induced failures of socket-welded fittings in small-bore piping at 
rates si mi lar to other nuclear generating stations. The vast majority of the socket-welded joints in the plant are performing 
reliably. As the plant ages, fatigue damage accumulates, and systems start to wear. This wear causes increased vibration, 
so failures can be expected throughout the life of the plant. Late-in-plant-life failure rates could increase. 

1. High-cycle, low stress vibrations (cyclic bending or internal pressure pulsation) can initiate and propagate cracks 
through-wall in socket-welded fittings. These cracks are most likely to initiate at the weld root or at the axial weld 
toe. 

2. Cracks that initiate in the root are sometimes, but not always, associated with poor quality welds. Joint geometry 
causes a stress concentration at the tip of the annular slot (location of the weld root) even when the weld quality is 
good. 

3. NDE methods are effective only after the crack grows to a detectable size. Cracks in the weld root are particularly 
difficult to detect. By the time a crack reaches detectable size, the fitting is virtually at the end of its life. For an 
inspection technique to be useful, it would have to be able to assess accumulated fatigue damage. 

4. Welding fabrication techniques can affect the structural integrity of a socket-welded joint. Factors that improve 
the welds include 1) implementing weld procedures that improve the quality of the weld root and lengthen the 
axial weld leg, and 2) requiring specific socket-weld training to improve welder skills. 

5. Fatigue failures of small-bore pipe arc not safety significant. The reasons for this are as follows: 

o Experience shows operators discover leaks quickly, and corrective actions are taken promptly. The socket 
joint fails due to a leak-before-break scenario. 

o Leakage rates are within the make-up capability of plant equipment so the coolant inventory in the 
primary loop is maintained. 

o Experience at CPSES shows fatigue failures in small bore piping systems are common and do not 
challenge plant safety. 

6. The following corrective actions could help minimize the number and economic impact of high-cycle fatigue 
failures in small-bore piping in the future: 

o Update weld procedures to improve quality of the weld root and lengthen the axial weld leg. 
o Implement welder training that is specific to socket-welded joints, 
o Avoid fatigue prone configurations like “lollipops.” 

o Consider fatigue during the design and implementation of plant modifications. 

o Identify the nonisolable small-bore lines that could impact output and analyze/test to determine which of 
these lines are subject to vibration. 

o Improve system geometry and supports and eliminate sources of vibration. 

o Systematically upgrade the existing socket welds with new socket welds fabricated using improved 
welding procedures and practices. 
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Footnotes 


* Austenitic stainless steel materials typically have fatigue stress intensity threshold values of about 5 ksi V inch in an 
air environment. For comparison, the typical fracture toughness value for austenitic stainless steel is over 100 ksi V 
inch. 


** SwRI developed a UT procedure for examination of small-diameter piping welds. 


*** The fracture mechanics model is beyond the scope of this paper, but TU Electric has used this approach to forecast 
crack growth rate and estimated remaining service life. 



Severe General Corrosion on Historic Lane Plate Made From Chromium Steel 


From: O.E.M. Pohler, Failures of Metallic Orthopedic Implants, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 670-694 


Abstract: A large portion of the four-hole Lane plate disintegrated and consisted mainly of corrosion products after remaining in the 
body for 26 years. Transformation structures and carbides were exhibited by the plate which was made from chromium steel. 
Minimal corrosion was exhibited by the soft austenitic 304 stainless steel used to make the screws. The corrosion products of the 
plate were revealed by microprobe analysis to impregnate the surrounding tissues. Improper material selection was concluded to be 
the reason for the general corrosion behavior. 

Keywords: Carbides; Corrosion products; Phase transformations; Surgical implants 


Material: Chromium steel (Stainless steel, general) 


Failure type: Uniform corrosion 


The four-hole Lane plate shown in Fig. 1(a) was inserted 46 years ago and remained in the body for 26 years. A large 
portion of the plate disintegrated and consisted mainly of corrosion products. Figure 1(b) shows the extensive corrosion 
holes on a metallographic section of the plate. The plate, manufactured from a chromium steel, exhibited transformation 
structures and carbides. The screws, which are formed like wood screws, were made from a soft austenitic 304 stainless 
steel and exhibited minimal surface corrosion. The corrosion products of the plate impregnate the surrounding tissues, as 
seen on the microprobe analysis shown in Fig. 1(c). 




Fig. 1 Failed historic Lane plate, (a) Heavily corroded Lane plate from chromium steel. Implant was retrieved 
after 26 years, (b) Longitudinal section parallel to plate with large corrosion holes. 190x, (c) Microprobe 
analysis of tissue surrounding the plate. Chromium and iron corrosion products have impregnated the tissue. At 
the location shown, the question is whether the corrosion products penetrated bone structures or the 
impregnated tissue mineralized. 

This is a case of general corrosion due to improper material selection. The corrosion may have been enhanced because of 
the austenitic stainless steel screws. In contrast, a recently retrieved intramedullary tibia nail of the type shown in Fig.(s), 


which had been in the body for 24 years, showed no signs of corrosion. This nail was produced from a low-carbon 
remelted type 316L stainless steel. 
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Corrosion-Fatigue Failure of Finned Stainless Steel Economizer Tubes Due to 
Differential Thermal Expansion 

From: A.G. Glover, D. Hauser, and E.A. Metzbower, Failures of Weldments, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 1986, p 411-449 

Abstract: After 10 years of satisfactory operation, economizer-tube failures occurred in a large black liquor recovery boiler for a 
paper mill. The economizer contained 1320 finned tubes. Two fins ran longitudinally for most of the tube length and were attached 
by fillet welding on one side. The economizer tube leaks occurred at the end of the fin near the bottom of the economizer. A sample 
from a tube that had not failed showed heavy pitting attack on the inside of the tube, probably due to excess oxygen in the 
feedwater. Penetrant testing revealed numerous longitudinal cracks on the inside in the area of the fin tip. Cracking at the end of the 
fin-to-tube fillet weld was noted. The results indicate the failures were due to corrosion fatigue whose stresses were primarily 
thermally induced. A temporary solution included inspecting all tubes with shear-wave ultrasonics. Tubes with the most severe 
cracking were ground and repair welded. The square corners of the fins were trimmed back with a gradual taper so that expansion 
strains would be more gradually transferred to the tube surface. Water chemistry was closely evaluated and monitored, especially 
with regard to oxygen content. 

Keywords: Boiler tubes; Liquids; Stress concentration; Water chemistry 
Material: Stainless steel (Stainless steel, general) 


Failure type: Corrosion fatigue 


After 10 years of satisfactory operation, several economizer-tube failures occurred in a large black liquor recovery boiler 
for a paper mill. Several other areas of the boiler had experienced problems, but this was the first unscheduled outage due 
to economizer problems. 

The economizer contained 1320 tinned tubes approximately 13.7 m (45 ft) long. These tubes were specified to be 50 mm 
(2 in.) OD x 4.2 mm (0.165 in.) minimum wall thickness. Two fins ran longitudinally 180° apart for most of the tube 

length and were attached by fillet welding on one side. The fins were about 6.4 mm (4 in.) thick and 50 mm (2 in.) high. 
The weld was started and stopped by running up on the fin for the last 13 mm (0.5 in.). This technique left the ends of fins 
unwelded (Fig. 1). This fin/tube configuration is commonly used in black liquor recovery boilery. 




Fig. 1 Section of stainless steel tube/fin assembly removed from economizer. Note the weld geometry and fin 
weld locations. 

The economizer began experiencing tube leaks that resulted in unscheduled outages. These leaks occurred at the end of 
the fin near - the bottom of the economizer. After the initial failure, the frequency of failures increased, the time between 
failures decreased, and a failure analysis was eventually initiated. 

Investigation. During an unscheduled outage, a sample was removed from a tube that had not failed. The inside of the 
tube showed heavy pitting attack, probably due to excess oxygen in the feedwater. After cathodic cleaning, the tube was 
penetrant tested, and numerous longitudinal cracks were noted on the inside in the area of the fin tip (Fig. 2). Cracking at 
the end of the fin-to-tube fillet weld was noted during visual examination of the outside surface. 



10 mm 


Fig. 2 Interior surface of economizer tube after penetrant testing. Note indications of cracking (arrows). 
Metallographic examination of the section near - the end of the fin showed cracking on the inside under the fin and on the 
outside at the root and toe of the weld (Fig. 3a). A cross section under the fin tip showed one large straight crack on the 
inside-diameter surface that penetrated approximately one-third of the wall; heavy pitting was also visible (Fig. 3b). 
Examination of the inside-diameter crack at higher magnification revealed numerous small cracks adjacent to it that 
initiated at the inside-diameter surface (Fig. 3c). All of these cracks were transgranular, straight, unbranched, and 
contained oxide typical of corrosion fatigue. 



Fig. 3 Inside-diameter cracking in stainless steel economizer tube, (a) Cross section of tube near the end of fin 
fillet weld. Note cracking at the root and toe of the weld, (b) Cross section of tube under unwelded fin end 
showing crack below fin and pitting on inside-diameter surface, (c) Detail of inside-diameter cracking showing 
one large oxide-filled crack and two smaller cracks. 45x. All as-polished 

Discussion. A general review of the stresses in the tube fin area indicated that failure was most probably due to thermal 
stress from differential expansion of the fin and tube. Specifically, the outside of the fin approaches the temperature of the 
flue gas, while the tube is nearer to the temperature of the cooler inlet water. 

This temperature difference results in more expansion of the fin than the tube. Furthermore, the outside of the fin expands 
more than the portion welded to the tube due to the temperature gradient in the fin. These actions cause the fin to bow 
such that the outside surface becomes convex. This distortion forces the unrestrained fin end to press down on the outside 
surface of the tube. At the fin tip, this pressing subjects the tube to a localized bending stress in which the outside is in 
compression and the inside in tension. 

Conclusions. The results indicate the failures were due to corrosion fatigue whose stresses were primarily thermally 
induced. Corrosion, probably due to a high oxygen content in the feedwater, caused pitting, which resulted in localized 
stress concentration. Corrosion also lowered the threshold for fatigue. The fatigue cycles were associated with start-ups 
and shutdowns. Problems in other areas of the boiler resulted in numerous shutdowns over the 10 years of operation. 
Increased cycling of the boiler for repairs caused accelerated crack propagation in the tubes. This increased the frequency 
of failure and shortened the time interval between failures. Accelerated shutdown procedures associated with the 
unscheduled outages caused severe thermal gradients, which further raised the stress level. 

Recommendations. A temporary solution included inspecting all 1320 tubes with shear-wave ultrasonics to 
determine the extent of damage (many tubes contained cracks). Tubes with the most severe cracking were ground and 
repair welded. The square corners of the fins were trimmed back with a gradual taper so that expansion strains would be 
more gradually transferred to the tube surface. Water chemistry was closely evaluated and monitored, especially with 

regard to oxygen content. After the inspection, repair, and fin rework was completed, the boiler ran for approximately 12 
years without any additional failures. The economizer was then replaced due to efficiency and other considerations. 

Related Information 
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Fracture of a Bone Drill 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A stainless tool steel bone drill broke during an operation on a patient and was examined. It showed two fatigue fractures, 
one of which had started from a sharp-edged, coarsely milled slot (fracture Al), and the other from a point on the outer sheath 
surface which was not subjected to particularly high stresses (fracture A2). Fatigue fracture Al resulted from the stress 
concentration built up at this point as a result of the sharp edges and the coarse machining grooves. The remains of a number, 
which had been inscribed with an electrical engraving tool for identification purposes, were found at the point of origin of fracture 
A2. The material had been heated to the melting point during the engraving of the number, and multiple cracking occurred during 
cooling. One of these cracks led to the development of fatigue fracture A2. 

Keywords: Drills; Engraving 


Material: Stainless steel (Stainless steel, general) 


Failure type: Fatigue fracture 


Complicated bone fractures can be internally splinted by driving a stainless steel pin into the marrow cavity of the broken 
bone. To this end, the bone must be bored out in several stages. This is done with drills of various diameters, made of 
stainless tool steel, driven by a flexible coupling (Fig. 1). 



Fig. 1 Bone drill with crack in the coupling. 3x 

One of these drills broke during an operation on a patient and was examined. It showed two fatigue fractures, one of 
which had started from a sharp-edged, coarsely milled slot (fracture A 1 in Fig. 2), and the other from a point on the outer 
sheath surface which was not subjected to particularly high stresses (A 2 in Fig. 2). 


Fig. 2 Fracture surface with to fatigue fractures (A 1 and A 2). lOx 

The fatigue fracture A 1 is easily accounted the stress concentration built up at this point as a result of the sharp edges and 
the coarse machining grooves. Fractures of this type were later found on other drills as well (Fig. 1). The relationship to 
the machining grooves can be seen particularly clearly in Fig. 3, which shows four fatigue breakages lying close to one 
another, as revealed after the crack in the slot had been broken open. On the other hand, an explanation for the fatigue 
fracture A2 had to be sought. The discovery of the remains of a number, which had been inscribed with an electrical 
engraving tool for identification puiposes, at the point of origin of the fracture, revealed the cause (Fig. 4). It may have 
been the curved part of a 2 or 3. Next to this, on a section which is not so subject to fracture, a Fig. 5 can still be seen. The 
examination of a cross-section through this point confirmed that the material had been heated to the melting point during 
the engraving of the number, and that multiple cracking had occurred during cooling (Fig. 5). One of these cracks had 
certainly led to the development of the fatigue fracture A 2. 



Fig. 3 Crack in drill of Fig. 1, after being broken open, showing several fatigue fractures which had started 
from machining grooves. 15x 




Fig. 4 Surface at the point of breakage. lOx 




«• 


Fig. 5 Microstructure at the origin of the fracture A 2. Longitudinal section, etched in V2A pickling solution 
(20°C). 250x 

Electrical engraving tools of this type are often used by metallographers for marking their specimens. The metallographer 
should bear in mind that with this technique he can produce local changes in the microstructure through hardening or 
annealing, particularly in hardened specimens, not only at the point of the engraver but also, if the specimen is badly 
earthed, on the reverse side. 


Related Information 
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Aircraft Accident Caused by Explosive Sabotage 

R.V. Krishnan, S. Radhakrishnan, A.C. Raghuram, and V. Ramachandran, National Aeronautical Laboratory 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Damage to a passenger aircraft that resulted from a midair explosion and subsequent emergency landing was 
investigated to determine the cause and location of the explosion. Extensive damage had occurred in the front toilet and cockpit 
areas and to the undercarriage and underside of the aircraft. Fractographic and surface examination of metal fragments (stainless 
steel and aluminum alloy) from damaged areas indicated that the accident was caused by an explosion in the front toilet. A 
reconstruction exercise confirmed this conclusion. Damage to the undercarriage and underside resulted from the emergency landing. 
Keywords: Aircraft components; Explosions 

Materials: Aluminum alloy (Aluminum, general); Stainless steel (Stainless steel, general) 

Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Damage to a passenger aircraft that resulted from a midair explosion and subsequent emergency landing was investigated 
to determine the cause and location of the explosion. 

Circumstances leading to failure 

The flight of the passenger aircraft was uneventful until 20 min before a scheduled landing, at which time an explosion 
occurred, causing injuries to the crew and damage to the front toilet area and to instruments in the cockpit. However, the 
main structure was undamaged. Despite these multiple emergencies, the pilot continued to fly the aircraft and attempted 
an emergency landing. In process, the aircraft overshot the runway, severing the engines and damaging the underside of 
the aircraft. Although an in-flight explosion was known to have occurred, it was necessary to provide material evidence to 
a Court of Inquiry to establish the location and type of explosion. 

Visual Examination of General Physical Features 

Because the engines and undercarriage were severed, the aircraft was resting on the underside of the fuselage, beyond the 
end of the runway (Fig. 1). The front toilet and cockpit areas had suffered extensive damage. The paint on the external 
skin above the front toilet had peeled off, and a hole was found on the skin of the toilet roof, with the metal lip curling 
outward (Fig. 2a). The panels of the toilet compartment had given way, as did the front bulkhead and the floorboard 
below the washbasin. Shaip projectiles had penetrated the panels. Fragments were lodged in the toilet panels, in the panel 
opposite the toilet across the gangway, in the pilot's seat, and in the observer's seat behind the pilot. 



Fig. 1 Damaged aircraft in which the explosion occurred. 






Fig. 2 Damage in the front portion of the aircraft, (a) Hole in the external skin on the toilet roof, (b) Caving in 
of the toilet bowl. Damage in the front portion of the aircraft, (c) Damage to the instrument panel in the 
cockpit.(d) Hole in the backrest of the pilot's seat, front view, (e) Hole in the plastic panel in the passenger 
cabin. 

Inside the toilet, the stainless steel washbasin and its fittings were severely mangled. The wastepaper receptacle, made of 
aluminum alloy sheets and kept under the washbasin, had disintegrated into a number of pieces. The toilet bowl was 
caved in (Fig. 2b), as though deformed by compressive forces directed from the region below the washbasin. 

Fig. 2(c) illustrates damage to the various instruments in the cockpit. There was a hole in the backrest of the observer's 
seat, which was situated between the toilet wall and the pilot's seat. The backrest of the pilot's seat also had a hole pierced 
through it (Fig. 2d). 

In the passenger cabin, the plastic panel in front of the left front row of seats had a hole pierced through it (Fig. 2e), with 
distinct crazing. The cabin crew’s folding seat, located in the passage between this plastic panel and the real - wall of the 
front toilet, had disintegrated, and sharp metal fragments were embedded in the foam of this seat. 

After examining the wreckage in the field, a large number of metal fragments were recovered from the front toilet and 
cockpit areas, as well as from the ground below, for further laboratory examination. 

Testing Procedure Visual and Results 


Surface examination 



Visual. The fragments were curled and twisted. Some of them contained dents and pierced holes. Curling was 
pronounced in the lips around the holes and along the fracture edges. 

Macrofractography/Scanning Electron Fractography. The fragments were examined in a stereomicroscope 
and in a scanning electron microscope (SEM). The features observed on the fracture edges and on the surfaces of the 
fragments are shown in Fig. 3. These features were pronounced in the fragments obtained from the disintegrated 
wastepaper receptacle. 



Fig. 3 Characteristic features of explosive damage, (a) Reverse slant, (b) Curl, (c) Curved fragment, (d) Dent, 
(e) Spall, (f) Petaling and curling around a hole, (g) Spikes, (h) Craters, (i) Nondescript fragments. 

Some of the fragments from the wastepaper receptacle showed a stepwise slant fracture edge, the slope of the slant 
fracture reversing periodically along the edge (Fig. 3a). Distinct curling was observed on some of the fragments of the 
wastepaper receptacle, the free fracture end rolling over itself one or more turns (Fig. 3b). A curved surface with a small 
radius of curvature was another unusual feature of some of the fragments (Fig. 3c). Dents were observed in some of the 
pieces of the wastepaper receptacle (Fig. 3d). Some were sharp and others were glancing dents. Fig. 3(e) shows an SEM 
fractograph of metal spall in a fragment. Fracture occurred along the midthickness plane, resulting in flaking. Holes were 
pieced through some of the fragments. Figure 3(f) shows a typical hole, around which petal like tongues of the metal have 
curled outward. Shaip spikes were noticed in some pieces along the fracture edge (Fig. 3g). On the surface of the 
fragments of the wastepaper receptacle, small craters were visible with raised ridges along their rims (Fig. 3h). Many tiny, 
nondescript, featureless fragments were contained in the debris collected from the damaged areas of the air craft (Fig. 3i). 

Simulation tests 

Explosion experiments were carried out in the laboratory on similar aluminum alloy sheet. The fragments thus produced 
were found to have these characteristics. 

Discussion 

When the aircraft overshot the runway and hit the approach lamps and the airport fence, the engines, undercarriage, and 
underside of the aircraft suffered considerable impact damage. However, the damage to the toilet area, cockpit, and the 



surrounding structures and fittings therein were of an entirely different nature and could not have been caused by impact 
on landing. 

Features on fragments of sheet metals disintegrated by explosive forces are distinct from those produced by impact alone. 
These characteristic features, which are pronounced in the primary zone of explosion, survived the subsequent impact 
forces. Tardif and Sterling (Ref 1) have described in detail the characteristics of explosive damage in aluminum. These 
have found applications in the detection of explosive sabotage of aircraft (Ref 2, 3, 4, 5). 

The features described above and illustrated in Fig. 3 are general characteristics of explosive fracture. It has been reported 
that some features, such as reverse slant in sheet metal, are produced in high-strain-rate deformation and fracture, but 
craters with raised rims on the, surface of sheet metal are produced by gas bubble impingement following a chemical 
explosion. The craters were visible in the fragments of the wastepaper container. 

Spall in sheet metal is a typical shock wave phenomenon. When a compression wave passes through sheet metal, it is 
reflected from the rear surface of the sheet as a tension wave, and in this process, fracture occurs along the midthickness 
plane. Some of the larger pieces of the wastepaper container had oriented dents and holes, indicating explosive damage 
from the inside to the outside. The nature of damage to the structure and fittings in and around the front toilet provided 
further evidence of this phenomenon. The holes in the roof skin of the toilet (Fig. 2a), in the pilot's backrest (Fig. 2d), and 
in the plastic panel in the passenger cabin (Fig. 2e) indicated the presence of high-velocity projectiles moving in various 
outward directions from the toilet. The inward caving of the toilet bowl (Fig. 2b) and the severe deformation of the 
washbasin pointed to the region under the washbasin as the center of the explosion. 

The peeling of the paint from the top skin of the fuselage between the cockpit and the front entrance (Fig. 1) could have 
been caused only by internal forces from underneath and not during landing. In aircraft accidents caused by explosion, 
study of the damage to the surrounding structures often leads to determination of the center of explosion by tracing the 
trajectories of the projectiles in the damaged area (Ref 6, 7). 

All evidence suggested that the wastepaper receptacle was the center of the explosion. This conclusion is illustrated in the 
trajectory tracing shown in Fig. 4. 



Fig. 4 Trajectories of projectiles from the center of the explosion. 1, pilot's seat; 2, observer's seat; 3, 
washbasin; 4, toilet bowl; 5, toilet door; 6, cabin crew seat;7, plastic panel; 8,cockpit door; 9, pantry; A, holes 
in the backrest of pilot's seat; B, hole in the external skin; C, hole in the plastic panel; D, holes in the door 
panel; E, dent in the toilet bowl. 


Conclusion and Recommendations 



Microscopic examination of the fragments collected from the aircraft clearly established chemical explosion in the front 
toilet as the cause of the accident. The center of the explosion was found to be the wastepaper receptacle under the 
washbasin. Further damage to the undercarriage and underside of the aircraft was caused when the aircraft made an 
emergency landing at high ground velocity and overshot the runway. 
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Stress Corrosion Cracking Associated with Design Feature 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Five cylinders out of a group of nine in a drying machine developed leaks after a few months service in a textile mill. 
Leakage was reported from locations between the hoop and the body and from the circumferential welds. The materials in the 
affected area were 18/8 Ti and 18/10/3/Mo austenitic stainless steels. Examination of the cracks at high magnification revealed 
them to be of the stress corrosion type. Examination of the welds showed them to be of satisfactory quality. Cracking was also 
visible at these locations, this again being of the stress corrosion type. The method of cylinder construction introduced a crevice 
between the outer hoop and the cylinder at the inboard edge so that during washing of the rolls, water could penetrate the crevice 
and subsequent heating would lead to the concentration of chlorides within the crevice. Re-design of the cylinder to eliminate the 
crevice was recommended. 

Keywords: Design; Driers; Leakage; Welded joints 


Material: 18-8-Ti (Austenitic wrought stainless steel); 18-10-3MO (Austenitic wrought stainless steel) 


Failure type: Stress-corrosion cracking 


Five cylinders out of a group of nine in a drying machine developed leaks after a few months service in a textile mill. The 
construction of the cylinders was as shown in Figure 1, each end of the body cylinder being attached to the rim of the end 
plate by an edge weld while, in addition, an external hoop was fitted, attached by a further weld at the same location. 
Leakage was reported from locations between the hoop and the body and from the circumferential welds, The materials in 
the affected area were 18/8 Ti and 18/10/3/Mo austenitic stainless steels. 




Fig. 1 Attachment of cylinder to end plate (not to scale). 

From two of the affected cylinders samples were removed, from the locations marked in Figure 1 for examination. A 
cross section through the joint revealed extensive cracking as depicted in Figure 2. It will be apparent that the majority of 
these cracks originated at the crevice between the body cylinder and the outer hoop. Cracking, to a lesser extent, was also 
visible on the rim section, this also being present to a minor degree on the external face. 






Fig. 2 Sections through end joint showing extensive cracking from crevices. (x3). 

Examination of the cracks at higher magnification revealed them to be of the stress corrosion type, typical examples being 
illustrated in Figures 3 and 4. The fine transgranular branching nature of the cracks is characteristic of this mode of 
failure. At some locations, the cracking was such that small portions of material became isolated and fell out during the 
preparation of the specimens._ 
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Fig. 3 Cracking typical of that resulting from stress corrosion. (x30). 




Fig. 4 Minor cracking of stress corrosion type. (xlOO). 

Examination of the welds illustrated in Figures 5 and 6 showed them to be of satisfactory quality, Cracking was also 
visible at these locations, this again being of the stress corrosion type. It would appear that the initial weld between the 
body cylinder and the rim was made by the TIG process and the final weld between the three components was by metal 
arc. 



Fig. 5 Sections through end welds showing welding sequence and extent of cracking. (x6). 





Fig. 6 Sections through end welds showing welding sequence and extent of cracking. (x6). 

The stresses required for initiation and development of stress corrosion cracking in this instance would be a combination 
of those induced during the forming of the cylinder and hoop, residual stresses from the welding operation, and those 
resulting from the internal working pressure. 

The particular agent involved was not immediately apparent, but this form of cracking is commonly favoured by the 
presence of chlorides. During the operation of the plant it was necessary to wash down the rolls periodically and a sample 
of this water was obtained for analysis. This showed a pH value of 7 and a chloride content of 326.6 ppm as Cl, 
(equivalent to 538.2 ppm as NaCl.) 

It will be apparent from Figure 1 that the method of construction introduced a crevice between the outer hoop and the 
cylinder at the inboard edge so that during washing of the rolls, water could penetrate the crevice and subsequent heating 
would lead to the concentration of chlorides within the crevice. The evaporative concentration of chloride in combination 
with the working and residual stresses, together with the elevated temperature, would provide ideal conditions for the 
development of cracking of the stress corrosion type Such cracking initially penetrated the cylindrical body section and 
thus gained access to the rim to result in cracking on the external surface. 

The immunity of austenitic stainless steels to stress corrosion cracking cannot be guaranteed in a chloride environment, 
particularly when operating temperatures are such as could lead to evaporative concentration. Manufacturing and welding 
stresses could be relieved by a solution heat treatment at a temperature of the order of 1000°C but this would be 
impracticable with a cylinder of this type and in this instance re-design of the cylinder to eliminate the crevice would 
offer the easiest solution. 

Related Information 


W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
2002, p 823-860 




Corroded Leaky Stainless Steel Pipes 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut for Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: 18/8 steel pipes (23 mm diameter and 2 mm thick), used for years in a food factory soft water preheater, were found to 
leak as a result of corrosion. These pipes served to heat from outside to 100 deg C completely desalinated, virtually oxygen- 
saturated water by steam of 0.5 atm. and 150 deg C. A reddish-brown coating with a few flat pitting holes and incipient cracks was 
observed on the outside while on the inside rust patches under which pitting scars, branching out to predominantly transcrystalline 
cracks, were visible. The leaking of pipes was caused by pitting and stress corrosion for which chlorides are the most likely corrosive 
agents. If no chloride ions were present in the water treated, it was found that residual stresses from drawing and bending of the 
pipes were the possible reason for failure. The factory was recommended to use molybdenum alloyed steels of the type 18 10 or 18 
12 for future use as these were more resistant against local disruption of the passive film and pitting than the molybdenum-free 
18/8 steel used there. 

Keywords: Leakage; Pipe; Soft water 


Material: 18-8 (Austenitic wrought stainless steel) 


Failure types: Stress-corrosion cracking; Pitting corrosion 


u 

Pipes of 23 mm diameter and 2 mm wall thickness made of 18/8 steel started to leak through corrosion after 2years' use 
in a soft water preheater of a food factory. The pipes served to heat from outside to 100°C completely desalinated, 
virtually oxygen-saturated water by steam of 0.5 atm. and 150°C. 


The pipes showed on the outside a reddish-brown coating with a few flat pitting holes and incipient cracks (Fig. 1). The 
cracks were markedly widened in 180° bends (Fig. 2). The interior of the pipes was covered with rust patches (Fig. 3) 
under which deep and partially penetrating pitting scars were visible (Fig. 4). From these scars numerous cracks branched 
out that were predominantly transcrystalline (Fig. 5). Therefore the leaking of the pipes is caused by pitting and stress 
coiTosion. These types of corrosion often occur together. 



Fig. 1 Outer face of pipe with flat pitting holes and incipient cracks. 
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Fig. 2 180° bend with markedly widened cracks. 



Fig. 3 Rust patches on interior side of the pipes. 



Fig. 4 Cross section through pipe with pitting scars. 





Fig. 5 Transcrystalline cracks originating from pitting scars, cross section, unetched. 

Chlorides are the most likely corrosive agents for this type of attack, while concentrated alkaline solutions are somewhat 
less coiTosive. If no chloride ions were present in small concentration in the water treated in the pipes, this case may show 
that other possibilities exist as well. Stresses were present in the form of residual stresses from drawing and bending of 
the pipes. 

It was recommended to the factory to use in against local disruption of the passive film the future molybdenum alloyed 
steels of the type 18 10 or 18 12. These ar more resistant against local disruption of the passive film and pitting than the 
molybdenum-free 18/8 steel used here. 

Related Information 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 
2002, p 823-860 


Metallic Inclusions in Steel 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Examples of metallic inclusions in steels of various types are presented. The structure of an inclusion in an annealed Fe- 
lC-1.5Cr steel consisted of ferrite with lamellar pearlite. The carbon content of the inclusion was therefore considerably lower than 
that of the chromium steel and was adapted to the latter by diffusion only at the periphery of the inclusion. In another section of a 
hardened piece of the same chromium steel, the steel in this case had a structure of martensite with hypereutectice carbide, while 
the inclusions consisted of a very fine laminated eutectoid of the lower pearlite range (Troostite). In a pipe of 18-8 austenitic 
stainless steel a weakly magnetizable spot of limited size was found. This inclusion too was probably more alloy-deficient than the 
austenitic steel, similar to the ones described above. All three cases were casting defects. 

Keywords: Inclusions; Steel making 

Materials: 18-8 (Austenitic wrought stainless steel); Fe-l.0C-l.5Cr (Chromium alloy steel) 


Failure type: (Other, general, or unspecified) processing-related failures 


Occasionally metallic inclusions are found in ingots, semi-finished or finished products which top crusts resemble 1, 2, 3. 
While these can be differentiated from the steel in the primary structure but not in composition or the secondary structure, 
the former may have different basic composition and therefore also a different structure than the surrounding material 4. 
How such foreign matter has entered into the cast structure is usually impossible to establish later. For the nowa-days 
rarely used stirring of castings or pouring with curves, for instance, iron rods are used, from which pieces may melt off 
and fall into the liquid steel. But more probably the metallic inclusions originate in floated base places of carbon-deficient 
steel, such as are inserted into the mold in casting from the above for the protection of the bottom. In any case, irrespctive 
of their origin, they must be regarded as casting defects. 

In the following examples metallic inclusions in steels of various types are shown. 

1. The Figs. 1 and 2 show the structure of an inclusion in an annealed chromium steel with approx. 1% C and 1.5% 
Cr. It consists of ferrite with lamellar pearlite. The carbon content of the inclusion was therefore considerably 
lower than that of the chromium steel and was adapted to the latter by diffusion only at the periphery of the 
inclusion. The lamellar formation of the pearlite shows that the inclusion has reached the (a + y) — region during 
annealing of the chromium steel that took place between 750 and 800°C according to specifications. The structure 
of the chromium steel consisted of speroidal carbide in a ferritic matrix. The carbon has gone into solution and 
transformed into carbide grains. 

2. The Figs. 3 and 4 show the structure of a section of a hardened piece of the same chromium steel that also 
contains metallic inclusions. While the chromium steel in this case had a structure of martensite with 
hypereutectice carbide, the inclusions consisted of a very fine laminated eutectoid of the lower pearlite range 
(Troostite). 

The carbon content in this structure cannot be estimated. But it was lower than that of the chromium steel, 
because the latter was clearly decarburized in the region directly adjoining the inclusion. This is expressed in Fig. 
4 where the hypereutectic carbide has disappeared from the structure of the chromium steel and the austenite has 
been transformed in some areas to Bainite. The inclusion itself has been transformed to pearlite as previously 
stated which proves that it is more alloy-deficient than the surrounding steel. 

3. In a pipe of austenitic 18/8 stainless steel a weakly magnetizable spot of limited size was found. It was assumed 
that in this region an enrichfent of 8-ferrite may be present. 

X-ray diagrams of the outer and inner pipe surface in the indicated area showed only austenitic lines. 

A longitudinal section through the weak magnetic region of the pipe wall showed the presence of a thin layer with 
deviating structure. This layer appeared as a dark strip at slight magnification (designated in Fig. 5 by arrow). 
During magnetic in this strip which proves that the weak magnetic reaction of the pipe was caused by this strip. 
During higher magnification it could be seen that the deviating etch behavior was caused by carbon-deficient 
martensite contents (Fig. 6). Therefore this inclusion too was probably more alloy-deficient than the austenitic 
steel, similar to the ones described above. All three cases therefore were casting defects of the type mentioned 
above. 




Fig. 1 Foreign inclusion in an annealed piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch Picral lOOx 



Fig. 2 Foreign inclusion in an annealed piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch Picral 500x 




Fig. 3 Foreign inclusion in a hardened piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch: Picral 25x 



Fig. 4 Foreign inclusion in a hardened piece of chromium steel with approx. 1% C and 1.5% Cr. Longitudinal 
section. Etch: Picral 500x 



Fig. 5 Foreign inclusion in a pipe 18/8 stainless steel. Longitudinal section through the weakly magnetized 
region. Etch: V2A pickle lOx 



Fig. 6 Foreign inclusion in a pipe 18/8 stainless steel. Longitudinal section through the weakly magnetized 
region. Etch: V2A pickle 500x 
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Leaky Derusting Vessel Made of 18/8 Steel 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A welded vessel made of acid resistant 18-8 steel used in the derusting of motor vehicle parts started to leak after a long 
period due to the formation of cracks. The vessel was heated from the outside and so that it was not in direct contact with the flame. 
It was surrounded by a casing of unalloyed steel. Where the cracks had not been eroded away it was clear they ran transcrystalline. 
This was clearly a case of stress corrosion cracking. Because the cracks propagated from the outer surface of the vessel they were 
not caused by the derusting agent but only by the external atmosphere in conjunction with welding stresses. The narrow gap 
between vessel and mild steel casing may have aggravated the situation in that it hindered ventilation and evaporation of 
condensation and favored the absorption and concentration of acids and salts. Contact and crevice corrosion due to deposition of 
rust from the mild steel casing could have contributed. 

Keywords: Leakage; Storage vessels; Welded joints 


Material: 18-8 (Austenitic wrought stainless steel) 


Failure type: Stress-corrosion cracking 


A welded vessel made of acid resistant steel of the 18/8 type used in the derusting of motor vehicle parts started to leak 
after a long period due to the formation of cracks. The vessel was heated from the outside and so that it was not in direct 
contact with the flame it was surrounded by a casing of unalloyed steel. 

Figures 1 and 2 show one of the cracks from the outside and from the inside. In addition to the penetrated crack, a 
multitude of small cracks are visible on the outer surface. A metallographic section through this region confirms that the 
cracks propagated from the outside (Fig. 3). The inner surface is completely unscathed. Where the cracks have not yet 
been eroded away it is clear that they run transcrystalline (Figs. 4 and 5). This is clearly a case of stress corrosion 
cracking. Since the cracks propagated from the outer surface of the vessel they cannot have been caused by the derusting 
agent but only by the external atmosphere in conjunction with welding stresses. This is characteristic of this selective type 
of corrosion; it actually occurs preferentially as a result of mild corrosive agents. 



Fig. 1 Outside of vessel, lx 




Fig. 3 Metallographic section through cracked region, unetched, above: outer surface of vessel. lOx 







Fig. 4 Cracked region on outer surface of vessel, unetched, lOOx 



Fig. 5 As Fig. 4., after etching with V2A pickle, 200x 


The narrow gap between vessel and mild steel casing may have aggravated the situation in that it hindered ventilation and 
evaporation of condensation and favoured the absorption and concentration of acids and salts. Contact and crevice 
corrosion due to deposition of rust from the mild steel casing could have contributed. 
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Failure of Non-Magnetic Rotor Banding Wire From Stress-Corrosion 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Banding wires of the rotor of an 1800 H.P. motor were renewed following replacement of the banding rings. After about 
six months' service, a breakdown occurred due to bursting of the banding wires in several places. The wire, 0.064 in. diameter, was 
non-magnetic, and of the 18/8 Cr Ni type of austenitic stainless steel. The fractures were short and partially crystalline, with no 
evidence of slowly developing cracks of the fatigue type. Microscopical examination of sections taken through the fractures showed 
the cracking to be of the multiple branching type. Because the material was in the heavily cold-worked condition, it was not possible 
to determine with certainty if the cracks were of the inter- or trans-granular type. It was concluded that failure was due to stress- 
corrosion cracking in a chloride environment. Failure of the wires was likely due to the use of a chloride-containing flux during the 
soldering operation. 

Keywords: Banding; Chlorides; Electric motors; Motor rotors; Soldering fluxes; Wire 
Material: 18-8 (Austenitic wrought stainless steel) 


Failure type: Stress-corrosion cracking 


The banding wires of the rotor of an 1800 H.P. motor were renewed following replacement of the banding rings and, after 
about six months' service, a breakdown occurred due to bursting of the banding wires in several places. The wire, 0.064 
in. diameter, was non-magnetic, being of the 18/8 Cr Ni type of austenitic stainless steel. Most of the fractures occurred in 
the immediate vicinity of the clips, as can be seen in Fig. 1. 




Fig. 1 Failure adjacent to soldered clip x 2 

Examination of the fractures showed them to be “short” and partially crystalline, with no evidence of slowly developing 
cracks of the fatigue type. Bend tests carried out on samples adjacent to the fractures showed excellent ductility, and 
hardness tests gave values of 400 V.P.N.. equivalent to a tensile strength of the order of 90 t.p.s.i. 

Microscopical examination of sections taken through the fractures showed the cracking to be of the multiple branching 
type, as illustrated in Fig. 2. Since the material was in the heavily cold-worked condition, it was not possible to determine 
with certainty if the cracks were of the inter- or trans-granular type. Cracking of the form shown however was indicative 
of failure from stress-corrosion. 




Fig. 2 Cracks adjacent to fracture x 50 

Austenitic stainless steels are susceptible to this form of failure when exposed in a stressed condition to certain chemical 
environments, particularly those containing chlorides. In order to investigate this possibility, the samples were washed 
with hot water and the resulting extract gave definite indications of chlorides, but none of sulphates or nitrates. Careful 
visual examination of the samples revealed a small amount of greasy substance on the underside of the wires, the amount 
being insufficient to permit of identification, but not traces of risen were found. 

It was concluded that failure was due to stress-corrosion cracking in a chloride environment. The stresses necessary to 
cause cracking were doubtless of the residual type, inherent in wire of this quality, which is work-hardened by cold¬ 
drawing in order to attain the necessary tensile strength. The origin of the chlorides was not so evident it is remotely 
possible that the rotor may have been inadvertently brought into contact with sea-water or brine or alternatively, they may 
have been introduced by the use of killed-spirits, sal-ammoniac, or other type of chloride-containing flux. The fact that 
the majority of the fractures occurred adjacent to the clips suggested that a flux of this nature may have been used, 
unknowingly, during the soldering operation. 

It was learned subsequently that the wire had been in stock for some time and was returned to the manufacturers for re¬ 
tinning prior to the repair. The process to which the wire was subjected during this operation was closely investigated 
without discovering any features which may have led to the stress-corrosion cracking. Further, the tin coating had been 
applied by dipping and not by an electrolytic process which may cause embrittlement in some materials. The fact that 
there was no general cracking tended to confirm the view that re-tinning of the wire had not been a factor leading to 
failure. 

Stress-corrosion cracking of austenitic stainless steels has been observed in other environments besides chlorides. In 
alternators, for instance, corona discharge, leading to oxidation of nitrogen and the formation of nitrates, has been held 
responsible for the failure of austenitic steel end-rings. In the absence of detectable nitrates, it was considered that, in this 
particular instance, failure of the wires did not arise from this phenomenon but was more likely due, as suggested above, 
to the use of a chloride containing flux during the soldering operation. 

Related Information 
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Stress-Corrosion Cracking of Austenitic Stainless Steel Hydro-Extractor 
Components 

From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Following disruption of the austenitic stainless steel basket of a hydro-extractor used for the separation of crystals of salt 
(sodium chloride) from glycerine, samples of the broken parts were analyzed. Examination revealed that the fish-plates joining the 
reinforcing hoops had broken, the shell had split from top to bottom adjacent to the weld, the top and bottom cover plates had 
become loose, all the rivets having pulled out, and the shaft was also found to be bent. Fracture took place in an irregular manner 
and was of the shear type towards both ends; it occurred immediately adjacent to the weld or a short distance from it and on 
alternate sides. Microscopical examination did not reveal any intergranular carbide precipitation, such as is well known to result in 
the weld-decay mode of failure. It was concluded that the primary cause of failure was stress-corrosion cracking arising from the 
combined effect of residual stresses and the corrosive effect of the material being centrifuged. If the shell had been stress-relieved 
after fabrication there is little doubt that the failure would not have occurred. 

Keywords: Corrosion environments; Extraction plants; Extractors; Hydro extractors; Rivets; Shells (structural forms); Sodium 
chloride; Stress relieving 


Material: 18-8 (Austenitic wrought stainless steel) 


Failure type: Stress-corrosion cracking 


Following disruption of the basket of a hydro-extractor used for the separation of crystals of salt (sodium chloride) from 
glycerine, samples of the broken parts were submitted to the Company with a view to ascertaining the cause of failure. 
The disruption occurred in the course of ordinary working and was not preceded by abnormal vibration; some vibration 
had apparently been experienced periodically but the bearings had not suffered in consequence. The shell portion was 

_ 3 _ 

constructed from stabilised austenitic stainless steel, l6in. thick, in the hot-rolled, softened and descaled condition. It was 

_ 3 _ I 

perforated with drilled holes I6in. diameter pitched on a Sin. square pattern. After pre-setting of the ends, the shell had 
been cold-rolled to cylindrical form and the longitudinal joint then welded from both sides. No stress-relieving heat- 
treatment was applied subsequently. The shell was reinforced by two circumferential hoops, made from the same type of 

steel in the same condition. The hoops were cold-formed from 1 in. x 2in. bar and joined by two fish-plates, each 1 in. x 

Tin., also of stainless steel, the exact type not being specified. The basket was provided with a perforated sheet Monel- 
metal lining, with two additional wire mesh linings of the same material on the inside. 

Examination after the mishap revealed that the fish-plates joining the reinforcing hoops had broken, the shell had split 
from top to bottom adjacent to the weld, the top and bottom cover plates had become loose, all the rivets having pulled 
out, and the shaft was also found to be bent. There was a second similar hydro-extractor on site and examination of this 
showed that, although the fish-plates were intact, the shell had cracked vertically adjacent to the weld over a length of 
approximately 7 in., i.e. the basket of this machine was on the point of disrupting in a manner similar to the one that 
failed, presumably from the same cause. 

The hydro-extractors operated abroad and it was not practicable to obtain sufficient reliable data to calculate the working 
stresses, but nothing was observed in the course of the examination to suggest that these had been excessive. 

The sample of shell received for examination is depicted in Fig. 1, which shows the internal surface. It will be seen that 
fracture took place in an irregular manner and was of the shear type towards both ends; it occurred immediately adjacent 
to the weld or a short distance from it and on alternate sides. It was noteworthy that where fracture had occurred on one 
side of the weld, the region on the opposite side had not been severely affected by the cracking that was an outstanding 
feature of this failure. This cracking, as is evident from the illustration, was extremely irregular and in the form of tree¬ 
like corrosion fissures which appeared to have grown in a direction normal to the weld. Three main growths of this type 

were present, extending up to ^ 2in. from the weld, and their paths did not appear to be influenced by the presence of the 
perforations. The cracking was more extensive on the inside surface of the shell than on the external, except in the case of 
the weld-metal itself. The internal run of welding was almost free from cracks but several running in a transverse 
direction were present in the external run. It was also noteworthy that cracks on the inside surface of the plate appeared to 
be arrested on reaching the weld. In the vicinity of the cracks the plate showed, in general, a rusted appearance. 




Fig. 1 

The two fish-plates received for examination are also depicted in Fig. 1. Both had fractured extensively and the fracture 
surfaces were dark and presented a rusted appearance. In the case of the plate marked “B” in Fig. 1 , cracks were present 
at three of the holes and also in the free portion beyond the last rivet hole—a most unusual feature—while towards one 
end a zone of crazy-cracking was present, some pieces having fallen away in this region. In general, the cracks did not run 

into the holes but tended to skirt around them at a distance of about I6in. to Sin. The same essential features were present 
in the case of plate “A”. 

The rivets that had secured the ends and fish-plates showed extensive cracking, largely confined to the peripheries of the 
heads, but some had fractured in the shanks. Typical examples are illustrated in Fig. 2. 



Fig. 2 

Specimens for macroscopical examination were taken from the following locations: (a) a transverse section through the 
weld in the shell that included the rupture surface at one side and cracks at the other, (b) a section parallel to the plane of 
the plate through a small piece that had become detached by cracking, (c) a section through the cracked region of fish¬ 
plate “B,” (d) a longitudinal cross-section through a typical cracked rivet and (e) a specimen from the shell remote from 
the weld where cracking had not occurred. 

The salient features are illustrated in Figs. 3, 4, 5, 6 and were as follows: 

• (a) It will be noted that practically all the cracks originated at the inner surface of the plate. Complete penetration 
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was not achieved when the weld was made, an unwelded region approximately 32in. wide existing at the centre 
of the joint. This is a most undesirable fault in a weld, but in this particular case there were no indications of any 
resulting ill-effects nor did microscopical examination bring to light any incipient cracks extending from it. (Fig. 

3 ) 

• (b) A typical example of the cracking that was present in many locations in the shell, showing its remarkably 
ramified nature. (Fig. 4) 

• (c) The cracking in the fish-plates, which showed ramification similar to that in the shell. (Fig. 5) 

• (d) The cracking in the rivet heads was similar to that in the shell and fish-plates. (Fig. 6) 
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Microscopical examination did not reveal any intergranular carbide precipitation, such as is well known to result in the 
“weld-decay” mode of failure. In general, the cracking was more in the nature of Assuring and its path rather 
indeterminate but, where identifiable, this was essentially transgranular, an example being shown in Fig. 7. 



Fig. 7 x 150 

A number of hardness measurements were carried out, using a 2 mm. diameter ball with a load of 120 kg. The hardness of 
the weld was 248, that of the plate decreasing on either side from a value of 255 in the immediate vicinity of the weld to 
3 

223 about Tin. from it. The plate surface remote from the weld showed a hardness ranging from 235 to 241. A number of 
hardness measurements were also carried out along the mid-width of the section illustrated in Fig. 3, using a diamond 
pyramid indenter with a load of 3 kg. A value of 192 was obtained in the immediate vicinity of the point of rupture and 
172 adjacent to the weld. In the region of the cracks on either side of the weld a figure of 180 was obtained. Tests on a 
cross-section of the plate remote from the weld showed the hardness near the surface to be of the order of 242-250, 
falling to 180 at mid-width, i.e. there was a hardness gradient through the plate that almost certainly developed at the time 
when it was rolled to cylindrical form. Similar tests on the section through the fish-plate showed values of the order of 
192 adjacent to the surface, falling to 172 at the centre. Specimens from the shell and from one of the fish-plates were 
heat-treated at 1,050° C. followed by slow cooling. The result of this treatment was that the hardness of the shell sample 
(measured at the surface) fell from 216 to 190, while that of the fish-plate dropped from 190-175, confirming that the 
material had been cold-worked. 

In order to verify that the composition of the material conformed to that specified, a spectrographic analysis was carried 
out, the results being as follows: 








Shell 

Fish-plate 

Rivet 

Cr. % 

17.0-19.0 

17.0-19.0 

18.0-20.0 

Ni. % 

8.5-10.5 

b 

i 

so 

b 

8.5-10.5 

Si. % 

1.0- 1.5 

0.5- 1.0 

1.0- 1.5 

Mn. % 

0.5- 1.0 

0.5- 1.0 

0.5- 1.0 

Ti. % 

0.5- 1.0 

0.5- 1.0 

0.5- 1.0 

Mo. % 

<0.5 

<0.5 

<0.5 (a) 

(a) Approximately 0-3% greater than in the case of the shell and fish-plate samples. 
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It will be noted that all three steels were of similar composition, being of the 8 titanium-stabilised type. 

At first sight it would appeal - that failure of the shell, since it occurred on either side of the weld, might be attributable to 
“weld-decay,” which is a well-known mode of cracking of an intergranular type to which unstabilised austenitic steels are 
susceptible if exposed to certain corrosive conditions after having been heated to a temperature in the region of 650° C. In 
this particular case, however, the fish-plates, which had not been heated in the course of manufacture, had failed in a 
similar manner to the shell. Furthermore, microscopical examination had shown that the cracking was not of the 
intergranular type, while the spectrographic analysis indicated that all the steels contained sufficient titanium to render 
them stable. Weld decay was therefore ruled out as the cause of failure. 

It is well known that austenitic stainless steels are susceptible to stress-corrosion cracking when subjected to a static 
tensile stress in the presence of certain corrosive media, and liability to fail in this manner has been found to be 
independent of susceptibility to intergranular attack. In laboratory investigations 1 immersion of stressed specimens in 
chloride solution—particularly magnesium chloride—has been found to be conducive to this mode of failure, and the 
magnitude of the stress necessary to cause cracking may be as low as 3,000 lb. per sq. in. Stresses of this or greater 
magnitude necessarily arise from any cold-forming operation, contraction subsequent to welding, or cold straightening 
after annealing. 

In the case under investigation the hardness tests showed that during fabrication appreciable hardening due to cold- 
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working had taken place as is, of course, inevitable. The location of the failures in the shell, approximately 2in. away 
from the weld, may well have coincided with the regions where the ends were set prior to rolling the shell to cylindrical 
form. A complicating factor would be the effect of the heating at the time of welding, which would result in the relief of 
some of the residual stresses in the material on either side of the weld, but subsequent contraction of the weld zone would 
introduce new residual stresses, therefore the stress system on either side of the weld may be expected to have been 
complex. It is also noteworthy that while transverse cracks were present in the outer run of weld-metal, indicative of a 
residual longitudinal tensile stress, none were to be seen in the inner run, the indications being that the inner run had been 
made first and the contraction stresses therein relieved by the deposition of the outer run. In the case of the fish-plates, 
internal stresses would be introduced when they were cold-formed to shape and these would be augmented by the stresses 
arising from riveting. The cracks in these plates skirted the holes in many cases and there is little doubt that this behaviour 
is attributable to the presence of a zone around each hole that was subjected to a compressive stress arising from the 
riveting operation, under which condition the material would not be susceptible to stress-corrosion cracking, which occurs 
only in the presence of a tensile stress. The cracks in the extreme ends of the fish-plates serve to indicate that, in the main, 
the stresses arising in the course of working had not played a major part in the failure, since these regions would not be 
stressed appreciably under operating conditions, the stresses primarily responsible for failure being the residual ones. 

It was concluded, therefore, that the primary cause of failure was stress-corrosion cracking arising from the combined 
effect of residual stresses and the corrosive effect of the material being centrifuged. If the shell had been stress-relieved 
after fabrication there is little doubt that the failure would not have occurred, as in those zones which were stress-free, or 




nearly so, the material offered satisfactory resistance to the working environment, while the bottom end, which was an 
austenitic steel casting, showed no evidence of deterioration. In the case of the reinforcing hoops, stress-relieving of the 
fish-plates after cold-forming would not have been wholly effective in preventing failure, since the riveting operation 
would give rise to residual stresses and hence liability to cracking. As it is impracticable to stress-relieve an assembly 
incorporating rivets, an all-welded structure appears to be the only one suitable for service under the conditions that 
prevailed in this case. 
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1. Scheil, M. A., “Symposium on Stress-Corrosion Cracking of Metals” A.S.T.M. & A.I.M.E., 1944, p.395. 
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Stress-Corrosion Cracking of Austenitic Stainless Steel Evaporator Pans From 
an Unusual Cause 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: After about four years' service, cracks appeared on the internal or process side surfaces of four evaporator pans from a 
sugar concentrator. The pans consisted of an Mo-stabilized austenitic stainless steel inner vessel surrounded by a mild steel steam 
jacket. Corrosion of the external surface had taken place in the form of confluent pitting over a band adjacent to the fillet weld which 
attached the pan to the blocking ring. Numerous cracks were present in this corroded zone. Microscopical examination of several 
specimens cut from the sample revealed that the internal cracks in the pan itself originated from the external side of the plate, i.e. 
from the region covered by the shrouding ring. They were predominantly of the transgranular type. Because the cracks were not of 
the intergranular type as usually found with weld decay, but were transgranular, they were considered to be indicative of stress- 
corrosion cracking. Stresses responsible for the cracking resulted from weld contraction. The pans had been hosed down periodically 
with water from local boreholes to remove sugar from the external surfaces, which introduced the corrosive medium. 

Keywords: Chemical processing equipment; Chlorides; Evaporator pans; Vessels 


Material: 18Cr-8Ni-1.0Mo (Austenitic wrought stainless steel) 


Failure type: Stress-corrosion cracking 


After about four years’ service, cracks made their appearance on the internal or process side surfaces of four pans, which 
consisted of an austenitic stainless steel inner vessel surrounded by a mild steel steam jacket. In the case of the most 

I 

seriously affected one the cracks were 2in. to 2in. long and were present, both vertically and horizontally, over 
practically the full circumference of the inner pan, being located in a region slightly above the level of the external 
blocking ring and corresponding to a zone covered by the light stainless steel shroud ring fitted externally as indicated in 
the sketch. Fig. 1. It is understood that cracking of these shroud rings had taken place after about two years’ service, 
circumferential cracks developing at about the mid-width of the strip. 
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Fig. 1 Construction in locality of failure 

A portion measuring about 4 in. x 2 in., cut from the cracked region of the inner vessel of the most seriously affected pan, 
was received for examination, but unfortunately no samples of the previously cracked shroud rings were available. It was 
apparent, from the appearance of the sample, that corrosion of the external surface had taken place, as indicated in Fig. 1, 
in the form of confluent pitting over a band approximately 1 in. wide immediately adjacent to the fillet weld which 
attached the pan to the blocking ring. Numerous cracks were present in this corroded zone, running mainly in the 
horizontal direction. The region between this zone and the weld attaching the shroud ring was only lightly pitted and 
beyond the weld, in the region exposed to the atmosphere, the plate still retained a highly polished appearance. 
Examination on site of the upper surface of the blocking ring showed it to be practically unaffected. 

Microscopical examination of several specimens cut from the sample revealed that the internal cracks in the pan itself 
originated from the external side of the plate, i.e. from the region covered by the shrouding ring. They were 
predominantly of the transgranular type as depicted in Fig. 2. 




Fig. 2 Mode of cracking x 500 

A spectrographic analysis carried out on the surface of the sample showed that the steel was of the stabilised austenitic 
type containing molybdenum, i.e. a type resistant to “weld-decay” without post-welding heat treatment. The figures 
obtained were as follows: 


Per cent. 

Silicon 

0.59- 0.77 

Manganese 

0.35- 0.58 

Chromium 

17.0-17.8 

Nickel 

7.2-8.3 

Molybdenum 

0.5-1.93 

Titanium 

0.2 approx. 



Since the cracks were not of the intergranular type as usually found with weld decay, but were transgranular, they were 
considered to be indicative of stress-corrosion cracking. This phenomenon arises from the presence of residual tensile 
stresses in the material in combination with a corrosive medium that is generally of a specific nature, chlorides being 
particularly potent where austenitic stainless steels are concerned. The stresses responsible for the cracking undoubtedly 
resulted from weld contraction, but the origin of the corrosive medium was, at first, obscure. The vessels were used for 
concentrating sugar solution and, since the cracks stalled from the enclosed space above the blocking ring, it is apparent 
that the material being processed could not have been responsible. Subsequent enquiries brought to light the fact that the 
pans had been periodically hosed down with water from local boreholes in order to remove sugar from the external 
surfaces. The analyses of the water used was as follows: 



Borehole 

Borehole 


No. 1 

No. 2 

parts per 100,000 

Total Solids 

786 

197 

Total hardness 

35.6 

9.0 

Permanent hardness 

15.4 

Nil 

Temporary hardness 

20.2 

9.0 

Sodium carbonate alkalinity 

— 

4.24 

Sodium bicarbonate alkalinity 

— 

45.70 

Chlorides 

443 

89.5 

Calcium 

8.64 

2.88 

Magnesium 

3.36 

0.43 

Sulphate (S0 3 ) 

17.37 

4.53 

Probable Composition 

Calcium carbonate 

20.20 

7.20 

Magnesium carbonate 

1.18 

1.50 

Magnesium sulphate 

15.10 

— 





















Sodium sulphate 

12.92 

8.04 

Sodium nitrate 

0.72 

— 

Sodium chloride 

731.0 

147.67 

Silica 

1.50 

— 

Sodium carbonate 

— 

33.07 

pH 

9.0 

9.5 


It would appear that the infiltration of water into each borehole took place from different strata, that from the No. 1 

borehole containing approximately 1 oz. per gallon of sodium chloride and that from the No. 2 approximately 4oz. per 
gallon. If water of this composition (in particular, that from the No. 1 borehole) found its way into the space above the 
shroud ring and concentrated there, it would produce the necessary environment under which cracking would be likely to 
occur in the presence of the requisite stresses. Although this space was sealed by light welds attaching the shroud ring to 
the inner pan and the blocking ring, the air release plug for the steam jacket passed through the shroud ring, as shown in 
Fig. 1, leaving a narrow annular space through which water could have entered quire easily during the hosing-down 
operation. Concentration of this water would occur when the vessel was under steam, thus providing the requisite medium 
for an attack by stress-corrosion. 

As has already been stated, the first failure occurred in the shroud ring and, while welding stresses may have been mainly 
responsible, it is possible that stresses introduced when the strip was shaped to a conical form played a contributory paid. 
There was no evidence that steam had gained access to the enclosed space via defects in the fillet welds. The absence of 
cracks in the blocking ring is possibly due to the fact that in this heavy section the residual stresses introduced by welding 
did not reach such a high value as those in the lighter plates of the pan and shroud ring. 

It is germane to include an extract from an article by C. Edeleanu entitled “Avoidance of Stress-Corrosion in Austenitic 
Steel Equipment”, (Corrosion Technology, Feb., 1957). His conclusions are: “Transgranular stress-corrosion of austenitic 
stainless steel is a failure which occurs with all the normal austenitic stainless steels. The information so far available is 
that the failure is only rapid with concentrated chloride or caustic solutions and only at elevated temperatures. Under these 
conditions, it is so rapid that even the least susceptible of all the available steels cannot give a reasonable service life, so 
that it is suggested that it is more important to ensure that the steel is not exposed to unduly severe conditions than to 
select the least susceptible steel available. It is impossible to avoid stress to a sufficient extent to avoid stress-corrosion in 
any but the simplest plant. Laboratory tests have shown that heat treatment does not influence the cracking to an 
appreciable extent, and with all but the simplest plant, there is no point in annealing treatments.” 

The lessons to be learnt from the failures described should be borne in mind when equipment of this nature is being 
designed. Pockets in which washing water can concentrate should be avoided, and it is obviously desirable not to use 
water containing chlorides for the cleaning of austenitic steel vessels if there is any possibility of its finding its way into 
any pockets or crevices that may be present and in which it might concentrate. 

Related Information 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 
2002, p 823-860 




Unexpected Corrosion of Type 316L Stainless Steel Neutralization Tanks 

Thomas F. Degnan, Consultant 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Although field corrosion tests had indicated that type 316L stainless steel would be a suitable material for neutralization 
tanks, the vessels suffered severe corrosion when placed in service. Welded coupons of type 316L had been tested along with similar 
Alloy 20Cb® (UNS N08020) specimens in a lead-lined tank equipped with copper coils that had served in this function prior to 
construction of the new tanks. Both materials exhibited virtually no corrosion and no preferential weld attack. Type 316L was 
selected for the project. The subsequent corrosion was the result of the borderline passivity of type 316L in hot dilute sulfuric acid 
(about 0.1%). Inaccuracy of the testing was attributed to the presence of cupric ions in the lead-lined vessel fluids, which had been 
released by corrosion of the copper coils. Careful control of both temperature and pH was recommended to reduce the corrosion to 
an acceptable limit. 

Keywords: Chemical processing equipment; Sulfuric acid, environment 


Material: 316L (Austenitic wrought stainless steel), UNS S31603, UNS N08020; 20Cb (Austenitic wrought stainless steel), UNS 
S31603, UNS N08020 


Failure type: Uniform corrosion 


Background 

Neutralization tanks made of type 316L (UNS S31603) stainless steel became severely corroded in service, even though 
field corrosion tests in a lead-lined vessel equipped with copper coils indicated that the material was suitable for this 
application. 

Circumstances leading to failure 

To increase production of a dye intermediate, a 3800 L (1000 gal) lead-lined tank, equipped with copper coils, was 
replaced with two 75,700 L (20,000 gal) tanks. The process involved acidification of an aromatic organic sodium salt with 
sulfuric acid at 80°C (175°F) to pH 2.0. 

Lead was an undesirable material for this application, because it creeps under its own weight at 80°C (175°F). A rack of 
corrosion test coupons was installed in the tank to select a more suitable construction material for the new tanks. 

Among the material s tested were as-welded coupons of type 316L (UNS S31603) stainless steel and Alloy 20Cb® (UNS 
N08020). Both materials exhibited virtually no corrosion and no preferential weld attack. Copper had a corrosion rate of 
about 0.25 mrn/yr (0.01 in./yr). 

_ 3 _ 

Two tanks were constructed of 4.8 mm (16 in.) type 316L plate, supported in an angle iron framework, and were 
equipped with type 316L heating coils and agitators. After a few months of service, appreciable corrosion was noted, 
particularly on the coils under the point of acid addition and on the tips of the agitator. 

Conclusion and Recommendations 

Most probable cause 

Corrosion was the result of borderline passivity of type 316L stainless steel in hot (80°C, or 175°F), dilute (about 0.1%) 
sulfuric acid. In the field tests, small amounts of cupric ion, released by corrosion of the copper coils in the 3800 L (1000 
gal) tank, probably caused passivation of the type 316L coupons. The beneficial effect of very small amounts of copper 
sulfate in inhibiting the corrosion of type 316 in hot, dilute sulfuric acid is well documented (see Ref 1 for a classic 
discussion of this subject). 

Remedial action 

Several solutions were possible. Corrosion testing had showed that alloy 20 Cb® would be resistant, but the cost of 
replacement was prohibitive. Copper sulfate could be added, but might cause processing problems. A third remedy 
involved aeration of the tanks to maintain passivity. In practice, the solution was closer control and a slight increase of 
pH, closer regulation of temperature, and relocation of the acid feed point. 



How failure could have been prevented 


The unexpected corrosion could have been prevented if the potential effect of very small amounts of copper sulfate on the 
passivity of type 316 stainless steel had been recognized and studied in the laboratory. At the time of manufacture, the 
literature indicated that type 316L was resistant to 0.1% sulfuric acid at 80°C (175°F), based on Ref 1. Polarization had 
not yet been developed as a laboratory tool. Also, test coupons of metals that may suffer from borderline passivity in the 
environment to which they will be exposed should not be included in field tests, as this may result in selection of a 
material unsuited for actual service. 
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* Note: Alloy 20Cb® is a registered trade mark of Carpenter Technology Corporation. 


Failure of a Truck-Engine Valve 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 263-297 


Abstract: The exhaust valve of a truck engine failed after 488 h of a 1000-h laboratory endurance test; unleaded gasoline was used 
during the entire test period. The valve was made of 21-2 valve steel (Fe-21Cr-2Ni-8Mn-0.5C-0.3N) in the solution-treated and aged 
condition and was faced with Stellite 12 alloy (Co-30Cr-8W-1.35C). The failure occurred by fracture of the underhead portion of the 
valve. Analysis (visual inspection, electron probe X-ray microanalysis, hardness testing, 4.5x fractograph) supported the conclusions 
that failure of the valve stem occurred by fatigue as a result of a combination of a non-uniform bending load, which caused a mild 
stress-concentration condition, and a high operating temperature (about 930 deg C, or 1700 deg F) in a corrosive environment. 
When the microstructure near the stem surface was examined, it was apparent that carbide spheroidization had occurred. Also, 
there was a coarsening of the carbide network within the austenite grains. The microstructure indicated that the underhead region of 
the valve was heated to about 930 deg C (1700 deg F) during operation. The cause of fatigue fracture, therefore, was a combination 
of non-uniform bending loads and overheating. No recommendations were made. 

Keywords: Engine valves; High temperature 


Material: 21-2N (Austenitic wrought stainless steel), UNS S63012 


Failure types: Pitting corrosion; Corrosion fatigue 


The exhaust valve of a truck engine failed after 488 h of a 1000-h laboratory endurance test; unleaded gasoline was used 
during the entire test period. The valve was made of 21-2 valve steel (Fe-21Cr-2Ni-8Mn-0.5C-0.3N) in the solution- 
heated and aged condition and was faced with Stellite 12 alloy (Co-30Cr-8W-1.35C). The failure occurred by fracture of 
the underhead portion of the valve. 

X-ray analysis of the stem portion of the valve confirmed that the composition of the 21-2 valve steel was acceptable 
(19.48Cr-2.04Ni-8.7Mn). Hardness measurements and examination of the microstructure in the stem region indicated that 
the valve had been correctly heat heated. 

Macroscopic Analysis. When the valve was examined, there was no evidence of severe wear of the valve-seat face, 
and seat recession appeared uniform. The fractograph shown in Fig. 1 illustrates the valve-stem fracture surface, which 
clearly exhibits beach marks typical of fatigue fracture. The presence of several fatigue-crack origins concentrated on one 
side of the fracture surface (arrows, Fig. 1) suggested that loading was not applied uniformly. This hypothesis is 
supported by the change in curvature of the beach marks, which became concave, indicating unidirectional bending with 



low nominal stress and a mild stress concentration. The position and appearance of the zone of final fast fracture are 
characteristic of this stress state and mode of loading. 



Fig. 1 Fracture surface of a 21-2 steel valve stem. Arrows indicate several crack origins on one side; also 
visible are fatigue beach marks and the final-fracture zone (bottom). 4.5x 

Metallographic Examination. A longitudinal section of the stem taken through the fracture surface was 
metallographically examined. The area of the stem in which the fatigue cracks nucleated exhibited corrosion pits. Such 
pits act as notches and are likely sites for nucleation of fatigue cracks. The corrosion pits were the result of intergranular 
attack by the corrosive environment and the depletion of chromium from the grain-boundary areas. Depletion of 
chromium ultimately resulted in the formation of microcracks. 

A second type of corrosive action also occurred and resulted in the formation of nodule-type oxides of chro mi um. The 
nodules formed at regular intervals in the stem and the underhead region. The material adjacent to the oxides was not 
depleted of chromium, indicating a different type of corrosive attack. Corrosion pitting and chromium depletion produce a 
more severe notch than oxide formation does because nodular oxide formation is intragranular. Although the nodules 
extended over a large area, their notch intensity was insufficient to nucleate cracks. 

When the microstructure near the stem surface was examined, it was apparent that carbide spheroidization had occurred. 
Also, there was a coarsening of the carbide network within the austenite grains. The microstructure indicated that the 
underhead region of the valve was heated to about 930 °C (1700 °F) during operation. The cause of fatigue fracture, 
therefore, was a combination of nonuniform bending loads and overheating. 

Electron probe x-ray microanalysis was conducted on the valve stem to determine the nature of the corrosion products 
and to verify the absence of lead. The results showed the nodules to be chromium-rich oxides. The fact that no chromium 
depletion was observed adjacent to the nodules suggested that other elements, notably manganese and iron, were oxidized 
and subsequently scaled off, leaving the remaining material rich in chromium. The microanalysis also confirmed that 
lead-free gasoline was used. 

Electron probe x-ray microanalysis was also conducted at the sites of microcrack formation. The results indicated 
increases in sulfur and oxygen contents and depletion of chromium and manganese. In several areas, segregates of 
manganese and sulfur were detected, indicating the presence of manganese sulfide inclusions in the material. These were 
attributed to contamination of the engine oil. 

Conclusions. Failure of the valve stem occurred by fatigue as a result of a combination of a nonuniform bending load, 
which caused a mild stress-concentration condition, and a high operating temperature (about 930 °C, or 1700 °F) in a 
corrosive environment. 
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Embrittlement of Stainless Steel by Liquid Copper From a Welding Fixture 


From: A.G. Glover, D. Hauser, and E.A. Metzbower, Failures of Weldments, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 1986, p 411-449 


Abstract: Parts of 21Cr-6Ni-9Mn stainless steel that had been forged at about 815 deg C (1500 deg F) were gas tungsten arc 
welded. During postweld inspection, cracks were found in the HAZs of the welds. Welding had been done using a copper fixture that 
contacted the steel in the area of the HAZ on each side of the weld but did not extend under the tungsten arc. In SEM examination, 
the cracks appeared to be intergranular and extended to a depth of approximately 1.3 mm (0.05 in.). The crack appearance 
suggested that the surface temperature of the HAZ could have melted a film of copper on the fixture surface and that this could 
have penetrated the stainless steel in the presence of tensile thermal-contraction stresses. The cracks in the weldments were a form 
of liquid-metal embrittlement caused by contact with superficially melted copper from the fixture and subsequent grain-boundary 
attack of the stainless steel in an area under residual tensile stress. The copper for the fixtures was replaced by aluminum. No 
further cracking was encountered. 

Keywords: Gas tungsten arc welding; Grain boundaries; Heat affected zone; Residual stress; Tensile stress 


Material: 21Cr-6Ni-9Mn (Austenitic wrought stainless steel) 


Failure types: Liquid metal induced embrittlement; Intergranular fracture 


Parts of 21Cr-6Ni-9Mn stainless steel that had been forged at about 815 °C (1500 °F) were gas tungsten arc welded. 
During postweld inspection, cracks were found in the HAZs of the welds. These cracks were small and somewhat 
perpendicular to the weld. Welding had been done using a copper fixture that contacted the steel in the area of the HAZ 
on each side of the weld but did not extend under the tungsten arc. 

Investigation. Sections of the parts were taken parallel to the weld and perpendicular to the cracks. In SEM 
examination, the cracks appeared to be intergranular (Fig. la) and extended to a depth of approximately 1.3 mm (0.05 
in.). The crack appearance suggested that the surface temperature of the HAZ could have melted a film of copper on the 
fixture surface and that this could have penetrated the stainless steel in the presence of tensile thermal-contraction 
stresses. A Cu Ka x-ray fluorescent scan of the crack revealed a heavy copper concentration within the crack as well as on 
the external surface of the HAZ (Fig. lb). Residual stresses in the weld away from the cracks were measured at 345 MPa 
(50 ksi) in tension, which were considered adequate to cause cracking in the presence of liquid copper. 



Fig. 1 HAZ of a weld in 21Cr-6Ni-9Mn stainless steel part showing evidence of cracking caused by liquid- 
copper penetration, (a) SEM micrograph of section cut parallel to weld and perpendicular to crack showing the 
intergranular nature of the crack. 165x. (b) Cu Ka x-ray fluorescence scanning micrograph of crack showing 
copper concentration at the surface (left) and along crack contours. 165x 

Conclusions. The cracks in the 21Cr-6Ni-9Mn weldments were a form of liquid-metal embrittlement caused by contact 
with superficially melted copper from the fixture and subsequent grain-boundary attack of the stainless steel in an area 
under residual tensile stress. 

Corrective Measure. The copper for the fixtures was replaced by aluminum. No further cracking was encountered. 
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Abstract: Failures of four different 300-series austenitic stainless steel biomedical fixation implants were examined. The device 
fractures were observed optically, and their surfaces were examined by scanning electron microscopy. Fractography identified 
fatigue to be the failure mode for all four of the implants. In every instance, the fatigue cracks initiated from the attachment screw 
holes at the reduced cross sections of the implants. Two fixation implant designs were analyzed using finite-element modeling. This 
analysis confirmed the presence of severe stress concentrations adjacent to the attachment screw holes, the fatigue crack initiation 
sites. Conclusions were reached regarding the design of these types of implant fixation devices, particularly the location of the 
attachment screw holes. The use of austenitic stainless steel for these biomedical implant devices is also addressed. 
Recommendations to improve the fixation implant design are suggested, and the potential benefits of the substitution of titanium or 
a titanium alloy for the stainless steel are discussed. 

Keywords: Biomaterials; Biomechanics; Fatigue crack growth; Medical device 


Material: 300 series (Austenitic wrought stainless steel) 


Failure type: Fatigue fracture 


Introduction 

The use of surgically implantable biomedical fixation devices to stabilize fractured bones into proper alignment for 
subsequent healing is a widely accepted medical practice. 1 Thousands of these devices have been inserted into human 
beings within the last half-century. 2 In the form of tubes, rods, or plates, these orthopedic devices are surgically 
implanted and affixed to bones, usually with screws of the same alloy composition. Fixation implants usually remain in 
the human body until the broken bone has healed sufficiently to sustain normal loading without the additional support 
provided by the implant. After several weeks or months, the fixation implant is usually surgically removed, because the 
presence of the higher-elastic-modulus metal support may hinder the repaired bone development if it is retained in place. 
From the mechanical/metallurgical perspective, in addition to the basic requirement of excellent biocompatibility, these 
implants must possess high strengths and exhibit exceptional resistance to fatigue. 3 It has been estimated that fixation 
implants may be subjected to repeated stressing in excess of 10 6 cycles per year. 4 Chemically, the resistance to ah forms 
of localized and general corrosion processes is also absolutely essential for stability and patient comfort. Unfortunately, 
some fixation devices are applied in locations where the structural design of the implant (its overall size, shape, and the 
location of holes for the attachment to bone with screws) does not always lend itself to satisfactory 
mechanical/metallurgical design practice. Circumstances that inhibit optimal design may be dictated by the patient’s 
anatomy and physiological conditions. These may create an undesirable situation for even the short-term survival of the 
fixation device after implantation. 

The authors have recently examined four failed stainless steel fixation implant devices that experienced premature failures 
while in place and attached to healing broken bones. A11 four failures were remarkably similar in nature, indicative of a 
design inadequacy. These failed implant devices required surgical removal to alleviate pain of the patient. Typically, the 
failed implant was replaced with a more robust substitute of a similar design and the same ahoy composition. 

It is evident that the success of an orthopedic fixation surgical implant is highly dependent on the 
mechanical/metallurgical performance of that device. These factors are intrinsic to the device itself. Obviously, the skill 
of the surgeon during the implantation operation is also critically important. 5 The alignment of the fixation device with 
the broken bone as well as the bone itself and the uniform setting of the attachment screws to the bone are ah critical 
features. For example, it may be important to set all of the screws equally to distribute or balance the loading. However, 
this article is not concerned with those surgery-related issues. This article only addresses the intrinsic 
metallurgical/mechanical factors as they affect the failure process. The design of the implant and the location of screw 
holes for attachment to the bone are of concern. Because of the critical nature of the properties of the implant, the material 
that the implant is made of was also considered. 



As Proverbio and Bonaccorsi have pointed out, a properly installed austenitic stainless steel implant can perform 
satisfactorily for more than 20 years in the human body. 6 That length of time is rarely, if ever, required for any fixation 
implant. However, it does serve as a benchmark to emphasize the gross inadequacy of those implants that fail prematurely 
after only a brief duration. These short-term, premature failures, often after only a few days or weeks of service, suggest 
that something is amiss with the implant material or its design. It is not surprising that the patients, the victims of these 
failed implants, often turn to the courts for redress. 

Analysis of Failed Implants 

Although different alloys and materials are used for the thousands of orthopedic fixation devices, this paper reports on 
four different failures that occurred for 300-series austenitic stainless steel implants. The use of austenitic stainless steels 
is separately addressed following the analysis and discussion of the failure modes of the four implanted fixation devices. 
Figures 1 (a) and (b) are scanning electron micrographs of the fracture surfaces of two of the four different failed 
implants. The fracture surfaces contained regions that were practically obliterated by the flow, wear, and repeated rubbing 
after the device failure within the patient. However, there were also some fracture surface regions that appeared nearly 
pristine. Those pristine regions on all four of the implant failures have one surface feature in common: the existence of 
numerous fatigue striations on the fracture surfaces. 7 The numerous striations are evident in these scanning electron 
micrographs and clearly herald the fact that the implants failed by fatigue. 





Fig. 1 Scanning electron micrographs of the fracture surfaces of two of the failed stainless steel fixation 
implant devices. Note the numerous parallel striations heralding the crack advance during repeated stressings, 
indicative of fatigue failure. Although four different implant devices were examined and all show similar fatigue 
failures from similar device locations, impending legal action prevented attorneys from releasing micrographs of 
two of the implants at this time. 

The four implant fixation devices were applied at four different locations in four different human beings. Because the 
locations of these bone fracture fixation devices were different, the conditions of loading are expected to have been 
different for each device. These factors, along with the varying anatomical features of the patients, suggest that the actual 
stress conditions to which the implant fixation device was subjected are likely to have been different. The actual states of 
stress for the individual implants were undoubtedly quite complicated while these devices were in place. In spite of these 
differences, each of these devices experienced an obvious fatigue failure. The numerous fracture surface fatigue striations 
in Fig. 1 are indisputable evidence. 8 

It must be noted that fatigue is not the only possible failure mechanism for orthopedic implants. Simple overload failures 
may occur if the fixation device does not possess sufficient strength. Corrosion is also of concern, especially in the 
presence of a galvanic couple when different alloys are mistakenly used for the device and its attachment screws. 3 
Flowever, fatigue was undeniably the cause of failure in each of these four austenitic stainless steel fixation devices. 
Metallurgical and mechanical engineering texts contain extensive sections on metal fatigue failures. Ref 9, 10, 11 Entire 
texts that address fatigue have been published. 12 This is not surprising, because fatigue is a major cause of metallurgical 
failures. Fatigue is not restricted to implanted orthopedic devices. Mechanical/metallurgical design practices to reduce or 
eliminate fatigue are well understood. This is true from both the theoretical and practical perspectives. Unfortunately, the 
examination of these four orthopedic fixation implant devices did not reveal a strict adherence to fundamentally accepted 
design practices to limit or reduce the possibility of fatigue failure. Adherence to these well-established design practices, 
including fatigue life assessment, could have significantly minimized the possibility of the fatigue failure of these four 
fixation devices. 

The process of fatigue failure occurs in two stages: (1) the initiation of a fatigue crack and (2) crack propagation to failure 
with repeated cyclic loading. The electron micrographs of the fracture surface striations in Fig. 1 are indisputable 
evidence of the crack propagation or extension process. The striations are a record of the incremental fatigue crack 
extension process under repeated loading conditions. The presence of extensive regions of wear—the plastic flow and 
smoothing, although they are not depicted in the previously mentioned figure—are further evidence of repeated loading of 
the failed implant device after the crack had initiated and during the crack growth process. These processes all occurred 
while the fixation device remained implanted within the patient. 

The primary issue of concern is the cause of the failure of the implant fixation device itself. The extensive wear regions 
on the fracture surfaces relate to the period of time after fatigue crack initiation, or perhaps even after total fracture, that 
the device remained in the patient prior to its replacement. The wear also reflects the particular conditions to which the 
specific implant was subjected. 

Figure 2, as well as similar failures in reports and the published literature, reveal that the implant device fracture or failure 
invariably occurs at the reduced cross section of one of the screw attachment holes that are used to insert screws to affix 
the implanted device to the bone. 6, 8, 13 All four of these implant fixation devices failed at that precise location: the 
reduced cross section at the screw attachment holes. This is not surprising, because it is well known that initiation sites for 
fatigue cracks are regions of stress concentration, such as sharp radii, reduced cross sections, and metallurgical inclusions. 
11,12 The presence of inclusions and their deleterious effects in orthopedic implants is well known and documented. It is 
the reason for ultra-clean metallurgical processing, often involving multiple vacuum remelting of the metals and alloys 
before they are used to manufacture these devices. Flowever, metallurgical processing defects of the nature mentioned 
previously are not the only causes for premature fatigue crack initiation. Scratches and/or gouges of the device surface 
during surgical procedures may also serve as the source or origin of fatigue crack initiation. Flowever, there was no 
evidence of surgically induced damage to the four implant devices or any evidence suggestive of inclusion effects. Figure 
2 illustrate failures that occurred at the reduced cross sections of the devices associated with the location of the screw 
holes. 



Fig. 2 Macroscopic views of two of the failed fixation device implants. Note the failures at the reduced cross 
sections of the screw attachment holes. 8 

The presence of the substantially reduced cross sections, associated with the screw holes for the attachment of the fixation 
device to the broken bone, is an obvious design weakness. These holes are a source of stress concentration and create an 
initiation point for the fatigue cracks in the reduced cross sections. The fatigue failures initiated from the attachment 
screw holes in each of the four different fixation devices. The size and positioning of the screw holes can be considered to 
be a serious design fault. Pohler illustrates numerous examples of orthopedic internal fixation devices with different 
arrangements of the screw attachment holes. 14 It is readily apparent even to the casual observer that, for many of these, 
the screw attachment holes constitute a significant fraction of the implant device cross section. As such, they are expected 
to be locations of stress concentration and fatigue crack initiation. 

Unfortunately, the large screw holes are more than just a point for fatigue crack initiation. To the implant fixation device, 
the severely reduced cross sections are a source of double jeopardy: crack initiation and growth. The presence of the 
screw hole during loading creates a stress concentration that is highly conducive to fatigue crack initiation. Cracks 
invariably initiate at the edges of these holes, in spite of the manufacturer's attempts to reduce the occurrence of that event 
by chamfering and polishing the screw hole inside edges. The presence of this preventive treatment is a clear indication of 
the manufacturer's concerns for the role that these screw holes may have in the fatigue failure of these types of fixation 
implant devices. Equally or perhaps even more detrimental is the stress gradient that the screw hole produces during 
normal loading of the implant during the patient's daily activities. The presence of stress gradients is highly conducive to 
fatigue crack growth. 9 Stress gradients in the vicinity of holes are expected to accelerate crack growth once the fatigue 
crack has initiated. Thus, the attachment screw holes actually contribute a twofold reduction to the life of the implant. Not 
only do the holes serve as the sites where fatigue cracks initiate, but they also create a significant stress gradient to 
accelerate the fatigue crack growth process and hasten the ultimate fatigue failure of the device at the reduced cross 
section. Clearly, it comes as no surprise that all four of these surgical implant fixation devices failed from fatigue cracks 
originating at the reduced cross sections at the attachment screw holes. 

It must be concluded that the mechanical/metallurgical design of these fixation implant devices leaves much to be desired 
from an engineering perspective. The presence of large screw attachment holes that constitute a considerable fraction of 
the load-bearing cross section creates severe stress concentrations. These screw attachment holes arc an obvious weakness 
and a location for fatigue crack origination. This design weakness often leads to the initiation of cracks from the screw 
attachment holes. The cracks subsequently propagate by fatigue to failure. This process was the mechanism of the device 
failure in all four of the implants investigated. 

Implant Device Materials Selection 

One cannot separate the design and the material used for the design. Their interdependence for implant fixation devices is 
discussed in the following section. The 300-series austenitic stainless steels are frequently used materials for fixation 
implants of this type. Austenitic stainless steels have considerable merit from the corrosion point of view. When properly 
processed, in a metallurgical sense, the 300-series austenitic stainless steels are practically corrosion-free in the human 
body environment. However, these alloys do leave much to be desired from the viewpoint of fatigue resistance. Austenitic 
stainless steels are well known to exhibit a low proportional limit, a characteristic that leads to the initiation and 
propagation of fatigue cracks. Other materials are superior to austenitic stainless steels from the viewpoint of fatigue 





resistance, with titanium and titanium alloys, cobalt alloys, the 400-series stainless steels, and custom-processed high- 
carbon steels having recently been discussed as potential candidate materials for implant fixation devices. 15 
The conditions for a premature fatigue failure are present when a material that is highly susceptible to fatigue is combined 
with a weak mechanical design that promotes fatigue. Fatigue failures are practically inevitable under this combination of 
conditions. All four of the fixation implant devices observed in this study failed in a similar fashion from just such 
fatigue. From the metallurgical/mechanical design perspective, these fixation implant devices are simply not a compatible 
material/design combination. This type of fatigue-sensitive design with an austenitic stainless steel should never have 
been instituted for a mechanical device and should not be tolerated in a medical application where the comfort and well¬ 
being of an injured human is at issue. 

Would simply a material change prevent fatigue failures of the type observed in these fixation devices? Of course, it can 
never be predicted with absolute certainty that a failure will not occur. Flowever, there are obvious materials selection 
processes that can be instituted to improve the implant performance and reduce the likelihood of fatigue failure. The 
metallurgical literature suggests material choices that are superior to the austenitic stainless steels not only for fatigue 
resistance but for corrosion resistance in the body environment as well. The material cost of the implantation device is a 
relatively insignificant portion of the total cost of the surgical procedure to insert it. Therefore, the choice and use of a 
superior material for use as an internal fixation implant device in humans is easy. Titanium or one of the titanium alloys 
are obvious choices superior to austenitic stainless steels. 13, 15 

Finite-Element Analyses 

To quantitatively compare the fixation device attachment screw hole design and the materials selection for the type of 
fixation implants that were observed to have failed by fatigue, a finite-element analysis of the implant design was 
undertaken. The commercial code ABAQUS was applied to calculate the linear elastic response of two distinctive types 
of fixation plates: one of austenitic stainless steel and the other of a titanium alloy. Fixation implant device plates of types 
“a” and “b” depicted in the ASM Handbook , Vol. 11, chapter “Failures of Metallic Orthopedic Implants” 14 were 
considered and analyzed. The two were chosen to address the screw hole attachment configurations and to contrast the 
asymmetric and symmetric screw hole alignments. 

Two common plate geometries are illustrated in Fig. 3. Fixation plate “a” has an asymmetric attachment screw hole 
pattern, with several of the screw holes offset toward one edge of the fixation plate. Type “b” plate is slightly narrower 
and has the holes aligned along the length of the implant device on the plate centerline. Dimensions were taken directly 
from the drawings in the ASM Handbook , Vol 11. 14 However, for the finite-element analysis, the dimensions were 
applied in a relative units fashion, so that the resulting analysis is applicable to any actual units employed, i.e., 
millimeters, inches, and so on. The use of relative dimensions is commonplace in finite-element analyses to illustrate 
various design features. For fixation plate “a,” the units were 60 for length and 10 for width, while the symmetric plate 
“b” had a width of only 8 units. Both plates were assigned thicknesses of 0.5 units and hole diameters of 4 units. 



Fig. 3 Designs of an asymmetric and a symmetric fixation implant device and the applied finite-element mesh 
with the von Mises stress contours for a unit stress applied to the cross section of the two plates 





















An austenitic stainless steel and a titanium alloy device were both examined to compare responses for the two implant 
device designs. In this analysis, typical austenitic stainless steel properties and titanium alloy properties were used. The 
austenitic stainless steel was assigned a yield stress of 250 MPa (36 ksi), a tensile strength of 600 MPa (87 ksi), and an 
elastic modulus of 210 GPa (30460 ksi). The titanium alloy was assigned a yield stress of 800 MPa (116 ksi), a tensile 
strength of 900 MPa (131 ksi), and an elastic modulus of 116 GPa (16820 ksi). 16 The higher yield strength and lower 
elastic modulus of the titanium alloy have significant beneficial effects on the resulting stresses and stress concentrations 
experienced by the fixation device. However, in these linear finite-element analyses, the strengths of the alloys were not 
used; only the elastic moduli enter into the calculations. 

The finite-element meshes for each plate are shown in Fig. 3 . The majority of the elements in each of the meshes are 
second-order quadrilateral (eight node) plate elements. Some second-order triangular (six node) elements were used for 
transitioning. Second-order elements are well suited for use near stress concentrations, because their ability to accurately 
model stress gradients is superior to that of first-order elements. 17, 18 Applying the finite-element code, two cases were 
examined for the two designs and materials considered for the fixation implant device. The first was that of a unit stress 
on the gross cross section of the fixation plate. The von Mises stress results for this loading case are presented in Fig. 3. 
The second was a unit displacement in the axial direction of the plate. This latter result is presented in Fig. 4(a) and (b). 
To load or constrain the plates, the end screw attachment holes on the plate centerline were fixed. The remaining six 
screw attachment holes in each case were not restrained. 
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Fig. 4 The same two fixation plate designs, asymmetric and symmetric, but with a unit displacement imposed 
in the axial direction of the plate 

These two cases were not chosen to precisely simulate the actual loading of a fixation device that may be expected in 
service in the human body. For the most paid, that loading is a complex situation relating not only to the fixation device 
but also to the particular bone and the details of the coupling, the attachment of the implanted device to the bone, and the 
anatomy of the specific patient. Rather, the two distinct conditions mentioned previously were chosen to investigate the 
screw attachment hole design and the material of which the fixation device was constructed. The puipose is to directly 
compare those features for the two common design features: hole asymmetry and hole symmetry. 

Quantitative estimates of the stress concentration factors associated with the screw attachment holes and the reduced cross 
sections were obtained. These are shown in Fig. 3. They are 4.76x for the offset asymmetric hole design at the hole near 
to the plate edge and 4.48x for the hole edge in the design with the holes aligned on the centerline of the implant. It is 
evident that the asymmetric design of the offset attachment screw holes is slightly less desirable from the stress 
concentration perspective. However, there is actually a double negative effect, because the volume of more highly 
stressed material is also larger for the asymmetric screw hole design. This factor further increases the susceptibility of the 
asymmetric hole design to fatigue failure. It is evident that the asymmetric hole design, which leaves a significantly 
reduced cross section near to the device edge, is much less desirable from a fatigue design perspective than the design that 
places the holes aligned symmetrically along the implant device centerline. However, as previously shown in Fig. 2 , 
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fatigue failures occurred in implants of both designs. This is not surprising, considering the stress concentrations from the 
screw hole sizes and their placements. 

The von Mises equivalent stress contours for the linear elastic unit displacement analyses of the two plate designs are 
shown in Fig. 4 (a) and (b). Because the model was linear elastic, the stresses can simply be scaled according to the 
displacement. In this situation, the displacements of the structure and the stiffness of the materials determine the stresses 
that develop in the structure. It is evident from the stress contours in Fig. 3 and 4 that higher stresses are developed and 
that a larger volume of highly stressed material develops in the fixation plate with the asymmetric hole design. That stress 
concentration occurs dominantly, although not completely directly adjacent to the hole surface displaced toward the edge 
of the fixation plate. Because the von Mises stress contours can be interpreted as contour lines, the onset of material 
yielding may be predicted from this analysis. Yielding occurs when the von Mises equivalent stress reaches the yield 
strength of the material. 

For displacement-controlled situations, it is the displacement of the structure and the stiffness of the materials that 
determine the stresses and the stress concentrations that develop. If all other conditions are equal and titanium were 
substituted for austenitic stainless steel, then the stresses in the structures would be reduced by an amount related to the 
ratio of the elastic moduli of the two materials. If titanium were substituted for stainless steel, the stresses would be 
reduced by a factor of 116 to 220, their elastic moduli ratio. When this is combined with the much higher yield stress of 
the titanium alloy, 800 MPa (116 ksi) compared with just 250 MPa (36 ksi) for the stainless steel, it is quite obvious that 
from a mechanical-property perspective titanium is far superior to austenitic stainless steel for these fixation implant 
devices. Not only are the stresses in the fixation device reduced for equivalent displacement loading, but the yield stress 
of the titanium is considerably higher, thus inhibiting yielding and serving as a deterrent to fatigue failures. Completely 
aside from the fatigue-failure prevention, the lower elastic modulus of the titanium also presents a much closer, although 
still somewhat removed, elastic modulus match with that of the bone and, thus, potentially better performance in terms of 
its biocompatibility. 19 

Summary and Conclusions 

Four failed austenitic stainless steel orthopedic fixation implant devices were examined. Scanning electron microscopy 
revealed that all four failed by fatigue, as evidenced by the presence of numerous fatigue striations on their fracture 
surfaces. In each of the four implants, the fatigue cracks initiated from the screw attachment holes at a location toward the 
outside surface of the device. This eventually caused fracturing across the narrow region of the reduced cross section that 
is created by the screw attachment hole design. 

The screw attachment hole design was examined by finite-element analysis. The asymmetric location hole design, where 
the screw holes are offset toward the device edge, was contrasted with the symmetric design, where the screw holes are 
aligned on the centerline of the implant device. The finite-element analysis was also used to compare the use of austenitic 
stainless steel with a titanium alloy, because the material elastic modulus is incorporated within that analysis. Titanium 
was judged to be a superior choice to the austenitic stainless steel. 

It is concluded that the failure of these implant fixation devices was a result of the design of the large attachment screw 
holes creating a stress concentration and significant weakness in the device. This design weakness is highly susceptible to 
fatigue. The symmetric screw attachment hole design is slightly superior to the asymmetric one in this respect. These 
implant fixation devices could be significantly improved by the substitution of titanium or a titanium alloy for the 
austenitic stainless steel. The higher strength and the lower elastic modulus of titanium suggest that it would be much 
more resistant to the fatigue-failure process observed in these failed implant fixation devices and may be more 
biocompatible as well. 
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Forming Process Anomalies in Diesel Fuel Injection Control Sleeve 


From: J.J. Scutti and W.J. McBrine, Introduction to Failure Analysis and Prevention, Failure Analysis and Prevention,, Vol 11, ASM 
Handbook, ASM International, 2002, p 3-23 


Abstract: The cold start advance solenoid sleeve was found leaking through the wall during troubleshooting complain of a diesel 
engine that failed to start in cold weather. The component was revealed to be a tubular product with a "bulb" section at one end and 
threads on the other. The manufacturing method used to create the bulb shape was hydroforming, using a 300 series stainless steel 
tube in the full-hard condition. The leak was attributed to a crack in the sleeve in the radius between the bulb area and the 
cylindrical portion of the sleeve. Fatigue cracks initiated at multiple sites near the outside diameter of the sleeve were revealed by 
scanning electron microscopy of the broken-open crack. It was revealed by analysis that during the hydroforming process, heavy 
biaxial strains were imparted to the sleeve wall. It was interpreted that when combined with the heavy strains inherently present in 
the full-hard 300 series stainless steel, the hydroforming strains in the radius caused the microcracking. The root cause for this 
failure was identified to be omission of an intermediate stress relief or annealing treatment prior to hydroforming to the final shape. 
Keywords: Diesel engines; Fatigue cracking; Fuel injection devices 


Material: 300 series stainless steel tubing (Austenitic wrought stainless steel) 


Failure type: Metalworking-related failures 


(Ref 1). A user complained of a diesel engine that failed to start in cold weather. Troubleshooting isolated the problem to 
the diesel fuel control assembly, which was changed out, fixing the problem. Teardown of the fuel control assembly by 
the manufacturer revealed that a small subcomponent known as the cold start advance solenoid sleeve (Fig. 1) was 
leaking through the wall. The sleeve operates under relatively high pressure cycles in service. This component is a tubular 
product with a “bulb” section at one end and threads on the other. The manufacturing method used to create the bulb 
shape was hydroforming, using a 300 series stainless steel tube in the full-hard condition. 



Fig. 1 Cold start advance solenoid sleeve. 0.85x 

The leak was attributed to a crack in the sleeve (Fig. 2), in the radius between the bulb area and the cylindrical portion of 
the sleeve. Scanning electron microscope examination of the broken-open crack revealed fatigue cracks initiated at 
multiple sites near the outside diameter (OD) of the sleeve (Fig. 3). The crack origins were determined to be extending 
from shallow (0.013 mm, or 0.0005 in.) zones exhibiting ductile shear (see area between arrows in Fig. 3). Viewing the 
OD surface of the sleeve adjacent to the fracture plane revealed an extensive network of microcracks on the OD in the 
radius between the bulb and cylindrical portions (Fig. 4). A cross section through one of the fatigue crack origins revealed 
slip bands emanating from the microcracks (Fig. 5). 
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Fig. 4 Network of microcracks (arrows) on the outside diameter surface of the sleeve (lower portion of the 
micrograph). 



Fig. 5 Microstructure of cross section through outside diameter surface of sleeve adjacent to fracture. Fracture 
surface is along top of micrograph. Outside diameter surface is along right side of the micrograph. Note slip 
banding (arrows) emanating from microcrack. 116x 

The analysis revealed that during the hydroforming process, heavy biaxial strains were imparted to the sleeve wall, in the 
radius between the bulb and cylindrical portions of the sleeve. When combined with the heavy strains inherently present 
in the full-hard 300 series stainless steel, the hydroforming strains in the radius caused the microcracking. The ductile 
shear areas observed at the origins (see Fig. 3) are microcracks that served to intensify the cyclic service stresses, 
resulting in fatigue cracks initiating and propagating from these flaws through the wall, causing the leak. 

The physical root cause for this failure is a manufacturing process that omitted an intermediate stress relief or annealing 
treatment prior to hydroforming to the final shape. 

Some time later, a similar complaint was received at the factory for a nonstart condition in cold weather. The sleeve was 
again identified to be leaking due to a through-wall crack. Analysis of the broken-open crack (Fig. 6) revealed fatigue 
cracks initiated on the inside diameter (ID) of the sleeve. This time, the flaw that led to the failure was shallow 
(approximately 0.005 mm, or 0.0002 in.) intergranular attack on the ID surfaces due to overly aggressive acid cleaning or 
insufficient rinsing after the acid-cleaning operation. Examination of the OD surfaces revealed no microcracking or 
evidence of localized strain. Thus a second manufacturing defect affecting the same component was identified through 
failure analysis to have caused the identical complaint from the field. 





Fig. 6 Multiple fatigue crack origins (arrows) initiating in a network of intergranular attack on the inside 
diameter of the sleeve. 155x 

Using the application-life diagram, the strong effects of minute surface anomalies in this fracture critical component is 
clearly apparent (Fig. 7). As a result of the severity of the pressure cycles in service, the sleeve cannot tolerate surface 
flaws. 




Intended life 


Fig. 7 Application-life diagram showing effects of manufacturing-caused surface discontinuities on service life 
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Hydrogen-Stress Cracking of Type 301 Stainless Steel Clamp 

From: G. Schick, Corrosion in Telephone Cable Plants, Corrosion, Vol 13, ASM Handbook, ASM International, 1987, p 1127-1133 


Abstract: Several type 301 half-hard stainless steel clamps used to hold cylindrical galvanized steel covers to galvanized cast iron 
bases failed in flooded manholes after 1 to 6 months of service. Before service, they were treated with antiseize compound 
containing MoS2. Based on the conditions (the clamp is the cathode of a galvanic cell with zinc) and the brittle nature of the cracks, 
the failures were diagnosed as hydrogen-stress cracking. Laboratory experiments were conducted to substantiate the above 
diagnosis and to evaluate the effect of annealing and the hydrogen-stress cracking behavior of type 316 stainless steel. The problem 
was solved by changing the clamp material from type 301 to type 316 stainless steel and by eliminating the MoS2 antiseize 
compound. 

Keywords: Clamps, Materials Substitution; Lubricants; Sulfurization 


Material: 301 (Austenitic wrought stainless steel), UNS S30100 


Failure types: Brittle fracture; Hydrogen damage and embrittlement 


When they have been severely cold worked, even austenitic stainless steels can hydrogen stress crack (Ref 1). Several 
type 301 stainless steel clamps, which were used to hold cylindrical galvanized steel covers to galvanized cast iron bases, 
failed in flooded manholes after 1 to 6 months of service. Like the type 410 stainless steel splice case bolts, they were 
treated with antiseize compound containing MoS 2 . These clamps were made of half-hard type 301 stainless steel. Further 
stresses were introduced by forming small-diameter loops at the two ends of the clamp and by applying 30 N • m (260 in. 
• lb) of torque for clamping. Based on the conditions (the clamp is the cathode of a galvanic cell with zinc) and the brittle 
nature of the cracks, the failures were diagnosed as hydrogen-stress cracking (Fig. 1 and 2). 



Fig. 1 Type 301 half-hard stainless steel band clamp illustrating a characteristic brittle hydrogen-stress crack, 
(a) Loop, (b) Hinge 






Laboratory experiments were conducted to substantiate the above diagnosis and to evaluate the effect of annealing and the 
hydrogen-stress cracking behavior of type 316 stainless steel. Half-hard type 301. annealed type 301, and annealed type 
316 stainless steel clamp ends were placed in 0.1 N sodium chloride (NaCl) solution with or without M 0 S 2 treatment. Half 
of each specimen type was coupled to galvanized steel panels for 106 days, and the other half was connected as cathode 
to a 3.2-V potential source against platinum anodes for 5 days (Fig. 3). 
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Fig. 3 Type 301 half-hard clamp loops that were hydrogen charged in diluted NaCl solution with platinum 
anode in the presence of MoS 2 lubricant for 5 days 

One of the half-hard type 301 specimens that was MoS 2 treated and charged with hydrogen from an outside power source 
cracked after 5 days. All the other half-hard 301 specimens showed cracks after hydrogen charging regardless of the 
presence of M 0 S 2 or the method of exposure (coupled to a galvanized steel panel or connected to an outside potential 
source). When tensile tested, they all showed brittle fracture. The hydrogen charging reduced both the breaking load and 
the ductility, and M 0 S 2 treatment further reduced both. Although the annealed type 301 specimens exhibited ductile 
failure, they also indicated reduction of breaking load and ductility after hydrogen charging. Annealed hydrogen-charged 
type 316 specimens showed ductile failure, and had no adverse effect on hydrogen charging. The problem was solved by 
changing the clamp material from type 301 to type 316 stainless steel and by eliminating the M 0 S 2 antiseize compound. 
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Fatigue Fractures of Toggle-Switch Springs That Originated at Tool Marks 

From: J.H. Maker, Failures of Springs, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 550-562 

Abstract: The conical helical spring sealed, within each switch enclosure, fractured to lead to the failure of several electrical toggle 
switches. The spring was fabricated from 0.43-mm diameter AISI type 302 stainless steel wires. Appreciable amount of scale was 
observed on the fracture surface and tool marks were revealed on the inner surface of the broken spring. A typical fatigue fracture 
that originated at a tool mark on the wire surface was revealed by inspection of a fracture surface of the broken springs. Regions 
which displayed beach marks around the fracture origin and parallel striations within the beach-mark regions were revealed by 
scanning electron microscopy. As a corrective measure, the spring-winding operation was altered to eliminate the tool marks. 
Keywords: Electrical switches; Winding 

Material: 302 (Austenitic wrought stainless steel), UNS S30200 
Failure type: Fatigue fracture 


Several electrical toggle switches failed by fracture of the conical helical spring sealed within each switch enclosure. The 
springs were fabricated from 0.43-mm (0.017-in.) diam AISI type 302 stainless steel wire to the configuration shown in 
Fig. 1(a). In qualification testing of the springs at room temperature, fractures occurred after 11,000 to 30,000 switching 
cycles. Two broken springs and two unbroken springs were submitted for laboratory examination. 




Fig. 1 Stainless steel toggle-switch spring that fractured by fatigue originating at a tool mark, (a) 
Configuration and dimensions (given in inches) of the spring, (b) Fracture surface, 85x; fracture origin (arrow) 
is at lower edge of tool mark, (c) SEM fractograph of fracture origin, lOOOx. (d) SEM micrograph of surface of 
an unbroken spring, showing area around a tool mark, 300x 

Investigation. Inspection of a fracture surface of one of the broken springs revealed a typical fatigue fracture that 
originated at a tool mark on the wire surface. This fracture surface is shown in Fig. 1(b); the fracture origin is indicated by 
the arrow at the fight edge of the fracture surface. Scanning electron microscope fractographs showed regions displaying 
beach marks around the fracture origin and parallel striations within the beach-mark regions. Outside the area containing 
beach marks the fracture surface was dimpled in a fashion characteristic of overload or rapid ductile fracture. Figure 1(c) 
is a fractograph of the fracture origin in Fig. 1(b). An appreciable amount of scale was observed on the fracture surfaces 
of both broken springs. 

The inner surfaces of one unbroken spring and both broken springs had coarse textures and contained tool marks (Fig. 
Id); the tool marks had been formed during the spring-winding operation. The other unbroken spring had a relatively 
smooth-textured surface and no tool marks. The microstructure of the wire in all four springs was normal. Chemical 
analysis of the material established that its composition was in conformity with specifications for type 302 stainless steel. 
Conclusions. Fracture of the springs was caused by fatigue and was initiated at tool marks. 




Corrective Measures. The spring-winding operation was altered to eliminate the tool marks. No further fatigue 
failures of the toggle-switch springs occurred. 
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SCC of a Stainless Steel Wire-Rope Terminal 


From: F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 514-528 


Abstract: An AISI type 303(Se) stainless steel eye terminal that was roll swaged on the end of a 9.5 mm diameter wire rope 
cracked extensively after 1 year of service. A hairline crack that had initiated at the inner surface of the fitting was revealed by 
metallographic examination of a sectioned terminal specimen. It was indicated by the holes in the region adjoining the crack and 
rough texture of the crack surface that a corrosive medium (presumably seawater) had entered the crack from the inner surface of 
the fitting and coupled with the hairline crack to develop crevice corrosion. The crack propagated toward the outer surface due to 
high residual stresses in the swaged metal and was followed closely by corrosion. Stress corrosion as result of a combination of 
residual stresses plus load stress and corrosion was found to cause the failure. Rotary swaging or swaging in a punch press was 
recommended instead of roll swaging as they made deformation more symmetrical. 

Keywords: Loads (forces); Residual stress; Swaging 


Material: 303Se (Austenitic wrought stainless steel), UNS S30323 


Failure type: Stress-corrosion cracking 


3 

An eye terminal made of AISI type 303(Se) stainless steel that was roll swaged on the end of a 9.5-mm (3-in.) diam wire 
rope was found to have cracked extensively after 1 year of service. The terminal was sectioned, and specimens were 
mounted for metallographic examination. 

Investigation. Examination of one specimen revealed that a hairline crack had initiated at the inner surface of the 
fitting. Floles in the region adjoining the crack and the rough texture of the crack surface (Fig. 1) indicated that a corrosive 
medium (presumably seawater) had entered the crack from the inner surface of the fitting and, coupled with the hairline 
crack, developed crevice corrosion. Fligh residual stresses in the swaged metal caused the crack to propagate toward the 
outer surface, followed closely by corrosion. The last 0.3 mm (0.012 in.) of metal thickness failed in pure tension, as 
evidenced by the smooth appearance of the crack surface in this region. 



Fig. 1 Composite micrograph of a transverse section through a type 303(Se) stainless steel eye terminal for a 
wire rope showing corroded crack surface and final-fracture region. 75x 

Swaging creates a few small cracks in the surface of the hole in a terminal, particularly when swaging onto stranded wire 
rope. Residual stresses plus load stress and corrosion frequently result in stress corrosion. 

Conclusions. The terminal failed by SCC as a result of residual stresses from swaging, load stresses, and corrosion by 
seawater. 


Recommendations. Rotary swaging or swaging in a punch press is recommended instead of roll swaging. Roll 
swaging is accomplished by nonsymmetrical radial metal deformation. The size of internal cracks is likely to be greater 
under these conditions than when swaging is accomplished in a more uniform symmetrical reduction, such as by rotary 
swaging or press swaging. Corrosion then combines with the internal stress to cause SCC. 
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Corrosion Fatigue Failure of 302 Stainless Steel Spring. 

From: M. Hayes, Fatigue of Springs, Fatigue and Fracture, Vol 19, ASM Handbook, ASM International, 1996, p 363-368 


Abstract: Type 302 stainless steel springs used in a printing operation failed by breaking into several pieces after two months in 
service. The springs were operating over a very small deflection and were regulating the flow of ink, in which they were constantly 
immersed. Faticjue fractures on every piece of the spring were revealed by visual examination. Each of the fractures was found to be 
oriented at 45Y to the wire axis. Clear evidence of pitting corrosion at the fatigue fracture origin was also observed. Free chloride 
ions were revealed to be present in the ink in which the spring was operating. An alternative ink that contained no free chloride ions 
was recommended. 

Keywords: Chlorides; Printing; Springs (elastic) 


Material: 302 (Austenitic wrought stainless steel), UNS S30200 


Failure type: Corrosion fatigue 


After only two months of use in a printing operation, type 302 stainless steel springs were breaking into several pieces. 
The springs were operating over a very small deflection and were regulating the flow of ink, in which they were 
constantly immersed. 

Visual examination revealed clear evidence of fatigue fractures on every piece of the spring, and each of the fractures was 
oriented at 45° to the wire axis. Figure 1 shows crack arrest marks and fatigue striations (beach marks), which are not 
always expected in the fracture surface of spring fatigue failures, as noted above. Clear evidence of pitting corrosion at 
the fatigue fracture origin can also be seen. Flowever, the portions of spring showed no evidence of red rust and had a 
bright (greenish from the ink) surface, indicating that the corrosion pitting was local in nature. 





Fig. 1 Optical photograph of the fatigue region of a stainless steel compression spring that failed due to 
corrosion fatigue. Note beach marks on this fracture. As noted in text, beach marks are often not present in 
fracture surface of spring fatigue failures, which makes this case somewhat unusual. 40x 

Analysis of the ink in which the spring was operating revealed that free chloride ions were present. The extent of the 
pitting damage was surprising, but once initiated the corrosion was rapid because the surface of the stainless steel could 
not repair itself, because there was no oxygen present in the alcohol-based ink. The solution was to use an alternative ink 
that contained no free chloride ions, and three years later the springs are working satisfactorily. All the companies 
involved in this problem were surprised that corrosion fatigue was the problem, because no rust could be seen and the 
operating stresses were insufficient to initiate fatigue. 
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Aqueous Corrosion Fatigue of Type 302 and 304 Stainless Steel Springs. 

From: M. Hayes, Fatigue of Springs, Fatigue and Fracture, Vol 19, ASM Handbook, ASM International, 1996, p 363-368 


Abstract: Majority of the water feeders in a new chicken house had stopped working. The water feeders were found to be operated 
on the principle that when the chickens pecked a plastic bowl, a compressed spring released a squirt of water. The small 
compression springs were made from type 302 stainless steel, and the operating stresses were safely within the design limits given 
by the Goodman diagram. The springs were revealed by scanning electron microscopy to contain numerous cracks on their inside 
surface, and these cracks were all at 45Y to the wire axis. The solution was recommended as to select a grade of spring steel that 
would be more corrosion resistant than 302 stainless. 

Keywords: Materials selection; Spring steels; Springs (elastic); Water feeders 


Material: 302 (Austenitic wrought stainless steel), UNS S30200, UNS S30400; 304 (Austenitic wrought stainless steel), UNS 
S30200,UNS S30400 


Failure type: Corrosion fatigue 




After six months of operating a new chicken house, a farmer noticed that the majority of the water feeders had stopped 
working. The water feeders operated on the principle that when the chickens pecked a plastic bowl, a compressed spring 
released a squirt of water. If the spring broke, no water came out. 

The small compression springs were made from 0.8 mm diameter type 302 stainless steel, and the operating stresses were 
safely within the design limits given by the Goodman diagram. These springs were so small that it was necessary to use a 
SEM to identify why they had failed. Some were in three or four pieces, but most had only one fracture and did not show 
any evidence of mechanical or corrosion damage. On the SEM it was observed that the springs contained numerous 
cracks only on their inside surface, and these cracks were all at 45° to the wire axis. The cross patterns made by these 
cracks were recognized as the classic indication of corrosion fatigue. 

The solution was to select a grade of spring steel that would be more corrosion resistant than 302 stainless. Glass bead 
peening would probably have been beneficial too, but the springs were too small for this process. Type 304 stainless steel 
springs were tried, but these also failed, albeit after two or three times longer service than 302. Inconel 600 was 
eventually used, and no complaints about thirsty chickens have been received since. 
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Coil Spring Failures in Aerospace Hardware 

S. W. Frost, Research Associate; K. T. Kamber, Section Manager at the Material Sciences Laboratory, Ivan A. 
Getting Laboratories, Aerospace Corp. 


From: S.W. Frost and K.T. Kamber, Coil Spring Failures in Aerospace Fiardware, Metal Progress, Vol 115 (No. 3), Mar 1979, p 42-46 


Abstract: Life testing of cyclic loaded, miniature extension springs made of 17-7 PH stainless steel wire and AISI 302 Condition B 
stainless steel wire has shown end hook configuration to be a major source of weakness. To avoid cracking and subsequent fatigue 
failure, it was found that stress concentration depended on end hook bend sharpness. Also, interference fits are to be avoided in the 
end hooks of small springs. Additionally, a need for careful consideration of the stress-corrosion properties of candidate materials for 
spring applications has been demonstrated by stress-corrosion test results for 17-7 PH CH900 and for Custom 455 CH850 stainless 
steels. Laboratory testing of these two materials in the form of compression springs confirmed the superiority of the 17-7 PH over 
Custom 455. 

Keywords: Aerospace components; Coil springs; Surface defects 


Materials: 302 (Austenitic wrought stainless steel), UNS S30200; 17-7 PH (Precipitation-hardening stainless steel), UNS S17700, 
UNS S45500; Custom 455 (Precipitation-hardening stainless steel), UNS S17700, UNS S45500 


Failure types: Fatigue fracture; Stress-corrosion cracking 


Introduction 

Mechanical springs go into a variety of aerospace systems where both efficiency and reliability are required. Typical 
applications range from the control of switching characteristics of miniature switches to the deployment of missile fairing 
panels requiring spring rates of hundreds of pounds per inch. The versatile and well understood characteristics of the 
common helical cylindrical coil spring has made it the preferred choice in many instances. However, failures have 
occurred during life testing of cyclic-loaded miniature extension springs and during the use of sustain-loaded compression 
springs in aerospace hardware. Failures have been analyzed and sources of the reliability problems identified. 

Case Study: Small Extension Springs 

Fife testing of cyclic loaded, miniature extension springs has shown end hooks to be a major source of weakness. 

In one set of springs, failures frequently occurred at the base of the end hooks after a few hundred thousand load cycles. 
The springs, made from 0.02 in. (0.5 mm) diameter 17-7PH stainless steel wire, were age hardened at 900 F (482 C) for 1 
h (CH900 condition) after coiling and then chemically treated to produce a black oxide coating. 



For wire of this diameter, the CFI900 condition provides an ultimate tensile strength in excess of 320 000 psi (2206 MPa). 
1 This high strength is the result of extensive cold working prior to aging. 

In an effort to determine the reason some springs are susceptible to premature failure, the metallurgical condition of the 
material was examined. The only abnormalities found were a roughened surface of the wire and a concentration of 
microstructural damage at the base of the end hooks. 

Surface roughness varied along the circumference of the wire (Fig. 1). The condition was attributed to a mild chemical 
attack in the black oxide coating treatment. Microstructural damage, which was concentrated at the base of an end hook, 
is shown in Fig. 2 as many radial cracks on the end coil that forms the base of the end hook. Similar damage was found on 
the opposite end hook of the same spring. 



Fig. 1 Top Left — Polished cross section of two adjacent coils. Typically, exposed surface is rough, while 
unexposed areas near crevice between coils is comparatively smooth. 




Fig. 2 Top Right — Polished and etched (Marbles reagent) cross section of coils adjacent to an end hook of a 
failed spring. Radial cracks (right) were confined to end coil forming base of the end of the hook, x 100. 

An identical spring that survived the life test was found to have the same surface roughness as the failed spring. However, 
no microstructural damage was detected at the base of the end hooks. 

The radial crack pattern at the base of an end hook on the failed spring (Fig. 2) strongly resembles the type of damage 
caused by torsional fatigue in shafts. 2 This indicates torsional stresses were concentrated in this area of the end hooks. 
The source of the stress concentration was investigated. 

A concentration of torsional shear stress that results from the geometry of the bend at the base of the end hook is 
identified in a commonly used mechanical spring design standard. 3 The severity of the stress concentration depends upon 
the shaipness of the bend. However, variations in end hook arrangement, but not in end hook bend radii, were found to 
correlate with fatigue damage at the base of the end hooks. 

No consideration of how the end hook stresses are affected by variations in end hook arrangement is given in the design 
standard. However, limits on the amount of valuation in end hook arrangement are recommended, and these limits must be 
considered to be important to spring reliability. Unfortunately, these limits are in terms of spring size and are not 
mandatory requirements. Consequently, as spring size decreases, these limits become increasingly difficult to maintain 
and therefore less likely adhered to. 

In other small extension springs, of slightly different configuration, fatigue failures occurred over a large range of load 
cycles and were confined to an area of the end hook midway between the base and top of the end hook. These springs 
were made from AISI 302 Condition B stainless steel wire 0.01 in. (0.25 mm) in diameter and were stress relieved at 550 
F (288 C) prior to testing. Condition B is the spring temper designation, which produces, by means of cold working, a 
tensile strength in excess of 320 000 psi (2210 MPa) for a wire of this diameter. 4 

An examination of several failed springs indicated that in each case a fatigue crack developed approximately halfway 
through the cross sectional area of an end hook before complete failure. 

A typical fracture surface is shown in Fig. 3. The flat generally featureless area on the fracture surface corresponds to the 
fatigue-cracked area, whereas the highly textured, dimpled area opposite from the fatigue region corresponds to material 
pulled apart by a single application of load. 




Fig. 3 Middle Left — Typical appearance of fracture surface of end hooks of cyclic loaded miniature extension 
springs made from 0.01 in. (0.25 mm) diameter type 302 wire. 

For each failure examined, a fatigue crack origin could be associated with either tool marks on the end hook (Fig. 4), or 
with a rough surface (Fig. 5). 



Fig. 4 Middle Right — Tool mark found on end hook of failed type 302 spring. 





Fig. 5 Right — Surface roughness associated with origin of fatigue crack failure of some type 302 springs. 

As with the previous set of 17-7 PH springs, the generally poor quality of the surface of the AISI 302 spring wire was 
initially suspected of being responsible for variable fatigue performance. 

However, as in the previous case, examination of a spring that survived life testing showed that it had essentially the same 
surface defects as those found on the failed springs. As in the previous case, some valuable other than surface quality had 
to be affecting fatigue life. 

Examination of several untested springs indicated that end hook configuration varied considerably from spring to spring. 
Since the end hooks were made to fit closely over a loading pin, an interference fit was possible. Although end hook 
stresses from interference fits are not considered in the existing design standard, they would be important to spring 
reliability if large stresses are likely to develop. 

Bending stresses from interference fits were estimated by the method given in the Appendix. In Fig. 6, the interference 
stress is plotted as a function of the interference for two different end hook diameters. This plot demonstrates that for a 
given interference fit, the bending stress from interference increases rapidly as spring size (end hook diameter) decreases. 
Obviously, interference fits are to be avoided in the end hooks of small springs. 




Code: 


• D = mean coil diameter, end hook diameter. 

• d = wire diameter. 

D 

• d= spring index 

Fig. 6 Interference stress (a,) at critical section of end hooks versus interference fit (A), a, is determined from 
Eq. 2 in Appendix. 

Case Study: Stress-Corrosion Properties 

A need for careful consideration of the stress-corrosion properties of candidate materials for spring applications has been 
demonstrated by stress-corrosion test results for 17-7 PH CH900 and for Custom 455 CH850 stainless steels. 

For 0.18 in. (5 mm) diameter 17-7 PH wire, the CH900 condition produces an ultimate tensile strength between 254 000 
and 284 000 psi (1750 and 1960 MPa) by cold working and age hardening at 900 F (482 C) for 1 h. 1 
For 0.18 in. (5 mm) diameter Custom 455 wire, the CH850 condition produces an ultimate tensile strength between 260 
000 and 290 000 psi (1795 and 2000 MPa) by cold working and age hardening at 850 F (454 C) fr 30 min. 5 
Initial laboratory testing indicated that Custom 455 was somewhat more resistant to stress corrosion than 17-7 PH. The 
former was selected for several sets of compression springs used in the deployment of missile fairing panels. Life testing 
by exposure to a sea coast environment for several months indicated that these springs satisfied reliability requirements. 
However, a subsequent service failure of a Custom 455 compression spring, which was attributed to stress corrosion, 
prompted a second, more detailed, examination. 




Differences in corrosion properties and stress-corrosion resistance of the two alloys in the form of age-hardened wire 
(hardness = R c 47 to 49) with diameters of 0.18 in. (5 mm) were not obvious. Corrosion properties were similar: 

1. Neither material was corroded by short-term exposure (up to 20 days) to 3.5% salt (NaCl) water. 

2. Both materials were mildly corroded by saturated salt water (25% NaCl). 3. Both materials were readily corroded 
by simulated galvanic coupling (in 3.5% salt water) to slightly more noble materials. 

In addition, stress-corrosion resistances were similar; both materials developed stress-corrosion cracks in short time 
periods when simultaneously exposed to corrosive conditions and loaded in bending to stresses below their yield strength. 
With these results, neither material could be determined to be superior in terms of resistance to stress-corrosion cracking. 
However, obvious differences in the direction of stress-corrosion paths were observed to exist. 

In the 17-7 PH spring wire, loaded in bending, cracking was confined to a longitudinal plane running parallel with the 
wire axis. This cracking path persisted even when a deeply notched sample was stress corroded (Fig. 7.) 



Fig. 7 Stress-corrosion cracks developed parallel to wire axis on both sides of notch in notched 17-7 PH 
specimen, loaded in bending. x9. 

In the Custom 455 spring wire (similarly loaded in bending), cracking developed across the wire at an angle of 
approximately 30° to the wire axis. The cracking paths on Appendix — Method for Estimating Bending Stress at Critical 
Section in End Hook Resulting From Interference Fit 8 

With it assumed that interference produces a deflection A at the top of the end hook, deflection can be related to a bending 
moment M acting on the end hook with the use of the virtual work method of Strength of Materials. 

it 

A ■ J (it) (jt) 

° 6M 

where M = PR sin 0 , and -r=- = Rsinfl. (Fig. 6) 


Then, by direct substitution, 
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When the equation is arranged to obtain the equivalent force P at the top of the end hook. 
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The bending stress at the critical section (A-A) can now be determined from the flexure formula 
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where M = PR, R = D/2, and C = d/2 Thus, 
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and with P, from Eq. 1 substituted, 
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which reduces to 
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t D 2 


(Eq 1) 


(Eq 2) 


Thus, the interference stress varies inversely with the square of the end hook diameter; that is, with spring size, since end 
hook diameter is generally equal to the coil diameter. 



unnotched samples of the materials are compared in Fig. 8. 



Fig. 8 Stress-corrosion crack paths in 17-7 PH (CH900) are shown in top photo, those in Custom 455 (CH850) 
in bottom photo. Both samples were loaded in bending. In both cases, tensile side is up. 

The difference in cracking paths is significant in consideration of how applied stresses are distributed in the coil wires of 
sustain-loaded springs. When a coil spring is compressed (or extended), the coil wires essentially are loaded in torsion. 
Under torsional loads, pure shear stresses develop along planes parallel and perpendicular to the wire axis, and pure 
normal; that is, tensile, stresses develop along planes 45° to the wire axis. Since stress-corrosion cracking requires the 
existence of tensile stresses, 6 such cracking under torsional loads would not be expected to develop along planes parallel 
or perpendicular to the wire axis. Failures reported in the literature indicate that this is the case. 7 

Because the 17-7 PF1, CFI900 spring material was susceptible to stress corrosion only along a longitudinal plane, and this 
plane is subject to little or no applied tensile stresses under torsional loads, the 17-7 PF1, CFI900 wire would be expected 
to be resistant to stress corrosion when used in a coil compression spring. 

Because stress-corrosion cracking in the Custom 455 wire tended to follow a path only a few degrees from the plane of 
maximum tensile stress under torsional loading, its resistance to stress corrosion would not be expected to vary 
significantly when incorporated into a coil spring. 

Laboratory testing of these two materials in the form of compression springs confirmed the superiority of the 17-7 PF1 
over Custom 455. It should be emphasized, however, that this rating applies only to wire material and then only when 
normal (tensile) stresses are not present in planes longitudinal to the wire axis. The rating would not be applicable to 
extension springs where normal stresses in the end hooks can develop across a longitudinal plane. 

References 

1. Corrosion Resistant Steel Wire, 17Cr-7Ni-lAl Precipitation Hardening — Spring Temper, Aeronautical Material 
Specifications AMS 5673, 1957. 





2. “Fractography and Atlas of Fractographs,” ASM Metals Handbook , Vol. 9, 1975, p. 43. 

3. Drawing Requirements for Mechanical Springs, MIL-STD-29A, 1962, p. 83. 

4. Corrosion Resisting Steel Wire, QQ-W-423B, 1969. 

5. Carpenter Custom 455 Technical Bulletin, Caipenter Technology Corp., 1971, p. 23. 

6. “On the Mechanism(s) of Stress-Corrosion Cracking,” by E. N. Pugh, Proceeding of AIME, Vol. 35, Maryland, 
1965. p. 354. 

7. “Failure Analysis and Prevention,” ASM Metals Handbook, Vol. 10, 1975, p. 487-499. 

8. Private communication, Richard Chang, The Aerospace Corp., 1978. 

Related Information 

J.H. Maker, Failures of Springs, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 1986, p 
550-562 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 

2002, p 823-860 


SCC of a Stainless Steel Wire-Rope Terminal 


From: F.L. Jamieson, Failures of Lifting Equipment, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 514-528 


Abstract: An AISI type 303(Se) stainless steel eye terminal that was roll swaged on the end of a 9.5 mm diameter wire rope 
cracked extensively after 1 year of service. A hairline crack that had initiated at the inner surface of the fitting was revealed by 
metallographic examination of a sectioned terminal specimen. It was indicated by the holes in the region adjoining the crack and 
rough texture of the crack surface that a corrosive medium (presumably seawater) had entered the crack from the inner surface of 
the fitting and coupled with the hairline crack to develop crevice corrosion. The crack propagated toward the outer surface due to 
high residual stresses in the swaged metal and was followed closely by corrosion. Stress corrosion as result of a combination of 
residual stresses plus load stress and corrosion was found to cause the failure. Rotary swaging or swaging in a punch press was 
recommended instead of roll swaging as they made deformation more symmetrical. 

Keywords: Loads (forces); Residual stress; Swaging 


Material: 303Se (Austenitic wrought stainless steel), UNS S30323 


Failure type: Stress-corrosion cracking 


3 

An eye terminal made of AISI type 303(Se) stainless steel that was roll swaged on the end of a 9.5-mrn (t?-in.) diam wire 
rope was found to have cracked extensively after 1 year of service. The terminal was sectioned, and specimens were 
mounted for metallographic examination. 

Investigation. Examination of one specimen revealed that a hairline crack had initiated at the inner surface of the 
fitting. Floles in the region adjoining the crack and the rough texture of the crack surface (Fig. 1) indicated that a corrosive 
medium (presumably seawater) had entered the crack from the inner surface of the fitting and, coupled with the hairline 
crack, developed crevice corrosion. Fligh residual stresses in the swaged metal caused the crack to propagate toward the 
outer surface, followed closely by corrosion. The last 0.3 mm (0.012 in.) of metal thickness failed in pure tension, as 
evidenced by the smooth appearance of the crack surface in this region. 




Fig. 1 Composite micrograph of a transverse section through a type 303(Se) stainless steel eye terminal for a 
wire rope showing corroded crack surface and final-fracture region. 75x 

Swaging creates a few small cracks in the surface of the hole in a terminal, particularly when swaging onto stranded wire 
rope. Residual stresses plus load stress and corrosion frequently result in stress corrosion. 

Conclusions. The terminal failed by SCC as a result of residual stresses from swaging, load stresses, and corrosion by 
seawater. 

Recommendations. Rotary swaging or swaging in a punch press is recommended instead of roll swaging. Roll 
swaging is accomplished by nonsymmetrical radial metal deformation. The size of internal cracks is likely to be greater 
under these conditions than when swaging is accomplished in a more uniform symmetrical reduction, such as by rotary 
swaging or press swaging. Corrosion then combines with the internal stress to cause SCC. 
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Fatigue Failure Due to Improper Design 


From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 


Abstract: There was a fracture of an anchor link that rides on a post with a spherical surface. No bevel or radius was called for, 
leaving an extremely sharp edge. A fatigue crack grew from the top sharp edge. The casting had good toughness and strength (1448 
MPa, or 210 ksi, tensile strength). This fatigue failure was the result of poor design, which incorporated a notch that acted as a 
stress raiser, leading to fatigue-crack growth. A generous radius was recommended to avoid similar failures. 

Keywords: Radii; Stress concentration 


Material: Steel casting (Steel casting, general) 


Failure type: Fatigue fracture 


Figure 1 shows a fracture of an anchor link that rides on a post with a spherical surface. No bevel or radius was called for, 
leaving an extremely sharp edge. A fatigue crack grew from the top shaip edge (note beach marks in Fig. 1). The casting 
had good toughness and strength (1448 MPa, or 210 ksi, tensile strength). 



Fig. 1 Fatigue failure of an anchor link. The arrow indicates the sharp edge that acted as the stress 
concentrator that led to fatigue-crack growth. 

Conclusions and Recommendations. This fatigue failure was the result of poor design, which incorporated a 
notch that acted as a stress raiser, leading to fatigue-crack growth. A generous radius was recommended to avoid similar 
failures. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Failure of a Dragline Bucket Tooth. 

From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 


Abstract: A cast dragline bucket tooth failed by fracturing after a short time in service. The tooth was made of medium-carbon low- 
alloy steel heat treated to a hardness of 555 FIB. The fracture surface was covered with chevron marks. These converged at several 
sites on the surface of the tooth. A hardfacing deposit was located at each of these sites. Visual inspection of the hardfacing deposits 
revealed numerous transverse cracks, characteristic of many types of hardfacing. This failure was caused by cracks present in 
hardfacing deposits that had been applied to the ultrahigh-strength steel tooth. Given the small critical crack sizes characteristic of 




ultrahigh-strength materials, it is generally unwise to weld them. It is particularly inadvisable to hardface ultrahigh-strength steel 
parts with hard, brittle, crack-prone materials when high service stresses will be encountered. The operators of the dragline bucket 
were warned against further hardfacing of these teeth. 

Keywords: Hard surfacing; Weld deposited coatings 


Material: Steel casting (Steel casting, general) 


Failure types: Brittle fracture; Surface treatment related failures 


A cast dragline bucket tooth failed by fracturing after a short time in service. The tooth was made of medium-carbon low- 
alloy steel that had been heat treated to a hardness of 555 HB. 

Investigation. The fracture surface was covered with chevron marks. These converged at several sites on the surface 
of the tooth. A hardfacing deposit was located at each of these sites. Visual inspection of the hardfacing deposits revealed 
numerous transverse cracks, which are characteristic of many types of hardfacing. 

Conclusions. This failure was caused by cracks present in hardfacing deposits that had been applied to the ultrahigh- 
strength steel tooth. 

Corrective Measures. Given the small critical crack sizes characteristic of ultrahigh-strength materials, it is generally 
unwise to weld them unless absolutely necessary. It is particularly inadvisable to hardface ultrahigh-strength steel parts 
with hard, brittle, crack-prone materials when high service stresses will be encountered. The operators of the dragline 
bucket were warned against further hardfacing of these teeth. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 


Fractured Swivel Head 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The swivel head of a driving spindle of a four-high mill fractured. The fracture originated in a darkly stained spot on the 
bottom of the cylindrical part and then continued into the cylinder walls in the two directions. The fracture topography was of 
dendritic structure at the stained spot. This led to the conclusion that a shrinkage cavity was present. Metallographic examination 
confirmed that the fracture of the swivel head was caused or favored by a cavity. 

Keywords: Castings; Shrinkage; Spindles 


Material: Steel casting (Steel casting, general) 


Failure type: Casting-related failures 


The swivel head of a driving spindle of a four-high mill fractured. Plant inspection showed that the fracture originated in a 
darkly stained spot on the bottom of the cylindrical part and then continued into the cylinder walls in the two directions 
(Figs. 1 and 2). The fracture topography was of dendritic structure at the stained spot (Fig. 3). This led to the conclusion 
that a shrinkage cavity is present. 




Fig. 1 Fractured swivel head. 



Fig. 2 Fracture origin (designated by arrow in Fig. 1). approx. 1 x 




1 ' 



Fig. 3 Location from Fig. 2. 3 x 

The section marked with chalk in Fig. 1 was cut from the bottom for examination and a cross section was made whose 
plane ran parallel to the fracture plane at a distance of 20 mm. In macroetching as well as in the Baumann print of this 
plane, phosphorous and sulfur segregations appeared as may be expected in the vicinity of a cavity (Figs. 4 and 5). The 
mount also showed microcavities which are characterized by their interdendritic position (Figs. 6 and 7). 





Fig. 5 Sulfur print according to Baumann. Section parallel to fracture plane. 





Fig. 6 Cavity in section according to Fig. 4. Unetched. 50 x 



Fig. 7 Cavity in section according to Fig. 4. Oberhoffer etch (vertical illumination). 10 x 

Therefore the metallographic examination confirmed that the fracture of the swivel head was caused or favored by a 
cavity. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103— 
155 


Brittle Fracture of a Cast Austenitic Manganese Steel Chain Link. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: Chain link, a part of a mechanism for transferring hot or cold steel blooms into and out of a reheating furnace, broke after 
approximately four months of service. The link was cast from 2% Cr austenitic manganese steel and was subjected to repeated 
heating to temperatures of 455 to 595 deg C (850 to 1100 deg F). Examination included visual inspection, macrograph of a nital- 
etched specimen from an as-received chain link 1.85x, micrographs of a nital-etched specimen from an as-received chain link 
100x/600x, normal microstructure of as-cast standard austenitic manganese steel lOOx, micrograph of a nital-etched specimen that 
had been austenitized 20 min at 1095 deg C (2000 deg F) and air cooled 315x, and micrograph of the same specimen after 
annealing 68 h at 480 deg C (900 deg F) lOOOx). Investigation supported the conclusions that the chain link failed in a brittle 
manner, because the austenitic manganese steel from which it was cast became embrittled after being reheated in the temperature 
range of 455 to 595 deg C (850 to 1100 deg F) for prolonged periods of time. The alloy was not suitable for this application, because 
of its metallurgical instability under service conditions. 

Keywords: Blooms; Brittle fracture; Chain links; Overheating; Reheating 


Material: 2%Cr austenitic manganese steel (Austenitic manganese steel casting) 


Failure types: Brittle fracture; Casting-related failures 



The chain link shown in Fig. 1(a), a part of a mechanism for transferring hot or cold steel blooms into and out of a 
reheating furnace, broke after approximately four months of service. The link was cast from 2% Cr austenitic manganese 
steel and was subjected to repeated heating to temperatures of 455 to 595 °C (850 to 1100 °F). 



Fig. 1 Reheating-furnace chain link, sand cast from austenitic manganese steel, that failed by brittle fracture, 
because material was not stable at operating temperatures, (a) Chain link showing location of fracture. 
Dimensions given in inches, (b) Macrograph of a nital-etched specimen from an as-received chain link. 1.85x. 
(c) and (d) Micrographs of a nital-etched specimen from an as-received chain link. 100 and 600x, respectively, 
(e) Normal microstructure of as-cast standard austenitic manganese steel. lOOx. (f) Micrograph of a nital- 
etched specimen that had been austenitized 20 min at 1095 °C (2000 °F) and air cooled. 315x. (g) Micrograph 
of the specimen in (f) after annealing 68 h at 480 °C (900 °F). lOOOx. (h) Chart showing time at temperature 
needed to embrittle austenitic manganese steel after heat treating for 2 h at 1095 °C (2000 °F) and water 
quenching 

Investigation. Chemical analysis revealed that the link had been cast from 13% Mn austenitic manganese steel to 
which 1.5 to 2.0% Cr was added to improve wear resistance by forming chromium carbides. Examination with a hand 
magnet indicated that the entire link was magnetically responsive. When properly heat treated, austenitic manganese steel 
is a tough, nonmagnetic alloy; however, composition changes that occur at the surface during heating may produce a 
magnetic skin. 

Further examination of the magnetic properties of the link was performed with the aid of a Tinsley thickness gage, which 
is normally used for measuring the thickness of nonmagnetic coatings on ferritic steel surfaces. With this instrument, a 
completely nonmagnetic substance is given a rating of 10, and a magnetic material, such as plain carbon steel, is assigned 
a rating of 0. Specimens cut from the link were tested for magnetism after various heat treatments with the following 
results: 


Condition* a) 

Tinsley reading 

Degree of magnetism 

Web (as-received) 

4.5 

Partial 

Flange (as-received) 

4.65 

Partial 

1095 °C (2000 °F), WQ 

10.0 

Nonmagnetic 

1095 °C (2000 °F), AC 

10.0 

Nonmagnetic 

1095 °C (2000 °F), WQ; 4 h at 455 °C (850 °F) 

9.0-9.6 

Trace at edges 

1095 °C (2000 °F), FC 

8.0 

Partial 

1095 °C (2000 °F), FC; 68 h at 480 °C (900 °F) 

4.8 

Partial 

1095 °C (2000 °F), AC; 68 h at 480 °C (900 °F) 

4.75 

Partial 


Micrographs of specimens from the as-received link (Fig. lc and d) display a segregated structure of complex carbides 
(black needlelike phase), (FeMn) 3 C carbides (white-on-white area), and pearlite (gray areas) in an austenite matrix, which 
accounts for the macrostructure shown in Fig. 1(b). Figure 1(b) is a macrograph of a polished and nital-etched specimen 
from the link as received at the laboratory, showing dendritic segregation and microshrinkage pores (dark spots at upper 
left). The segregation follows the grain boundaries, but the appearance is modified by dark oxide patches left by the nital 
etch. 

The effects of the repeated heating of the link on the carbides can be observed by comparing the micrographs shown in 
Fig. 1(c) and (d) with that shown in Fig. 1(e) for a normal microstructure of as-cast standard austenitic manganese steel 
(T15C-12.8Mn-0.50Si). Figure 1(e) displays a pearlite and/or martensite matrix, with carbide precipitation at grain 
boundaries and along crystallographic planes. 

Figure 1(f) shows the microstructure of a specimen from the chain link that was austenitized for 20 min at 1095 °C (2000 
°F) and air cooled. In this small specimen, the cooling rate from the austenitizing temperature was sufficient to retain the 
austenitic structure. The globular carbides did not dissolve at this temperature. The effect of reheating this structure to 480 
°C (900 °F) for 68 h is illustrated in the micrograph shown in Fig. 1(g), which depicts carbides and austenite decomposed 
to pearlite in an austenite matrix. Many patches of fine pearlite formed both along the grain boundaries and within the 
grains. Note the similarity of the microstructure in Fig. 1(g) to that in Fig. 1(d). Brinell hardness tests performed on the 
link adjacent to the fracture surface yielded values of 415 FIB for the web section and 363 FIB for the flange; many fine 
cracks were found in the hardness indentations that attested to a brittle condition. These hardness values were in distinct 
contrast to the normal level of 180 to 200 FIB expected in as-quenched austenitic manganese steel. 

One question arising from the data on magnetism and from the results of metallographic analysis was whether the broken 
link had been properly heat treated before installation in service and magnetized as the result of service temperatures, or 
whether it had inadvertently been shipped from the foundry as-cast and thus partly magnetic. This question was resolved 
by the pronounced dendritic segregation observed in the microstructure shown in Fig. lc. The presence of the dendritic 
pattern indicates that the link was not heat treated after casting, because austenitizing followed by rapid cooling would 
have homogenized the microstructure and largely eliminated the dendritic pattern. 

Although quantitative data are lacking concerning the mechanical-property changes that result from tempering of 
austenitic manganese steel, metallographic data do exist that predict when embrittlement may be expected during 
reheating at various temperatures. Figure 1(h) shows a graph of the time at temperature needed to embrittle austenitic 
manganese steel after an initial heat treatment of 2 h at 1095 °C (2000 °F), followed by water quenching. The data used to 
plot this curve are based on the first evidences of transformation products visible under the microscope. 

Conclusions. The chain link failed in a brittle manner, because the austenitic manganese steel from which it was cast 
became embrittled after being reheated in the temperature range of 455 to 595 °C (850 to 1100 °F) for prolonged periods 
of time. The alloy was not suitable for this application, because of its metallurgical instability under service conditions. 




The chain links had not been solution annealed after casting. This was not as significant a factor in the failure as reheating 
above 425 °C (800 °F). 
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Failure of a Fan Support Casting. 

From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 

Abstract: A fan support casting failed unexpectedly while running at 1800 rpm in pulp at 65 deg C (150 deg F). The leading edge of 
the blade exhibited deep spongy holes leading to reduced section and finally to fracture of the part when the remaining section size 
was insufficient to support the load. Analysis showed the support casting to be a standard 8620 type composition with a hardness of 
311 FIB. The design of the casting was not streamlined. There were several square corners present where great pressure differences 
could be generated. This was a case of erosion-corrosion with the classic spongy appearance of cavitation. Two changes were 
proposed: streamlining the part to avoid abrupt changes in fluid flow; and a change in alloy to a more corrosion-resistant material 
(304 or preferably 316) to increase the tenacity of protective films. 

Keywords: Cavitation; Design; Supports 

Material: 8620 (Low-alloy steel casting) 

Failure types: Erosion - corrosion; Cavitation wear 


A fan support casting failed unexpectedly while running at 1800 lpm in pulp at 65 °C (150 °F). The leading edge of the 
blade exhibited deep spongy holes leading to reduced section and finally to fracture of the part when the remaining 
section size was insufficient to support the load. Analysis of the support casting showed it to be a standard 8620 type 
composition with a hardness of 311 HB. The design of the casting was not streamlined; that is, there were several square 
corners present where great pressure differences could be generated. 

Conclusions. This was a case of erosion-corrosion with the classic spongy appearance of cavitation. 

Recommendations. Two changes were proposed. A significant improvement could be realized by streamlining the 
part to avoid abrupt changes in fluid flow. In addition, a change in alloy to a more corrosion-resistant material (304 or 
preferably 316) would help by increasing the tenacity of protective films. 

Related Information 
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Internal Cracks in Cast Steel With 9% Ni for Cryogenic Applications 

J. Muramaya and T. Kunitake, SMI Techno-Research, Ltd.; H. Ohtani, Sumitomo Metal Industries 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The causes of internal cracking that occurred in 9% Ni steel castings during manufacture were investigated using a series 
of eight laboratory castings containing varying amounts of molybdenum. The effect of mold thickness was also investigated. The 
laboratory castings were subjected to three-point bend testing, and fracture surfaces were examined using SEM fractography, 
metallography, and depth analysis (SIMS) of the fracture surface. The cracks were found to originate at austenitic grain boundaries 
that coincided with primary dendrite interfaces. The cracking was attributed to a decrease in grain-boundary cohesion resulting from 
sulfur segregation. Addition of molybdenum proved effective in preventing cracking. The molybdenum promoted MnS precipitation in 
the grain and preferentially segregated to the interfaces. 

Keywords: Brittle fracture; Casting defects; Castings; Molybdenum, alloying additive; Nickel steel - 9Ni; Nickel steels; Segregations 


Material: 9 steel (Low-alloy steel casting) 


Failure types: Intergranular fracture; Casting-related failures 


Background 

The 9% Ni steels have been widely used for cryogenic applications, as in storage vessels and related components for 
liquid natural gas. Castings of 9% Ni steel have been used for valves, fittings, and other components. 

There were some difficulties in the manufacture of sound 9% Ni cast steels because of the occurrence of internal cracks. 
Failed castings were subjected to examination to clarify the cause of cracking and to propose an alternative means of 
obtaining sound castings. Some melting and casting experiments were also conducted in the laboratory. 

Visual Examination of General Physical Features 



Figure 1 shows the appearance of 9% Ni steel castings. Internal cracks were observed at the center portion of a corner 
with greater wall thickness (Fig. 2). These internal cracks could not be observed by the outside visual examination, but 
ultrasonic inspection was effective for detection. 




Fig. 1 Photograph of 9% Ni steel casting. 




Fig. 2 Internal cracking in cross section of 9% Ni steel casting. 

Testing Procedure and Results 

To investigate the cause of the failure, several experiments were conducted in the laboratory. Table 1 shows the chemical 
composition of the materials examined. Steels A to D were cast in a mold of 200 mm (8 in.) in diameter (Fig. 3a). 



Table 1 Chemical composition of materials examined and moid shape 


Steel 

Composition, % 








C 

Si 

Mn 

P 

S 

Ni 

Mo 

A1 

N 

Mold shape' 3 ’, mm 

■ 

0.05 

0.14 

0.80 

0.005 

0.015 

9.53 

0.01 

0.005 

0.005 

200 dx 230 h 

B 

0.06 

0.14 

0.78 

0.006 

0.015 

9.53 

0.09 

0.016 

0.007 


C 

0.06 

0.15 

0.71 

0.006 

0.016 

9.68 

0.21 

0.021 

0.007 


D 

0.05 

0.14 

0.73 

0.008 

0.014 

9.75 

0.52 

0.025 

0.004 


E 

0.04 

0.10 

0.95 

0.012 

0.009 

9.40 

0.03 

0.014 

0.006 

200 1 x 300w x 400/z 

F 

0.04 

0.10 

0.59 

0.012 

0.009 

9.40 

0.03 

0.014 

0.006 

30 1 x 300vv x 400/; 

G 

0.04 

0.10 

0.53 

0.014 

0.012 

9.40 

0.26 

0.015 

0.008 

200f x 300w x 400/z 

H 

0.04 

0.10 

0.53 

0.014 

0.012 

9.40 

0.26 

0.015 

0.008 

30f x 300vv x 400/z 

(a) t, thickness; tv, width; h, height; d, 

diameter 







300 


1 

Fig. 3 Schematic of the preparation of ingots for the three-point bending test. 

Nondestructive evaluation 

The internal cracks that occurred in these ingots were similar to those of commercial castings. Internal crack lengths were 
measured on the transverse cross section at one-half the height of these castings by means of the color-checking method. 

In the case of steel without molybdenum (steel A in Table 1), internal cracks were clearly detected, and the total crack 
length extended to 900 mm (35 in.) (Fig. 4a). The crack lengths, however, decreased with increasing molybdenum content 
and were scarcely detected in steels with molybdenum above 0.2%. 
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Fig. 4 Effect of molybdenum content on internal cracking. (a)Total crack length detected by color-checking 
method, (b) Change in fraction of intergranular fracture judged bythree-point bending test. 


Three-point bending test 


Three-point bending tests were conducted for laboratory cast steels. Figure 5 shows the change in fracture appearance 
with molybdenum content. In steel A without molybdenum, the intergranular fractures occupied a greater part of the 
fracture surface, similar to internal cracks in commercial castings; the fraction of intergranular fracture decreased with 
increasing molybdenum, similar to total crack length (Fig. 4b). 











Scanning electron microscopy/fractography 


Figure 6 shows the fracture surface of the three-point bending samples as viewed by scanning electron microscopy 
(SEM). The fracture appearances of a specimen without molybdenum addition were substantially comprised of brittle 
fracture. With increasing molybdenum content, the fraction of ductile fracture gradually increased, and the precipitates on 


the fracture surface were refined and increased in quantity even with mol ybdenum content of 0.09%. 



Fig. 6 SEM micrographs of fracture surfaces in three-point bending test samples, (a) Steel A, with 0.01% Mo. 
(b) Steel B, with 0.09% Mo. (c) Steel C, with 0.21 % Mo. (d) Steel D, with 0.52% Mo. 


Metallography and chemical analysis/identification 


Figure 7 shows the dendrite structures of steel E to steel FI (Table 1), which differ in molybdenum content and mold 
thickness, as shown in Figs. 3(b) and 3(c). The differences in dendrite structure in Fig. 7 were scarcely observed in cast 
steels with the same mold thickness even if molybdenum content was different. Flowever, the structure drastically 
changed with mold thickness; that is, it grew in the thick mold because of the decrease of solidifying velocity. 







Fig. 7 Dendritric structures, (a) Steel F with 0.03% Mo. Mold thickness: 30 mm (1.2 in.), (b) Steel E, with 
0.03% Mo. Mold thickness: 200 mm (8 in.). Dendritic structures, (c) Steel H, with 0.26% Mo. Moid thickness: 
30 mm (1.2 in.), (d) Steel G, with 0.26% Mo. Mold thickness: 200 mm (8 in.). 

Subsequently, depth analysis on the fracture surface was earned out with a secondary ion mass spectrometer (SIMS). For 
this analysis, nitrogen gas ions (N + 2 ) accelerated to 20 kV were bombarded on the fracture surface. Fig. 8 shows the eitect 
of molybdenum content on the depth profile of sulfur ion ( 32 S ) intensity. In the case of steel A, sulfur segregation was 
detected in the thin layer up to a depth of lnm (10 A) from the fracture surface. Flowever, the segregation was prevented 
by a molybdenum addition of 0.09%. 
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Fig. 8 Effect of molybdenum content on the depth profile of sulfur ion intensity as measured by SIMS. 

Figure 9 shows the influence of molybdenum content and mold thickness on sulfur and molybderum segregation on the 
fracture surface. Sulfur segregation was decreased remarkably not only with the addition of molybdenum but also with 
decreasing mold thickness. On the other hand, molybdenum segregation was observed to be independent of mold 
thickness in the case of molybdenum-added steels. 





Dstance from surface, nm 

Fig. 9 Influence of molybdenum content and mold thickness on sulfur and molybdenum segregation on the 
fracture surface as measured by SIMS. 

Figure 10 shows the electron probe microanalysis (EPMA) of precipitation on the fracture surface of steel G with 0.25% 
Mo. The precipitates consisted primarily of manganese and sulfur with very little molybdenum. 




Fig. 10 EPMA analysis of precipitation on the fracture surface of steel G. 

Discussion 

The origin of internal cracks that occur in 9% Ni steel castings was examined on cast steels melted in the laboratory. It 
was found that the internal cracks originating at austenitic grain boundaries that coincide with primary dendrite interfaces 
were prevented by molybdenum addition. Internal cracks were closely related to sulfur segregation at dendrite interfaces. 
In general, internal cracks are considered to occur through the reduction in grain-boundary cohesion caused by solidifing 
segregation and the formation of low-melting-point substances. However, the molybdenum content required to prevent 
internal cracking was approximately equal to or less than 0.5%. Solidifying segregation is scarcely affected by such a 
molybdenum content. 

The precipitates on the fracture surface increased in quantity with molybdenum addition, but the precipitates contained no 
molybdenum. In the case of molybdenum-added steels, molybdenum concentration at austenitic grain boundaries was 
high in contrast to sulfur segregation. 

These results suggested that the effect of molybdenum on the prevention of internal cracking should be attributed to a 
decrease in sulfur segregation at the austenitic grain boundary through MnS precipitation, which is promoted by 
molybdenum solute atoms in the grain, probably because of either the nucleation of MnS or the decrease in solubility of 
MnS. The decrease in sulfur segregation at the austenitic grain boundary is also attributed to the stabilization of the 
austenitic grain boundary by the preferential segregation of molybdenum to dendrite interfaces (that is, site competition 
effect), which is manifested by the SIMS analysis. 

Conclusion and Recommendations 

Internal cracks originated at the austenitic grain boundaries that coincide with primary dendrite interfaces. Internal 
cracking, however, was not due to the formation of low-melting-point precipitation at the grain boundary, but arose from 
the decrease in grain-boundary cohesion by sulfur segregation. The addition of molybdenum was remarkably effective for 
preventing internal cracks because of the decrease in sulfur segregation at austenitic grain boundaries due to the 
acceleration of MnS precipitation in the grain and the preferential segregation of molybdenum to dendrite interfaces. 
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Fracture of Cast Steel Equalizer Beams. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: Two sand-cast low-alloy steel equalizer beams (ASTM A 148, grade 105-85) designed to distribute the load to the axles of 
a highway truck broke after an unreported length of service. Normal service life would have been about 805,000 km (500,000 miles) 
of truck operation. Investigation (visual inspection, chemical analysis, tensile testing, unetched 65x and 1% nital etched 65x 
magnification) supported the conclusions that the steel was too soft for the application-probably due to improper heat treatment. 
Fracture of the equalizer beams resulted from growth of mechanical cracks that were formed before the castings were heat treated. 
Recommendations included the following changes in processing: better gating and risering in the foundry to achieve sounder 
castings, better shakeout practice to avoid mechanical damage and better inspection to detect imperfections, and normalizing and 
tempering to achieve better mechanical properties. 

Keywords: Brittle fracture; Casting defects; Cracking (fracturing); Equilizer beams; Foundry practice; Gating and risering; 
Normalizing (heat treatment); Tempering; Trucks 


Material: ASTM A148 grade 105-85 (Low-alloy steel casting), UNS D50850 


Failure types: Casting-related failures; Fieat treating-related failures 


Two sand-cast low-alloy steel equalizer beams designed to distribute the load to the axles of a highway truck broke after 
an unreported length of service. Normal service life would have been about 805,000 km (500,000 miles) of truck 
operation. The cast equalizer beams were made according to ASTM A 148, grade 105-85, which specifies that all 
castings be heat treated (either fully annealed, normalized, normalized and tempered, or quenched and tempered, usually 
at the option of the foundry). 

Investigation. Figure 1(a) shows a fracture surface of one of the beams. Internal shrinkage porosity and evidence of a 
cold shut were found near the tip of one flange (detail A, Fig. 1). Decarburization of the fracture surface indicates that the 
initial crack (region B, detail A, Fig. 1) was formed before heat treatment—most likely as a mechanical crack resulting 
from rough handling during shakeout. The crack originated in a region of internal shrinkage porosity and entrapped 
oxides. 



Cost steel (ASTM AI48, grade 105-85) 



(a) Equalizer beam 




Fig. 1 Highway-truck equalizer beam, sand cast from low-alloy steel, that fractured because of mechanical 
cracking, (a) Fracture surface; detail A shows increments (regions B, C, D, and E) in which crack propagation 
occurred sequentially. Dimensions given in inches, (b) Micrograph of an unetched specimen showing internal 
shrinkage porosity and entrapped oxides. 65x. (c) Micrograph of a specimen etched in 1% nital showing 
internal tensile crack and cold shut adjacent to fracture surface; note faint evidence of dendritic segregation at 
lower left. 65x. (d) Micrograph showing nonhomogenized microstructure consisting of transformation products 
and ferrite. 65x 





The appearance of the fracture surface suggests that propagation of the crack occurred in a sequence of four large 
increments (regions B, C, D, and E, detail A, Fig. 1). The detectable difference in darkening of these fracture segments 
indicates that they existed in turn for sufficient lengths of times to undergo different cumulative amounts of surface 
oxidation. This behavior indicates infrequent but high loads. The fracture segment indicated as region E in detail A in Fig. 
1 shows a band of fatigue beach marks that nearly penetrated the fillet between the upper portion of the left flange and the 
web of the beam. Final fracture occurred at this stage, because the remaining section of the beam was unable to sustain 
the applied load or as the result of a high load, such as those that caused earlier crack advances. 

Examination of the fracture surface of the second beam showed that only two increments of crack propagation occurred 
before final fracture and that there was no fatigue cracking. Failure in the second beam occurred after far less crack 
penetration than in the companion beam, indicating that a high load, rather than a uniform load, caused final fracture. 

Both beams exhibited evidence of internal shrinkage porosity and entrapped oxides; a typical condition is shown in Fig. 
1(b). Areas of decarburization were found below the fracture surfaces of both beams. Internal cracking and cold shuts, 
such as those shown in Fig. 1(c), were evident adjacent to the fracture surfaces. 

The microstructure of the beams consisted of transformation products and ferrite (Fig. Id). The microconstituents 
exhibited some evidence of dendritic segregation. 

Chemical analysis of the two beams, which were cast from separate heats of steel, showed close agreement in 
composition. A tensile specimen and a Charpy V-notch test bar were machined from one flange of each beam. The 
properties of the two beams were in close agreement. Average values were tensile strength. 712 MPa (103.25 ksi); yield 
strength (0.2% offset), 381 MPa (55.25 ksi); elongation in 5 cm (2 in.), 20%; reduction of area, 48%; and room- 
temperature impact strength, 32.5 J (24 ft • lbf). These properties indicated that the steel was too soft for the application— 
probably due to improper heat treatment. 

Conclusions. Fracture of the equalizer beams resulted from growth of mechanical cracks in one flange that were 
formed before the castings were heat treated. The pattern of crack growth suggested a service condition involving many 
relatively low applied stresses and occasional high loads. 

Recommendations. Three changes in processing were recommended: better gating and risering in the foundry to 
achieve sounder castings, better shakeout practice to avoid mechanical damage and better inspection to detect 
imperfections, and normalizing and tempering to achieve better mechanical properties. 
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Brittle Fracture of a Roadarm Weldment of Two Steel Castings Because of 
Excessive Carbon-Equivalent Content 

From: Failures of Steel Castings, Products of Principal Metalworking Processes, Vol. 11, ASM Handbook, ASM International, p. 380- 
410 


Abstract: A roadarm for a tracked vehicle failed during preproduction vehicle testing. The arm was a weldment of two cored low- 
alloy steel sand castings specified to ASTM A 148, grade 120-95. A maximum carbon content of 0.32% was specified. The welding 
procedure called for degreasing and gas metal arc welding; neither preheating nor postheating was specified. The filler metal was 
E70S-6 continuous consumable wire with a copper coating to protect it from atmospheric oxidation while on the reel. Analysis of the 
two castings revealed that the carbon content was higher than specified, ranging from 0.40 to 0.44%. The fracture occurred in the 
HAZ , where quenching by the surrounding metal had produced a hardness of 55 HRC. Some roadarms of similar carbon content and 
welded by the same procedure had not failed because they had been tempered during a hot-straightening operation. Brittle fracture 
of the roadarm was caused by a combination of too high a carbon equivalent in the castings and the lack of preheating and 
postheating during the welding procedure. A pre-heat and tempering after welding were added to the welding procedure. 

Keywords: Gas metal arc welding; Heat affected zone; Sand castings 


Material: ASTM A148 grade 120-95 (Low-alloy steel casting) 


Failure types: Brittle fracture; Joining-related failures 


A roadarm for a tracked vehicle failed during preproduction vehicle testing. The arm was a weldment of two cored low- 
alloy steel sand castings specified to ASTM A 148. grade 120-95. A maximum carbon content of 0.32% was specified. 
The welding procedure called for degreasing and gas metal arc welding; neither preheating nor postheating was specified. 
The filler metal was E70S-6 continuous consumable wire that was bare except for a copper coating to protect it from 
atmospheric oxidation while on the reel. 

Investigation. Analysis of the two castings revealed that the carbon content was higher than specified, ranging from 
0.40 to 0.44%. Except for the carbon content, composition of the castings corresponded to that of a high-manganese 8640 
steel. The fracture occurred in the HAZ (Fig. 1), where quenching by the surrounding metal had produced a hardness of 
55 HRC. 



Fig. 1 Section through weld in a roadarm (a weldment of low-alloy steel castings). The roadarm fractured in 
the HAZ because of high carbon-equivalent content. Fracture surface is at arrow. 0.8x 

Some roadarms of similar carbon content and welded by the same procedure had not failed; it was determined that this 
was because they had been tempered during a hot-straightening operation. Rather than attempt to identify and segregate 
tempered and untempered roadarms, all production arms were tempered, including those already installed. A split 
induction coil was used to encompass the region of the weld and the adjacent hardened HAZ. thus avoiding the need to 
dismantle the arm. which would have been required for furnace heat treatment. As a result of tempering, there were no 
additional failures. 

Analysis of these castings revealed a composition unfavorable for welding, particularly without preheating or postheating. 
The carbon equivalent for an average carbon content of 0.42% was 0.87% using the formula for low-alloy steel and 


1.10% using the formula for carbon steel. These values, which are so high that they lie off the graph frequently used to 
relate weldability to carbon content, indicate that preheating and postheating are mandatory. 

Conclusions. Brittle fracture of the roadarm was caused by a combination of too high a carbon equivalent in the 
castings and the lack of preheating and postheating during the welding procedure, which resulted in HAZs that were 
extremely hard and brittle. 

Corrective Measures. Steps were taken to ensure that future roadarm castings would meet the specified carbon- 
equivalent content; a pre-heat was added to the welding procedure, and tempering after welding was specified for all 
roadarms. 
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Tensile Fracture That Originated at Shrinkage Porosity in a Cast Low- Alloy 
Steel Connector. 


From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: A sand-cast steel eye connector used to link together two 54,430 kg capacity floating-bridge pontoons failed prematurely 
in service. The pontoons were coupled by upper and lower eye and clevis connectors that were pinned together. The eye connector 
was found to be cast from low-alloy steel conforming to ASTM A 148, grade 150-125. The crack was found to have originated along 
the lower surface initially penetrating a region of shrinkage porosity. It was observed that cracking then propagated in tension 
through sound metal and terminated in a shear lip at the top of the eye. The fracture of the eye connector was concluded to have 
occurred by tensile overload because of shrinkage porosity. Sound metal was ensured by radiographic examination of subsequent 
castings. 

Keywords: Connectors; Crack propagation; Fasteners; Overloading; Porosity; Shrinkage 


Material: ASTM A148 grade 150-125 (Low-alloy steel casting) 


Failure type: Casting-related failures 


A sand-cast steel eye connector (Fig. la) used to link together two 54,430 kg (120,000 lb) capacity floating-bridge 
pontoons broke prematurely in service. The pontoons were coupled by upper and lower eye and clevis connectors that 
were pinned together. 




Fig. 1 Sand-cast low-alloy steel eye connector from a floating-bridge pontoon that broke under static tensile 
loading, (a) Schematic illustration of pontoon bridge and enlarged view of eye and clevis connectors showing 
location of fracture in eye connector, (b) A fracture surface of the eye connector. Fracture origin is arrow O, 




area containing shrinkage porosity is at region A, area of sound metal is at region B, and the shear lip is at 
region C. 

1 

The eye connector was 8.9 x 12.7 cm (32x5 in.) in cross section and was cast from low-alloy steel conforming to ASTM 
A 148, grade 150-125. Expected life of such connectors was 5000 or more load cycles. 

Investigation. Examination of the fracture surface established that the crack had originated along the lower surface 
(arrow O, Fig. lb), initially penetrating a region of shrinkage porosity (region A, Fig. lb) that extended over the lower- 
right quarter of the fracture surface. Cracking then propagated in tension through sound metal (region B, Fig. lb) and 
terminated in a shear lip at the top of the eye (region C, Fig. lb). The stress state that produced the fracture approximated 
simple tension. 

Conclusions. Fracture of the eye connector occurred by tensile overload because of shrinkage porosity in the lower 
surface of the casting. The design of the connector was adequate, because normal service life was more than 5000 load 
cycles. 

Corrective Measures. Subsequent castings were inspected radiographically to ensure sound metal. 
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Failure of a Thick-Wall Casing for a Steam Turbine by Cracking. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Abstract: A crack was discovered in a cast steel (ASTM A 356, grade 6) steam-turbine casing during normal overhaul of the turbine. 
The mechanical properties of the casting all exceeded the requirements of the specification. When the fracture surface was examined 
visually, an internal-porosity defect was observed adjoining a tapped hole. A second, much larger cavity was also detected. 
Investigation (visual inspection and 7500x SEM fractographs) supported the conclusions that failure occurred through a zone of 
structural weakness that was caused by internal casting defects and a tapped hole. The combination of cyclic loading (thermal 
fatigue), an aggressive service environment (steam), and internal defects resulted in gradual crack propagation, which was, at 
times, intergranular-with or without corrosive attack-and, at other times, was transgranular. 

Keywords: Casings; Casting defects; Crack propagation; Precipitates; Steam turbines 

Material: ASTM A356 grade 6 (Low-alloy steel casting), UNS J12073 

Failure types: Casting-related failures; Mixed-mode fracture 


When a crack developed in a cast steel steam-turbine casing, a small section of the casing was removed by torch cutting 
to examine the crack completely and to determine its origin. The crack was discovered during normal overhaul of the 
turbine. The chemical composition and processing of the casting were in accordance with ASTM A 356, grade 6 
(1.25%Cr-0.5%Mo). The mechanical properties of the casting were yield strength, 352 MPa (51 ksi); tensile strength, 490 
MPa (71 ksi); elongation, 29.5%; and reduction of area, 70.5%, all of which exceeded the requirements of the 
specification. Charpy V-notch impact energy values for specimens taken from the casting were 14.6 J (10.75 ft • lbf) at 25 
°C (75 °F), 88 J (65 ft • lbf) at 0 °C (32 °F), and 5.4 J (4.0 ft • lbf) at -18 °C (0 °F). When the fracture surface was 
examined visually, an internal-porosity defect was observed adjoining the tapped hole. A second, much larger cavity was 
also detected (upper right portion, Fig. la). 




Fig. 1 ASTM A 356, grade 6 (1.25%Cr-0.5%Mo), cast steel turbine casing that failed by cracking, (a) Segment 
removed from the casing, showing the fracture surface at right. A large porosity defect can be seen at the 
upper right corner, near the broken-open tapped hole, (b) to (e) Transmission electron microscopy fractographs 
of four locations on the fracture surface. 7500x. Intergranular modes of fracture are shown in (b) and (c); a 
transgranular mode, typical of corrosion fatigue, is shown in (d). The fractograph in (e) was taken in the region 
of crack arrest and indicates an intergranular mode of fracture. 

Metallographic Examination. An examination of the microstructure revealed a concentration of precipitates on slip 
planes within grain boundaries. Fatigue loading increases the concentration of point and line defects, and these defects 
assist diffusion. Therefore, precipitation, which is a diffusion-controlled process, is more advanced in the slip bands of a 
material subjected to fatigue. In this case, the fatigue was thermal fatigue caused by repeated temperature changes in the 
turbine over a period of about ten years. These temperature changes were more frequent than usual, because the turbine 
was on standby service for several years. 

In regions near the main fracture surface, small subsidiary cracks—both transgranular and intergranular—were noted. At 
surfaces contacted by steam, there was evidence of stress-corrosion cracking (SCC) and intergranular attack. 

Electron Fractography. Replica impressions were taken at eight locations on the main fracture surface for 
examination in an electron microscope. Depending on location, there was evidence of intergranular and transgranular 
cracking. For example, Fig. 1(b) and (c) indicate an intergranular crack propagation; however, Fig. 1(d), taken farther 
down the fracture surface, indicates a transgranular cracking. Figure 1(e), which was taken from the region of crack 
arrest, indicates a completely intergranular mode. 

Conclusions. Failure occurred through a zone of structural weakness that was caused by internal casting defects and a 
tapped hole. The combination of cyclic loading (thermal fatigue), an aggressive service environment (steam), and internal 



defects resulted in gradual crack propagation, which was, at times, intergranular—with or without corrosive attack—and, 
at other times, was transgranular. 
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Failure of a Cast Chain Link. 


From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 

Abstract: A 10-cm (4-in.) chain link used in operating a large dragline bucket failed after several weeks in service. The link was 
made of cast low-alloy steel (similar to ASTM A487, class 10Q) that had been normalized, hardened, and tempered to give a yield 
strength of approximately 1034 MPa (150 ksi). A hydrogen flake approximately 5 cm (2 in.) in diameter was observed at the center 
of the fracture surface. Beach marks indicative of fatigue encircled the hydrogen flake and covered nearly all of the remaining 
fracture surface. The failure of this link was caused by an excessive hydrogen content. Two steps were taken to combat this type of 
failure. First, when service conditions did not require high hardness to combat wear, the links were produced of a steel having a 
yield strength of about 690 MPa (100 ksi) rather than 1034 MPa (150 ksi). The higher Kth value of the lower-strength material was 
adequate to prevent cracking. Second, a design change was made that lowered the peak stresses in the link. 

Keywords: Chains; Fatigue; Flydrogen embrittlement 


Material: ASTM A487 Class 10Q (Low-alloy steel casting), UNS J23015 


Failure types: Hydrogen damage and embrittlement; Fatigue fracture 


A 10-cm (4-in.) chain link used in operating a large dragline bucket failed after several weeks in service. The link was 
made of cast low-alloy steel (similar to ASTM A487, class 10Q) that had been normalized, hardened, and tempered to 
give a yield strength of approximately 1034 MPa (150 ksi). 

Investigation. A hydrogen flake approximately 5 cm (2 in.) in diameter was observed at the center of the fracture 
surface. Beach marks indicative of fatigue encircled the hydrogen flake and covered nearly all of the remaining fracture 
surface (Fig. 1). 





Fig. 1 Fracture surface of cast 10-cm (4-in.) high-strength low-alloy steel chain link that failed because of 
internal hydrogen-assisted cracking. Note hydrogen flake. 0.25x 

Conclusions. The failure of this link was caused by an excessive hydrogen content given the service stresses and the 
threshold stress intensity of the material for hydrogen-assisted cracking. 

Corrective Measures. Two steps were taken to combat this type of failure. First, when service conditions did not 
require high hardness to combat wear, the links were produced of a steel having a yield strength of about 690 MPa (100 
ksi) rather than 1034 MPa (150 ksi). The higher K th value of the lower-strength material was adequate to prevent 
cracking. Second, a design change was made that lowered the peak stresses in the link. 
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Failure of Four Cast Steel Gear Segments 

George M. Goodrich, Taussig Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Gears in a strip mining dragline failed in service. The material was identified as a low-alloy (NiCrMoV) steel. SEM analysis 
indicated that the initial fracture and subsequent fractures resulted from impact or a suddenly applied load. Mechanical testing 
indicated that the gears had low impact strength. Failure was attributed to low toughness caused by the absence of, or improper, 
heat treatment. Casting defects identified during metallographic examination were determined to be the fracture initiation site, but 
were considered less significant than the low as-received impact strength of the material. It was recommended that the equipment 
manufacturer implement an appropriate heat treatment to meet the impact requirements of the application. 

Keywords: Casting defects; Cleavage; Mining machinery; Nickel-chromium-molybdenum steels; Shrinkage 


Material: ASTM A487 grade 7 (Low-alloy steel casting), UNS J12084, UNS J13047, UNS J13855; ASTM A487 grade 4 (Low-alloy 
steel casting), UNS J12084, UNS J13047, UNS J13855; ASTM A487 grade 6 (Low-alloy steel casting), UNS J12084, UNS J13047, 
UNS J13855 


Failure types: Brittle fracture; Casting-related failures 


Background 

Gears in a strip mining dragline failed in service. The four failed gear segments were submitted for metallurgical analysis. 

Applications 

The segments reportedly represented one and a half gears from a dragline piece of equipment used for ship mining. Four 
complete gears were used in the equipment to lift and move the dragline. The total weight lifted by these four gears was 
6750 Mg (7450 tons). Each gear was made from two half segments. Each half segment weighed approximately 6800 kg 
(15,0001b.). 

Circumstances leading to failure 

In September 1982, the entire bull gear section of the dragline unit was rebuilt. Upon installation of the gears, however, 
the mounting holes did not line up. This misalignment resulted in the failure of the two rear gears. The front gears were 
reworked and were certified as acceptable. The rework included opening the counterbore, sleeving previous gear-to- 
camshaft bolt holes, and redoing the bolt holes. These two reworked gears were then installed at the rear of the dragline 
unit in April 1983, and new front gears were installed on November of the same year. The rear gears failed the following 
month 

Pertinent specifications 

The gear segments were reportedly manufactured from a cast steel. However, compositional requirements and material 
specifications were not known. 

Visual Examination of General Physical Features 

The gear segments were designated as MLR, MRR, MLF, and F. Each was cleaned and visually examined. The MLF 
segment had 17 gear teeth. These teeth were identified with consecutive numbers beginning at the fracture (Fig. 1). The 
fracture origin appeared to be coincidental with the gear teeth root. The only other evidence of damage on this gear was at 
the crown of teeth 2, 3, and 4 (Fig. 2). 




Fig. 2 Damage observed at the crown of tooth 2,3 and 4 on gear segment MLF 

The gear segment designated as MRR had 14 teeth. These teeth were numbered consecutively, with the first tooth located 
at the nonbroken end. The fracture had approximately the same configuration as that observed for segment MLF. These 
two segments apparently were from the same original gear half. Again, the fracture surfaces suggested that the origin was 
coincidental with the gear teeth root. No other damage was evident. 

The MLR gear segment had 28 teeth, which were numbered consecutively beginning from the nonfractured end. The 
suspected fracture origin was again coincidental with the gear teeth root. No other damage was visible. 



Gear segment F had 34 teeth and exhibited no area where complete fracture had occurred across the section. Each gear 
tooth was numbered consecutively for identification puiposes. Two of the teeth (18 and 23) were partially missing. The 
fracture surfaces that resulted exhibited a faint thumbnail pattern (Fig. 3), indicating that fatigue may have been a factor in 
this failure. In addition, tooth 24 exhibited visual evidence of fracture at a location that was similar to teeth 18 and 23. 
The only other visible evidence of damage was observed near the pitch line on teeth 5 and 27 (Fig. 4). 



Fig. 3 Closeup view of the fracture tooth 18 on gear segment F 
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Fig. 4 Damage observed on tooth 27 of gear segment F at the pitch line 

Testing Procedure and Results 

Nondestructive evaluation 

Liquid Penetrant Inspection. After cleaning, all of the gear segments were subjected to nondestructive testing 
(NDT) using a dye penetrant. The puipose of this examination was to locate other areas with indications suggesting that 
additional fractures were present. 

Gear segments MLF, MRR. and MLR exhibited the presence of indications in almost every gear tooth root. An example 
of these indications is shown in Fig. 5. Gear segment F exhibited indications in the roots to a lesser extent. A typical faint 
indication is shown in Fig. 6. 





Fig. 6 Closeup view of faint indication (centre of photograph) found near the root of tooth 8 of gear segment F 
As a consequence of this investigation, selected teeth were removed. These sections included the fracture surfaces and 
other areas that contained representative indications. 

Magnetic Particle Inspection. The sectioned areas were then subjected to magnetic particle inspection, which 
produced indication results that were similar to those observed using the dye penetrant technique. 


Surface examination 



Visual. Each of the sections that were removed from the main gear bodies were examined further using visual 
techniques and a stereoscopic microscope. The puipose of this examination was to search for evidence of additional 
damage or other cracks that would be helpful in the failure analysis and to evaluate the fracture surfaces on gear segment 
F at the suspected fracture origins. 

The fracture surface of gear segment MLR (tooth 28) showed the presence of striations that suggested the fracture origin 
was indeed coincidental with the gear tooth root. The pitch face of this gear tooth exhibited evidence of severe damage 
(Fig. 7), suggesting that a foreign object had lodged in the gear at this location. 




Fig. 7 Pitch face and fracture region of tooth 28 of gear segment MLR 

The fracture surfaces on teeth 18 and 23 of gear segment F exhibited similar thumbnail patterns that appeared to emanate 
from a single location on each fracture surface. Figures 8 and 9 show the thumbnail pattern and the suspected fracture 
origin, respectively, for tooth 18. Stereomicroscopic examination of both teeth revealed that the suspected fracture origins 
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Fig. 8 Thumbnail pattern observed on the fracture surface on tooth 18 of gear segment F 



Fig. 9 Suspected fracture origin on tooth 18 of gear segment F 

Scanning Electron Microscopy/Fractography. The fracture surfaces of tooth 28 of gear segment MLR (MLR- 
28) and of teeth 18 and 23 of segment F (F-18 and F-23) were each examined further using scanning electron microscopy 
(SEM) to search for evidence of defects or discontinuities that could have caused or contributed to the failure. 
Determination of the fracture mode was also a goal. 

Examination of tooth MLR-28 at selected locations along the gear root, suspected as being the fracture origin, revealed 
that the fracture was transgranular and exhibited characteristics commonly associated with cleavage (Fig. 10 and 11), 
which indicated that the segment fractured as the result of a suddenly applied load. Cleavage also can be an indication of 
low toughness. No evidence of defects or discontinuities was found along the fracture surface. Also, no evidence of beach 
marks was observed, which indicated that the fracture was not caused by fatigue. Dimples or microvoid coalescence was 
not observed, which ruled out ductile overload. Finally, because the fracture occurred transgranularly, rather than 
intergranularly, the material could not have been in an embrittled condition at the time of failure. 
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Fig. 10 SEM micrograph showing the fracture surface of tooth MLR-28. A location near the center is shown at 
higher magnification in Fig. 11. ~20x 


Fig. 11 SEM micrograph showing the cleavage detected on the fracture surface of the tooth MLR-28 ~500x 
Examination of tooth F-18 revealed that the suspected fracture origin exhibited evidence of a dendritic pattern—an 
indication of shrinkage porosity (Fig. 12 and 13). Further examination of the fracture surface in the immediate vicinity of 
the dendrite and porosity revealed characteristics typically associated with cleavage. 




Fig. 12 SEM micrograph showing an apparent dendrite near the suspected fracture origin of tooth F-18 ~150x 



Fig. 13 SEM micrograph showing shrinkage porosity detected at the suspected fracture origin on tooth F-18. 
~15x 

Evidence of cleavage was also present in the immediate vicinity of the fracture origin on tooth F-23. Neither of the teeth 
from gear segment F exhibited beach marks, microvoid coalescence, or intergranular fracture. 

Although visual examination of segment F revealed the presence of a possible thumbnail pattern around the suspected 
fracture origins, the presence of this pattern at a microscopic level was not confirmed by SEM. This analysis did show 
that the fracture surfaces had cleavage rather than beach marks. It is also important to note that the suspected fracture 
origins on both teeth from segment F were associated with shrinkage porosity. 


Metallography 


Several gear teeth were selected for metallographic analysis: MLR-28, which had an apparent fracture origin at the root; 
MRR-4, F-8, and F-9, which had NDT indications in the root; F-5, with visual pitch line damage; and F-18 and F-23, 
which had fracture origins at shrinkage cavities. Cross sections were prepared in accordance with standard metallographic 
techniques. They were examined unetched and etched at magnifications up to lOOOx. 

Gear tooth MLR-28 was examined at the suspected fracture origin and along the pitch face. In the unetched condition, the 
fracture surface appeared relatively flat immediately adjacent to the suspected fracture origin, which was indicative of the 
smeared condition observed by SEM. This condition indicated that the surface at this location may have sustained 
additional damage after fracturing occurred. Farther along the fracture surface, the fracture had an irregular contour and 
exhibited secondary cracks (Fig. 14)—indicative of a cleavage-type fracture. In the etched condition, the tooth exhibited a 
mixture of ferrite and pearl i te, the appearance of which suggested that the material may have been normalized and 



Fig. 14 Cross section of the MLR-28 fracture surface, showing the irregular nature of the surface, showing the 
irregular nature of the surface and secondary cracking. Unetched 200x 


Fig. 15 Same region shown in Fig. 14, but in the etched condition. A pearlite and ferrite structure was 
revealed. Nital etch. 200x 


The damage that was observed along the pitch face of tooth MLR-28 exhibited strong evidence of cold working (Fig. 16). 



Fig. 16 Defrormed region along the pitch face of tooth MLR-28. Nital etch. 50x 

Tooth 4 from gear segment MRR was metallographically examined to investigate the NDT indications of a possible crack 
in the root. No discontinuities were evident, suggesting that nondestructive testing had indicated machine tool marks, not 
cracks. 





Gear tooth F-5 was chosen to further investigate the damaged condition observed at the pitch line. Evidence of surface 
cold working was found (Fig. 17), suggesting that a small piece of material may have become temporarily wedged at this 
location and caused the damage. 



Fig. 17 Cross section trough the damaged pitch line area of the toothF-5. The damage was the result of cold 
working, suggesting that a foreign object had become temporarily wedged at this location. Unetched. 50x 

A sample from the suspected fracture origin on tooth F-18 revealed characteristics typically associated with shrinkage 
(Fig. 18). Foreign constituents, probably slag inclusions, were present in the metal (Fig. 19). Farther along the fracture 
surface were irregularities and secondary cracking, again typical of cleavage-type fracture. The etched structure at this 
location reflected the presence of ferrite and pearl itc. 
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Fig. 18 Shrinkage porosity observed at the suspected fracture initiation site on tooth F-18. Unetched. 50x 



Fig. 19 Closeup view of slag particles detected along the fracture surface near the fracture origin (upper right) 
shown in Fig. 18. Unetched. 122x 

Shrinkage and slag segregation were also found in the immediate vicinity of the suspected fracture origin on tooth F-23. 
In the etched condition, the structure at this location showed evidence that segregation occurred during solidification (Fig. 



Fig. 20 Detailed view of microsegregation observed on tooth F-23. Nital etch. 14.8x 

The presence of shrinkage, slag segregation, and microsegregation at the suspected fracture origins on teeth F-18 and F- 
23 indicated that a shrinkage condition or an area representative of the last region to solidify in the vicinity served as 
fracture origins on both broken teeth. This analysis did not identify additional cracks on any other gear teeth, except the 
one observed visually on tooth 24. Although NDT evidence suggested the possible presence of other cracks, the use of 
metallographic techniques was unable to confirm that these indications actually existed. 

Chemical analysis/identification 

The results of chemical analysis of gear segments MLR, MRR, and F are presented in Table 1. This analysis showed that 
the three segments had basically comparable compositions, although the F gear did have slightly higher silicon and 
molybdenum contents than the other two gears. Based on these results, the composition was determined to be similar to 
grades 4,6, and 7 in ASTM A487 (however, only grade 7 contains boron). Basically, the carbon contents of the gear 
segments were higher than specified in those three grades. None of the gears contained elements at levels considered 
detrimental to performance. 


Table 1 Results of chemical analysis 



Element 


Composition,*#; 



Gear MLR 

Gear MLR 

Gear F 

Carbon 

0.31 

0.26 

0.31 

Manganese 

1.00 

1.27 

1.01 

Phosphorus 

0.019 

0.021 

0.020 

Sulfur 

0.028 

0.028 

0.027 

Silicon 

0.28 

0.36 

053 

Nickel 

0.77 

0.81 

0.77 

Chromium 

0.63 

0.70 

0.81 

Molybdenum 

0.21 

0.22 

0.43 

Copper 

0.11 

0.12 

0.07 

Lead 

<0.02 

<0.02 

<0.02 

Aluminum 

0.02 

0.04 

0.02 

Tin 

<0.02 

<0.02 

<0.02 

Vanadium 

0.02 

0.02 

0.01 

Niobium 

<0.05 

<0.05 

<0.05 

Boron 

0.0021 

0.0021 

0.0028 

Titanium 

<0.03 

<0.03 

<0.03 

Hydrogen 

0.0002 

0.040 

0.001 

Oxygen 

0.002 

0.005 

0.010 






















Nitrogen 0.008 0.008 0.007 


Mechanical properties 

Tensile Properties. Tensile bars were machined from teeth MLR-28, MRR-3, MRR-4, and F-8. The results of tensile 
testing are shown in Table 2. The three gear segments had approximately comparable tensile strengths and yield strengths, 
with the strength of segment F intermediate between the two other segments. The F segment had the lowest elongation 
and reduction of area values. 


Table 2 Results of tensile testing 



Impact Toughness. Charpy impact bars were machined from the three gear segments and tested at -20 °C (0 °F), 0 
°C (32 °F), and room temperature—representative of possible operating conditions for the strip mining dragline. Fig. 21 
and Table 3 show the data obtained by tests of the three gears in the as-received condition. 

Temperature. °C 
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Fig. 21 Results of Charpy impact testing on as-received gear segments. See also Tables 1 and 3. 





Table 3 Results of impact testing in the as-received condition 


Gear segment 

Test Temperature 

Impact energy (average) 


°C 

°F 

J 

ft. lbf 

MLR 

-20 

0 

11.1 

8.2 


0 

32 

18.0 

13.3 


RT 


24.1 

17.8 

MRR 

-20 

0 

12.2 

9.0 


0 

32 

12.6 

9.3 


RT 


14.5 

10.7 

F 

-20 

0 

5.0 

3.7 


0 

32 

7.1 

5.2 


RT 


7.9 

5.8 


The low impact energy measured for gear' segment F, combined with its low elongation and reduction of area values, 
suggested that under any impact situation where all three gear segments were used, segment F would fracture first. 
Because initial impact testing indicated that segment F, as well as segment MRR, had relatively low impact strengths 
compared with expectations for material to be used under the conditions described, additional impact tests were 
performed. This time, however, samples of the three segments were heat treated by quenching and tempering and by 
normalizing and tempering. An austenitizing temperature of 845 °C (1550 °F) was used in all cases. 

Gears that were quenched and tempered generally exhibited impact strengths greater than 40 J (30 ft . lbf) and, in most 
instances, greater than 55 J (40 ft. lbf) (Table 4). A normalizing and tempering heat treatment produced impact strengths 
slightly higher than the as-received condition (Table 5). Figures 22, 23, 24 summarize the information that was developed 
on impact energy for the MLR, MRR, and F gear segments, respectively. 











Table 4 Results of impact testing after quenching and tempering 


Gear segment 

Test temperature 

Impact energy (average) 


°C 

°F 

J 

ft. lbf 

MLR 

-20 

0 

30.8 

22.7 


0 

32 

50.6 

37.3 


RT 


61.0 

45.0 

MRR 

-20 

0 

68.5 

50.5 


0 

32 

73.2 

54.0 


RT 


76.6 

56.5 

F 

-20 

0 

54.0 

39.8 


0 

32 

54.2 

40.0 


RT 


63.0 

46.5 


Table 5 Results of impact testing after normalizing and tempering 


Gear segment 

Test temperature 

Impact energy (average) 


°C 

°F 

J 

ft. lbf 

MLR 

-20 

0 

15.6 

11.5 


0 

32 

26.2 

19.3 


RT 


34.6 

25.2 

MRR 

-20 

0 

37.3 

27.5 


0 

32 

37.7 

27.8 


RT 


66.7 

49.2 

















F 

-20 

0 


7.8 


0 

32 

14.3 

10.3 


RT 
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Fig. 22 Impact energy of heat-treated gear segment MLR in as-received gear segment. See also Tables 3, 4, 

5. 
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Fig. 23 Impact energy of heat-treated gear segment MRR relative to as-received gear segment. See also 
Tables 3, 4, 5. 
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Fig. 24 Impact energy of heat-treated gear segment F relative to as-received gear segments. See also Tables 
3, 4, 5. 

Discussion 

Based on the results of this analysis, gear segment F was the initial segment to fracture in service. The teeth that became 
dislodged during this fracturing incident were carried over by the drive pinions or timing pinion and ultimately caused the 
other two gear segments to fracture. The initial fracture and subsequent fractures were the consequence of impact or a 
suddenly applied load in a material with low impact strength. 

SEM examination of the fracture surfaces, which revealed the presence of cleavage, formed the basis of this conclusion. 
The fact that segment F had lower impact strength in the as-received condition further substantiated that the F gear broke 
first. 

Although visual evidence suggested that fatigue may have been a factor in this failure, closer examination with the SEM 
and metallographic analysis produced results that indicated otherwise. In segment F, imperfections were found at the 
suspected fracture origins. These imperfections appeared as shrinkage resulting from the casting operation and were to be 
expected for a casting of this size. These discontinuities served as the fracture initiation site, but did not actually cause the 
fracture to occur. 

Sites such as shrinkage porosity serve to initiate fracturing under many conditions. When impact is a factor, the mode of 
failure becomes more important than the fracture initiation site. Had the fracture been caused by fatigue, more 
significance would have been attached to the presence of shrinkage. 

Mechanical property testing of three gear segments revealed relatively low impact strengths compared with expectations 
for this application. The ability of the material to withstand impact in this application should be a primary requisite. The 
selected material exhibited high impact strengths in the quenched and tempered condition. 

Conclusion and Recommendations 

Most probable cause 

Because the impact strength of the steel decreased with temperature, this failure probably occurred on the first day that 
ambient temperature was low enough to cause fracture when the load was applied. The temperatures on the day of failure 
were approximately 1 to 5 °C (35 to 40 °F). Based on test results, the impact energy required to cause failure was 
approximately 8 J (6 ft . lbf). The combined effect of low impact strength, low temperatures, and high impact loads 
caused the failure. 

Remedial action 

The user should work with the gear supplier to determine the necessary heat treatments to achieve maximum impact 
resistance. Considering the large size of these gears, induction heat treatment may be advantageous. 
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Failure of Steel Jaws 

C. Howard Craft, Senior Metallurgist, Magnaflux Corp. Testing Laboratories 


From: C.H. Craft, Standard Instruments are Adequate, Metal Progress Vol 98(No 5) Nov 1970 as published in Source Book in Failure 
Analysis, American Society for Metals, 1974, p 170 


Abstract: A tool used to stretch reinforcement wires in prestressed concrete failed. All eight individual jaws were broken. Visual 
examination of the fracture surfaces indicated that about half of the broken parts had a partially dendritic appearance. Further, 
fracture surfaces near the exteriors of the parts were clean and smooth, and there was evidence of a case. Examination of the flat 
surfaces of the parts revealed surface cracking where actual failure had not occurred. Chemical analysis showed the material to be a 
low-alloy carburizing steel. The microstructure was compatible with a steel which is cast, carburized, quenched, and tempered. The 
structure was generally satisfactory, except for the presence of severe shrinkage porosity. It was concluded that the presence of 
shrinkage porosity in critical areas was the primary cause of fracture. Extremely high hardness indicating a lack of adequate 
tempering was the secondary cause. 

Keywords: Castings; Porosity; Prestressed concrete; Shrinkage; Stretching; Tools 


Material: Carburizing steel (Low-alloy steel casting) 


Failure type: Casting-related failures 


This tool is used to stretch reinforcement wires in prestressed concrete. Reinforcement wires are apparently inserted into a 
hole in the end of each jaw and held by set screws. The severity of the problem was indicated by the fact that all eight 
individual jaws were broken. No information was available on what happened at the time of the failure. The puipose of 
the investigation was to determine the nature and probable cause of the fracture. 

Careful visual examination of the fracture surfaces indicated that about half of the broken parts had a partially dendritic 
appearance. Further, fracture surfaces near the exteriors of the parts were clean and smooth, and there was evidence of a 

case approximating l6in. in depth. Examination of the flat surfaces of the parts revealed surface cracking where actual 
failure had not occurred. The dendritic pattern in the fracture surfaces is shown in Fig. 1. Surface hardness was Re 64, 
while core hardness was Re 36 to 39. 




Fig. 1 About half of the broken parts had this dendritic appearance. Shrinkage porosity was found to be the 
primary cause of failure. 

Chemical analysis showed the material to be a low-alloy carburizing steel. The microstructure was compatible with a steel 
which is cast, carburized, quenched, and tempered. The structure was generally satisfactory, except for the presence of 
severe shrinkage porosity. 

It was concluded that the presence of shrinkage porosity in critical areas was the primary cause of fracture. Extremely 
high hardness indicating a lack of adequate tempering was believed to be the secondary cause. 
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Brittle Fracture of Welds in Aircraft Components 

Jivan B. Shah, Failures Analyst, Ministry of Transport, Civil Aeronautics Branch, Canadian Air Transportation 
Administration, Aircraft Accident Investigation Div., Engineering Laboratory 


From: J.B. Shah, Failure Analyses of Aircraft Accidents — Part III, Metals Engineering Quarterly, Vol 15 (No 1) Feb 1975 p 33-39 


Abstract: Two examples involved brittle fracture promoted by small fatigue cracks owing to welding deficiencies. Other parts 
involving inadequate welding were a ski-wheel axle flange, ski fitting (brackets), and undercarriage shock strut stub assembly. In an 
attach fitting for an engine mount, weld cracks (severe stress concentrations) formed during repair welding. Cracks were severely 
oxidized. The main cause was incorrect repair and inadequate inspection of the fitting. In a cast Cr-Ni alloy ski wheel axle, brittle 
fatigue failure emanated from welding cracks (notches). These welding cracks formed during the fabrication of the axle mounting 
plate. So-called "all-purpose" electrodes were used. Thus, the main cause for failure was a manufacturing deficiency-fatigue failure 
developed because of improper welding during fabrication of the axle. The proper electrode should have been used. 

Keywords: Aircraft components; Airplane engines; Axles; Fittings; Repair welding; Welding defects 


Material: Chromium-nickel steel (Low-alloy steel casting) 


Failure types: Brittle fracture; Joining-related failures 


Two examples of brittle fracture promoted by small fatigue cracks due to welding deficiencies illustrate weld failures. 
Other parts involving inadequate welding were a ski-wheel axle flange, ski fitting (brackets), and undercarriage shock 
strut stub assembly. 









In an attach fitting for an engine mount, weld cracks (severe stress concentrations) formed during a repair welding, the 
procuedure for which was poor. Cracks were severely oxidized, as Figs. 1 and 2 reveal. The main cause was incorrect 
repair and inadequate inspection of the fitting. 



Fig. 1 In mating fracture faces of attach fitting, note severely oxidized crack. Zone 1 has red rust scale 
(Fe 2 0 3 ); Zone 2 has gray-black oxidation scale (Fe 3 0 4 ) on which a yellowish product existed due to seepage of 
chromate primer; and Zone 3 is a fresh instantaneous ductile (overload) final rupture. (See facing page) 


Fig. 2 Micrograph illustrates a heat-affected zone (HAZ) crack, (arrow) at the toe of the weld of Fig. 1. 
Fracture edge is at top of photo. 2 pet Nital etch; magnification about 44 times. 

Fig. 3 shows a ski wheel axle in which the brittle fatigue failure emanated from welding cracks (notches). These welding 
cracks formed during the fabrication procedure employed for the axle mounting plate welding; so-called “all-purpose” 
electrodes were utilized. Thus, the main cause for failure was a manufacturing deficiency—fatigue failure developed due 
to improper welding during fabrication of the axle. The proper electrode should have been used. Figs. 4 and 5 show other 
views of the fracture surface. 



Fig. 3 Failed ski axle; 'O' indicates origin of failure. 



Fig. 4 At the junction of the heat affected zone and weld metal, the light structure is typical of cast chromium- 
nickel alloy, and the dark HAZ is martensitic. (See Fig. 3) Vilella's etch; magnification 100 times. 



Fig. 5 On the fracture faces, arrows point to the welding cracks, black and oxidized. Note that the crack grew 
through 50 pet of the axle cross-section until the working section was reduced enough to cause rupture. 
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Failure of a Large Cast Dragline Bucket Shackle 


From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 


Abstract: A large shackle used in operating a dragline bucket failed in service. The shackle was made of a cast low-alloy steel 
(similar to AISI 4320) heat treated to a hardness of 415 BN. The shackle failed by fracturing through the load-bearing region. 
Examination of the fracture surface revealed a fatigue crack through about one-third of the cross section. A secondary fatigue crack, 
perpendicular to the main fracture, was also observed. The composition of the weld deposit corresponded to a heat-treatable flux- 
cored arc welding filler material that was known to have been used for repair welding of these products. This shackle failed because 
of fatigue initiating at hydrogen cracks that had occurred in the FIAZ of a repair weld. The weld had been made with a heat-treatable 
filler material, and a full postweld heat treatment had been performed. Flowever, a low-hydrogen filler material had not been used to 
make the weld. Repair welds in high-strength steel castings should always be made with low-hydrogen filler materials. 

Keywords: Filler metals; Heat affected zone; Repair welding 


Material: Fe-0.18C-l.37Ni-0.42Cr-0.31Mo (Low-alloy steel casting) 


Failure types: Fatigue fracture; Joining-related failures 


A large shackle used in operating a dragline bucket failed in service. The shackle was made of a cast low-alloy steel 
(similar to AISI 4320) and had been heat treated to a hardness of 415 BN. 

Investigation. The shackle failed by fracturing through the load-bearing region. Examination of the fracture surface 
revealed that at the time of final failure a fatigue crack had grown through about one-third of the cross section (Fig. 1). A 
secondary fatigue crack, perpendicular to the main fracture, was also observed. 



Fig. 1 Stereo pair showing fracture surface of cast dragline shackle. See also Fig. 2. 

1 

A saw cut was made about 13 mm (2 in.) behind the fracture surface. The cut surface was ground, then macroetched with 
an ammonium persulfate solution. This revealed a repair weld (Fig. 2). No HAZ was observed, indicating that the weld 
had been rehardened and tempered after welding. It was obvious, however, that the previously mentioned fatigue cracks 
had initiated in the former HAZs of this weld. A crack was also observed in the weld deposit itself. 



1 

Fig. 2 Macroetched cross section taken 13 mm (2 in.) behind fracture shown in Fig. 1. Note repair weld and 
weld-deposit crack. Etched with ammonium persulfate 

The composition of the weld depos it was analyzed, and the results were as follows: 


Element 

Composition, % 

Carbon 

0.18 

Manganese 

1.00 

Silicon 

0.43 

Chromium 

0.42 

Nickel 

1.37 

Molybdenum 

0.31 

Sulfur 

0.015 

Phosphorus 

0.007 


This corresponded to a heat-treatable flux-cored arc welding filler material that was known to have been used for repair 
welding of these products. 

Conclusion. This shackle failed because of fatigue initiating at hydrogen cracks that had occurred in the HAZ of a 
repair weld. According to good practice for high-strength steels, the weld had been made with a heat-treatable filler 
material, and a full postweld heat treatment had been performed. However, a low-hydrogen filler material had not been 
used to make the weld. 



Recommendations. Repair welds in high-strength steel castings should always be made with low-hydrogen filler 
materials. The weld associated with this failure should have been made with a low-hydrogen wire. 

Related Information 
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Failure of a Cast Steel Crane Bolster 

Alan Stone, Aston Metallurgical Services Co., Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: The failure of a 45 Mg (50 ton) rail crane bolster was investigated. Spectrochemical analysis indicated that the material 
was a 0.25C-1.24Mn-0.62Cr-0.24Mo cast steel. SEM examination revealed the presence of fatigue, as well as intergranular and 
ductile fractures. Microstructural analysis focused on an area where an antisway device had been welded to the structure and 
revealed the presence of coarse, untempered martensite that had resulted from faulty weld repair techniques. It was suggested that 
the use of proper welding procedures, including preheating and postheating, would have prevented the failure. 

Keywords: Heat-affected zone; Low-cycle fatigue; Welded joints; Welding parameters; Weldments 

Material: Fe-0.25C-l.24Mn-0.62Cr-0.24Mo (Low-alloy steel casting) 

Failure types: Fatigue fracture; Joining-related failures 


Background 

A 45 Mg (50 ton) rail crane bolster made from 0.25C-1.24Mn-0.62Cr-0.24Mo cast steel failed. 

Applications 

The bolster was part of a supporting structure that enabled the crane to ride on rails. A similar failure was reported to have 
occurred previously. A recent inspection failed to disclose any defects prior to the failure. 

Pertinent specifications 

The only technical information provided was that the material was specified as cast steel with a maximum hardness of 
179 FIB. Design and actual loading conditions, as well as blueprints, were unavailable. 

Visual Examination of General Physical Features 

A heavy layer of oxide had accumulated on the fracture surface while the bolster was in storage, necessitating cleaning in 
hydrochloric acid prior to examination. Two distinct regions were noted, one being darker than the other. A heavy coating 
of epoxy paint was stripped, and rough grinding near what appeared to be a fatigue failure was revealed. Figures 1, 2, 3, 4 
show various views of the fracture surface. 




Fig. 2 Closeup view of areas A and A'. Note dark and light regions. Pipes and blowholes are present as weld 
defects. ~0.5x. 




Fig. 3 Comer section. Heavy grinding marks on the weld metal were exposed after the paint was stripped. 
~0.72x. 



Fig. 4 Face of area C. Closeup view showing dirt and slag on the fracture surface. Note mechanically abraded 
(rubbed) area, which obscures fracture details ~2x. 

Testing Procedure and Results 

Surface examination 

Scanning Electron Microscopy/Fractography. Energy-dispersive spectroscopy (EDS) confirmed that the 
darker fracture surface had a heavier oxide layer than the lighter area. This oxide was not removed by the HCI cleaning. 



Scanning electron microscope (SEM) examination indicated that fatigue and both intergranular and ductile fractures were 


Fig. 5 Coarse fatigue striations on area B.~1.8x. 



Fig. 6 SEM micrograph of area B, illustrating fatigue striations shown in Fig. 5. 40x. 







Fig. 7 SEM micrograph of ductile tearing in area A. 335x. 


Metallography 

Microstructural Analysis. Cross sections were taken at locations B and C (see Fig. 1) for microscopic examination. 
Fig. 8 shows some subsurface cracking beneath the surface, indicating contact fatigue. 



Fig. 8 Metallographic cross section through fracture at area B. Subsurface cracking indicates contact fatigue. 
2% nital etch. 138x. 

Areas A and C appealed to be weld metal. Slag on the surface was evident (Fig. 9). EDS analysis indicated high amounts 
of silicon, oxygen, and carbon on the surface. The slag was composed of oxygen and silicon. The carbon may have come 
from an organic contaminant, such as grease or oil. 





Fig. 9 Metallographic cross section through surface of area C.Note slag inclusions at surface. 2% nital etch. 
126x. 

Figure 10 illustrates the weld metal and the heat-affected zone (F1AZ) resulting from the welding process. The FIAZ 
contained coarse, untempered martensite that was hard (44 to 46 FIRC) and brittle compared with the core hardness of 20 
FIRC. The martensite formed when the area adjacent to the weld metal was heated above the transformation temperature 
and was “self-quenched” via thermal conduction by the mass of the casting. Unwanted martensite is considered 
detrimental and represents improper welding procedures. The martensite should at least be tempered, if not prevented, by 
preheating. The coarse, untempered martensite (Fig. 11) found in the FIAZ can be compared with the fine martensitic 
microstructure found in the core (Fig. 12). 



Fig. 10 HAZ in cross section of area C. Weld metal (right),coarse, untempered martensite (center), and fine, 
tempered martensite (left) are shown. 2% nital etch. 32x. 







Fig. 12 Fine, tempered martensite observed in core. Compare with coarse, untempered martensite in Fig. 11. 
2% nital etch. 315x. 

Chemical analysis/identification 

Spectrochemical analysis confirmed that the material was a medium-carbon steel containing chromium, nickel, and 
molybdenum. A high silicon content suggested that it was cast. 

Mechanical properties 

Hardness. The results of microhardness testing showed that the weld metal hardness was less than 20 HRC, the HAZ 
hardness was 42 to 46 HRC, and the core hardness was 20 HRC. The hardness exceeded the specified value of 179 HB. 

Conclusion 


Because neither a blueprint nor detailed specifications were furnished, comments on the integrity of the design and/or 
application cannot be made. The focus of this investigation was to evaluate the metallurgical integrity and determine the 
mode of failure. 




The dark region of area A indicated that a preexisting crack was present and that some subsequent welding had been 
performed. The coarse, untempered martensite resulting from improper weld procedures was unsuitable for structural 
loading. Additionally, the reduction of the load-carrying cross section that resulted from the original crack contributed to 
the inferior total load-carrying capacity of the weld metal and probably caused a localized overload in area B. This area 
failed by low-cycle fatigue. It was reported that an antisway device had been welded at this location. The antisway 
dampening cycles might account for the cyclic loading associated with the fatigue failure. The fracture progressed from 
the fatigue fracture around the perimeter to complete the circumferential failure. 

Related Information 
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191 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Fatigue Fracture of a Sand-Cast Steel Axle Housing That Originated at a Hot 
Tear. 


From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 

Abstract: A sand-cast medium-carbon steel (Fe-0.25C-lMn-0.40Cr-0.35Mo) heavy-duty axle housing, which had been quenched 
and tempered to about 30 FIRC, fractured after almost 5000 h of service. Investigation (0.4x magnification) revealed that the 
fracture had been initiated by a hot tear that formed during solidification of the casting. The mass of a feeder-riser system located 
near the tear retarded cooling in this region, creating a hot spot. This supported the conclusion that the tear causing the fracture of 
the axle housing was formed during solidification by hindered contraction and was enlarged in service by fatigue. Recommendations 
were to change the feeder location to eliminate the hot spot and thus the occurrence of hot tearing. 

Keywords: Axle housings; Casting defects; hiot tears; Sand castings; Tearing 


Material: Fe-0.25C-lMn-0.4Cr-0.35Mo (Low-alloy steel casting) 


Failure types: Fatigue fracture; Casting-related failures 


A sand-cast medium-carbon steel (Fe-0.25C-lMn-0.40Cr-0.35Mo) heavy-duty axle housing, which had been quenched 
and tempered to about 30 FIRC, fractured after almost 5000 h of service. 

Investigation. Figure 1 shows the fracture surface of the axle housing. Study of the casting revealed that the fracture 
had been initiated by a hot tear (region A, Fig. 1) about 10 cm (4 in.) long that had completely penetrated the 2.5 cm (1 
in.) thick wall; this tear formed during solidification of the casting. The mass of a feeder-riser system located near the tear 
retarded cooling in this region, creating a hot spot. 



Fig. 1 Fracture surface of a sand-cast medium-carbon steel heavy-duty axle housing. Failure originated at a 
hot tear (region A), which propagated in fatigue (region B) until final fracture occurred by overload. 0.4x 

Because this tear formed at a high temperature and was open to the surface, it was subject to oxidation, as indicated by the 
dark scale in region A in Fig. 1. Exposure to air also resulted in decarburization below the oxide scale and penetration of 
oxide along secondary cracks. 

Both the size of the hot tear and the long service life of the housing indicated that the service stresses in the region of the 
tear had been relatively low. Stress concentrations at the tip of the tear, however, were sufficient to initiate the formation 
of two fatigue cracks (note the beach marks visible in regions B in Fig. 1). Ultimately, the effective thickness of the 
housing wall was reduced sufficiently for the applied load to cause final fracture. In this instance, the hot tear was located 
at an area of low stress, and the casting served a satisfactory life. Flowever, had the local stress been high, even a very 
small discontinuity could have generated an early fracture. 

Conclusions. Fracture of the axle housing originated at a hot tear that formed during solidification by hindered 
contraction and was enlarged in service by fatigue. 

Corrective Measures. Changing the feeder location eliminated the hot spot and thus the occurrence of hot tearing. 
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Failure of a Cast Swage Press Arm. 

From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 


Abstract: The arm of a 4.5 x 105-kg (500-ton) capacity hydraulic swage press failed by fracturing after several years in service. 
The press arm was cast from low-alloy steel (0.27C-0.90Mn-0.50Si-0.90Cr-0.20Mo) that had been normalized, hardened, and 
tempered to give a yield strength of approximately 690 MPa (100 ksi). Examination of the fracture surfaces revealed the presence of 
a large hydrogen flake that had initiated near the center of the section. Large shear lips surrounded most of the fracture, indicating 
good toughness. This failure was caused by an excessive hydrogen concentration in the metal. Subsequently produced press arms 
were cast from heats of steel that had been processed to give low hydrogen contents. Steps taken included controlling the 
percentage of carbon removed during the boil, AOD processing, and short tap-to-pour times. 

Keywords: Fiydraulic presses; Stress intensity 


Material: Fe-0.27C-0.90Cr-0.20Mo (Low-alloy steel casting) 
Failure type: Fiydrogen damage and embrittlement 


The arm of a 4.5 x 10 5 -kg (500-ton) capacity hydraulic swage press failed by fracturing after several years in service. 
Figure 1 illustrates the configuration of the press arm and the location of the fracture. The press arm was cast from low- 
alloy steel (0.27C-0.90Mn-0.50Si-0.90Cr-0.20Mo) that had been normalized, hardened, and tempered to give a yield 
strength of approximately 690 MPa (100 ksi). 


Fracture 




Fig. 1 Internal hydrogen-assisted cracking in a cast medium-strength low-alloy steel press arm. See also Fig. 

2. 

Investigation. Examination of the fracture surfaces revealed the presence of a large hydrogen flake that had initiated 
near the center of the section (Fig. 2). The flake had grown through nearly the entire cross section before final failure took 
place. Large shear lips surrounded most of the fracture, indicating good toughness. 




Fig. 2 Fracture surface of press arm that failed because of internal hydrogen-assisted cracking. Note 
characteristic hydrogen flake. 0.2x 

Conclusions. This failure was caused by an excessive hydrogen concentration in the metal given the loading conditions 
and the threshold stress intensity of the material for hydrogen-assisted cracking. 

Corrective Measures. Subsequently produced press arms were cast from heats of steel that had been processed to 
give low hydrogen contents. Steps taken included controlling the percentage of carbon removed during the boil, AOD 
processing, and short tap-to-pour times. 

Related Information 

I. Le May, Examination of Damage and Material Evaluation, Failure Analysis and Prevention, Vol 11, ASM Handbook, 
ASM International, 2002, p 351-370 


Fatigue Fracture of a Cast Chromium-Molybdenum Steel Pinion 


From: Failures of Steel Castings, Products of Principal Metalworking Processes, Vol. 11, ASM Handbook, ASM International, p. 380- 
410 


Abstract: A cast countershaft pinion on a car puller for a blast furnace broke after 1 month of service; expected life was 12 months. 
The pinion was specified to be made of 1045 steel heat treated to a hardness of 245 HB. The pinion steel was analyzed and was a 
satisfactory alternative to 1045 steel. The pinion was annealed before flame or induction hardening of the teeth to a surface 
hardness of 363 HB and a core hardness of 197 HB. The broken pinion had a tooth which had failed by fatigue fracture through the 
tooth root because of the low strength from incomplete surface hardening of the tooth surfaces. Contributing factors included 
uneven loading because of misalignment and stress concentrations in the tooth roots caused by tool marks. Greater strength was 
provided by oil quenching and tempering the replacement pinions to a hardness of 255 to 302 HB. Machining of the tooth roots was 
revised to eliminate all tool marks. Surface hardening was applied to all tooth surfaces, including the root. Proper alignment of the 
pinion was ensured by carefully checking the meshing of the teeth at startup. 

Keywords: Alignment; Brinell hardness; Gear teeth; Stress concentration 


Material: Fe-0.32C-l.57Cr-0.37Mo (Low-alloy steel casting) 


Failure type: Fatigue fracture 


A cast countershaft pinion on a continuous reversible car puller for a blast furnace broke after 1 month of service; normal 
expected life was 12 months. Although operating conditions during the month in question were reported as normal, 
overloading did occur. The pinion was specified to be made of 1045 steel and to be heat treated to a hardness of 245 HB. 



Investigation. The pinion steel 


Element 

Composition, % 

Carbon 

0.32 

Manganese 

0.70 

Phosphorus 

0.10 

Sulfur 

0.023 

Silicon 

0.54 

Chromium 

1.57 

Molybdenum 

0.37 


was analyzed and found to have the following composition: 


This composition was considered to be a satisfactory alternative to 1045 steel. The pinion was annealed before flame or 
induction hardening of the teeth, which resulted in a surface hardness of 363 HB and a core hardness of 197 HB. 

Figure 1(a) shows a portion of the broken pinion with one tooth missing; the missing tooth failed by fatigue fracture 
through the tooth root. The fracture surface contained beach marks typical of fatigue-crack propagation. Magnetic-particle 
inspection revealed similar cracks at the bases of the adjacent teeth. Tool marks were found along the roots of these teeth. 



0.32 C, 1.57 Cr, 0.37 Mo steel ^Original 




Fig. 1 Countershaft pinion that fractured in fatigue at roots of teeth because of incomplete hardening at tooth 
surfaces, (a) Schematic illustration of the pinion, which was sand cast from a chromium-molybdenum steel. 
Dimensions given in inches, (b) Macrograph of a nital-etched section through a broken tooth showing surface 

1 

hardening on sides and top of tooth. 22 x 

A heavy wear pattern was visible on one end of the flank of the pressure side of the teeth; at the other end. the original 
paint was undisturbed. This indicated misalignment of the pinion and therefore abnormally heavy loading at the end from 
which the fatigue cracks originated. 

Figure 1(b) shows a section through a broken tooth that was etched to reveal the macrostructure. The surface hardening 
did not extend to the tooth root, leaving this highly stressed area with a low-strength annealed structure. Microscopic 
examination of the hardened surface area confirmed that it had a quenched-and-tempered structure. 

Conclusions. The pinion teeth fractured by fatigue because of the low strength of the tooth root regions that resulted 
from incomplete surface hardening of the tooth surfaces. Contributing factors to the fracture included uneven loading 
because of misalignment and stress concentrations in the tooth roots caused by tool marks. 

Corrective Measures. Greater strength was provided by oil quenching and tempering the replacement pinions to a 
hardness of 255 to 302 FIB. Machining of the tooth roots was revised to eliminate all tool marks. Surface hardening was 
applied to all tooth surfaces, including the root. Proper alignment of the pinion was ensured by carefully checking the 
meshing of the teeth at startup. 
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Broken Back up Rolls from a Broad Strip Mill 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: Several back up rolls of 1400 mm barrel diameter from a broad strip mill broke after a relatively short operating time as a 
result of bending stresses when the rolls were dismantled. The fracture occurred in the conical region of the neck at about 600 mm 
diameter. The rolls were shaped steel castings with 0.8 to 1.0% C, 1% Mn, 1% Cr, 0.5% Mo and 0.4% Ni and were heat treated to a 
tensile strength of 950 N/mm2. Becausee the bending stress on mounting was only 42 N/mm2 in the fracture cross section, it was 
evident at the outset that material defects had promoted the fracture. In the case of this roll and the other broken rolls, the cracking 
and fracture were promoted by various casting defects. Investigation of the rolls showed that both the breaking off of the neck and 
the disintegration of the barrel edges was caused by material defects, more exactly casting defects. The fractures on the other rolls 
examined were so badly rusted or contaminated that they were incapable of yielding any information. 

Keywords: Castings; Cracking (fracturing); Microporosity; Rolling mill rolls; Shrinkage 


Material: Fe-0.9C-lCr-0.5Mo-0.4Ni (Low-alloy steel casting) 


Failure type: Casting-related failures 


Several back up rolls of 1400 mm barrel diameter from a broad strip mill broke after a relatively short operating time as a 
result of bending stresses when the rolls were dismantled. The fracture occurred in the conical region of the neck at about 
600 mm diameter. The rolls were shaped steel castings with 0.8 to 1.0% C, ca. 1% Mn, ca. 1% Cr, ca. 0.5% Mo and ca. 
0.4% Ni and were heat treated to a tensile strength of 950 N/mm 2 . Since the bending stress on mounting was only 42 
N/mnr in the fracture cross section, it was evident at the outset that material defects had promoted the fracture. 

Figure 1 shows one of the rolls with the broken off neck. In the centre of the fracture is a darkly tinted excentric flaw (Fig. 
2). Such internal cracks occur when a cast or forged work piece is heated up too quickly and insufficiently thoroughly for 
the anneal. The thermal expansion of the outer zone puts the central core under tensile stress. In this case the casting has 
in addition obviously been warmed up from one side only. 



Fig. 1 Insertion neck of roll with broken end. 






Fig. 2 Fracture surface. Ca. 0.2 x 

In the case of this roll and the other broken rolls, the cracking and fracture were promoted by various casting defects. In 
Fig. 2 or better in Fig. 3, which shows the section of a fracture in another roll, it can be seen that the structure of the 
fracture was scaly apart from a narrow fine grained outer zone. Scaly fracture of this type occurs if the primary grain 
boundaries are weakened by the precipitation of poorly soluble nitrides, carbides or sulphides 1, 2. It has a matt grey 
appearance. In the present case, several places stand out from the scaly fracture surface on account of their shiny 
appearance. These are open fractures, so-called primary grain boundary cracks 3. The mechanism by which they arise is 
not definitely known. It is probable that hydrogen is involved in their formation as in that of flakes 4. Since, unlike flakes, 
they generally occur in cast ingots or shaped castings they are called cast state flakes. Here again, however, the grain 
boundaries must be occupied by precipitates which make possible the precipitation of hydrogen and facilitate separation. 
In the core of the roll the fracture microstructure was dendritic (Fig. 4); a shrinkage cavity must therefore be present. 




Fig. 4 Fracture surface in core zone of roll. 1 x 

This was confirmed by a section next to and parallel to the fracture as shown in Fig. 5. It was subsequently ascertained 
that the fractures in all the rolls were at the head of the casting. Apart from the central top shrinkage cavity there were 





numerous microcavities which are unavoidable in such a large casting and two top crusts or double skins marked A and B 
in Fig. 5. As described earlier 5, top crusts are pieces of material which solidified on casting and either sank or 
overflowed. They differ from their surroundings only in their microstructure. The section with top crust A is shown in 
Fig. 6 in its natural size. Several primary grain boundary cracks are also visible. 


A i 



Fig. 5 Cross section through neck parallel to fracture, Heyn etch. Top crusts at A and B. 0.17 x 
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Fig. 6 Section of cross section in Fig. 5. Top crust B and primary grain boundary cracks. Etched in dilute 
aqueous sulphuric acid. 1 x 

Figure 7 shows the fine structure of one of the micro-shrinkage cavities. The last interdendritic spaces to solidify are 
enriched with carbon which has precipitated as ledeburitic eutectic. Carbide precipitates on the primary grain boundaries 
(Fig. 8) are probably also responsible for the scaly fracture and the formation of primary grain boundary cracks. 


Fig. 7 Micro-shrinkage cavity with carbon segregation (ledeburite). Etched in picral. 50 x 



Fig. 8 Primary grain boundary with precipitates of ledeburite and secondary cementite. Etched in picral. 200 x 
In several of the rolls the barrel edges had disintegrated over part of the circumference. These fractures also originated 
within the roll and run in one direction to the end face of the barrel towards the neck and in the other towards the barrel 


surface which they reach at about 150 mm from the edge. Figure 9 illustrates such a fracture. The fracture has run from 

right to left according to the fibre. On the right of the picture there is another fracture L-L which has proceeded in 

the direction of the longitudinal roll axis. Numerous primary grain boundary cracks have been exposed by the fracture. 
This can be seen even better in Fig. 10 which is a section of Fig. 9 in its natural size. Irregularities in the longitudinal 

fracture L-L indicate the existence of a large flaw (Fig. 11). Considerable phosphorus and sulphur segregations in a 

zone permeated with cavities were detected in a polished section S-S parallel to the fracture L-L by primary 

etching (Fig. 12) and a sulphur print (Fig. 13). A top crust is clearly involved here. It must have solidified on the rising 



steel surface during casting and have become caught in the inward growing edge crystals. 


0.6 




Fig. 11 Section S-S in Fig. 9. 0.5 x. Fracture. 






Fig. 12 Section S-S in Fig. 9. 0.5 x. Heyn etch. 



Fig. 13 Section S-S in Fig. 9. 0.5 x. Baumann sulphur print (reproduction). 

The investigation of the rolls has thus clearly shown that both the breaking off of the neck and the disintegration of the 
barrel edges is caused by material defects, more exactly casting defects. The fractures on the other rolls examined were so 
badly rusted or contaminated that they were incapable of yielding any information. 
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Cast Steel Housing with Grain Boundary Precipitates 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: In a housing made of cast steel GS 20MoV12 3, weighing 42 tons, precipitates were found on the austenitic grain 
boundaries during metallographic inspection. According to their shape and type they were recognized as carbides that precipitated 
during tempering. In addition a much coarser network of rod-shaped and plate-shaped precipitates was found, that probably 
corresponded to the primary grain boundaries, or to the grain boundaries or twin planes of the austenite formed during solidification 
of the melt. These particles could have been aluminum nitride judging by their shape and order of precipitation. Tests showed that a 
subsequent removal of this defect by solutioning was impractical because the annealing temperature was too high. To avoid this 
defect in the future the sole recommendation is to accelerate the cooling rate through the critical region between 1200 to 900 deg C 
to such an extent as is practicable with respect to machinability. 

Keywords: Carbides; Cracking (fracturing); Grain boundaries; Precipitates 


Material: GS 20MoV 12 3 (Low-alloy steel casting) 


Failure type: Heat treating-related failures 


In a housing made of cast steel GS 20 MoV 12 3, weighing 42 tons, precipitates were found on the austenitic grain 
boundaries during metallographic inspection. It was suspected that these consisted of aluminum nitride such as were 
previously observed repeatedly in the primary or austenitic grain boundaries of the structures of castings that had 
conchoidal tensile fractures, and displayed unsatisfactory properties 1. The Institute was asked to test them. The steel for 
the casting in question had been deoxidized in the laddie with 0.29 kg aluminum per ton of raw steel. The casting had 
been cooled to 300° C in the mold, which took approximately two weeks. Of this time the cooling from 12001 to 900° C, 
i.e. through the particularly dangerous region of conchoidal fracture formation took 50 hours alone. After heat treatment 
in air the mechanical properties were passable. Nor did the tensile specimens show conchoidal fractures. Nevertheless, an 
investigation to clarify the microstructure phenomenon appeared rewarding. 


The examined specimen had the following composition: 


c % 

Si % 

Mn % 

P% 

S % 

Cr % 

Mo % 

V % 

A1 % 

N % 

0,19 

0,48 

0,85 

0,012 

0,006 

0,16 

1,16 

0,39 

0,012 

0,0095 


Nitrogen and aluminum concentrations and the product A1 N were so low that on the basis of prior experience 1 a 
tendency to conchoidal fracture could not be expected. 

Metallographic examination confirmed the presence of precipitates on the austenitic grain boundaries (Fig. 1). According 
to their shape and type they were recognized as carbides that were precipitated during tempering. In addition a much 
coarser network of rod-shaped and plate-shaped precipitates was found, that probably corresponded to the primary grain 
boundaries or to the grain boundaries or twin planes of the austenite formed during solidification of the melt. These 
particles could have been aluminum nitride judging by their shape and order of precipitation. 






Fig. 1 Microstructure of casting, etch: Picral, 500x 

After heat treatment for greater toughness and quenching from 930° C in water followed by tempering to 600 ° C the 
specimen showed in part a coarse-conchoidal fracture structure (Fig. 2). 




Fig. 2 Fracture after heat treatment 930°C/W., 600° C/A. C. 1 x 

Plate-like, transparent particles could be isolated (Fig. 3) from the conchoidal fracture plane after carbon vapor deposition 
and electrolytic stripping of the films. They had the structure and the lattice constants of vanadium carbide as could be 
seen in the electron diffraction pattern. Particles of the same structure could also be extracted with lacquer films from a 
deeply etched section (Fig. 4). The section specimen had previously been quenched from 930° C in water in order to 
eliminate misleading effects of other carbides. During this operation the precipitates on the austenitic grain boundaries 
went into solution. This confirmed the judgement that they were carbides precipitated during tempering. 






Fig. 3 Precipitates stripped from fracture plane. 20 000 x 







Fig. 4 Vanadium carbide extracted from section surface. 40 000 x 

Further annealing tests showed that the vanadium carbide dissolved on the primary grain boundaries only at substantially 
higher temperatures. Annealing for 2 hours at 1000° C decreased their quantity and the proportion of the conchoidal 
fracture of the structure very little; even after annealing for the same length of time at 1100° C traces were still present. 
Only after annealing at 1200° C was it possible to bring the carbides completely into solution and to eliminate the 
conchoidal fracture entirely. 

It remained to be established at what temperature the dissolved carbide would be reprecipitated during slow cooling. For 
this purpose specimens, were annealed for five hours at 1200° C and were cooled to 900° C by 4 to 1° C per minute. The 
cooling cycle was interrupted for 24 hour periods each at 100° C intervals. From 1000° C downward vanadium carbide 
again precipitated in increasing amounts as the temperature decreased. Remarkably this did not occur at the boundaries of 
the newly formed austenitic grains but apparently at the undissolved nuclei of the original location. 

According to these tests a subsequent removal of this defect by solutioning is impractical because the annealing 
temperature is too high. In order to avoid this defect in the future the sole recommendation to be made is to accelerate the 
cooling rate through the critical region between 1200 to 900° C to such an extent as is practicable with respect to 
machinability. 
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Cast Steel Pinion Gear Shafts with Insufficient Elongation 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: The specified elongation of 10% could not be achieved in several hollow pinion gear shafts made of cast Cr-Mo steel GS 
35 CrMo 5 3 that were heat treated to a strength of 90 kp/mm2. The steel was melted in a basic 3 ton arc furnace and deoxidized in 
the furnace and in the pan with a total of 7 kg aluminum. Fracture of a tensile specimen occurred with low elongation and, 
apparently, also with low reduction of area. In some places it was coarse grained conchoidal. It was found that the exceptionally-low 
elongation of the cast specimens was due to excessive deoxidation by aluminum. 

Keywords: Cracking (fracturing); Pinions; Precipitates; Shafts; Tension tests 


Material: GS 35CrMo 5 3 (Low-alloy steel casting) 


Failure type: Brittle fracture 


The specified elongation of 10% could not be achieved in several hollow pinion gear shafts made of cast chromium- 
molybdenum steel GS 35 CrMo 5 3 that were heat treated to a strength of 90 kp/mm 2 . The steel was melted in a basic 3 
ton arc furnace and deoxidized in the furnace and in the pan with a total of 7 kg aluminum. 

Figure 1 shows the fracture of a tensile specimen with low elongation and, apparently, also with low reduction of area. In 
some places it is coarse grained conchoidal. 



Fig. 1 Fracture of a tensile specimen with partially conchoidal structure. 2 x 

Six test bars from as many melts were examined. According to the data provided by the sender the mean composition 
varied little and was as follows: 


c % 

Si % 

Mn % 

P% 

S % 

Cl- % 

Mo % 

0,36 

0,42 

0,80 

0,019 

0,011 

U9 

0,28 


Because melting in the basic arc furnace and strong deoxidation with aluminum gave rise to the conclusion that the 
damage was caused by precipitation of aluminum nitride onto the primary and austenitic grain boundaries, subsequent 
determinations were made of aluminum and nitrogen content and the following values were found: 





Leiste/Specimen 

1 

2 

3 

4 

5 

6 

A1 % 

0.108 

0.081 

0.064 

0.040 

0.045 

0.037 

N % 

0.015 

0.014 

0.015 

0.016 

0.013 

0.012 

A1.N.10 5 

162 

113 

96 

64 

59 

44 


They are arranged according to decreasing amounts of Al.N. 

The bars were normalized. In this state they showed a normal transcrystailine fracture topography. Because prior 
experience has shown that in the case of grain boundary precipitates the fracture follows these grain boundaries at normal 
temperature only if a high strength steel has been made tough by heat treatment, all test specimens were subjected to 
quenching from 850° C in water and tempering to 500° C, and then broken again. The result was the picture reproduced 
in Fig. 2. The fracture of bars 1 and 2 with high aluminum content is almost completely conchoidal. With decreasing 
aluminum content the conchoidal fracture portion decreases visibly and the portion of fibrous heat treated fracture 
increases correspondingly. The fracture is completely fibrous at the lowest aluminum- and nitrogen content. 



AI % 0.108 0.081 0.064 0.040 0.045 0.037 

N % 0,015 0.014 0.015 0.016 0.013 0,012 


Fig. 2 Fracture of test specimens after heat treatment, approx. 1 x 

Rodlike or platelike precipitates were found (Fig. 3) during metallographic examination of the normalized specimens with 
high aluminum and nitrogen content. They were arranged in coarse-meshed networks. At another occasion these particles 
could be identified by electron diffraction as aluminum nitride. 










Fig. 3 Structure of bar with 0.108 % Al and 0.015 % N in normalized state as received. Etch: Picral. 500 x 
Therefore, the previous assumption derived from the statements by the sender, that the exceptionally low elongation of 
the cast specimens was due to excessive deoxidation by aluminum, was verified. 

Related Information 
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Poor Alloy Selection as a Cause of Failure 

From: Failures of Steel Castings, Products of Principal Metalworking Processes, Vol. 11, ASM Handbook, ASM International, p. 380- 
410 

Abstract: Induction-hardened teeth on a sprocket cast of low-alloy steel wore at an unacceptably high rate. A surface hardness of 
50 to 51 HRC was determined; 55 HRC minimum had been specified. Analysis revealed that the alloy content of the steel was 
adequate for the desired hardenability but that the specified carbon content (0.29%) was too low. The low specified carbon content 
resulted in unacceptably low hardness. Because hardness largely controls wear rate, an early failure occurred. The specification for 
this part was changed so that a higher carbon content (0.45% C) was required. 

Keywords: Chemical composition; Gear teeth; Hardenability; Sprockets 

Material: Low-alloy steel (Low-alloy steel casting) 

Failure type: (Other, miscellaneous, or unspecified) failure 


Induction-hardened teeth on a sprocket cast of low-alloy steel wore at an unacceptably high rate. A surface hardness of 50 
to 51 F1RC was determined; 55 FIRC minimum had been specified. Analysis revealed that the alloy content of the steel 
was adequate for the desired hardenability but that the specified carbon content (0.29%) was too low. 

Conclusions. The low specified carbon content resulted in unacceptably low hardness. Because hardness largely 
controls wear rate, an early failure occurred. 



Recommendations. The specification for this part was changed so that a higher carbon content (0.45% C) was 
required. 


Related Information 

B.A. Miller. Materials Selection for Failure Prevention, Failure Analysis and Prevention , Vol 11. ASM Handbook, ASM 
International, 2002, p 24-39 


Failure of a Cast Conveyor Chain Link. 

From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 


Abstract: The conveyor chain link failed by fracturing through a fabrication weld after some time in service. The link was made of 
cast low-alloy steel heat treated to a hardness of 285 FIB. The fabrication weld was made using E7018 electrodes. The fracture 
surfaces were almost entirely covered with beach marks, indicating fatigue cracking. The beach marks emanated from a 6.4-mm 
(1/4 -in.) wide band of unusual appearance running across the center of the fracture. Saw cuts were made perpendicular to both of 
the fracture surfaces and across the unusual-looking bands. The cut surfaces were ground and etched with ammonium persulfate 
solution revealing that complete penetration had not been achieved at the weld root. The band observed in the fracture was 
apparently part of the unfused weld-preparation surface at the root of the weld. This failure was caused by fatigue that initiated at 
an incomplete penetration defect at the root of the fabrication weld. As a result of this failure, steps were taken to ensure that good 
welding practice (back-gouging) would be followed in the future fabrication of these links. 

Keywords: Penetration; Stress concentration; Weld defects 


Material: Low-alloy steel (Low-alloy steel casting) 


Failure types: Fatigue fracture; Joining-related failures 


The conveyor chain link shown in Fig. 1 failed by fracturing through a fabrication weld after some time in service. The 
link was made of cast low-alloy steel heat heated to a hardness of 285 FIB. The fabrication weld was made using E7018 
electrodes. 



Fig. 1 Cast conveyor chain link that fractured through fabrication weld (bottom). Secondary fracture at upper 
left. See also Fig. 2, 

Investigation. The fracture surfaces were almost entirely covered with beach marks, indicating fatigue cracking (Fig. 

2). The beach marks emanated from a 6.4-mm (4-in.) wide band of unusual appearance running across the center of the 
fracture. This band was covered with parallel marks, such as those produced by grinding. 



Fig. 2 Surface of fracture through weld in link shown in Fig. 1. 

Saw cuts were made perpendicular to both of the fracture surfaces and across the unusual-looking bands. The cut surfaces 
were ground and etched with ammonium persulfate solution. This procedure revealed the fabrication weld (Fig. 3). It 
became obvious at this point that complete penetration had not been achieved at the weld root. There was no evidence that 

any attempt had been made to back-gouge the reverse side of the groove before welding. The 6.4-mm (4-in.) wide band 
observed in the fracture was apparently paid of the unfused weld-preparation surface at the root of the weld. 



Fig. 3 Macroetched cross section through fracture of conveyor chain link. Note incomplete penetration at weld 
root. Etched with ammonium persulfate 

Conclusion. This failure was caused by fatigue that initiated at an incomplete penetration defect at the root of the 
fabrication weld. The defect served as a site of stress concentration, allowing fatigue cracks to initiate and grow through 
the weld deposit. 



Corrective Measures. As a result of this failure, steps were taken to ensure that good welding practice (back- 
gouging) would be followed in the future fabrication of these links. 


Related Information 

Failures Related to Welding. Failure Analysis and Prevention , Vol 11 .ASM Handbook . ASM International, 2002, p 156— 
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Brittle Fracture of Cast Low- Alloy Steel Jaws Because of Shrinkage Porosity 
and Low Ductility of Case and Core. 

From: Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103-155 


Abstract: The specially designed sand-cast low-alloy steel jaws that were implemented to stretch the wire used in prestressed 
concrete beams fractured. The fractures were found to be macroscale brittle and exhibited very little evidence of deformation. The 
surface of the jaws was disclosed by metallographic examination to be case carburized. The case was found to be martensite with 
small spheroidal carbides while the core consisted of martensite plus some ferrite. The fracture was revealed to be related to 
shrinkage porosity. Tempering was revealed to be probably limited to about 150 deg C by the hardness values (close to the 
maximum hardness values attainable) for the core. It was interpreted that the low tempering temperature used may have 
contributed to the brittleness. The procedures used for casting the jaws were recommended to be revised to eliminate the internal 
shrinkage porosity. Tempering at a slightly higher temperature to reduce surface and core hardness was recommended. 

Keywords: Castings; Hardness; Jaws; Porosity; Shrinkage; Spheroidal structure; Tempering 


Material: Low-alloy steel (Low-alloy steel casting) 


Failure type: Brittle fracture 


Eight pairs of specially designed sand-cast low-alloy steel jaws that had fractured were submitted for laboratory 
examination. The jaws were implemented to stretch the wire used in prestressed concrete beams. The wire was gripped at 
one end of the stretching machine between stationary semicylindrical jaws and at the other end between movable wedge- 
shaped jaws that were fitted in a block in a manner that forced them together as tension was applied to the wire. Figure 
1(a) shows two pairs of movable jaws; Fig. 1(b), two pairs of stationary jaws. 




Fig. 1 Wire-stretching jaws that broke because of shrinkage porosity and low ductility of case and core. The 
jaws, sand cast from low-alloy steel, were used to stretch wire for prestressed concrete beams, (a) Two pairs of 
movable jaws. 0.7x. (b) Two pairs of stationary jaws. 0.7x. (c) and (d) Fracture surfaces of two movable jaws. 
Approximately 2x 

Investigation. It was found that all the fractures were macroscale brittle and exhibited very little evidence of 
deformation. Two of the jaws contained surface cracks (not distinguishable in Fig. la and b), but these cracks did not 
appear to be related to the main fractures. Figures 1(c) and (d) show fracture surfaces of two individual movable jaws 
(from different pairs). 







Little is known about the possible variations of stress that might have existed in this application. For example, the fit of 
the jaws in the block might have been imperfect, or there might have been too large an opening in the block, allowing the 
tips of the jaws to emerge without support. In such circumstances, the section of wire within the jaws might not have been 
in axial alignment with the wire under tension, which would have resulted in one jaw being subjected to a side thrust at 
the tip. 

All surfaces of the jaws had been case carburized and heat treated to a surface hairiness of 62 to 64 F1RC and a core 
hardness of 36 to 39 F1RC. Metallographic examination of a specimen prepared from a jaw established that the surface 

had been case carburized to a depth of 0.8 to 1.6 mm (32 to l6in.), the case structure was martensite containing small 
spheroidal carbides but no carbide network, the structure of the core consisted of martensite plus some ferrite, and the 
fracture appeared to be related to shrinkage porosity. 

Chemical analysis of the core showed that the composition corresponded to 3310 steel except for low manganese, slightly 
high chromium, and lower silicon than would normally be expected in a cast steel. 

The hardness range of the core conforms to data in end-quench hardenability curves for 3310 steel. It represents, in fact, 
essentially the maximum hardness values attainable and, as such, indicates that tempering was probably limited to about 
150 °C (300 °F). In view of the hardenability of the core and assuming that the tapered slot in the block had a hardened 
surface, the low tempering temperature used may have contributed to the brittleness. 

Conclusions. Failure of the jaws was primarily attributed to the presence of internal microshrinkage, although the 
brittleness of case and core probably contributed to failure. 

Recommendations. The procedures used for casting the jaws should be revised to eliminate the internal shrinkage 
porosity. Tempering at a slightly higher temperature to reduce surface and core hardness would be desirable. Finally, the 
fit of the jaws in the block should be checked to ensure proper alignment and loading. 
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Failure of a Cast Dragline Bucket Tooth. 

From: R. K. Churchill, J. R. Dillon, D. Eyolfson, W. E. Fuller, C.Z. Oldfather, W. D. Scott, and L.J. Venne, Failures of Steel Castings, 
Failure Analysis and Prevention, Vol. 11, ASM Handbook, ASM International, 1986, p. 380-410 


Abstract: A tooth used on the digging edge of a large dragline bucket failed after several weeks in service. The tooth was cast in 
ultrahigh-strength low-alloy steel that had been heat treated to a hardness of 555 FIB. Chevron marks on the fracture surface led to 
an initiation site on one of the interior corners of the socket portion of the tooth. Examination of the initiation site by SEM revealed 
that this portion of the fracture had occurred by intergranular fracture along prior-austenite grain boundaries. Examination of a 
region of the fracture away from the initiation site revealed a ductile-dimple fracture mode. Metallographic examination of a cross 
section taken through the initiation site revealed several secondary cracks. The failure of this tooth was caused by environmental 
hydrogen-assisted cracking. The stress necessary to cause fracture was due to the tooth becoming wedged onto the adapter in 
service. The problem was corrected by changing the design of the tooth to prevent the wedging action and the high stress that had 
led to failure. 

Keywords: Design; Stress concentration 


Material: Ultrahigh-strength low-alloy steel (Low-alloy steel casting) 


Failure type: Fiydrogen damage and embrittlement 


A tooth used on the digging edge of a large dragline bucket (Fig. 1) failed after several weeks in service. The tooth was 
cast in ultrahigh-strength low-alloy steel that had been heat treated to a hardness of 555 FIB. 




Location 
of cracking 



Fig. 1 Ultrahigh-strength steel dragline bucket tooth that failed due to environmental hydrogen-assisted 
cracking. See also Fig. 2. 

Investigation. Chevron marks on the fracture surface led to an initiation site on one of the interior corners of the 
socket portion of the tooth. Examination of the initiation site by SEM revealed that this portion of the fracture had 
occurred by intergranular fracture along prior-austenite grain boundaries (Fig. 2). 



Fig. 2 SEM micrograph showing intergranular fracture along prior-austenite grain boundaries at fracture- 
initiation site in ultrahigh-strength steel dragline bucket tooth. 200x 





Examination of a region of the fracture away from the initiation site revealed a ductile-dimple fracture mode. 
Metallographic examination of a cross section taken through the initiation site revealed several secondary cracks similar 
to those shown in Fig.. The microstructure was found to consist of tempered martensite, which is the desired 
microstructure in this product. The hardness of the tooth was checked and found to be 555 HB, meeting the specification. 
A Chaipy V-notch impact specimen taken near the initiation site gave a toughness value of 19 J (14 ft • lb) when tested at 
-40 °C (-40 °F). This is quite acceptable for material of this strength level. The impact specimen fracture was examined 
by SEM. It was found to have a ductile-dimple fracture morphology similar to that of the tooth fracture in regions away 
from the initiation site. 

Conclusions. The failure of this tooth was caused by environmental hydrogen-assisted cracking. The stress necessary 
to cause fracture was due to the tooth becoming wedged onto the adapter in service. 

Corrective Measures. The problem was corrected by changing the design of the tooth to prevent the wedging action. 
This eliminated the high stress that had led to failure. 

Related Information 

Hydrogen Damage and Embrittlement, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 
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Failure Analysis of a Cast Steel Crosshead 

Mohan D. Chaudhari, Columbus Metallurgical Services, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A failed crosshead of an industrial compressor was examined using optical and scanning electron microscope. The 
crosshead was an ASTM A148 grade 105-85 steel casting. On the basis of the observations reported and available background 
information, it was concluded that the failure began with the initiation of cracks at slag inclusions and sharp fillets in weld-repair 
areas in the casting. The weld-repair procedures were unsatisfactory. The cracks propagated in a fatigue mode, he casting quality 
was judged unacceptable because of the presence of excessive shrinkage porosity. It was recommended that crosshead castings be 
properly inspected before machining. Revision of foundry practice to reduce or eliminate porosity was also recommended. 

Keywords: Compressors; Porosity; Repair welding; Welded joints; Welding parameters 


Material: ASTM A148 grade 105-85 (Medium-carbon steel casting), UNS D50800 


Failure types: Joining-related failures; Casting-related failures; Fatigue fracture 


Background 

The cast steel crosshead of an industrial compressor, which represented a new design, was in service for less than 2 years. 
It was returned by the end user when a crack was detected during routine maintenance. 

Pertinent specifications 

An ASTM A148 grade 105-85 steel casting was specified. The manufacturing sequence that the foundry used before 
shipping the castings consisted of casting, normalizing, preheating plus weld repair, normalizing, quenching and 
tempering, drawing to the required Brinell hardness, and nondestructive testing (dry magnetic particle). The crossheads 
were subsequently machined in-house by the customer. 

Specimen selection 

The fracture surface from one side of the crosshead was sawed off to obtain specimens for examination. A full cross 
section was polished and etched. A small piece from the weld-repair area was cold mounted and prepared for optical 
microscopic examination. 


Visual Examination of General Physical Features 




Figures 1 and 2 show a failed area in a weld-repaired region. The cracks initiated in the weld-repair locations on the two 
webs. Figures 3 and 4 show closeup views of the fracture surfaces. Figure 3 clearly shows the dark region where the crack 
initiated and propagated radially away from this region. Note the circular beach marks indicative of fatigue. Figure 4 
shows an enlarged fractograph from the other side of the crosshead. Again, the beach marks appeal - to radiate from the 
weld-repair region. The cracks initiated at multiple sites and finally formed a single front. The twisted region at the left 
end of the specimen appears to be where the mating surfaces were separated to retrieve the samples for this investigation. 


Fig. 1 Weld-repaired web in the cross head. 



Fig. 2 Weld-repaired area showing extensive grinding following. 




Fig. 3 Fracture surface showing slag inclusions (dark) and beach marks of web shown in Fig. 1 and 2. 



Fig. 4 Closeup view of fracture surface at the other web. Note beach marks. 

Testing Procedure and Results 

Surface examination 


Scanning Electron Microscopy/Fractography. Figure 5 shows a crack initiation site. The smooth contour is the 
external surface of solidified weld metal. Note the dark slag inclusions in the fracture surface. In the upper half of the 
closeup view in Fig. 6. the sharp fillet region where a crack initiated is visible. 


Fig. 5 Closeup view of the crack initiation area in Fig. 4. The dark spots are slag inclusions, llx. 





Fig. 6 Closeup view of fracture surface in Fig. 5, showing a crack initiation area at a sharp radius between the 
base metal and the filler meterial.The top half (122x) is an enlarged view of the rectangle in the bottom hen 
(12x). 


The fracture surface was scanned for fatigue striations. None were detected at the limited magnifications that are possible 
with a large sample. The fracture propagation was determined to have occurred by fatigue primarily from the beach 
marks. The crack front apparently traveled rapidly in discrete steps. 



Fig. 7 Dendritic structure in a primary shrinkage cavity. 16x. 

Figure 8 is a spectrum obtained by standardless energy-dispersive spectroscopy (EDS) that shows the high titanium 
content of one of the slag inclusions. Welding flux was suspected to be the source of the titanium. 
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Fig. 8 EDS spectrum illustrating the presence of slag. 


Metallography 


The microstructure in the casting was generally found to be tempered martensite, with significant variation in 
microstructure from weld metal to the core. The mounted sample contained a considerable amount of shrinkage porosity. 
Figure 9 shows a macrograph of the crosshead about 10 mm (0.4 in.) under the fracture in Fig. 4. Note the slag inclusions 



at the weld interface. These inclusions are more clearly visible in Fig. 10. 


Fig. 9 Optical macrograph of polished section under the fracture surface. 



















Fig. 10 SEM micrograph of a slag inclusion area. 20x. 

Chemical analysis /identification 

Chemical analysis of the crosshead material identified a composition of 0.27% C, 0.93% Mn. 0.023% P, 0.023% S, 
0.53% Si, 0.044% Cu, 0.003% Sn, 0.50% Ni, 0.52% Cr, 0.20% Mo, 0.068% Al, and 0.003% V. 

Mechanical properties 

Hardness. Vickers hardness testing (500 g load) found the as-cast base metal to have readings of 215, 229, and 229 
HV, for an average hardness of 224 HV (-214 HB). Estimated tensile strength was 710 MPa (103 ksi). The weld metal 
had readings of 353, 355, and 358 HV, foran average hardness of 355 HV (-336 HB). The upper limit of tensile strength 
was 1110 MPa (161 ksi). 

Conclusion 

The crosshead casting developed cracks at the sharp corners in the weld-repair areas. These cracks propagated in a fatigue 
mode. About 200 similar castings were manufactured, of which about 100 are still in the field. When the customer 
recently inspected the castings in stock by Magnaflux, 30% were rejected for surface indications. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Fracture of the Bottom Platen of an 800 Ton Hydraulic Press 

I.B. Eryurek and M. Capa, Istanbul Technical University 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: The side supporting flange of the bottom platen of an 800 ton hydraulic press fractured after 9 x 10's cycles under a 
maximum load of 530 tons. The platen material specified in the design was cast steel 52. Metallographic examination of the fracture 
surface indicated that the platen had failed in fatigue as a result of a high stress concentration in a sharp 0.6 mm (0.02 in.) radius 
fillet. Stress analysis and fracture mechanics predictions revealed that there was also danger of fatigue failure for platens with the 
design radius of 10 mm (0. 4 in.) if the press operates at 800 tons. It was recommended that the remaining life of similar presses be 
assessed periodically controlling the cracks, their dimensions, and their propagation rates. An increase in the radius of the fillet was 
also recommended. 

Keywords: Cast steel - 52 


Material: Carbon steel casting (Medium-carbon steel casting) 


Failure type: 


Background 

The side supporting flange ofthe bottom platen of an 800 ton hydraulic press fractured after 9 x 10 5 cycles under a 
maximum load of 530 tons. 

Applications 

The press was installed in a ceramic factory. The geometry and the dimensions of the press platen are shown in Fig. 1, 
along with the location of the crack initiation zone. 


120 670 



Fig. 1 Dimensions (in millimeters) of the press platen. Crack origin is also shown. 

Circumstances leading to failure 

The press had operated for 809 h under a load of 530 tons when the failure was observed. During this period, the number 
of impacts (repeated load) were as follows: 




70h 15 impacts/min (63,000 total impacts) 

739 h 19 impacts/min (842,460 total impacts) 

The total number of impacts was 905,460, or ~9 x 10 5 impacts. 

Pertinent specifications 

The platen material specified in the design was cast steel 52. The fillet radius measured 0.6 mm (0.02 in.), which was 
much smaller than the specified value of 10 mm (0.4 in.) (Fig. 1). 

Performance of other parts in same or similar service 

No damage has yet been observed on other presses of the same make and capacity operating in the same workshop. 

Testing Procedure and Results 

Surface examination 

Visual. examination ofthe fracture surface ofthe platen indicated that the crack had initiated at the sharp fillet (Fig. 1) 
and had followed a curved path into the main body of the platen (Fig. 2), which is characteristic of fatigue fracture at 
sharply filleted changes in section. No indications of fatigue beach marks were found on the fracture surface. 

c 



Metallography 

Microstructural Analysis. The microstructure of the platen material is shown in Fig. 3. It is apparent that the 
structure is a coarse-grained cast structure with a ferrite grain size ofASTM 2 to3. The presence of some Widmanstatten 
structure is also visible. 





Fig. 3 Microstructure of the table material. 83x. 

Mechanical properties 

Mechanical properties of the platen material are given in Table 2. The endurance limit (c eo ) of cast steels in reversed 
bending is generally as surned to be equal to 40% of the tensile strength of steel. Then, 

c eo = 0.4 oxs = 0.4 x 478 = 191 MPa 


Table 2 Mechanical properties of the platen 


Property 


Yield strength, MPa (ksi) 

284(41.2) 

Tensile strength, MPa (ksi) 

478 (69.3) 

Ductility (o s ), % 

12 

Reduction of area, % 

15 

Hardness, HB 

143 


Stress analysis 

Analytical. The platen-supporting flange was considered a built-in cantilever beam (Fig. 4). The table weight, residual 
stresses, and friction forces between the flange and its supporting surface are neglected in the calculation. The reaction 
force on the bottom of the flange was considered as a single force acting midway from the end of the built-in cantilever. 
Maximum bending stress, c, at point A (Fig. 4) is: 


3 _J_ 

a = (2)(P • fi/i 2 ) 


(Eql) 


where / = 0. 12 m (0.4 ft), h = 0. 17 m (0.6 ft), and B = 0.82 m (2.7 ft) are the length, width, and thickness of the beam, 
respectively (Fig. 4). 



Fig. 4 Stress distribution at the fillet. 

For repeated loading between P min = 0 and P max = 530 tons, maximum, minimum, mean, and alternating normal stresses 
at point A (Fig. 4), respectively, are: a max = 40 MPa (5.8 ksi), o min = 0 MPa, a m = 20 MPa (2.9 ksi), c a = 20 MPa (2.9 ksi). 
For the geometry shown in Fig. 4 and in bending, the notch factor, K t , is (Ref 1): 


A. i 

K t = 1 + 0.5 (2r)5 


(Eq 2) 


For h — 0. 17 m (0.4 ft) and r = 6 x 10 4 m (measured fillet radius), K t = 7. The fatigue safety factor of the press platen n 
can be written in the form: 


n = o e -C 



( 7/M ’ A ) 


(Eq 3) 


where o e is the endurance limit of the material corresponding to the mean stress of 20 MPa (2.9 ksi), c a is the alternating 
stress, C su is the correction factor for the surface roughness, C sz for the paid thickness, Q m for the loading rate, and K f for 
the notch effect. The numerical values adopted in Eq 3 are: 
c e = 183 MPa (26.5 ksi) (from Goodman's rule) 

G a = 20 MPa (2.9 ksi) (calculated) 

C su = 0.8 (machined surface, Ref 2) 

C sz = 0.7 (h = 170 mm and bending. Ref 2) 

C im =1.5 (medium shock. Ref 2) 

K/ = 0.5 K, - 0.5 x 7 = 3.5 (r = 0.6 mm (0.2 in), Ref 3) 

Then, n = 0.98 is obtained. Thus, the fatigue life of the platen is limited to 530 tons, because the safety factor is less than 
1. 

Fracture Mechanics Predictions. The data published by various investigators on fatigue crack propagation 

thresh old ( A K th ) values of steels show that, for stress ratios smaller than 0.1, A K th is a constant equal to 6 MP V 1,1 (5.5 

ksi Y / ill.). If A K i > A K th , an existing crack will propagate under the stress-intensity factor fluctuation, A K 

For the geometry and the loading in question, the stress-intensity factor, K i, has been obtained from the stress- 

concentration factor, as follows: 



PL 3 

K i = 0.46 Bh2 


(Eq4) 


Substituting the values / = 0.12 m (0.4 ft), B = 0.82 m (2.7 ft), h = 0. 17 m (0.6 ft), and P = 530 tons (5.2 MN) into Eq 4, K 

i = 5 MPa V m (4.5 ksi V 111 .) is obtained. Because the stress ratio is equal to zero, A K i = K i. Then the safety factor, 
neglecting the effect of impact loading, is: 


th 6 

n = Ki = 5= 1.2 


(Eq 5) 


Thus, fatigue cracking will propagate at a platen fillet of 0.6 mm (0.02 in.) radius, because the safety factor is not large 
enough. 

Discussion 

Examination of the fracture surface of the platen indicated that the crack had initiated at the sharp fillet and had followed 
a curved path into the main body of the platen, which is characteristic of fatigue fracture at sharply filleted changes in 
section. No fatigue beach marks were visually observed on the fracture surface, because the press had operated 
continuously under the same repeated loading and the same environmental conditions. However, calculations using two 
different methods have shown that the press platen is not safe against fatigue failure at loads greater than 500 tons. 
Additional calculations showed that there is also a danger of fatigue failure at the design radius of 10 mm (0.4 in.) if the 
press operates at 800 tons. For this reason, the fillet radius should be increased to 30 mm (1.2 in.). This provides the 
safety factors of 2.4 and 1.6 for 530 and 800 tons, respectively. 

Conclusion and Recommendations 

Most probable cause 

The platen failed in fatigue that resulted from a high stress concentration. 

Remedial action 

Results obtained from these studies show that to minimize losses, periodic assessment of the remaining life of the 
working presses should be made by controlling the cracks, their dimensions, and propagation rates. Also, the radius of the 
fillet should be increased to 30 mm (1.2 in.) to reduce the notch effect. 
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Steel Casting with Insufficient Strength Properties 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: In a steel foundry tensile and bend specimens of castings made in a 2 ton basic arc furnace showed at irregular intervals 
regions with coarse-grained fractures where the specimens broke prematurely, so that the specified strength and toughness values 
could not be reached. Several cast tensile specimens and some forcibly-broken pieces of the flanges of armature yokes made of cast 
steel GS C 25 according to DIN 17 245 were investigated. Microscopic examination showed the cause of damage was the 
superabundant use of aluminum as deoxidizer. According to recommendations the aluminum addition was reduced by one-half. 
Since then no more rejects were encountered due to insufficient tensile and bend values. 

Keywords: Castings; Cracking (fracturing); Flanges; Nonmetallic inclusions; Tension tests 


Material: Fe-0.22C (Medium-carbon steel casting); GS C 25 (Medium-carbon steel casting) 
Failure type: (Other, general, or unspecified) fracture 


In a steel foundry tensile and bend specimens of castings made in a 2 ton basic arc furnace showed at irregular intervals 
regions with coarse-grained fractures where the specimens broke prematurely, so that the specified strength and toughness 
values could not be reached. 


After the slag was reduced by 90% ferrosilicon powder and coke the 2-ton melt was deoxidized in a ladle with 3 kg 
aluminum, and was cast in wet sand molds. The pieces were stripped from the mold while red hot and were cooled in air 
and normalized at 900° C for 3 hours. The sender reported that tendency toward abnormal fractures rose with increasing 
melting temperature, but that it was absent in melts made in acid furnaces. 


Several cast tensile specimens and some forcibly broken pieces of the flanges of armature yoks made of cast steel GS C 
25 according to DIN 17 245 were investigated. Figures 1 show two of the tensile specimen fractures. The cross section is 
not noticeably constricted at the point of fracture. The fractures have regions of coarse conchoidal structure. Such regions 
diminish the deformability the more, the larger they are in proportion to the total fracture cross section and the less 
favorably they are located with respect to the direction of principal stress. The disk of the flange broke almost completely 
in a coarse-conchoidal manner (Fig. 2). Based on these findings the advice was given to limit the aluminum addition to 
the steel as much as possible. 



Fig. 1 Tensile test fractures. 2 x 



Fig. 2 Fracture of a flange disk. 0.7 x 




An analysis of the chips of the flange confirmed that the steel indeed contained considerable amounts of aluminum in 
addition to much nitrogen that is characteristic of b asic arc furnace operation. 


Fig. 3 Flange disk according to Fig. 2, section parallel to fracture plane. Etch: Diluted hydrochloric acid 1:1, 
70° C. 2.5 x 

Microsections were made from both zones. From them it could be seen that the networks eroded by pickling were coated 
with very fine precipitates that were located in the inner zone on the primary grain boundaries which were characterized 
by inclusions and micropores (Fig. 4). But in the crystallized outer zone they appeared in numerous cases as straight line 
fibers on the boundaries, or in certain lattice planes of the former austenitic grains (Fig. 5). This is shown even more 
distinctly in the higher magnification of Fig. 6. The precipitates have a rod-like or plate-like shape and they either have 
grown into the lattice plane if they originated at the grain boundaries, or they are located along the twin planes of the 
austenite (Fig. 7). 











Fig. 4 Microstructure of disk according to Fig. 3. Etch: Picral. 100 x Globular inner zone. 



Fig. 5 Microstructure of disk according to Fig. 3. Etch: Picral. 100 x Transcrystallized peripheral zone. 
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Fig. 8 Precipitates in grain boundaries and planes, unetched section of outer zone of flange disk. 1500 x 


The optical examination was augmented by electron microscopy. For this puipose lacquer replicas were made of the 
section from the inner zone of the flange, and additionally regions of the fracture plane were coated with carbon vapor, 
and the stripped films were examined. Figure 9 shows replicas of the precipitated particles in lacquer (light) and the 
fractured pieces extracted with lacquer (dark). The diffraction lines show thin lamellae. Electron diffraction patterns 
showed that these were hexagonal crystals that could consist of aluminum nitride AIN judging by their structure and 
lattice parameter. The particles stripped off the fracture plane showed even more clearly a form of thin, transparent 
platelets (Fig. 10). The diffraction patterns showed the same hexagonal structure as the particles extacted from the section 



Fig. 9 Aluminium nitride precipitates in transmission lacquer replica. 40 000 x 




Fig. 10 AIN platelets in carbon films stripped off fracture plane. 20 000 x 

The cause of damage therefore is the superabundant use of aluminum as deoxidizer. According to recommendations the 
aluminum addition was reduced by one-half. Since then no more rejects were encountered due to insufficient tensile and 
bend values. 

In cases where aluminum and nitrogen concentrations are not too high conchoidal fractures can be eliminated by 
solutioning and diffusion annealing at high temperature. The annealing test with specimens of the examined flange disk 
confirmed (Fig. 11) that the tendency to chonchoidal fracture clearly diminishes with rising annealing temperature and 
time, but even a twenty-four hour annealing at 1200° C was insufficient at the high aluminum and nitrogen concentrations 
described to eliminate the fracture phenomena. 




S h 34 h 

1100- C/Luft (air) 


1 H eh 34 h 

1300 C/Luft (ait) 


Fig. 11 Annealing tests with specimens from flange disk. 1 x (see additional designation at fractures) 


Fatigue Failure of Hydraulic Press Cylinders 


From: Failure Analysis: The British Engine Technical Reports, F.R. Hutchings and P.M. Unterweiser, Ed., American Society for Metals, 
1981 


Abstract: Hydraulic cylinders on three identical presses failed in a similar manner after approximately ten years’ service life. The 
cylinder was a steel casting having a carbon content of the order of 0.3-0.4%. During machining of the internal surfaces a sharp 
corner had been left at the junction of the head with the shell. From this stress raiser a fatigue crack had developed around the 
whole circumference of the cylinder to give a smooth crack of annular form. The use of a flat end to the cylinder, therefore, resulted 
in excessive stresses being introduced at the junction of the end with the cylinder. 

Keywords: Castings; Hydraulic presses; Stress concentration 


Material: Fe-0.35C (Medium-carbon steel casting) 


Failure type: Fatigue fracture 


The hydraulic cylinders on three identical presses failed in a similar manner after approximately ten years’ service life. 



On the occasion of the first failure, no detailed examination was made and the cylinder was repaired by welding and 
returned to service. Shortly afterwards, an investigation into the cause of leakage from the cylinder on the second press 
revealed that failure had taken place in the manner to be described. 

The fractured cylinder, which was closed by a flat head, is seen in Fig. 1, and the pertinent dimensions are given in Fig. 2. 
It is understood that, during operation, the cylinder was subjected to a pressure initially of 750 p.s.i., rising ultimately to 
4,480 p.s.i. The appearance of the internal surface of the head and the fracture is shown in Fig. 3. The cylinder was a steel 
casting, and it was apparent that during the machining of the internal surfaces a sharp corner had been left at the junction 
of the head with the shell. It was evident that from this stress raiser a fatigue crack had developed round the whole 
circumference of the cylinder to give a smooth crack of annular form. When this had extended approximately 1 in. 
through the cylinder wall, final and sudden failure occurred in a brittle manner to give an annular fracture having a more 

1 1 

irregular appearance with a width of the order of Sin. to Tin. As indicated in Fig. 2 the crack as it developed followed a 
curved path into the head portion. This effect is a fairly common feature of fatigue failures, cracks showing a tendency to 
run into the thicker section. 



Fig. 2 Dimensions of cylinder and location of crack. 



Fig. 3 Appearance of internal face of cylinder end showing duplex nature of fracture. 

The microstructure of the material is depicted in Fig. 4, which illustrates a cast steel having a carbon content of the order 
of 0.3-0.4%. Detailed examination did not reveal the presence of any significant inclusions or segregates, which may 
have contributed to the failure. The Brinell hardness of the material was 163, this being equivalent to a tensile strength of 
approximately 36 t.p.s.i. Following the second failure, the cylinder of the third machine was examined by ultrasonic 
means, a crack being found in the course of development at the identical location. 








Fig. 4 Micro-structure of material. 

In view of the similarity shown by the three failures it was evident that they resulted from a common cause. Under 
internal pressure, the end of the cylinder would tend to assume a dished form resulting in the imposition of bending 
stresses at the junction with the cylindrical portion, this being repeated at each operation of the press. The absence of a 
significant radius would introduce a measure of stress concentration, and the magnitude of the stress which developed in 
this local region must have exceeded the fatigue strength of the material. 

Calculation of the longitudinal stress in the cylinder at the junction with the flat end showed: 

Stress due to pressure (4,480 p.s.i.) = 7,580 p.s.i. 

Additional stress due to bending moment = 30,100 p.s.i. 

Total longitudinal stress =37,680 p.s.i. 

Assuming that the material possessed a yield strength of 20 t.p.s.i., a stress concentration factor of only: 

44,800 _ 1 2 
37,680 ’ 


would result in a stress of yield point magnitude being applied at the location where the fatigue crack originated in 
service. It would be expected that the actual stress concentration factor would exceed this value. The use of a flat end to 
the cylinder, therefore, resulted in excessive stresses being introduced at the junction of the end with the cylinder. Pre¬ 
supposing that sufficient clearance existed, the use of a spherical end to the cylinder would have reduced the value of the 
maximum stress to that of the hoop stress in the cylinder, i.e. 15,200 p.s.i. which is an acceptable value. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 




Unidirectional-Bending Fatigue Failure of an A6 Tool Steel Shaft 

From: D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 459-482 


Abstract: Two A6 tool steel (free machining grade) shafts, parts of a clamping device used for bending 5.7-cm outer-diameter 
tubing on an 8.6-cm radius, failed simultaneously under a maximum clamping force of 54,430 kg. The shaft was imposed with cyclic 
tensile stresses due to the clamping force and a unidirectional bending stresses resulting from the nature of operation. Nonmetallic 
oxide-sulfide segregation was indicated by microscopic examination of the edge of the fracture surface. Both smooth and granular 
areas were revealed on visual examination of the fracture. The shaft was subjected to a low overstress as the smooth-textured 
fatigue zone was relatively large compared with the crystalline textured coarse final-fracture zone. The fatigue crack was nucleated 
by the nonmetallic inclusion that intersected the surface and initiated in the 0.25 mm radius fillet at a change in section due to 
stress concentration. To minimize this stress concentration, a larger radius fillet shaft at the critical change in section was suggested 
as corrective measure. 

Keywords: Inclusions; Stress concentration 


Material: A6 (Air-hardening medium-alloy cold-work tool steel), UNS T30106 


Failure type: Fatigue fracture 


The shaft shown in Fig. 1 was part of a clamping device on a tooling assembly used for bending 5.7-cm (2.25-in.) outer- 
diameter tubing on an 8.6-cm (3.375-in.) radius. The assembly contained two of these shafts, both of which failed 
simultaneously and were sent to the laboratory for examination. The maximum clamping force on the assembly was 
54,430 kg (120,000 lb). The material specified for the shafts was a free-machining grade of A6 tool steel. 




Fracture 


3.75 diam 


max 


Improved design 


Original design 


View 6 

Fig. 1 A6 tool steel tube-bending-machine shaft that failed by fatigue fracture. Section A-A: Original and 
improved designs for fillet in failure region. Dimensions are in inches. View B: Fracture surface showing regions 
of fatigue-crack propagation and final fracture 

The shafts were subjected to a tensile stress imposed by the clamping force and a bending stress resulting from the nature 
of the operation. Unidirectional-bending stresses were imposed on one shaft when a right-hand bend was made in the 
tubing and on the other shaft when a left-hand bend was made. Approximately 45 right-hand and 45 left-hand bends were 
made per hour on the machine; the total number of bends made before the shafts failed was not known. The tensile stress 
on the shafts was also cyclic, because the clamping force was removed after each bend was made. 

Investigation. Analysis of the steel, using wet chemical and spectroscopic techniques, showed that the composition 
was within specifications. The average hardness of the steel was 48 HRC. A 1.3-cm (0.505-in.) diam tensile specimen 
removed from the center of one of the shafts failed in a brittle manner at a tensile stress of 1572 MPa (228 ksi). 

The microstructure of the steel was fine, dispersed, tempered martensite with elongated stringers of manganese sulfide. 
Also present were spheroidized white particles that were identified as high-alloy complex carbides (M 6 C) corresponding 
to the double carbides Fe 4 Mo 2 C and Fe 4 Cr 2 C. Microscopic examination of the edge of the fracture surface at 100 and 
lOOOx revealed some nonmetallic oxide-sulfide segregation. 


A6 tool steel 

Rockwell C 48 





Visual examination of the fracture surface revealed both a smooth area and a coarse, granular area (View B, Fig. 1). The 
dull, smooth area is typical of some fatigue fractures and resulted as the crack was opened and closed by the bending 
stress. Beach marks on the smooth area of the fracture surface also indicate fatigue fracture. The coarse, bright, 
crystalline-appearing area is the final-fracture zone. The smooth-textured fatigue zone is relatively large compared with 
the crystalline-textured final-fracture zone, which indicates that the shaft was subjected to a low overstress. The final- 
fracture surface at bottom shows that a one-way bending load was involved. 

The fatigue crack was initiated in a 0.25-mm (0.010-in.) radius fillet at a change in section (“Original design,” Section A- 
A, Fig. 1). Cracking was nucleated by a nonmetallic inclusion that intersected the surface at a critical location in the fillet. 
Conclusions. The shafts fractured in fatigue as the result of a low-overstress, high-cycle unidirectional-bending load. 
The small radius of the fillet at the change in section resulted in a stress concentration that, in conjunction with the oxide- 
sulfide inclusion that intersected the surface of the fillet, initiated a crack. 

Corrective Measures. New shafts were made with a 2.4-mm (0.09-in.) radius fillet at the critical change in section 
(“Improved design,” Section A-A, Fig. 1). The larger-radius fillet minimized stress concentration in this region and 
prevented recurrence of failure. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Fatigue Fracture of a Rolling-Tool Mandrel Initiated at Cracks Formed by 
Machining of a Hole 

From: D.J. Wulpi, Failures of Shafts, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 459-482 


Abstract: The A2 tool steel mandrel, part of a rolling tool used for mechanically joining two tubes was fractured after making five 
rolled joints. A 6.4-mm diameter hole was drilled by EDM through the square end of the hardened mandrel due to difficulty was 
experienced in withdrawing the tool. The fracture progressed into the threaded section and formed a pyramid-shape fragment after 
it was initiated at approximately 45 degrees through the hole in the square end. An irregular zone of untempered martensite with 
cracks radiating from the surface of the hole (result of melting around hole) was revealed by metallographic examination. A 
microstructure of fine tempered martensite containing some carbide particles was exhibited by the core material away from the hole. 
Brittle fracture characteristics with beach marks were exhibited by the fracture surfaces which is characteristic of a torsional fatigue 
fracture. As a corrective measure, the hole through the square end of the mandrel was incorporated into the design of the tool and 
was drilled and reamed before heat treatment and specified hardness of the threaded portion and square end of the mandrel was 
reduced. 

Keywords: Drilling; Electric discharge machining; Rockwell hardness 


Material: AZ (Air-hardening medium-alloy cold-work tool steel), UNS T30102 


Failure types: Metalworking-related failures; Fatigue fracture 


The mandrel shown in Fig. 1 was part of a rolling tool used for mechanically joining two tubes before they were installed 
in a nuclear reactor. The operation consisted of expanding the end of a zirconium tube into a stainless steel cylinder 
having an inside diameter slightly larger than the outside diameter of the zirconium tube. 





Fig. 1 A2 tool steel mandrel for a tube-expanding tool. Fracture originated at a 6.3-mm (0.25-n.) diam hole in 
the square end that was drilled by EDM. The fractograph shows a crack pattern on the fracture surface that 
originated at the hole. 

Difficulty was experienced in withdrawing the tool, and a 6.4- mm (0.25-n.) diam hole was drilled by EDM through the 
square end of the hardened mandrel. The mandrel, which fractured after making five rolled joints, was made of A2 tool 
steel. The tapered end was hardened to 60 to 61 HRC, and the remainder of the mandrel to 50 to 55 HRC. 
Investigation. Fracture had occurred at approximately 45° through the 6.4-mm (0.25-in.) diam hole in the square end 
and progressed into the threaded section to form a pyramid-shape fragment (Detail A, Fig. 1). The fracture surfaces 
exhibited brittle fracture characteristics but with clearly defined beach marks. The fracture pattern was characteristic of a 
torsional fatigue fracture. 

The fracture originated on both sides and near the top of the hole in the square end, as shown in the fractograph in Fig. 1 
(the poor surface finish of the hole is visible). Examination at approximately lOx revealed that the rough surface was the 
result of the metal having been melted. 

Metallographic examination (at 250x) of specimens taken through the fracture origin revealed that melting had occurred 
around the hole, resulting in an irregular zone of untempered martensite with cracks radiating from the surface of the hole. 
The core material away from the hole exhibited a microstructure of fine tempered martensite containing some carbide 
particles. The martensitic zones around the hole had a hardness of 68 to 70 HRC. The core structure had a hardness of 60 
to 61 HRC. 

Conclusion. Failure of the mandrel was the result of torsional fatigue initiated by cracks formed by the EDM process 
used to drill the hole in the square end. Propagation of the fatigue crack was accelerated by the hardness of the material, 
which was considered exceptionally high for this application. 

Corrective Measures. The hole through the square end of the mandrel was incorporated into the design of the tool 
and was drilled and reamed before heat treatment. The specified hardness of the threaded portion and square end of the 
mandrel was changed to 45 to 50 HRC, from the original hardness of 50 to 55 HRC. The specified hardness of the tapered 
end remained at 60 to 61 HRC. 


Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 700-727 


Service Failure of a Die Insert Made From AISI D2 Tool Steel 

Hector H. Menke, Stamping and Frame Division, The Budd Company 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: An AISI D2 tool steel insert from a forming die used in the manufacture of automotive components failed prematurely 
during production. Results of various analyses and simulation tests indicated fatigue failure resulting from improper heat treatment. 
The fatigue fracture originated because of a highly stressed condition produced by a sharp corner combined with low toughness from 
ineffective tempering. It was recommended that 25 other inserts that belonged to the same die be double tempered. 

Keywords: Automotive components; Die drawing; Die stamping; Forming dies 

Material: D2 (High-carbon high-chromium cold-work tool steel), UNS T30402 

Failure types: Fatigue fracture; Heat treating-related failures 


Background 

An AISI D2 tool steel insert from a forming die used in the manufacture of automotive components failed prematurely 
during production. 

Applications 

In an automotive stamping plant, forming dies are used for the manufacture of metal stampings. These dies are very 
complex tools that comprise many parts manufactured from a variety of cast iron and steel grades. This particular die 
contained 26 inserts located around the binder ring. 

Circumstances leading to failure 

After 14.520 production cycles, one of the inserts failed. Under normal operating conditions, the expected life of similar 
tools exceeds 300,000 cycles. Because of the complexity of the drawing operation, the direction of the forces developed 
during a cycle could not be accurately determined. It was estimated that a combination of loads, parallel and 
perpendicular to the hole axis, took place. 

Pertinent specifications 

The steel specified for the manufacture of the insert was AISI D2 tool steel, heat treated to 56 to 58 HRC. 

Specimen selection 

The broken insert, which measured 65.66 mm (2.585 in.) at the base, 59.7 mm (2.350 in.) at the top face, 31.75 mm 
(1.250 in.) wide, and 250 mm (10 in.) long, was submitted for examination, The piece had been variously machined. Two 
holes had been made 34.3 mm (1.350 in.) from each end of the tool. The first, from the base of the part, was 25.4 mm 
(1.00 in.) in diameter and 19.3 mm (0.760 in.) long. A smaller hole, 17.4 mm (0.687 in.) in diameter and 12.4 mm (0.490 
in.) long, was machined toward the top face. One end of the tool broke in service (Fig. 1). 




Fig. 1 As-received fractured insert. 

Visual Examination of General Physical Features 

No abnormal surface conditions or temper discolorations were observed on the surfaces of the asreceived fractured piece. 

Testing Procedure and Results 

Nondestructive evaluation 

Liquid penetrant examination. To ascertain whether any other cracks existed in the tool, the opposite end of the 
tool was coated with liquid penetrant (Fig. 2). The test showed a light crack that emanated from the walls of the smaller 
hole and propagated to the side of the tool. 



o 


Fig. 2 Crack condition after liquid penetrant testing. 


Surface examination 




Macrofractography. Examination of the asreceived fractured surface using a stereomicroscope showed that the 
failure had been produced by fatigue, as evidenced by the characteristic arrest lines on the part surface that proceeded in 
stages and were arranged concentrically around the origin of the fracture (Fig. 3). The origin of the fracture was located at 
the change in section between the large and small-diameter holes (Fig. 3, arrow). 




Fig. 3 Arrest lines running concentrically around the origin of the fatigue fracture. 

The end coated with liquid penetrant was broken with a hammer to observe the crack surfaces. In Fig. 4, arrow 1 shows 
the surface where the crack was discovered by the liquid penetrant. A crack similar to the one that caused the insert 
failure is visible, with its origin at the change in section between the large-and small-diameter holes (sharp corner at 
arrow 2). 


Fig. 4 Fractograph showing fatigue cracking emanating from the sharp corner. Area a, fatigue fracture surface; 
area b, ductile fracture. 

Figure 5 is an enlargement of the area at arrow 2 in Fig. 4. The walls of the large -and small-diameter holes are identified 
by arrows 3 and 4. The single arrow points to the extremely sharp corner at the change in sections where the crack 
originated. 






Fig. 5 Higher-magnification view of Fig. 4 at the origin of the fatigue fracture. 

The fractured surface in Fig. 4 (arrow 2) shows the initiation of the crack and its propagation inward from the corner at 
approximately 45° to the hole axis. The crack exhibited a fine-grained, flat-faced surface (area a). Light temper 
discoloration was observed on the surface of this crack, indicating that cracking occurred after quenching and before 
tempering. The appearance of the color indicated that the oxidation process took place at about 204 °C (400 °F). Area b in 
Fig. 4 shows the typical fmal fracture zone, which had a fibrous condition that developed under impact. 

Another surface condition observed in this area was the machined hp on top of the small hole (Fig. 5, arrow 5). A more 
detailed view of this surface is shown in Fig. 6 (arrow 6). The sharp corner and the rough surface produced from 
machining of the hole acted as notches. Most fatigue cracks originate from stress-concentration sites. The higher the 
strength of the steel, the higher its notch sensitivity. 


Fig. 6 Fractograph showing the rough machined surface at the top of the small-diameter hole. 

Metallography 


Microstructural Analysis. Microscopic examination of a section of the cracked insert disclosed massive carbide 
particles and small spheroidal carbides precipitating at the grain boundaries. The matrix was comprised of untempered 





Fig. 7 Micrograph showing the untempered martensitic structure of the as-received tool. Nital etch. lOOOx. 

The untempered martensite condition indicated that the tempering temperature was no higher than 204 °C (400 °F). This 
was also evident by the light temper discoloration found on the wall of the fractured surface and by the hardnesses 
detected in the piece (62 to 64 HRC). It appeared that the tool had not received a second tempering. 

Crack Origins/Paths. Examination of the part surfaces revealed cracks running from the surface toward the center of 
the piece in the intergranular manner typical ofquench cracking. No decarburization or scale was present on the surfaces 
of the crack (Fig. 8)._ 



Fig. 8 Micrograph showing cracking that emanated from the surface toward the center of the piece (typical of 
quench cracking). Nital etch. 250x. 


Chemical analysis/identification 


Chemical analysis identified the material as AISI D2 (high-carbon/high-chromium) tool steel. 


Mechanical properties 


The hardness of the as-received tool was 62 to 64 HRC, indicating that the material had been given a very light 
temper that did not suffciently reduce the brittleness of the part. 

Simulation tests 

The pieces were submitted for an additional tempering operation: 525 °C (980 °F) for 2h + 230 °C (450 °F) for 2h. After 
double tempering, the pieces were again microscopically examined. The matrix consisted of properly tempered martensite 



Fig. 9 Micrograph showing a properly tempered martensitic structure after a retempering operation. Nital etch. 
lOOOx. 

Discussion 

The results of the surface examination by macrofractography showed that the material underwent fatigue failure. Further 
testing showed that the surface of the as-received fractured tool was free of surface defects. The hardnesses found in the 
tool (62 to 64 F1RC) indicated that the material was in a highly stressed or brittle condition. 

The tool had been variously machined, and the origin of the crack was located at the change in section (sharp corner) 
between large- and small-diametier holes. Incipient cracks were also detected on the opposite end of the tool with the aid 
of a liquid penetrant. After sectioning, the surface of one of the incipient cracks showed a light tempered discoloration. 
Additional quench cracks were revealed by metallographic examination. 

Microscopic examination showed a matrix of untempered martensite. After an additional double tempering operation, the 
hai dncss of the tool was 55 to 58 HRC, and the microstructure consisted of properly tempered martensite. 

Conclusion and Recommendations 

Most probable cause 

The origin of the fatigue fracture was attributed to one or a combination of the following: 

• Ineffective tempering, which failed to reduce the as-quenched brittleness of the tool 

• Presence of sharp corner, which acted as a stress raiser, at the change in section between the large- and small- 
diameter holes 

• Rough machined surface at the top of the small hole 

Remedial action 

The material had been hardened from the high side of the austenitizing temperature range and only slightly tempered. 
Double tempering is necessary for tool steels, because they retain more austenite than do steels of lower alloy content. 
The first temper relieves the stresses from the as-quenched martensite and at the same time conditions the retained 


austenite to transform into martensite upon cooling from the tempering temperature. If the second tempering is omitted, 
the tool will remain in the as-quenched condition and will eventually break. 

How failure could have been prevented 

It was reconunended that, short of a redesign of the tool, sharp corners be eliminated and proper heat treating operations 
be performed. Air-hardening tool steels are less likely to crack than water-or oil-hardening tool steels. However, the 
omission of a tempering treatment can cause an air-hardening tool steel to crack. 

Related Information 

G.E. Totten, M. Narazaki, R.R. Blackwood and L.M. Jarvis, Failures Related to Heat Treating Operations, Failure 
Analysis and Prevention , Vol 1 I, ASM Handbook, ASM International, 2002, p 192-223 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 


Fracture of a Forging Die Caused by Segregation. 

From: E. Kauczor, Prakt. Metallogr. Vol 8, July 1971, p 443-446, as published in Failures Related to Metalworking, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 81-102 

Abstract: A cross-recessed die of D5 tool steel fractured in service. The die face was found to be subjected to shear and tensile 
stresses as a result of the forging pressures from the material being worked. The presence of numerous slag stringers was revealed 
by microscopic examination of an unetched longitudinal section taken through the die. The pattern was microscopically revealed 
after etching with 5 % nital to be due to severe chemical segregation or banding. Considerable variation in the hardness, 
corresponding to the banded and non banded regions across the face of the specimen was observed. The fracture was found to have 
originated near the high-stress region of the die face examination of the fracture surface. Failure of the die was concluded to have 
originated in an area of abnormally high hardness which is prone to microcracking during heat treatment for this grade of tool steel. 
Keywords: Banded structure; Chemical segregation; Forging dies 


Material: D5 (Fligh-carbon high-chromium cold-work tool steel), UNS T30405 


Failure type: Metalworking-related failures 


A cross-recessed die of D5 tool steel fractured in service. The die face was subjected to shear and tensile stresses as a 
result of the forging pressures from the material being worked. Figure 1(a) illustrates the fractured die. 
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Fig. 1 A D5 tool steel forging die that failed in service because of segregation, (a) Hardness traverse correlated 
with the microstructure of the die. (b) Section through one arm of the cross on the recessed die face showing a 
severely segregated (banded) structure. Etched with 5% nital. (c) Micrograph of the segregated area. Etched 
with 5% nital. 200x 

Investigation. A longitudinal section was taken through the die to include one arm of the cross on the recessed die 
face. The specimen was polished and examined in the unetched condition. Examination revealed the presence of 
numerous slag stringers. 

The polished specimen was then etched with 5% nital. A marked banded structure was evident even macroscopically (Fig. 
lb). Microscopic examination revealed that the pattern was due to severe chemical segregation or banding (Fig. lc). 
Hardness measurements were then conducted across the face of the specimen in locations corresponding to the banded 
and nonbanded regions. These results (Fig. la) showed that the segregated region is considerably harder than the 
neighboring material. The reason is that the increased carbon content of the segregated region, together with its higher 
alloy content, makes the region more responsive to what would have been normal heat treatment for this grade of tool 
steel. 

The high-hardness material is also subject to microcracking on quenching; microcracks can act as nuclei for subsequent 
fatigue cracks. Examination of the fracture surface revealed that the fracture originated near the high-stress region of the 
die face; however, no indications of fatigue marks were found on either a macroscale or a microscale. 











Conclusions. Failure of the die was the result of fracture that originated in an area of abnormally high hardness. 
Although fatigue marks were not observed, the fact was that the fracture did not occur in a single cycle but required 
several cycles to cause failure. 

Related Information 

G.F. Vander Voort, Failures of Tools and Dies, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM 
International, 1986, p 563-585 


Failure of Tool Steel Pylon Attachment Stud 

From: R.S. Charlton, J.A. Hanck, F.H. Meyer, and L.J. Korb, Corrosion in the Aircraft Industry, Corrosion, Vol 13, ASM Handbook, 
ASM International, 1987, p 1019-1057 


Abstract: A failed H-ll tool steel pylon attachment stud was found during a routine walk-around inspection. The stud exhibited 
gross localized corrosion pitting at several different areas on its surface. Light general rust was also evident. Severe pitting occurred 
near the fracture location. The fracture face contained evidence of intergranular SCC as well as ductile dimples. The protective 
coating was found to be an inorganic water-base aluminide coating having a coating thickness of 7.5 to 13 aem (0.3 to 0.5 mil). The 
coating was of a nonuniform mottled nature. It was concluded that the failure of the pylon attachment stud was caused by general 
corrosion followed by SCC. The stud was not adequately protected against corrosion by the coating. It was recommended that the 
coating be applied to a thickness of 38 to 75 micrometers (1.5 to 3 mils) to provide long-time corrosion resistance. The coating must 
be either burnished or cured at 540 deg C (1000 deg F) to provide cathodic protection to the steel. Other coatings, such as cadmium 
or aluminum, were also recommended if a thinner coating is needed. 

Keywords: Cathodic protection; Protective coatings; Studs 


Material: Fill (Flot-work tool steel), UNS T20811 


Failure types: Stress-corrosion cracking; Pitting corrosion 


The failed pylon attachment stud illustrated in Fig. 1(a) was reportedly found during a routine walk-around inspection. 
Flalf of the stud was found lying on the apron under the aircraft. 




Fig. 1 H -11 tool steel pylon attachment stud (a) that failed by corrosion, (b) Gross pitting corrosion on the 
stud surface near the fracture site. Note the irregular, mottled appearance of the coating, (c) Fracture surface 
of the stud showing extent of corrosion within the stud (dark area). The arrow points to one major crack caused 
by stress corrosion, (d) SEM showing stress-corrosion damage on the fracture face. 315x 

Investigation. The stud exhibited gross localized corrosion pitting at several different areas on its surface. Light 
general rust was also evident. Severe pitting near the fracture location is illustrated in Fig. 1(b). The extent of the 
corrosion damage into the stud is shown on the fracture surface (Fig. lc). The relatively clean and recent area of the 
fracture face is not entirely overload failure mechanism, but contains evidence of intergranular SCC as well as ductile 
dimples. Figure 1(d) is a scanning electron micrograph showing intergranular SCC on the fracture face. 

The bolt is specified to be FI-11 tool steel heat heated to 46 to 49 F1RC (ultimate tensile strength: 1517 to 1655 MPa, or 
220 to 240 ksi). Hardness measurements of 47 FIRC confirmed the heat treatment to be correct. The protective coating 
was found to be an inorganic water-base aluminide coating having a coating thickness of 7.5 to 13 pm (0.3 to 0.5 mil). It 
was noted that the coating was of a nonuniform mottled nature. 

Conclusions. It was concluded that the failure of the pylon attachment stud was caused by general corrosion followed 
by SCC. The stud was not adequately protected against corrosion by the coating. 

Recommendations. It was recommended that the coating be applied to a thickness of 38 to 75 pm (1.5 to 3 mils) to 
provide long-time corrosion resistance. The coating must be either burnished or cured at 540 °C (1000 °F) to provide 
cathodic protection to the steel. Other coatings, such as cadmium or aluminum, were also recommended if a thinner 
coating is needed. 

Related Information 

Forms of Corrosion, Failure Analysis and Prevention, Vol 11 ,ASM Handbook, ASM International, 2002, p 761-795 



W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 
2002,p 823-860 


Failure Analysis of Aircraft Landing Gear Components 

M. Roth and M. Yanishevsky, Quality Engineering Test Establishment; P. Beaudet, Aerospace Support 
Engineering, National Defense Headquarters 


From: Failure Analysis Techniques and Applications (Proceedings of the First International Conference on Failure Analysis), J.I. 
Dickson, E. Abramovici, and N.S. Marchand, Ed., ASM International, 1992 


Abstract: Despite extensive aircraft landing gear design analyses and tests performed by designers and manufacturers, and the 
large number of trouble-free landings, aircraft users have experienced problems with and failures of landing gear components. 
Different data banks and over 200 failure analysis reports were surveyed to provide an overview of structural landing gear 
component failures as experienced by the Canadian Forces over the last 20 years on more than 20 aircraft types, and to assess 
trends in failure mechanisms and causes. Case histories were selected to illustrate typical problems, troublesome failure 
mechanisms, the role of high strength aluminum alloys and steels, and situations where fracture mechanics analyses provided 
insight into the failures. The two main failure mechanisms were: fatigue occurring mainly in steel components, and corrosion-related 
problems with aluminum alloys. Very few overload failures were noted. A number of causes were identified: design deficiencies and 
manufacturing defects leading mainly to fatigue failures, and poor materials selection and improper maintenance as the principal 
causes of corrosion-related failures. The survey showed that a proper understanding of the failure mechanisms and causes, by 
thorough failure analysis, provides valuable feedback information to designers, operators and maintenance personnel for appropriate 
corrective actions to be taken. 

Keywords: Axles; Cylinders; Landing gear; Maintenance; Materials selection Materials selection; Wheels 


Materials: 2014 (2xxx series, wrought aluminum copper), UNS A92014; 7079 (7xxx series, wrought aluminum zinc), UNS A97079; 
Fill (Flot-work tool steel), UNS T20811; 4340 (Nickel-chromium-molybdenum alloy steel), UNS G43400; 300M (Ultrahigh-strength 
steel), UNS K44220 


Failure types: Corrosion fatigue; Pitting corrosion; Stress-corrosion cracking 


Introduction 

Landing gears are designed to provide aircraft support and control when on the ground (steering and stopping) and to 
absorb the loads associated with landing and taxiing. Since they are not used in flight, landing gear components have been 
designed to meet design and limit loads using materials with high specific strengths in order to cany out their functions 
with minimum weight and use of space. Despite the extensive landing gear design analyses and tests canied out by the 
designers and manufacturers, and the large number of trouble-free landings accumulated by the users, the Canadian 
Forces (CF), as well as others, have experienced a range of problems and failures with landing gears. 

This paper presents the results of a study of the failures of structural landing gear components as experienced by the CF 
over the last 20 years on more than 20 aircraft types. A number of data bases were surveyed and over 200 landing gear 
failure analyses were reviewed. A few of these failure analysis case histories are presented to illustrate: typical problems 
encountered, the most troublesome failure mechanisms, the role of material selection, and examples where fracture 
mechanics analyses provided insight into the failure. The failure analysis findings were statistically analyzed to provide a 
distribution of the failure mechanisms as a function of materials. As well, the mechanisms were correlated with the main 
failure causes (i.e., design, material selection, manufacturing and maintenance). 

Data Banks Surveyed 

The Canadian Forces aircraft maintenance management information system and the aircraft accident/incident reporting 
system were surveyed in order to obtain statistical information on landing gear system failures. The former records all in- 
service maintenance actions per system, sub-system and individual components for all CF aircraft and provides general 
information without indicating the failure mechanism or cause. The latter system records all flight safety related 
accidents/incidents with a description of the failure, permitting identification of the causes in some cases. Despite their 
limitations, these information systems indicated that landing gears rank second, right after engines, as systems prone to 
failures. Furthermore it was determined that a failure in a landing gear system often resulted in a flight safety 
accident/incident. The data also showed that no overload failures were reported as a result of hard landings; however, 
overload failures did occur during abnormal landings such as skidding of the runway. 



The reports of over 200 landing gear structural component failures investigated by the Quality Engineering Test 
Establishment over the last 25 years were reviewed. They were the only source of detailed information on mechanisms 
and causes and these formed the basis for the case histories and analyses of the trends in failure mechanisms and causes. 

Case Histories 

Main landing gear truck beam of a large transport aircraft. A main landing gear truck beam from a large 
transport aircraft fractured on the ground just after refuelling as a result of a circumferential crack located about 0.14 m 
(5.5 in) forward of the oleo attachment point (Fig. 1). The part was made from 4340 steel heat treated to an ultimate 
tensile strength (UTS) in the 1800-1930 MPa (260-280 ksi) range. The part had been treated with manganese phosphate, 
primed and painted on both inner and outer surfaces. No sacrificial coating, such as cadmium, had been applied in an 
attempt to minimize the possibility of hydrogen embrittlement. A corrosion preventive compound was also applied to 
newly manufactured parts for additional protection. 



Fig. 1 a: Fractured main landing gear truck beam with axles, b: Overview of the fracture surface, the 
semicircular stress corrosion crack can be seen at bottom just right of centre (arrow) and a corroded area at 
inside top. c: Overview of the semicircular stress corrosion crack zone, the arrow indicates the initiation site 
( x 5). 

Visual and microscopic examination of the fracture surface revealed that final failure had emanated from a small, nearly 
semicircular shaped crack, 12 mm (0.47 in) long by 8 mm (0.31 in) deep, with intergranular features, most likely a 
manifestation of stress corrosion cracking (SCC) (Figs 1). The transition from intergranular cracking to overload was 
abrupt. The stress corrosion crack had initiated at a corrosion pit which, at the time of failure, was quite broad but shallow 
(10 mm surface length by 0.3 mm deep) (Fig. 1). Extensive corrosion in the form of shallow pits was observed in the 
forward portion of the beam in the vicinity of the fracture and particularly in an area at the inside top of the beam (Fig. 1). 
A fracture mechanics analysis of the failure was carried out. It confirmed that the actual stress corrosion crack 
corresponded to the theoretical critical crack size for the situation and that the stress intensity ahead of the corrosion pit, 

assuming that it behaved as a crack, corresponded to the K IS cc value given in the literature: 20 MPaV (18 ksiV ill) ( 
1). The analysis also established that the critical crack size, assuming “worst case” design conditions (ground turn flat) 
would be about 3.2 mm (0.13 in) long by 1.6 mm (0.06 in) deep and located 90° from the bottom of the beam; however, it 
is less likely that a stress corrosion crack would occur in that location. Fimited data on stress corrosion crack growth for 
4340 steel suggested that crack growth from a crack the depth of the corrosion pit could have occurred quite rapidly under 
full load conditions ( 2). The scarcity of relevant stress corrosion crack growth data corresponding to in-service 
environments and the potential large sensitivity of the crack growth rate with small variations in the environment make 
predictive analysis very difficult in the case of SCC. 

To prevent a recurrence, the emphasis was therefore placed on preventing or detecting and repairing any breaks in the 
protective coating. The manufacturer had addressed the widespread corrosion problem by recommending the 





reapplication of corrosion inhibitors at least annually or as part of the wash cycle. In this particular case, this measure had 
not yet been implemented and the aft of the beam was sealed by an unspecified plug which prevented drainage and drying 
out of the inside of the beam. Also, since the phenomena of corrosion and SCC are not dependent on flying time, a 
criterion other than flight time should be used as the basis for inspection or maintenance intervals. 

Main landing gear axle of a transport aircraft. During a training flight landing, one of the axles of the main 
landing gear of a light transport aircraft fractured in a complex helical manner around the lock pin hole at the bottom 
centre of the axle (Figs 2). The 0.755 m (29.7 in) long axle was made from AISI HI 1 tool steel tube and heat treated to a 
UTS in the 1650-1790 MPa (240-260 ksi) range except for the ends which were in the 1240-1380 MPa (180-200 ksi) 
range. The outside surface was chromium plated to a thickness of 0.05 to 0.075 mm (0.002 to 0.003 in) and the lock pin 
hole flash chromium plated to a thickness of 0.0075 to 0.0125 mm (0.0003 to 0.0005 in). The inside surface was coated 
with a corrosion preventive compound. 



Fig. 2 a: Fractured axle half attached to one of the wheels, b: Matching half, fracture started at the lock pin 
hole and propagated as indicated by the arrows, c: Fracture surface in the vicinity of a corrosion pit in the lock 
pin hole, the arrow points to the location of the fatigue crack shown below (x40). d: The dotted line outlines 
the extent of the fatigue crack (x 170). 

Detailed examination of the broken axle revealed that the final fracture process had originated at a very small fatigue 
crack, 0.5 mm (0.020 in) long by 0.1 mm (0.004 in) deep spanning about half the width of a small and relatively shallow 
corrosion pit (Figs 2). Other pits were present around the hole and they likely resulted from the ingress and accumulation 
of moisture at the axle locating hole and pin joint. 

Fracture mechanics modelling showed that, because of the high operational stresses and poor damage tolerance properties 

of Hll steel employed (mean room temperature fracture toughness of approximately 37 MPaV^^ at the relevant 
strength level), very small crack-line discontinuities including corrosion pits, that cannot be reliably inspected, could 
cause catastrophic failure of the axle during normal operation. The criticality of these crack-like discontinuities is further 
aggravated by cold temperatures. A 10% reduction in toughness is expected at 5°C (40°F) and a 25% reduction at -40°C 
(-40°F) compared to that at room temperature ( 3). 

Replacement parts have been designed to provide larger margins of safety under ultimate and limit load conditions and 
infinite fatigue life using 300M steel heat treated to a UTS in the 1960-2070 MPa (270-300 ksi) range; the corresponding 

mean room temperature fracture toughness, 60 MPaV ^ (55ksi\/ui), is significantly higher than that of the original 
material. Nevertheless, proper maintenance is imperative with this replacement material to avoid situations where 
corrosion or SCC could occur. This will be discussed in the next case in more detail. 

Axle, crank lever of fighter aircraft main landing gear. A main landing gear axle of a fighter aircraft failed 
catastrophically upon landing when the hub locating the axle in the hydraulic tube fractured circumferentially (Figs 3). 
This failure damaged the aircraft; however, the situation could have been much more serious since the aircraft was 
leading a formation landing, and it ditched off the runway following the failure. The axle assembly was made from 300M 
steel heat treated to a UTS in the 1800-1930 MPa (260-280 ksi) range. The paid was shot peened. The outer contact 
surfaces were chromium plated, while the non-contact surfaces were coated with ion vapour deposited (IVD) aluminium. 
The inside of the hub, which has a polygon shape to accommodate a crank lever, was coated with electroless nickel. 



Fig. 3 a: Main landing gear components: broken axle (1) and crank lever (2). b: Details of the axle showing 
the longitudinal crack in the hub and the circumferential fracture, c: Inside of the hub showing flaking (1), 
damage (2) to the electroless nickel coating and corrosion pitting (3) at the origin of longitudinal/radial stress 
corrosion crack (dotted line), d: The 75mm (2.95 in) long stress corrosion crack in the lever initiated at a 
corrosion pit (arrow) in an area where the IVD aluminium coating had disappeared. 

During the investigation, the failure sequence was established. Flaking and cracking damage to the electroless nickel by 
the crank lever led to corrosion pitting of the exposed steel (Fig. 3). A stress corrosion crack initiated at one of the pits 
and grew radially and longitudinally in the hub (Fig. 3). When the crack had reached the critical size, 13 mm (0.5 in) long 
by 6 mm (0.25 in) deep, rapid cracking occurred until the longitudinal crack stopped due to reduced stresses. Cracking 
resumed intergranularly, likely again by SCC, but mainly in a circumferential direction because of the different 
orientation of the principal tensile stress there, leading to catastrophic failure when it had reached a critical length of 
about 40 mm (1.57 in). 

The crank lever of a similar aircraft was found with a 75 mm (2.95 in) long crack (Fig. 3). This part was also made from 
300M steel, heat treated to a UTS in the 1930-2000 MPa (280-290 ksi) range and shot peened. The heal ing surfaces were 
chromium plated and the non-bearing surfaces were IVD aluminium coated. A stress corrosion crack had initiated at one 
of many small corrosion pits in the radius where most of the IVD aluminium had disappeared from corrosion or where 
occasional poor adhesion had left the steel unprotected (Fig. 3). 

These failures were promoted by a number of factors: a poor seal design between the axle and the lever assembly which 
did not prevent water ingress, insufficient lubrication points, and the inherently low resistance of the 300M steel 
employed to SCC in aqueous environments. The water/soap solution used under high pressure to wash the aircraft could 
also have contributed to corrosion by removing lubricant or infiltrating into sealed assemblies. 

The main corrective steps taken have been to minimize water ingress by improving the seals, to use gentler washing 
procedures, and to install lubrication points for periodic filling of the hub cavity with grease. 

Main-landing gear cylinder of a fighter aircraft. Following a landing, the main landing gear shock strut was 
found deflated and fractured from top to bottom (Fig. 4). This was the first and most dramatic manifestation of a 




subsequently widespread problem. The strut housings 
temper, shot peened and anodized in sulphuric acid. 




were forged from aluminium alloy 7079, heat treated to the T6 


Fig. 4 a: Failed shock strut assembly: (A) indicates the eye-bolt with beryllium copper bushing and (B) the 
eye-bolt region on the strut housing, b: The dotted line indicates the extent of the stress corrosion crack at the 
origin of the failure. 

The fracture surface was flat, normal to the cylinder wall and coincided with the forging flash line. The failure of the part 
resulted from the presence of a nearly semicircular stress corrosion crack approximately 12 mm (0.5 in) in radius and 
centered in the eye-bolt bore surface (Fig. 4). The surface was only slightly damaged and did not show signs of corrosion 
pitting. Service loads were transmitted from the eye-bolt to the strut through press fit beryllium copper bushings which 
had been lubricated with molybdenum disulphide grease. 

The SCC failures occurred in parts made from a material now well known for its severe susceptibility to SCC. In this 
particular case, contributing factors were exposure of the end grains in the hole and possibly a galvanic couple between 
the aluminium forging and the beryllium copper bushings in the presence of an electrolyte formed by the grease 
contaminated with water. New parts were manufactured using aluminium alloy 7049 and heat treated to the T73 temper 
showing improved SCC resistance. The new bushings are cadmium plated on their outer surfaces and a multipurpose 
grease is now employed. 

Nose-landing gear cylinder of a large transport aircraft, the nose landing gear outer cylinder of a large 
transport aircraft failed catastrophically during landing (Fig. 5). The part was machined from a 7079 aluminium alloy 
forging and heat treated to the T6 temper. It was shot peened and anodized. At a later stage, an interference fit steel sleeve 
was installed in order to line the inside of the bore. 
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Fig. 5 a: The nose landing gear cylinder fracture originated at the fatigue crack in the bore radius. The arrow 
points to the 0.65m (25.6 in) long longitudinal crack, b: Fatigue crack (2.5mm (0.10 in) maximum depth by 
70° arc) initiated at the inside radius at the top of the bore, c: The elliptical stress corrosion crack, at the origin 
of the longitudinal crack, initiated at the interface between the aluminium alloy and a flame sprayed coating. 

The fracture at the top of the cylinder bore had originated at a narrow fatigue band (2.5 mm maximum depth by 70° arc) 
which had initiated at the inside radius at the top of the bore and was centered on the forward side. The fatigue zone 
consisted of a 2 mm (0.08 in) deep fatigue band followed by a narrow region of rapid crack extension and a very narrow 
fatigue band (Fig. 5). The cylinder also contained a longitudinal crack through its wall 0.65 m (25.6 in) long. The crack 
had propagated from a 35 mm (1.38 in) long elliptically shaped stress corrosion crack (Fig. 5) which, along with some 
smaller ones, had initiated at the interface between the 7079 alloy and a flame sprayed aluminium-silicon coating which 
exhibited poor adhesion in some areas. The stress corrosion crack was approximately 40° away from the forging flash 
line. 

Similar problems had been reported by the paid manufacturer who attributed fatigue cracking to an excessively shaip 
radius at the top of the bore. In the present case the radius exceeded the minimum allowable dimensions. Because 
evidence of SCC was found by non-destructive testing on all other cylinders in service, they were replaced with parts 
made of 7049-T73 aluminium alloy. Changing the material will improve the SCC resistance properties significantly but 
not the fatigue properties to the same degree. In this respect, not much will be gained with this material substitution unless 
the stress corrosion crack had in fact contributed significantly to the onset of fatigue cracking. 

Nose-landing gear cylinder of a light transport aircraft. The trunnion area of the nose landing gear cylinder 
of a light transport aircraft fractured in a number of cases due to shimmying. In another instance, a long crack was 
observed in the trunnion area (Fig. 6). The cylinder was made from 2014 aluminium alloy and heat treated to the T6 
temper. 





Fig. 6 a: The 0.34m (13.4 in) long crack emanated from a fatigue crack in the trunnion radius, b: 32mm (1.26 
in) long and 2mm (0.08 in) deep critical fatigue crack. 

A 0.34 m (13.4 in) long rapid-fracture crack had emanated from a small fatigue crack 32 mm (1.26 in) long by 2 mm 
(0.08 in) deep located in the trunnion radius (Fig. 6). There was some evidence of fretting which could have facilitated 
fatigue initiation. Liquid penetrant inspection revealed an additional small crack diametrically opposite to the first one, 
indicating reversed bending conditions on the trunnion where an assembly arm, linking the end of the steering actuator 
and the upper torque arm, fitted. The fracture mechanics analysis of the failure showed that the fatigue crack size was 
critical for normal operating condition loads and that the trunnion area was underdesigned to carry the actuator limit load 
without local yielding. There were also some doubts whether the ultimate design load was in fact the worst service load 
case. 

Modification to the actuator and redesign of the trunnion area, accomplished by adding a reinforcement to the assembly 
arm to distribute the loads around the main cylinder, eliminated further cracking and shimmying occurrences. 

Wheels. Over the years, a large number of wheels on all aircraft types have been found cracked and a few have failed 
catastrophically (Fig. 7). The cracks had been discovered as a result of deflated tires and by NDT inspection. These 
failures occurred after only a few years in service for some and much longer for others. Some of these wheels were made 
from magnesium alloys; all the others were forged from 2014 aluminium alloy, heat treated to the T6 temper, anodized in 
sulphuric acid, and painted. 





Fig. 7 a: Catastrophic wheel failure from a 0.14m (5.5 in) long fatigue crack which had initiated on the 
weather side, b: The arrows point to corrosion pits at the origin of a fatigue crack (x5). c: Pitting followed by 
intergranular cracking, the dotted line marking its extent, and then fatigue (x40). d: Transition from 
intergranular to fatigue cracking (x700). 

Many of these failures could be traced to corrosion pitting on the weather side of the wheels. Some of the pitting was 
promoted by fretting from parts such as heat shields which damaged the protective coatings. These pits, sometimes as 
small as 0.2 mm (0.008 in), were followed by intergranular cracking and then by fatigue (Fig. 7b to d). A number of other 
fatigue failures initiated on the inside of the wheels, mainly in the tire bead seat a rea, again at pits, although corrosion 
was less severe. In a few cases, manufacturing defects such as forging laps in the aluminium alloy wheels and porosity in 
the cast magnesium alloy wheels were found at the origin of fatigue cracking. 

Often wheels are lifed at the design stage in terms of roll distances. In practice, at least within the CF, wheels are not 
lifed, but are rather kept in service as long as possible and inspected periodically. In this situation, proper maintenance to 
assure the integrity of the protective coatings, to remove corrosion and to reprotect the part becomes very important. 

Trends in Failure Mechanisms and Causes 


The review of the failure analysis reports revealed that about 10% of the components investigated were in what we called 
the “false call” category. False calls corresponded to situations where either there was an indication of a defect when in 
fact there was none or there was an indication of an imperfection which could be tolerated and was inherent to the 
manufacturing process (e.g., a lap or a flash line in the case of forgings, porosity in the case of cast wheels). 

The distribution of the failure mechanisms was determined to be materials dependent. In general, fatigue was the most 
important failure mechanism for steels. For 300M steel however, SCC and corrosion were particularly significant and 
were often initiated by damage to coatings. Corrosion or corrosion as the precursor to other failure mechanisms were 
significant for all A1 alloys, pitting being relatively important for 2014 (especially in wheels) and SCC being the main 
failure mechanism for 7079-T6. Fatigue was also an important failure mechanism for 7075 components. 

The failure causes could be assigned to one of four nearly equally significant categories (Fig. 8): 


• a. Design, an obvious design deficiency (e.g. sharp corner) or a wrong assumption in the analysis (e.g. loads 
underestimated) 

• b. Material, when a selected alloy displayed a deficiency in one of its properties and should not have been used 
for such applications 

• c. Manufacturing, when a defect incurred during a processing stage promoted failure 

• d. Maintenance, in the case of improper directives or improper maintenance in the field. 
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Fig. 8 Distribution of failures causes. 

The proportion of failures resulting from abnormal landings was small in comparison. The distribution of failure causes 
was also found to be materials dependent. In general, design deficiencies and maintenance practices were the most 
significant causes for A1 alloys failures. In the case of A1 alloy 7079, poor material selection was considered to be the 





prime cause. In steels, manufacturing defects were the most important failure cause; design and maintenance were also 
found to be significant. 

Discussion 

This survey of the failures of landing gear structural components, as experienced by the Canadian Forces, has shown that 
it is only by a proper understanding of the failure mechanisms and causes and through failure analysis that appropriate 
remedial actions can be undertaken. The distribution of the failure causes indicated that efforts should be expended not 
only at the design stages and in the selection of materials, but also by proper manufacturing and maintenance actions, as 
shortcomings in these areas contributed significantly to failures. 

Landing gears are designed to absorb the loads associated with landing and taxiing, and the analyses are usually validated 
by drop, static strength and fatigue tests. The energy absorbing criteria and the limit loads appeared to be generally 
adequate for the landing gears investigated as the overload failures reported resulted not from hard landings but from 
unusual loading conditions often outside the design envelope. A number of design related fatigue failures occurred for 
two main reasons: poor design details, including factors such as stress concentrations and sharp radii, and improper 
assumptions about the service loads. Developing a realistic load spectrum is not an easy task. One must take into account 
the loads associated with landing and ground manoeuvres, but also assembly stresses and residual stresses induced by 
manufacturing processes. The role of these stresses should not be overlooked in failure analysis investigations, although 
they are difficult to measure or evaluate when dealing with disassembled and cracked or broken components. Design 
deficiencies also led to a significant proportion of corrosion related problems. The causes were many: water entrapment, 
improper sealing, and assemblies promoting damage to coatings. At the design stage, corrosion is addressed by means of 
its prevention through protective coatings and maintenance directives. A number of the failures investigated indicated that 
the synergism of fatigue with the environment should also be considered as many failures were caused by fatigue but 
promoted by pitting. 

About 20% of the failures could be traced back to the selection of materials which turned out to be less than adequate for 
the intended application, with high specific strength being preferred over fracture toughness or corrosion resistance. For 
example, following the catastrophic failure described earlier, the very high strength HI 1 steel is no longer used by the CF 
because of its low fracture toughness. Another example is the poor SCC resistance of some A1 alloys such as 7079-T6 and 
7075-T6 that are common in most CF aircraft. SCC is still a problem with alloys developed and selected more recently, 
such as 300M steel. The need for materials with higher fracture toughness is now recognized: the US Navy now requires a 

fracture toughness in excess of 100 MPaV' /??i in their landing gear ( 4). The concerns about corrosion and SCC can only 
be addressed by a better characterization of the materials with respect to their operating environment and through the use 
of appropriate coatings. Corrosion testing presents two main challenges: one to reliably correlate accelerated laboratory 
tests with long term service behaviour and the other to evaluate a material in all possible service conditions and 
environments. Failure analysis has an important role to play when new materials are put into service by providing 
feedback on in-service problems and correlation with laboratory behaviour. 

A large proportion of fatigue failures has originated from manufacturing defects such as laps, machining marks... These 
types of problems can be alleviated by improving the manufacturing processes and ensuring reliable and sensitive NDT 
techniques for quality control. The relatively high number of “false calls” investigated as the result of NDT defect 
indications on parts which had been in service suggests inadequate inspection at the time of manufacturing or improved 
NDT techniques and increased awareness of potential problems in the intervening years. 

Maintenance was responsible for more than 20% of the failures investigated. Unsatisfactory field maintenance resulted in 
corrosion related failures in the majority of the cases and to a lesser extent to fatigue (cases of improper torquing or 
adjustments). It is apparent that particularly important improvements are possible in the maintenance area. As well, it is in 
this area that the results of failure analysis investigations can be most rapidly and effectively implemented. 

Conclusions 

The survey of the over 200 landing gear structural component failures indicated that fatigue and corrosion-related 
problems were the two main mechanisms of failures. Fatigue occurred mainly in steel components primarily because of 
design deficiencies and manufacturing defects. Corrosion, often in the form of pitting or pitting as a precursor to other 
failure mechanisms and to SCC, occurred mainly with A1 alloys primarily due to poor material selection and improper 
maintenance practices. No reported overload failures resulted from hard landings; these occurred mainly during abnormal 
landings. 

Because landing gears are the second most prevalent area of failures reported on aircraft and because of their high safety 
implications, thorough failure analysis investigations, including fracture mechanics analyses whenever applicable, should 
be performed on each failed component discovered. The proper understanding of the failure mechanisms and assessment 



of causes provide the valuable and necessary feedback information to designers, operators and maintenance personnel for 
appropriate corrective action to be undertaken. 
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Failure of an ASTM A681-89 H13 Die Segment for Die Casting of Aluminum 

George Goodrich and Ilya Divinsky, Taussig Associates, Inc. 

From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A segment from a premium-quality H13 tool steel die for die casting of aluminum failed after only 700 shots. The 
segment was subjected to visual, macroscopic, hardness, and metallographic testing. The investigation revealed that failure occurred 
as a result of fatigue at an electrical-discharge-machined surface where the resulting rehardened layer had not been removed. This 
rehardened layer had cracked, providing a source for fatigue initiation. 

Keywords: Electrical discharge machining 

Material: H13 (Hot-work tool steel), UNS T20813 

Failure types: Fatigue fracture; Metalworking-related failures 


Background 

A broken segment from a die for die casting of aluminum was submitted for metallurgical analysis. The designated 
material was premium-quality H13 tool steel. The heat treatment and expected hardness were not specified. The die 
reportedly fractured after 700 shots in service. The broken segment was submitted to a laboratory for verification of the 
chemical composition, measurement of hardness, and analysis of the heat-treated microstructure and surface conditions. 

Testing Procedure and Results 

Surface examination 

The segment was examined visually and with a stereoscopic microscope at magnifications up to 45 x to evaluate the 
nature of the fracture. The fractured surface is shown in Fig. 1. The chevron-shaped formations point to the corner of the 
segment, indicating a possible fracture origin. The area in this corner exhibited a thumbnail pattern with striations (Fig. 
2). This pattern is typically attributed to a time-dependent failure, such as fatigue. This site was believed to be the fracture 
origin. 




Fig. 1 Overall view of the fractured surface of the die segment. The chevrons point to the corner of the 
segment. 



Fig. 2 Closeup view of the corner of the segment fracture, showing a thumbnail pattern with striations 
characteristic of fatigue. 


Chemical analysis/identification 


A quantitative chemical analysis was conducted on the segment. The composition is shown in Table 1. Based on the 
chemical analysis, the die complied with the chemical requirements for ASTM A681-89 H13 tool steel (see Table 1). 







Table 1 Composition of the fractured segment, compared with that of the designated tool steel 


Element 

Composition, % 


Segment 

ASTM A681-89 H13 

Carbon 

0.40 

0.32-0.45 

Manganese 

0.39 

0.20-0.50 

Phosphorus 

0.013 

0.030 max 

Sulfur 

<0.005 

0.030 max 

Silicon 

1.03 

0.80-1.20 

Chromium 

5.06 

4.75-5.50 

Molybdenum 

1.40 

1.10-1.75 

Vandium 

0.82 

0.80-1.20 


Mechanical properties 

Hardness was measured on the surface of the segment using a calibrated digital hardness tester on the Rockwell C 
scale. The resulting hardness values ranged from 49.5 to 50.5 HRC. 

Metallography 

A section adjacent to the suspected fracture oirgin was removed from the segment. The section was mounted in a bakelite 
mold and ground and polished in accordance with standard metallographic procedures, per ASTM E3-80. The resulting 
sample was examined unetched and etched using a metallurgical microscope at magnifications up to lOOOx. The purpose 
of this examination was to evaluate the microstructure. 

Microcleaniness was rated on the unetched structure in accordance with ASTM E45-87, method A, plate III. The 
microcleanliness ratings were as follows: _ 


Type A inclusions (sulfides) 

None detected 

Type B inclusions (alumina) 

None detected 

Type C inclusions (silicates) 

None detected 

Type D inclusions (globular oxides) 

ll 

Fields: 1 heavy: 2thin 


Figure 3 illustrates the microcleanliness of the segment. 













Fig. 3 Illustration of the microcleanliness of the sample, which rated comparable to fields 1 D heavy and 1 2D 
thin, per ASTM E 45-87, method A, plate III. Unetched. 62x. 

The etched structure revealed a matrix of tempered martensite interspersed with carbide particles. The extent of banding, 
which is shown in Fig. 4, was considered acceptable. Evidence of grainboundary carbides and transformation products 



Fig. 4 Extent of banding in the structure of the segment. Nital etched. 31x. 



Fig. 5 Grain-boundary precipitation in the structure of the segment. The matrix is tempered martensite with 
secondary carbides. Nital etched. 310x. 

The surface exhibited an oxide scale (Fig. 6) with a thickness of 0.0025 (0.0001 in.) and corrosion pits (Fig. 7) up to 
0.015 (0.0006 in.) deep. The surface adjacent to the fracture exhibited evidence of a rehardened layer characteristic of 
electrical-discharge machining (EDM) (Fig. 8). The depth of this layer was 0.005 mm (0.0002 in.), and microcracks were 
^resent in this layer. Secondary cracks were also detected at a second radius away from the fracture (Fig. 9). 



Fig. 6 Oxidation at the surface of the segment. Unetched. 620x. 





Fig. 7 Corrosion pits at the surface of the segment. Unetched. 310x, 





Fig. 9 Cracks at the radius of the segment. Unetched. 62x. 

Discussion 

The results of this analysis indicated that the composition and hardness of the submitted die segment met the requirements 
for ASTM A681-89 H13 heat-treated steel. However, grain-boundary transformation products were observed, indicating 
that the die was slow quenched during hardening. Evidence of surface rehardening by EDM, of oxidation, and of 
corrosion pits of unknown origin were also observed. Information regarding the service environment was not available 
from the user. 

Conclusion and Recommendations 

Visual examination revealed evidence of fatigue initiated at the rehardened EDM layer. In the opinion of the investigator, 
the failure of the die was the result of mechanical fatigue. The fatigue stalled at a rehardened layer caused by EDM, 
which should have been removed. More importantly, because the investigation was commissioned by the steel supplier, 
the fatigue failure was not a consequence of the initial metallurgical quality of the H13 tool steel. Additional 
investigation, including scanning electron microscopy and hardness testing, was recommended to verify the fracture mode 
and confirm the source of the failure. 
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Influence of Microstructure on the Premature Failure of a Second-Intermediate 
Sendzimir Mill Drive Roll 

A. Ray, D. Mukherjee, B. Sarkar, and S. Mishra, Physical Metallurgy Group, Research & Development Centre for 
Iron & Steel, Steel Authority of India Limited 


From: A. Ray, D. Mukherjee, B. Sarkar, and S. Mishra, Influence of Microstructure on the Premature Failure of a Second- 
Intermediate Sendzimir Mill Drive Roll Journal of Materials Engineering and Performance, Vol 3 (No 5) Oct 1994 p 649-656 


Abstract: Although a precise understanding of roll failure genesis is complex, the microstructure of a broken roll can often unravel 
intrinsic deficiencies in material quality responsible for its failure. This is especially relevant in circumstances when, even under a 
similar mill-operating environment, the failure involves a particular roll or a specific batch of rolls. This paper provides a 
microstructural insight into the cause of premature breakage of a second-intermediate Sendzimir mill drive roll used at a stainless 
steel sheet rolling plant under the Steel Authority of India Limited. Microstructural issues influencing roll quality, such as 
characteristics of carbides, tempered martensite, retained austenite, etc., have been extensively studied through optical and 
scanning electron microscopy, electron-probe microanalysis, image analysis, and x-ray diffractometry. These are discussed to 
elucidate specific microstructural inadequacies that accentuated the failure. The study reveals that even though retained austenite 
content is low (6.29 vol%) and martensite is non-acicular, the roll breakage is a consequence of intergranular cracking caused by 
improper carbide morphology and distribution. 

Keywords: Carbide segregation; Roll failure; Sendzimir mill roll; Spalling; Tempered martensite 


Material: H13 (Hot-work tool steel), UNS T20813 


Failure types: Brittle fracture; Intergranular fracture 


1. Introduction 

Steel rolls for cold reducing mills may fail in different ways depending upon their quality, type, and service conditions 
undergone. Consequently, their useful life often is limited by roll discard at higher diameters because of gradual loss of 
hardness and wear resistance, or it is grossly reduced following premature failures. While failures of the former kind are 
progressive in nature, catastrophic failures by mechanisms, such as cracking and spalling, considerably reduce roll life. 
Thus, in today's context of high mill productivity and overall roll shop efficiency, the metallurgical requirements of high- 
quality rolls have assumed great significance. 

A precise understanding of the genesis of roll failures is however complex. Inadequate metallurgical quality, improper or 
abusive mill-usage practices, and abnormal mill operating conditions can singly, or in combination, lead to service 
failures (Ref 1). Although in actual practice, the majority of such failures usually can be attributed to the aforesaid mill- 
related factors, the microstructure of a prematurely failed roll can often unravel intrinsic deficiencies in material quality 
(Ref 2), possibly responsible for the failure. This is especially relevant in circumstances when, even under a similar mill¬ 
operating environment, the failure involves a particular roll or a specific batch of rolls. 

This paper discusses the microstructural characteristics of a prematurely failed second-intermediate Sendzimir mill drive 
roll used at a stainless steel strip/sheet rolling plant under the Steel Authority of India Limited. Microstructural issues 
critical to roll performance, such as the type, content, morphology and distribution of carbides, amount of retained 
austenite, nature of the martensitic matrix, etc., are elucidated to identify specific microstructural inadequacies that 
accentuated the roll failure. 

2. Roll Particulars 

2.1 Roll Arrangement 

The arrangement of various rolls in the 20 roll cluster 1-2-3-4 type Sendzimir mill is schematically depicted in Fig. 1. The 
small hard work rolls are located between two supporting first-intermediate rolls, which are again supported by six 
second-intermediate rolls (3 in top and 3 in bottom cluster). The bearing shafts, marked A through H, have concentrically 
mounted roller bearings and are located between saddles. The four second-intermediate drive rolls (shown hatched) are 
power driven through large diameter spindles, which are designed to carry high torque drive at high speeds. 



Rack 



Fig. 1 Schematic arrangement of rolls in the 1-2-3-4 type Sendzimir mill 

The smaller diameter work rolls, which deform the steel sheets, are driven by the four second-intermediate drive rolls 
through frictional contact with the first-intermediate rolls. The screw-down mechanism of the mill is regulated by rotary 
positioning of the two central shafts B and C by hydraulically driven racks, which engage with the pinions mounted at the 
shaft ends. The two central shafts F and G, located below, are used to control the work roll gap by adjusting the lower 
work roll. The outer shafts A and H, and D and E, can be adjusted in pairs to maintain a uniform roll gap for 
compensating work roll wear. 

2.2 Roll Material 

The 174 mm diam, second-intermediate drive rolls used in this particular Sendzimir mill are made of a 5% Cr-base alloy 
steel—0.30 to 0.55 wt% C, 1.20 wt% (max) Si, 0.60 wt% (max) Mn, 4.50 to 5.50 wt% Cr, 1.80 wt% (max) Mo, 0.80 wt% 
(max) V, and 1.80 wt% (max) W. 

These rolls are supplied in a forged and hardened condition with a specified surface hardness in the range of 72 to 82° 
shore C (50.5 to 56.3 HRC). 

3. Metallurgical Investigation 

Fragmented samples from the broken roll were extensively studied from the standpoint of visual appearance, fracture 
topography, and microstructural characteristics to identify specific inadequacies in roll quality. 

Optical microscopic examinations were earned out at 500x on both etched and unetched polished microsections of the 
broken roll samples. The polished samples were etched with Villela's reagent (4 g picric acid, 100 mL ethanol, 5 mL 
hydrochloric acid) for observing the general microstructure comprising alloy carbides, tempered martensite, and retained 
austenite. Vickers microhardness measurements were carried out parallel with a pneunratic-type LEITZ-MM6 model, 
Leica, GmbFI, Wetzla, Germany, microhardness tester to corroborate phase identification. Unetched specimens were also 
examined to observe nonmetallic inclusions. 

Automatic quantitative image analysis was canted out on polished and etched microsections to determine the volume 
percent of alloy carbides dispersed in the tempered martensite. The sample was traversed over twenty random fields, and 
carbide volume fraction in each field was automatically estimated using proprietary application software. The amount of 
retained austenite present was, however, determined by x-ray diffractometry (XRD) techniques because this phase was 
not optically discernible in the microstructures subjected to image analysis. 



Morphological observations of fracture surfaces were earned out with a scanning electron microscope (SEM), while 
microstructures of polished and etched specimens were also examined at higher magnifications to discern the extremely 
fine carbides not observable in optical microscopy. For rapid identification of the chemical constituents in the various 
carbide species present, qualitative energy dispersive spectrometric (EDS) analysis was carried out in the SEM at 20 kV 
accelerating voltage and 1 x 10 9 A probe current, using proprietary application software. Quantitative wave-length 
dispersive (WDS) microanalysis was also carried out on different types of carbides in an electron probe microanalyzer 
(EPMA) to ascertain their chemistries and to derive their formulas (MC, M 7 C 3 , etc.) from the atomic percent data. The 
EPMA analyses were carried out at 15 kV accelerating voltage and 5 x 10 8 A probe current, using proprietary application 
software. 

4. Results and Discussion 

4.1 Roll Chemistry and Hardness 

The composition of the failed 5% Cr-base, alloy steel second-intermediate drive roll is similar to that of a hot-work tool 
steel of the H13 type (Ref 3). Unlike Sendzimir mill work rolls, which arc usually made from high carbon-high chromium 
varieties of D2 (1.25 wt% C, 12 wt% Cr) or D4 (2.25 wt% C, 12 wt% Cr) type cold-work tool steels (Ref 4) or of 
tungsten carbide (Ref 5), second-intermediate roll steel composition is leaner in carbon content for enhanced toughness. It 
has been reported (Ref 6) that toughness for intermediate rolls is more important than wear resistance because the driven 
second-intermediate rolls have to withstand substantial shear stresses in service. Thus, unlike work-rolls, which normally 
possess surface hardnesses around 64 HRC, the lower surface hardness range (72 to 82° shore C is equivalent to 50.5 to 
56.3 HRC) of the second-intermediate drive roll is commensurate with toughness requirements. The bulk hardness of the 
failed roll was found to be 56 HRC, which is within specified limits. 

4.2 Fracture Characteristics 

The photograph of a typical fragmented portion of the broken second-intermediate drive roll is shown in Fig. 2. 
Macroscopic appearance of the fracture surface at the broken end was found to exhibit beach marks typical of spalling. 
Visually, the texture of the fracture surface showed a porcelain-like lusterless appearance, usually characteristic of high¬ 
speed steel (Ref 7). A linear crack is observed running across the spalled area on to the working surface of the roll (Fig. 
2). It is, however, not possible to exactly opine whether this crack propagated from the roll interior to the outer roll 
surface or vice versa. 



Fig. 2 Macroscopic appearance of broken roll piece showing spalling 

Morphological observations of fracture specimens in the SEM revealed brittle intergranular failure. The SEM micrograph 
of a typical spalled area exhibiting intergranular cracking is shown in Fig. 3 at lOOOx. This suggests that spalling in this 
roll is a consequence of intergranular cracking, whose initiation and propagation presumably has been aided by imposed 
stresses during rolling. 



Fig. 3 SEM fractograph of spalled surface showing brittle intergranular cracking. lOOOx 

4.3 Microstructure and Carbide Distribution 

Optical microscopic observations of polished and unetched specimens at 500x revealed that the sample was clean from 
the standpoint of nonmetallic inclusions and was virtually free from harmful oxide and nitride-type inclusions. However, 
a number of randomly distributed small and isolated particles (subsequently confirmed by EPMA analyses as V-rich alloy 
carbides) with light-pinkish tinge were observed (Fig. 4) in the unetched state. The Villela-etched microstructure of the 
broken roll samples revealed massive carbide segregated networks at many places, along with dispersions of extremely 
fine globular carbides in a matrix of dark-etching tempered martensite (Fig. 5). The tempered martensitic matrix, being 
nonacicular, reflects a low level of internal stress and is, therefore, unlikely to accentuate failure. Retained austenite was, 
however, not optically discernible in the microstructures observed at 500x, presumably because of its low content. 
Typical micrographs showing inhomogeneity of carbide distribution in the broken roll are shown in Fig. 5 at 500x. It is 
clearly evident from Fig. 5 that the carbide segregations have occurred preferentially along grain boundary contours. The 
massive carbide network depicted in Fig. 5 reveals a skeleton-like morphology, presumably indicative of its eutectic 
origin, i.e., genesis at the ingot solidification stage. The extremely fine globular carbides dispersed elsewhere are 
apparently of secondary nature; i.e., precipitated during heat treatment of the roll at the manufacturing stage. The 
preponderance of carbide segregations along grain boundaries also may suggest inadequate deformation imparted at the 
forging stage of roll manufacture. 




Fig. 5 Villela-etched roll microstructure showing inhomogeneous carbide distribution in tempered martensite, 
(a) Carbide segregation at grain boundaries, (b) Massive carbide segregate with skeleton-like appearance. 
500x 

The microhardness of the carbide-segregated zones was -1220 VPN. while the isolated particles of V-rich alloy carbides 
(Fig. 4) were much harder with a microhardness as high as 1800 VPN. Although carbide segregated zones and the finely 
dispersed globular carbides were not visible in the unetched condition, the revelation of the V-rich alloy carbides can be 
attributed to the microrelief of these hard (1800 VPN) particlcs vis-a-vis the tempered martensite matrix and all the other 
carbide species present. 

The presence of carbides as massive segregated networks, rather than in finely dispersed globular morphology, is 
extremely detrimental to strength, toughness, fatigue strength, and contact endurance of steels (Ref 8). Because contact- 
fatigue strength (Ref 9) is an important roll property that influences its spalling propensity, a uniform carbide distribution 
is all the more desirable. This is because finely dispersed carbides, by virtue of their better cohesion with the matrix, not 
only enhance wear resistance, but also inhibit microcracking (Ref 10) on the roll skin, as can be caused by shear stresses, 
which occur in rolling. Figure 6 shows the optical micrograph of a fine crack running through a carbide segregated area. 
This lends credence to the fact that microcracking in this failed roll was aided by the presence of carbide segregations. 




Fig. 6 Villela-etched roll microstructure showing microcracking across segregated carbide. Matrix is tempered 
martensite. 500x 

4.4 Carbide and Retained Austenite Contents 

The average volume fraction of alloy carbides determined by automatic image analysis measurements on Villela-etched 
microsections was 3.065%. The field-wise variation of carbide content (vol%) depicted in Fig. 7 as a histogram plot 
shows gross inhomogeneity in carbide distribution with values ranging from 1 to 7 vol%. The fields displaying tall bars 
pertain to pockets of carbide segregated zones where the carbide vol% is significantly higher than the aforesaid average 
value. Fiowever, the average vol% data of carbides is slightly underestimated because some of the extremely fine globular 
carbides (which were discernible in the SEM at magnifications over 2000x) were not detectable in the optical 
microstructure subjected to image analysis. It was reported (Ref 11) that H13 type hot-work steel, which possesses similar 
carbon content and alloy chemistry to that of the failed roll, contains -3.5% carbides in the annealed state. The average 
volume fraction of carbides in the failed roll, as determined by image analysis, is therefore not grossly out of place. 
Because retained austenite was not discernible in optical microscopic images, its content was determined by XRD 
techniques rather than by image analysis. The amount of retained austenite determined through XRD using Mo-Ka 
radiation was 6.29%. The low retained austenite content obtained is not indicative of overheating during the hardening 
stage of roll manufacture. Investigations have reported (Ref 12) that a low retained austenite content (between 5 and 10%) 
is preferable for minimizing spalling propensity. The retained austenite level (6.29%) in the failed roll thus can be 
considered normal from the standpoint of roll quality. 
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Fig. 7 Histogram plot showing field-wise variation in carbide volume fraction in failed roll 

4.5 Carbide Chemistry 

Microscopic observations of broken roll specimens revealed three different types of carbides: randomly distributed small 
and isolated carbides visible even in the unetched condition (Fig. 4), network-type carbide segregations at grain 
boundaries, and uniform dispersions of extremely fine globular carbides (Fig. 5). Qualitative EDS analysis in the SEM 
indicated that the carbides of the first type (small and isolated) were essentially vanadium rich, as depicted in Fig. 8. 
Quantitative electron probe microanalysis of said carbide as shown in Table 1 indicated a vanadium concentration of 
55.697 wt% and a carbon content of 17.672 wt%. The data of carbon (49.689 at.%) show that carbon and the combined 
metallics are virtually present in equal proportions (~50 at.% each) indicating that the V-rich carbide is of the MC-type. 
This inference is also corroborated by the extremely high microhardness (1800 VPN) of this carbide. 










Fig. 8 EDS spectrum of vanadium-rich alloy carbide 

Table 1 Quantitative electron probe microanalysis of MC-type vanadium-rich carbide in roll sample 


Element 

Cone, % 

Atom % 

K, % 

ZAF 

Z 

A 

F 

C 

17.698 

50.674 

6.894 

2.5671 

0.8169 

3.1425 

1.0000 

Cr 

10.682 

7.064 

10.454 

1.0218 

1.0085 

1.0170 

0.9963 


51.481 

34.752 

48.962 

1.0514 

1.0272 

1.0259 

0.9977 

Fe 

2.532 

1.559 

2.374 

1.0665 

1.0075 

1.0612 

0.9976 

W 

11.158 

2.087 

8.221 

1.3572 

1.3521 

1.0037 

1.0000 

Mo 

10.784 

3.865 

9.161 

1.1772 

1.0951 

1.0783 

0.9969 


104.334 

100.000 

86.066 

(PAC1) 

(PH-TX) 




A series of EPMA micrographs showing improper carbide morphology and distribution in a typical field of the failed roll 
are shown in Fig. 10 at 2000x. The secondary electron (SE) image in Fig. 10 shows a chain-like carbide segregation with 












a relatively large triangular particle. Numerous fine globular carbides are found dispersed throughout the tempered 
martensite matrix. The apparent sizes of these fine globular carbides (as can be judged from the micron marker) is much 
lower than 1 pm (lower than the spatial resolution limit of the EPMA) and are hence not amenable to electron-probe 
microanalysis. The backscattered electron (BSE) image of the same field shown in Fig. 10 reveals compositional contrast 
based on atomic number differences of the constituent elements in the carbide segregate. The elemental x-ray dot¬ 
mapping images of Cr, V, Mo. W, Fe, and C are shown in Fig. 10, respectively. The triangular particle displaying a 
greyish contrast in the BSE image is essentially V-rich, see Fig. 10. The chain-like carbide segregation, which is 
associated with the triangular V-rich carbide, appears to be essentially Cr-rich, although it does contain varying amounts 
of V, W, and Mo. The molybdenum and tungsten x-ray mapping images shown in Fig. 10 indicate that the whitish regions 
of the carbide segregate shown in the BSE image (Fig. 10), essentially contain W and Mo. The presence of W, which 
possesses the highest atomic number (Z = 74) as compared to all other associated elements in the carbide segregate, is 
responsible for imparting a white tone in the BSE image. The regions of the segregate associated with lower atomic 
number elements, such as V (Z = 23) and Cr (Z = 24), display a greyish contrast in the BSE image. The EDS spectrum of 
a Cr-rich area in the carbide segregate is shown in Fig. 11, while that of the W-rich regions is shown in Fig. 9. The EDS 
spectra of these carbides do not reveal carbon because the x-rays emitted from this low atomic number (Z = 6) element 
are beyond the detection capability of the detector. The occurrence of FeKa peaks at 6.403 KeV in Fig. 11 and 9 are due 
to matrix excitation, possibly caused by small dimensions of the analyzed particles constituting the segregates. 




Fig. 9 EPMA micrographs of typical carbide segregation in failed roll, (a) SE image, (b) BSE image showing 
atomic number contrast, (c) Cr x-ray dot map. (d) V x-ray dot map. (e) Mo x-ray dot map. (f) W x-ray dot 
map. (g) Fe x-ray dot map. (h) C x-ray dot map. 2000x 



Fig. 10 EDS spectrum of chromium-rich region in alloy carbide segregate 













Fig. 11 EDS spectrum of tungsten-rich region in alloy carbide segregate 

A typical quantitative electron probe microanalysis of the carbide segregation corresponding to the W-rich regions 
(appearing white in the BSE image) is furnished in Table 2. Unlike the V-rich carbides of the MC-type, the carbon and 
vanadium contents in this segregated carbide are lower, being 7.647 and 9.293 wt%, respectively. On the contrary, the W 
and Mo contents in this carbide are also higher, being 23.629 and 21.443 wt%, respectively. The data for carbon being 
35.696 at.% and that of the combined metallics (Cr + V + Fe + W + Mo) being 64.304 at.%, respectively, indicates that 
the specific segregated carbide analyzed approximates to the stoichiometric formula M 7 C 3 . Table 3 shows the quantitative 
electron probe microanalysis data at another W-rich spot of the segregated carbide. The carbon content at this spot is 
appreciably lower (4.803 wt%), while the chromium content is marginally higher (7.463 wt%) than that in the spot 
analysis depicted in Table 2, Table 3 shows that the data for carbon is 22.65 at.%, while that of the combined metallics 
(Cr + V + Fe + W + Mo) is 77.35 at.%. This at.% ratio indicates that the analyzed carbide is of the M 2 3 C 6 variety. 

Table 2 Quantitative electron probe microanalysis of M 7 C 3 -type alloy carbide segregate in roll 
sample 


Element 

Cone, % 

Atom % 

K, % 

ZAF 

Z 

A 

F 

C 

7.647 

35.696 

2.218 

3.4479 

0.7627 

4.5206 

1.0000 

Cr 

5.609 

6.048 

5.812 

0.9651 

0.9556 

1.0453 

0.9662 


9.293 

10.228 

9.152 

1.0154 

0.9747 

1.0631 

0.9799 

Fe 

28.187 

28.294 

28.743 

0.9807 

0.9513 

1.0370 

0.9940 


















Table 3 Quantitative electron probe microanalysis of M 2 3 C 6 -type alloy carbide segregate in roll 
sample 



Electron probe microanalysis of the carbide segregated zones, therefore, indicates the coexistence of both M 7 C 3 and 
M 23 C 6 types of alloy carbides. The presence of significantly higher amounts of tungsten in the carbide segregations, as 
compared to that in the MC-type isolated carbides, reinforces the fact that carbide inhomogeneity in tool steels is higher 
in the presence of tungsten (Ref 8). 

5. Conclusion 

• Although the average carbide content (3.065 vol%) is apparently normal for this grade of steel, field-to-field 
variations of carbide volume fraction (between 1 and 7%) indicate gross carbide segregations at grain boundaries. 
The skeleton-like morphology of the massive carbide segregates at grain boundaries presumably indicates their 
eutectic origin, i.e., genesis at the ingot solidification stage. Their preponderance, even in the finished roll, may 
indicate inadequate deformation imparted at the forging stage during roll manufacture. 

• SEM revelations of brittle intergranular cracking in fracture samples, as well as optical microscopic 
manifestations of microcracking along carbides, explains the roll of grain boundary carbide segregations in 
initiating cracks. The premature breakage of the roll is thus a consequence of the propagation of such cracks 
under applied stresses imposed during rolling. 

• Electron probe microanalysis indicated that the randomly distributed isolated carbides, visible even in unetched 
microsections, were V-rich, MC-type carbides. On the other hand, the complex alloy (Cr-V-W-Mo) carbide 
segregates were essentially of M 7 C 3 and M 23 C 6 types. 

The incidence of large amounts of W (23.6 wt%) in the segregated carbides, as compared to substantially lower 
W contents (11.15 wt%) in the isolated MC-type, V-rich carbides, corroborates the segregation promoting 
tendency of W. 





• The retained austenite content (6.29%) in the failed roll is low and, being within acceptable limits for forged and 
hardened steel rolls, is therefore unlikely to aggravate spalling propensity. 

• The role of tempered martensite in accentuating spalling is rendered innocuous because the matrix, being 
nonacicular, reflects a low level of internal stress in the roll. 
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Evaluation of Alloys for Use in 81-mm Mortar Tubes 


From: G.W. Powell, Elevated-Temperature Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 263-297 


Abstract: When bulging occurred in mortar tubes made of British I steel during elevated-temperature test firing, a test program 
was formulated to evaluate the high-temperature properties (at 540 to 650 deg C, or 1000 to 1200 deg F) of the British I steel and 
of several alternative alloys including a maraging steel (18% Ni, grade 250), a vanadium-modified 4337 gun steel (4337V), H19 tool 
steel, and high-temperature alloys Rene 41, Inconel 718, and Udimet 630. All the alloys evaluated had been used in mortar tubes 
previously or were known to meet the estimated minimum yield strength. The alloys fall in this order of decreasing strengths: 
Udimet 630, Inconel 718, Rene 41, H19 tool steel, British I steel, 4337V gun steel, and maraging steel. When cycled between room 
temperature and 540 to 650 deg C (1000 to 1200 deg F), only Udimet 630, Inconel 718, and Rene 41 retained yield strengths 
higher than the minimum. Also, these three alloys maintained high strengths over the tested range, whereas the others decreased in 
yield strength as cycling progressed. Analysis showed Inconel 718 was considered best suited for 81-mm mortar tubes, and 
widespread industrial use ensured its availability. 

Keywords: Bulging; High temperature tests; Materials selection; Military applications; Tubes 


Materials: H19 (Hot-work tool steel), UNS T20819; Rene 41 (Nickel-base superalloy), UNS N07041, UNS N07718; Udimet 630 
(Nickel-base superalloy), UNS N07041, UNS N07718; Inconel 718 (Nickel-base superalloy), UNS N07041, UNS N07718; 4337V 
(Nickel-chromium-molybdenum alloy steel), UNS G43370 


Failure type: (Other, miscellaneous, or unspecified) failure 


When bulging occurred in mortar tubes made of British I steel (see Table 1 for chemical composition) during elevated- 
temperature test firing, a test program was formulated to evaluate the high-temperature properties (at 540 to 650 °C, or 
1000 to 1200 °F) of the British I steel and of several alternative alloys. These alloys included a maraging steel (18% Ni, 
grade 250), a vanadium-modified 4337 gun steel (4337V), H19 tool steel, and high-temperature alloys Rene 41, Inconel 
718, and Udimet 630. The compositions of these alloys are given in Table 1, and the heat treatments that the alloys were 
given before being tested for evaluation are listed in Table 2. All the alloys evaluated had been used in mortar tubes 
previously or were known to meet the estimated requirement of a minimum yield strength of 552 MPa (80 ksi) at 620 °C 
(1150 °F). 


Table 1 Compositions of alloys evaluated for use in mortar tubes 


Alloy 

Element 









C 

Mn 

Si 

Cr 

Ni 

Mo 

Fe 

Other 

Maraging steel 

0.02 

0.08 

0.06 


18.5 

4.7 

70.0 

0.3 Ti, 7.7 Co, 0.04 A1 

4337V gun steel 

0.32 

0.59 

0.22 

0.94 

2.3 

0.58 

94.0 

0.12 V 

British I steel 

0.45 

0.62 

0.30 

2.8 

0.43 

0.90 

94.0 

0.20 V 

Inconel 718 

0.05 

0.01 

0.10 

18.2 

53.0 

3.1 

18.0 

1.1 Ti, 5.4 Nb+Ta, 0.5 A1 

H19 tool steel 

0.40 

0.29 

0.23 

4.1 


0.44 

86.0 

4.1 Co, 4.0 W, 2.1 V 

Udimet 630 

0.03 

0.15 

0.10 

17.3 

57.0 

2.9 

17.5 

1.0 Ti, 0.10 Co, 0.6 A1 

Rene 41 

0.09 

0.04 

0.10 

18.8 

55.0 

9.8 

1.4 

3.2 Ti, 11.3 Co, 1.6 A1 


Table 2 Heat treatments of mortar-tube alloys before evaluation 













Alloy 

Heat treatment* 2 ’ 

Hardness, 

HRC 

Maraging 

steel 

ST at 815 °C (1500 °F) 1 h, AC, A at 495 °C (925 °F) 3 h, AC 

50 

4337V gun 

steel 

A at 855 °C (1575 °F) 4 h, OQ, T at 595 °C (1100 °F) 5 h, WQ 

40 

British I steel 

A at 915 °C (1680 °F) 5 h, OQ, T at 610 °C (1130 °F) 5 h, AC 

40 

Inconel 718 

ST at 980 °(2 (1800 °F) 4 h, AC, A at 720 °C (1325 °F) 16 h, FC at 55 °C (100 °F)/h to 620 °C 
(1150 °F), hold 8 h, AC 

40 

H19 tool steel 

A at 1165 °C (2125 °F) 1 h, TT at 650 °C (1200 °F) 1 h, AC 

44 

Udimet 630 

ST at 1025 °C (1875 °F) 4 h, AC, A at 760 °C (1400 °F) 8 h, AC, A at 650 °C (1200 °F) 10 h, AC 

44 

Rene 41 

ST at 1080 °C (1975 °F) 4 h, AC, A at 760 °(2 (1400 °F) 16 h, AC 

37 


Test Program. Tests were made to determine (1) transverse yield strength (at 0.1% offset) and ductility at room 
temperature and at 540, 595,620, and 650 °C (1000, 1100, 1150, and 1200 °F), (2) transverse yield strength and ductility 
at 595 and 620 °C (1100 and 1150 °F) on specimens cycled 1, 5, 10, and 25 times for 15 min at temperature, and (3) 
impact and fracture toughness at -40 °C (-40 °F) and at room temperature. Fatigue-strength data were also obtained from 
manufacturers. 

Except the vanadium-modified 4337 gun steel (4337V) and the British I steel, which were air melted and vacuum 
degassed, all alloys came as vacuum-melted bar stock (induction or arc remelted or both) in sizes equal to that of the 81- 
mrn mortal - tube. Transverse disks cut from each bar were machined into three tensile and two V-notch Charpy specimens 
for each test condition. 

For the elevated-temperature tests, tensile-test bars were pulled after being held at temperature for 15 min in an electric 
furnace mounted on the tensile-testing machine. Specimens tested at 595 and 620 °C (1100 and 1150 °F) were cycled 1, 
5,10, and 25 times; each cycle consisted of heating in an electric furnace for 4 min to equalize the temperature of the bar, 
holding at temperature for 15 min, and cooling in still air. In each group, the last cycle was performed during hot tensile 
testing. 

Test Results. Table 3 shows how transverse yield strengths of the alloys vary with cycling from room temperature to 
595 and 620 °C (1100 and 1150 °F). Ductility of alloys cycled between room temperature and 595 °C (1100 °F), as 
measured by elongation and reduction of area, is shown in Table 4. The alloys fall in this order of decreasing strengths: 
Udimet 630, Inconel 718, Rene 41, FI19 tool steel, British I steel, 4337V gun steel, and maraging steel. When cycled 
between room temperature and 540 to 650 °C (1000 to 1200 °F), only Udimet 630, Inconel 718, and Rene 41 retained 
yield strengths higher than the minimum of 552 MPa (80 ksi) at 620 °C (1150 °F). Also, these three alloys maintained 
high strengths over the tested range, whereas the others decreased in yield strength as cycling progressed. 













Table 3 Transverse 
temperatures 

yield strength of mortar-tube 

alloys after cycling between 

room and test 

Number of 

Transverse yield strength 13 





At 595 °C (1100 °F) 


At 620 °C (1150 °F) 


15-min cycles 






MPa 

ksi 

MPa 

ksi 

Maraging steel 

1 

420 

61 

276 

40 

5 

393 

57 

228 

33 

10 

434 

63 

276 

40 

25 

400 

58 

296 

43 

4337V gun steel 

1 

531 

77 

407 

59 

5 

496 

72 

345 

50 

10 

455 

66 

338 

49 

25 

448 

65 

345 

50 

British I steel 

1 

531 

77 

407 

59 

5 

490 

71 

379 

55 

10 

455 

66 

338 

49 

25 

448 

65 

345 

50 

Inconel 718 




903 


131 


841 


122 






















5 

869 

126 

841 

122 

10 

848 

123 

779 

113 

25 

827 

120 

765 

111 

H19 tool steel 

1 

586 

85 

552 

80 

5 

627 

91 

558 

81 

10 

607 

88 

558 

81 

25 

586 

85 

531 

77 

Udimet 630 

1 

993 

144 

1000 

145 

5 

965 

140 

965 

140 

10 

979 

142 

972 

141 

25 

1013 

147 

979 

142 

Rene 41 

1 

683 

99 

696 

101 

5 

724 

105 

690 

100 

10 

690 

100 

655 

95 


25 


703 


102 


703 


102 






















Table 4 Ductility of mortar-tube alloys at 595 °C (1100 °F) after cycling between room 
temperature and 595 °C (1100 °F) 


Number of Ductility, as measured by: 

Elongation, Reduction of area, 

15-min 


cycles 


Maraging steel 


33.6, 34.8, 47.9 

87.5, 90.3, 96.0 

: 42.1,45.7,55.0 

91.6, 94.8, 97.2 


10 

35.0, 43.3, 50.7 

90.0, 93.1,97.7 

25 

45.0, 52.9, 58.2 

92.9, 94.7, 96.6 

4337V gun steel 

1 

16.8, 19.0, 25.0 

65.0,71.4, 76.8 

5 

19.3,21.4, 24.7 

76.5, 77.5, 79.6 

10 

18.6,21.0,21.8 

71.6,71.9, 75.4 

25 

21.8, 23.2, 34.7 

70.7, 78.3, 84.4 

British I steel 

1 

15.4, 16.1, 16.9 

34.6, 35.8, 40.9 


20.0,21.4, 22.2 

43.6, 58.4, 67.0 

10 

25.6, 29.2 

68.8,70.4 

25 

20.4, 33.2 

66.0, 79.9 


Inconel 718 






















In general, the decrease in yield strength with time was greater at higher temperatures. However, short-term exposure at a 
given temperature lowered yield strength appreciably, while longer exposures had less effect. In fact, some alloys actually 
increased in yield strength with time at temperature. This phenomenon, more noticeable in the highly alloyed grades, may 
be due to the development of a critical size of precipitates either during aging of the precipitation-hardening alloys or by 






















tempering at elevated temperature. The large decrease in yield strength at elevated temperatures is due to overaging in the 
maraging steel and to overtempering in H19. British I steel, and 4337V. 

Tensile tests revealed the following order of decreasing ductility: maraging steel, 4337V, British I steel, Inconel 718, H19 
tool steel, Udimet 630, and Rene 41. The ductility of the maraging steel, 4337V, and British I steel rose with decreasing 
yield strength or increasing temperature, whereas the ductility of H19, Rene 41, Inconel 718, and Udimet 630 remained 
constant from room temperature to 650 °C (1200 °F). 

Data revealed that the impact-toughness values of 4337V and Inconel 718 were, respectively, 17 and 21 J/cm 2 (950 and 
1210 in. • lb/in. 2 ) at -40 °C (-40 °F) and 27 and 19 J/cm 2 (1550 and 1110 in. • lb/in 2 ) at room temperature, or about triple 
the values for maraging steel, Udimet 630, and Rene 41. Note that impact-toughness values for the three nickel-base 
alloys are about the same at -40 °C (-40 °F) as at room temperature. From limited fatigue data, it appears that Inconel 718 
is superior to Rene 41 in fatigue strength at 650 °C (1200 °F). 

Conclusions. Because the mortar tubes made with maraging, 4337V, and British I steels bulged when test fired in 
earlier field tests, a suitable tube material should have a minimum yield strength of 552 to 586 MPa (80 to 85 ksi) at 540 
to 620 °C (1000 to 1150 °F). The evaluation indicated that FU9 tool steel, Rene 41, Inconel 718, and Udimet 630 alloys 
met this requirement. Flowever, the properties of FI 19 tool steel were marginal, and this alloy was not considered suitable 
for use in mortar tubes. 

Because the remaining three alloys had uniform high yield strength at elevated temperatures, other criteria were used to 
determine their suitability. Udimet 630 had the highest yield strength (965 MPa, or 140 ksi) with low ductility (6% 
elongation) and low toughness. Also, it was not readily available and was second most expensive of the three alloys. Rene 
41 was the most expensive of the alloys, was also limited in availability, and had the lowest yield strength (690 MPa, or 
100 ksi), lowest ductility (4%), lowest toughness, and lowest fatigue strength. 

Based on the test data, therefore, Inconel 718 was considered best suited for 81-mm mortar tubes. It had an optimum 
combination of elevated-temperature yield strength, ductility, impact toughness, and fatigue strength. Widespread 
industrial use ensured its availability. Although a high-cost material, it was less expensive than the two alternative alloys. 


Corrosion-Fatigue Fracture of an H21 Tool Steel Safety-Valve Spring in Moist 
Air 

From: P.S. Pao and R.P. Wei, Corrosion-Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 1986, p 252-262 


Abstract: The safety valve on a steam turbo-generator was set to open when the steam pressure reaches 2400 kPa (348 psi). The 
pressure had not exceeded 1790 kPa (260 psi) when the safety-valve spring shattered into 12 pieces. The steam temperature in the 
line varied from about 330 to 400 deg C (625 to 750 deg F). Because the spring was enclosed and mounted above the valve, its 
temperature was probably slightly lower. The 195-mm (7 -in.) outside diameter + 305-mm (12-in.) long spring was made from a 
35-mm (1 -in.) diam rod of H21 hot-work tool steel. It had been in service for about four years and had been subjected to mildly 
fluctuating stresses. Analysis (visual inspection, 0.3x photographs, 0.7x light fractographs, and metallographic examination) 
supported the conclusions that the spring failed by corrosion fatigue that resulted from application of a fluctuating load in the 
presence of a moisture-laden atmosphere. Recommendations included replacing all safety valves in the system with new open-top 
valves that had shot-peened and galvanized steel springs. Alternatively, the valve springs could be made from a corrosion-resistant 
metal-for example, a 300 series austenitic stainless steel or a nickel-base alloy, such as Flastelloy B or C. 

Keywords: Relief valves; Springs (elastic); Torsional fatigue 


Material: H21 (Flot-work tool steel), UNS T20821 


Failure type: Corrosion fatigue 


The safety valve on a steam turbogenerator was set to open when the steam pressure reaches 2400 kPa (348 psi). The 
pressure had not exceeded 1790 kPa (260 psi) when the safety-valve spring shattered into 12 pieces, two of which are 
shown in Fig. 1(a). The steam temperature in the line varied from about 330 to 400 °C (625 to 750 °F). Because the spring 

3 

was enclosed and mounted above the valve, its temperature was probably slightly lower. The 195-mm (74-in.) outside 

3 

diameter x 305-mm (12-in.) long spring was made from a 35-mm (1 8-in.) diam rod of FT21 hot-work tool steel. It has 
been in service for about four years and had been subjected to mildly fluctuating stresses. 



Fig. 1 H21 tool steel safety-valve spring that fractured from corrosion fatigue in moist air. (a) Photograph of 
two of the 12 pieces into which the spring shattered. 0.3x. (b) Light fractograph showing typical corrosion- 
fatigue origin (arrow) and brittle final fracture. 0.7x 

Investigation. Visual examination of the broken spring revealed that all the individual fractures had thumbnail-shaped 
origins along the top surface of the wire (Fig. lb). The origins were typical of fatigue, but the remaining portions of the 
fractures were brittle. The shape of the fracture surfaces and the fact that the spring had shattered into 12 pieces suggested 
that the spring had been uniformly loaded, predominantly in torsion, but that the fatigue cracks had introduced stress 
raisers at multiple points. Chemical analysis of the metal in the spring disclosed that it was within the composition range 
for H21 tool steel, except that the tungsten content was 7.8% instead of the usual 9 to 10%. 

Sections were taken approximately 90° to the fracture surface and through the origins of three of the fractures. 
Examination of these sections revealed corrosion pits adjacent to the fracture surfaces, with cracks emanating from the 
bases of some of them. In one section, a corrosion pit approximately 1 mm (0.045 in.) in diameter had initiated two cracks 
0.7 and 1.5 mm (0.028 and 0.060 in.) deep. The cracks contained an iron oxide corrosion product that enclosed spheroidal 
carbide particles. 

The microstructure of the spring consisted of spheroidal carbide particles in a matrix of tempered martensite. The surface 
of the spring had been decarburized, and the surface grains were larger than those in the interior. This condition probably 
resulted during heat treatment and may or may not have accelerated the rate of corrosion. 

Conclusions. The spring failed by corrosion fatigue that resulted from application of a fluctuating load in the presence 
of a moisture-laden atmosphere. 

Corrective Measures. All safety valves in the system were replaced with new open-top valves that had shot-peened 
and galvanized steel springs. No further failures occurred for more than four years following this action. Both the zinc 
coating, which provided galvanic protection for the spring, and the open-top valve construction, which allowed free 
circulation of air with a reduced concentration of moisture, were considered instrumental in eliminating corrosion fatigue 
of these valve springs. Alternatively, the valve springs could have been made from a corrosion-resistant metal—for 
example, a 300 series austenitic stainless steel or a nickel-base alloy, such as Flastelloy B or C. 
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Thermal Fatigue Failure of a CrN-Coated Restrike Punch 

Suranjeeta Dhar, Fameeda Mohammed, Laura Xu, Raymond Fontana, Multi-Arc, Inc. 


From: S. Dhar, F. Mohammed, L. Xu, R. Fontana, Failure Characterization of Coated Tools, MC95 International Metallography 
Conference (Proceedings of the International Metallography Conference, Colmar, France, 10-12 May 1995) ASM International, 1996, 
p 335 

Abstract: A CrN coated restrike punch was made of WR-95 (similar to FI-11), which was fluidized bed nitrided. The coated punch 
was used on hot Inconel at about 1040 deg C (1900 deg F). Flowever, a water-soluble graphite coolant was used to maintain the 
punch temperature at 230 deg C (450 deg F). Visual and binocular inspection at 64+ revealed presence of cracks and complete 
washout of coating in the working area of the failed punch. Comparison of metallographic cross-sections of used and unused 
punches revealed a significant microstructural transformation in case of the used punch. Presence of a yellow porous layer was 
clearly evident between the nitrided layer and the coating, in case of the used punch. Cracks were observed to propagate from the 
outer surface into the bulk. Oxidation was evident along the cracks. The microstructural transformation observed in the case of the 
used punch was a clear indication of high temperature exposure (due to insufficient cooling) during application. The most probable 
cause of failure was thermal fatigue. 

Keywords: Grain boundaries; Precipitation; Punches 


Materials: WR-95 (Plot-work tool steel); Chromium nitride coating (Nitride-base ceramic) 


Failure type: Thermal fatigue fracture 


Background 

The CrN coated restrike punch was made of WR-95 (similar to H-l 1) which was fluidized bed nitrided. The coated punch 
was used in hot Inconel at about 1040°C (1900°F). However, a water-soluble graphite coolant was used to maintain the 
punch temperature at 230°C (450°F). An unused coated punch was obtained for comparison puipose. 

Observations And Results 

Visual and binocular inspection at 64x revealed presence of cracks and complete washout of coating in the working area 
of the failed punch. Comparison of metallographic cross-sections of the used and the unused punches revealed a 
significant microstructural transformation in case of the used punch. Presence of a yellow porous layer was clearly 
evident between the nitrided layer and the coating, in case of the used punch. Cracks were observed to propagate from the 
outer surface into the bulk (see Figure la). Oxidation was evident along the cracks. Also, extensive grain growth with 
grain boundary coarsening (indicating grain boundary precipitation) 1, 2 was observed (Figure lb). EDS of the yellow 
layer indicated an increase in N and O peaks. In case of the unused part, no yellow layer was observed and the 
microstructure with respect to grain size, composition, etc., appears to be normal. Measurement of coating properties did 
not reveal any difference in case of the two punches. 






Fig. 1 Photograph showing transformed microstructure (a) with crack (350x), (b) grain coarsening (600x). 


Discussion And Conclusion 


The microstructural transformation observed in the case of the used punch is a clear indication of high temperature 
exposure (due to insufficient cooling) during application 2. The most probable cause of failure was thermal fatigue 3. 
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A Broken Cross-Recessed Die Made from High Speed Tool Steel 

Egon Kauczor, Werkstoffprufamt der Freien und Hansestadt 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 


Abstract: A broken cross-recessed die was examined. Examination of the unetched, polished section for impurities revealed several 
coarse streaks of slag. The purity did not therefore correspond to the requirements set for a high speed tool steel of the given 
theoretical quality DMo 5. After etching with 5% nital the polished surface exhibited a pronounced, easily-visible, fibrous structure. 
Microscopic examination revealed that this etch pattern was produced by marked segregation bands. The very unfavorable structure 
for a high speed steel tool of these dimensions and subject to such stresses together with the low purity favored the fracture of the 
tool. 

Keywords: Cracking (fracturing); Forming dies; High speed tool steels; Segregations 


Material: DMo5 (Molybdenum high-speed tool steel) 
Failure type: (Other, general, or unspecified) fracture 


Figure 1 shows a general view of the piece of the broken cross-recessed die under examination. For the putposes of the 
metallographic investigation, a longitudinal section was taken through the die on the opposite side to the fracture to 
include one arm of the cross. 




Fig. 1 General view of the fractured piece of a cross recessed die under examination. 2 x 

Examination of the unetched, polished section for impurities revealed several coarse streaks of slag, one of which is 
illustrated in Fig. 2. The purity does not therefore correspond to the requirements set for a high speed tool steel of the 
given theoretical quality DMo 5. 




Fig. 2 Slag streak in unetched longitudinal polished section. 100 x 

After etching with 5% nital the polished surface exhibited a pronounced, macroscopically easily visible, fibrous structure 
(Fig. 3). Microscopic examination revealed that this etch pattern was produced by marked segregation bands. 





Fig. 3 Structure near the fracture edge (etched with 2% nital). 200 x 

Figure 4 illustrates the structure of a longitudinal microsection through the fracture surface in the vicinity of the cross. 
The structure on the left side of the picture is finely acicular and was strongly attacked by the etching reagent. Adjacent to 
this and extending to the right side of the picture is a broad segregation band. Flere the zone-wise less powerful attack of 
the etchant is the result of the accumulation of alloying elements as well as of carbides in the segregation bands. The 
increased concentration of alloying elements makes these bands vulnerable to overheating and excessive holding even 
during a heat treatment normal for this quality of steel, and causes abnormal hardening behaviour which has led to very 
coarse acicular structure and high hardness values in these zones. In particularly strongly developed segregation bands the 
steel can actually crack on hardening (coarse grain hardness cracks). The graphic representation of the results of low load 
hardness tests in Fig. 5 shows the differences in hardness between the segregation zone and the neighbouring fine acicular 
structure in Fig. 4. 
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Fig. 5 Low load hardness values of the segregation band and neighbouring structure. 200 x 

The very unfavourable structure for a high speed steel tool of these dimensions and subject to such stresses together with 

the low purity have at least favoured the fracture of the tool. 
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Failure of a High-Speed Steel Twistdrill 

From: C.O. Smith, Products Liability and Design, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, 
p 71-78 

Abstract: The failure of a high speed steel twist drill which caused injury to the user was investigated thoroughly to settle a legal 
suit. The drill was being used to remove a stud that broke in the vertical wall of a metalworking machine (upsetter) after drilling a 
pilot hole. The drill had shattered suddenly with a bang which caused a chip to be dislodged and cause the injury. A large 
nonmetallic inclusion parallel to the axis near the center of the drill was revealed in an unetched longitudinal section. Carbide bands 
in a martensitic matrix were indicated in an etched sample. It was concluded by the plaintiffs metallurgist that the failed drill was 
defective as the steel contained nonmetallic inclusions and carbide segregation which made it brittle. It was revealed by the 
defendant that the twist drill met all specifications of Ml high-speed steel and investigated several other drills without failure to 
prove that the failure was caused by use in excessive conditions. It was revealed by examination that the point of the broken drill 
was not the original point put on at manufacture but came from regrinding. Both technical and legal details have been discussed. 
Keywords: Carbide segregation; Cracking (fracturing); Design; Nonmetallic inclusions; Twist drills 

Material: Ml (Molybdenum high-speed tool steel), UNS T11301 


Failure type: (Other, general, or unspecified) fracture 


A 1.905 cm (0.75 in.) stud broke in the vertical wall of a metalworking machine known as an upsetter. A parallel vertical 
wall left a limited amount of space in which mechanics could work. A pilot hole was drilled with a 0.476 cm (0.19 in.) 
drill. The drill was held in a Jacobs chuck in a portable drill press that, in turn, was held to the workpiece by an 
electromagnet. After the pilot hole was finished, the drill press was removed, the pilot drill was replaced by a 1.6 cm 
(0.63 in.) high-speed steel drill, and the press was repositioned. 

One man was doing the drilling while another man was squirting oil into the hole. When the drill was about 1.27 to 1.90 
cm (0.50 to 0.75 in.) into the pilot hole, there was a “bang.” The drill shattered, causing a chip to lodge in the right eye of 
the oiler, ultimately resulting in loss of vision in that eye. Suit was entered against the drill manufacturer alleging a 
defective drill. 

The plaintiffs attorney retained a metallurgist who examined the fragments. An unetched longitudinal section showed a 
large nonmetallic inclusion parallel to the axis near the center of the drill. After etching, this section showed carbide 
bands in a martensitic matrix. Flardness measurements indicated 65 to 66 F1RC at the edge of the flute with a bulk 
hardness of 62 to 64 F1RC. The drill tip is shown in Fig. 1. 




(a) 



Fig. 1 The tip of the broken twistdrill. (a) End view, (b) Top view. A second drill from the same lot was also 
examined. There was carbide banding but to a significantly lesser degree. Hardness was measured as 63 to 64 
HRC at both the flute edge and in the bulk of the drill. 

Plaintiffs expert concluded that the failed drill was defective while the other drill was satisfactory. He claimed that failure 
was a cumulative result of the following defective conditions: the steel contained nonmetallic inclusions that were 
detrimental to the properties of the drill; the carbide segregation was excessive, causing the drill to be brittle; and the 
cutting edge of the flutes was excessively hard. In his opinion, this high hardness made the edge brittle, so that the edge 
would chip during drilling. The chips caused the drill to bind and then shatter in a brittle manner because of excessive 
carbide segregation. 

Plaintiff alleged defective design, defective manufacture, unsuitable or defective material, lack of sufficient quality 
control, and failure to foresee. 

The defendant manufacturer believed the twist drill met all specifications for Ml high-speed steel. Both the supplier and 
manufacturer inspected for carbide segregation, with the poorest rating being “slight to medium.” A “medium” rating was 
permitted. Heat treatment and nitriding practices were consistent with those published by ASM International. After heat 
treatment, the drills were within the specified range of 64 to 66 HRC. 

Some twenty other inspections for dimensional accuracy, shape, and finish were made after heat treatment. Fourteen drills 
were given a severe drilling performance test (manufacturer's routine) with no breaking or chipping. 

It could be argued that there was nonsatisfaction of user requirements. The counter argument was that there was too high 
a demand on the drill. 

Conclusions by the plaintiffs experts can be viewed as indicating a deviation from the norm. (Of the 5360 drills made 
from this one lot of steel, the manufacturer received only this one complaint.) The observed nonmetallic inclusion had a 
maximum width less than 0.0127 mm (0.0005 in.) and a maximum length less than 0.84 mm (0.033 in.). It was located in 
the shank, more than 6.35 cm (2.5 in.) from the drill tip and along the central axis, which is subjected to essentially none 
of the bending and twisting loading. While the inclusion is relatively large, it is not likely that it could contribute to the 
failure. 

The largest carbide band was about 8 mm (0.32 in.) long and located about one-fourth of the distance from the central 
axis to the outer edge. It was also some distance from the drill tip. This location implies relatively light loading. 



The manufacturer made hardness measurements on the two drills examined by plaintiffs expert. The results are given in 
Table 1. These indicate no significant difference between the two drills. The higher hardness at the cutting edge is 
expected and reasonable for a nitrided Ml steel. The hardness of both drills is within normal specification ranges. 


Table 1 Hardness examination of drills 

See Example 1 in text. 


Measurement 

Average hardness, FIRC^ 


Bulk 

Cutting edge 

Plaintiffs measurements 

Broken drill 

62-64 

65-65 

Unbroken drill 

63-64 

63-64 

Defendant's measurements 

Broken drill 

64.9, 64.8 

65.l (b) , 66.5 (c) 

Unbroken drill 

65.0, 65.1 

65.6 <b) , 66.5 (c) 


The manufacturer examined a number of other Ml drills that had satisfactorily met (corporate) standard drilling tests. One 
of these had a nonmetallic inclusion 1.5 times longer than in the failed drill. Two had edge hardnesses in the 66 to 68 
HRC range with carbide banding more pronounced than in the failed drill. 

From the viewpoint of design defects, was the drill less safe than expected by the ordinary consumer? Maybe. Presumably 
the workers did not expect drill failure. It is well known, however, that twistdrills do fail, no matter how well designed 
and manufactured. Using a drill to remove material after drilling a pilot hole is a common practice and clearly 
foreseeable. It is clearly more hazardous than drilling without a pilot hole. The drill may have been less safe than 
expected, but it seems more credible that too much was expected. 

Existence of a design defect related to “excessive preventable danger” seems doubtful. The drill design was highly similar 
to that used by other manufacturers. All dimensions, tolerances, clearances, and so on were consistent with those used by 
other manufacturers and were based on years of drill use by a great variety of users. There is no question of potentially 
severe damage and relatively high probability of exposure. But there are no apparent alternatives that are technically 
and/or economically feasible. 

What is your judgment on the validity of the allegations? Flow should this litigation have been resolved? 

Examination of Fig. 1 indicates that one cutting lip is about 0.725 cm (0.286 in.) long while the other is about 0.802 cm 
(0.316 in.) long, so that the chisel edge is about 2.7 mm (0.106 in.) off center. The shorter lip will contact the work before 
the longer lip and thus bears all of the initial drilling stresses. The hu ger of the two chipped areas along the cutting edges 
in Fig. 1 is on the shorter lip. The broken point also had improper clearance angles (one was close to a negative angle). It 
was clear that the point of the broken drill was not the original point put on at manufacture but came from regrinding 
(presumably from “eyeballing” rather than using a jig). The work conditions, including a small pilot hole, a portable drill 
press, relocation of the press between the two drilling operations, and a questionable supply of coolant, placed abnormal 
stress on the drill. 

The case was eventually settled out of court, with the plaintiff receiving a sum of less than $10,000 at a time when similar 
injury cases were receiving judgments of $50,000 to $150,000. This was clearly a so-called “nuisance settlement” to get 
rid of the suit. Much greater detail, both technical and legal, can be obtained by reference to Ref 1, 2, 3. A side aspect of 
this case relates to the expert witness. It developed that the plaintiffs expert was not sufficiently knowledgeable about 
high-speed steels, although he was a competent metallurgist. 

Finally, it should be noted that this accident could have been avoided if the victim had been wearing safety glasses. The 
possibility of eye injury when working with tools is well known. Manufacturers usually add a warning to the product 
itself or its packaging. Employers require both workers and visitors to wear' eye protection and provide training on its 




importance. Eye protection, as well as other personal protective equipment, is also required by both federal and state laws 
and regulations governing workplace safety. 
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Brittle Failure of a Titanium Nitride-Coated High Speed Steel Hob 

Alan Stone, ASTON Metallurgical Services Company, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Recurring, premature failures occurred in TiN-coated M2 gear hobs used to produce carbon steel ring gears. Fractographic 
and metallographic examination, microhardness testing, and chemical analysis by means of EDS revealed that the primary cause of 
failure was a coarse cellular carbide network, which created a brittle path for fracture to occur longitudinally. As the cellular carbide 
network must be dispersed and refined during hot working of the original bar of material, the hobs were not salvageable. Minor 
factors contributing to the hob failures were premature wear resulting from lower matrix hardness and high sulfur content of the 
material, which contributed to lower ductility through increased nucleation sites. It was recommended that the hob manufacturer 
specify a minimum amount of required reduction for the original bar of tool steel material, to provide for sufficient homogenization of 
the carbides in the resultant hob, and lower sulfur content. 

Keywords: Carbides; Coatings; Hobbing cutters; Microstructural effects; Sulfur; Wear 


Material: M2 (Molybdenum high-speed tool steel), UNS T11302 


Failure type: Brittle fracture 


Background 

A gear manufacturer reported recurring premature failures of titanium nitrided M2 tool steel gear hobs. The hobs were 
used to produce carbon steel ring gears 

Applications 

Gear reduction motors drive the rotating hobs into the steel stock which is radially indexed to cut the circumferences of 
the rings. 

Circumstances leading to failure 

A new off-the-shelf hob was inserted into a gear cutter. The gear manufacturer stated that the hob teeth “peeled” after two 
passes. No unusual circumstances regarding stock, alignment or feeds and speeds were noted. 



Sample selection 


A failed hob 10 cm (0.4 in.) in diam by 10 cm (4.0 in.) long, was submitted for failure analysis. A representative section 
containing three teeth was subsequently removed for more intensive investigation. 

Visual Examination of General Physical Features 

The hob exhibited excessive wear and fracturing on the leading surfaces of the cutting teeth, as shown in Fig. 1 and 2. 



Fig. 1 Overall view of titanium nitride-coated hob. Approximately.lx 





Fig. 2 Closer view of fractured cutting edges. Approximately 5x. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The hob was cross-sectioned in a water-cooled abrasive saw to provide smaller samples for 
further examination. Surprisingly, the clamping force of the vise and stress from sectioning was sufficient to cause 
additional multiple fractures. 

Scanning electron microscopy/EDS. A Leica S-200 scanning electron microscope (SEM) equipped with a light 
element detecting energy dispersive x-ray spectrometer (EDS) was used to examine the freshly fractured surfaces, 
fractured teeth and TiN surface. The EDS detector is capable of detecting elements with atomic numbers of sodium and 

0.1 

above. Elements boron and above are detected in light element mode. The typical minimum detection limits are 0.5%. 
The minimum volume analyzed is typically 1 pm (40 pin.) in diam/thickness. 

The fracture was intergranular and highly directional with exposed carbide and sulfide stringers, as shown in Fig. 3 and 4. 
No elements associated with corrosion of TiN were detected on the coated surface. The EDS spectra is shown in Fig. 5. 



Fig. 3 Electron micrograph showing the fractured cutting edge. Note the directional features going across the 
face of the tooth. 12x. 



Fig. 4 Electron micrograph showing the brittle intergranular fracture surface. Carbides and inclusions are 
present on the fracture. 1260x. 




Fig. 5 Higher magnification view showing tempered martensite, sulfide stringer inclusions and carbide 
networking. 315x. 

Metallography 

Transverse and longitudinal cross-sections were prepared in accordance with ASTM E3-86 and etched with 10% nital in 
accordance with ASTM E407-89. The matrix consisted of tempered martensite with fine spheroidal carbides as well as a 
coarse cellular carbide network. Localized regions of higher and lower carbon contents resulting from segregation were 
observed (Fig. 6. 7, 8). No visual evidence existed of eutectic melting, retained austenite, untempered martensite, grain 
coarsening, surface decarburization or localized burning associated with the TiN coating at the surface. The cellular 
carbide networking is indicative of insufficient hot working to disperse, refine and homogenize the carbide structures 
formed when producing the original bar of material. 






Fig. 8 Energy dispersive spectra showing titanium and nitrogen on the surface. Sample after gold sputter 
coating. 500x. 

Mechanical properties 

Hardness, readings taken in accordance with ASTM E18-89 indicate the bulk/core hardness to be 64 HRC. 

Knoop readings were taken in accordance with ASTM E384-92 with a 100-g (3.5-oz.) load at 400x in carbide-rich and 
deficient locations as well as adjacent to the prematurely worn surface. Knoop hardness values were converted to HRC, 
and are reported in Table 1. Significant variances in relative hardness were observed. 


Table 1 Microhardness Readings 


Location distance 

Hardness, 

Hardness, 

mm 

in. 

KHN 

HRC (conversion) 

0.025 

0.001 

917 

68 

0.050 

0.002 

842 

65 

0.076 

0.003 

907 

68 

0.102 

0.004 

863 

66 

0.127 

0.005 

907 

68 

0.254 

0.010 

1017 

>70 

0.254 

0.010 

863 

66 

0.254 

0.010 

842 

65 


Carbide-deficient 

766 

62 




region 

749 

61 


755 

61 


759 

61 

Carbide-rich 

795 

63 

region 

842 

65 


885 

67 


945 

69 


Chemical analysis/identification 

Material. Chemical analyses were performed in accordance with ASTM E572-88, E353-89. and E1019-88. The results 
are given in Table 2, and indicate the alloy to be an M2 tool steel with a high sulfur content. 

Table 2 Chemical analysis of high speed steel hob (a) 


Element 

wt% 

C 

0.94 

Mn 

0.22 

P 

0.025 

S 

0.098 

Si 

0.28 

Cu 

0.12 

Ni 

0.26 

Cr 

4.17 

Mo 

4.77 

W 

46.53 




V 

2.09 

Co 

0.40 

(a) Balance Fe 


Discussion 

The final austenizing temperature prior to quenching for high speed tool steels such as M2 is typically 1177 to 1218 °C 
(2150 to 2225 °F). This temperature is near the eutectic melting point. Slight overheating will cause localized melting and 
grain coarsening, although no such overheating was observed. Overheating and poor quenching may result in retained 
austenite. Careful heat treatments include sub-zero treatments to transform retained austenite to martensite prior to final 
double tempering. Otherwise, martensite may form subsequent to tempering and result in untempered martensite in the 
final product. No retained austenite or untempered martensite was observed. Localized burning from the titanium 
nitriding was also not observed. 

The coarse cellular carbide network and carbon segregation resulted from unsufficient hot working of the original bar of 
material. High speed tool steels require hot working to break apart, refine and homogenize and carbides. The hob 
exhibited crabide networking, which results in low energy crack paths as well as locally depleting carbon from the matrix 
to reduce local hardness. The high sulfide content reduces ductility by creating additional fracture nucleation sites at 
inclusions. 

Conclusions and Recommendations 

Most probable cause 

There are three contributing causes to these failures. The primary factor is the coarse cellular carbide network which 
creates a brittle path for fracture to occur. A minor factor is that premature wear may result from lower matrix hardnesses. 
Additionally, the high sulfide content contributes to lower ductility through increasing nucleation sites. 

Remedial action 

The hobs are not salvageable. The cellular carbide network must be dispersed and refined during hot working, which 
requires heavy mechanical working at high temperatures. Conventional heat treatment, performed near the melting point 
of the alloy, is insufficient to adequately refine and homogenize the high-temperature carbides. 

How failure could have been prevented 

The choice of a high-performance coating combined with a hard, abrasion- and temperature-resistant base material should 
provide for long tool life. The hob manufacturer should specify a minimum amount of required reduction to provide for 
sufficient homogenization of the carbides. A cleaner material, low in sulfur, would also be beneficial. 
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Staining of a Stamped Coin 

S.J. Suess, Stork Technimet, Inc. 


From: S.J. Suess, Characterizing Surface Discoloration, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003, p 12 


Abstract: A stamped coin exhibited visible discolored areas, seen as a tan haze on the surface. The discoloration was considered 
merely cosmetic. The nonstained and stained regions were studied using a scanning electron microscope equipped with an energy- 
dispersive X-ray spectrometer (SEM/EDS). Greater amounts of aluminum and magnesium were found in the stained area as 
compared with the nonstained region. Some carbon and oxygen were detected in both areas, which may be suggestive of organic 
substances. The nonstained and stained regions were analyzed further by Fourier transform infrared spectroscopy (FTIR). FTIR 
showed the presence of traces of hydrocarbons and ether/alcohol materials in the stained area, suggesting that the stain was 
associated with a cellulose or carbohydrates (sugars). These findings, along with the appearance, suggest that a sugar-containing 
substance, such as coffee or a soft drink, dried onto the surface of this coin and caused the observed discoloration. 

Keywords: Chemical analysis; Coinage; Staining 


Material: Coin metal (Nonferrous alloy, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


A stamped coin exhibited visible discolored areas, seen as a tan haze on the surface (Fig. 1). In this case, the discoloration 
was considered merely cosmetic. The nonstained and stained regions were studied using a scanning electron microscope 
equipped with an energy-dispersive X-ray spectrometer (SEM/EDS). The SEM allows for high-magnification study of 
surfaces by utilizing electrons instead of visible light. This instrument is equipped with magnetic lenses and coils, which 
scan the sample surface with electrons (primary electrons) that are emitted from an electron gun through a column. The 
image is produced by electronically amplifying the signals that are generated by the secondary and/or backscattered 
electrons. The backscattered electrons are emitted from the sample when the primary electrons strike the surface, and the 
backscattered intensity depends on the atomic number of the elements struck by the primary electron beam. The SEM has 
a substantially greater depth-of-focus than a light microscope, and this depth-of-focus is particularly important at high 
magnifications. The SEM is useful for characterizing discoloration, because at high magnification even very small 
amounts of residue can be seen as adherent deposits, and direct comparison can be conducted between nondiscolored and 
discolored areas with regard to apparent cleanliness and surface roughness. Energy-dispersive spectroscopy is useful for 
determining relative percentages of the elements above Atomic No. 5 on the periodic table. When the primary electron 
beam strikes the sample, the atoms in the sample interact with the beam in various ways. One interaction causes the 
emission of the X-rays by the atoms in the sample. Each element has characteristic energy levels at which the X-rays are 
emitted, and these energy levels are detected as peaks or lines in the X-ray spectrum. Consequently, the elements that are 
present in the sample can be determined and, to some degree, quantified as to their relative amount in the sample. This 
technique is particularly useful for characterizing inorganic materials and compounds but has very limited application to 
organic substances because of the light elements present in many organic materials. Once the elemental profile has been 
determined via this technique, the chemical compounds that are present may be approximated via stoichiometric analysis, 
speculation based on known part history, and the results of other analysis techniques, if they are available. One of the big 
advantages to SEM/EDS is the relatively easily obtainable vacuum requirements, where the proper vacuum levels can be 
achieved within a few minutes. 



Fig. 1 Coin exhibiting a stain in the form of a tan haze 







Analysis of the coin by EDS showed slightly greater amounts of aluminum and magnesium in the stained area as 
compared with the nonstained region. Some carbon and oxygen were detected in both areas, which may be suggestive of 
organic substances. 

The nonstained and stained regions were analyzed further by Fourier transform infrared spectroscopy (FTIR). This 
method typically covers an analysis depth of 10 pm. It is based on the physical characteristic that most organic and some 
inorganic substances absorb electromagnetic radiation in the infrared (IR) region. Vibrational states of varying energy 
levels exist in the molecules, and transition from one vibrational state to another is directly related to the absoiption or 
emission of electromagnetic radiation. The frequency of the radiation that excites a molecule and allows this transition is 
related to the difference in energy states, and the vibrational energy of a group of atoms is associated with a given 
frequency. In FTIR, a continuous beam of electromagnetic radiation is passed through or reflected off the surface of the 
sample, causing individual molecular bonds and groups of bonds to vibrate at characteristic frequencies and absorb 
infrared radiation at corresponding frequencies. Because of this, different molecules will generate distinct patterns of 
absoiption, allowing characterization and identification. This technique does not require special sample preparation or the 
use of a vacuum chamber, and thus, samples can be analyzed relatively quickly. 

Analysis by FTIR of the coin showed the presence of traces of hydrocarbons and ether/alcohol materials in the stained 
area, suggesting that the stain was associated with a cellulose or carbohydrates (sugars). These findings, along with the 
appearance, suggest that a sugar-containing substance, such as coffee or a soft drink, dried onto the surface of this coin 
and caused the observed discoloration. 

Concluding Remarks 

An investigation of discoloration, like any other failure investigation, requires an arrival at the correct conclusions and 
suitable recommendations for corrective action. The process of obtaining the correct conclusions and making the correct 
recommendations is based on an accurate understanding of the paid history, a thorough knowledge of the materials, proper 
analysis using appropriate instrumentation and techniques, and pertinent experience. Adequate contaminant substance 
identification is achievable with relatively little analysis in some instances, while in others, more comprehensive studies 
are required and multiple analytical techniques must be applied. The extent of analysis that is conducted in a discoloration 
characterization study is virtually always limited by time and cost constraints. Techniques that require special sample 
preparation, as well as techniques that are lengthy to run or interpret, have a tendency to be expensive and even cost 
prohibitive in some instances. Therefore, an understanding of the advantages and limitations of analysis techniques will 
facilitate adequate, cost-effective, and timely identification of the causes of surface discoloration. 
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Failure of Aluminum Alloy Spacers by Galvanic Attack 


From: W.G. Ashbaugh, Corrosion Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 172- 
202 


Abstract: Immediately after installation, leakage was observed at the mounting surface of several rebuilt hydraulic actuators that 
had been in storage for up to three years. At each joint, there was an aluminum alloy spacer and a vellum gasket. The mounting 
flanges of the steel actuators had been nickel plated. During assembly of the actuators a lubricant containing molybdenum disulfide 
had been applied to the gaskets as a sealant. The vellum gasket was found to be electrically conductive, and analysis (visual 
inspection, 500x unetched micrographs, galvanic action testing, and X-ray diffraction) supported the conclusions that leakage was 
the result of galvanic corrosion of the aluminum alloy spacers while in storage. The molybdenum disulfide was apparently suspended 
in a volatile water-containing vehicle that acted as an electrolyte between the aluminum alloy spacer and the nickel-plated steel 
actuator housing. Initially, the vellum gasket acted as an insulator, but the water-containing lubricant gradually impregnated the 
vellum gasket, establishing a galvanic couple. Recommendations included discontinuing use of molybdenum disulfide lubricant as a 
gasket sealer, and assembling the actuators using dry vellum gaskets. 

Keywords: Actuators; Molybdenum disulfide; Solid lubricants; Spacers 


Material: Aluminum (Aluminum, general) 



Failure type: Galvanic corrosion 


Immediately after installation, leakage was observed at the mounting surface (Fig. la) of several rebuilt hydraulic 
actuators that had been in storage for up to three years before installation. At each joint, there was an aluminum alloy 
spacer (Fig. la) and a vellum gasket (Fig. lb). The mounting flanges of the steel actuators (Fig. lc) had been nickel 
plated. During assembly of the actuators, a lubricant containing molybdenum disulfide had been applied to the gaskets to 
serve as a sealant. One actuator housing, several aluminum alloy spacers, and one used and one new vellum gasket were 
sent to the laboratory for examination. 



Fig. 1 Components for the mounting surface of a hydraulic actuator that failed in service because of galvanic 
attack on the aluminum alloy spacer. The galvanic attack occurred on the aluminum alloy spacer (a) when a 
vellum gasket (b) that separated the spacer from a nickel-plated steel housing (c) became saturated with 
moisture-containing molybdenum disulfide lubricant that acted as an electrolyte, (d) and (e) Micrographs of 
unetched specimens that were taken from a corroded area and an uncorroded area, respectively, of the 
aluminum alloy spacer. 500x 

Investigation. Visual examination of the components disclosed corrosion deposits and staining (Fig. la, b, and c). The 
stained areas were dark in color and greasy to the touch. Samples of deposits scraped from the aluminum spacer and the 
vellum gasket were identified by x-ray diffraction as molybdenum disulfide. Deposits taken from the nickel-plated steel 


housing were not completely identified. Analysis indicated, however, that nickel formate dihydrate was one of the 
constituents. No molybdenum disulfide or nickel formate was found on the new gasket that was submitted for 
examination. 

Metallographic examination of sections taken through a badly stained area on one of the aluminum alloy spacers showed 
that coiTosion had penetrated to a depth of 64 pm (0.0025 in.) at some areas (Fig. Id and e). 

Test for Galvanic Action. A test was conducted to determine if the corrosion on the aluminum alloy spacers was the 
result of galvanic action. Sections of the actuator housing, the vellum gasket, and the aluminum alloy spacer were 
clamped with an insulated C-clamp. The vellum gasket was found to be electrically conductive, and a potential of 0.1 V at 
60,000 O) was measured between the aluminum alloy spacer and the actuator housing. This voltage could be increased or 
decreased by changing the force applied by the C-clamp. 

The C-clamp was removed, and the test-pieces were baked in an oven at 230 °C (450 °F) for seven days. After baking, no 
potential could be detected between the testpieces when they were reclamped by the insulated clamp. 

Visual examination of the testpieces revealed staining similar to that observed on the failed spacers. Metallographic 
examination of cross sections through stained areas in the aluminum-spacer testpieces disclosed the presence of incipient 
corrosion. 

Conclusions. Leakage was the result of galvanic corrosion of the aluminum alloy spacers while in storage. The 
molybdenum disulfide was apparently suspended in a volatile water-containing vehicle that acted as an electrolyte 
between the aluminum alloy spacer and the nickel-plated steel actuator housing. 

Initially, there was no couple between the spacer and housing because the vellum gasket acted as an insulator, but the 
water-containing lubricant gradually impregnated the vellum gasket and established a galvanic couple between the spacer 
and the housing. The staining of the nickel-plated steel housing and the presence of hydrated nickel formate deposits did 
not contribute to the leakage, but indicated some attack on the housing and helped to confirm the nature of the corrosion 
mechanism. 

Corrective Measures. Use of the molybdenum disulfide lubricant as a gasket sealer was discontinued, and the 
actuators were assembled using dry vellum gaskets. A satisfactory seal was obtained with the dry vellum gaskets, and no 
delayed failures by leakage at the gaskets were observed on units assembled in this manner. 
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Use of SEM in Solving Integrated Circuit Problems. 

From: J.D. Verhoeven, Scanning Electron Microscopy, Materials Characterization, Vol 10, ASM Handbook, ASM International, 1986, p 
490-515 

Abstract: Two packaged 16K random access memory (RAM) die were investigated using scanning electron microscope to determine 
why one die failed electrical testing after an elevated-temperature stress test. Aluminum misalignment was revealed by scanning 
electron microscopy of the failed die while the good sample was found to show proper alignment. Nonuniform partial coverage of 
tungsten on the contact window was revealed by photomicrographs in secondary and backscattered electron imaging of the bad 
sample after the aluminum was removed by wet etch process to allow inspection of tungsten. More complete and uniform coverage 
of tungsten on the P+ contact window was revealed in the photomicrographs of the good sample. The use of scanning electron 
microscope in solving process control problems in the development and production of microelectronic integrated circuits was thus 
illustrated. 

Keywords: Coating defects; Integrated circuits; Scanning electron microscopy 
Materials: Aluminum (Aluminum, general); Tungsten (Tungsten-base alloy) 

Failure type: (Other, miscellaneous, or unspecified) failure 


Two packaged 16K random access memory (RAM) dice were submitted to the scanning electron microscope laboratory 
to determine why one die failed electrical testing after an elevated-temperature stress test (that is, burn in). Figure 1 shows 
a schematic of the cross section. A tungsten layer on the contact windows is under evaluation in this series of devices as 
an aluminum-silicon diffusion barrier in addition to providing an etch barrier at the aluminum/silicon contact window 
interface. Sample SN5430, which passed the electrical test, was subjected to a standard hydrofluoric acid bath for 1 min 
to remove native silicon oxide on exposed P + and N + contact windows before the low-pressure chemical vapor deposition 
(LPCVD) tungsten was selectively deposited in contact windows (Ref 1). To test the importance of the pretungsten clean, 



the hydrofluoric acid cleaning step was omitted from sample SN5417, which failed the electrical test. It is known that if 2 
nm of native oxide exists on the silicon and is not adequately removed, the tungsten deposition is hampered (Ref 2). 



Fig. 1 Cross section of integrated circuit. Arrows points to the LPCVD tungsten layers. 

Scanning electron microscopy was used to observe alignment of the aluminum deposition on the die. The good sample, 
SN5430, showed proper aluminum alignment and adequate contact window coverage (Fig. 2a and b). The bad sample, 
SN5417, showed aluminum misalignment. Apparently, when the blanket aluminum over-coating was plasma etched to 
define the aluminum lines, a misaligned mask caused formation of a crescent-shaped void in the silicon adjacent to the 
contact window (Fig. 2c and d). 
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Fig. 2 Scanning electron micrographs of an integrated circuit, (a) and (b) Proper aluminum alignment, (c) and 
(d) Aluminum misalignment. Note the crescent-shaped void on (d) shown by arrow indicating aluminum 
misalignment. 


The aluminum was then removed using a wet etch process, allowing inspection of the tungsten on the contact windows. 
The window of primary interest is P + (boron-doped) silicon (Fig. 1). Photomicrographs in secondary and backscattered 
electron imaging of the bad sample, SN5417, show nonuniform partial coverage of tungsten on the contact window (Fig. 
3). Backscattered electron imaging is especially useful in this case because the large difference in atomic number between 
tungsten (Z = 74) and silicon (Z = 14) results in good contrast. The crescent shape on the P + window was caused by 
misalignment of the mask during aluminum etching (Fig. 3). The photomicrographs of the good sample, SN5430, show a 
more complete and uniform coverage of tungsten on the P + contact window (Fig. 4a). Energy-dispersive spectral analysis 
confirmed the presence of tungsten in the contact windows (Fig. 4b). 
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Fig. 3 Scanning electron micrographs of bad integrated circuit sample, (a) Secondary electron image, showing 
the nonuniform tungsten deposit, (b) Backscattered electron image, showing the tungsten locations (bright 
areas). The arrow in (b) points to the crescent-shaped void caused by misalignment at the mask during 
aluminum etching. 
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Fig. 4 Analysis of good integrated circuit sample, (a) Secondary (left) and backscattered (right) electron 
micrographs of the good sample, SN5430, showing the uniform tungsten deposit, (b) Energy-dispersive 
spectrum that confirms tungsten in the contact windows 

Comparisons of the photomicrographs show the misalignment of the aluminum on the bad sample and incomplete 
tungsten coverage because of the omitted hydrofluoric acid cleaning step to remove the native oxide layer. This example 
illustrates use of the scanning electron microscope in solving process control problems in the development and production 
of microelectronic integrated circuits. 
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Aircraft Accident Caused by Explosive Sabotage 

R.V. Krishnan, S. Radhakrishnan, A.C. Raghuram, and V. Ramachandran, National Aeronautical Laboratory 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Damage to a passenger aircraft that resulted from a midair explosion and subsequent emergency landing was 
investigated to determine the cause and location of the explosion. Extensive damage had occurred in the front toilet and cockpit 
areas and to the undercarriage and underside of the aircraft. Fractographic and surface examination of metal fragments (stainless 
steel and aluminum alloy) from damaged areas indicated that the accident was caused by an explosion in the front toilet. A 
reconstruction exercise confirmed this conclusion. Damage to the undercarriage and underside resulted from the emergency landing. 
Keywords: Aircraft components; Explosions 

Materials: Aluminum alloy (Aluminum, general); Stainless steel (Stainless steel, general) 

Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Damage to a passenger aircraft that resulted from a midair explosion and subsequent emergency landing was investigated 
to determine the cause and location of the explosion. 

Circumstances leading to failure 

The flight of the passenger aircraft was uneventful until 20 min before a scheduled landing, at which time an explosion 
occurred, causing injuries to the crew and damage to the front toilet area and to instruments in the cockpit. However, the 
main structure was undamaged. Despite these multiple emergencies, the pilot continued to fly the aircraft and attempted 
an emergency landing. In process, the aircraft overshot the runway, severing the engines and damaging the underside of 
the aircraft. Although an in-flight explosion was known to have occurred, it was necessary to provide material evidence to 
a Court of Inquiry to establish the location and type of explosion. 

Visual Examination of General Physical Features 

Because the engines and undercarriage were severed, the aircraft was resting on the underside of the fuselage, beyond the 
end of the runway (Fig. 1). The front toilet and cockpit areas had suffered extensive damage. The paint on the external 
skin above the front toilet had peeled off, and a hole was found on the skin of the toilet roof, with the metal lip curling 
outward (Fig. 2a). The panels of the toilet compartment had given way, as did the front bulkhead and the floorboard 
below the washbasin. Shaip projectiles had penetrated the panels. Fragments were lodged in the toilet panels, in the panel 
opposite the toilet across the gangway, in the pilot's seat, and in the observer's seat behind the pilot. 



Fig. 1 Damaged aircraft in which the explosion occurred. 



Fig. 2 Damage in the front portion of the aircraft, (a) Hole in the external skin on the toilet roof, (b) Caving in 
of the toilet bowl. Damage in the front portion of the aircraft, (c) Damage to the instrument panel in the 
cockpit.(d) Hole in the backrest of the pilot's seat, front view, (e) Hole in the plastic panel in the passenger 
cabin. 

Inside the toilet, the stainless steel washbasin and its fittings were severely mangled. The wastepaper receptacle, made of 
aluminum alloy sheets and kept under the washbasin, had disintegrated into a number of pieces. The toilet bowl was 
caved in (Fig. 2b), as though deformed by compressive forces directed from the region below the washbasin. 

Fig. 2(c) illustrates damage to the various instruments in the cockpit. There was a hole in the backrest of the observer's 
seat, which was situated between the toilet wall and the pilot's seat. The backrest of the pilot's seat also had a hole pierced 
through it (Fig. 2d). 

In the passenger cabin, the plastic panel in front of the left front row of seats had a hole pierced through it (Fig. 2e), with 
distinct crazing. The cabin crew’s folding seat, located in the passage between this plastic panel and the real - wall of the 
front toilet, had disintegrated, and sharp metal fragments were embedded in the foam of this seat. 

After examining the wreckage in the field, a large number of metal fragments were recovered from the front toilet and 
cockpit areas, as well as from the ground below, for further laboratory examination. 


Testing Procedure Visual and Results 




Surface examination 


Visual. The fragments were curled and twisted. Some of them contained dents and pierced holes. Curling was 
pronounced in the lips around the holes and along the fracture edges. 

Macrofractography/Scanning Electron Fractography. The fragments were examined in a stereomicroscope 
and in a scanning electron microscope (SEM). The features observed on the fracture edges and on the surfaces of the 
fragments are shown in Fig. 3. These features were pronounced in the fragments obtained from the disintegrated 
wastepaper receptacle. 



Fig. 3 Characteristic features of explosive damage, (a) Reverse slant, (b) Curl, (c) Curved fragment, (d) Dent, 
(e) Spall, (f) Petaling and curling around a hole, (g) Spikes, (h) Craters, (i) Nondescript fragments. 

Some of the fragments from the wastepaper receptacle showed a stepwise slant fracture edge, the slope of the slant 
fracture reversing periodically along the edge (Fig. 3a). Distinct curling was observed on some of the fragments of the 
wastepaper receptacle, the free fracture end rolling over itself one or more turns (Fig. 3b). A curved surface with a small 
radius of curvature was another unusual feature of some of the fragments (Fig. 3c). Dents were observed in some of the 
pieces of the wastepaper receptacle (Fig. 3d). Some were sharp and others were glancing dents. Fig. 3(e) shows an SEM 
fractograph of metal spall in a fragment. Fracture occurred along the midthickness plane, resulting in flaking. Holes were 
pieced through some of the fragments. Figure 3(f) shows a typical hole, around which petal like tongues of the metal have 
curled outward. Shaip spikes were noticed in some pieces along the fracture edge (Fig. 3g). On the surface of the 
fragments of the wastepaper receptacle, small craters were visible with raised ridges along their rims (Fig. 3h). Many tiny, 
nondescript, featureless fragments were contained in the debris collected from the damaged areas of the air craft (Fig. 3i). 

Simulation tests 

Explosion experiments were carried out in the laboratory on similar aluminum alloy sheet. The fragments thus produced 
were found to have these characteristics. 


Discussion 




When the aircraft overshot the runway and hit the approach lamps and the airport fence, the engines, undercarriage, and 
underside of the aircraft suffered considerable impact damage. However, the damage to the toilet area, cockpit, and the 
surrounding structures and fittings therein were of an entirely different nature and could not have been caused by impact 
on landing. 

Features on fragments of sheet metals disintegrated by explosive forces are distinct from those produced by impact alone. 
These characteristic features, which are pronounced in the primary zone of explosion, survived the subsequent impact 
forces. Tardif and Sterling (Ref 1) have described in detail the characteristics of explosive damage in aluminum. These 
have found applications in the detection of explosive sabotage of aircraft (Ref 2, 3, 4, 5). 

The features described above and illustrated in Fig. 3 are general characteristics of explosive fracture. It has been reported 
that some features, such as reverse slant in sheet metal, are produced in high-strain-rate deformation and fracture, but 
craters with raised rims on the, surface of sheet metal are produced by gas bubble impingement following a chemical 
explosion. The craters were visible in the fragments of the wastepaper container. 

Spall in sheet metal is a typical shock wave phenomenon. When a compression wave passes through sheet metal, it is 
reflected from the rear surface of the sheet as a tension wave, and in this process, fracture occurs along the midthickness 
plane. Some of the hu ger pieces of the wastepaper container had oriented dents and holes, indicating explosive damage 
from the inside to the outside. The nature of damage to the structure and fittings in and around the front toilet provided 
further evidence of this phenomenon. The holes in the roof skin of the toilet (Fig. 2a), in the pilot's backrest (Fig. 2d), and 
in the plastic panel in the passenger cabin (Fig. 2e) indicated the presence of high-velocity projectiles moving in various 
outward directions from the toilet. The inward caving of the toilet bowl (Fig. 2b) and the severe deformation of the 
washbasin pointed to the region under the washbasin as the center of the explosion. 

The peeling of the paint from the top skin of the fuselage between the cockpit and the front entrance (Fig. 1) could have 
been caused only by internal forces from underneath and not during landing. In aircraft accidents caused by explosion, 
study of the damage to the surrounding structures often leads to determination of the center of explosion by tracing the 
trajectories of the projectiles in the damaged area (Ref 6, 7). 

All evidence suggested that the wastepaper receptacle was the center of the explosion. This conclusion is illustrated in the 
trajectory tracing shown in Fig. 4. 




Fig. 4 Trajectories of projectiles from the center of the explosion. 1, pilot's seat; 2, observer's seat; 3, 
washbasin; 4, toilet bowl; 5, toilet door; 6, cabin crew seat;7, plastic panel; 8,cockpit door; 9, pantry; A, holes 
in the backrest of pilot's seat; B, hole in the external skin; C, hole in the plastic panel; D, holes in the door 
panel; E, dent in the toilet bowl. 



Conclusion and Recommendations 


Microscopic examination of the fragments collected from the aircraft clearly established chemical explosion in the front 
toilet as the cause of the accident. The center of the explosion was found to be the wastepaper receptacle under the 
washbasin. Further damage to the undercarriage and underside of the aircraft was caused when the aircraft made an 
emergency landing at high ground velocity and overshot the runway. 
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Assessing the Durability of Aluminum Castings 

D. Aliya, Aliya Analytical 

From: D. Aliya, Optimizing Thinking Skills in Failure Analysis, Practical Failure Analysis, Vol 3 (No. 3), Jun 2003, p 65 

Abstract: A new supplier for aluminum die castings was being evaluated, and the castings failed to meet the durability test 
requirements. Specifically, the fatigue life of the castings was low. Initial inspection of the fatigue fracture surfaces revealed large- 
scale porosity visible to the naked eye. New castings with reduced porosity also failed the durability tests. The fatigue fracture 
surfaces of additional casting fragments were very rough and contained multiple ratchet marks along the inner fillet. These 
observations indicated the fatigue process was heavily influenced by the presence of surface imperfections. Improving the surface 
finish or choosing a stronger alloy, were more likely to improve part durability than reducing the porosity. 

Keywords: Complex failures; Data interpretation; Deviations from ideality; Thinking errors 

Material: Aluminum casting (Cast aluminum, general) 

Failure type: Casting-related failures 


A new supplier for aluminum die castings was being evaluated, and the castings failed to meet the durability test 
requirements. Specifically, the fatigue life of the castings was low. Initial inspection of the fatigue fracture surfaces 
revealed large-scale porosity that was visible to the naked eye. Personnel from the receiving organization immediately 
concluded that the porosity, as a defect in the castings, must be the problem. The potential supplier was then asked to 
make new castings with less porosity. The new castings also failed the durability tests. The fatigue fracture surface of one 
of the new castings showed porosity (Fig. 1). However, tests showed that the density of the new castings now approached 
the theoretical density of the material, so the durability tests were rerun. The castings again failed the test, and outside 
help was sought. The fracture surface revealed no evidence that cracks started from or were influenced by the porosity. In 
fact, the ratchet marks on the fracture face indicated that the cracks started at the surface of the die casting. In addition, a 
finite-element analysis (FEA) performed by the work requestor was consistent with what would be expected based on the 



location of the ratchet marks. The FEA showed that the highest tensile stress, which would be the expected crack 
initiation site in material of homogeneous strength, was near the ends of the semicircular cross section, not somewhere in 
the part interior. 



Fig. 1 Narrow-headed arrows show porosity internal to the casting. The wide-head arrows show the ratchet 
marks—an indication here that the crack has started in multiple locations along the inside surface. 

Aluminum die castings can be rather brittle, and brittle castings can be very difficult fractography subjects, because their 
fatigue fracture surfaces can be almost featureless. Laboratory fatigue cracks may be particularly featureless, because the 
variations in environmental and loading conditions that lead to beach marks are generally absent in the laboratory. In the 
absence of features that clearly define the initiation site, one helpful rule to apply is that the part of the crack that forms 
later is usually rougher than the initiation area. 1 In the case shown in Fig. 1, the left end of the fracture surface is 
smoother than the right end, thus indicating that the crack started on the left side. 

Structural components usually contain multiple imperfections, or “deviations from ideality.” Porosity in a casting is often 
considered to be a defect, even though it is an inherent characteristic of the manufacturing process. In this example, 
conventional thinking coupled the “defects” with the failure to meet durability requirements and blamed the reduced 
fatigue life on the porosity. Unless a definite link between the presence of an imperfection and the crack initiation site can 
be made, it is incorrect to assume that the deviation from ideality is a significant factor in the demise of the component. A 
better line of reasoning would conclude that, because the cracks did not start at the pores, it is unlikely that the porosity 
was the main problem. Less obvious changes, such as improving the surface finish or choosing a stronger alloy, are more 
likely to improve part durability than reducing the porosity. The fatigue fracture surfaces of additional casting fragments 
(Fig. 2) are very rough and contain multiple ratchet marks along the inner fillet. These observations indicate that the 
fatigue process was heavily influenced by the presence of surface imperfections. 



Fig. 2 The large-headed arrows show surface imperfections. The smaller arrows show ratchet marks, and the 
circles show some of the internal porosity. 

One of the great lessons learned from this small case study is the necessity to think beyond the obvious. The original work 
request specified that the level of porosity be documented. Porosity was visible, people thought porosity must be bad, and 
thus the bad porosity must be causing the poor durability test results. In this case, “what” (porosity) was confused with 
“why.” This type of confusion is a common problem unless it is realized that “Correlation does not prove causation.” 2 
Another thinking skill error that was made in this case was the search for an obvious imperfection. “The Confirmation 




Bias” is where “You shall find what you shall seek,” 3 and this can be a particularly difficult thinking skill problem to 
overcome. This is especially true when additional learning in a technical field is required for awareness of what should 
actually be sought. Note that the work requestors in this case were open minded and allowed pursuit beyond the obvious. 
The observation of porosity drove the solution toward solving a porosity problem rather than the broader approach of 
conducting a fractography study. 
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Fracture of Alloy Steel Cap Screws in a Refrigeration Compressor 

Charles E. Witherell, Consulting Engineer 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Uncoated high-strength alloy steel cap screws retaining a cast aluminum (356.0) diffuser assembly in a centrifugal 
refrigerant compressor failed in a brittle manner a short time after the system was placed in operation. Evidence obtained during the 
failure analysis indicated that the failures were the result of hydrogen embrittlement produced by galvanic corrosion and attendant 
evolution of hydrogen at the dissimilar junction, which was also the site of the highest tensile stress. Suggested measures for 
minimizing recurrences included use of lower-strength, galvanically-compatible fasteners and appropriately-applied and treated 
compatible coatings. 

Keywords: Brittle fracture; Castings; Diffusers; Galvanic corrosion; Transition joints 


Materials: 356.0 (3xx.x series, cast aluminum-silicon plus copper or magnesium), UNS A03560; High-strength steel (High-strength 
steel, general) 


Failure types: Hydrogen damage and embrittlement; Galvanic corrosion 


Background 

Uncoated high-strength alloy steel cap screws retaining a cast aluminum diffuser assembly in a centrifugal refrigerant 
compressor failed in a brittle manner a short time after the system was placed in operation. Suggested measures for 
evaluation for minimizing recurrences included use of lower-strength galvanically-compatible fasteners and 
appropriately-applied and treated compatible coatings to avoid corrosion and hydrogen evolution at the dissimilar metal 
junctions. 

Applications 

Commercial refrigeration equipment cools a system below the temperature of its surroundings using a closed-circuit 
vapor-compression thermodynamic cycle, wherein the cooling substance or refrigerant, in a gaseous or vapor state, is 
pressurized in a reversible adiabatic process, then cooled and condensed isentropically to a liquid state. The liquid 
refrigerant expands as it flows through a restrictive orifice (i.e., the throttling, or expansion, valve) to the evaporator, 
where heat is withdrawn from the system to be cooled and transferred to the reduced-pressure evaporating fluid 
refrigerant, thus completing the cycle. 

For the pressurizing (compression) step, centrifugal or turbine-type kinetic compressors are often used in high-volume 
flow systems. Principal components of these compressors are the rotary impeller and the stationary diffusion vanes 
surrounding the impeller; their principles of operation are typical of turbomachinery found in a variety of applications. 





Circumstances leading to failure 


The centrifugal compressor in this refrigeration system, using Freon 11, had operated continuously for about 1000 h since 
its original installation, at which time it experienced a bearing failure due to inadequate lubrication. This occurrence was 
unrelated to the failure under discussion, but required disassembly of the impeller and diffusion vane components. In this 
compressor, eight cap screws secured the cast aluminum diffuser plate to a cast iron compressor housing. Sandwiched 
between the diffuser and the housing was a flat steel vane-control plate. All metal components were in direct contact with 
each other, and the steel cap screws were tightened directly against the bottoms of countersunk recesses machined into the 
aluminum diffuser plate. 


During disassembly to correct the bearing failure, two of the eight Sin. diam alloy steel hexagonal socket-head cap screws 

1 — 

(16 threads/in., 3 in. long, 2; in. threaded portion) fractured with minimal torque when an attempt was made to loosen 
them. Maintenance mechanics replaced the two fractured screws with a similar grade of cap screw, and the compressor 
was reassembled and restarted. After about a week of operation, a loud metallic sound coming from within the 
compressor housing prompted shutdown and disassembly once again. Inspection of the compressor chamber revealed that 
a loose screwhead had fractured during compressor operation and damaged the cast aluminum impeller and the diffuser 
plate as it repeatedly struck the high-speed impeller. Attempts to remove the damaged components for repair and 
replacement resulted again in the easy fracture of the heads of two more cap screws (of the original set of eight, not the 
two previous replacements). 


Pertinent specifications 


Information on grades, compositions, and specifications covering compressor components were unavailable during the 
investigation. Flowever, general observations and tests of the materials involved enabled some information to be deduced, 
as described below. The compressor operating and maintenance literature recommended that the cap screws be tightened 
to 32.5 N . nr (24 lbf . ft) torque and assembled without washers under the heads; it was recommended instead that the 
threaded portions (within the cast iron housing) be precoated with an anaerobic polymer sealant adhesive during 
assembly. 

Performance of other parts in same or similar service 


Five of the original eight cap screws retaining the baffle assembly had failed—one during operation, the other four during 
attempts to disassemble the components (two fractured on two such occasions). The two replacement cap screws that saw 
less than 200 h of service (approximately 1 week) in the interval between the first disassembly and the failure of the third 
cap screw during compressor operation were not among those that fractured during the second disassembly. Accordingly, 
all of the original cap screws were considered defective and subject to failure and were replaced during the second 
reassemble, and the compressor was returned to service. Flowever, questions about why the original cap screws failed and 
whether the replacements would also he subject to similar - failure prompted an investigation. 

Specimen selection 


Screwheads that had broken during disassembly were available for laboratory examination. The fractured head that had 
broken during compressor operation was retrieved, but was too severely mangled for meaningful study. Shank portions of 
fractured cap screws that remained embedded within the cast iron housing similarly were useless for study, because their 
fracture faces were defaced during removal. 

Because the fractures of the four screwheads exhibited the same general appearance during visual examination, two were 
selected for more detailed study. To avoid loss of possible corrosion products, the as-removed screwheads were not 
cleaned at first, but were examined in the as-received condition. 


Visual Examination of General Physical Features 

Optical microscopy (up to about 50x) revealed a light gray, chalky-appearing residue on and partially around the 
periphery of some of the fractures, although the residue was not evident on the central portions of the fracture faces. 

Testing Procedure and Results 


Surface examination 




Visual. Fractures in all of the failed cap screws were located just under the head, originating at the crevice between the 
underside of the head and the upper unthreaded portion of the shank. No observable deformation was associated with the 
fractures. 

Macrofractography. All of the fractures were brittle appearing around the periphery of the shank and for about 2 mm 
(0.08 in.) deep, with the central portion having a more granular texture. There were no detectable beach marks (indicative 
of fatigue) in the as-received condition. Because the chalky-appearing residue obscured fracture details, further 
fractographic study was deferred until these residues had been identified and removed. 

Scanning Electron Microscopy/Fractography. After ultrasonic cleaning, the fractured surfaces were examined 
(as cleaned and uncoated) in a scanning electron microscope (SEM) at magnifications up to 10,000x. Two principal 
fracture modes were evident on the surfaces of each fracture. Around the periphery of the fractured screw shank, and for a 
short distance radially inward, the fracture was brittle appealing and flat faceted, typified by the appearance shown in Fig. 
1. Within the central or core portion, the appearance was of a ductile-type fracture characterized by micro void 
coalescence. The two regions were separated by a relatively narrow (about 1 mm, or 0.04 in., wide) transition band of 
mixed ductile-dimple and brittle intergranular fracture. Fatigue striations were not evident on any of the fracture faces. 


















Fig. 1 SEM micrograph of cap screw fracture in brittle peripheral region. 860x. 

Metallography 

Microstructural Analysis. One sample of a fractured screwhead and one of the three original unfractured cap screws 
were sectioned longitudinally through their central axes to provide cross sections of the cap and cap-to-shank transition 
region where the fractures occurred. A transverse cross section of the upper shank of the unfailed cap screw was also 
made. Similar cross sections were made of one of the replacement cap screws. The samples were prepared for 
metallographic examination in both as-polished and polished-and-etched conditions. 

In the as-polished condition, agglomerated nonmetallic inclusions oriented in the longitudinal direction were observed in 
both lots of cap screws, but there was no evidence of cracking, other defects, discontinuities, or any relationship between 
the inclusions and fractures. Etching revealed a uniform fine-grain microstructure of tempered martensite. Textural 
directionality in and around the cap region indicated that the cap had been formed by hot upsetting or some similar 
forging operation during manufacture. There was no evidence of case hardening or any other surface treatment. 

Chemical analysis/identification 

Corrosion or Wear Deposits. One of the fractured cap screws with the heaviest deposits of chalky-appearing 
residue observed in the as-received condition was examined by SEM using energy-dispersive X-ray spectroscopy (EDS) 
techniques. This equipment is capable of detecting cations only and elements generally heavier than sodium. EDS 
examinations resulted in the following approximate (i.e., standardless) analysis (values normalized to 100%): 73.97% Al, 
10.28% Si, 5.97% Cl, and 9.78% Fe. 

Associated Environments. During compressor operation, the estimated steady-state temperature of internal 
components was 50 to 60 °C (120 to 140 °F). The atmosphere was Freon 11 (CCI 3 F, trichloromonofluoromethane). 
Rotational speed of the impeller was 3600 rev/min. During compressor installation and during disassembly for repair, no 
special precautions were taken to exclude moisture or ambient atmospheres from the compressor chamber or its 
components. 




Mechanical properties 


Hardness. Microhardness measurements (Knoop scale) were made on the polished metallographic samples. Several 
readings were taken at both the core region of the cap screw shank and in the brittle-appearing peripheral area 
(corresponding to the region shown in Fig. 1). Similar readings were also taken in the same regions of the replacement 
cap screws (not from original set of eight). The microhardness values, converted to the Rockwell C scale, are shown in 
Table 1. As shown, values for both fractured (original lot) and unfractured (replacement lot) screws were virtually 
identical from edge to center, with the hardness of the cap screws from the original lot that fractured only slightly lower 
than that of the replacement lot. 


Table 1 Indentation hardness of alloy steel cap screws 


Lot 

Region 

Hardness' 3 *’ 

Approximate tensile strength' b> 



HRC 

MPa 

ksi 

Original screw 

Center 

43 

1380-1450 

200-210 

(fractured) 

Edge 

43 

1380-1450 

200-210 

Replacement 

Centerm 

44 

1380-1450 

200-210 

screw 

Edge 

44 

1380-1450 

200-210 

(a) Average of three indentations at each location. 

(b) Knoop values converted to Rockwell C hardness values per Table 2A of ASTM A370-88a (1989) 


Tensile Properties. Indentation hardness tests measure penetration resistance to the indentor by a given metal or 
alloy; consequently, hardness values ofrer an approximation of tensile strength, and tables have been developed (primarily 
for steels) showing tensile strength approximations for corresponding hardness values. According to Table 2A of ASTM 
Specification A370-88a, steel hardnesses of 43 to 44 F1RC correspond to a tensile strength of about 1380 MPa (200 ksi). 

Discussion 

The fractures initiated around the periphery of the cap screw shank (at the juncture of the unthreaded portion of the shank 
and the underside of the head) through the embrittled region (Fig. 1). This reduced the load-carrying area of the cap screw 
shank, thus increasing the unit tensile stress in the screw and causing it to fracture through tensile overload (at the central 
core of the screw shank) when an applied load exceeded its tensile strength. In four of the five cap screw failures, 
separation of the screwhead occurred during attempts to remove the screws, which apparently provided the force 
necessary for fracturing the unembrittled core portion. Flowever, in the one case where failure occurred during 
compressor operation, the increase in tensile stress—probably through unequal expansion of the steel screw/aluminum 
diffuser assembly as it was heated during compressor operation—furnished an additional tensile load sufficient to fracture 
the screw head. 

The EDS analysis identified the white residue as an aluminum salt, probably a product of a corrosion process occurring at 
the juncture of the unprotected steel cap screw and the aluminum diffuser it secured. The composition of the cast 
aluminum diffuser plate, believed to be of aluminum alloy 356.0 (7% Si, 0.35% Mg, with the balance essentially 
aluminum), would account for the presence of aluminum and silicon in the residue. The iron would have come from the 
steel cap screw in direct contact with the aluminum, and the chlorine probably came from the refrigerant. Under 
conditions of moisture and in the presence of chlorides, such a dissimilar couple can lead to corrosion of the aluminum 
(becoming the anode), with an accompanying evolution of hydrogen at the cathode (the steel cap screw in this case). 
Because the compressor chamber is filled with (presumably dry) Freon 11 and operates within a closed system at a 
slightly elevated temperature, conditions are not considered strongly conducive to corrosion, although atmospheric 
moisture could be present within such a system. Flowever, very little moisture is required in such a dissimilar metal 




crevice as in this case study for sufficient hydrogen to be generated to produce the degree of embrittlement experienced, 
particularly in halogen-containing enviromnents. 

The location of the fractures is most vulnerable to hydrogen embrittlement, as it is the site of greatest stress concentration. 
Conservative calculations of average tensile stress in the cap screw shank revealed a static stress greater than 690 MPa 
(100 ksi) simply due to torquing the screws to the recommended 32.5 N . m (24 lbf . ft). Concentrated stresses at the 
junction of the head and shank, the site of all the fractures, would be much higher. From the hardness readings (Table 1), 
the cap screws were estimated to have a tensile strength of about 1379 MPa (200 ksi). Conditions favorable to corrosion 
at the site of fracture will generate hydrogen and can lead to rapid embrittlement in steels of such strength levels. 

Conclusion and Recommendations 

Most probable cause 

All evidence pointed to hydrogen embrittlement as the cause of the cap screw failures. Flydrogen embrittlement requires, 
among other conditions (all of which appeared to be present), a source of hydrogen. In the absence of other indications, it 
might be concluded that the screws somehow became embrittled before they were installed in the compressor. However, 
the indications were that the embrittlement occurred after installation. 

Apparently, no precautions had been taken against such potentially damaging conditions, because bare, uncoated, high- 
strength alloy steel cap screws under high tensile loading were in direct contact with aluminum. The phenomenon of 
embrittlement of highly stressed high-strength steel by hydrogen under such conditions is well known. 

Remedial action 

It was indicated to the compressor owner that although there is probably no single, easy solution to this insidious problem, 
a number of approaches can minimize it. One possibility described was to significantly reduce the level of tensile stress in 
the screws by using lower-strength screws (of less than about 585 MPa, or 85 ksi, tensile strength), torquing to lower 
levels, or using larger diameters (requiring redrilling and retapping all members). Another suggested means of control 
was to use screws of an alloy that is less susceptible to hydrogen damage and less likely to produce a corrosion couple. 
Precipitation hardened stainless steels are often considered as alternatives to alloy steel in attempting to correct such 
problems. It was pointed out, however, that these alloys are not immune to hydrogen embrittlement and that a proper 
grade and heat treatment must be used to afford the best balance of properties for the application. 

Although coatings (cadmium plating, for example) are often used to avoid corrosion-related deterioration of steel 
fasteners, it was emphasized that the cadmium plating process also charges the steel with hydrogen and could cause the 
same type of failure. Therefore, it is important that any plated screws be baked for a sufficient time (usually 24 h) and at a 
high enough temperature to remove the hydrogen introduced during the plating operation (e.g., at 190 °C, or 375 °F, 
minimum, per government specification QQ-P-416C). As discussed with the compressor owner, this is not always a 
reliable means of removing hydrogen from electroplated steels, because certain types of plated surfaces can form an 
impervious barrier in preventing outward diffusion of the hydrogen charged during plating. This is especially likely in 
bright cadmium-plated surfaces, where brighteners have been added to the plating baths. Dull cadmium is considered 
more suitable for these puiposes, as it is more permeable to hydrogen. 

It was recommended that a testing program be conducted to evaluate the best approach to choosing the most effective 
remedy for the specific application. It was stressed that, unfortunately, there is no panacea for curing problems of 
hydrogen embrittlement at the junction of a dissimilar metal combination operating under high stress and in the presence 
of atmospheres conducive to corrosion. In the absence of a series of definitive tests to determine suitability of specific 
control options for the given application, it was suggested that a conservative approach be adopted that would involve a 
combination of several control measures to minimize the problem. The measures as described included: 

• Reducing the tensile stress in the screws 

• Using a more galvanically-compatible material for the screw that has a lower corrosion potential when in contact 
with aluminum 

• Coating the screws with a suitable material, followed by an appropriate baking treatment to remove whatever 
hydrogen might have been introduced during the plating operation, or use of coating methods that do not 
inoculate with hydrogen, such as vacuum-deposition techniques 

• Devising insulating sleeves to separate the steel from direct contact with the aluminum 

• Ensuring that the compressor components, chamber, and refrigerant are kept dry at all times, particularly during 
shutdown and when the system is opened for maintenance or repair 


Related Information 



Forms of Corrosion, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 761-795 
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Analyzing Failures in Pistons of Racing Car Engines 

E. George Kendall, Head, Metallurgy Dept., Materials Sciences Laboratory, Aerospace Corp.; Russell G. 
Sherman, Consulting Metallurgist 


From: E.G. Kendall and R.G. Sherman, Analyzing Failures in Pistons of Racing Car Engines, Metal Progress, Vol 106 (No. 2), Jul 
1974, p 77-78 


Abstract: To determine the effect of severe service on cast 357 aluminum pistons, a metallurgical evaluation was made of four 
pistons removed from the engine of the Hawk-Offenhauser car which had been driven by Rich Muther in the first Ontario, California 
500 race. The pistons were studied by visual inspection, hardness traverses, radiography, dye penetrant inspection, chemical 
analysis, macrometallography, optical microscopy, and electron microscopy. The crown of one piston had a rough, crumbly deposit, 
which was detachable with a knife. Two pistons had remains of carbonaceous deposits. The fourth was severely hammered. It was 
concluded that the high temperatures developed in this engine created an environment too severe for 357 aluminum. Surfaces were 
so hot that the low-melting constituent melted. Then, the alloy oxidized rapidly to form AI203, an abrasive which further aggravated 
problems. The temperature in much of the piston was high enough to cause softening by overaging, lowering strength. 

Keywords: Automotive engines; Overheating; Pistons; Softening 


Material: 357 (3xx.x series, cast aluminum-silicon plus copper or magnesium), UNS A03570 


Failure types: Thermal fatigue fracture; Mixed-mode fracture; High-temperature corrosion and oxidation 


Introduction 

The sustained high speeds of auto racing impose great burdens on engine components, particularly aluminum pistons. 
Temperatures are so high, in fact, that crowns of pistons can actually melt. Weakening, due to overaging, also occurs. 
Hard particles of aluminum oxide (ATOp form as the piston alloy oxidizes, and abrade cylinder and piston walls. 

As speeds increase and engines become more powerful, pistons will have to do even more work. Aluminum, however, 
could still be used for pistons by following one or more procedures. First, the piston crown could be plated with a heavy 
coating of nickel, or sprayed with a carbide compound, providing it with a heat-resistant material where temperatures are 
extremely high. Second, pistons could be of an aluminum-graphite or aluminum-boron composite, eliminating surface 
melting because pure aluminum has a melting point 200 F higher than the interdendritic material. The composites also 
maintain strengths close to the melting point of aluminum, and would not be subject to overaging. A 35-50 vol. % fiber 
composite would also have a considerably lower thermal expansion than aluminum. 

Service Is Rough 

Pistons in racing cars must operate without scuffing in cylinders up to 500 F, and must withstand explosive loads which 
can exceed 1,000 psi. Because light weight is needed, virtually ah such pistons are cast aluminum. The preferred ahoy is 
357 aluminum, which contains 6.5 to 7.5 Si and 0.45 to 0.60 Mg. Tensile strength is 45,000 to 52,000 psi in solution 
treated, aged stock. Forged pistons are also used, but the gain in mechanical properties comes at a higher cost. 

To determine the effect of severe service on cast aluminum pistons, a metallurgical evaluation was made of four pistons 
removed from the engine of the Hawk-Offenhauser car which had been driven by Rich Muther in the first Ontario, 
California 500 race. These four pistons, representing three different styles of piston shapes, were observed and studied by 
visual inspection, hardness traverses, radiography, dye penetrant inspection, chemical analysis, macrometallography, 
optical microscopy, and electron microscopy. 

As is shown in Fig. 1, the crown of one piston (No. 1) had a rough, crumbly deposit, which was detachable with a knife; 
two pistons (No. 2 and 3) had remains of carbonaceous deposits; and the fourth (No. 4) was severely hammered. Figure 2 
shows typical defects. 



3 


2 



Fig. 1 Cast of 357 aluminum, these racing car engine pistons became severely damaged during a 500 mile 
race. Number 1 has a crumbly deposit on the crown; No. 2 and 3 have carbonaceous deposits; and No. 4 is 
badly dented. 



Fig. 2 Pictured from top to bottom, typical defects noted in damaged pistons include (1) crumbly crown 
deposit — Piston No. 1, 7x; (2) crack above piston ring — Piston No. 1, 7x; (3) cracks under the crown — 
Piston No. 2, 4x; and (4) skirt crack, opened to show fracture surface — Piston No. 3, 3x. 





Hardness tests indicated that heat had softened all pistons. Piston No. 1 varied from R E 53 on the top to R E 82 at the 
crown surface, and the underside of the crown was significantly softer than the top. Piston No. 2 was lower in hardness at 
the crown surface (R E 32 to 38) than on the underside (R E 46 to 49). Though Pistons No. 3 and 4 were harder than No. 1 
and 2, both showed evidence of softening. 

When two of the pistons were reheat treated and aged at 310 to 340 F, the resulting hardness (R E 92 to 99) proved that the 
alloy responded properly to heat treatment. Thus, severe in-service heating during the 500 mile race had overaged the 
alloy appreciably. 

Radiography proved the pistons to be sound, and did not reveal any cracks undetected visually or by dye penetrant 
inspection. Piston No. 1 showed evidence of shrinkage porosity in the crown area, but this effect had resulted from 
formations of porous friable material due to excessive heating. This friable material, shown in Fig. 3, developed because 
low-melting point material melted and ran out between the dendrites. Table 1 lists compositions of crown deposit material 
and Piston No. 1. Note that amounts of the elements with higher melting points (iron, nickel, zinc, and copper) are greater 
in the deposit than in the base material. 



Fig. 3 Temperatures developed in racing were high enough to melt out low-melting-point material in the 357 
alloy, leaving porous zones in piston crowns. Such structures appear as shrinkage porosity in radiographs. 
Unetched; 35x. 

Table 1 Compositions of Crown Deposit and Piston No. 1 


Element 

Deposit, % 

Piston, % 

Manganese 

0.03 

nil 

Silicon 

6.10 

6.50 

Chromium 

nil 

— 

Nickel 

0.50 

0.32 

Zinc 

0.17 

nil 

Magnesium 

0.59 

0.59 

Copper 

0.06 

0.04 




Iron 

0.43 

0.11 

Titanium 

0.06 

— 

Beryllium 

0.001 

— 


While molten, some aluminum in the piston oxidized, forming aluminum oxide, A1 2 0 3 . Because this material is extremely 
abrasive, it damaged both piston and cylinder walls when rubbing between them. 

The coarse grain size of the structure is an effect of permanent mold casting, and there was no evidence of grain growth 
due to high temperatures. Inasmuch as the surface temperatures were over 1,000 F, which is necessary to cause melting, a 
shaip temperature gradient apparently exists. Shrinkage porosity below the surface is considered normal for a casting. 

The two areas examined by electron microscope (the cracked area on the skirt of Piston No. 3, and the undercrown crack 
on Piston No. 2) were studied to determine, if possible, the cause of skirt and undercrown cracking. As Fig. 2 shows (in 
the bottom picture), the crack in the skirt was opened to expose the fracture surfaces. Evidence of quasi-cleavage, as well 
as dimple formation, appeared at 14,000x. Quasi-cleavage shows characteristics of both cleavage and plastic deformation, 
while dimple structures are characteristic of ductile materials which fail by transgranular failure in tension or shear. The 
structures are not at variance with the suggestion that the skirt was broken by impact loading or by bending forces. There 
was no evidence of fatigue marking, nor of elongated dimples, which might suggest shearing. 

Undercrown cracking observed on Piston No. 2 is illustrated by the second-from-bottom picture of Fig. 2. Figure 4 
reveals, at 15,000x, characteristic striations, indicating that the crack was caused by fatigue. Since the crack was due to 
mechanical fatigue, no doubt aggravated by thermal fatigue, the piston would have failed catastrophically in service. 
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Fig. 4 Striations on the fracture face of the undercrown crack of Piston No. 2 indicate that failure was due to 
fatigue. Black spots are debris. 15,000x. 

Conclusions 

The high temperatures developed in this engine created an environment too severe for 357 aluminum. Surfaces were so 
hot that the low-melting constituent melted. Then, the alloy oxidized rapidly to form A1 2 0 3 , an abrasive which further 
aggravated problems. The temperature in much of the piston was high enough to cause softening by overaging, lowering 
strength. 
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Premature Torquing Failures of Cast A356 Aluminum Actuators 

Syavash Ensha and Arun Kumar, SEAL Laboratories 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Two investment-cast A356 aluminum alloy actuators used for handles on passenger doors of commercial aircraft fractured 
during torquing at less than the design load. Visual examination showed that cracking had occurred through a machined side hole. 
Fractography revealed that the cracks originated in hot tear locations in the castings. Microprobe analysis of fracture surfaces in the 
hot tear region indicated a much higher silicon-to-aluminum ratio compared with the overload fracture area. No microstructural 
anomalies related to the failure were found during metallographic examination. It was concluded that the strength of the castings 
had been compromised by the presence of the casting defects. Modification of the gating system for casting was recommended to 
eliminate the hot tear zone. It was also suggested that the balance of the castings from the same manufacturing lot be 
radiographically inspected. 

Keywords: Aircraft components; Casting defects; Fractures; Investment castings 


Material: A356 (3xx.x series, cast aluminum-silicon plus copper or magnesium), UNS A13560 
Failure type: Casting-related failures 


Background 

The investment-cast A356 aluminum alloy actuators used for handles on passenger doors of commercial aircraft fractured 
during torquing at less than the design load. 

Circumstances leading to failure 

The actuator castings were being torque tested to a torque of 365 N . m (3240 lbf . in.) during static quality control testing. 
Two castings failed prematurely at 180 and 200 N . m (1600 and 1800 lbf . in.), respectively. 

Pertinent specifications 

The actuator castings were manufactured per AMS 4218, class 2, grade C and were not 100% radiographically inspected. 
The chemical composition requirements for A356 aluminum alloy were met (nominal composition, Al-7.0Si-0.35Mg). 

Visual Examination of General Physical Features 


One of the as-received castings is shown in Fig. 1 and 2. The cracks in both castings were at similar locations, through a 
machined side hole. 



(8) 


(b) 


Fig. 1 Both sides of an as-received actuator casting. Arrow (b) indicates the hot tear cracks. 



Fig. 2 Crack (arrows) in the casting that developed during torque testing, l.lx. 

Testing Procedure and Results 

Surface examination 

Macrofractography. The cracks were opened to expose the fracture surfaces. The crack origin areas were slightly 
dull in appearance compared with the remainder of the fracture surface, and they were present on the inner-diameter 
surfaces of the large-diameter hole along the length of the actuator casting. 

Scanning Electron Microscopy/Fractography. The exposed fracture surfaces were examined in a scanning 
electron microscope (SEM). Both samples revealed similar fractographic features. 

The dull crack origin areas revealed an as-solidified free surface with a wavy appearance and some ligaments at the 
subgrain boundaries that fractured during the torquing process (Fig. 3, 4, 5). These features indicated the presence of a hot 
tear, which is a casting defect. Microporosity was also observed at random locations on the fracture surface (Fig. 3), 
which is typical in this type of aluminum casting. The fracture features away from the hot tear locations revealed a typical 
brittle overload fracture (Fig. 6). 
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Fig. 6 SEM micrograph showing a typical brittle overload fracture observed in a failed actuator casting. 315x. 


Energy-Dispersive X-ray (EDX) Microprobe Analysis. The fracture surfaces in the areas where the hot tear 
defects originated and in the brittle overload areas were analyzed for elemental chemical composition using an EDX 
microprobe attached to the SEM. The EDX microprobe spectra were obtained at electron beam voltages of 20 and 5 kV 
with a windowless detector, conditions that permit the simultaneous detection of all elements in the periodic table above 
atomic number 5 (boron). 

The EDX microprobe spectra obtained in a hot tear area and in an overload fracture area are presented in Fig. 7, 8, 9, 10. 
Both areas revealed the presence of aluminum and silicon, the principal constituents of A356 aluminum alloy. However, 
the hot tear area exhibited a much higher silicon-to-aluminum ratio compared with the overload fracture area. The liquid 
in the interdendritic and grain boundary regions becomes silicon enriched during solidification, and hot tears form in 
these regions by the stresses generated by solidification shrinkage. The overload fracture also follows the silicon-rich low¬ 
toughness phase and exhibits a higher silicon-to-aluminum ratio than expected from the base alloy composition. 



Fig. 7 EDX spectrum obtained in a hot tear zone of the fracture surface, using a windowless detector and a 20 
kV electron beam. 
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Fig. 8 EDX spectrum obtained in a hot tear zone of the fracture surface, using a wi 
<V electron beam. 
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Fig. 9 EDX spectrum obtained in an overload fracture area, using a windowless deb 
be 
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Fig. 10 EDX spectrum obtained in an overload fracture area, using a windowless detector and a 5 kV electron 
beam. 

Metallography 

Metallographic examination of a section obtained through the origin area adjacent to the hot tear revealed no 
microstructural differences compared with the rest of the casting. The metallurgical microstructure contained a network of 
silicon particles that formed in the interdendritic aluminum-silicon eutectic, typical of A356-T61 castings. Normal 
amounts of shrinkage pores were also present. In summary, no microstructural anomalies were found that could be related 
to the observed failure. 

Discussion 

Because hot tear fractures occur during the solidification phase of the casting process due to hindered contraction and 
because the hot tear fractures were present in the casting at a location where this condition was most likely to occur, a 
modification in the gating system was recommended to remove the hot spot. The casting vendor was aware of the 
problem and had hoped that hot tears, if present, would be machined out, leaving only sound metal in the final casting. 
The new gating method removed the hot spot from the present location. In both failed samples, the hot tears were present 
near the inner-diameter surface of the large-diameter longitudinal hole. The presence of a machined side hole (through 
which the crack had propagated) rendered this area mechanically weaker, causing the overload fracture to initiate because 
of the already present hot tear defects. 

Conclusion and Recommendations 

Both aluminum actuators fractured during torquing at less than the design load in an overload manner. The strength of the 
casting was compromised by the presence of hot tear casting defects that occurred during the solidification process. 
Modification of the gating system in the casting process was recommended so that the hot tear defects would be 
eliminated in this critical area of the casting. Radiographic inspection of all castings from the same manufacturing lot was 
also recommended. A new batch of castings made using the recommended procedure revealed no hot tear cracks. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Failure Analysis of an Aluminum Casting 

Steven C. Medeiros, Air Force Research Lab 


From: S.C. Medeiros, Failure Analysis of an Aluminum Casting, Advanced Materials and Processes, Vol 155 (No. 4), April 1999, p 42 


Abstract: In the EMD-2 Joint Directed Attack Munition (JDAM), the A357 aluminum alloy housing had been redesigned and cast via 
permanent mold casting, but did not meet the design strength requirements of the previous design. Mechanical tests on thick and 
thin sections of the forward housing assembly revealed tensile properties well below the allowable design values. Radiology and CT 
evaluations revealed no casting defects. Optical microscopy revealed porosity uniformly distributed throughout the casting on the 
order of 0.1 mm pore diameter. Scanning electron microscopy revealed elongated pores, which indicated turbulent filling of the 
mold. Spherical pores would have indicated the melt had been improperly degassed. Based on these findings, it was recommended 
that the manufacturer analyze and redesign the gating system to eliminate the turbulent flow problem during the permanent mold 
casting process. 

Keywords: Foundry practice; Gating and risering; Flousings; Permanent mold castings; Porosity 


Material: A357 (3xx.x series, cast aluminum-silicon plus copper or magnesium), UNS A13570 


Failure type: Casting-related failures 


A concerted research effort undertaken to improve the strength properties of cast aluminum forward housing assemblies 
for guided munitions may improve the production quality of similarly produced components on other types of weapons 
systems, while reducing costs. 



The forward housing assembly of a guided munition is a geometrically complex component that plays a critical role in the 
system's aerodynamic structure. In the case of the EMD-2 Joint Directed Attack Munition (JDAM), the aluminum A357 
housing had been redesigned and cast via the permanent mold casting process, but did not meet the design strength 
requirements of the previous design. The manufacturer concluded that the repeated trial-and-error design of the casting 
process and modification of the part dimensions had not produced the mechanical properties required throughout the 
casting. The result was a major delay in the delivery schedule and quality of assured parts. 

At the request of the manufacturer, the Boeing Company, research scientists, and engineers in the Air Force Research 
Laboratory Materials and Manufacturing Directorate entered into a collaborative research effort with H.R. Textron Inc., 
of Valencia, Calif.; Crown Pattern and Foundry of Alahambra, Calif.; Universal Energy Systems Inc., of Dayton, Ohio; 
and Boeing, to examine the problem. 

Researchers systematically analyzed failures, studied the parts, simulated the process, tested mechanical properties, and 
made nondestructive evaluations and metallurgical examinations. Mechanical tests on both thick and thin sections of the 
forward housing assembly revealed that the tensile properties were well below the allowable design values. 
Nondestructive evaluations, such as radiology (X-ray analysis) and computed tomography (CT) were performed to 
determine the presence of any gross shrink defects. 



Fig. 1 This forward housing assembly of a guided munition for the U.S. Air Force was permanent-mold cast of 
aluminum alloy A357. It is a geometrically complex component that plays a critical role in the system's 
aerodynamic structure. 

However, the results of both the radiology and CT evaluations revealed no casting defects. Therefore, researchers 
sectioned the paid and examined it via optical microscope. This visual examination revealed porosity uniformly 
distributed throughout the casting on the order of 0.1 mm pore diameter; again, with no causal link to gross shrinkage. 
Because the pores were uniformly distributed, the X-rays and CT scans had simply indicated low-density material. 
Scanning electron microscopy revealed elongated pores, which indicated turbulent filling of the mold. If pores had been 
spherical, that would have indicated that the melt had been improperly degassed. Based on these findings, the EMD-2 


research group recommended that the manufacturer analyze and redesign the gating system to eliminate the turbulent flow 
problem during the permanent mold casting process. 

These failure analysis studies show that porosity resulting from turbulent flow in the design mold can be corrected by 
redesigning the gating system. They also demonstrate that a more effective concurrent design engineering approach can 
reduce and help eliminate turbulent flow problems, saving potentially millions of manufacturing dollars through enhanced 
part production quality and fewer delivery schedule delays. The results may also have important long-term implications, 
positively impacting Air Force sustainability and affordability requirements for many future systems. 

Related Information 

Failures Related to Casting, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 103— 
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Failure of a Sprocket Drive Wheel in a Tracked All-Terrain Vehicle 

W.A. Pollard, Metals Technology Laboratories, CANMET 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A sand-cast LM6M aluminum alloy sprocket drive wheel in an all-terrain vehicle failed. Extensive cracking had occurred 
around each of the six bolt holes in the wheel. Evidence of considerable deformation in this area was also noted. Examination 
indicated that the part failed because of gross overload. Use of an alloy with a much higher yield strength and improvement in 
design were recommended. 

Keywords: Chain drives; Cracking; Motor vehicles; Sand castings 

Material: A413.0 (4xx.x series, cast aluminum-silicon), UNS A14130; LM6M (4xx.x series, cast aluminum-silicon), UNS A14130 
Failure type: (Other, general, or unspecified) fracture 


Background 

A sprocket drive wheel in a tracked all-terrain vehicle (ATV) failed. 

Pertinent specifications 

The part was sand cast in ally LM6M of British Standard 1490 (alloy A413.0). 

Visual Examination of General Physical Features 

The wheel, showing failure locations, is illustrated in Fig. 1. It was about 380 mm (15 in.) in diameter, and the section 

thickness was about 13 mm (2 in.) throughout. There was extensive cracking around each of the six bolt holes and 
although not shown clearly in Fig. 1, evidence of considerable deformation in this region of the wheel. 




Fig. 1 General view of sprocket drive wheel, showing extensive cracking around each bolt hole. -0.21 x. 


Testing Procedure and Results 

Metallography 


Microstructural Analysis. Sections were taken from the cracked region and prepared for metallographic 
examination. The structures were typical of modified aluminum-silicon alloys. Some variations in the fineness of the 
silicon eutectic were apparent (see Fig. 2 and 3). presumably as a result of various chilling rates. 



Fig. 2 Section showing comparatively coarse eutectic structure and (dark) platelike constituent. Etched in 20% 
sulfuric acid at 70 °C (160 °F). 152.5x. 
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Fig. 3 Section showing fine eutectic and platelet structure. Etched in 20% sulfuric acid at 70 °C (160 °F). 
152.5x. 

The structure also contained a relatively high concentration of a thin, plate like constituent (appealing as needles in the 
cross sections shown in Fig. 2 and 3). Attempts were made to establish its composition, but met with limited success. The 
usual plate like constituent found in these alloys is known as p(Al-Fe-Si), and the amount present is proportional to the 
iron content. In this case, the etching reaction of the needles did not correspond to that of p(Al-Fe-Si), and it is presumed 
that other minor impurities, such as copper and manganese, were also present. In fact, many of the plates had a duplex 
structure, as shown at higher magnification in Fig. 4, which is from a section through a crack. 



Fig. 4 Section through fracture showing influence of platelike constituent. Etched in 20% sulfuric acid at 70 °C 
(160 °F). 235x. 

The casting was reasonably sound in the area of the flange. The moderate porosity present would not have seriously 
affected the strength of the part. 

Crack Origins/Paths. Figure 4 also shows the strong influence that the plates had on the path of the fracture. Most of 
the fracture surfaces shown are either through a plate or at the interface between a plate and the aluminum matrix. Also, 
several incipient cracks are associated with plates. 


Chemical analysis/identification 


Drillings were taken from the wheel and submitted for chemical analysis. The results are shown in Table 1. 

Table 1 Results of chemical analysis 

Element Composition, % 





Sample from sprocket wheel 

Aluminum alloy LM6M (A413.0) 

Silicon 

10.99 

11.0-13.0 

Copper 

0.25 

0.6 (max) 

Magnesium 

0.10 

0.1 (max) 

Iron 

0.52 

1.3 (max) 

Manganese 

0.28 

0.35 (max) 

Nickel 

0.04 

0.5 (max) 


The composition of the wheel was within specification limits. The iron content, although below the specified maximum, 
was higher than usual for this class of material and, as will be detailed later, may have had a deleterious effect on the 
ductility of the alloy. 

Mechanical properties 

1 

Tensile Properties. Four tensile test pieces, 75 mm (3 in.) long and 6.4 mm (4 in.) in diameter, were taken from the 
flange between the bolt holes, as indicated in Fig. 1 The results of tensile tests are shown in Table 2, together with the 
minimum specified properties for separately cast test bars of alloy LM6M. 

Table 2 Results of tensile testing 


Specimen 

Ultimate 

Yield strength 


Elongation 

tensile strength 

0.2% 


0.1% 


MPa 

ksi 

MPa 

ksi 

MPa 

ksi 

(4 D), % 

A 

154.4 

22.4 

85.5 

12.4 

84.1 

12.2 

1.0 

B 

172.4 

25.0 

93.8 

13.6 

80.7 

11.7 

2.0 

C 

156.5 

22.7 

91.7 

13.3 

82.0 

11.9 

2.0 

D 

155.8 

22.6 

86.9 

12.6 

75.8 

11.0 

2.0 

Average 

160.0 

23.2 

83.3 

12.8 

80.7 

11.7 

2.0 

BS 1490:1963 (LM6M) 

162.0 

23.5 



53.8 

7.8 <a) 

5.0 



minimum specification 


(a) Minimum not specified; for information only 


There is no provision in BS 1490 for testing bars from castings but, in North America, it is common for the minimum 
specifications in the casting to be 75% of the ultimate strength and 25% of the elongation of the corresponding separately 
cast test bars. Using that criterion, the properties of the sprocket wheel would be considered satisfactory in alloy LM6M. 

Discussion 

Tensile testing showed that the casting was as strong as could be expected for this alloy. Somewhat better ductility might 
have resulted if the iron content had been lower and, consequently, less of the embrittling, plate like constituent had been 
present. However, the extensive cracking and evidence of substantial deformation in the region around each of the six bolt 
holes indicated that failure of the paid resulted from gross overload. More extensive deformation before fracture would 
have been of little or no value. 

Conclusion and Recommendations 

Most probable cause 

Examination of the failed sprocket drive wheel showed that gross overload resulted in considerable deformation and 
ultimate failure. 

How failure could have been prevented 

Possible avenues for improvement include use of a premium-strength aluminum alloy, such as C-355 heat heated to the 
T6 condition. Strength and ductility in the critical bolt circle area would be optimized by the use of chills in the mold to 
maximize the freezing rate and to minimize the size and adverse morphology of silicon plates. Such techniques should 
develop a yield strength of 140 MPa (20 ksi) or higher, a tensile strength of 210 MPa (30 ksi), and true ductility of 1.5 to 
2.0%. Plaster-mold castings of this alloy weighing 14 kg (30 lb.) have consistently met specification minimum values of 
303 MPa (44 ksi) tensile strength, 228 MPa (33 ksi) yield strength, and 1.5% elongation at a 95% statistical confidence 
level. 

If space permits, increasing the thickness of the wheel web in the bolt circle area with a generous fillet blending into the 
web could lower the effective stress level. Stress around the bolt holes would be reduced roughly proportional to the 
increase in cross section. The weight penalty for such a change would be minimal (an addition of 2.8 g/cm 3 , or 0.1 lb./in. 3 
>• 

Introducing residual compressive stress at the bore of each bolt hole might be very effective. The technique used is 
essentially “autofrettage”. An oversize plug is forced through the hole, stretching the surrounding metal until it yields 
plastically. Once the plug has passed through, nonyielded material closes in elastically to create a residual compressive 
stress in the metal near the bore. The residual compression offsets tension service stress and thereby tends to increase 
resistance to fatigue failure. 
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Aluminum/Refrigerant Reaction Resulting in the Failure of a Centrifugal 
Compressor 

Anthony C. Studer, Radian Corporation 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: An investigation of the impeller and deposit samples from a centrifugal compressor revealed that an aluminum IR-12 
refrigerant reaction had occurred, causing extensive damage to the second-stage impeller and contaminating the internal 
compressor components. The spherical surface morphology of the impeller fragments suggested that the aluminum had melted and 
resolidified. The deposits were similar in composition and were identified by XRD as consisting primarily of aluminum trifluoride. In 
addition, EDS analysis detected major amounts of chlorine and iron. Results of a combustion test indicated that the compressor 
deposit was comprised of a 9. 8 wt% carbon and that the condenser deposit contained 8.7 wt% carbon. It was concluded that the 
primary cause of failure was the rubbing of the impeller against the casting and that a self-sustaining Freon fire had occurred in the 
failed compressor 

Keywords: Impellers; Mechanical properties; Melting; Reactions (chemical); Rubbing 


Material: Aluminum-silicon alloy (4xx.x series, cast aluminum-silicon) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Applications 

A centrifugal refrigeration system depends upon centrifugal force to compress the refrigerant vapors. The impeller of the 
centrifugal compressor draws in vapor near the shaft and discharges at a high velocity at the outside edge of the impeller. 
The high velocity is converted into pressure. When the pressure drop is high, the compressor is built in stages. 

Pertinent specifications 

The compressor is part of a centrifugal refrigeration machine using R-12 refrigerant. The unit has a capacity of 319 Mg 
(320 tons) and was installed in 1978. The impellers are manufactured from an aluminum alloy. 

Selection of specimens 

The samples selected for analysis included metallic fragments and primarily black deposits removed from the compressor 
outlet and the condenser inlet. The metallic samples are shown as received for analysis in Fig. 1. 



Fig. 1 Metallic pieces from the centrifugal compressor as received for analysis 


Visual Examination 


A section about 1.3 cm (0.5 in.) wide by 0.51 cm (0.2 in.) thick was missing from the second stage impeller. The impeller, 
the adjacent vane plate and the seal ring were coated by a heavy black deposit. All the steel piping, the evaporator suction 
pipe and the compressor volute exhibited more surface rust than is typical of hermetic systems. Regions of the casing 
exhibited evidence of the impeller rubbing. 

Testing Procedure and Results 

Surface examination 

The metallic fragments were examined using a stereomicroscope and a scanning electron microscope (SEM). Figure 2 
shows several of the aluminum pieces. The spherical surface morphology suggests that the aluminum has melted and 
resolidified. High magnification views of the spherical surface appearance are shown in Fig. 3. 



Fig. 2 Close-up views of the aluminum pieces removed from the compressor. The beaded surface suggests a 
melting and resolidification of the surface layer. 



Fig. 3 SEM photographs showing the appearance of the surface of the aluminum pieces removed from the 
compressor, (a) 15.75x. (b) 22.05x 

Metallography 

The pieces were mounted, ground, and polished using standard metallurgical techniques. The polished sections were 
examined on a metallurgical microscope for evaluation of microstructure. Figure 4 shows the typical microstructure 
observed in the aluminum pieces. The structure consists of dendrites of primary aluminum with inter-dendritic silicon 
particles and porosity. The porosity (shrinkage cavities) is most likely caused by solidification shrinkage. 








<•) (b) 

Fig. 4 Representative microstructure observed for the aluminum pieces. The structure consists of dendrites of 
primary aluminum with interdendritic silicon particles. Note the presence of solidification porosity. Unetched, (a) 
31.5x. (b) 252x 

Chemical analysis/identification 

The deposit samples were analyzed for elemental constituents using energy dispersive x-ray spectroscopy (EDS). This 
analytical technique is used in conjunction with an SEM and can detect the presence of elements of atomic number 9 (the 
element fluorine) and greater. Light elements such as carbon, hydrogen, nitrogen and oxygen cannot be detected. For the 
elements aluminum and heavier, the EDS detection limit is in the range of 0.3 to 0.5 wt%. For the lighter elements, 
particularly sodium and fluorine, the detection limit is considerably higher (several percent for fluorine). A representative 
deposit sample was analyzed using wavelength dispersive spectroscopy (WDS) to verify the presence of fluorine. WDS 
can be used to detect elements of atomic number 5 (boron) and greater and has a detection limit on the order of 100 ppm. 
Crystalline compounds in the deposit samples were identified using powder x-ray diffraction techniques (XRD). Since the 
black deposits likely contained amorphous carbon, which is not detectable by EDS and XRD analysis techniques, high- 
temperature combustion tests were performed on the deposits to determine the presence of carbon. 

Figures 5 and 6 present the results of the EDS analyses for the compressor and condenser deposits, respectively. The 
deposits were similar in composition, and were identified by XRD as consisting primarily of aluminum trifluoride (A1F 3 ). 
In addition to the elements present in this compound, EDS analysis detected major amounts of chlorine and iron. EDS 
analysis also detected minor to trace amounts of silicon, sulfur and phosphorus. WDS analyses results, shown in Fig. 7, 
verify the presence of fluorine in the compressor and condenser deposits. The results of the combustion test indicated the 
compressor deposit is comprised of 9.8 wt% carbon and the condenser deposit contained 8.7 wt% carbon. 



Fig. 5 EDS elemental analysis results for the compressor outlet deposit 
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Fig. 6 EDS elemental analysis results for the condenser inlet deposit 
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Fig. 7 Wavelength dispersive spectrographic analysis (WDS) over the 1.820 to 1.850 nm wavelength range of 
the typical deposit sample removed from the compressor outlet (a) and the condenser inlet (b).This analysis 
indicates that fluorine is present within both deposits. 

Discussion 

The high-temperature reactions of halohydro-carbon refrigerants leading to the destruction of aluminum impellers and 
other aluminum parts in centrifugal compressors have been well documented (Ref 1). The reaction dissociates the 
refrigerant into carbon and hydrochloric and hydrofluoric acids, which consume aluminum. The reaction requires the 
presence of a film-free aluminum surface, which can result from either melting or mechanical abrasion, and sufficient 
heat to decompose the refrigerant. The heat required for the decomposition most likely resulted from the impeller rubbing 
against the casing. The reaction is highly exothermic and can be self sustaining if there is sufficient heat of reaction to 
melt the aluminum (approximately 650 °C, or 1200 °F). In addition to heat and light, the typical reaction products are 
aluminum fluorides, other metal halides, carbon and free acids. In a system circulating “pure” R-12 refrigerant, the 
minimum temperature at which an aluminum/refrigerant reaction could occur is about 593 °C (1100 °F), which is the 
decomposition temperature of the R-12. The presence of lubricating oil, possible degradation of the oil, and reactions 
between the oil and the refrigerant all can lower the temperature at which the aluminum-consuming reaction can occur. 
Temperatures as low as 149 °C (300 °F) have been reported (Ref 2). 

The deposit samples contained aluminum trifluoride and carbon, which are the known products of a high-temperature 
aluminum/refrigerant reaction. The observation of the surface morphology of the aluminum pieces, some pieces being 
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completely spherical, verify that a self-sustaining aluminum/refrigerant reaction had occurred, the heat generated and the 
free acids formed most likely caused damage to several system components. 


Conclusions 

The primary cause of failure was the rubbing of the impeller against the casing. 

The analysis of the submitted samples verifies that a self-sustaining aluminum/refrigerant reaction (freon fire) had 
occurred in the failed compressor. The deposit samples consisted primarily of aluminum fluorides and carbon, known 
products of a high-temperature aluminum/refrigerant reaction. The highly exothermic reaction, which consumes 
aluminum, led to the destruction of the impeller. The aluminum fragments demonstrated melting as a result of the 
reaction. 
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p. 63-70. 

2. H..J. Borchardt, “New Findings Shed Light on Reactions of Fluorocarbons Refrigerants,” DuPont Innovation, 
Vol. 6, No. 2, 1975, pp 2-5. 


Failure of a Sprocket Drive Wheel in a Tracked All-Terrain Vehicle 

W.A. Pollard, Metals Technology Laboratories, CANMET 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: A sand-cast LM6M aluminum alloy sprocket drive wheel in an all-terrain vehicle failed. Extensive cracking had occurred 
around each of the six bolt holes in the wheel. Evidence of considerable deformation in this area was also noted. Examination 
indicated that the part failed because of gross overload. Use of an alloy with a much higher yield strength and improvement in 
design were recommended. 

Keywords: Chain drives; Cracking; Motor vehicles; Sand castings 


Material: A413.0 (4xx.x series, cast aluminum-silicon), UNS A14130; LM6M (4xx.x series, cast aluminum-silicon), UNS A14130 


Failure type: (Other, general, or unspecified) fracture 


Background 

A sprocket drive wheel in a tracked all-terrain vehicle (ATV) failed. 

Pertinent specifications 

The part was sand cast in ally LM6M of British Standard 1490 (alloy A413.0). 

Visual Examination of General Physical Features 

The wheel, showing failure locations, is illustrated in Fig. 1. It was about 380 mm (15 in.) in diameter, and the section 

thickness was about 13 mm (2 in.) throughout. There was extensive cracking around each of the six bolt holes and 
although not shown clearly in Fig. 1, evidence of considerable deformation in this region of the wheel. 




Fig. 1 General view of sprocket drive wheel, showing extensive cracking around each bolt hole. -0.21 x. 


Testing Procedure and Results 

Metallography 


Microstructural Analysis. Sections were taken from the cracked region and prepared for metallographic 
examination. The structures were typical of modified aluminum-silicon alloys. Some variations in the fineness of the 
silicon eutectic were apparent (see Fig. 2 and 3). presumably as a result of various chilling rates. 



Fig. 2 Section showing comparatively coarse eutectic structure and (dark) platelike constituent. Etched in 20% 
sulfuric acid at 70 °C (160 °F). 152.5x. 
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Fig. 3 Section showing fine eutectic and platelet structure. Etched in 20% sulfuric acid at 70 °C (160 °F). 
152.5x. 

The structure also contained a relatively high concentration of a thin, plate like constituent (appealing as needles in the 
cross sections shown in Fig. 2 and 3). Attempts were made to establish its composition, but met with limited success. The 
usual plate like constituent found in these alloys is known as p(Al-Fe-Si), and the amount present is proportional to the 
iron content. In this case, the etching reaction of the needles did not correspond to that of p(Al-Fe-Si), and it is presumed 
that other minor impurities, such as copper and manganese, were also present. In fact, many of the plates had a duplex 
structure, as shown at higher magnification in Fig. 4, which is from a section through a crack. 



Fig. 4 Section through fracture showing influence of platelike constituent. Etched in 20% sulfuric acid at 70 °C 
(160 °F). 235x. 

The casting was reasonably sound in the area of the flange. The moderate porosity present would not have seriously 
affected the strength of the part. 

Crack Origins/Paths. Figure 4 also shows the strong influence that the plates had on the path of the fracture. Most of 
the fracture surfaces shown are either through a plate or at the interface between a plate and the aluminum matrix. Also, 
several incipient cracks are associated with plates. 


Chemical analysis/identification 


Drillings were taken from the wheel and submitted for chemical analysis. The results are shown in Table 1. 

Table 1 Results of chemical analysis 

Element Composition, % 





Sample from sprocket wheel 

Aluminum alloy LM6M (A413.0) 

Silicon 

10.99 

11.0-13.0 

Copper 

0.25 

0.6 (max) 

Magnesium 

0.10 

0.1 (max) 

Iron 

0.52 

1.3 (max) 

Manganese 

0.28 

0.35 (max) 

Nickel 

0.04 

0.5 (max) 


The composition of the wheel was within specification limits. The iron content, although below the specified maximum, 
was higher than usual for this class of material and, as will be detailed later, may have had a deleterious effect on the 
ductility of the alloy. 

Mechanical properties 

1 

Tensile Properties. Four tensile test pieces, 75 mm (3 in.) long and 6.4 mm (4 in.) in diameter, were taken from the 
flange between the bolt holes, as indicated in Fig. 1 The results of tensile tests are shown in Table 2, together with the 
minimum specified properties for separately cast test bars of alloy LM6M. 

Table 2 Results of tensile testing 


Specimen 

Ultimate 

Yield strength 


Elongation 

tensile strength 

0.2% 


0.1% 


MPa 

ksi 

MPa 

ksi 

MPa 

ksi 

(4 D), % 

A 

154.4 

22.4 

85.5 

12.4 

84.1 

12.2 

1.0 

B 

172.4 

25.0 

93.8 

13.6 

80.7 

11.7 

2.0 

C 

156.5 

22.7 

91.7 

13.3 

82.0 

11.9 

2.0 

D 

155.8 

22.6 

86.9 

12.6 

75.8 

11.0 

2.0 

Average 

160.0 

23.2 

83.3 

12.8 

80.7 

11.7 

2.0 

BS 1490:1963 (LM6M) 

162.0 

23.5 



53.8 

7.8 <a) 

5.0 



minimum specification 


(a) Minimum not specified; for information only 


There is no provision in BS 1490 for testing bars from castings but, in North America, it is common for the minimum 
specifications in the casting to be 75% of the ultimate strength and 25% of the elongation of the corresponding separately 
cast test bars. Using that criterion, the properties of the sprocket wheel would be considered satisfactory in alloy LM6M. 

Discussion 

Tensile testing showed that the casting was as strong as could be expected for this alloy. Somewhat better ductility might 
have resulted if the iron content had been lower and, consequently, less of the embrittling, plate like constituent had been 
present. However, the extensive cracking and evidence of substantial deformation in the region around each of the six bolt 
holes indicated that failure of the paid resulted from gross overload. More extensive deformation before fracture would 
have been of little or no value. 

Conclusion and Recommendations 

Most probable cause 

Examination of the failed sprocket drive wheel showed that gross overload resulted in considerable deformation and 
ultimate failure. 

How failure could have been prevented 

Possible avenues for improvement include use of a premium-strength aluminum alloy, such as C-355 heat heated to the 
T6 condition. Strength and ductility in the critical bolt circle area would be optimized by the use of chills in the mold to 
maximize the freezing rate and to minimize the size and adverse morphology of silicon plates. Such techniques should 
develop a yield strength of 140 MPa (20 ksi) or higher, a tensile strength of 210 MPa (30 ksi), and true ductility of 1.5 to 
2.0%. Plaster-mold castings of this alloy weighing 14 kg (30 lb.) have consistently met specification minimum values of 
303 MPa (44 ksi) tensile strength, 228 MPa (33 ksi) yield strength, and 1.5% elongation at a 95% statistical confidence 
level. 

If space permits, increasing the thickness of the wheel web in the bolt circle area with a generous fillet blending into the 
web could lower the effective stress level. Stress around the bolt holes would be reduced roughly proportional to the 
increase in cross section. The weight penalty for such a change would be minimal (an addition of 2.8 g/cm 3 , or 0.1 lb./in. 3 
>• 

Introducing residual compressive stress at the bore of each bolt hole might be very effective. The technique used is 
essentially “autofrettage”. An oversize plug is forced through the hole, stretching the surrounding metal until it yields 
plastically. Once the plug has passed through, nonyielded material closes in elastically to create a residual compressive 
stress in the metal near the bore. The residual compression offsets tension service stress and thereby tends to increase 
resistance to fatigue failure. 
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Scoring Damage Caused by Chipping of Chromium Plating on a Cylinder 


From: R.C. Tucker, Jr., Wear Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 145-162 


Abstract: Several large chromium-plated 4340 steel cylinders were removed from service because of deep longitudinal score marks 
in the plating. One of the damaged cylinders and a mating cast aluminum alloy B850-T5 bearing adapter that also exhibited deep 
longitudinal score marks were submitted for examination. Analysis (visual inspection, manual testing of the hardness and adherence 
of the chromium plating, lOOx microscopic examination, and hardness testing) supported the conclusions that high localized loads 
on the cylinder had resulted in chipping of the chromium plating, particles of which became embedded in the aluminum alloy 
adapter. The sliding action of the adapter with embedded hard particles resulted in scoring of both the cylinder and the adapter. If 
the cylinder alone had been available for examination, it might have been concluded that the scoring had been caused by entrapped 
sand or debris from an external source. No recommendations were made. 

Keywords: Chromium plating; Cylinders; Scoring 


Materials: B850-T5 (8xx.x series, cast aluminum-tin), UNS A08500; 4340 (Nickel-chromium-molybdenum alloy steel), UNS G43400 


Failure type: Abrasive wear 


Several large chromium-plated 4340 steel cylinders were removed from service because of deep longitudinal score marks 
in the plating. One of the damaged cylinders and a mating cast aluminum alloy B850-T5 bearing adapter that also 
exhibited deep longitudinal score marks were submitted for examination. In service, the bearing adapter slid along the 
surface of the cylinder. Scoring on the cylinder and on the heal ing adapter are shown in Fig. 1(a) and 1(b), respectively. 



Fig. 1 Scoring damage caused by chipping of chromium plating on a 4340 steel cylinder, (a) Scoring on the 
cylinder, (b) Scoring on a mating cast aluminum alloy B850-T5 bearing adapter, (c) Cross section through a 
deep score mark in the aluminum alloy adapter revealing a large embedded particle of chromium. lOOx 







_ 1 _ 

The grooves or score marks on the cylinder were about 25 cm (10 in.) long and were in a band with a width of about 12 
the circumference of the cylinder. The deeper grooves had completely penetrated the chromium plating, exposing the base 

steel. The score marks on the aluminum alloy adapter were also in a 12-circumference band, but they were deeper than 
those on the cylinder and were filled with shiny particles. In addition, the adapter showed evidence of heavy localized 
burnishing in the general area in which scoring occurred. 

Investigation. The hardness and adherence of the chromium plating on the cylinder were checked with a steel file and 
a vibratory etching tool and were found to be satisfactory. No lifting or peeling of the plate was noted in the areas tested. 
Microscopic examination of a cross section through one of the deep score marks in the aluminum alloy adapter revealed a 
large particlc of chromium embedded in the groove (Fig. lc). A hardness test performed on the particle indicated a 
hardness of 850 FIK (66 FIRC); the hardness of the aluminum alloy adjacent to the particle was 186 FIK (86 FIRB). 
Conclusions. It was concluded that high localized loads on the cylinder had resulted in chipping of the chromium 
plating, particles of which became embedded in the aluminum alloy adapter. The sliding action of the adapter with 
embedded hard particles resulted in scoring of both the cylinder and the adapter. If the cylinder alone had been available 
for examination, it might have been concluded that the scoring had been caused by entrapped sand or debris from an 
external source. 

Related Information 

J.A. Flawk, R.D. Wilson, D.R. Danks and M.T. Kiser, Abrasive Wear Failures, Failure Analysis and Prevention , Vol 11, 
ASM Handbook, ASM International, 2002, p 906-921 


Steel Sliver in a Continuously Cast Aluminum Press Stud 

Friedrich Karl Naumann and Ferdinand Spies, Max-Planck-Institut fur Eisenforschung 


From: Case Histories in Failure Analysis, Vol 1, P.M. Unterweiser, Ed., American Society for Metals, 1979 

Abstract: In a continuously cast aluminum press stud, two small foreign metal slivers were found that had caused difficulties with 
the cable sheathing press. Spectroscopic examination revealed the slivers consisted of a chromium-molybdenum-vanadium steel 
with minor (unintentional) additions of copper, nickel, and cobalt. A steel of similar composition, X38CrMoV5 1 (W-No. 2343) was 
used for hot working tools. The sliver originated from a damaged press tool. 

Keywords: Hot working; Impurities; Studs 

Material: Aluminum (Wrought aluminum, general) 

Failure type: Metalworking-related failures 


In a continuously cast aluminum press stud two small foreign metal slivers were found that had caused difficulties with 
the cable sheathing press. An investigation was conducted to find out whether the slivers were present in the melt or 
whether they penetrated the metal from the outside during working. 

For the metallographic examination the slivers were polished and etched first with Nital and subsequently with 1:10 
sodium hydroxide, As can be seen from Figs. 1, the slivers consisted of a core that was etched by Nital, and a metallic 
case that was not etched by Nital, but was dissolved by sodium hydroxide. Under the microscope the core showed the 
structure of a heat heated alloy steel (Figs. 2). A strongly fissured and therefore brittle alloy zone was in contact with the 
steel. The existence of a superlattice phase Fe 3 Al was probable. At the outer edge metal was adhering at some places that 
was roughened during polishing and therefore was soft (Fig. 2). During treatment with sodium hydroxide or alkaline 
sodium picrate solution the alloy zone was etched (Figs. 3) and the metal completely dissolved. 





Fig. 1 Section through a sliver. lOx a). Etch: Nital. Section through a sliver. lOx. b). Etch: Sodium hydroxide 
1 : 10 . 










Fig. 2 Structure of a sliver, etch: Nital. a). View. lOOx Top (rough and spongy): metal center (fissured): alloy 
bottom (etched): steel. Structure of a sliver, etch: Nital. b). Steel structure. 500x Structure of a sliver, etch: 
Nital. c). Metal structure. 500x 



Fig. 3 a). Structure of a sliver, etch: alkaline sodium picramate. View. lOOx unetched: steel etched: alloy, b). 
Structure of a sliver, etch: alkaline sodium picramate. Alloy. 500x 

A small load hardness test (HV 0.1) gave the following hardness values for the individual microstructural zones. They are 
not absolute values because of the load dependence, but may be compared with each other: 


Heat Treated Alloy Steel 

276 

285 

274 

247 

Alloy Zone 

782 

782 

772 

742 

Metal 

27 

147 

27 



Spectroscopic examination revealed that the slivers consisted of a chromium-molybdenum-vanadium steel with minor 
(unintentional) additions of copper, nickel, and cobalt. Microanalysis after dissolution of the alumimum-containing zones 
gave the following values: 


Cr % 

Mo % 

V% 

Al% 

5,56 

1,19 

0,28 

0,37 

(a) from remaining adhesions 


A steel of similar compositon, the material X 38 Cr Mo V 5 1 (W-No. 2343) is used for hot working tools. 
This result is strong proof that the sliver originated from a damaged press tool. 









Related Information 


Failures Related to Metalworking, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 
81-102 


Investigating an Aircraft Disaster 

Ralph D. Barer, head, Materials Engineering Section, Defence Research Establishment Pacific, and Thomas S. 
Sterling, Scientific Service Officer, Defence Research Establishment Valcartier 


From: R.D. Barer and T.S. Sterling, Investigating an Aircraft Disaster, Metal Progress Vol 98 (No 5) Nov 1970 as published in Source 
Book in Failure Analysis, American Society for Metals, 1974, p 102-104 

Abstract: Applying general techniques of failure analysis, the authors deduced that an in-flight explosion brought down a passenger 
plane. Other evidence pinpointed the location of the explosive, an important factor in establishing responsibility. 

Keywords: Commercial planes; Explosions 

Material: Aluminum (Wrought aluminum, general) 

Failure type: (Other, miscellaneous, or unspecified) failure 


In July 1965, a plane crashed in central British Columbia, killing 52 passengers and crew members. Since eyewitness 
accounts and other evidence indicated that an explosion might be responsible, Dept, of Transport investigators undertook 
to establish the factors involved. They soon ascertained that the lefthand lavatory compartment, at the rear of the aircraft, 
was very badly damaged, and subsequent work was largely confined to it and its surroundings. 

Assisting with the metal fracture aspects, we were asked to determine if, in fact, an explosion had occurred, and to find its 
location. Our results proved that the plane had, indeed, crashed due to an explosion. In fact, as the diagram on this page 
shows, we were able to locate quite precisely the site of the explosive, proving that it could have been placed only during 
the flight. 

Establishing the Cause 

At the start of the investigation, we had to consider that some of the damage to the suspected explosion site might have 
resulted when the plane hit the ground. This concern was soon discounted. Since the stern of the aircraft housed two 
lavatory compartments side-by-side, each would have sustained roughly comparable impact if the crash alone were 
responsible. Destruction in the lefthand compartment was, however, of a different kind and greater severity than in the 
righthand side. 

Other factors also supported our conclusions that an explosion was responsible. Previously, studies by one of the authors 
had established that aluminum alloys of the type used in aircraft exhibited a “reversing shear” fracture surface (Fig. 1) 
when exposed close to an explosion center. When we examined fracture surfaces of sections from the crash, we noted the 
normal shear type of separation on most of them. However, a few pieces, particularly those of the aluminum skin near the 
toilet bowl and pieces of the toilet bowl (type 321 stainless), showed some “reversing shear” (Fig. 2). Also, a small 
fragment of aluminum removed from the body of one of the passengers showed the same type of shear. 







Waste towel 
receptacle 


I Lavatory * 
P. bowl I 


Fig. 1 Demonstrating previous work, aluminum sample shows reversing 45° shear resulting from proximity to 
explosion center. Other side of sample (below) is pitted by the explosive. Studies of metal fragments from 
crashed plane indicated that an explosion was responsible. Further evidence showed that the explosive was 
probably placed on the floor of the lefthand lavatory. 






Fig. 2 Pieces of toilet bowl from lefthand compartment of crashed plane show reversing 45° shear. Compare 
with Fig. 1. 

Judging by work of Tardif and Sterling, we knew that metal near an explosion center tends to move away from the blast 
pressure in such a way as to form curls. As Fig. 3 shows, we noted such curls in a rather badly crumpled piece of 
aluminum. Detailed chemical analyses of all fragments later proved this piece to come from the bottom of the waste towel 
disposal unit under, the sink ' 


Fig. 3 Badly crumpled aluminum fragment has two curls, indicated by arrows. Such curls indicate explosive 
forces. 

We can’t readily conceive of a ground impact intensive enough to cause small metal particles to break off and embed 
themselves in certain areas. Yet during this investigation, we found aluminum particles embedded in the forward wooden 
framing of the lefthand lavatory compartment. Other fragments were also found in bodies of passengers, all forward of 
the lavatory. Tiny fragments of stainless steel (from the toilet bowl) were also embedded in aluminum ventilation 
trunking some 10 to 12 ft back of the lavatory in the tail section. These bits of metal and their locations tend to indicate 
that an explosion had fragmented nearby metal, propelling the fragments at considerable velocity. 

As indicated earlier, conditions of the lavatory compartments were markedly different, even though they were next to 
each other and dropped to earth with effectively comparable force. For example, the waste towel disposal unit from the 
righthand side was only dented to a degree. Furthermore, the toilet bowl was essentially intact, while the bowl from the 
lefthand compartment was in pieces and fragments. 





Locating the Explosion Center 


Having reasonably established that the damage found in the lefthand lavatory compartment could only be caused by an 
explosion, we wished to determine if possible, where the explosive was placed. If in the waste towel unit, it might have 
been put there while the aircraft was on the ground. But if it was on the floor between waste towel unit and toilet bowl, it 
could have been placed there only shortly before the explosion. (In such a location, a strange package would be readily 
noted if it had been there from the start of the flight.) 

One of the most significant pieces determining the direction of the explosive force is shown in Fig. 4. This piece, from the 
upper righthand side of the waste towel receptacle, has stretched rivet holes such as could only result from a powerful 
forward push on the front face of the container. This push obviously came from outside the receptacle, and, judging by the 
greater elongation of holes nearer the bottom, would be more powerful close to the floor. 



Fig. 4 Piece from top righfhand side of towel disposal receptacle displays stretched rivet holes. Since the holes 
at the bottom have stretched more, the force probably came from below. 



The jagged edge at the bottom of this same piece contained impressions of threads. These impressions (Fig. 5) matched 
exactly the threads on a safety valve attached to oxygen bottles lined up against the bulkhead in the main passenger 
compartment of the aircraft, forward of the lavatory. For these items (safety valve and plate) to meet, the piece from the 
waste towel disposal unit wou'' 1 ' r 


Fig. 5 Thread impressions (lower left in photo) in the bottom of the piece from waste towel receptacle (Fig. 4) 
match those of threads in safety valve of oxygen bottles outside the compartment. 

A second clue to the explosive location was the sink bowl. It had collapsed, as though pushed from below and slightly to 
the right of the bowl. Third, the badly crumpled piece from the bottom of the waste towel disposal unit (Fig. 3) appeared 
to be close to the explosion center. Fourth, Fig. 6 shows a piece from the lefthand side of the waste towel disposal unit 


which contains a cut. Note that metal has extruded out of the bottom and sides of the cut. Obviously, this aluminum piece 
has been forced against a blunt metal edge by a motion upward and to the left. (The edge would have to be blunt because 
of the manner in which the aluminum has been pushed out of the way.) Also shown are grooves or scoring marks made by 
the cutting edge revealed when the cut was opened. These grooves indicate that the force moved upward and to the left 
(when facing forward). Fifth, stainless fragments from the toilet bowl were found to the real - of the aircraft, but aluminum 
fragments were forward of this area, and even in the passenger compartment. 



Fig. 6 Cut in upper rim of piece of waste towel receptacle has extrusion effect at lefthand side and bottom. 
Close-up of scoring in cut (right) shows direction of force. 

Summing Up the Evidence 

Clearly, distinct pieces of evidence proved that an explosion in the lefthand lavatory compartment caused this crash. 
Further evidence provided by several components in this compartment, particularly pieces from the waste towel 
receptacle, strongly indicate that the explosion center was not far from the receptacle. It couldn't have been inside the 
receptacle or all pieces of it would have been mangled at least as badly as the piece shown in Fig. 3. Nor could the 
explosion have been inside the lavatory bowl; otherwise, stainless fragments would have been detected in forward areas 
as well as in the back or tail section. To sum up, the evidence tends to show, fairly conclusively, that the explosion center 
was on the floor between the waste towel receptacle and the lavatory bowl. 

Footnote 


* “Explosively Produced Fractures and Fragments in Forensic Investigations,” by H. Tardif and T. S. Sterling, Journal of 
Forensic Sciences, Vol. 12, No. 3, July 1967, p. 247-272; and “Detection of Explosive Sabotage in Aircraft Crashes,” 
by H. Tardif and T. S. Sterling, Canadian Aeronautics & Space Journal, Vol. 15, No. 1, January 1969, p. 19-27. 



Fatigue Fracture of a Cold-Straightened Aluminum Alloy Propeller Blade 


From: S.D. Antolovich and A. Saxena, Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 
1986, p 102-135 


Abstract: An aluminum alloy propeller blade that had been cold straightened to correct deformation incurred in service fractured 
soon after being returned to service. Visual examination revealed that crack initiation occurred at the top surface in an area 
containing numerous surface pits. Macroscopic appearance of the surface was of brittle fracture. X-ray stress analysis did not detect 
any residual stress in the top surface of the propeller blade adjacent to the fracture. Flowever, a spanwise tensile stress of 
approximately 51 MPa (7.4 ksi) was indicated in the same surface of the unfailed mating blade at the location of the initial bend. 
Evidence found supports the conclusions that the residual stress probably originated with straightening, and the apparent absence of 
stress in the fractured blade was the result of relaxation through fracture. Because no prior crack damage could be attributed to the 
initial deformation or to straightening, rapid fracture may have been induced by residual stresses contributing to the normal 
spectrum of cyclic stresses. Recommendations included stress-relief annealing after cold straightening, refinishing of the surface, 
thus reducing fracturing of propeller blades that were cold straightened to correct deformation experienced in service. 

Keywords: Cold straightening; Propellers; Residual stress; Surface defects 


Material: Cold-straightened aluminum (Wrought aluminum, general) 


Failure type: Fatigue fracture 


An aluminum alloy propeller blade that had been cold straightened to correct deformation incurred in service fractured 
soon after being returned to service. A fracture surface of the blade is shown in Fig. 1(a). 



Fig. 1 Aluminum alloy propeller blade that fractured in fatigue after being deformed in service and then cold 
straightened, (a) Fracture surface showing brittle appearance, and final-fracture areas (arrows A) at leading 
and trailing edges, (b) Crack-initiation region showing brittle appearance of fracture surface. 12.5x. (c) 
Electron fractograph showing crack-progression bands in the fatigue zone. 2300x 

Investigation. Examination of the fracture surface revealed that crack initiation occurred at the camber surface (top 
surface, Fig. la) in an area containing numerous surface pits. The macroscopic appearance of the surface was of brittle 


fracture (Fig. lb); however, crack-progression bands and fine, poorly resolved fatigue striations were visible in replica 
electron micrographs (Fig. lc). A small amount of ductile-overload fracture was found at the leading and trailing edges of 
the blade (arrows A, Fig. la), suggesting that low stress levels were involved in high-cycle fatigue-crack propagation. No 
evidence was found of a prior crack resulting from the initial deformation or the straightening operation. 

A stress analysis using an x-ray method did not detect any residual stress in the camber surface of the propeller blade 
adjacent to the fracture. Flowever, a spanwise tensile stress of approximately 51 MPa (7.4 ksi) was indicated in the same 
surface of the unfailed mating blade at the location of the initial bend. 

Conclusions. The residual stress may have originated with the straightening operation, and the apparent absence of 
stress in the fractured blade was the result of relaxation through fracture. Because no prior crack damage could be 
attributed to the initial deformation or to straightening, the rapid fracture may have been induced by residual stresses 
contributing to the normal spectrum of cyclic stresses. Also, the presence of surface pits acting as stress raisers would 
compound this problem. The origin of the pits was not known. 

Corrective Measures. Stress-relief annealing after cold straightening, plus refinishing of the surface, reduced 
fracturing of propeller blades that were cold straightened to correct deformation experienced in service. 

Related Information 

Fatigue Failures, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 700-727 

B.A. Miller, Overload Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 

671-699 


Failure of an Aluminum Connector in an Electrical Transmission Cable 

H.C. Furtado and W.A. Mannheimer, CEPEL Electrical Energy Research Center 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: An 1100 aluminum alloy connector of a high-tension aluminum conductor steel-reinforced (ACSR) transmission cable 
failed after more than 20 years in service, in a region of consider able industrial pollution. The steel core was spliced with a 
galvanized 1020 carbon steel sheath. Visual examination showed that the connector had undergone considerable plastic deformation 
and necking before fracture. The steel sheath was severely corroded, and the steel splice was pressed off-center in the axial 
direction inside the connector. Examination of the fracture surface and micro-structural analysis indicated that the failure was caused 
by mechanical overload, which occurred because of weakening of the steel support cable by corrosion inside the fitting. The 
corrosion was ascribed to defective assembly of the connector which allowed moisture penetration. 

Keywords: Galvanized steels; Industrial atmospheres; Power cables; Splicing; Transmission lines 


Materials: 1100 (lxxx series, wrought pure aluminum, 99.00% or greater), UNS A91100; 1020 (Nonresulfurized carbon steel), UNS 
G10200 


Failure types: Ductile fracture; (Other, general, or unspecified) corrosion 


Background 

An 1100 aluminum alloy connector of a high-tension aluminum conductor steel-reinforced (ACSR) transmission cable 
failed after more than 20 years in service, located in a region of considerable industrial pollution. The connector was 
sheathed with galvanized 1020 carbon steel and was located in a region of considerable industrial pollution. The 
galvanized sheath is not relevant. 

Applications 

Fligh-tension electrical transmission conductor cables are mostly of ACSR construction. Because electrical conductor 
(high-purity) aluminum cannot bear its own weight over long spans, one or more layers of aluminum wire strands are 
assembled around a steel wire cable core. The aluminum bears the electrical load, and the steel the mechanical one. Such 
cables are spliced with compression connectors, with aluminum and steel components joining the respective parts for 
electrical and mechanical continuity. 


Circumstances leading to failure 



Failure of an ACSR 26/7 cable connector occurred on a 138 kV transmission line in Brazil. The line was located in a 
region of considerable industrial pollution. It was commissioned in 1967 and had been in normal operation for more than 
20 years. 

Pertinent specifications 


Neither the original specifications nor an unused sample of the involved connector was available. Such connectors are of 
standard construction; in the present case, chemical analysis ascertained that the materials were 1100 aluminum alloy and 
1020 carbon steel. 

Figure 1 shows the connector schematically. The aluminum connector was 650 mm (25.6 in.) long, with 200 mm (8 in.) 
on each side for compression assembly. The galvanized steel sheath was 156 mm (6.1 in.) long, with 66 mm (2.6 in.) on 
each side for compression assembly. Such connectors have a long record of trouble-free performance. The steel cable was 
0.67% C hot-drawn plain carbon steel, also galvanized for corrosion protection. 



Fig. 1 Schematic of the failed connector. 

Specimen selection 

Only the failed specimen was available for examination. At a later date, other connectors removed from the line became 
available for examination and were found to be uncorroded. 

Visual Examination of General Physical Features 

Figure 2 shows a general view of the broken connector. The aluminum connector underwent considerable plastic 
deformation and necking before fracture. The steel sheath that connected the steel core was severely corroded, indicating 
a corrosive environment inside the assembled connector. 



Fig. 2 Overall view of the failed connector. 

Visual examination of the inside of the connector showed that the steel core splice was pressed off-center in the axial 
direction. Thus, on one side a length of steel wire was not covered by the steel sheath, and on the other side a part of this 
sheath was pressed together with the aluminum connector. 

This can be seen in Fig. 1, which also shows that a stretch of steel cable was missing after failure of the connector and 
drop of the line. 

Testing Procedure and Results 


Surface examination 



Macrofractography. Figure 3 shows both ends of the broken steel core, which are clearly not complementary. This is 
in agreement with the observation that part of the steel reinforcement was missing after failure. The steel strands 
underwent considerable plastic deformation before failure. 



(a) 



(b) 

Fig. 3 Macrographs of failed steel core. Note that opposite sides of the fracture are not complementary. 
Scanning electron microscopy/fractography confirmed that the aluminum connector failed in a ductile mode, 
with micropores and dimples (Fig. 4). 



Fig. 4 Scanning electron micrograph of ductile fracture in the connector. 

Corrosion Patterns. Rupture of the core occurred in the region where the steel wires were not covered by the steel 
sheath and were thus exposed to intense corrosion. On the wire surfaces, dark regions indicated heating and metallic 
deposits. The inside of the aluminum conductor contained heavy corrosion deposits. 

Metallography 

Microstructural Analysis. Metallographic analysis of the broken steel wires was performed at the regions 
immediately adjacent to the fracture, at the nearby heat-affected zone (HAZ), and at a location remote from the break. 
Very fine pearlite with a little martensite, degenerate pearlite, and elongated pearlite colonies, respectively, were revealed 
(Fig. 5). These microstructures were interpreted as resulting from heat effects to which the steel cable was subjected, as 
discussed below. 



Fig. 5 Microstructures of steel wire strand. 2% nital etch, (a) At fracture site, some pearlite and martensite, 
(b) Degenerate pearlite at HAZ near fracture site, (c) Elongated pearlite found away from the HAZ. 





Corrosion Morphology. Examination of a transverse section of the broken steel wires, about 10 mm (0.4 in.) from 
the rupture, clearly showed substantial penetration of corrosion attack. 


Mechanical properties 

Hardness. Because there was no indication of the involvement of mechanical factors in the failure, microhardness 
measurements were performed only as a check. Table 1 presents the results, which indicated a softening of the HAZ. 

Table 1 Results of microhardness testing 


Distance 

from HAZ 

Hardness, 

Microstructure (al 

mm 

in. 

HRA 



0.04 

61 

FP 

3 

0.12 

62 

FP 

5 

0.20 

60 

FP 


0.28 

60 

FP 

9 

0.36 

59 

DP 

11 

0.44 

62 

DP 

13 

0.52 

62 

DP 

15 

0.60 

70 

EP 

17 

0.68 

69 

EP 

(a) FP, fine pearlite; DP, 

degenerate pearlite; EP, elongated pearlite 


Discussion 

The aluminum connector failed by ductile fracture, which indicates mechanical overload rather than material failure. In 
ACSR cables, most mechanical load is borne by the steel core, while the aluminum transports the electric current. The 
same is true for connectors. Thus, when the aluminum connector was subjected to a mechanical overload, the steel 
support did not perform as designed. 

Heavy corrosion was present at the steel splice because of corrosive conditions inside the connector assembly. The 
portion of the steel cable outside the steel sheath was heavily corroded, which reduced its cross section and allowed 
plastic deformation to occur. This increase in length transferred mechanical load to the aluminum connector, which led to 
its failure. 

Interpretation of the observed steel microstructures presented a rather interesting problem, in addition to a quite simple 
explanation for failure. There was considerable evidence that thermal effects occurred, because the original drawn pearl ite 
transformed to fine pearlitc and some martensite. 



A likely sequence of events was that, at the moment of rupture, an electric arc was established between the separating 
steel ends. This would account for the loss of material by meltdown, as well as for the metal droplets on the fracture 
surface of the steel wire. The sequence of fine pearl itc/martensitc to degenerate pearlite to original microstructure on 
moving away from the HAZ is in agreement with this hypothesis. 

Conclusion and Recommendations 

Most probable cause 

Failure of the ACSR cable connector was caused by weakening of the steel support cable by corrosion inside the fitting, 
with subsequent ductile mechanical failure of the aluminum connector. The failure was ascribed to defective assembly of 
the connector,which resulted in an unsound compression joint, moisture penetration, and exposure of the steel core wire 
to coiTosion. 

Remedial action 

Although the observed failure was obviously not typical, a revised installation procedure for such fittings was 
recommended. 

Related Information 

W.T. Becker and D. McGarry, Mechanisms and Appearances of Ductile and Brittle Fracture in Metals, Failure Analysis 
and Prevention, Vol 11, ASM Handbook, ASM International, 2002, p 587-626 


Analysis of Aircraft Damage from a Lightning Strike 

Luther M. Gammon, Michael V. Hyatt, G. Hari Narayanan, Henry J. Oberson, Harcayal B. Singh, Boeing Aircraft 
Co. 


From: L.M. Gammon, M.V. Hyatt, G.H. Narayanan, H.J. Oberson, H.B. Singh, Analysis of Aircraft Damage from a Lightning Strike, 
Advanced Materials and Processes, Vol 158 (No. 3), Sept 2000, p 71-72 


Abstract: On 16 July 1999, a Boeing 737-800 on final approach for landing sustained a major lightning strike. Damage to the 
fuselage structure primarily was in the form of melting or partial melting of widely-separated rivets and adjacent Alclad 2024-T3 
fuselage skin. The damage was confined to 0.25 in (6.4 mm) radii around the affected rivets. The repair process involved removal of 
the locally-affected material and addition of a skin doubler to restore the aircraft structure to the originally designed condition. 
Damage features are described briefly. 

Keywords: Aircraft components; Lightning; Melting; Overheating 


Materials: 1230 (lxxx series, wrought pure aluminum, 99.00% or greater), UNS A91230; 2024-T3 (2xxx series, wrought aluminum 
copper), UNS A92024 


Failure type: (Other, miscellaneous, or unspecified) failure 


During a Seattle thunderstorm the evening of 16 July 1999, a Boeing 737-800 on final approach for landing sustained a 
major lightning strike. Based on the pattern of physical damage, the lightning bolt apparently entered the aircraft through 
the open nose landing-gear wheel well. It passed internally through the full length of the fuselage, and exited the aircraft 
through an antenna mounted at the aft, top edge of the vertical fin. Damage to the fuselage structure was primarily in the 
form of melting or partial melting of widely separated rivets and adjacent Alclad 2024-T3 fuselage skin. The damage was 
confined to 0.25 in (6.4 mm) radii around the affected rivets. On the figures, the solid lines indicate empirical localized 
rosettes. Dotted lines on the arrows indicate the beginning stages of grain boundary melting. 

• Figure 1 is an artists rendition of lightning striking a 757 in Air Force colors. 

• Figure 2 shows a 19-mrn (0.75 in.) diameter cookie-cut taken around the rivet with the most severe region of 
fuselage skin melting. Section A-A was metallographically examined to establish the validity of the repair 
process. This analysis showed the heat-damaged zone to be less than 1 mm (0.040 in.) from the edge of the 
visible melting zone. This confirmed that the repair process involving removal of the locally affected material and 



addition of a skin doubler restored the aircraft structure to the originally designed condition. Several interesting 
metallographic features are apparent from the cookie-cut cross-section: 

• Figure 3 shows the extent of the damage, including a melted and re-cast layer approximately 500 pm thick. The 
very fine, cast dendritic structure (Fig. 4, 5, and 6) indicates very rapid re-solidification after melting. 

• Figure 4 shows the cladding alloy on 2024-T3, which is the nearly pure aluminum alloy 1230. The slight 
intrusion of the 1230 cladding alloy layer into the cast layer indicates the higher melting point of the 1230 alloy 
(645 to 660°C, 1195 to 1215°F) compared to that of the 2024-T3 core alloy (500 to 640°C, 935 to 1180°F). 

• Figure 5 reveals the porosity present in the re-cast layer, probably caused by hydrogen evolution during 
solidification. 

• Figures 6 and 7 exhibit abnormal localized rosettes (evidence of eutectic melting) slightly beyond the borderline 
of the general re-cast layer. (See solid arrows.) This is possible because the solidus temperature of alloy 2024 is 
very sensitive to composition changes, and composition can vary slightly from location to location due to macro- 
/micro-segregation. Eutectic melting can appear in 2024-T3 at temperatures above 935°F. 

The rosettes in this case appear different from those typically seen after solution heat-treating at too high a 
temperature. Note the unusual white ring around the rosettes; a possible explanation is that localized melting 
caused the solute (alloying elements) to preferentially partition into the liquid phase, which has higher solubility 
for alloying elements. This would leave a solute-depleted zone around the rosette, which has a lower density of 
hardening precipitates, thus causing this zone to etch less. 

• Figures 7 and 8 reveal additional signs of local overheating (i.e., the beginning stages of grain boundary melting). 
(See dotted arrows.) 

• Figure 9 defines a region of non-heat-damaged 2024-T3 from the outside edge of the core potion (cookie-cut) of 
the unaffected fuselage skin panel. 



Fig. 1 








Fig. 5 




Fig. 6 







Fig. 7 
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Fig. 8 






Fig. 9 

The 10-10 Etchant is customized for the CuMgAF, eutectic phase in 2024. This two-step etchant can show general 
microstructural features without destroying the subtle features associated with local eutectic melting in 2000-series 
aluminum alloys. 

For the 10-10 etchant. Step 1 takes 10 sec (0.5 ml HF, 15.5 ml HN0 3 , 3.5 gm Cr0 3 , 100 ml H20). Step 2 is also 10 sec 
(25% Kellers). 

Related Information 

Practices in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook , ASM International, 2002, p 393- 
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Arcing Fault Burndown in Low Voltage Residential Service Entrance with 
Aluminum Conductors 

Howard F. Prosser, Roch J. Shipley, and Peter C. Bouldin, Engineering Systems, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Three instances involving the failure of aluminum wiring at the service entrance to single-family homes are discussed. 
Arcing led to a fire which severely damaged a home in one case. In a second, the failure sequence was initiated by water intrusion 
into the service entrance electrical box during construction of the home. In the third, failure was caused by a marginal installation. 
Strict adherence to all applicable electrical codes and standards is critical in the case of aluminum wiring. Electrical components not 
specifically designed for aluminum must never be used with this type of wiring. All doors, panels and similar portions of electrical 
boxes should be secured to prevent damage to surroundings in the event of an electrical fault. If symptoms of arcing are observed, 
professional service should be sought. The latest designs of connectors for use with aluminum wiring are less susceptible to 
deviations in installation practice. 

Keywords: Electrical arcs; Electrical connectors; Electrical wire; Fire hazards; Wiring 


Material: 1350 (lxxx series, wrought pure aluminum, 99.00% or greater), UNS A91350 


Failure type: (Other, miscellaneous, or unspecified) failure 


Background 


Application 




This case study concerns the failure of aluminum wiring at the service entrance to a single-family home. As illustrated in 
Fig. 1. the service enhance is the point at which the electrical lines are connected to the main circuit breakers of the 
building. These electrical lines come from the power company transformer, through the electrical meter. 



Fig. 1 Schematic showing location of service entrance 

It must be emphasized that the building circuit breakers are on the customer side of the service enhance. Thus, the 
building breakers cannot protect against an electrical fault in the service entrance. An example of a fault would be a short 
circuit between the power lines or a short circuit to ground. 

Circumstances leading to failure 

Three instances of service enhance arcing faults associated with aluminum wiring are known to the authors. 

Incident 1. A fire occurred at a residence. Associated with the fire was an electrical outage in the homes on the same 
side of the street. As evidenced by clocks in the home and power company records, the outage occurred approximately 
fifteen minutes before the fire was reported to the fire department. 

The homeowner had recently replaced a circuit breaker and had left the breaker panel cover off after replacing the 
breaker. The fire origin was determined to be underneath the electrical service panel. 

Incident 2. The fire investigator for incident 1 examined the 23-year-old service enhance panel in his own residence 
and discovered aluminum service entrance conductors. The insulation on one was severely melted back from the main 
circuit breaker connection, and the plastic case of the circuit breaker was badly eroded from heat generated at the 
connection terminal. The case erosion was sufficient to inhibit circuit breaker operation. The service panel, located in the 
basement, had reportedly been completely submerged by flooding when the house was under construction. 

Incident 3. The homeowners noted flickering and dimming of lights occurring at random for approximately one week. 
Then, electrical power was lost to approximately half of the circuits in the home. The electric utility company investigated 
and found that one of the two “hot” aluminum conductors in the meter box had become detached from its terminal. While 
there was evidence of arcing, it had not been severe enough to damage anything outside of the box. 

As described above and shown in Fig. 1, the meter box is on the power company side of the service entrance. To 
understand the symptoms noted by the homeowner, note that nominal 110-volt circuits in residential service are typically 
provided through one of the two “hot” lines providing nominal 220-volt service. The 220-volt service requires both “hot” 
lines or phases. Equipment such as electrical appliances requiring 220-volt service will usually not operate if supplied 
with only one side of the 220-volt service. 

Pertinent specifications 

In 1968, Underwriters Laboratories published standards for wiring terminals. These have evolved to the present standards: 

• ANSI/UL 486A Wire Connectors and Soldering Lugs for use with Copper Conductors 

• ANSI/UL 486B Wire Connectors for Use with Aluminum Conductors 

• ANSI/UL 486E Equipment Wiring Terminals for Use with Aluminum and/or Copper Conductors 



Standards 486B and 486E require that terminals intended for use with aluminum shall be coated to inhibit oxidation and 
contact with copper. The coating must be electrically conductive. Tin has been found to be acceptable. These standards 
also prescribe heat cycling tests, tightening torques for various types of screws, test currents, and pullout tests. The above 
ANSI/UL standards are in accordance with the National Electrical Code (NFPA 70). The wire used for aluminum 
conductors is typically alloy 1350. 

Performance of other parts in same or similar service 

Aluminum wiring is used for service in literally millions of installations. The incidents described here represent 
exceptions to a record of satisfactory performance. However, aluminum wiring is more sensitive than copper wiring to 
deviation in installation, either original installation or repairs/remodeling. 

Visual Examination and General Physical Features 

The badly burned electrical panel from incident 1 is shown in Fig. 2 and Fig. 3. Three aluminum wires entered the panel 
through the hole indicated by the arrow. These aluminum wires connected the power meter to the breaker panel. The 
badly melted and arced stubs of these wires protruded approximately 25 mm (1 in.) into the breaker panel. A close-up of 
one of the wires is shown in Fig. 4. 



Fig. 2 Electrical panel and surrounding area, incident 1 






Fig. 3 lose-up of electrical panel in incident 1. Arrow indicates where aluminum wires entered the box. 





Fig. 4 Close-up of one of the melted and arced wires in incident 1 

The service entrance panel from incident 2. with the damaged insulation on the aluminum conductor, is shown in Fig. 5. 
The insulation was melted to within a few millimetres (fractions of an inch) from the conduit shown by the arrow in Fig. 
6. While there was evidence of arcing between the aluminum conductor and the circuit breaker terminal, it was not severe 
enough to damage anything outside of the service entrance panel. Further melting of the insulation would have resulted in 
an arcing fault as in incident 1. 



Fig. 6 Close-up of aluminum wire with deteriorated insulation. Arrow indicates where deteriorated portion of 
wire was close to conduit. 







Testing Procedure and Results 


Surface Examination 

Macrophotography. Figure 7 shows a close-up front view of the breaker assembly and the aluminum wires at the 
input terminal (service entrance) from incident 2. Approximately 90 mm (3.5 in.)of insulation was missing from the right- 
hand wire. Figure 8 shows the underside of the breaker assembly from another angle. Damage to the right hand breaker (a 
hole in the outside wall) is evident. The double wall separating the two individual breakers had also been compromised. 
Figure 9 shows a closer view of this damage. Figure 10 compares the damaged breaker with an undamaged assembly. The 
yoke assemblies on the damaged breakers showed evidence of rusting. There was also what appeared to be dried mud in 
several locations on the breaker housing. 



Fig. 7 Aluminum wire incident 2 after removal from electrical box 



Fig. 8 Close-up of aluminum wire and breaker assembly in incident 2 





Fig. 10 Damaged breaker from Incident 2 (left) and new breaker 


Discussion 


Synthesis of evidence 





Problems with aluminum wiring can be understood through consideration of aluminum oxide. Aluminum oxide is 
nonconductive. In fact, it is a very good electrical insulator. When present in significant thickness at an electrical 
connection, this oxide increases the resistance of that connection. The increased resistance causes increased heat. 

The heat is harmful in several ways. First, thermal expansion and contraction cycles loosen the mechanical clamping of 
the wire in the terminal. Second, increased temperature promotes oxidation. Both effects lead to further deterioration of 
the connection and more heating. As the temperature of the connection continues to increase, the wire may deform 
plastically, leading to even further loosening of the connection. Ultimately, the connection becomes so loose that there is 
no longer true electrical contact and series arcs are drawn, leading to rapid deterioration of the wiring and terminal. This 
sequence of events occurred in incident 3. 

Heat buildup in the electrical connection also degrades the insulation on the aluminum wires and eventually permits wire- 
to-wire or wire-to-ground contact, resulting in electric arcs between phases or from phase to ground. This type of arcing is 
more severe than the series arcing, and can easily generate quantities of molten aluminum (at 593 °C, or 1100 °F) which 
can start fires, especially if not confined. Significant deterioration of insulation was observed in incidents 1 and 2. In 
incident 2, the problem was discovered in time to prevent more serious consequences. 

Arcing at the service entrance will not trip the main circuit breaker in a home or business since the arcing fault is on the 
upstream (power company) side of the circuit breaker. In incident 1, the arcing was so severe that it eventually overloaded 
the fuses in the primary side of the supply transformer which provided service to several homes in the neighbourhood. 
Unfortunately, the cover to the electrical box had been left off, so the arcing also started a fire. 

In the other incidents, the problems were discovered and rectified without any damage beyond the point of series arcing 
itself. Fortunately, the electrical boxes were secure and confined the arcing. 

The wiring and terminal involved in incident 1 were badly damaged by the arcing and subsequent fire. A deviation in the 
original installation resulted in a connection of increased electrical resistance. This initiated the cycle of heating, 
oxidation, and loosening described above. Over the years, improvements have been made in the electrical components 
used with aluminum wiring to provide more secure mechanical clamping, and therefore, a connection of minimal 
electrical resistance. 

Galvanic effects between dissimilar metals are also a concern with aluminum wiring. UL 486E indicates that tin is 
acceptable as a coating for a terminal in contact with aluminum wire. Cadmium and zinc are other candidates that might 
be considered from a corrosion standpoint, as these are usually satisfactory in direct contact with aluminum. The most 
critical consideration in electrical applications is the damage to aluminum that can occur when it is in contact with copper 
or copper alloys, Electrical joint compounds are available to inhibit corrosion in applications involving aluminum wire. 
Commercially available products consist of a grease-like base in which zinc particles are suspended. 

Conclusion and Recommendations 

Most probable cause 

The cause and origin of the fire in incident 1 was due to arcing in the aluminum service entrance wires, most probably 
caused by improper tightening of the terminal screws. A contributing cause to the spread of the fire was the fact that the 
cover to the breaker panel was intentionally left off by the homeowner. Molten aluminum at approximately 593 °C (1100 
°F) sputtered out of the service panel and ignited combustibles located on the floor below. 

Improper tightening was also the most probable cause in incident 3 and may have contributed to incident 2 as well. 
However, water ingress into the electrical box was the most probable cause of incident 2. 

Remedial action 

All doors, panels, and similar portions of electrical boxes should always be secured to prevent damage to surroundings in 
the event of an electrical fault. If any of the symptoms of arcing are observed, professional service should be sought. The 
latest designs of connectors for use with aluminum wiring are less susceptible to deviations in installation practice. 

How failure could have been prevented 

In the case of incident 2, the failure most likely would not have occurred if the contractor had not allowed water to flood 
the basement and electrical box during construction. The water and dissolved impurities which it contained promoted 
oxidation. In the other incidents, greater care should have been taken in installation of the aluminum wiring. 
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Failure of Aluminum Wire Connections 


From: K.F.J. Heinrich and D.E. Newbury, Electron Probe X-Ray Microanalysis, Materials Characterization, Vol 10, ASM Handbook, 
ASM International, 1986, p 516-535 


Abstract: The electron probe microanalyzer was applied to the study of service failures (due to severe heating) of aluminum wire 
connections in residential electrical circuits. Perturbed regions in which the composition underwent a change during the failure were 
revealed by optical and scanning electron microscopy of the contacts. A sequence of iron-aluminum compositions that shift from the 
pure aluminum of the wire to the nearly pure iron of the screw was revealed by analyses of two distinct layers formed on the 
aluminum/iron region. The compositions were found to correspond to specific intermetallic compounds found in the aluminum-iron 
phase diagram. Similar compositional variations were noted at the aluminum/brass interface. It was concluded that the failure of the 
electrical junction due to extreme heating was related to the formation of intermetallic compounds at the current carrying interfaces. 
These intermetallics were established to have a high resistance causing significant resistive heating. 

Keywords: Electrical circuits; Electron probe analysis; Wire connections 


Material: Aluminum wire (lxxx series, wrought pure aluminum, 99.00% or greater) 


Failure type: (Other, miscellaneous, or unspecified) failure 


The electron probe microanalyzer has been applied to the study of service failures of aluminum wire connections in 
residential electrical circuits (Ref 1. 2). These aluminum wire connections were observed to undergo severe heating, 
which could lead to failure of the electrical outlet, under certain circumstances of operation in service. Attacking this 
problem by EPMA necessitated the use of careful metallographic sectioning to expose the regions of electrical contact 
between the aluminum wire, iron screw, and brass plate in a household electrical plug box that had undergone severe 
degradation due to the heating. 

Optical and scanning electron microscopy of the contacts revealed perturbed regions in which the composition apparently 
underwent a change during the failure, as suggested by compositional (atomic number) contrast in the SEM images. The 
SEM images, which were obtained in the electron probe microanalyzer, in fact served as a guide for the location of point 
beam microanalyses. The optical microscope of the electron beam microanalyzer further aided in locating the regions of 
interest that had been initially found by optical metallography. Figure 1 shows micrographs of a section showing regions 
of interest at both the aluminum/iron interface and the aluminum/brass interface. Figures 2(a) and 3(a) illustrate SEM 
images that correspond to these regions. 




Fig. 1 Optical micrographs of the cross section of an aluminum wire, iron screw, and brass plate in a 
conventional household electrical outlet assembly, (a) Overall view, (b) Wire/screw interface, (c) Wire/brass 
plate interface. See also Fig. 2(a), 2(b), 2(c), 3(a), 3(b), 3(c), and 3(d). 


The aluminum/iron region (Fig. 2(a)) contains a structure with two distinct layers. Conventional analog dot maps of these 
regions are shown in Fig. 2(b) and 2(c). Analyses of these layers are given in Table 1, which reveals a sequence of iron- 
aluminum compositions that shift from the pure aluminum of the wire to the nearly pure iron of the screw. The iron- 
aluminum compositions are homogeneous within each layer, but change sharply from one layer to the next. The 
compositions correspond to specific intermetallic compounds that are found in the aluminum-iron phase diagram. 


Table 1 X-ray microanalysis of reaction zone at the aluminum wire/steel screw interface shown in 
Fig. 2(a) 


Location 

Element, wt% 


A1 

Fe 

Cu 

1 

62.5 

38.1 

0.5 

2 

57.5 

43.3 

0.0 

3 

57.3 

43.3 

0.0 

4 

55.5 

44.4 

0.0 



Fig. 2(a) Scanning electron micrograph of the iron/aluminum interface showing atomic number contrast. 
Analysis of numbered regions given in Table 1. See also Fig. 2(b) and 2(c). 



Fig. 2(b) X-ray dot map for aluminum at the iron/aluminum interface shown in Fig. 2(a). 





Fig. 2(c) X-ray dot map for iron at the iron/aluminum interface shown in Fig. 2(a). Source: Ref 2 
Similar compositional variations are noted at the aluminum/brass interface (Fig. 3(a)). Corresponding x-ray dot maps of 
this region for aluminum, zinc, and copper are shown in Fig. 3(b), 3(c), and 3(d), respectively. A radially symmetric 
structure is observed from the point of contact. The composition is found to vary along the radius with the values 
determined by microanalysis given in Table 2. The principal change appears to be a nearly direct replacement of zinc by 
aluminum, with the copper content remaining similar. 


Table 2 X-ray microanalysis of reaction zone at the aluminum wire/brass plate Interface shown in 
Fig. 3(a) 


Location 

Element, wt% 


A1 

Cu 

Zn 

1 

5.2 

65.0 

29.7 

2 

16.4 

72.4 

10.2 

3 

18.4 

74.2 

7.3 

4 

18.7 

74.6 

6.8 

5 

0.0 

69.4 

31.1 
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Fig. 3(a) Scanning electron micrograph of the aluminum/brass interface showing atomic number contrast. 
Analysis of numbered regions given in Table 2. See also Fig. 3(b), 3(c), and 3(d). 



Fig. 3(b) X-ray dot map for aluminum at the aluminum/brass interface shown in Fig. 3(a). 



Fig. 3(c) X-ray dot map for zinc at the aluminum/brass interface shown in Fig. 3(a). 






Fig. 3(d) X-ray dot map for copper at the aluminum/brass interface shown in Fig. 3(a). Source: Ref 2 
The failure of the electrical junction due to extreme heating is related to the formation of intermetallic compounds at the 
current carrying interfaces, as revealed by EPMA (Ref 2). Such intermetallic compounds have substantially higher 
resistivity than the aluminum, iron, or brass conductors of the junction. The typical resistivity of iron-aluminum 
intermetallic compounds is 100 O • cm or higher, similar to that of Nichrome. These pads of high-resistivity material 
through which all of the electrical current must flow provide sufficient resistance to cause significant resistive heating. 
The reaction causes positive feedback, with increased temperature stimulating formation of more intermetallic compound, 
initially by solid-state reaction but eventually in liquid phase reaction. Electron probe microanalysis provided in this case 
the necessary link between understanding events on a micrometer scale with those on a macroscopic scale. 
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Corrosion Fatigue of Aircraft Nose Wheels. 

From: R.S. Charlton, J.A. Hanck, F.H. Meyer, and L.J. Korb, Corrosion in the Aircraft Industry, Corrosion, Vol 13, ASM Handbook, 
ASM International, 1987, p 1019-1057 


Abstract: Four nose wheels fabricated from 2014-T6 aluminum alloy and cold worked at the flange were examined. Visual 
examination showed that the failure started in the tube well area on the wheel with serial number 31. The failure initiated in the 
flange fillet on wheels with serial numbers 67, 217, and 250. Scanning electron microscopy (SEM) examination of the fractures 
showed that failure initiated by SCC or a corrosion pit on all failures examined. The failures then progressed by fatigue. Dye 
penetrant testing revealed no additional flaws on the wheels that had failed in the flange area. There was, however, one flaw area in 
the flange of the wheel that failed in the tube well. This flaw resembled a corrosion pit. It was concluded that failure of nose wheels 
67, 217, and 250 was caused by cracking due to SCC or pitting. The failures progressed by fatigue. Because failure occurred in the 
same general area on all three wheels, these locations are suspect as being underdesigned. It was recommended that the nose 
wheel be redesigned and additional service data be accumulated to understand the contributing factors that resulted in wheel failure. 
Keywords: Corrosion fatigue; Design; Flanges; Fluid penetrant testing; Landing gear; Scanning electron microscopy 


Material: 2014 (2xxx series, wrought aluminum copper), UNS A92014 


Failure types: Stress-corrosion cracking; Pitting corrosion; Fatigue fracture 


Four nose wheel failures were received by the laboratory for determination of the cause of failure. The wheels were 
fabricated from 2014-T6 aluminum material and were cold worked at the flange. 



Investigation. Visual examination showed that the failure started in the tube well area on the wheel with serial 
number 31. The failure initiated in the flange fillet on wheels with serial numbers 67, 217, and 250. Figure 1(a) shows a 
typical example of these failures. Further visual examination of the wheel fractures indicated that failure progressed 
because of fatigue (Fig. lb and c). There was a superficial indentation adjacent to the origin on wheel 31 (Fig. Id), and 
there were superficial periodic blemishes on the fillet of nose wheels 67, 217, and 250 (Fig. le). The indentation on wheel 
31 could have contributed to the cracking found in the tube well; however, the blemishes at the fillet of wheels 67, 217, 
and 250 were merely superficial and were not thought to be deleterious. 



Fig. 1 Aluminum alloy 2014-T6 aircraft nose wheel (a) that failed at the flange, (b) Close-up of tube well on 
wheel 31. (c) Appearance of flange failure on wheel 67. The topography is typical of other flange failures, (d) 





Close-up of wheel 31; note indentation (arrow), (e) Close-up of wheel shown in (a); note surface blemishes 
(arrow), (f) SEM of typical initiation site showing an angular, blocky structure indicative of a corrosion-related 
failure mechanism. 780x 

Scanning electron microscopy examination of the fractures showed that failure initiated by SCC or a corrosion pit on all 
failures examined. Figure 1(f) shows a typical example. The failures then progressed by fatigue. 

A chemical analysis conducted on the submitted wheels showed that the wheels met the composition requirements for 
2014 aluminum base material. A hardness survey indicated the wheels were in the T-6 tempered condition. 

The wheels were examined by dye penetrant to determine if the remaining sections contained additional flaws. No 
additional flaws were seen on the wheels that had failed in the flange area. There was, however, one flaw area in the 
flange of the wheel that failed in the tube well. This flaw resembled a corrosion pit. 

Conclusions. It was concluded that failure of nose wheels 67, 217, and 250 was caused by cracking due to SCC or 
pitting. The failures progressed by fatigue. Because failure occurred in the same general area on all three wheels, these 
locations are suspect as being underdesigned. 

Recommendations. It was recommended that consideration be given to redesign of the nose wheel and that 
additional service data be accumulated in order to understand the contributing factors that result in failure of the wheel. 

Related Information 
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Cracking of Aluminum Alloy Aircraft Undercarriage Forgings 

J.O. Edwards, W.A. Pollard, and 3.J. Sebisty (deceased), Metals Technology Laboratories, CANMET 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Two complete aircraft undercarriage-leg 2014 aluminum alloy forgings and a number of sectional ends that exhibited 
cracks during nondestructive testing were examined to determine the extent of damage and the type of cracking. Cracks were 
primarily confined to the diaphragm and adjoining wall between the steel sleeve and the steel diaphragm washer. Metallographic 
analysis and accelerated corrosion tests showed that the cracks had originated as stress-corrosion failures. 

Keywords: Forgings, corrosion; Landing gear, corrosion 

Material: 2014 (2xxx series, wrought aluminum copper), UNS A92014 

Failure types: Intergranular corrosion; Stress-corrosion cracking 


Background 

Aircraft undercarriage-leg forgings of 2014 aluminum alloy exhibited service cracks during nondestructive testing 
(fluorescent penetrant and ultrasonic techniques). 

Specimen selection 

Two complete undercarriage-leg forgings and a number of sectioned ends were sent for examination to determine the 
extent of damage and the type of cracking. The various pieces were numbered part 1 to 5, and the ends of the two 
complete legs were cut off and numbered part 6. Further inquiry revealed that parts 1, 3, 4, and 5 were probably all from 
the same leg. 

Visual Examination of General Physical Features 


The damaged areas were located in the vicinity of the upper attachment point of the undercarriage-leg forgings. The 
forgings were about 1040 mm (41 in.) long and 150 mm (6 in.) in diameter. The critical area containing the cracks is 
shown schematically in Fig. 1. 




Fig. 1 Schematic of the end of a forged undercarriage leg, showing general location of cracks and the material 
represented by parts 1, 3, 4, and 5. 

The major cracks in parts 1. 4, and 5 were opened by appropriate saw cuts and impact blows. The opened fractures are 
shown in Fig. 2 (part 4). and Fig. 3 (part 1). which represent one continuous crack, and in Fig. 4, which shows the opened 
crack in part 5. In each instance, one side of the fracture was cleaned before photography. The approximate locations of 
these cracks and the relationship between the various parts are shown in Fig. 1, which also shows some of the many 
smaller cracks throughout these sections. 



Fig. 2 Opened crack in part 4. One half of the fracture was cleaned (as in Fig. 3 and 4, also). ~0.8x. 







Fig. 4 Opened crack in part 5 (same forged end as parts 1 and 4). Note suggestion of beach marks in the 
fracture, indicating that, in later stages, crack propagation occurred in a series of steps. ~0.05x. 

Part 3, which contained calibrational cuts for ultrasonic testing, is shown in Fig. 5 after partial cleaning. Mechanical 
damage in the form of indentations of the diaphragm and black staining, apparently caused by corrosion, are clearly 
visible. In all cases, this interior corrosion was confined to the exposed area between the end of the inserted steel sleeve 
and the edge of the steel washer beneath the nut holding the piston tube. Another view of part 3 (after further cleaning), 
showing the corrosion pits and cracks in greater detail, is given in Fig. 6. 


Fig. 5 Part 3, showing mechanical damage and blackened areas caused by corrosion. The sample also contains 
machined ultrasonic test slots. ~0.08x. 



Fig. 6 Part 3 after cleaning, showing cracks in greater detail. ~0.94x. 

Part 2 had been reprocessed. Subsequent ultrasonic testing showed that it contained a large circumferential crack, 
fluorescent penetrant did not reveal the crack, because it had been effectively covered and blanked off with chromate 
paint. The center diaphragm had been machined out of this piece to expose the crack in greater detail, and it was sawed in 
half along the longitudinal axis to permit more detailed inspection. 

Figure 7 is a general view of the cracked area in part 2, showing the marked circumferential cracks and the radial cracks 
that, presumably, propagated into, or from, the diaphragm. Figure 8 shows how closely the circumferential cracks 
corresponded to the bottom of the steel sleeve, which was loosely inserted. Figure 9 shows the branching nature of the 
end of the crack and indicates its depth into the wall, whereas Fig. 10, in which the circumferential crack in a cutout 
section was deliberately broken open, indicates the general depth of penetration. 



Fig. 7 Part 2, showing some of the large cirrumferential and vertical cracks in an area from which the 
diaphragm was removed by machining. ~lx. 



Fig. 8 Part 2, with steel sleeve inserted to show general correspondence between circumferential crack and 
end of sleeve. ~1.2x. 



Fig. 9 Roughly polished section through circumferential crack in part 2, indicating crack depth. Note the 
branching nature of the crack on the machined surface. ~1.2x. 



Fig. 10 Opened circumferential crack in part 2(dark band at top). ~1.6x. 

Part 6 exhibited a number of cracks at the junction of the side wall and diaphragm (as in part 3, except that the cracks 
appeared wider and more branching). As before, the internal area between the washer and the sleeve showed evidence of 
mechanical damage and corrosion attack. Marked corrosion pitting on the outer surface was also visible near threaded 
holes in the body, which contained steel fittings in a band pattern corresponding to a steel retaining wire between the 
holes, and at the top end of the cylinder. This corrosive attack is shown in Fig. 11. 



Fig. 11 Sectioned forging (part 6), showing extensive corrosion pitting on end surface. ~0.06x. 


Testing Procedure and Results 

Metallography 


Microstructural Analysis. The grain structure of the forging was somewhat nonuniform, but in general, was fine and 
equiaxed (Fig. 12). This may have been due to more complete recrystallization of the alloy as a result of work introduced 
during forging. Whatever the cause, the effect would, if anything, be beneficial in that it would tend to reduce the 
anisotropy of the material so that the resistance to stress corrosion would be similar in all directions. Extruded material of 
this composition is known to be very anisotropic with respect to stress-corrosion resistance, being best in the longitudinal 
direction and worst in the short transverse direction. 
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Fig. 12 Section from part 6, etched in Keller's reagent to show fine grain size. 345x. 

Crack Origins/Paths. Near their origin at the surface, many of the larger cracks were very wide (Fig. 13), 
presumably due to secondary corrosion as a result of the retention of corrosive medium. In all cases, the cracks showed 
the branching that is typical of this form of defect in aluminum alloys. Crack propagation often occurred in several 
directions in the same region of the piece (circumferential and radial cracks in part 2, Fig. 7). 




Fig. 13 Widening of cracks from the diaphragm region of part 5. 10. 4x. 

Corrosion Morphology. All cracking and pitting was primarily intergranular and was typical of corrosion attack in 
this alloy. There were numerous areas of surface pitting on paid 6. A section through one of these showed intergranular 
corrosion typical of this alloy in the unstressed condition (Fig. 14 and 15). The presence of this form of attack is an 
indication of the aggressive nature environment. All of the other cracking examined was typical of stress-corrosion attack 
in this material (Fig. 16). 



Fig. 14 Intergranular pitting in section from top of part 6 (see Fig. 11). 65x. 



Fig. 15 Higher-magnification view of Fig. 14 (turned 90 °), showing grain-boundary attack. 305x 




Vvi 


V 


Fig. 16 Typical stress-corrosion crack in part 2. 315x. 

Chemical analysis/identification 

Material. The forgings were reputed to be manufactured from alloy 2014 (ASTM B247) in the T6 condition. Analysis 
of drillings taken from the end of part 5, together with the specified composition, is presented in Table 1. The results 
indicated that the material met specification. 

Table 1 Results of chemical analysis 


Element 

Composition, % 



Drillings from Part 5 

Alloy 2014 Requirements 

Copper 

4.5 

3.9-5.0 

Iron 

0.44 

0.7 (max) 

Manganese 

0.82 

0.4-1.2 

Silicon 

0.87 

0.5-1.2 


Magnesium 0.52 0.2-0.8 


Mechanical properties 










Hardness. A Brinell hardness of 130 HB indicated that the forging was in the T6 condition, as required (ASTM B247). 

Simulation tests 

It is known that heat treatment conditions can affect the corrosion and stress-corrosion susceptibility of this type of alloy. 
U.S. military specification MIL-H-6088D, “Heat Treatment of Aluminum Alloys,” gives an accelerated corrosion test 
designed to determine the effects of heat treatment. Sections from each of the three legs were subjected to this test. In 
addition, a piece from part 6 was heat treated again for 90 min at 505 °C (940 °F), cold water quenched, aged at 170 °C 
(340 °F) for 12h, and then corrosion tested. Examination of sections from these test specimens showed that all contained 
intergranular corrosion to a maximum depth of about 0.25 mm (0.01 in.). There was no apparent difference between the 
as-received specimens and the reheat-treated specimen; consequently, the susceptibility of the material was not 
attributable to incorrect heat treatment. 

Conclusion 

Metallographic examination and accelerated corrosion tests showed that the alloy was susceptible to intergranular 
coiTosion; thus, stress-corrosion susceptibility was to be expected. The numerous cracks all appeared to have originated as 
stress-corrosion failures, although some had apparently been widened after formation by further corrosion attack. 
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Failure Analysis of Aircraft Landing Gear Components 
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Abstract: Despite extensive aircraft landing gear design analyses and tests performed by designers and manufacturers, and the 
large number of trouble-free landings, aircraft users have experienced problems with and failures of landing gear components. 
Different data banks and over 200 failure analysis reports were surveyed to provide an overview of structural landing gear 
component failures as experienced by the Canadian Forces over the last 20 years on more than 20 aircraft types, and to assess 
trends in failure mechanisms and causes. Case histories were selected to illustrate typical problems, troublesome failure 
mechanisms, the role of high strength aluminum alloys and steels, and situations where fracture mechanics analyses provided 
insight into the failures. The two main failure mechanisms were: fatigue occurring mainly in steel components, and corrosion-related 
problems with aluminum alloys. Very few overload failures were noted. A number of causes were identified: design deficiencies and 
manufacturing defects leading mainly to fatigue failures, and poor materials selection and improper maintenance as the principal 
causes of corrosion-related failures. The survey showed that a proper understanding of the failure mechanisms and causes, by 
thorough failure analysis, provides valuable feedback information to designers, operators and maintenance personnel for appropriate 
corrective actions to be taken. 

Keywords: Axles; Cylinders; Landing gear; Maintenance; Materials selection Materials selection; Wheels 


Materials: 2014 (2xxx series, wrought aluminum copper), UNS A92014; 7079 (7xxx series, wrought aluminum zinc), UNS A97079; 
Hll (Hot-work tool steel), UNS T20811; 4340 (Nickel-chromium-molybdenum alloy steel), UNS G43400; 300M (Ultrahigh-strength 
steel), UNS K44220 


Failure types: Corrosion fatigue; Pitting corrosion; Stress-corrosion cracking 


Introduction 

Landing gears are designed to provide aircraft support and control when on the ground (steering and stopping) and to 
absorb the loads associated with landing and taxiing. Since they are not used in flight, landing gear components have been 





designed to meet design and limit loads using materials with high specific strengths in order to carry out their functions 
with minimum weight and use of space. Despite the extensive landing gear design analyses and tests carried out by the 
designers and manufacturers, and the large number of trouble-free landings accumulated by the users, the Canadian 
Forces (CF), as well as others, have experienced a range of problems and failures with landing gears. 

This paper presents the results of a study of the failures of structural landing gear components as experienced by the CF 
over the last 20 years on more than 20 aircraft types. A number of data bases were surveyed and over 200 landing gear 
failure analyses were reviewed. A few of these failure analysis case histories are presented to illustrate: typical problems 
encountered, the most troublesome failure mechanisms, the role of material selection, and examples where fracture 
mechanics analyses provided insight into the failure. The failure analysis findings were statistically analyzed to provide a 
distribution of the failure mechanisms as a function of materials. As well, the mechanisms were correlated with the main 
failure causes (i.e., design, material selection, manufacturing and maintenance). 

Data Banks Surveyed 

The Canadian Forces aircraft maintenance management information system and the aircraft accident/incident reporting 
system were surveyed in order to obtain statistical information on landing gear system failures. The former records all in- 
service maintenance actions per system, sub-system and individual components for all CF aircraft and provides general 
information without indicating the failure mechanism or cause. The latter system records all flight safety related 
accidents/incidents with a description of the failure, permitting identification of the causes in some cases. Despite their 
limitations, these information systems indicated that landing gears rank second, right after engines, as systems prone to 
failures. Furthermore it was determined that a failure in a landing gear system often resulted in a flight safety 
accident/incident. The data also showed that no overload failures were reported as a result of hard landings; however, 
overload failures did occur during abnormal landings such as skidding of the runway. 

The reports of over 200 landing gear structural component failures investigated by the Quality Engineering Test 
Establishment over the last 25 years were reviewed. They were the only source of detailed information on mechanisms 
and causes and these formed the basis for the case histories and analyses of the trends in failure mechanisms and causes. 

Case Histories 

Main landing gear truck beam of a large transport aircraft. A main landing gear truck beam from a large 
transport aircraft fractured on the ground just after refuelling as a result of a circumferential crack located about 0.14 m 
(5.5 in) forward of the oleo attachment point (Fig. 1). The part was made from 4340 steel heat treated to an ultimate 
tensile strength (TITS) in the 1800-1930 MPa (260-280 ksi) range. The part had been treated with manganese phosphate, 
primed and painted on both inner and outer surfaces. No sacrificial coating, such as cadmium, had been applied in an 
attempt to minimize the possibility of hydrogen embrittlement. A corrosion preventive compound was also applied to 
newly manufactured parts for additional protection. 




Fig. 1 a: Fractured main landing gear truck beam with axles, b: Overview of the fracture surface, the 
semicircular stress corrosion crack can be seen at bottom just right of centre (arrow) and a corroded area at 
inside top. c: Overview of the semicircular stress corrosion crack zone, the arrow indicates the initiation site 
(x5). 

Visual and microscopic examination of the fracture surface revealed that final failure had emanated from a small, nearly 
semicircular shaped crack, 12 mm (0.47 in) long by 8 mm (0.31 in) deep, with intergranular features, most likely a 
manifestation of stress corrosion cracking (SCC) (Figs 1). The transition from intergranular cracking to overload was 
abrupt. The stress corrosion crack had initiated at a corrosion pit which, at the time of failure, was quite broad but shallow 
(10 mm surface length by 0.3 mm deep) (Fig. 1). Extensive corrosion in the form of shallow pits was observed in the 
forward portion of the beam in the vicinity of the fracture and particularly in an area at the inside top of the beam (Fig. 1). 
A fracture mechanics analysis of the failure was carried out. It confirmed that the actual stress corrosion crack 
corresponded to the theoretical critical crack size for the situation and that the stress intensity ahead of the corrosion pit, 

assuming that it behaved as a crack, corresponded to the Kiscc value given in the literature: 20 MPaV (18 ksiV llT) ( 
1). The analysis also established that the critical crack size, assuming “worst case” design conditions (ground turn flat) 
would be about 3.2 mm (0.13 in) long by 1.6 mm (0.06 in) deep and located 90° from the bottom of the beam; however, it 
is less likely that a stress corrosion crack would occur in that location. Limited data on stress corrosion crack growth for 
4340 steel suggested that crack growth from a crack the depth of the corrosion pit could have occurred quite rapidly under 
full load conditions ( 2). The scarcity of relevant stress corrosion crack growth data corresponding to in-service 
environments and the potential large sensitivity of the crack growth rate with small variations in the environment make 
predictive analysis very difficult in the case of SCC. 

To prevent a recurrence, the emphasis was therefore placed on preventing or detecting and repairing any breaks in the 
protective coating. The manufacturer had addressed the widespread corrosion problem by recommending the 
reapplication of corrosion inhibitors at least annually or as paid of the wash cycle. In this particular case, this measure had 
not yet been implemented and the aft of the beam was sealed by an unspecified plug which prevented drainage and drying 
out of the inside of the beam. Also, since the phenomena of corrosion and SCC are not dependent on flying time, a 
criterion other than flight time should be used as the basis for inspection or maintenance intervals. 

Main landing gear axle of a transport aircraft. During a training flight landing, one of the axles of the main 
landing gear of a light transport aircraft fractured in a complex helical manner around the lock pin hole at the bottom 
centre of the axle (Figs 2). The 0.755 m (29.7 in) long axle was made from AISI FU1 tool steel tube and heat treated to a 
UTS in the 1650-1790 MPa (240-260 ksi) range except for the ends which were in the 1240-1380 MPa (180-200 ksi) 
range. The outside surface was chromium plated to a thickness of 0.05 to 0.075 mm (0.002 to 0.003 in) and the lock pin 
hole flash chromium plated to a thickness of 0.0075 to 0.0125 mm (0.0003 to 0.0005 in). The inside surface was coated 
with a coiTosion preventive compound. 







Fig. 2 a: Fractured axle half attached to one of the wheels, b: Matching half, fracture started at the lock pin 
hole and propagated as indicated by the arrows, c: Fracture surface in the vicinity of a corrosion pit in the lock 
pin hole, the arrow points to the location of the fatigue crack shown below (x40). d: The dotted line outlines 
the extent of the fatigue crack (x 170). 

Detailed examination of the broken axle revealed that the final fracture process had originated at a very small fatigue 
crack, 0.5 mm (0.020 in) long by 0.1 mm (0.004 in) deep spanning about half the width of a small and relatively shallow 
corrosion pit (Figs 2). Other pits were present around the hole and they likely resulted from the ingress and accumulation 
of moisture at the axle locating hole and pin joint. 

Fracture mechanics modelling showed that, because of the high operational stresses and poor damage tolerance properties 

of FI 11 steel employed (mean room temperature fracture toughness of approximately 37 MPa V at the relevant 

strength level), very small crack-line discontinuities including corrosion pits, that cannot be reliably inspected, could 
cause catastrophic failure of the axle during normal operation. The criticality of these crack-like discontinuities is further 
aggravated by cold temperatures. A 10% reduction in toughness is expected at 5°C (40°F) and a 25% reduction at -40°C 
(-40°F) compared to that at room temperature ( 3). 

Replacement parts have been designed to provide hu ger margins of safety under ultimate and limit load conditions and 
infinite fatigue life using 300M steel heat treated to a UTS in the 1960-2070 MPa (270-300 ksi) range; the corresponding 

mean room temperature fracture toughness, 60 MPaV (55ksi\/ui), is significantly higher than that of the original 
material. Nevertheless, proper maintenance is imperative with this replacement material to avoid situations where 
corrosion or SCC could occur. This will be discussed in the next case in more detail. 

Axle, crank lever of fighter aircraft main landing gear. A main landing gear axle of a fighter aircraft failed 
catastrophically upon landing when the hub locating the axle in the hydraulic tube fractured circumferentially (Figs 3). 
This failure damaged the aircraft; however, the situation could have been much more serious since the aircraft was 
leading a formation landing, and it ditched off the runway following the failure. The axle assembly was made from 300M 
steel heat treated to a UTS in the 1800-1930 MPa (260-280 ksi) range. The paid was shot peened. The outer contact 
surfaces were chromium plated, while the non-contact surfaces were coated with ion vapour deposited (IVD) aluminium. 
The inside of the hub, which has a polygon shape to accommodate a crank lever, was coated with electroless nickel. 



Fig. 3 a: Main landing gear components: broken axle (1) and crank lever (2). b: Details of the axle showing 
the longitudinal crack in the hub and the circumferential fracture, c: Inside of the hub showing flaking (1), 
damage (2) to the electroless nickel coating and corrosion pitting (3) at the origin of longitudinal/radial stress 
corrosion crack (dotted line), d: The 75mm (2.95 in) long stress corrosion crack in the lever initiated at a 
corrosion pit (arrow) in an area where the IVD aluminium coating had disappeared. 

During the investigation, the failure sequence was established. Flaking and cracking damage to the electroless nickel by 
the crank lever led to corrosion pitting of the exposed steel (Fig. 3). A stress corrosion crack initiated at one of the pits 
and grew radially and longitudinally in the hub (Fig. 3). When the crack had reached the critical size, 13 mm (0.5 in) long 
by 6 mm (0.25 in) deep, rapid cracking occurred until the longitudinal crack stopped due to reduced stresses. Cracking 
resumed intergranularly, likely again by SCC, but mainly in a circumferential direction because of the different 
orientation of the principal tensile stress there, leading to catastrophic failure when it had reached a critical length of 
about 40 mm (1.57 in). 

The crank lever of a similar aircraft was found with a 75 mm (2.95 in) long crack (Fig. 3). This part was also made from 
300M steel, heat treated to a UTS in the 1930-2000 MPa (280-290 ksi) range and shot peened. The heal ing surfaces were 
chromium plated and the non-bearing surfaces were IVD aluminium coated. A stress corrosion crack had initiated at one 
of many small corrosion pits in the radius where most of the IVD aluminium had disappeared from corrosion or where 
occasional poor adhesion had left the steel unprotected (Fig. 3). 

These failures were promoted by a number of factors: a poor seal design between the axle and the lever assembly which 
did not prevent water ingress, insufficient lubrication points, and the inherently low resistance of the 300M steel 
employed to SCC in aqueous environments. The water/soap solution used under high pressure to wash the aircraft could 
also have contributed to corrosion by removing lubricant or infiltrating into sealed assemblies. 

The main corrective steps taken have been to minimize water ingress by improving the seals, to use gentler washing 
procedures, and to install lubrication points for periodic filling of the hub cavity with grease. 

Main-landing gear cylinder of a fighter aircraft. Following a landing, the main landing gear shock strut was 
found deflated and fractured from top to bottom (Fig. 4). This was the first and most dramatic manifestation of a 





subsequently widespread problem. The strut housings were forged from aluminium alloy 7079. heat treated to the T6 
temper, shot peened and anodized in sulphuric acid. 


Fig. 4 a: Failed shock strut assembly: (A) indicates the eye-bolt with beryllium copper bushing and (B) the 
eye-bolt region on the strut housing, b: The dotted line indicates the extent of the stress corrosion crack at the 
origin of the failure. 

The fracture surface was flat, normal to the cylinder wall and coincided with the forging flash line. The failure of the part 
resulted from the presence of a nearly semicircular stress corrosion crack approximately 12 mm (0.5 in) in radius and 
centered in the eye-bolt bore surface (Fig. 4). The surface was only slightly damaged and did not show signs of corrosion 
pitting. Service loads were transmitted from the eye-bolt to the strut through press fit beryllium copper bushings which 
had been lubricated with molybdenum disulphide grease. 

The SCC failures occurred in parts made from a material now well known for its severe susceptibility to SCC. In this 
particular case, contributing factors were exposure of the end grains in the hole and possibly a galvanic couple between 
the aluminium forging and the beryllium copper bushings in the presence of an electrolyte formed by the grease 
contaminated with water. New parts were manufactured using aluminium alloy 7049 and heat treated to the T73 temper 
showing improved SCC resistance. The new bushings are cadmium plated on their outer surfaces and a multipurpose 
grease is now employed. 

Nose-landing gear cylinder of a large transport aircraft, the nose landing gear outer cylinder of a large 
transport aircraft failed catastrophically during landing (Fig. 5). The part was machined from a 7079 aluminium alloy 
forging and heat treated to the T6 temper. It was shot peened and anodized. At a later stage, an interference fit steel sleeve 
was installed in order to line the inside of the bore. 





Fig. 5 a: The nose landing gear cylinder fracture originated at the fatigue crack in the bore radius. The arrow 
points to the 0.65m (25.6 in) long longitudinal crack, b: Fatigue crack (2.5mm (0.10 in) maximum depth by 
70° arc) initiated at the inside radius at the top of the bore, c: The elliptical stress corrosion crack, at the origin 
of the longitudinal crack, initiated at the interface between the aluminium alloy and a flame sprayed coating. 

The fracture at the top of the cylinder bore had originated at a narrow fatigue band (2.5 mm maximum depth by 70° arc) 
which had initiated at the inside radius at the top of the bore and was centered on the forward side. The fatigue zone 
consisted of a 2 mm (0.08 in) deep fatigue band followed by a narrow region of rapid crack extension and a very narrow 
fatigue band (Fig. 5). The cylinder also contained a longitudinal crack through its wall 0.65 m (25.6 in) long. The crack 
had propagated from a 35 mm (1.38 in) long elliptically shaped stress corrosion crack (Fig. 5) which, along with some 
smaller ones, had initiated at the interface between the 7079 alloy and a flame sprayed aluminium-silicon coating which 
exhibited poor adhesion in some areas. The stress corrosion crack was approximately 40° away from the forging flash 
line. 

Similar problems had been reported by the paid manufacturer who attributed fatigue cracking to an excessively shaip 
radius at the top of the bore. In the present case the radius exceeded the minimum allowable dimensions. Because 
evidence of SCC was found by non-destructive testing on all other cylinders in service, they were replaced with parts 
made of 7049-T73 aluminium alloy. Changing the material will improve the SCC resistance properties significantly but 
not the fatigue properties to the same degree. In this respect, not much will be gained with this material substitution unless 
the stress corrosion crack had in fact contributed significantly to the onset of fatigue cracking. 

Nose-landing gear cylinder of a light transport aircraft. The trunnion area of the nose landing gear cylinder 
of a light transport aircraft fractured in a number of cases due to shimmying. In another instance, a long crack was 
observed in the trunnion area (Fig. 6). The cylinder was made from 2014 aluminium alloy and heat treated to the T6 
temper. 




Fig. 6 a: The 0.34m (13.4 in) long crack emanated from a fatigue crack in the trunnion radius, b: 32mm (1.26 
in) long and 2mm (0.08 in) deep critical fatigue crack. 



A 0.34 m (13.4 in) long rapid-fracture crack had emanated from a small fatigue crack 32 mm (1.26 in) long by 2 mm 
(0.08 in) deep located in the trunnion radius (Fig. 6). There was some evidence of fretting which could have facilitated 
fatigue initiation. Liquid penetrant inspection revealed an additional small crack diametrically opposite to the first one, 
indicating reversed bending conditions on the trunnion where an assembly arm, linking the end of the steering actuator 
and the upper torque arm, fitted. The fracture mechanics analysis of the failure showed that the fatigue crack size was 
critical for normal operating condition loads and that the trunnion area was underdesigned to carry the actuator limit load 
without local yielding. There were also some doubts whether the ultimate design load was in fact the worst service load 
case. 

Modification to the actuator and redesign of the trunnion area, accomplished by adding a reinforcement to the assembly 
arm to distribute the loads around the main cylinder, eliminated further cracking and shimmying occurrences. 

Wheels. Over the years, a large number of wheels on all aircraft types have been found cracked and a few have failed 
catastrophically (Fig. 7). The cracks had been discovered as a result of deflated tires and by NDT inspection. These 
failures occurred after only a few years in service for some and much longer for others. Some of these wheels were made 
from magnesium alloys; all the others were forged from 2014 aluminium alloy, heat treated to the T6 temper, anodized in 
sulphuric acid, and painted. 





Fig. 7 a: Catastrophic wheel failure from a 0.14m (5.5 in) long fatigue crack which had initiated on the 
weather side, b: The arrows point to corrosion pits at the origin of a fatigue crack (x5). c: Pitting followed by 
intergranular cracking, the dotted line marking its extent, and then fatigue (x40). d: Transition from 
intergranular to fatigue cracking (x700). 

Many of these failures could be traced to corrosion pitting on the weather side of the wheels. Some of the pitting was 
promoted by fretting from parts such as heat shields which damaged the protective coatings. These pits, sometimes as 
small as 0.2 mm (0.008 in), were followed by intergranular cracking and then by fatigue (Fig. 7b to d). A number of other 
fatigue failures initiated on the inside of the wheels, mainly in the tire bead seat a rea, again at pits, although corrosion 
was less severe. In a few cases, manufacturing defects such as forging laps in the aluminium alloy wheels and porosity in 
the cast magnesium alloy wheels were found at the origin of fatigue cracking. 

Often wheels are lifed at the design stage in terms of roll distances. In practice, at least within the CF, wheels are not 
lifed, but are rather kept in service as long as possible and inspected periodically. In this situation, proper maintenance to 
assure the integrity of the protective coatings, to remove corrosion and to reprotect the part becomes very important. 

Trends in Failure Mechanisms and Causes 

The review of the failure analysis reports revealed that about 10% of the components investigated were in what we called 
the “false call” category. False calls corresponded to situations where either there was an indication of a defect when in 
fact there was none or there was an indication of an imperfection which could be tolerated and was inherent to the 
manufacturing process (e.g., a lap or a flash line in the case of forgings, porosity in the case of cast wheels). 

The distribution of the failure mechanisms was determined to be materials dependent. In general, fatigue was the most 
important failure mechanism for steels. For 300M steel however, SCC and corrosion were particularly significant and 
were often initiated by damage to coatings. Corrosion or corrosion as the precursor to other failure mechanisms were 
significant for all A1 alloys, pitting being relatively important for 2014 (especially in wheels) and SCC being the main 
failure mechanism for 7079-T6. Fatigue was also an important failure mechanism for 7075 components. 

The failure causes could be assigned to one of four nearly equally significant categories (Fig. 8): 

• a. Design, an obvious design deficiency (e.g. sharp corner) or a wrong assumption in the 
underestimated) 

• b. Material, when a selected alloy displayed a deficiency in one of its properties and should 
for such applications 

• c. Manufacturing, when a defect incurred during a processing stage promoted failure 

• d. Maintenance, in the case of improper directives or improper maintenance in the field. 
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Fig. 8 Distribution of failures causes. 

The proportion of failures resulting from abnormal landings was small in comparison. The distribution of failure causes 
was also found to be materials dependent. In general, design deficiencies and maintenance practices were the most 
significant causes for A1 alloys failures. In the case of A1 alloy 7079, poor material selection was considered to be the 




prime cause. In steels, manufacturing defects were the most important failure cause; design and maintenance were also 
found to be significant. 

Discussion 

This survey of the failures of landing gear structural components, as experienced by the Canadian Forces, has shown that 
it is only by a proper understanding of the failure mechanisms and causes and through failure analysis that appropriate 
remedial actions can be undertaken. The distribution of the failure causes indicated that efforts should be expended not 
only at the design stages and in the selection of materials, but also by proper manufacturing and maintenance actions, as 
shortcomings in these areas contributed significantly to failures. 

Landing gears are designed to absorb the loads associated with landing and taxiing, and the analyses are usually validated 
by drop, static strength and fatigue tests. The energy absorbing criteria and the limit loads appeared to be generally 
adequate for the landing gears investigated as the overload failures reported resulted not from hard landings but from 
unusual loading conditions often outside the design envelope. A number of design related fatigue failures occurred for 
two main reasons: poor design details, including factors such as stress concentrations and sharp radii, and improper 
assumptions about the service loads. Developing a realistic load spectrum is not an easy task. One must take into account 
the loads associated with landing and ground manoeuvres, but also assembly stresses and residual stresses induced by 
manufacturing processes. The role of these stresses should not be overlooked in failure analysis investigations, although 
they are difficult to measure or evaluate when dealing with disassembled and cracked or broken components. Design 
deficiencies also led to a significant proportion of corrosion related problems. The causes were many: water entrapment, 
improper sealing, and assemblies promoting damage to coatings. At the design stage, corrosion is addressed by means of 
its prevention through protective coatings and maintenance directives. A number of the failures investigated indicated that 
the synergism of fatigue with the environment should also be considered as many failures were caused by fatigue but 
promoted by pitting. 

About 20% of the failures could be traced back to the selection of materials which turned out to be less than adequate for 
the intended application, with high specific strength being preferred over fracture toughness or corrosion resistance. For 
example, following the catastrophic failure described earlier, the very high strength HI 1 steel is no longer used by the CF 
because of its low fracture toughness. Another example is the poor SCC resistance of some A1 alloys such as 7079-T6 and 
7075-T6 that are common in most CF aircraft. SCC is still a problem with alloys developed and selected more recently, 
such as 300M steel. The need for materials with higher fracture toughness is now recognized: the US Navy now requires a 

fracture toughness in excess of 100 MPaV^ 7 ' in their landing gear ( 4). The concerns about corrosion and SCC can only 
be addressed by a better characterization of the materials with respect to their operating environment and through the use 
of appropriate coatings. Corrosion testing presents two main challenges: one to reliably correlate accelerated laboratory 
tests with long term service behaviour and the other to evaluate a material in all possible service conditions and 
environments. Failure analysis has an important role to play when new materials are put into service by providing 
feedback on in-service problems and correlation with laboratory behaviour. 

A large proportion of fatigue failures has originated from manufacturing defects such as laps, machining marks... These 
types of problems can be alleviated by improving the manufacturing processes and ensuring reliable and sensitive NDT 
techniques for quality control. The relatively high number of “false calls” investigated as the result of NDT defect 
indications on parts which had been in service suggests inadequate inspection at the time of manufacturing or improved 
NDT techniques and increased awareness of potential problems in the intervening years. 

Maintenance was responsible for more than 20% of the failures investigated. Unsatisfactory field maintenance resulted in 
corrosion related failures in the majority of the cases and to a lesser extent to fatigue (cases of improper torquing or 
adjustments). It is apparent that particularly important improvements are possible in the maintenance area. As well, it is in 
this area that the results of failure analysis investigations can be most rapidly and effectively implemented. 

Conclusions 

The survey of the over 200 landing gear structural component failures indicated that fatigue and corrosion-related 
problems were the two main mechanisms of failures. Fatigue occurred mainly in steel components primarily because of 
design deficiencies and manufacturing defects. Corrosion, often in the form of pitting or pitting as a precursor to other 
failure mechanisms and to SCC, occurred mainly with A1 alloys primarily due to poor material selection and improper 
maintenance practices. No reported overload failures resulted from hard landings; these occurred mainly during abnormal 
landings. 

Because landing gears are the second most prevalent area of failures reported on aircraft and because of their high safety 
implications, thorough failure analysis investigations, including fracture mechanics analyses whenever applicable, should 
be performed on each failed component discovered. The proper understanding of the failure mechanisms and assessment 



of causes provide the valuable and necessary feedback information to designers, operators and maintenance personnel for 
appropriate corrective action to be undertaken. 

References 

1. “Metals Handbook Ninth Edition, Vol. 1, Properties and Selection: Irons and Steels”, p. 426, American Society 
for Metals, Metals Park, Ohio (1978). 

2. T.D. Moore, “Structural Alloys Handbook”, p. 113 (4330 Steel), Mechanical Properties Data Center, Traverse 
City, Michigan (1977) 

3. MIL-HDBK-5C “Metallic Materials and Elements for Aerospace Vehicle Structures”, p. 2-58, Dept, of Defence, 
U.S.A., (Jan. 1984) 

4. “Advanced Material for Landing Gear”, Aerospace Engineering Journal, Vol. 10, No. 7, pp. 17-21 (1990) 

Related Information 

Fatigue Failures, Failure Analysis and Prevention , Vol 11, ASM Handbook , ASM International, 2002, p 700-727 

W. R. Warke, Stress-Corrosion Cracking, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 

2002, p 823-860 


Solving an Aluminum Bracket Failure 

B. K. Young Jr., Aircraft Research Engineer, Metallurgy and Failure Analysis Group, Lockheed-Georgia Co., Div. 
of Lockheed Aircraft Corp. 


From: B.K. Young Jr., Solving an Aluminum Bracket Failure, Metals Engineering Quarterly Vol 14(No 2) May 1974 as published in 
Source Book in Failure Analysis, American Society for Metals, 1974, p 153-156 


Abstract: An aircraft engine in which an in-flight fire had occurred was dismantled and examined. A bracket assembly fabricated 
from 2024 aluminum, one of several failed components, was of prime interest because of apparent heat damage. The scanning 
electron microscope (SEM) was used to compare laboratory-induced fractures made at room and elevated temperatures with the 
bracket failure. The service failure exhibited grain separation and loss of delineation of the grain boundaries due to melting. The SEM 
revealed deep voids between grains and tendrils that connected grains, which resulted from surface tension during melting. 
Microscopic examination of polished, etched section through the fractured surface verified intergranular separation and breakdown of 
grain facets. The absence of any reduction of thickness on the bracket assembly at the point of fracture, along with evidence of 
intense heat at this point, indicated that little stress had been applied to the part. Comparisons of the service failure and laboratory- 
induced failures in conjunction with macroscopic and metallographic observations showed that the bracket assembly failed because 
an intense, localized flame had melted the material. 

Keywords: Actuator arms; Aircraft components; Cracking (fracturing); Fires; Grain boundary melting 


Material: 2014 (2xxx series, wrought aluminum copper), UNS A92014 


Failure type: (Other, miscellaneous, or unspecified) failure 


Scanning electron microscope (SEM) examination of metal fractures which are induced by various combinations of loads 
and environmental conditions has become almost routine. Occasionally, opportunities arise in which a unique fracture 
occurs and lends itself to study on the SEM. This paper concerns the surface appearance and micro features found on the 
failed cross section of a 2024-T62 aluminum actuator arm which had broken during an intense localized fire on board an 
in-flight aircraft. The SEM showed a distinct three-dimensional view of the fracture surface with unique micro-features. 

Figure 1, which shows the as-received actuator, reveals melting about two thirds of the distance from the solenoid end of 
the actuator arm. The part also lost paint along the arm due to scorching. The surface along the center portion of the 
fracture was character-ized by deep voids and rounded globules formed by shrinking during the melting and 
resolidification of the grain. In Fig. 2 note interconnecting tendrils associated with the globules—they apparently resulted 
from surface tension effects experienced during heating and subsequent cooling. The center portion of the fracture 
appeared to have sustained the greatest amount of heat, as exhibited by the lack of any secondary features and complete 
melting of former grain boundaries. A short distance from the center of the fracture, the grains were less distorted and 





grain boundary melting could be seen between some grains. A small number of grains in the same general area had spots, 
but no conclusions could be drawn due to the small size and lack of shaip definition. In the outer regions of the fracture, a 
few grains showed nonsymmetric features covering approximately 10 pet of the total grain surface (Fig. 3). Some of the 
features were relatively flat with little height, and they appeared to have brittle type fractures across surfaces. The 
presence of grain boundary melting suggests that these features were residual melt in the grain boundaries, which 
sustained a cold fracture during separation. 


Fig. 1 As-received actuator—note removal of paint and location of fracture. 



Fig. 2 Structure in center of fracture contains grains joined by tendrils. Magnification 840 times. 





Fig. 3 Grain boundary melting and particles on grain surfaces characterize fracture away from center of failure. 
Magnification 840 times. 

Other three-dimensional features were seen; these were probably intermetallics left with some grains when the fracture or 
separation occurred. Metallographic examination of a cross section through the central portion of the fracture revealed 
large intermetallics and severe grain boundary melting (Fig. 4), confirming features seen with the SEM. 



Fig. 4 Boundary melting and large intermetallics were found near the fracture. Magnification 320 times. 
Laboratory fractures were induced from the same section of actuator arm to clarify the interpretation of features seen on 
the original fracture, and to further investigate processes that occur during melting. A section of the actuator arm was 
impacted to provide a surface which would show fracture features that would be si mi lar to those expected on an overload 



1 

fracture. The induced fracture was parallel to the original fracture and approximately 2in. from it. Two distinctly different 
fracture appearances were identified on the induced fracture surface, each feature covering about one-half of. the total 
surface of the fracture. Figure 5 clearly indicates that the effects of the heat which caused the original fracture were 
present along a large portion of the actuator arm. Grain delineation was noticeable—intermetallics also appeared on grain 
surfaces during fracture, and cold fracture was evident across remnants of grain boundary contacts. The intermetallics, 
indicated by white arrows on Fig. 5, were highly asymmetric with threedimensional qualities, while the residual grain 
boundary contact points (dark arrows) tended to be oval and almost flat. The second type of fracture feature seen on the 
impacted sample was typical of an overstress fracture found in aluminum alloys with a mixture of microvoid coalescence 
and brittle fracture (Fig. 6). 



Fig. 5 On impact sample, white arrows point out intermetallics and dark arrows indicate grain boundary 
melting. Magnification 840 times. 




Fig. 6 Remaining portion of impact sample contains overstress fracture features. Magnification 840 times. 

A second laboratory fracture was produced by using a combination of stress and heat. When a section of the material from 
the actuator arm was slightly stressed while being subjected to heat (by an oxyacetylene torch), separation was almost 
instantaneous. The fracture showed greater grain delineation than that seen on the impacted sample, but was not as severe 
as that on the original fracture. Figure 7 shows distinct pooling on the grain surfaces interconnected by fine lines, which 
were the result of surface tension effects during cooling. Each spot was slightly depressed with respect to the surface of 
the grain, and was distinctly darker than the grain. The spots are apparently related to the oval-shaped objects located on 
the grain surfaces of the Impacted sample. When the heat was applied, the grain structure increased in temperature until 
grain boundary melting began along with delineation of grain structure. Melting occurred randomly over the grain 
surface, and most of the grains separated. Areas of nonseparation appeared as the oval-shaped features with brittle 
fracture on the impacted sample. The heat in this area of the actuator arm was apparently not high enough to induce 
complete separation of the grains. The laboratory sample which contained the well defined pooling was subjected to a 
temperature high enough for complete separation to occur. Individual spots probably indicate the last areas in which grain 
separation occurred. 



Fig. 7 Stressed, heated sample has pooling effects. Magnification 840 times. 

The SEM, along with laboratory controlled fractures, provided an accurate insight and description of a unique mechanism 
of failure of an in-service paid. The features present on the fracture surface and on controlled fractures were such that any 
other means of observation would not have led to the conclusions reached regarding the influence of the fire on the 
fracture. 
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Failure of an Automobile Transmission Stick-Shift 


From: A. Moet, Failure Analysis of Polymers, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
758-765 


Abstract: A stick-shift from an automobile transmission failed in service. Failure occurred by stable fatigue-crack propagation at 
locations R and L. Plausibly, the crack initiated at location R due to maximum tensile stress, which was perhaps further concentrated 
by a surface imperfection. The crack appears to have started along the location R section to a certain extent at which service loads 
became mostly supported by the location L section. This overload on location L appears to have caused another fatigue crack that 
propagated first over the smooth-banded region. Catastrophic failure occurred when the component became unstable under the 
applied load. 

Keywords: Fatigue loading; Transmissions 


Material: Plastic (Polymer, general) 


Failure type: Fatigue fracture 


Figure 1 shows a stick-shift from an automobile transmission that failed in service (Ref 1). Obviously, fatigue loading is 
involved in this application. Failure occurred by stable fatigue-crack propagation at locations R and L (Fig. 1). Plausibly, 
the crack initiated at location R due to maximum tensile stress, which was perhaps further concentrated by a surface 
imperfection. The crack appears to have started along the location R section to a certain extent at which service loads 
became mostly supported by the location L section. This overload on location L appears to have caused another fatigue 
crack that propagated first over the smooth-banded region. Catastrophic failure occurred when the component became 
unstable under the applied load. 



Fig. 1 Optical micrograph showing a fractured automobile stick-shift. 
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Failure of Two Plastic Toilet-Tank Floats 

David O. Lesser, Consulting Engineer 


From: Handbook of Case Histories in Failure Analysis, Vol 1, K.A. Esakul, Ed., ASM International, 1992 

Abstract: Two plastic tank floats in separate toilets in one dwelling failed within a relatively brief period of time. Examination of the 
floats and of a brass connecting rod revealed that the fracture occurred at the base of the threaded hole in the nipple and was brittle 
in nature. The fracture surfaces were coated with zinc oxide. It was concluded that the failure resulted from improper repairs and/or 
adjustments, including the use of a cosmetic zinc oxide cream as a lubricant. The cream initiated deterioration of the originally 
ductile plastic, causing it to become brittle and fragile. 

Keywords: Embrittlement; Lubricants; Polymers 

Material: Polymer (Polymer, general) 

Failure type: Brittle fracture 


Background 

Two plastic tank floats located in separate toilets in a condominium unit failed within a relatively brief period of time. 

Circumstances leading to failure 

The floats failed while the condominium owner was absent. During that time span, both tank floats broke from their 
stems, causing water to flow continuously at full capacity into both tanks. 

Most of the water in each tank drained through the overflow standpipe into the main sewer. Only a relatively small 
amount soaked the carpeting and padding in adjacent rooms. There was no physical evidence of water outside the closed 
doors or walls of the condominium The continuous water flow was not discovered until the unit owners returned in the 
winter to reoccupy the unit. A cost of more than $2,000 for wasted water had been incurred by the Flome owner's 
Association. 

Performance of other parts in same or similar service 

No other toilet failures of this type have been recorded to date at the condominium complex. Construction of the building 
and installation of the toilets was completed prior to winter. The owners occupied the unit during the winter and spring 
returning north for the summer. 

Visual Examination of General Physical Features 

A hard, white encrustation was observed on the bottom surface where the brass connecting rod and the nipple cavity of 
the float ball end, as shown in Fig. 1. Small particles of this same hard material were encrusted on the rod stem, adjacent 
to the nipple (Fig. 2). 




Fig. 1 Rod protruding into the broken face of the nipple of ball B. Note the excessive zinc oxide lubricant, most 
of which was removed while the rod lay at the bottom of the tank where it was subjected to continual washing. 
5.7x. 



Fig. 2 Threaded section of rod extending from ball B,with evidence of zinc oxide deposits prominently 
displayed. 4.8x. 

Testing Procedure and Results 

To avoid the destruction of evidence, non invasive testing techniques were used. 

Surface examination 


Visual inspection showed that both failures occurred at the base of the nipple of each float ball. The nipple broke off 
and remained attached to the threaded brass rod that was screwed into it (Fig. 3). Both float balls were sent for 
examination, but only one rod. 



Fig. 3 View of float ball severed from rod at nipple 0.5x. 



Macrofractography of the fractured surfaces, at magnifications of 3 to 30x showed that the material became 
embrittled and that fracture occurred at the base, or root, of the threaded hole in the nipple. In addition to the white 
material described above, a similar white residue coated certain areas of the fracture surfaces. Refer to Fig. 4 and 5, 
particularly the upper sections, where brittle fracture originated. 


Fig. 4 Failure of ball A nipple at root of threaded hole. Note zinc oxide bleed near the origin of failure (upper 
left corner) 5.4x. 






Fig. 5 Failure of ball B nipple at root of threaded hole. Origin of rupture is at top. Note evidence off zinc oxide 
5.5x. 

Brittle fractures have certain characteristics that permit them to be properly identified: 

• There is no gross permanent or plastic deformation in the region, although there may be permanent deformation 
in other locations, where relatively ductile fracture is seen. 

• The surface of brittle fracture is perpendicular to the principal tensile stress (applied by the float ball against the 
rod in this instance). 

• Characteristic fanlike markings on the fracture surface frequently point back to the location from which the 
fracture originated. These patterns are extremely fine and are difficult to recognize unless a strong light is 
positioned so that it just grazes the projections and the subject is magnified. 


Scanning Electron Microscopy/Fractography. The white coating was tested using noninvasive energy- 
dispersive x-ray spectrum techniques in a scanning electron microscope. The coating was identified as zinc (Fig. 6). 
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Fig. 6 Energy-dispersive x-ray spectrum of white residue found in float ball cavities and on extension. 

Zinc oxide, a white water-insoluble powder, is used in such products as moisture-resistant cosmetic creams to protect skin 
again sunburn and rashes. 

Mechanical Properties 

Impact Toughness. The plastic material from which the float-ball sections were made had remained flexible and 
resilient. 

Discussion 

It was unusual for two separate and distinct failures of an identical nature to occur in a new dwelling within such a short 
period of time. Hence, a common origin and insidious cause could be expected, particularly because the materials used in 
toilet-flush systems have a history of long life expectancy and reliability. Moreover, no other failures of this type were 
reported to occur in the approximately 250 toilets installed in the entire complex. Manufacturers do not recommend the 
use of lubricants to assist screw threading at rod-ball interfaces of plastic floats. 

Conclusion and Recommendations 

Most probable cause 

On site inspections were made of several other toilet tank installations in different units. All toilets were installed at 
different times during construction by the same contractor. No evidence of zinc oxide lubricant was found in any of the 
float joints inspected, nor was any expected; plumbers do not use lubricants for this simple type of assembly. 

How failure could have been prevented 

Zinc white paste usually has a 90% powdered oxide base with a 10% oil vehicle. Such a paste was apparently used to 
lubricate the iron ball-float rod so that it would screw into the ball more easily. 

Hydrocarbon oils are not recommended for use with plastics such as polyesters or polyethylenes, which are the materials 
used to make ball floats. These plastics are attacked by hydrocarbons and deteriorate as penetration proceeds, the plastic 
loses its ductility, becoming brittle and fragile under load, such as the bending moment produced as the ball floats in the 
water to press the rod against the water-valve closure. The zinc oxide paste should not have been used in this situation. 
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Termination Delamination of Surface-Mount Chip Resistors 

Jude M. Runge-Marchese, Taussig Associates, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Several surface-mount chip resistor assemblies failed during monthly thermal shock testing and in the field. The resistor 
exhibited a failure mode characterized by a rise in resistance out of tolerance for the system. Representative samples from each step 
in the manufacturing process were selected for analysis, along with additional samples representing the various resistor failures. 
Visual examination revealed two different types of termination failures: total delamination and partial delamination. Electron probe 
microanalysis confirmed that the fracture occurred at the end of the termination. Transverse sections from each of the groups were 
examined metallographically. Consistent interfacial separation was noted. Fourier transform infrared and EDS analyses were also 
performed. It was concluded that low wraparound termination strength of the resistors had caused unacceptable increases in the 
resistance values, resulting in circuit nonperformance at inappropriate times. The low termination strength was attributed to 
deficient chip design for the intended materials and manufacturing process and exacerbated by the presence of polymeric 
contamination at the termination interface. 

Keywords: Delaminating; Electronic devices 


Materials: Gold (Gold); Lead-tin (Lead-tin); Polymer (Polymer, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Background 

Several surface-mount chip resistor assemblies failed during monthly thermal shock testing and in the field. 

Circumstances leading to failure 

The resistor, the only electrically active component in the final assembly, exhibited a failure mode characterized by a rise 
in resistance out of tolerance for the system. The failures occurred during monthly testing after 100 h of thermal shock 
(from -65 to 125°C, or -85 to 255°F, 30 min at each extreme for 100 cycles) and “suddenly” in the field (e.g., overnight). 
As part of a quality control test program, a die shear test was performed on the resistors after solder attachment to the 
carrier strips. The most recent attachment shear forces varied from 0.4 to 2 kg (0.8 to 4.5 lb.). The resistors with low force 
values reportedly exhibited entire termination failure. The attachment never broke within the solder joints. Rather, the 
termination consistently came apart from the substrate. 

Pertinent specifications 

A chip detail drawing (Fig. 1) indicated that the chip substrate was high-purity alumina. The resistive element was a 
sintered thick film that was coated with a protective glass film after laser trimming and finished with an epoxy coating. 
Continuity through the resistive element was established by solder attachments to the assembly lead frame through edge 
terminations. 



Gold coat Blaze 



Fig. 1 Chip detail schematic, indicating chip construction as having both a top and bottom termination. Actual 
construction and sales literature indicated only a top land termination. The edge termination has a wraparound 
configuration. Dimensions given in inches 

The terminations were of a lamellar design. Initial resistive element/termination contact was at the top land termination. 
The wraparound portion of the terminations coated the top land termination and “wrapped around” the ends of the 
substrate. No material was specified for the termination layers; however, it was specified that the wrap-around or edge 
terminations were to be coated with a nickel barrier layer (electroplated) and finished with electroplated tin deposit for 
solder ability (Fig. 1). 

Termination/carrier ship attachment was reportedly performed in a belt furnace. The carrier strip was stamped from coin 
silver ship. Solder paste (Pb-8Sn-2Ag) and type RMA flux were used to make the attachment. The reflow profile was 
such that the temperature ramped up to a maximum of 330°C (625°F), which is 40°C (70°F) higher than the liquidus 
temperature of the solder. The dwell time above the liquidus temperature was 110s. 

The carrier strip/clip assembly was overmolded with Valox resin at a temperature of 250°C (480°F); a recommended 
operating range of 240 to 260°C (465 to 500°F) was specified. Valox is a General Electric polymer blend of Lexan, a GE 
polycarbonate, and polybutylene terepthalate. 

Changes in resistance were often measured after solder attachment and encapsulation. Changes were also determined after 
thermal shock and were measured on returns from the field. 

Specimen selection 


Representative samples from each step in the manufacturing process were selected for analysis. Additional samples were 
selected representing the various resistor failures. Samples submitted for analysis were divided into the following groups: 


Group 

No. 

Description 

1 

As-received resistor chips from storage 

2 

Chips exposed to the solder reflow temperature of 330°C (625°F) for a dwell time of 60 to 90 s 

3 

Chips soldered on a silver carrier strip and washed in methylene chloride after attachment in order to remove 


flux residue 

4 

Carrier strip/chip assemblies as encapsulated with Valox resin 









5 Encapsulated resistor assembly that exhibited a failure rise in resistance after thermal shock. A void in the 

solder fillet was noted. 


6 Assembly that reportedly exhibited a cracked solder joint 

7 Assembly that exhibited an increase in resistance after thermal shock 

8 Several resistor chips that exhibited low shear force values during die shear testing. Some exhibited 
termination separation from the resistor die. 


Testing and Results 

Surface examination 

Visual. The chips were soldered with the resistive element toward the carrier plate. The resistor/carrier assemblies were 
encapsulated with Valox and cut from the carrier strip. 


The resistor chips were rectangular with metallic end terminations. The resistive element was coated with a gold-colored 
polymeric material. The material appeared soft, but could not be indented with a fingernail. The gold coating apparently 
turned brown when exposed to the heat of soldering (Fig. 2). 



Fig. 2 Group 1 (left) and Group 2 resistors. The group 2 resistor had been exposed to the heat of soldering for 
90 s. Note the dark appearance of the top polymer coating. This is due to the pyrolysis, or breakdown, of the 
epoxy coating. 19.25x 

Examination of various group 8 resistors, which failed by die shear, revealed two different types of termination failures. 
The first, and apparently most prevalent, type was that of total delamination (Fig. 3). The end terminations peeled from 
the substrate, exposing the ceramic ends and fracturing the polymer coating. It was noticed that the polymer coating on 
the failed resistors appealed darker in color than those in the as-received condition. The gold polymer coating also 
appeared to have melted in the area of the delamination. 









Fig. 3 Delaminated group 8 resistor that exhibited a low pushoff strength. Note the puckered appearance of 
the gold polymer coating at the left termination. This was caused by the heat of soldering exceeding the T g of 
the epoxy. 21.6x 



The second type of failure noted was that of partial determination. The gold-colored polymer coating did not appear as 
dark on these failures. The failed termination appeared to fracture at the end and around the bottom of the resistor. 
Scanning Electron Microscopy/Fractography. In order to determine at which interface the resistors were 
delaminated, several samples from group 8 were examined using a scanning electron microscope (SEM). Examination of 
the fractured termination confirmed visual findings that the fracture occurred at the end of the termination, exposing the 
ceramic substrate. The top land termination adjacent to the resistive element was apparently intact (Fig. 4). Examination 
of the delaminated termination revealed no evidence of fracture. The edge termination appeared to have peeled from the 
end of the resistor (Fig. 5 and 6). 


Fig. 4 SEM micrograph of a resistor with a partially delaminated termination. The light-appeahng portion is the 
lead-tin alloy on the surface of the termination. The dark-appearing area beneath the lead-tin alloy is exposed 
alumina. 




Fig. 5 SEM micrograph of the delaminated termination. Note the gray scale difference between the surface of 
the delaminated termination and that of the alumina substrate in Fig. 6. This is because delamination occurred 
at the cermet/thick-film polymer interface. 



Fig. 6 Higher-magnification examination of the surface of the delaminated portion of the resistor termination. 
Note the absence of evidence of any type of fracture or tearing on the surface. 

Energy-dispersive x-ray spectrographic (EDS) analysis was performed on the delaminated surface and determined the 
presence of zirconium, silver, silicon, lead, manganese, magnesium, and aluminum. The aluminum was most likely from 
the alumina resistor substrate. Silicon, zirconium, magnesium, and manganese oxide are various glass formers and metal 
oxides used in forming a ceramic-to-metal bond on chip components, most likely the top land termination. The silver 
component may have been the metallic portion of the metallization, which enabled subsequent electro deposition of the 
nickel barrier and solderable tin coatings. 

Metallography 

Microstructural Analysis. In order to determine the construction integrity and material failure mode of the resistor 
chips, transverse sections of samples from each of the groups were metallographically prepared. Examination was 
performed with a calibrated metallurgical microscope with magnification capabilities up to 2000x. 

Examination of the group 1 resistors, those which reportedly were in the as-received condition, revealed the following 
termination construction. The top land termination contacted the resistive element and ended at the edge of the substrate. 
It exhibited a typical cermet (ceramic-metal) metallization that had been fired to fuse the termination to the alumina 
substrate. The gold-colored polymer that coated the resistive element often overlapped the cermet top land termination. 
The top land termination was the only portion of the termination that exhibited actual ceramic-to-metal bonding. The 
wraparound portion of the termination was achieved with what appeared to be conductive (metal-loaded) polymer-base 
thick-film ink. Small, dark-appearing amorphous areas dotted the interface between the thick-film ink and the cermet 
metallization. The termination appeared to have been plated with two distinct metallic layers (Fig. 7). 




Fig. 7 Chip cross section from group I, those samples taken in the as-received condition prior to processing. As 
polished. 87x 

Examination of the metallization interface determined that each of the layers composing the termination was separate and 
distinct. There was no evidence of intermetallic formation between the cermet and thick-film ink. The presence of the 
dark-appearing amorphous phase at this interface was confirmed (Fig. 8). Samples from group 2. those that had been 
processed through the solderin g profile, exhi bited similar characteristic s._ 



Fig. 8 An interesting detail on the group 1 resistors was the presence of an amorphous dark-appearing phase 
dotting the interface between the cermet metallization and the thick-film polymer conductive ink. Fourier 
transform infrared analysis determined that this dark-appearing phase was actually resin separation from the 
epoxy binder in the thick-film ink. The following features can be discerned: area 1 is the alumina substrate; 
area 2 is the cermet metallization; area 3 is the thick-film polymer ink; area 4 is the electroplated nickel 
barrier; and area 5 is the lead-tin surface alloy 31.Ox 

In order to understand the metallurgical ramifications of a reported failure, a transverse section through a sample from 
group 6 was metallographically prepared. It was reported that the sample exhibited a cracked solder fillet. Examination of 
the cross section revealed gross delamination of the terminations (Fig. 9). So severe was the delamination that the 
encapsulant had flowed into the interface between the cermet metallization and the polymer thick-film ink. This expanded 
the plating and thick-film ink layers from the substrate to the point of rupture at the top of the termination. 




Fig. 9 Delaminated termination on a group 6 sample, showing Valox (the pellet encapsulant) intruding on the 
cermet/polymer thick-film metallization interface. Metallization forced the expansion of the termination, 
rupturing the nickel barrier and giving the solder joint a cracked appearance 



Metallographic examination of the group 6 samples and samples from the remaining groups determined the presence of 
consistent interfacial separation between the cermet and polymer thick-film layers. The condition ranged in severity from 
its presence as an amoiphous layer of contamination to that of total delamination. Gross delamination was consistently 
observed in the group 3 samples (Fig. 10), indicating that the solder attachment of the chip to the carrier strip was the 
point in the manufacturing process that produced the failure condition. 


Fig. 10 Consistent gross delamination in the group 3 samples, those that had been soldered to the carrier 
plate. Measurable separation was noted at the metallization interface. 124x 

Representative sections from groups 2 and 3 were analyzed using electron probe microanalysis (EMA) to determine the 
constituents of the resistor materials and possibly to identify the contaminating layer present at the metallization interface. 
EMA of the group 2 sections (see Fig. 11) determined that the resistor substrate was high-purity alumina. The metal 
portion of the cermet metallization was silver rich; the ceramic portion was zirconium rich. Significant amounts of silicon 
were also detected, most likely present as an oxide or glass former. Segregation due to diffusion and mass transport, 
typical for a ceramic-to-metal bond, was observed. The heaviest concentration of the oxides and glass formers was toward 
the substrate, whereas the silver remained at the surface for subsequent metallic joining operations. 






Fig. 11 SEM micrograph of a group 2 resistor termination. Areas of interest are as follows: area 1 is the 
alumina substrata area 2 is the cermet thick-film metallization; area 3 is the polymer thick-film ink; area 4 is 
the nickel barrier layer; and area 5 is the lead-tin surface coa ting. Arrows indicate the critical interface. Note at 
this interface, even in the group 2 components, the appearance of a dark thin layer at the cermet/polymer 
thick-film interface 

EDS analysis of the wraparound metallization determined that the metallic portion was silver. The dark phase was carbon 
rich, supporting the visual observation that the binder in the thick-film ink was polymer based. EDS analysis of the 
electroplated layers confirmed that the barrier layer was nickel and that the surface layer was tin-lead alloy. The gold- 
colored polymer coating over the resistive element was a metal-oxide-loaded polymer with a significant amount of 
chlorine, probably an epoxy. 

EMA of the sections of the group 3 samples that exhibited delamination (see Fig. 12) confirmed the metallographic 
analysis results by determining the presence of an amorphous contaminant at the cermet/polymer thick-film interface. 
Higher-magnification examination of this layer revealed the presence of voids within the amorphous material. EDS 
analysis of the material determined that it was organic in nature, with a significant amount of chlorine, and probably was 
an epoxy. 



Fig. 12 Interface on a group 3 resistor. Note the increased thickness at the critical interface. This was caused 
by the forces exerted by the expansion and contraction of the silver carrier plate during soldering. The polymer 
contamination (most likely resin separation from the epoxy thick-film ink) at the surface of the polymer 
metallization layer created a nonadherent film at the interface 

Chemical analysis/identification 


Fourier Transform Infrared Analysis. In order to discern the compositions of the polymer constituents of the 
resistors, Fourier transform infrared (FTIR) analysis was performed. Specifically, the gold coating, the polymer-base 



thick-film ink, and the interfacial contamination layer were compared to try to determine the nature of the amorphous 
layer consistently observed at the metallization interface. 

FTIR analysis of the gold coating material determined that it was an anhydride-cure epoxy. The significant chlorine 
content determined by way of EDS suggested that the curing agent for the epoxy was chlorendic anhydride. This material, 
thermo-setting in nature, will not melt when exposed to elevated temperatures. Instead, the epoxy exhibits a glass 
transition temperature, or T g . This is the point at which the amoiphous phase of the polymer changes from a hard brittle 
condition to a viscous rubbery condition. This could explain the ductile, puckered appearance of the gold coating on the 
delaminated resistors. 

The T g for most anhydride epoxies is about 130°C (265°F); some formulations (specifically, di-anhydride cure epoxies) 
exhibit T g s as high as 280°C (535°F). It is never advisable to subject epoxies to temperatures in excess of the T „ for an 
extended period of time. 

The polymer binder from the thick-film ink on several delaminated samples was removed by squeezing the silver flakes 
of the metallization together and extruding the binder between them. FTIR determined that this material consisted of 
polyamide and an epoxy similar to the polymer epoxy gold coating. These results were consistent for the binder in the 
thick-film ink on resistors from groups 1 and 2. These consistencies indicated that the epoxy contained a polyamide 
curing agent. This material, if fully cross-linked, would not melt, but would also exhibit a T s . 

The metallization interface was analyzed by preparing samples from group 3, the group that exhibited consistent gross 
delamination. Samples were prepared for transmission FTIR by replication in amyl acetate on potassium chloride blanks. 
During preparation, it was noted that a significant amount of a dark yellow, oily substance was present at the interface. 
FTIR analysis determined that it was a triglyceride. Triglycerides arc often added to epoxy formulations as drying oils. 
They are also typically found in animal or vegetable fats and can be attributed to handling. However, glycidyl groups are 
the most common constituents of epoxy resin functions; exposure to acids from soldering flux or residual cleaning 
solutions can convert un-cross-linked resin to triglycerides by way of nucleophilic substitution. This suggested that the 
amoiphous contamination observed at the metallization interface was the result of epoxy degradation by way of resin 
separation from the thick-film ink. 

To determine how early in the manufacturing process resin separation was apparent in the chip resistors, samples from 
groups 1 and 2 were prepared for analysis by forcing delamination and replicating the surface as described above. Smaller 
amounts of an oily substance, not yellow in color, were extracted from the samples. FTIR analysis again determined the 
oily substance to be a triglyceride, suggesting that degradation was present in chips in the as-received condition. 

Analysis of the delaminated surface on the group 8 samples revealed the presence of human skin cells. These skin cells 
could certainly contribute to delamination failures; however, they could also be the result of improper handling of the 
resistors after failure and prior to receiving them for analysis. 

Discussion 

Metallographic analysis determined that the failure mode exhibited by the resistors, that of an unacceptable increase in 
resistance during test and during service, was due to delamination of the wraparound or edge portion of the terminations. 
The focus of the failure analysis thus turned to determination of the nature and cause of the delamination. 

The consistent presence of an amoiphous, apparently polymeric layer at the metallization interface required FTIR 
analysis. By determining the nature of the layer via FTIR, the source for failure was indicated as both material and 
process related. In other words, the resistor termination design, because it incorporated polymeric materials and thus 
limited metallurgical bonding, was not appropriate for the recommended soldering and encapsulation profiles. This 
inadequacy was amplified by the presence of the layer of polymer-based contamination at the metallization interface. 

In order to support this conclusion, it is necessary to understand the failures. Two types of failures were observed: total 
and partial delamination. 

Partial delamination occurred at the metallization interface, confined to the portion of the wraparound termination away 
from the top land termination. This was primarily due to the absence of a ceramic-to-metal bond in this portion of the 
termination. Termination fracture occurred when die shear forces exceeded the mechanical bond force between the ink 
and the substrate during die shear testing. During manufacturing, fracture occurred when the resistor assembly was 
manufactured with the top land termination up and shear forces exerted by the thermal expansion and contraction of the 
silver carrier plate during soldering and encapsulation exceeded the strength of the mechanical bond between the 
termination and the resistor substrate. These failures were the easiest to cull out, because intermittent performance or 
abrupt failure was often revealed during thermal shock testing. 

The more subtle and most prevalent delamination type of failure also occurred at the metallization interface. The primary 
source for total delamination was also the absence of a true ceramic-to-metal bond at this interface. Exacerbating this lack 
of bond was the presence of interfacial polymer-based contamination. 

The consistency of a concentrated film or layer of amoiphous polymer film at the metallization interface suggested that 
the epoxy binder in the thick-film ink was neither homogeneous nor stable. Resin separation from the epoxy binder 
created an oily, nonadherent film at this critical interface. This meant that not only was there no ceramic-to-metal bond 



fixing the termination, but there also was no epoxy adhesive bond. The amount of resin separation varied from chip to 
chip, with those with worst-case adhesion exhibiting the most resin separation and those off the shelf with apparently 
good termination strength displaying only a small amount. It was observed that this layer became more pronounced as the 
resistors were exposed to the heat of processing. The dark yellow color of the oily residue observed at the metallization 
interface of the group 3 samples was most likely due to thermal breakdown of the resin during attachment to the carrier 
strip. 

Gold coat epoxy overlapped the top land termination of many of the samples. While this was probably a process control 
problem during component manufacture, the dimpled, reflowed appearance of the material on failed components 
indicated that the heat of processing the resistor assemblies exceeded the T g for the gold coat. Its softening would 
certainly undermine termination strength in the area, aiding thermal expansion forces in pulling the terminations from the 
resistor substrate. 

In the resistor assembly manufacturing process, as the components are soldered to the silver carrier plate, they are soaked 
above 290°C (555°F), peaking at 330°C (625°F) for 110 s. Even assuming the highest possible T g for the epoxy systems 
in the chip, 280°C (535°F), visual evidence supports the conclusion that the material certainly became viscous during this 
operation. Any polyamide curing agent or uncured resin that had not reacted during the cure cycle for the polymer-base 
thick-film ink degraded. Thermal expansion forces exerted by the carrier ship on the metallization interface pulled the 
terminations apart. Because nothing other than the wraparound termination was making contact with the top land 
termination and the resistive element, an open condition or measurable increase in the resistance value for the assembly 
was created. 

Conclusion and Recommendations 

Most probable cause 

Analysis of several groups of surface-mount chip resistors determined that sudden unacceptable increases in the chip 
resistance values both during testing and in the field were caused by inadequate wraparound termination strength. The 
source of the low termination strength was twofold. The first and most prevalent cause appeared to be inadequate 
component design for the intended manufacturing process. The second cause was polymeric contamination at the 
termination metallization interface. 

Remedial action 

In order to manufacture a resistor assembly with chips of this design, the attachment solder and reflow profile must 
remain below the T g for the epoxy systems manufactured into the component. A new encapsulant and encapsulation 
procedure are needed that will not exceed the critical T g . 

Variations in strength due to the presence of contamination at the metallization interface or degradation of the polymer 
constituents should be determined by nondestructive die shear testing. Chips soldered to carriers should be subjected to a 
nominal force for a period of time, released, and retested for shifts in the resistance values. Failed chips would be those 
that exhibit a shift in resistance out of the accepted range. 

Rather than alter the materials and add tests to the current process, it is also recommended that a resistor that exhibits a 
complete ceramic-to-metal wraparound termination be used. Manufactured properly, the resistor should be able to 
withstand the heat of soldering and encapsulation without delaminating. 

It is imperative when considering a new resistor design that the processing recommendations by the chip manufacturer be 
addressed. It still may be necessary to alter the assembly process and materials to reflect the temperature requirements of 
the chip. 


Fisheye Blemishes in Two Motorcycle Components 

S.J. Suess, Stork Technimet, Inc. 


From: S.J. Suess, Characterizing Surface Discoloration, Practical Failure Analysis, Vol 3 (No. 1), Feb 2003, p 12 


Abstract: Two acrylic-coated polymeric motorcycle components exhibited fisheye blemishes after painting. SEM and EDS results 
showed relatively high levels of sulfur and chlorine associated with the blemishes in both parts. This suggested some adherent 
residual substances, possibly in the form of processing fluids and/or cleaning agents, were left on the surface just prior to painting 
and resulted in the observed fisheye blemishes. Component 1 also showed evidence of mechanical damage, in addition to detectable 
iron, which suggests that the surface of the part may have been damaged from contact with a ferrous material, such as a steel chip. 
Keywords: Chemical analysis; Coating defects; Discoloration; Motorcycle components 




Material: Polymer (Polymer, general) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Two acrylic-coated polymeric motorcycle components exhibited fisheye blemishes after painting. Only one imperfection 
was visibly evident on each part, and a typical blemish is shown in Fig. 1. Such blemishes are often caused by the 
presence of foreign substances and/or particles on the surface prior to painting and are unacceptable at any visible level 
because cosmetic appearance is crucial in these components. The parts are identified as Components 1 and 2 for the 
purpose of this article. 




Fig. 1 Typical fisheye blemish in a painted polymeric motorcycle component 

An SEM image showing the features in the center of the blemished area of Component 1 is presented in Fig. 2. A 
discontinuity is evident in the coating, and some adherent debris appears to be associated with this discontinuity. The 
general appearance of this blemish suggests that it may be associated with localized mechanical damage. The blemish of 
Component 2 shows a relatively rough morphology as opposed to a discrete coating discontinuity, as illustrated at lower 
magnification in Fig. 3. 


Fig. 2 Scanning electron micrograph showing the fisheye blemish in Component 1 





Fig. 3 Scanning electron micrograph showing the fisheye blemish in Component 2 

Both blemishes were analyzed via EDS, and similar analyses were conducted in the substrate of Component 1 as well as 
in a clean area of the painted surface for comparison. Because of the variations observed in the EDS findings within the 
defective area of Component 1, the part was analyzed in the overall blemished area as well as at the center of the blemish, 
which contained adherent debris. The EDS findings are summarized in Table 1. The painted surface was found to contain 
higher levels of silicon, aluminum, and magnesium as compared with the substrate, along with a significant level of 
phosphorus, which was not detected in the substrate. The overall blemished area of Component 1 was found to contain 
elevated amounts of chlorine and sulfur as compared with the painted surface. The center of the blemish, including the 
entrapped debris, was found to contain iron, silicon, potassium, calcium, titanium, sulfur, phosphorus, and chlorine. The 
blemish of Component 2 showed elevated levels of sulfur and chlorine as compared with the painted surface, in addition 
to silicon, aluminum, magnesium, titanium, and phosphorus. 


Table 1 EDS Results of Painted Polymeric Components 


Relative Weight Percent 


Element 

Substrate Painted Sui 

rface Component 1 


Component 2 

Overall Blemish 

Blemish Center Overall Blemish 

Iron 



... 11.4 ... 


5.3 

6.5 

4.7 

12.1 

6.0 


Aluminum 

6.3 

19.5 

16.3 


9.8 


Potassium 




2.0 



Magnesium 

2.8 

3.8 

3.8 


2.8 


Calcium 




2.3 



Titanium 

59.2 

4.0 

4.7 

16.8 

6.2 


Sulfur 

4.2 

4.0 

4.7 

11.2 

5.9 


Phosphorus 


60.6 

30.6 

38.4 

21.6 


Chlorine 

22.2 

1.6 

35.2 


47.7 



In general, relatively high levels of sulfur and chlorine were found to be associated with the blemishes in both parts. This 
suggests that some adherent residual substances, possibly in the form of processing fluids and/or cleaning agents, were 
left on the surface just prior to painting and resulted in the observed fisheye blemishes. Component 1 also showed 
evidence of mechanical damage, in addition to detectable iron, which suggests that the surface of the part may have been 
damaged from contact with a ferrous material, such as a steel chip. Areas exhibiting localized mechanical damage have a 
tendency to retain processing fluids because conventional cleaning processes are often not able to fully remove such 
materials from surface recesses. 







Concluding Remarks 


An investigation of discoloration, like any other failure investigation, requires an arrival at the correct conclusions and 
suitable recommendations for corrective action. The process of obtaining the correct conclusions and making the correct 
recommendations is based on an accurate understanding of the part history, a thorough knowledge of the materials, proper 
analysis using appropriate instrumentation and techniques, and pertinent experience. Adequate contaminant substance 
identification is achievable with relatively little analysis in some instances, while in others, more comprehensive studies 
are required and multiple analytical techniques must be applied. The extent of analysis that is conducted in a discoloration 
characterization study is virtually always limited by time and cost constraints. Techniques that require special sample 
preparation, as well as techniques that are lengthy to run or interpret, have a tendency to be expensive and even cost 
prohibitive in some instances. Therefore, an understanding of the advantages and limitations of analysis techniques will 
facilitate adequate, cost-effective, and timely identification of the causes of surface discoloration. 
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Failure of a Rubber Office-Chair Roller 


From: A. Moet, Failure Analysis of Polymers, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM International, 1986, p 
758-765 


Abstract: A brittle-like crack propagation caused failure in a rubber office-chair roller. A crack initiated from the inside of the roller 
and propagated in a discontinuous brittle-like fashion, as indicated from the evolution of concentric fracture striations. Compressive 
fatigue was a dominant mode of loading. Nevertheless, the fracture surface of the failure-causing crack suggested a tensile-stress 
component was involved in driving failure. 

Keywords: Frictional wear; Microcracking 

Material: Rubber (Elastomer) 

Failure type: Brittle fracture 


A brittlelike crack propagation caused failure in a rubber office-chair roller. Figure 1(a) shows a low-magnification 
optical micrograph of a segment cut from the failed roller. A crack initiated from the inside of the roller (arrow) and 
propagated in a discontinuous brittlelike fashion, as indicated from the evolution of concentric fracture striations. 
Examination of the internal surface of the roller (Fig. lb) revealed other radial and circumferential surface microcracks 
(arrows). These result from frictional and wear effects. It is therefore reasonable to assume that the main crack (Fig. la) 
might have initiated from similar surface microcracks. 




Fig. 1 Failed rubber office-chair roller, (a) Fracture surface; the arrow indicates site of crack initiation, (b) 
Wear microcracks (arrows) on the internal surface of the roller. Both approximately 3.5x 

In this case, compressive fatigue was a dominant mode of loading. Nevertheless, the fracture surface of the failure- 
causing crack (Fig. la) suggested that a tensile-stress component was involved in driving failure. Fatigue-crack 
propagation was evident from the striations visible on the fracture surface. The striated region, almost half the thickness 
of the roller, reflected stable (subcritical) crack propagation beyond which uncontrolled crack propagation occurred, 


causing separation of the component. The magnitude of subcritical crack propagation relative to the entire crack path is 
known to reflect the level of the applied load and its frequency, that is, the rate of load application. In the present case, 
subcritical crack propagation prevailed over 50% of the crack-propagation path, which indicated a relatively small stress 
level applied at a low frequency. 

Related Information 

J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention , Vol 11, ASM Handbook , 
ASM International, 2002, p 437-459 
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Chemical Attack of Acrylonitrile-Butadiene-Styrene Grips 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A set of plastic grips from an electric consumer product failed while in service. The grips had been injection molded from a 
general-purpose grade of an acrylonitrile-butadiene-styrene (ABS) resin. The parts had cracked while in use after apparent 
embrittlement of the material. Investigation (visual inspection and SEM views), including micro-FTIR in the ATR mode showed the 
spectrum representing the grip surface contained absorption bands associated with ABS; however, the results contained additional 
bands of significant intensity. A spectral subtraction removed the bands associated with the ABS resin resulting in a very good match 
with glyceride derivatives of fats and oils, this supported the conclusion that the grips failed via brittle fracture associated with 
severe chemical attack of the ABS resin. A significant level of glyceride derivatives of fatty acids, known to degrade ABS resins, was 
found on the part surface. 

Keywords: Chemical attack; Embrittlement; Feedstock; Glycerides; Grips; Injection moldings 


Material: Acrylonitrile-butadiene-styrene (Thermoplastic) 


Failure types: Brittle fracture; Environmental cracking (plastics) 


A set of plastic grips from an electric consumer product failed while in service. The grips had been injection molded from 
a general-purpose grade of an acrylonitrile-butadiene-styrene (ABS) resin. The parts had cracked while in use after 
apparent embrittlement of the material. 

Tests and Results. An examination of the grips confirmed a severe level of cracking, covering the majority of the 
grip surface. Flandling of the parts revealed that the grip material exhibited very little integrity, unlike the usual ductility 
associated with ABS resins. A white discoloration was also observed on the otherwise red grips. The surface of the grips 
was evaluated using SEM, revealing isolated areas that showed significant degradation in the form of material loss, as 
shown in Fig. 1. The observed morphology suggested selective degradation of the polybutadiene domains within the ABS 
resin. 



Fig. 1 Scanning electron image showing isolated degradation of the grip material. 30x 


Micro-FTIR in the ATR mode was used to analyze the base material and the surfaces of the grips. The results obtained on 
the base material were characteristic of an ABS resin. Analysis of the surface of the part produced a somewhat different 
result. The spectrum representing the grip surface contained absorption bands associated with ABS; however, the results 
contained additional bands of significant intensity. A spectral subtraction was performed, thereby removing the bands 
associated with the ABS resin. The obtained subtraction spectrum produced a very good match with glyceride derivatives 
of fats and oils. This identification is illustrated in Fig. 2. 



Fig. 2 The FTIR spectrum obtained on the grip surface. The spectrum contains absorption bands indicative of 
glyceride derivatives of fats and oils in addition to bands associated with the base ABS resin. 

Conclusions. It was the conclusion of the analysis that the grips failed via brittle fracture associated with severe 
chemical attack of the ABS resin. A significant level of glyceride derivatives of fatty acids, known to degrade ABS resins, 
was found on the part surface. The glyceride derivatives selectively attacked the polybutadiene domains within the 
molded ABS paid, leading to apparent embrittlement and subsequent failure. 
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Cracking of Acrylonitrile-Butadiene-Styrene Protective Covers 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: Numerous protective covers, used in conjunction with an electrical appliance, failed during assembly with the mating 
components. The failures were traced to a particular production lot of the covers and occurred during insertion of the screws into the 
corresponding bosses. The parts had been injection molded from an ABS resin to which regrind was routinely added. Inspection of 
both the failed covers and retained parts, which exhibited normal behavior during assembly, included visual inspection, micro-FTIR 
in the ATR mode, and analysis using DSC. The FTIR results indicated the presence of contaminant material exclusively within the 
ABS resin used to mold the failed covers, and the thermograms suggested contamination with a PBT resin. Further TGA analysis 
showed the contamination was estimated to account for approximately 23% of the failed cover material. The conclusion was that the 
appliance covers failed via brittle fracture associated with stress overload. The failures, which occurred under normal assembly 



conditions, were attributed to embrittlement of the molded parts, due to contamination of the ABS resin with a high level of PBT. The 
source of the PBT resin was not positively identified, but a likely source appeared to be the use of improper regrind. 

Keywords: Contaminants; Electric appliances; Embrittlement; Housings; Molding resins; Protective covers; Stress cracking; 
Thermal analysis 

Material: Acrylonitrile-butadiene-styrene (Thermoplastic) 

Failure type: Brittle fracture 


Numerous protective covers, used in conjunction with an electrical appliance, failed during assembly with the mating 
components. The failures were traced to a particular production lot of the covers and occurred during insertion of the 
screws into the corresponding bosses. The parts had been injection molded from an ABS resin to which regrind was 
routinely added. Retained parts, which exhibited normal behavior during assembly, were available for comparative 
analysis. 

Tests and Results. A visual examination of the failed parts revealed relatively brittle fracture features, without 
significant ductility, as would be apparent as stress whitening or permanent deformation. Core material taken from the 
reference and failed parts was analyzed using micro-FTIR in the ATR mode. Both obtained spectra exhibited absorption 
bands associated with an ABS resin. Flowever, the spectrum representing the failed part showed additional absoiption 
bands. A spectral subtraction was performed, thereby removing the absorbances attributed to the ABS resin from the 
spectrum obtained on the failed part. The spectral subtraction results were consistent with a thermoplastic polyester, such 
as PET or PBT. Flowever, these two materials cannot be distinguished spectrally, because of similarities in their 
structures. As such, the melting point is usually used to differentiate between these materials. The FTIR results indicated 
the presence of contaminant material exclusively within the ABS resin used to mold the failed covers. 

In order to further identify the contaminant material, a sample taken from the failed paid was analyzed via DSC. The 
obtained DSC thermogram, as presented in Fig. 1, showed a glass transition at approximately 101 °C (214 °F), consistent 
with the expected results for an ABS resin. The results also showed an additional endothermic transition at 222 °C (432 
°F), indicative of a PBT resin. The failed cover material was also analyzed using TGA in order to assess the level of the 
contamination. The TGA analysis was performed using high-resolution temperature programming, and the results 
revealed adequate separation of the ABS and PBT resins. Based on the results, the contamination was estimated to 
account for approximately 23% of the failed cover material. 



- 0.25 



ExoUp 


Temperature (°C) 


Fig. l The DSC thermogram obtained on the failed cover material. The thermogram shows an endothermic 
transition associated with PBT. The (I) indicates that the numerical temperature was determined as the 
inflection point on the curve. 

Conclusions. It was the conclusion of the evaluation that the appliance covers failed via brittle fracture associated with 
stress overload. The failures, which occurred under normal assembly conditions, were attributed to embrittlement of the 
molded parts, due to contamination of the ABS resin with a high level of PBT. The source of the PBT resin was not 
positively identified, but a likely source appeared to be the use of improper regrind. 


Related Information 


Fracture of Plastics, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Embrittlement of Nylon Couplings 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: Molded plastic couplings used in an industrial application exhibited abnormally brittle properties, as compared to 
previously produced components. The couplings were specified to be molded from a custom-compounded glass-filled nylon 6/12 
resin. An inspection of the molding resin used to produce the discrepant parts revealed differences in the material appearance, 
relative to a retained resin lot. Specifically, physical sorting resulted in two distinct sets of molding resin pellets from the lot that had 
generated the brittle parts. Both of these sets of pellets had a coloration that varied from that of the retained reference resin pellets. 
Investigation included visual inspection, Micro-FTIR in the ATR mode, and analysis using DSC. The thermograms supported the 
conclusion that the brittle couplings contained a significant level of contamination, polypropylene and nylon 6/6. The source of the 
polypropylene was likely the purging compound used to clean the compounding extruder. The origin of the nylon 6/6 resin was 
unknown but may represent a previously compounded resin. 

Keywords: Contaminants; Couplings; Embrittlement; Feedstock; Molding resins; Thermal analysis 


Material: Glass-filled nylon 6/12 (Thermoplastic) 


Failure types: (Other, general, or unspecified) processing-related failures; Brittle fracture 


Molded plastic couplings used in an industrial application exhibited abnormally brittle properties, as compared to 
previously produced components. The couplings were specified to be molded from a custom-compounded glass-filled 
nylon 6/12 resin. An inspection of the molding resin used to produce the discrepant parts revealed differences in the 
material appearance, relative to a retained resin lot. Specifically, physical sorting resulted in two distinct sets of molding 
resin pellets from the lot that had generated the brittle parts. Both of these sets of pellets had a coloration that varied from 
that of the retained reference resin pellets. A sample of retained molding resin, which had produced parts exhibiting 
satisfactory performance, was available for comparative analysis. 

Tests and Results. Micro-FTIR in the ATR mode was used to analyze the molding resin samples. The results 
obtained on the three molding resin samples were generally similar, and all of the spectra exhibited absoiption bands 
characteristic of a nylon resin. Further analysis of the resin samples using DSC indicated that the control material results 
exhibited a single endothermic transition at 218 °C (424 °F), consistent with the melting point of a nylon 6/12 resin, as 
specified. 

The DSC thermograms obtained on the two resin samples that produced brittle parts also exhibited melting point 
transitions associated with nylon 6/12. Flowever, additional transitions were also apparent in the results, indicative of the 
presence of contaminant materials. The results obtained on one of the resin samples, as presented in Fig. 1, showed a 
secondary melting point at 165 °C (330 °F), indicative of polypropylene. The thermogram representing the second resin 
sample, as included in Fig. 2, displayed a second melting transition at 260 °C (500 °F), characteristic of a nylon 6/6 resin. 
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Fig. l The DSC thermogram representing a molding resin pellet that had produced brittle parts. The 
thermogram shows a major melting transition associated with nylon 6/12 and a weaker transition attributed to 
polypropylene. 






Fig. 2 The DSC thermogram representing a second molding resin pellet that had produced brittle parts. The 
thermogram shows a major melting transition associated with nylon 6/12 and a weaker transition attributed to 
nylon 6/6. 

Conclusions. It was the conclusion of the analysis that the molding resin used to produce the brittle couplings 
contained a significant level of contamination, which compromised the mechanical properties of the molded components. 
Two distinct contaminants were found mixed into the molding pellets. The contaminant materials were identified as 
polypropylene and nylon 6/6. The source of the polypropylene was likely the purging compound used to clean the 
compounding extruder. The origin of the nylon 6/6 resin was unknown but may represent a previously compounded resin. 


Cracking of a Polyethylene Chemical Storage Vessel 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A chemical storage vessel failed while in service. The failure occurred as cracking through the vessel wall, resulting in 
leakage of the fluid. The tank had been molded from a high-density polyethylene (HDPE) resin. The material held within the vessel 
was an aromatic hydrocarbon-based solvent. Investigation (visual inspection, stereomicroscopic examination, 20x/100x SEM images, 
micro-FTIR in the ATR mode, and analysis using DSC and TGA) supported the conclusion that the chemical storage vessel failed via a 
creep mechanism associated with the exertion of relatively low stresses. The source of the stress was thought to be molded-in 
residual stresses associated with uneven shrinkage. This was suggested by obvious distortion evident on cutting the vessel. 
Relatively high specific gravity and the elevated heat of fusion indicated that the material had a high level of crystallinity. In general, 
increased levels of crystallinity result in higher levels of molded-in stress and the corresponding warpage. The significant reduction in 
the modulus of the FiDPE material, which accompanied the saturation of the resin with the aromatic hydrocarbon-based solvent, 
substantially decreased the creep resistance of the material and accelerated the failure. 

Keywords: Chemical analysis; Creep resistance; Molding resins; Residual stresses; Shrinkage; Solvents; Storage vessels 
Material: Fligh-density polyethylene (Thermoplastic) 


Failure types: Creep fracture/stress rupture; Brittle fracture 





A chemical storage vessel failed while in service. The failure occurred as cracking through the vessel wall, resulting in 
leakage of the fluid. The tank had been molded from a high-density polyethylene (HDPE) resin. The material held within 
the vessel was an aromatic hydrocarbon-based solvent. 

Tests and Results. A stereomicroscopic examination of the failed vessel revealed brittle fracture surface features. 
This was indicated by the lack of stress whitening and permanent deformation. Limited ductility, in the form of stretching, 
was found exclusively within the final fracture zones. On cutting the vessel, significant stress relief, in the form of 
distortion, was evident. This indicated a high level of molded-in stress within the part. The fracture surface was further 
inspected using SEM. The observed features included a relatively smooth morphology within the crack origin location, 
which was indicative of slow crack initiation. This area is shown in Fig. 1. Features associated with more rapid crack 
extension, including hackle marks and river markings, were found at the midfracture and final fracture areas, as 
represented in Fig. 2. The entirety of the fracture surface features indicated that the cracking had initiated along the 
exterior wall of the vessel. The cracking extended transversely through the wall initially, and subsequently, 
circumferentially around the wall. Throughout the examination, no signs of postmolding molecular degradation or 
chemical attack were found. 
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Fig. 1 Scanning electron image showing features associated with brittle fracture and slow crack growth within 
the crack initiation site. lOOx 
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Fig. 2 Scanning electron image showing features indicative of rapid crack extension within the final fracture 
zone. 20x 

The failed vessel material was analyzed using micro-FTIR in the ATR mode. The obtained spectrum exhibited absoiption 
bands characteristic of a polyethylene resin. No evidence was found to indicate contamination or degradation of the 
material. 

Material excised from the failed vessel was analyzed using DSC. The results showed a single endothermic transition 
associated with the melting point of the material at 133 °C (271 °F). The results were consistent with those expected for a 
HDPE resin. The results also showed that the HDPE resin had a relatively high level of crystallinity, as indicated by the 
elevated heat of fusion. 





Thermogravimetric analysis was performed to further evaluate the failed vessel material. The TGA testing showed that 
the HDPE absorbed approximately 6.3% of its weight in the aromatic hydrocarbon-based solvent. Overall, the TGA 
results were consistent with those expected for a HDPE resin. 

The MFR of the vessel material was evaluated, and the testing produced an average result of 3.8 g/10 min. This is 
excellent agreement with the nominal value indicated on the material data sheet, 4.0 g/10 min. As such, it was apparent 
that the vessel material had not undergone molecular degradation. The specific gravity of the resin was measured. The 
material produced a result of 0.965. This indicated that the material had a relatively high level of crystallinity, as 
suggested by the DSC results. 

In order to assess the effects of the hydrocarbon-based solvent on the HDPE vessel, the material was evaluated using 
dynamic mechanical analysis (DMA). The vessel material was analyzed in two conditions. Material samples representing 
the vessel material in the as-molded condition as well as material from the failed vessel were evaluated. A comparison of 
the DMA results showed that in the saturated, equilibrium state, the HDPE resin lost over 60% of its elastic modulus at 
room temperature, because of the plasticizing effects of the solvent. A comparison of the DMA results, indicating the 
reduction in mechanical properties, is shown in Fig. 3. 
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Fig. 3 A comparison of the DMA results, showing a loss of over 60% in the elastic modulus as a result of the 
effects of the solvent 

Conclusions. It was the conclusion of the investigation that the chemical storage vessel failed via a creep mechanism 
associated with the exertion of relatively low stresses. Given the lack of apparent ductility, the stresses responsible for the 
failure appear to have been below the yield strength of the material. The source of the stress was thought to be molded-in 
residual stresses associated with uneven shrinkage. This was suggested by the obvious distortion evident on cutting the 
vessel. The relatively high specific gravity and the elevated heat of fusion are indicative that the material has a high level 
of crystallinity. In general, increased levels of crystallinity result in higher levels of molded-in stress and the 
corresponding warpage. The significant reduction in the modulus of the HDPE material, which accompanied the 
saturation of the resin with the aromatic hydrocarbon-based solvent, substantially decreased the creep resistance of the 
material and accelerated the failure. The dramatic effects of the solvent had not been anticipated prior to use. 
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Failure of a Squeeze-Clamped Polyethylene Natural Gas Pipeline 

Robert E. Jones Jr, The University of Texas at San Antonio; Walter L. Bradley, Texas A&M University 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 

Abstract: A high-density polyethylene (HDPE) natural gas distribution pipe (Grade PE 3306) failed by slow, stable crack growth 

while in residential service. The leak occurred at a location where a squeeze clamp had been used to close the pipe during 

maintenance. Failure analysis showed that the origin of the failure was a small surface crack in the inner pipe wall produced by the 

clamping. Fracture mechanics calculations confirmed that the suspected failure process would result in a failure time close to the 

actual time to failure. It was recommended that: materials be screened for susceptibility to the formation of the inner wall cracks 
since it was not found to occur in pipe typical of that currently being placed in service; pipes be re-rounded after clamp removal to 
minimize residual stresses which caused failure; and a metal reinforcing collar be placed around the squeeze location after clamp 
removal. 

Keywords: Clamping damage; Mechanical properties; Natural gas pipes; Plastic pipe; Residual stress; Stable crack propagation 
Material: Fligh-density polyethylene (Thermoplastic) 

Failure type: Ductile fracture 


Background 

A high-density polyethylene (HDPE) natural gas delivery pipe leaked in service leading to an accumulation of gas under a 
residence and a serious explosion. 

Applications 

The 10-cm (4-in.) nominal diameter pipe had been in service for approximately ten years prior to failure. The pipe was 
operated as an intermediate pressure line, with a nominal pressure of 0.2 MPa (30 psi). It had been attached to the 10-cm 
(4-in.) steel main to extend the main. Smaller service lines carried gas from the mains to the residences. Acommon 
maintenance practice on PE pipelines is the use of a bar clamp to squeeze the pipe flat whenever the flow of gas is to be 
stopped for down-stream maintenance. This greatly reduces the need for valve installations and eliminates the venting of 
large quantities of gas to clear a pipe prior to maintenance. 

Circumstances leading to failure 

The pipe had been in service four years before it was squeeze-clamped to stop the flow of gas and permit the replacement 
of a leaking T-fitting downstream. Six years and three months later the pipe began leaking at a high rate from a crack 
located at the site of the pinch clamp application. 

Pertinent specification 

The pipe was extruded from ASTM grade PE 3306 polyethylene in accordance with ASTM standard D 2513. This is a 
high-density polyethylene with an approximate degree of crystallinity of 0.5. It was elevated temperature strength class A 
and had a standard diameter ratio (SDR) of 11.5. For this SDR. the specified outer diameter is 11.43 ± 0.0229 cm (4.5 ± 
0.009 in.) and the wall thickness is 1.04 + 0.124 cm (0.409 ± 0.049 in.). 

Performance of other parts in same or similar service 

There have been no general problems with the performance of squeeze-clamped polyethylene pipe, though there has been 
some concern in the industry about the possibility of unforeseen long-term effects of the procedure. 

Specimen selection 


A 170-cm (66.9-in.) long section of pipe containing the longitudinal through-wall crack responsible for the leak was 
provided for analysis. A similar length of the predominant pipe material in new installations, ASTM PE 2306 grade, was 
also provided for comparison. 



Visual Examination of General Physical Features 


The pipe showed permanent deformation where the squeeze clamp had been applied (Fig. 1). The crack appeared to 
follow the permanent crease in the pipe caused by the clamping procedure. 



Fig. 1 Photograph of as-received pipe failure. Arrows indicate ends of crack at outer surface. 

Testing Procedures and Results 

Nondestructive evaluation 

Outer diameter measurements at nine points well away from the clamped section yielded an average diameter of 11.34 cm 
+ 0.0178 cm (4.46 in. + 0.007 in.). This is slightly below the specified diameter of 11.43 cm ± 0.0229 cm (4.5 in. ± 0.009 
in.) but should not have been a problem. Thickness measurements indicated a wall thickness between 1.02 and 1.1 cm 
(0.40 and 0.43 in.) with minimum thickness at the crack of 1.04 cm (0.41 in.). The minimum allowable thickness of 
ASTM D 3035-83 is 1.04 cm (0.41 in.). Thus, most measurements were above the minimum allowable value and all 
measurements near the failure were within specified limits. 

Surface examination 

Macrofractography. The section containing the failure was cut from the pipe, cooled in liquid nitrogen and then 
broken open to expose the fracture surface. The liquid nitrogen fracture provided a clear delineation of the preexisting 
service crack and the crack induced by the opening process. The service crack did not propagate completely from the 
inside to the outside of the pipe wall along its entire length. The through crack length on the outside of the pipe wall was 
9.5 cm (3.74 in.) compared to a length of 15 cm (5.91 in.) on the inside pipe wall. The crack surface showed pronounced 
ridges beginning at the outer diameter of the pipe. These ridges could he traced back to a small region near the inside wall 
of the pipe. 

The inner wall of the pipe in the clamped region contained longitudinal bands of wrinkled material and small white 
bubble structures in the two opposed areas where maximum strain was induced by the clamp. 

Scanning Electron Microscopy. The fracture surface of the through crack could be divided into three regions (Fig. 
2). The first (zone A) was a band of long fibrils and large voids (Fig. 3) which extended from the inside surface of the 
pipe across approximately one third of its thickness. There was a gradual transition into a second region (zone B) of 
shorter fibrils and smaller voids with pronounced ridges of long tears interspersed among them (Fig. 4). The ridges 
pointed back to a single location, presumably the initiation site, along the inner wall of the pipe. The total growth of these 
two regions was 0.5 cm (0.20 in.) deep and 7.6 cm (2.99 in.) long. In the final fracture region (zone C and Fig. 5) the 
surface was duplex in appearance with pronounced ridges separating the two different types of surface features. One band 
continued with the fibrils of decreasing size while the other was relatively smooth, indicating a more brittle type fracture. 
Published literature indicated that fibril and void size decrease with decreasing crack growth rate. Thus the crack appears 
to have slowed as it propagated through the stable growth region. 



Fig. 3 First region of crack growth, zone A. 1500x. 





Fig. 5 Bands of crack growth indicating origin of failure—pipe inner wall at bottom. 15x. 





The direction of the drawn PE (Fig. 4) indicated that the failure initiated at the inside surface. Examination of the 
indicated region of the inner wall disclosed an elliptical feature in the area of the surface damage caused by the pinch 
clamp (Fig. 6). This feature has characteristics of both ductile fracture and an impact or high rate failure. The material 
near the surface appears to have bubbled outward, and is in fact associated with a surface bubble. There was no evidence 
of an inclusion, impurity concentration or manufacturing defect. No similar structures were found upon examination of 
the rest of the inner edge of the fracture surface. This feature appeal's to be the flaw which initiated the failure. 






Fig. 6 Elliptical flaw, origin of the failure. lOOx. 

Chemical analysis/identification 

Comparison of the dynamic mechanical spectra of the material near the failure and that at a distance indicated that there 
was no local variation in the structure of the material. Identical spectra were obtained and both samples melted at 130 °C 
(266 °F). Likewise, the specific gravity of material did not vary significantly. Near material had a measured density of 
0.942 g/cnv 1 (0.03403 lb/in. 3 ) while the distant material density was 0.940 g/cm 3 (0.03396 lb/in. 3 ). Both values are at the 
lower end of the range for this class of polyethylene. 

Mechanical properties 

Tensile Properties. Standard uniaxial tests were performed utilizing dogbone specimens specified by ASTM D 638- 
82a. This pipe material had a yield strength of 21.3 MPa (3.08 ksi) and an elongation at failure of >500%. The modulus 
was estimated to be 1034 MPa (150 ksi). These values all fall within the published ranges for these materials. 

Fracture Toughness. Fracture toughness was measured using fatigue precracked compact tension specimens and the 
resistance curve J integral approach of ASTM E 813-81. The critical value of J, J IC , at crack propagation was found to be 
3.08 kJ/m 2 (3.52 ft. .lbf/in. 2 ). 


Stress analysis 


There are several loads which could contribute to the stress state causing crack growth. These include internal residual 
stresses from processing, stress due to the internal pressurization of the pipe, stresses due to bending and ground loading, 
and residual stresses induced by the clamp application and removal. 

Analytical. The hoop stress due to internal pressure is easily calculated from the relationship a h = Pr/t , where P is the 
internal pressure, r is the nominal pipe radius, and t is the pipe wall thickness. Substitution of the appropriate values 
yields a tensile stress in the pipe wall of 1.08 MPa (157 psi). 

Experimental. Williams and Hodgkinson (Ref 1) suggest a simple means of estimating the residual stresses present in 
extruded plastic pipe. Rings, 2.54 cm (1.0 in.) wide were cut from the pipe and then cut diametrally into two halves. The 
change in diameter of the halves was measured and used to estimate the residual stresses present in the pipe due to the 
manufacturing process. This procedure gave an estimated maximum tensile stress at the inner wall of 1.9 MPa (276 psi). 
The stresses from other sources cannot be estimated from the available information. The permanent deformation at the 
inner wall caused by the clamping procedure would suggest that the material at the inner wall will be in a tensile stress 
state upon clamp removal. This would be added to the residual stresses from manufacturing and hoop stresses due to 
internal pressure. 

Fracture Mechanics Predictions. A / IC fracture toughness has been determined for this material using fatigue 
precracked specimens. Since the field failure occurred with little bulk yielding around the crack tip, an equivalent K 1C can 
be found from the measured J IC and 1 incar elastic fracture mechanics used for failure prediction. 

An equivalent plane strain K i C is defined by the equation: 



Using, the measured / IC of 3.08 kJ/m 2 (3.52 ft . lbf/in. 2 ) and the material modulus of 1034 MPa (150 ksi) gives a K IC of 
1.78 MPa\/^ (1.62 ksiV / lfE). 

If the crack was assumed to have grown stably until the duplex surface (zone C) where ductile and brittle regions were 
found side by side, the approximate crack dimensions at the onset of unstable growth were: 
a = 0.308 cm (0.121 in.) (depth) 

2c = 7.62 cm (3.0 in.) (width) 
t = 1.016 cm (0.4 in.) (pipe wall thickness) 

The standard relationship for K IC is: 




(Eq2) 


For an elliptical surface flaw with the above dimensions, Hertzberg (Ref 2) gives Q = 0.8 and Rooke (Ref 3) gives c = 
3.0. The critical stress can then be found by rearranging and solving for a. The resulting estimated critical stress is 4.2 
MPa (609 psi). This is only slightly larger than the previously calculated total tensile stress of 2.98 MPa (432 psi) at the 
inner wall of the pipe. The additional stress was probably easily provided by stresses due to the clamp-imposed 
deformation. 

The development of the crack prior to the onset of instability can also be modeled with fracture mechanics. Chan and 
Williams (Ref 4) proposed a relationship for stable crack growth rate as a function of stress intensity in PE piping 
materials: 


K c = 91.7(d) 025 


(Eq 3) 



where K in MPaV 11L and a is in m/s. Since this was a surface crack in the pipe we may substitute the previous 
relationship for K c . Using the appropriate dimensions for the initial elliptical flaw at the pipe inner wall, c = 1.12, a/2c = 
0.4, Q = 2, solving for a, separating variables, and integrating gives: 


--—=5.5x1 O' 8 to 4 

a o a c 


(Eq4) 


For a lifetime of 6 years (time between clamp application and failure of the pipe) t = 1.9 x 10 x s. If a service stress of 3.0 
Mpa (435 psi) is assumed and a critical flaw size a c of 0.5 cm (0.20 in.) is used, then a 0 is 0.09 cm (0.035 in.). This is 
larger than the initial flaw size measured in the field failure, where a 0 was 0.0432 cm (0.017 in.). Flowever the calculated 
value should he high since, as the crack grew, the width c varied from 1.12 to about 1.8, so that later stages of growth 
would have been faster, and the necessary initial flaw size smaller. Additionally, no account was taken in these 
calculations of the effect of residual stresses developed during pinch clamping which would have assisted crack 
propagation, especially in the early stages of growth. 

Simulation tests 

A squeeze clamp with 5.0-cm (1.97-in.) diameter pinch bars was used to clamp pipe sections for various lengths of time at 
22 °C (72 °F) and 4.4 °C (40 °F). The interior of the pipes tested suffered extensive surface damage which occurred in 
two zones 180 ° apart, both approximately 1.0 cm (0.39 in.) wide and 5.0 cm (1.97 in.) long, running longitudinally along 
the inside of the pipe. They were centered on the points of maximum strain due to clamping. The zones contained folded 
material as well as tears and bubble-like protrusions on the surface. These bubbles were visible to the unaided eye as 
elliptical white spots and were observed on the pipe which failed in service as well as the laboratory clamped specimens. 
SEM examination of the surface features showed them to be ruptured bubbles (Fig. 7) with subsurface cracking (Fig. 8). 
The cracking indicated that the bubbles represented regions of microcracking just beneath the surface. 



Fig. 7 Surface bubble (A) and thumbnail crack (B) in lab clamped pipe. 15x. 




Fig. 8 Interior of rupture bubble. lOOOx. 

The laboratory squeeze-clamped specimens were cooled in liquid nitrogen and then broken along the line of maximum 
strain due to clamping. Examination of the resulting fracture surfaces disclosed the presence of features (Fig. 7) very 
similar in shape and morphology to the origin site of the inservice failure. These features were associated with bubble 
damage at the inner surface of the pipe. The size of the features was found to increase for longer times under the clamp as 
well as lower clamping temperatures. 

It is of particular note that the clamping produced the bubble structures only in the particular sample of PE 3306 which 
failed in service. Similar tests on PE 2306 materials (the current commonly used material) produced a folded zone but 
none of the gross damage observed on this pipe. 

Discussion 

The diametral and wall thickness measurements indicated that the pipe was manufactured within the specifications of the 
applicable ASTM standards. Measurements did not indicate any significant deviation from specifications in the region of 
the failure. The consistent results of dynamic mechanical spectroscopy and density measurements, both of which are 
influenced largely by crystalline morphology, indicated that a localized manufacturing inhomogeneity (e.g., spot cooling 
or a coolant spill) was not a likely cause of the failure. Thus, any deficiency in the material’s performance will be 
generally applicable to the entire pipe, not just the region of the failure. 

SEM fractography of the service failure combined with evidence of damage in laboratory clamped pipes indicated that 
squeeze clamping introduced a flaw at the inside surface of the pipe. The large voids and long fibrils of the first zone of 
the fractured surface indicated a high initial rate of growth. This may have been due to greater extrusion-induced residual 
stresses and higher clamp stresses near the inner pipe surface. The rate of propagation decreased, leading to smaller voids 
and fibrils, as the crack propagated farther from the initiation site. At a critical point, the crack propagated rapidly the 
remaining distance through the pipe wall, leading to the nearly smooth bands in the duplex region near the outer surface 
of the pipe. 

The stepped duplex region indicates that a meniscus type instability may have occurred at the final stages of crack 
growth. As the stably growing crack passes a depth of half the wall thickness, the local stress intensity K becomes an 
increasingly sensitive function of the local uncracked ligament width. Thus, small local valuations in crack growth rate 
initiated by material inhomogeneity can result in continued, quite variable, local crack growth rates and locally unstable 
crack growth. 

Fracture mechanics calculations clearly indicate that there was nearly sufficient loading available from known sources to 
grow flaws of the type introduced by squeeze clamping to the dimensions of the apparent critical flaw. The fact that the 



crack grew in a curved path along the fold on the outer surface of the pipe caused by application of a clamp suggested that 
some of the additional stresses were in fact due to residual stresses from clamping. 


Conclusion and Recommendations 

Most probable cause 

The most probable cause of the failure was the introduction, by pinch clamping, of a small crack at the inner wall of the 
pipe. This initiated a process of slow stable crack growth until the crack reached a critical size at which time it propagated 
rapidly through the remaining thickness of the pipe. 

Remedial action 

Recommended remedial action included re rounding of pipes after clamping followed by installation of a reinforcing 
collar around the clamped location, and screening of materials currently in use for susceptibility to clamp-induced 
damage. Action taken by several utilities included total replacement of pipes of the grade involved in this failure 
whenever encountered during maintenance operations. 
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Relaxation of Nylon Wire Clips 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A production lot of plastic wire clips was failing after limited service. The failures were characterized by excessive 
relaxation of the clips, such that the corresponding wires were no longer adequately secured in the parts. No catastrophic failures 
had been encountered. Parts representing an older lot, which exhibited satisfactory performance properties, were also available for 
reference purposes. The clips were specified to be injection molded from an impact-modified grade of nylon 6/6. However, the part 
drawing did not indicate a specific resin. Investigation included visual inspection, micro-FTIR in the ATR mode, and analysis using 
DSC. The spectrum representing the reference parts showed a relatively higher level of a hydrocarbon-based impact modifier, while 
the results obtained on the failed parts showed the presence of an acrylic-based modifier. Also, the reference clip thermogram 
showed a melting transition attributed to a hydrocarbon-based impact modifier. The conclusion was that the control and failed clips 
had been produced from two distinctly different resins. It appeared that the material used to produce the failed clips had different 
viscoelastic properties, which produced a greater predisposition for stress relaxation. 

Keywords: Additives; Chemical composition; Clips; Injection moldings; Molding resins; Stress relaxation; Thermal analysis; Wire 
clips 


Material: Nylon 6/6 (Thermoplastic) 


Failure type: (Other, general, or unspecified) processing-related failures 


A production lot of plastic wire clips was failing after limited service. The failures were characterized by excessive 
relaxation of the clips, such that the corresponding wires were no longer adequately secured in the parts. No catastrophic 
failures had been encountered. Parts representing an older lot, which exhibited satisfactory performance properties, were 



also available for reference purposes. The clips were specified to be injection molded from an impact-modified grade of 
nylon 6/6. However, the part drawing did not indicate a specific resin. 

Tests and Results. A visual examination of the clips showed that the failed parts were off-white in color, while the 
control parts had a pure white appearance. An analysis of both sets of parts was performed using micro-FTIR in the ATR 
mode. A direct comparison of the results produced a good match, with both sets of spectra exhibiting absorption bands 
that were characteristic of a nylon resin. The comparison, however, revealed subtle differences between the two sets of 
clips. The spectrum representing the reference parts showed a relatively higher level of a hydrocarbon-based impact 
modifier, while the results obtained on the failed parts showed the presence of an acrylic-based modifier. The differences 
in the spectra suggested that the two sets of clips were produced from resins having different formulations, particularly 
regarding the impact modifier. 

The clip materials were further analyzed using DSC. The thermogram representing the reference part material, as shown 
in Fig. 1, exhibited an endothermic transition at 264 °C (507 °F), characteristic of the melting point of a nylon 6/6 resin. 
Additionally, the results contained a second melting point, of lesser magnitude, at 95 °C (203 °F). This transition was 
indicative of a hydrocarbon-based impact modifier, as indicated by the FTIR results. The thermogram obtained on the 
failed clip material also showed a melting point characteristic of a nylon 6/6 resin. However, no evidence was found to 
indicate a transition corresponding to the hydrocarbon-based modifier found in the control clip material. 



Fig. 1 The DSC thermogram representing the reference clip material, exhibiting an endothermic transition 
characteristic of the melting of a nylon 6/6 resin. The results also showed a second melting transition attributed 
to a hydrocarbon-based impact modifier. 

Conclusions. It was the conclusion of the analysis that the control and failed clips had been produced from two 
distinctly different resins. While both materials satisfied the requirements of an impact-modified nylon 6/6 resin, 
differences in the impact modifiers resulted in the observed performance variation. From the results and the observed 
performance, it appeared that the material used to produce the failed clips had different viscoelastic properties, which 
produced a greater predisposition for stress relaxation. 



Failure of Polyacetal Latch Assemblies 


From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: Components of a latch assembly used in a consumer safety restraint exhibited a relatively high failure rate. The failures 
were occurring after installation but prior to actual field use when failure could result in severe injury. Cracking occurred within 
retaining tabs used to secure a metal slide on an older design, whereas newer components showed no signs of failure. The latch 
assembly components were injection molded from an unfilled commercial grade of a polyacetal copolymer. Investigation of both 
failed parts representative of the older design and newer components included visual inspection, specially designed proof load test, 
59x SEM images, micro-FTIR in the ATR mode, and DSC/TGA/MFR analysis) and showed no evidence indicating contamination or 
degradation of the molded parts. The conclusion was that the parts failed via brittle fracture associated with stress overload. The 
stress overload was accompanied by severe apparent embrittlement resulting from a relatively high strain rate event and/or 
significant stress concentration. A relatively sharp corner formed by a retaining tab on the older design was shown to be a primary 
cause of the failures, with the newer, redesigned parts producing superior mechanical test results. 

Keywords: Design; Injection moldings; Latches; Stress concentration 


Material: Polyacetal (Thermoplastic) 


Failure type: Brittle fracture 


Components of a latch assembly used in a consumer device exhibited a relatively high failure rate. The latches are used as 
a safety restraint, and failure in the field could result in severe injury. The failures were occurring after installation but 
prior to actual field use. Specifically, the failures occurred as cracking within retaining tabs used to secure a metal slide. 
The cracking was limited to an older design, with newer components showing no signs of failure. The latch assembly 
components were injection molded from an unfilled commercial grade of a polyacetal copolymer. As part of the 
evaluation, both failed parts representative of the older design and newer components were available for testing. 

Tests and Results. A visual examination of the failed parts confirmed cracking within the retaining tab adjacent to 
the metal slide. The failures were present at consistent locations on all of the parts. The crack surfaces showed evidence 
of macroductility in the form of stress whitening within the final fracture zone exclusively. Throughout the visual 
examination, it was also apparent that the parts exhibited a very sharp corner formed by the retaining tab and the main 
body of the latch assembly body. Shaip corners are considered a poor design feature in plastic components, because they 
can result in severe stress concentration and can produce areas of localized poor fusion. 

The fracture surface was further evaluated using SEM. The SEM examination showed a clear crack origin at the corner 
formed by the retaining tab. The crack origin areas exhibited brittle fracture features without signs of significant 
microductility. Secondary crazing was also apparent at the crack origin location. A typical crack initiation site is shown in 
Fig. 1. The overall features were suggestive of cracking caused by a relatively high strain rate event and/or very high 
stress concentration. The midfracture surface showed an increase in the apparent ductility, as evidenced by an overlapping 
morphological structure. The final fracture zone showed significant deformation and stretching, indicative of ductile 
overload. A laboratory failure was created by overloading the tab from a nonfailed part in a manner consistent with the 
insertion of the corresponding metal slide. The laboratory fractures exhibited surface features that were in excellent 
agreement with those exhibited by the failed parts, as apparent in Fig. 1. 




(b) 


Fig. 1 Scanning electron images showing excellent agreement between the features present within the crack 
initiation sites of (a) the failed latch assembly and (b) the laboratory fracture. Both surfaces showed relatively 
brittle fracture features. 59x 

The failed latch assembly material was analyzed using micro-FTIR in the ATR mode, and the obtained spectrum 
exhibited absoiption bands characteristic of a polyacetal resin. It is significant to note that polyacetal copolymers and 
homopolymers cannot be differentiated spectrally, and a melting point determination is often used to distinguish between 
these materials. 

Differential scanning calorimetry was used to analyze the latch material. The obtained results showed that the material 
underwent a single endothermic transition at approximately 165 °C (330 °F), characteristic of the melting point of a 
polyacetal copolymer. The results also showed that the part was somewhat undercrystallized. This was evident through a 
significant increase in the heat of fusion between the initial heating run and the second heating run, after slow cooling. 
Undercrystallization can reduce the mechanical strength of the molded article and is usually the result of molding in a 
relatively cold tool. The level of undercrystallization found in the failed parts, however, was moderate in nature and not 
thought to be a major factor in the failures. Thermogravimetric analysis was also performed on the latch material, and the 
obtained results were consistent with those expected for an unfilled polyacetal copolymer. 

The latch material was also analyzed to determine its MFR. Parts representing the older, failed components and the 
newer, current design were evaluated. Both sets of molded parts produced results ranging from 10.7 to 11.0 g/10 min. 
This was in good agreement with the nominal MFR for the molding resin, 9.0 g/10 min. Throughout the analytical testing 
of the failed latch material, no evidence was found to indicate contamination or degradation of the molded parts. 
Mechanical testing was performed in order to assess the effect of the recent design change. Because of the configuration 
of the parts, standard mechanical testing could not be performed. Instead, a proof load test was devised to directly assess 
the stress required to produce failure within the tab, at an area consistent with the failure latch assembly. A direct 



comparison was made between the two sets of parts. The parts representing the older design, with the sharp corner at the 
retaining tab. produced an average value of 78.7 N (17.7 lbf) at failure. More importantly, the parts within this group 
produced an average tab extension of 0.76 mm (0.03 in.) at failure. The evaluation of the part representing the new design 
generated significantly different results. Specifically, the failures occurred at a higher load, 92.1 N (20.7 lbf), and a 
greater tab extension, 2.5 mm (0.10 in.). A comparison of the mechanical test results is shown in Fig. 2. This mechanical 
evaluation clearly illustrated the advantage afforded by the design change, effectively increasing the tab radius. 
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Fig. 2 A comparison of the mechanical test results, showing a significant improvement in the parts produced 
from the new design 

Conclusions. It was the conclusion of the evaluation of the failed latch assemblies that the parts failed via brittle 
fracture associated with stress overload. The stress overload was accompanied by severe apparent embrittlement resulting 
from a relatively high strain rate event and/or significant stress concentration. The relatively sharp corner formed by the 
retaining tab was shown to be a primary cause of the failures, with the newer, redesigned parts producing superior 
mechanical test results. 


Related Information 

Fracture of Plastics, Failure Analysis and Prevention , Vol I I, ASM Handbook, ASM International, 2002, p 650-661 


Cracking of Poly(butylene terephthalate) Automotive Sleeves 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A number of plastic sleeves used in an automotive application cracked after assembly but prior to installation into the 
mating components. The sleeves were specified to be injection molded from a 20% glass-fiber-reinforced poly(butylene 
terephthalate) (PBT) resin. After molding, electronic components are inserted into the sleeves, and the assembly is filled with a 
potting compound. Investigation of the cracked parts and some reference parts available for testing included visual inspection, 
micro-FTIR in the ATR mode, and analysis using DSC. Subtle spectrum differences suggested degradation of the failed part material, 
and the thermograms supported this. The conclusion was that the failed sleeves had cracked due to embrittlement associated with 
severe degradation and the corresponding molecular weight reduction. The reduction in molecular weight significantly reduced the 
mechanical properties of the sleeves. The cause of the degradation was not evident, but the likely source appears to be the molding 
operation and exposure to elevated temperature for an extended period of time. 

Keywords: Automotive components; Cracking (fracturing); Glass fiber reinforced composites; Injection molding; Molecular 
degradation 


Material: Polybutylene terephthalate (Thermoplastic) 


Failure type: Brittle fracture 


A number of plastic sleeves used in an automotive application cracked after assembly but prior to installation into the 
mating components. The sleeves were specified to be injection molded from a 20% glass-fiber-reinforced poly(butylene 
terephthalate) (PBT) resin. After molding, electronic components are inserted into the sleeves, and the assembly is filled 
with a potting compound. A retained lot of parts, which had not cracked, were available for reference puiposes. 



Tests and Results. The reference and failed parts were analyzed using micro-FTIR in the ATR mode. The spectra 
obtained on both sets of parts contained absoiption bands characteristic of a thermoplastic polyester, such as PBT or 
poly(ethylene terephthalate) (PET). Different types of polyester resins cannot be distinguished spectrally, because of the 
similar nature of their structures. Flowever, subtle but distinct differences were apparent in the results, suggestive of 
degradation of the failed part material. 

Differential scanning calorimetry was performed on the sleeve materials using a heat/cool/heat methodology. Testing of 
the reference material produced initial heating results indicative of a PBT resin, as illustrated by the melting point at 224 
°C (435 °F). Analysis of the failed sleeve samples produced a melting transition at a significantly reduced temperature, 
219 °C (426 °F). Additionally, the failed material transition was broader, and overall, the results suggested molecular 
degradation of the failed sleeve material. A comparison of the initial heating thermograms is presented in Fig. 1. 
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Fig. l A comparison of the initial heating run results, suggesting degradation of the failed sleeve material 
The identification of degradation was supported by the second heating DSC results, obtained after slow cooling. The 
second heating thermogram representing the failed sleeve material showed additional differences relative to the results 
obtained on the reference material. The failed material did not produce the bimodal melting endothermic transition 
normally associated with PBT after slow cooling. This was thought to be the result of molecular degradation, which 
produced shorter polymer chain lengths, therefore reducing steric hindrance. A comparison of the second heating 
thermograms is included in Fig. 2. 
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Fig. 2 A comparison of the second heating run results, further suggesting degradation of the failed sleeve 
material 

The sleeve materials were further analyzed using TGA. The thermograms obtained on the reference and failed samples 
were generally consistent, including equivalent glass contents. Additionally, the results were in agreement with those 
expected for a PBT resin. 

The melt flow rates (MFRs) of the reference and failed sleeve materials were determined. Because no molding resin was 
available for comparison puiposes, the nominal range from the specification sheet, 14 to 34 g/10 min, was used. The 
testing showed that the failed sleeve material had been severely degraded, producing a MFR of 128 g/10 min. This was in 
agreement with the DSC data and indicated severe molecular degradation of the PBT resin. A review of the results 
generated by the reference parts also showed significant molecular degradation. While the extent of the degradation was 
less, the obtained melt flow rate, 50 g/10 min, still demonstrated a substantial reduction in the average molecular weight. 
Conclusions. It was the conclusion of the evaluation that the failed sleeves had cracked due to embrittlement 
associated with severe degradation and the corresponding molecular weight reduction. The degradation was clearly 
illustrated by the reduced melting point and uncharacteristic nature of the associated endothermic melting transitions as 
well as the substantial increase in the MFR of the molded parts. The reduction in molecular weight significantly reduced 
the mechanical properties of the sleeves. The cause of the degradation was not evident, but the likely source appears to be 
the molding operation and exposure to elevated temperature for an extended period of time. It is significant to note that 
the reference parts also showed a moderate level of molecular degradation, rendering them susceptible to failure over a 
longer duration. 

Related Information 

Fracture of Plastics, Failure Analysis and Prevention , Vol I I. ASM Handbook, ASM International, 2002, p 650-661 



Embrittlement of a Polycarbonate Bracket 


From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: A plastic bracket exhibited relatively brittle material properties, which ultimately led to catastrophic failure. The part had 
been injection molded from a medium-viscosity polycarbonate resin and had been in service for a short duration prior to the failure. 
Investigation (visual inspection and analysis using micro-FTIR in the attenuated total reflectance (ATR) mode) revealed the spectrum 
showed changes in the relative intensities of several bands, as compared to the results representing the base material. A spectral 
subtraction was performed, and the results produced a good match with diphenyl carbonate, which is a common breakdown product 
produced during the decomposition of polycarbonate. The conclusion was that the most likely cause of the molecular degradation 
was improper drying and/or exposure to excessive heat during the injection molding process that in turn caused the material 
degradation. 

Keywords: Brackets; Embrittlement; Impurities; Injection moldings; Molecular degradation; Overheating 


Material: Polycarbonate (Thermoplastic) 


Failure type: Brittle fracture 


A plastic bracket exhibited relatively brittle material properties, which ultimately led to catastrophic failure. The part had 
been injection molded from a medium-viscosity polycarbonate resin and had been in service for a short duration prior to 
the failure. 

Tests and Results. A visual examination of the bracket revealed a series of surface anomalies, and it was suspected 
that the presence of the defects was related to the premature failure. The component base material was analyzed using 
micro-FTIR in the attenuated total reflectance (ATR) mode. The obtained spectrum exhibited absoiption bands 
characteristic of polycarbonate, as shown in Fig. 1. No evidence of material contamination was found. A similar analysis 
was performed on the part surface in an area that showed the anomalous surface condition. The spectrum representing the 
surface was generally similar to the results obtained on the base material. Flowever, the surface spectrum showed a 
relative increase in the intensity of a spectral band between 3600 and 3350 cm" 1 , indicative of hydroxyl functionality. 
Additionally, the spectrum also showed changes in the relative intensities of several bands, as compared to the results 
representing the base material. A spectral subtraction was performed, and the results produced a good match with a 
library reference of diphenyl carbonate. This is illustrated in the spectral comparison presented in Fig. 2. Diphenyl 
carbonate is a common breakdown product produced during the decomposition of polycarbonate. 
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Fig. 2 Spectral comparison showing differences between the base material and surface spectra, attributed to 
diphenyl carbonate 

Conclusions. Overall, the obtained results suggested that the anomalous surface condition observed on the bracket 
represented molecular degradation of the polycarbonate. This is consistent with the brittle properties exhibited by the 
component. The most likely cause of the molecular degradation was improper drying and/or exposure to excessive heat 
during the injection molding process. 

Related Information 

Fracture of Plastics, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 650-661 

Failure of a Polycarbonate Switch Housing 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A housing used in conjunction with an electrical switch failed shortly after being placed into service. A relatively high 
failure rate had been encountered, corresponding to a recent production lot of the housings, and the failed part was representative 
of the problem. The housing had been injection molded from a commercially available, medium-viscosity grade of PC, formulated 
with an ultraviolet stabilizer. In addition to the PC housing, the design of the switch included an external protective zinc component 
installed with a snap-fit and two retained copper press-fit contact inserts. Investigation supported the conclusion that the switch 
housings failed via brittle fracture, likely through a creep mechanism. The failure was caused by severe embrittlement of the housing 
resin associated with massive molecular degradation produced during the molding process. A potential contributing factor was the 
design of the part, which produced significant interference stresses between the contact and a mating retaining tab. 

Keywords: Creep strength; Housings 

Material: Polycarbonate (Thermoplastic) 


Failure type: Brittle fracture 



A housing used in conjunction with an electrical switch failed shortly after being placed into service. A relatively high 
failure rate had been encountered, corresponding to a recent production lot of the housings, and the failed part was 
representative of the problem. The housing had been injection molded from a commercially available, medium-viscosity 
grade of PC, formulated with an ultraviolet stabilizer. In addition to the PC housing, the design of the switch included an 
external protective zinc component installed with a snap-fit and two retained copper press-fit contact inserts. Control parts 
representing an earlier production lot were available for reference puiposes. 


Tests and Results. A visual examination of the submitted housing revealed massive cracking within the base of the 
part, including the retaining tabs securing the contacts. The fractures were primarily located adjacent to the copper 
contacts. Gray streaks, commonly referred to as splay, were also apparent on the PC housing, as shown in Fig. 1. Splay is 
often associated with molecular degradation, caused by insufficient drying or exposure to excessive heat, from the 
molding process. The visual examination also revealed that the contacts corresponding to the failed housing retaining tabs 
extended significantly, relative to contacts in nonfailed areas. This suggested a high level of interference stress between 
the contact and the tab. The fracture surface was further inspected using an optical stereomicroscope. The fracture surface 
showed no evidence of ductility, as would be evident in the form of stress whitening or permanent deformation. An oily 
residue was evident covering the crack surface. 



Fig. 1 A view of the housing showing gray streaks characteristic of splay 

The crack surface was further examined via SEM. The fracture surface exhibited multiple apparent crack origins and 
classic brittle fracture features, including hackle marks, river markings, and Wallner lines. A representative area on the 
fracture surface is shown in Fig. 2. No evidence of ductility, which would be apparent as stretched fibrils, was found. 
Overall, the observed features were indicative of brittle fracture associated with the exertion of stresses below the yield 
point of the material, over an extended period of time, by a creep mechanism. 
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Fig. 2 Scanning electron image showing characteristic brittle fracture features on the housing crack surface. 
lOOx 

The housing base material was analyzed using micro-FTIR in the ATR mode, and the resulting spectrum contained 
absoiption bands characteristic of PC. The results produced an excellent match with a spectrum obtained on a reference 
part, without evidence of contamination. The oily residue found on the part, including the fracture surface, was also 
analyzed. The obtained spectrum was characteristic of an aliphatic hydrocarbon-based oil, with no signs of aromatic 
hydrocarbons or other chemicals known to produce stress cracking in PC resins. 

The housing material was also analyzed using DSC. The DSC thermogram showed a single transition at 141 °C (286 °F), 
associated with the glass transition temperature (T g ) of the material. This temperature was somewhat lower than expected 
for a PC resin, which usually undergoes this transition closer to 150 °C (300 °F). This difference was thought to be an 
indication of potential molecular degradation. 

Thermomechanical analysis (TMA) was used to evaluate the failed retaining tab material, using an expansion probe. The 
TMA results confirmed the relatively low T g , in particular, with a comparison to a reference paid. A comparison showing 
this is presented in Fig. 3. No evidence was found in the results to indicate molded-in residual stress. 
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Fig. 3 The TMA results obtained on the failed and reference parts. The results exhibit differences 
corresponding to a reduction in the glass transition of the failed material. 

Melt flow testing of the housing samples showed the submitted reference paid to have a MFR of 39.7 g/10 min, compared 
with 78.1 g/10 min for the failed components. The nominal value for the resin used to produce the housing was 9 to 12 
g/10 min. This indicated not only severe molecular degradation within the failed housing material but also within the 
reference parts. The most likely source of the degradation was the molding process. This degradation was consistent with 
the presence of splay observed on the part as well as the reduced T g . 

Conclusions. It was the conclusion of the evaluation that the switch housings failed via brittle fracture, likely through a 
creep mechanism. The failure was caused by severe embrittlement of the housing resin associated with massive molecular 
degradation produced during the molding process. A potential contributing factor was the design of the part, which 
produced significant interference stresses between the contact and the mating retaining tab. 


Related Information 


Fracture of Plastics, Failure Analysis and Prevention , Vol 11, ASM Handbook, ASM International, 2002, p 650-661 


Solvent-Induced Cracking Failure of Polycarbonate Ophthalmic Lenses 

Edward C. Lochanski, Metalmax, Inc. 


From: Handbook of Case Histories in Failure Analysis, Vol 2, K.A. Esakul, Ed., ASM International, 1992 


Abstract: Metal-framed polycarbonate (PC) ophthalmic lenses shattered from acetone solvent-induced cracking. The lenses 
exhibited primary and secondary cracks with solvent swelling and crazing. A laboratory accident splashed acetone onto the lenses. 
The metal frames gripped approximately two-thirds of the lenses' periphery and introduced an unevenly distributed force on the 
lenses. To prevent future failures, it was recommended to protect PC from service environments with solvents, such as acetone; or 
from marking pens, adhesives or soaps which contain undesirable solvents; and to not apply excessive stress on ophthalmic lenses 
in the form of working or residual stresses. 

Keywords: Acetone environment; Cracking, environmental effects; Crazing; Mechanical properties; Plastic; Safety glasses; Swelling 


Material: Polycarbonate (Thermoplastic) 




Failure type: Environmental cracking (plastics) 


Background 

Application 

Metal-framed polycarbonate ophthalmic lenses were inadvertently substituted for plastic-framed polycarbonate 
ophthalmic lenses for use as prescription safety glasses in a chemical laboratory. 

Circumstances leading up to the failure 

A laboratory accident resulted in an unknown splashed solvent on metal-framed polycarbonate ophthalmic lenses. These 
lenses shattered, exhibiting signs of solvent swelling and crazing. 

Pertinent specifications 

The metal-framed ophthalmic lenses are specified to be unfilled polycarbonate which exhibits glass-like clarity. The 
metal frames were a custom designer series, chosen exclusively for style. These metal frames gripped approximately two- 
thirds of the lenses' periphery. 

Performance of other parts in same or similar service 

All previous solvent splashes on plastic-framed ophthalmic safety glasses did not produce any fractures. However, these 
lenses did exhibit signs of solvent swelling. 

Selection of specimens 

A new pair and a used pair of metal-framed ophthalmic lenses were examined. 

Testing Procedure and Results 

Surface examination 


Visual. The metal-framed ophthalmic lenses exhibited primary and secondary cracks with solvent swelling and crazing. 
Macrofractography. Typical new ploycarbonate ophthalmic lenses exhibited well polished surfaces (Fig. 1). The 
failed polycarbonate ophthalmic lenses exhibited primary and secondary cracks which were associated with solvent 
swelling and crazing (Fig. 2). The frames are not shown in order to protect manufacturer confidentiality. 



Fig. 1 Typical new polycarbonate ophthalmic lenses exhibited well polished surfaces. Approximately 0.55x. 




Fig. 2 The failed polycarbonate ophthalmic lenses exhibited primary and secondary cracks which were 
associated with solvent swelling and crazing. Approximately 0.55x. 

Chemical analysis/identification 

Material. The failed ophthalmic lenses were verified to be the specified polycarbonate material by Fourier-transform 
infrared (FTIR) analyses (Fig. 3 and 4). 
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Fig. 3 The failed ophthalmic lenses were verified to be the specified polycarbonate material by Fourier- 
transform infrared (FTIR) analysis. 




Q) 

O 

c 

CO 

_Q 

k— 

o 

W 

n 

< 



4000 3500 3000 2500 2000 1500 1000 500 

Wavenumbers 


Fig. 4 A Fourier-transform infrared (FTIR) analysis of a reference polycarbonate sample. 

The source of the splashed liquid was found to contain primarily acetone by Fourier-transform infrared (FTIR) analyses 
(Fig. 5 and 6). 
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Fig. 5 The source of the splashed liquid was found to contain primarily acetone by Fourier-transform infrared 
(FTIR) analysis. 
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Fig. 6 A Fourier-transform infrared (FTIR) analysis of a reference acetone sample. 

Discussion 

Polycarbonate plastics are often used in applications which require glass-like clarity with extreme toughness. One such 
application is safety glasses. 

Under most circumstances, when polycarbonate material is stressed in the absence of a solvent environment, no shattering 
will occur. The converse of this event is also true. However, when polycarbonate material is stressed in the presence of a 
solvent environment, solvent-induced cracking, or environmentally induced cracking, can occur, resulting in a 
catastrophic brittle-like failure. This phenomenon also occurs with other plastics and other solvents. 

Solvent-induced cracking of the polycarbonate lenses resulted with the metal-framed ophthalmic lenses (but not the 
plastic-framed ophthalmic lenses) since the metal frames were exerting an uneven stress distribution on the polycarbonate 
lenses. 

It must be emphasized that polycarbonate ophthalmic lenses are usually not designed or designated for chemical splash 
protection. The wearer should always consult the manufacturer's recommendations before usage. 

Conclusions and Recommendations 

Most probable cause 

The most probable cause of failure of the metal-framed polycarbonate ophthalmic lenses is acetone solvent-induced 
cracking. The stress component was due to unevenly distributed force from the metal frames. The solvent component was 
due to an accidental splash of acetone. 


Remedial action 



Polycarbonate ophthalmic lenses should not be exposed to service environments with solvents, such as acetone. In 
addition, marking pens, adhesives or soaps, which contain undesirable solvents, should never be used on the ophthalmic 
lenses. 

Stresses on the ophthalmic lenses should be removed or reduced. Excessive stress can originate from working stress or 
from residual stress. 

How failure could have been prevented 

The failure could have been prevented by specifying and using the correct type of safety glasses, which are approved 
plastic-framed polycarbonate ophthalmic lenses. 

Related Information 

D.E. Duvall, Effect of Environment on the Performance of Plastics, Failure Analysis and Prevention, Vol 11, ASM 
Handbook, ASM International, 2002, p 796-799 


Failure of Polycarbonate/Polyethylene Terephthalate Appliance Housings 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 


Abstract: Housings (being tested as part of a material conversion) from an electrical appliance failed during an engineering 
evaluation. They had been injection molded from a commercial polycarbonate/PET (PC/PET) blend. Parts produced from the previous 
material, a nylon 6/6 resin, had consistently passed the testing regimen. Grease was applied liberally within the housing assembly 
during production. Investigation included visual inspection, 24x SEM images, Micro-FTIR in the ATR mode, and analysis using DSC. 
No signs of material contamination were found, but the thermograms showed a crystallization of the PET resin. The grease present 
within the housing assembly, analyzed using micro-FTIR, was composed of a hydrocarbon-based oil, a phthalate-based oil, lithium 
stearate, and an amide-based additive. The conclusion was that the appliance housings failed through environmental stress cracking 
caused by a phthalate-based oil that was not compatible with the PC portion of the resin blend. Thus, the resin conversion was the 
root cause of the failures. Additionally, during the injection molding process the molded parts had been undercrystallized, reducing 
their mechanical strength. More importantly, the resin had been degraded, producing a reduction in the molecular weight and 
reducing both the mechanical integrity and chemical-resistance properties of the parts. 

Keywords: Crystallization; Electrical appliances; Grease; Housings; Injection molding; Molding resins; Undercrystallization 


Material: Polycarbonate/polyethylene terephthalate blend (Thermoplastic) 


Failure types: Environmental cracking (plastics); Brittle fracture 


Housings from an electrical appliance failed during an engineering evaluation. The housings had been injection molded 
from a commercial polycarbonate/PET (PC/PET) blend. The parts were being tested as part of a material conversion. 
Parts produced from the previous material, a nylon 6/6 resin, had consistently passed the testing regimen. The housing 
assembly included a spring clip, which applied a static force on a molded-in boss extending from the main body of the 
housing. Grease was applied liberally within the housing assembly during production. 

Tests and Results. A visual inspection of the tested parts showed catastrophic failure within the molded-in boss. The 
failures were consistent across all of the parts and were located at an area where the spring clip contacted the housing 
boss. While the final fracture zone exhibited limited features associated with ductility in the form of stress whitening, no 
such characteristics were apparent at the locations corresponding to the crack origins. The fracture surfaces were further 
examined via SEM. The SEM inspection showed the presence of multiple crack initiation sites along the side of the boss 
that had mated with the spring clip. No evidence of significant ductility was found with the crack initiation locations, as 
represented in Fig. 1. The overall features observed on the fracture surface were indicative of environmental stress 
cracking. 
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Fig. 1 Scanning electron image showing brittle fracture features at the crack initiation site, characteristic of 
environmental stress cracking. 24x 

Micro-FTIR in the ATR mode was performed on the housing material, and the resulting spectrum was in agreement with 
the stated resin description, a blend of PC and polyester. No signs of material contamination were found. The housing 
material was further evaluated using DSC. The thermogram obtained during the initial heating run, as shown in Fig. 2, 
exhibited an endothermic transition at 253 °C (487 °F), characteristic of the melting point of a PET resin. The initial 
heating run results also showed a low-temperature exothermic transition associated with the crystallization of the PET 
resin. These results indicated that the material had not been fully crystallized during the molding process. The results 
generated during the second heating run, after slow cooling, did not show the low-temperature crystallization. The glass 
transition associated with the PC resin was observed in the second heating run. 



Fig. 2 The initial heating DSC thermogram, exhibiting a melting transition consistent with a PET resin. A low- 
temperature crystallization exothermic transition was also apparent. The (I) indicates that the numerical 
temperature was determined as the inflection point on the curve. 

In order to assess the molecular weight of the housing material, the intrinsic viscosity of the resin was measured. A 
comparison of the results with historical data revealed a substantial reduction in the viscosity of the failed part material. 



This indicated that the housing material had undergone significant molecular degradation during the injection molding 
process. 

The grease present within the housing assembly was analyzed using mi cro-FTTR. The FTIR test results indicated that the 
grease was composed of a relatively complex mixture. The lubricant contained a hydrocarbon-based oil, a phthalate-based 
oil, lithium stearate, and an amide-based additive. These results were significant, because phthalate esters are known to be 
incompatible with PC resins. 

Conclusions. It was the conclusion of the analysis that the appliance housings failed through environmental stress 
cracking. The required chemical agent was identified as a phthalate-based oil present within the grease used to lubricate 
the assembly. Specifically, the phthalate oil was not compatible with the PC portion of the resin blend. The source of the 
stress responsible for the cracking appears to be the interference related to the spring clip. While the previous parts, 
produced from the nylon 6/6 resin, were also under similar stresses, this resin was not prone to stress cracking in 
conjunction with the lubricant. Thus, the resin conversion was the root cause of the failures. Additionally, the test results 
also showed that the injection molding process left the material susceptible to failure. Specifically, the molded parts had 
been undercrystallized, reducing the mechanical strength of the molded articles, and, more importantly, the resin had been 
degraded, producing a reduction in the molecular weight and reducing both the mechanical integrity and chemical- 
resistance properties of the parts. 

Related Information 

D.E. Duvall, Effect of Environment on the Performance of Plastics, Failure Analysis and Prevention , Vol 11, ASM 
Handbook , ASM International, 2002, p 796-799 

Fracture of Plastics, Failure Analysis and Prevention , Vol 1 I. ASM Handbook, ASM International, 2002, p 650-661 


Failure of Polyethylene Terephthalate Assemblies 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: Cracking occurred within the plastic jacket (injection molded from an impact-modified, 15% glass-fiber-reinforced PET 
resin) of several assemblies used in a transportation application during an engineering testing regimen which involved cyclic thermal 
shock (exposing the parts to alternating temperatures of -40 and 180 deg C (-40 and 360 deg F)). Prior to molding, the resin had 
reportedly been dried at 135 deg C (275 deg F). The drying process usually lasted 6 h, but occasionally, the material was dried 
overnight. Comparison investigation (visual inspection, 20x SEM views, micro-FTIR, and analysis using DSC and TGA) with non-failed 
parts supported the conclusion that that the failure was via brittle fracture associated with the exertion of stresses that exceeded the 
strength of the resin as-molded caused by the disparity in the CTEs of the PET jacket and the mating steel sleeve. The drying 
process had exposed the resin to relatively high temperatures, which caused substantial molecular degradation, thus limiting the 
part's ability to withstand the stresses. The drying temperature was found to be significantly higher than the recommendation for the 
PET resin, and the testing itself exposed the parts to temperatures above the recognized limits for PET. 

Keywords: Brittle fracture; Chemical analysis; Drying; Feedstock; Injection moldings; Molding resins; Plastic jackets; Thermal 
shock 


Material: Polyethylene terephthalate (Thermoplastic) 


Failure types: Brittle fracture; (Other, general, or unspecified) processing-related failures 


Several assemblies used in a transportation application failed during an engineering testing regimen. The testing involved 
cyclic thermal shock, immediately after which cracking was observed on the parts. The cracking occurred within the 
plastic jacket, which had been injection molded from an impact-modified, 15% glass-fiber-reinforced PET resin. The 
plastic jacket had been molded over an underlying metal coil component. Additionally, a metal sleeve was used to house 
the entire assembly. Prior to molding, the resin had reportedly been dried at 135 °C (275 °F). The drying process usually 
lasted 6 h, but occasionally, the material was dried overnight. The thermal shock testing included exposing the parts to 
alternating temperatures of -40 and 180 °C (-40 and 360 °F). The failures were apparent after 100 cycles. Molding resin 
and non-failed parts were also available for analysis. 

Tests and Results. The failed assemblies were visually and microscopically examined. The inspection showed 
several different areas within the overmolded jacket that exhibited cracking. The cracked areas were located immediately 
adjacent to both the underlying metal coil and the outer metal housing. The appearance of the cracks was consistent with 
brittle fracture, without significant signs of ductility. The examination also revealed design features, including relatively 
shaip corners and nonuniform wall thicknesses, that appeared to have likely induced molded-in stress within the plastic 
jacket. 



The fracture surfaces were further inspected using SEM, and the examination revealed features generally associated with 
brittle fracture, as shown in Fig. 1. No evidence of microductility, such as stretched fibrils, was found. The fracture 
surface features indicated that the cracking had initiated along the outer jacket wall and subsequently extended through 
the wall and circumferentially around the wall. Throughout the examination, no indication of postmolding molecular 
degradation was found. 
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Fig. 1 Scanning electron image showing brittle fracture features on the failed jacket crack surface. 20x 
Micro-FTIR was performed in the ATR mode on a core specimen of the jacket material. The resulting spectrum was 
consistent with a thermoplastic polyester resin. Such materials, including PET and PBT, cannot be distinguished 
spectrally, and a melting point determination is usually used to distinguish these materials. The failed jacket material and 
reference molding resin were analyzed using TGA, and the results obtained on the two samples were generally consistent. 
This included relatively comparable levels of volatiles, polymer, carbon black, and glass reinforcement. Further, the 
results were in excellent agreement with those expected for the stated PET material. 

The failed jacket and reference materials were evaluated via DSC. Analysis of the failed jacket material produced results 
that indicated a melting transition at 251 °C (484 °F), consistent with a PET resin. However, a second endothermic 
transition was also present. This transition, at 215 °C (420 °F), suggested the melting of annealed crystals, indicating that 
the part had been exposed to a temperature approaching 215 °C (420 °F). The thermal shock testing appeared to be the 
only possible source of this thermal exposure. 

Analysis of the molding resin also produced results consistent with a PET resin. The results also exhibited a second 
melting endotherm at 174 °C (345 °F). Again, this transition was associated with melting of annealed crystals for material 
exposed to this temperature. The apparent source of the exposure was the drying process. This was well in excess of the 
stated drying temperature. 

Further analysis of the assembly materials using thermomechanical analysis (TMA) produced significantly different 
results for the PET jacket and the steel housing material. Determination of the coefficients of thermal expansion (CTEs) 
showed approximately an order of magnitude difference between the two mating materials. 

An assessment of the molecular weight of the failed jacket samples as well as a non-failed paid and the molding resin 
samples was performed using several techniques. A combination of MFR, intrinsic viscosity, and finally, gel permeation 
chromatography (GPC) was used, because of conflicting results. The MFR determinations showed that the drying process 
produced a considerable increase in the MFR of the resin, corresponding to molecular degradation in the form of chain 
scission. This was contrasted by the results generated by the intrinsic viscosity testing. These results showed an increase 
in the viscosity of the dried resin relative to the virgin resin. This increase was suggestive of an increase in molecular 
weight, possibly through partial cross linking. Testing of the resin samples and the molded parts via GPC produced results 
that reconciled the discrepancy. The GPC results showed that the drying process produced competing reactions of chain 
scission and cross linking. The net result was severe degradation of the dried resin, which predisposed the molding 
material to produce jackets having poor mechanical properties. The GPC testing showed that the molded jackets were 
further degraded during the injection molding process. 

Conclusions. It was the conclusion of the investigation that the assemblies failed via brittle fracture associated with the 
exertion of stresses that exceeded the strength of the resin as-molded. The stresses were induced by the thermal cycling 
and the dimensional interference caused by the disparity in the CTEs of the PET jacket and the mating steel sleeve. 
However, several factors were significant in the failures. It was determined that the resin drying process had exposed the 
resin to relatively high temperatures, which caused substantial molecular degradation. The drying temperature was found 
to be approximately 173 °C (344 °F), well in excess of the recommendation for the PET resin. Further degradation was 
attributed to the molding process itself, leaving the molded jacket in a severely degraded state. This degradation limited 


the ability of the part to withstand the applied stresses. Additionally, the testing itself exposed the parts to temperatures 
above the recognized limits for PET, and this may have significantly lowered the mechanical properties of the paid. 
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Thermal Analyses of a Polymer Failure 

Robert P. Kusy, John Q. Whitley, University of North Carolina 


From: R.P. Kusy and J.Q. Wiley, Thermal Analyses of a Polymer Failure, Advanced Materials and Processes, Vol 162 (No. 3), March 
2004, p 55-65 


Abstract: Thermogravimetric analysis (TGA) and differential scanning calorimetry (DSC) were used to analyze an automotive 
polyoxymethylene (POM) sensor housing that was depolymerizing during service. It was found that a combination of heat, oxygen, 
and sulfuric acid attacked and caused premature failure of the part. POM should not be selected for automotive applications where 
elevated temperatures and acidic environments can exist. If exposure to acid is suspected, sodium bicarbonate should be applied to 
neutralize the surrounding environment, followed by copious quantities of water, and repeated until no effervescence is observed. 
Keywords: Automotive components; Depolymerization; Differential scanning calorimetry; Housings; Sensors; Thermogravimetric 
analysis 


Material: Polyoxymethylene (Thermoplastic) 


Failure type: (Other, miscellaneous, or unspecified) failure 


Thermogravimetric analysis (TGA) and differential scanning calorimetry (DSC) are the two most widely used thermal 
analysis methods for polymers. In DSC, sample and reference pans are heated in a controlled environment at a 
programmable rate so that the pre-weighed sample and the reference materials are always maintained at equivalent 
temperatures. Because the amount of input energy is known, transition temperatures and reaction kinetics can be 
determined with great precision. 

In TGA, a pre-weighed sample is placed on a microbalance in an environmentally controlled oven. From the weight loss 
of the sample as a function of temperature or time under isothermal conditions, thermal stability can be determined. 

This article discusses the application of TGA and DSC in the failure analysis of an automotive polyoxymethylene (POM) 
sensor housing that was depolymerizing during service. 

Sensor housing failure 

A high-end automobile was purchased from an American manufacturer in September of 1994. One of the appointments of 
the vehicle was an indicator light that signaled when the washer fluid required refilling. This light was actuated by a 
sensor that was partially encapsulated by a white plastic body that was plugged into the base of the washer fluid reservoir. 
It was located next to the front of the driver’s side wheel below the battery compartment and near two heat-exchanger 
hoses. 

After nearly 68,000 miles and eight years, this ' oldest' OEM part disintegrated. A replacement part was purchased and 
installed for summer driving in the South. About three months later, this replacement part also failed. Based upon the 
performance of the OEM part, it appeared 'old' before its time. Consequently, in early September another replacement 
part was acquired under the warranty provision, but not installed. Instead, the 'new' part was set aside for detailed TGA 
and DSC analyses. 

When the top and side views of this 'new' and 'old' sensor are compared (Fig. 1), two outcomes are obvious after just 
three months in service: 

• Cracks are present within the plug receptacle and along the body of the rectangular tray. 

• Mass has been lost around the plug receptacle and at the catch on the attachment clip. 




Fig. 1 Views of the as-received new versus the used old automotive part. 

Indeed, this loss of conformation gave the illusion that the paid had been made of ice and had, over this time interval, 
partially melted away. 

Preliminary analysis 

Recognizing the translucent qualities of acetal polymers, and knowing that they have been favored in applications such as 
carburetors, floats, pump housings, and gears, the hypothesis was advanced that the part might be made from a 
polyoxymethylene (POM) that was depolymerizing during service. Historically, the earliest POM materials were 
especially susceptible to depolymerization into formaldehyde (CH 2 0), until chemists found a way to place more stable 
groups on the ends of the molecules and to copolymerize oxyethylene linkages into the backbone. 

However, even after these advances, POM is subject to depolymerization if the backbones of the molecules are cleaved, 
thereby creating new unstable chain-ends. Backbones may be cleaved by chemical, mechanical, radiological, or thermal 
means. However, the only likely mechanisms for the sensor housing are chemical and/or thermal. 

In the worst case scenario, such failures would lead to unzipping of entire molecules into thousands of CH 2 0 rners, which 
because of the low boiling point (-21°C), would lead to huge mass losses and severely compromised structural 
characteristics. 

TGA results 

To test this hypothesis, the weight percents as a function of temperature were determined for five materials: 
approximately 10 mg shavings from the oldest, old, and new parts (see table); approximately 10 mg shavings from a 
commercially available DuPont Delrin rod; and approximately a 26 mg aliquot from formalin, a marketed solution 
containing 37.3% formaldehyde. 

By means of a TA Instruments Model Q500 TGA, each sample was ramped 10C7min from ambient temperature to 
600°C. An atmosphere of ultrapure nitrogen was passed over the sample at 50 ml/rnin, and bubbled through 1 ml aliquots 
of Schiff s reagent, which served as a colorimetric sensor to detect the presence of aldehydes. 

In Fig. 2, the control that was comprised of the formaldehyde solution experienced a weight reduction immediately, and 
by 125°C, it was gone. The other control, the Delrin rod, showed no weight loss until about 225 °C, but it too was gone by 
400°C. 





Fig. 2 TGA scans for the automotive part at three ages and for the two control samples. 

By comparison, the new part was more thermally stable than the standard Delrin rod; on the other hand, the oldest and the 
old parts were more like the formaldehyde solution than the Delrin rod. Indeed, even the old part was stalling to lose 
weight by 100°C, and by 240°C it had all but disappeared. The extent of mass loss in all three parts and in the Dekin rod 
indicated that these were unfilled polyacetyl materials having no inorganic extenders or reinforcements such as glass, 
kaolin, or feldspar. 

DSC results 

The thermal stability was further documented with a TA Instruments Model Q100 DSC. Here, 10 mg shavings of the 
three parts and the Delrin rod were compared by ramping the temperature from -20 to +350°C, and then from +350 to - 
20°C. During each heating or cooling cycle, the ramping rate was 10C7min, and the environment was ultrapure nitrogen 
at 50 ml/min. 

Based upon the heat flow against temperature traces, the Dekin rod melted at 177°C (Fig. 3). This outcome was 
comparable to three references from the literature, whose ranges averaged from 173 to 184°C. In contrast, the peak 
melting temperatures for the new, old, and oldest parts equaled 166, 169, and 156°C, respectively. The differences 
between the control and the parts were not large for good reason — those materials that had degraded were no longer 
present. That was deduced, in part, from the observation that only the Delrin rod and the new part displayed any 
exothermic peak upon cooling. Further investigation, which measured the residual mass after this singular - thermal cycle, 
showed that over 29% of the new part remained but that only 1% of the old part was retained. 





Fig. 3 DSC scans for a control sample and the automotive part at three ages. 

Gravimetric and thermal measurements of the new part revealed that, after six cycles, virtually no mass would be left and 
that the peak melting temperature (in dark green) or the peak freezing temperature (in light green) would decrease 
according to 1 inear regression lines having probabilities of p<0.01 and p<0.001, respectively (Fig. 4). 



Fig. 4 Outcomes from successive thermal and gravimetric runs on the new automotive sensor part. 












Accordingly, the oldest part with a peak melting temperature of 156°C should have no more than about 5% mass 
remaining, according to the cyclic data from the new paid. Figuratively speaking, the sample was evaporating away; and 
the portion that remained was structurally unsound. 

Degradation mechanism 

In the sweltering Southern heat, the summer surface temperatures on a superhighway can exceed 50°C. Depending on the 
location within the engine compartment, those temperatures can easily double. Moreover, the sensor position just below 
the methanol reservoir of the washer, nearly under the sulfuric acid cells of the battery, and adjacent to the heat-exchanger 
hoses from the automatic transmission, provides several potential causes for chemical degradation. 

But what should be different now that would reduce service from nearly eight years to only about three months? No loss 
of washer fluid was observed, so that could not be a factor. Above and around the immediate area, however, the wire- 
bundle wraps were reduced to a sticky, pliable plastic. Furthermore, some corrosion was evidenced by a build-up of a 
powdery substance around one of the fittings of the heat-exchanger hoses. A chalky haze was seen on the old in-service 
part. These observations and the foregoing TGA-DSC data suggested that the combination of heat, oxygen, and sulfuric 
acid attacked and caused premature failure of the part. 

Table 1 History of Part #04584019 sensor w/washer fluid 

Part designation Mileage Date Event 

Oldest 32 06/29/94 New car inspection date 

09/13/94 Vehicle placed in service 

Old 67,700 05/17/02 Replacement part purchased 

05/25/02 Part installed in vehicle 


New 74,960 09/09/02 Part obtained under warranty 

10/28/02 Evaluations of parts initiated 

05/01/03 Evaluations of parts completed 

Reference to the literature supports the contention that polyacetyls in general and POM in particular are susceptible to 
thermal attack and chemical attack (via acidic, alkaline, and oxidative antagonists), both of which lead to 
depoloymerization. The Material Safety Data Sheet for Delrin recommends that, during processing, the polymeric melting 
temperature be less than 230°C. Otherwise, after just 30 minutes at 210 to 220°C, decomposition will become significant 
and could be enhanced by contaminants. 

The Polymer Handbook reports that thermal depolymerization may occur at temperatures as low as 100 to 120°C, and 
that cationic depolymerization may occur at temperatures as low as -30 to +33°C. In fact, database websites recommend 
that the continuous service temperature in air under no load should not exceed 80°C, whether homopolymer, copolymer, 
or filled polymers are considered, and that upper working temperatures should not exceed 120°C. 

Although POM can be an attractive high strength, impact-resistant, and low-moisture-absorbent polymer, thermal 
degradation processes can readily compromise any of its apparent advantages, as depolymerization dominates over 
oxidation. The additional presence of acid at or above the continuous service temperature further accelerates this 
disintegration. POM should not be selected for automotive applications wherever elevated temperatures and acidic 
environments can exist. If exposure to acid is suspected, sodium bicarbonate should be applied to neutralize the 
surrounding environment, followed by copious quantities of water, and repeated until no effervescence is observed. 
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Failure Analysis of a Polysulfone Flow Sensor Body — A Case Study 

Jeffrey A. Jansen, Stork Technimet, Inc. 


From: J.A. Jansen, Failure Analysis of a Polysulfone Flow Sensor Body — A Case Study, Practical Failure Analysis, Vol 1 (No. 2), Apr 
2001, p 55-58 

Abstract: A failure analysis was conducted on a flow-sensing device that had cracked while in service. The polysulfone sensor body 
cracked radially, adjacent to a molded-in steel insert. This article describes the investigative methods used to conduct the failure 
analysis. The techniques utilized included scanning electron microscopy, Fourier transform infrared spectroscopy, differential 
scanning calorimetry, thermomechanical analysis, and melt flow rate determination. It was the conclusion of the investigation that 
the part failed via brittle fracture, with evidence also indicating low cycle fatigue associated with cyclic temperature changes from 
normal service. The design of the part and the material selection were significant contributing factors because of stresses induced 
during molding, physical aging of the amorphous polysulfone resin, and the substantial differential in coefficients of thermal 
expansion between the polysulfone and the mating steel insert. 

Keywords: Coefficient of thermal expansion; Insert molding; Plastic 


Material: Polysulfone (Thermoplastic) 


Failure type: Brittle fracture 


Introduction 

A flow sensor was submitted for analysis because the plastic body section had failed while in service in an industrial 
application. The part was representative of approximately 10 other sensors that had been returned from service with 
generally comparable features. It was also anticipated that similar failures went otherwise unreported, and that the 
premature failures posed a significant risk to other parts still in service. 

Engineering drawings specified that the body section be made from an unfilled polysulfone resin. Polysulfone is a 
transparent amorphous engineering thermoplastic, which, by comparison with other resins, is generally considered to be a 
ductile and tough material. Like many other plastics, however, it is somewhat notch sensitive. As a class of materials, 
polysulfone is known for good electrical insulation properties, excellent thermal stability, and exceptional hydrolytic 
stability. Because of its unique combination of thermal and hydrolytic properties, polysulfone is commonly used in 
several demanding applications including food processing, medical components, and fluid handling. 1 
The polysulfone body of the failed sensor had been injection molded around a tubular stainless steel insert to form the 
final component. Background information obtained on the application showed that the part was routinely exposed to 
alternating hot and cold cycles. The fluid passing through the flow sensor had ranged from 40 to 200 °F (4 to 93 °C). 
Cleaning agents, including chlorine-based and acid-based chemicals, had also been put through the sensor. In addition to 
the failed part, a typical sample of molding resin was also received for comparison with the sensor material. 

Visual Examination 

A visual inspection of the failed part confirmed numerous cracks within the collar - of the plastic body section. The cracks 
were oriented radially, as shown in Fig. 1. The cracks were completed in the laboratory and further examination of the 
fracture surface, using an optical stereomicroscope, showed relatively brittle fracture features. No signs of significant 
ductility, as would be evidenced by stress whitening or permanent deformation, were apparent. Additionally, the fracture 
surface exhibited beach marks, suggesting that the crack had propagated via fatigue. 




Fig. 1 The failed flow sensor shown as received exhibiting cracks radially within the plastic collar around the 
metal insert 

Scanning Electron Microscopy 

The fracture surface was further inspected using scanning electron microscopy (SEM). The SEM examination indicated 
that the apparent crack origin was located at an area along the inner diameter of the sensor body, which contacts the 
molded-in steel insert. This area had a relatively flat morphology, characteristic of brittle fracture. Surrounding the crack 
origin were features of alternating cracking and arrest cycles, consistent with low cycle fatigue, as shown in Fig. 2. The 
final fracture zone showed features associated with brittle overload, as evidenced by the significant concentration of 
hackle marks, and exhibited limited ductility in the form of isolated stretched fibrils. Throughout the SEM examination, 
no signs were found to indicate that post-molding degradation, such as chemical attack or thermal deterioration, had 
occurred. 



Fig. 2 Scanning electron image showing brittle fracture features and beach marks suggestive of low cycle 
fatigue 

Fourier Transform Infrared Spectroscopy 


The sample of the molding resin and the failed part were analyzed using micro-Fourier transform infrared spectroscopy 
(FTIR) in the attenuated total reflectance (ATR) mode. The results obtained on the sensor body yielded an excellent 
match with those obtained on the molding resin. Both spectra exhibited absorption bands characteristic of a polysulfone 


resin. This is illustrated in the spectral comparison presented in Fig. 3. These results demonstrated that the failed part was 
fabricated from a typical polysulfone resin and showed no evidence of contamination or degradation. 



Fig. 3 FTIR spectral comparison showing a very good match between the results obtained on the failed collar 
material and those representing a typical molding resin. Both spectra exhibit absorption bands characteristic of 
polysulfone. 

Differential Scanning Calorimetry 

The molding resin and the failed sensor were also analyzed via differential scanning calorimetry(DSC). Again, the results 
that were obtained on the materials were consistent. Both thermograms showed a single transition at approximately 187 
°C, as illustrated in Fig. 4. This is in agreement with the expected results for a polysulfone resin, as these resins generally 
exhibit a glass transition temperature (T g ) between 185 and 190 °C. No other transitions were observed, and no signs of 
contamination or degradation were found. 

DSC Plot Overlay 



Fig. 4 A comparison of the DSC results showing comparable heat flow profiles for the failed collar material and 
the molding resin 

Thermomechanical Analysis 

A sample of material was excised from the inner diameter of the sensor body adjacent to the fracture origin and analyzed 
using thermomechanical analysis (TMA). The resulting thermogram indicated that the material expanded steadily as a 
function of temperature through 170 °C. At that point, just under the glass transition temperature, the material contracted, 




as a result of the load placed upon the sample during the evaluation. This contraction was significant as it indicated that 
the material itself was not under bulk residual molded-in stress in the as-received condition. The results also showed that 
the material had a coefficient of thermal expansion of 57 u m/m °C between 0 and 100 °C. The steel insert from the sensor 
was also tested, and the results were consistent with those expected for this type of material. A review of the thermogram 
indicated that the steel material had a coefficient of thermal expansion of 19 pm/m °C through 100 °C. A comparison of 
these results, illustrating the thermal expansion properties that approximate actual service temperatures, is included in Fig. 
5. 

TMA Plot Overlay 



Fig. 5 TMA plot overlay showing the differential in the coefficients of thermal expansion between the plastic 
collar material and the steel insert 

Melt Flow Rate 

Melt flow rate determinations were performed on the molding resin and material taken from the failed sensor body. The 
testing was performed in accordance with ASTM D 1238 — Procedure B using a test temperature of 343 °C and a 
constant load of 2.16 kg. The samples were dried to a moisture content below 500 ppm prior to the analysis. The testing 
indicated that the molding resin had a melt flow rate of 8.19 g/10 min. This is in agreement with the expected results 
based upon the grade of polysulfone indicated on the engineering drawing. The analysis of the failed part material 
produced similar results, 8.03 g/10 min., showing a slight reduction in the melt flow rate for the failed part material. Such 
a reduction is commonly observed in polysulfone resins as a result of melt processing, where molecular weight can 
increase due to thermal induced crosslinking. The magnitude of the change, however, is low and the melt flow rate results 
suggest good retention of molecular weight through the molding process, without molecular degradation. 

Discussion 

Metal insert molding certainly offers distinct manufacturing and design advantages; however, it has inherent risks. These 
liabilities include the potential to generate excessive strain on the location of the part surrounding the insert due to a 
differential in the coefficients of thermal expansion between the plastic and the metal insert. 

During molding, the plastic is in a molten state, which for the current material was approximately 370 °C. Through the 
cooling process associated with the molding operation, the plastic, having a significantly higher coefficient of thermal 
expansion, will contract to a much greater extent than the metal insert. This difference in thermal expansion causes a high 
level of interference hoop stress on the plastic material at the interface. Such stresses are exerted on the part as soon as it 
cools from the molding process. 

Additionally, amoiphous resins, such as polysulfone, may develop cracks over time due to aging in conjunction with 
stresses. 2 This aging, commonly referred to as physical aging, occurs over an extended period of time, at temperatures 
below the glass transition, as the polymer undergoes molecular motion in an attempt to achieve an equilibrium state. 
Physical aging is particularly prevalent when an amoiphous resin is cooled rapidly through the glass transition 
temperature. 3 The condition is aggravated when the plastic resin is molded over a metal insert, as dimensional changes 
often accompany physical aging, thus producing additional hoop stress at the interface. Because of these phenomena, 



namely, the differential in thermal expansion coefficients of the plastic and the metal and physical aging, over-molding 
with amoiphous resins, such as polysulfone, in conjunction with metal inserts should be approached carefully. 

Conclusion 

It was the conclusion of the investigation that the flow sensor body failed within the collar section of the part immediately 
surrounding the molded-in metal insert via brittle fracture, which was brought about by the exertion of stresses beyond the 
strength of the material. Examination of the fracture surface revealed features associated with brittle cracking, with 
additional evidence indicating alternating cycles of cracking and arrest, characteristic of low cycle fatigue. 

The location of the cracks, which were oriented radially around the metal insert, was a strong indication that the source of 
the principal stress was the interference between the plastic collar on the sensor body and the molded-in insert. Although 
the analysis results indicated that the failure was primarily associated with mechanical stress produced during service, the 
design and production of the part are significant contributing factors. It appears likely that continued temperature changes, 
encountered during standard use conditions, coupled with the differential in the coefficients of thermal expansion between 
the polysulfone sensor body and the steel insert, along with physical aging, compounded the inherent internal stresses 
associated with the interference at the interface. This combination of stresses initiated the stress fractures radially around 
the insert over time in service. Given the notch sensitivity of polysulfone, 4 the cracks propagated through low cycle 
fatigue with the repeated temperature cycles. Final catastrophic failure occurred within some of the cracks due to the 
reduced cross section of the collar. 
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Failure of Plasticized Poly(vinyl chloride) Tubing 

From: J.A. Jansen, Characterization of Plastics in Failure Analysis, Failure Analysis and Prevention, Vol 11, ASM Handbook, ASM 
International, 2002, p 437-459 

Abstract: A section of clear polymeric tubing failed while in service. The failed sample had been used in a chemical transport 
application. The tubing had also been exposed to periods of elevated temperature as part of the operation. The tubing was specified 
to be a poly(vinyl chloride) (PVC) resin plasticized with trioctyl trimellitate (TOTM). Investigation included visual inspection, micro- 
FTIR in the ATR mode, and thermogravimetric analysis (TGA). The spectrum on the failed tubing exhibited absorption bands 
indicative of a PVC resin containing an adipate-based plasticizer. Thermograms of the failed pieces and a reference sample of tubing 
that performed well showed that the reference material contained a trimellitate-based plasticizer, and confirmed the failed material 
contained an adipate-based material. The conclusion was that the failed tubing had been produced from a formulation that did not 
comply with the specified material, and was not as thermally stable as the reference material. 

Keywords: Chemical composition; Feedstock; Molding resins; Plasticizers; Thermal analysis; Tubing (nonmetal); Tubings 


Material: Polyvinyl chloride (Thermoplastic) 


Failure type: (Other, general, or unspecified) processing-related failures 


A section of clear polymeric tubing failed while in service. The failed sample had been used in a chemical transport 
application. The tubing had also been exposed to periods of elevated temperature as paid of the operation. The tubing was 



specified to be a poly(vinyl chloride) (PVC) resin plasticized with trioctyl trimellitate (TOTM). A reference sample of the 
tubing, which had performed well in service, was also available for testing. 

Tests and Results. The failed and reference tubing samples were analyzed using micro-FTIR in the ATR mode, and 
the results representing the reference tubing material were consistent with the stated description: a PVC resin containing a 
trimellitate-based plasticizer. Flowever, the spectrum representing the failed tubing material was noticeably different. 
While the obtained spectrum contained absorption bands characteristic of PVC, the results indicated that the material had 
been plasticized with an adipate-based material, such as dioctyl adipate. This identification is shown in Fig. 1. 



Fig. 1 The FTIR spectrum obtained on the failed tubing material. The spectrum exhibits absorption bands 
indicative of a PVC resin containing an adipate-based plasticizer. 

In order to assess their relative thermal stability, the two tubing materials were analyzed via thermogravimetric analysis 
(TGA). Both sets of results were consistent with those expected for plasticized PVC resins. The thermograms 
representing the reference and failed sample materials showed comparable plasticizer contents of 28 and 25%, 
respectively. The results also showed that the reference material, containing the trimellitate-based plasticizer, exhibited 
superior thermal resistance relative to the failed material, containing the adipate-based material. This was indicated by the 
elevated temperature of weight-loss onset exhibited by the reference tubing material. 

Conclusions. It was the conclusion of the evaluation that the failed tubing had been produced from a formulation that 
did not comply with the specified material. The failed tubing was identified as a PVC resin with an adipate-based 
plasticizer, not TOTM. The obtained TGA results confirmed that the failed tubing material was not as thermally stable as 
the reference material because of this formulation difference, and that this was responsible for the observed failure. 


Adhesion Failures Caused by Thin-Film Contaminants 

From: D.A. Ryder, T.J. Davies, I. Brough, and F.R. Hutchings, General Practice in Failure Analysis, Failure Analysis and Prevention, 
Vol 11, ASM Handbook, ASM International, 1986, p 15-46 


Abstract: A batch of bimetal foil/epoxy laminates was rejected because of poor peel strength. The laminates were manufactured by 
sintering a nickel/phosphorus powder layer to a copper foil, cleaning, then chromate conversion coating the nickel-phosphorus 
surface, and laminating the nickel-phosphorus side of the clad bimetal onto an epoxy film, so that the end product contained nickel- 
phosphorus sandwiched between copper and epoxy, with a chromate conversion layer on the epoxy side of the nickel-phosphorus. 
Peel testing showed abnormally low adhesion strength for the bad batch of peel test samples. Comparison with normal-strength 



samples using XPS indicated an 8.8% Na concentration on the surface of the bad sample; the good example contained less than 1% 
Na on the surface. After 15 min of argon ion etching, depth profiling showed high concentrations of sodium were still evident, 
indicating that the sodium was present before the chromate conversion treatment was performed. A review of the manufacturing 
procedures showed that sodium hydroxide was used as a cleaning agent before the chromate conversion coating. Failure cause was 
that apparently the sodium hydroxide had not been properly removed during water rinsing. Thus, recommendation was to modify 
that stage in the processing. 

Keywords: Adhesion; Laminates; Peel tests; Sodium hydroxide; Surface analysis (chemical) 

Materials: Epoxy (Thermoset); Nickel-phosphorus (Unclassified nickel); Copper foil (Wrought copper) 


Failure type: (Other, miscellaneous, or unspecified) failure 


The most widely used test for adhesion is the peel test, in which a layer of material is pulled from its base material and the 
force required to peel it away is measured. A variation of this test is the tape test, which is used to test surface finish layer 
adhesion. This microanalytical techniques commonly used to characterize adhesion problems include AES, XPS, SIMS, 
and LAMMA. These techniques vary greatly in spatial resolution, sensitivity, speed, and the type of information obtained, 
but all surface-analysis techniques are similar in that the information is obtained from a very thin surface layer. Because 
many adhesion problems are related to contaminants less than 10 nm thick, surface analysis is often necessary to solve 
adhesion problems. In this example, it was necessary not only to identify the contaminant but also to determine whether 
the contamination occured before or after a chromate conversion surface treatment. 

Investigation. A batch of bimetal foil/epoxy laminates was rejected because of poor peel strength. The laminates were 
manufactured by sintering a nickel/phosphorus powder layer to a copper foil, cleaning, then chromate conversion coating 
the nickel-phosphorus surface, and laminating the nickel-phosphorus side of the clad bimetal onto an epoxy film, so that 
the end product contained nickel-phosphorus sandwiched between copper and epoxy, with a chromate conversion layer 
on the epoxy side of the nickel-phosphorus. Peel test samples were prepared by masking and etching the copper (Fig. 1). 
Testing revealed abnormally low adhesion strength for the bad batch of peel test samples. These samples were compared 
with normal-strength samples using XPS by analyzing the surface chemistry of the exposed underside of the conversion- 
coated nickel-phosphorus layer after it was peeled away from the epoxy for both good and bad samples. X-ray 
photoelectron spectroscopy was used because the results would not be affected by the non-conducting epoxy. 



Fig. 1 Optical photograph of a peel test sample partially peeled to reveal the underside of the conversion- 
coated nickel-phosphorus laminate. 

Results of the XPS analyses indicated an 8.8% Na concentration on the surface of the bad sample; the good example 
contained less than 1% Na on the surface (Fig. 2a and b). Depth profiling was used to determine whether the sodium was 
present on the surface of the chromate conversion coating or whether it was present before the conversion coating was 
applied. After 15 min of argon ion etching, corresponding to approximately 45 nm of material removed, high 
concentrations of sodium were still evident, indicating that the sodium was present before the chromate conversion 
treatment was performed. A review of the manufacturing procedures showed that sodium hydroxide was used as a 
cleaning agent before the chromate conversion coating. Apparently, the sodium hydroxide had not been properly removed 
during water rinsing. This result determined the exact stage in the process to be modified, thus eliminating unnecessary 
expense. 










Fig. 2 Results of XPS analyses of bimetal foil laminates, (a) XPS spectra of the underside of the nickel- 
phosphorus layer in the low peel strength sample. Note the height of the sodium peak at 1069 eV as compared 
with (b), which shows the XPS spectra from a high peel strength sample. 
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